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The external structure of rocket engines thrust chambers for aerospace applications should be designed in
order to provide adequate stiffness to the thrust chamber; however, it affects in a significant way the engine
service life since it acts as a structural bound for the internal structure which is subjected to very high
temperature values. The adoption of thin closeout structures allows to have lighter structures and to
significantly increase the service life of the thrust chamber. The aim of the present work is to perform
numerical investigations on the influence of the closeout geometry and materials on the number of cycles to
failure of the thrust chamber. Furthermore, a study on the impact of creep phenomenon on the service life is
illustrated. In particular, the present paper is focused on the thermomechanical study of the closeout
structure, in terms of material choice, thickness, joining process with the inner liner, etc. Transient thermal
and static structural nonlinear analyses are conducted by means of a commercial finite element code
(ANSYS), in order to evaluate the number of cycles to failure for the investigated configurations. Vis-
coplastic models are adopted in order to simulate the highly nonlinear and rate-dependent phenomena
occurring in the inner liner structure.

Keywords regenerative cooling, service life, thermal ratcheting,
thrust chamber

1. Introduction

The aim of the Hyprob project, financed by MIUR (Italian
Ministry of University and Research) and leaded by CIRA
(Italian Aerospace Research Centre), is to design, manufacture
and test a 30 kN thrust chamber based on a regenerative
cooling system which adopts liquid methane as refrigerant. The
adoption of regeneratively cooled thrust chambers for aero-
space applications is necessary when high heat fluxes coming
from the combustion chamber are detected. In fact, in order to
avoid high temperatures and stresses in the liner, the fuel, that
is, usually liquid hydrogen or liquid methane, flows in the
thrust chamber cooling channels and, then, is introduced in the
thrust chamber where it is burnt (see Fig. 1).

One of the major technological challenges when manufac-
turing the thrust chamber is to connect the inner liner with the
closeout structure ensuring an appropriate service life. A

common joining process that has been employed in the past is
the vacuum brazing one.

It is a joining process used to connect two or more metals by
melting a filler metal into the joint; the filler metal is
characterized by a lower melting point with respect to the
metals to be joined.

However, several experiments have demonstrated that such
a process causes significant losses in terms of mechanical
properties of the copper alloy (e.g., tensile strength), since the
thermal cycles needed during the brazing process are very
severe (Ref 1-11); in fact, in order to melt the brazing alloy,
very high temperatures (from 800 to 950 �C) are necessary.
Then, the resulting tensile strength of the brazed component is
usually halved (Ref 12). Furthermore, the brazing process to be
developed is very sophisticated and is not repeatable; then, it
should be developed every time a new thrust chamber is to be
designed. Another joining process that is widely adopted is
electrodeposition of copper and nickel. This process does not
need severe thermal cycles, and then, no significant tensile
strength degradation of the copper alloy inner liner is expected.
Several kinds of electrodeposited closeout structures can be
found in the literature; for example, Malone et al. (Ref 13)
studied and developed electrodeposited copper alloys having
competitive mechanical properties with electrodeposited nickel.
A closeout with electrodeposited nickel without electrode-
posited copper is employed, for example, in the Ariane engine
family HM7, VULCAIN and VINCI (Ref 14, 15). Kasper and
Notardonato (Ref 16) described a closeout made of fiberglass
composite wrapped over an electrodeposited copper closeout to
provide hoop strength. The idea was conceived with the aim of
having a more compliant closeout structure leading to a longer
cyclic life than one with a stiffer nickel closeout. However, no
further developments of such a configuration can be found in
the literature because of the probable nucleation of cracks in the
thin copper layer of the closeout structure. Additionally, the
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fiberglass composite should be pretensioned during the instal-
lation in order to ensure that the fiberglass composite is able to
carry the hoop load.

Ferraiuolo et al. demonstrated that a closeout structure made
of carbon fiber-reinforced composite could give the possibility
to save weight and increase the service life if manufacturing
and assembling issues will be solved (Ref 17).

Finally, NASA is also investigating the possibility to
develop new processes with nano-structured materials able to
save weight in the closeout structure while carrying the
pressure load coming from the flowing coolant (Ref 18).

Several authors have analyzed thrust chambers with elec-
trodeposited closeouts with the aim of evaluating the service
life and to choose the best suited viscoplastic model (Ref 19,
20); on the other hand, very few works focused on the sizing of
the closeout structure can be found in the literature.

Then, in the present work, a configuration with electrode-
posited copper and nickel closeout is investigated with the aim of
identifying the configuration that ensures the maximum number
of cycles to failure varying the thickness of the deposited layers.
In fact, analyses of thrust chambers with stiff metallic closeouts
show that the thermal tensile strain that occurs during the cooling
transient has an effect on the total strain range since the closeout
acts almost like a clamped boundary condition for the inner
copper liner. Then, minimizing the closeout thickness allows the
inner liner to expand and shrink with minimal residual stresses in
the ligament (Ref 16). The present paper is structured in the
following manner: In the next section, the mathematical model
considered is depicted, and in the following section, a description
of the numerical model adopted is given; then, the results of the
thermostructural analyses conducted on a finite element simpli-
fied symmetric model, which represents a cooling channel, are
illustrated and discussed. Finally, the conclusive remarks of the
present paper are shown.

2. Mathematical Model

2.1 Heat Conduction Model

The thermal transient nonlinear analyses of the cooling
channel are performed by means of a finite element commercial

code (ANSYS). The heat conduction problem is governed by
the following differential equation (Ref 21):

r2T ¼ 1

a

@T

@h
ðEq 1Þ

where a is the thermal diffusivity, T is the temperature and h is
the time. The thermal problem is nonlinear since thermal
properties are temperature dependent.

Since different materials are in thermal contact (copper
alloy, electroformed copper and electroformed nickel), temper-
ature and heat flux continuity conditions are applied at the
interface between generic materials i and j:

ki
@Ti
@n

¼ kj
@Tj
@n

ðEq 2Þ

Ti ¼ Tj ðEq 3Þ

Convective boundary conditions are applied to take into
account the effects of the hot gases of the combustion chamber
and the effects of the coolant flow:

�k
@T

@n
¼ h Tw � T1ð Þ ðEq 4Þ

where h is a convective heat transfer coefficient, Tw is the wall
temperature and T1 is the adiabatic wall temperature.

2.2 Structural Model

The equilibrium equation is expressed as follows (Ref 22):

rij;i þ Xi ¼ 0 ðEq 5Þ

where rij is the Cauchy stress tensor, while Xi represents the
body force per unit volume. The elastic equilibrium equation
must be combined with the compatibility equations, the
constitutive laws (where the strain tensor is a linear function
of the stress tensor) and the relationship between the strain
tensor and temperature variation with respect to the reference
temperature (temperature at which no thermal strain is
detected). More specifically, the total strain e is decomposed
into elastic and plastic components:

eij ¼ eelij þ e
pl
ij ðEq 6Þ

Fig. 1 Scheme of a typical thrust chamber cooling channel
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where eelij and eplij , respectively, represent the elastic and plastic
components (Ref 23-26).

The viscoplastic model identified adopts the von Mises yield
criterion, the bilinear kinematic hardening rule, the Prandtl–
Reuss flow rule and, finally, the Norton�s law to describe the
creep phenomenon; a detailed description of the characteristics
of the present viscoplastic model in comparison with other ones
can be found in Ref 27.

In general, the yield criterion establishes a relationship
among the stresses to predict material yielding, and then, it
delineates the surface that separates the elastic stress domain,
inside the yield surface, from the plastic stress domain which
lies outside the yield surface (Ref 17-20). Plastic strains will be
detected when the equivalent stress re equals the yield value
ry. The yield surface, when kinematic hardening is adopted,
can be formulated as follows:

F r; k; að Þ ¼ 0 ðEq 7Þ

where k represents the plastic work and a the translation of the
yield surface (back stress tensor). In particular, the plastic work
is:

k ¼ rrT M½ �depl ðEq 8Þ

where M½ � is a diagonal matrix:

½M � ¼

1 0 0 0 0 0
0 1 0 0 0 0
0 0 1 0 0 0
0 0 0 2 0 0
0 0 0 0 2 0
0 0 0 0 0 2

2
6666664

3
7777775

On the other hand, a is:

a ¼ rCdepl ðEq 9Þ

where C is a material parameter.
The stress–strain relations for a bilinear kinematic hardening

model are expressed, when considering a one-dimensional
plasticity model, as:

r ¼ Ee if c ¼ 0
EK
EþK e if c> 0

�
ðEq 10Þ

where c is the absolute value of the plastic strain rate and K is
the plastic modulus (Ref 28). In Fig. 2, a visual representation
of the kinematic hardening rule is shown.

Then, the flow rule specifies the interdependence occurring
between the plastic strain increase and the deviatoric stresses.
In this case, the above-mentioned Prandtl–Reuss flow rule
expresses a linear relationship between the plastic strain
increment and the deviatoric stresses (Ref 24, 25):

deij ¼ Sijdk ðEq 11Þ

where deij is the plastic strain increments, Sij is the deviatoric
stresses and k is the plastic multiplier which is evaluated by
imposing that the stress state lies on the yield surface during
plastic flow.

To conclude, the Norton�s law, adopted for primary and
secondary creep regimes, defines how the creep strain rate is
affected by the stresses (Ref 23):

_e ¼ Brn ðEq 12Þ

where n and B are material constants. For the copper alloy
adopted, the following values have been considered:

B ¼ 5:12 � 12�56 1=s ðMPa)r½ �

n ¼ 6:65

The present viscoplastic model has been mostly adopted to
analyze the thermomechanical behavior of the copper alloy
liner structure which is exposed to high thermal loads and, then,
to high-temperature values in the inner surface of the thrust
chamber.

3. Numerical Model

The finite element method has been adopted to solve the
partial differential equations illustrated in the previous sec-
tion. Since the structural problem is nonlinear, a stepwise
approach has been adopted to apply the thermomechanical
loads. Then, the Newton–Raphson method has been considered
to solve every load step. The main assumptions considered for
the numerical analyses are:

• One-way coupling between thermal and structural field,
that is, the thermal field is solved first, followed by the
structural viscoplastic analysis; namely, the temperature
field represents a body load for the structural analysis. On
the other hand, the displacement/strain field does not have
a significant impact on the temperature field, as demon-
strated in several works (Ref 29, 30).

• Small deformations, then, a geometrical linear model is
adopted.

A detailed description of the steps to be followed during the
numerical solution is described next: An Euler backward
scheme is adopted to guarantee that the updated stresses and
strains lie on the yield surface. Then,

• the yield stress is evaluated (it varies with temperature);
• stresses are calculated considering the trail strain etr (Ref

28):

etrn ¼ en � e
pl
n�1 ðEq 13Þ

where en represents the total strain and epln�1 is the plastic strain
evaluated in the previous time instant (n � 1). Then, the trial
stress is calculated as follows:

rtrn ¼ rn�1 þ Detrn ðEq 14Þ

where D is the elasticity matrix;
• the equivalent stress re is calculated; if the yielding condi-

tion is not satisfied, the material behavior is elastic;if
bilinear kinematic hardening is considered:

re ¼
3

2
s� að ÞT M½ � s� að Þ

� �1=2
ðEq 15Þ

• the plastic strain increment Depl is evaluated according to
Eq 11;

• the plastic strain is, then, updated:

epln ¼ e
pl
n�1 þ Depl ðEq 16Þ
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while the elastic strain is:

eel ¼ etr � Depl ðEq 17Þ

And the stress vector is:

r ¼ Deel ðEq 18Þ

• Plastic work k and back stress tensor a increments are
evaluated according to Eq 8 and 9.

If rate-dependent plasticity is considered, the equations of creep
are integrated with an explicit Euler forward algorithm.

3.1 Boundary Conditions

Half cooling channel is studied taking advantage of the
symmetry conditions. The cross sections chosen for the
analyses are the throat and the chamber section corresponding
to the rectangles in Fig. 3. The geometric parameters illustrated
in Fig. 4 are reported in Table 1:

In particular, in the throat sections the maximum heat flux
values are expected; then, high-temperature values are envis-
aged (see Fig. 3). On the other hand, the chamber section
corresponding to the left rectangle could be critical from a
structural point of view since it is less stiff with respect to the
throat section (the ratio between geometric parameters a and b
in Fig. 4 is higher). Furthermore, the cooling efficiency of the
chamber section channel is considerably lower since the
coolant temperature is higher and the heat transfer coefficient
is smaller (the section area is significantly higher than that of
the throat section, and consequently, the fluid velocity and the
heat transfer coefficient are smaller).

Thermal and structural loads, that is, body temperature
distribution in the hot phase and the maximum pressure in the
cooling channels, are considered in the finite element model for
the structural analyses.

Fig. 2 Stress–strain—kinematic hardening

Fig. 3 Heat transfer coefficient profile along the thrust
chamber—hot gas side

Fig. 4 Boundary conditions

Table 1 Geometric parameters of the cooling channel

a, mm b, mm s, mm

Chamber 2 0.62 0.9
Throat 1 0.62 0.9
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The thermomechanical load cycle adopted is representative
of a typical experimental hot fire test which is essentially made
of three stages: ignition, hot phase and shutdown. During the
ignition phase, the igniter produces a torch flame to ignite the
thrust chamber, and then, combustion of the hot gases provokes
a significant increase in pressures and temperatures in the
combustion chamber, and finally, propellant flow is stopped.
The resulting thermomechnical load cycle is illustrated in
Fig. 5. In particular, those loads are specified in terms of
percentages of the actual load with respect to the maximum
loads. The thermal load is represented by the heat fluxes
generated by the combustion of the gases, while the mechanical
loads are just the pressure of the coolant in the cooling channel
and the pressure of the hot gases acting on the inner liner of the
combustion chamber. The hot phase lasts from 3 to 10 s of the
load cycle, while the cold phase is represented from 0 to 3 s and
from 13 to 15 s. Further details on pressure and heat flux laws
during a fire test can be found in Ref 11.

Two-dimensional thermostructural analyses have been per-
formed on the cross section of the cooling channel. The results
of the computational fluid dynamic (CFD) analyses, described
in Ref 31, provide the convective boundary conditions to be
applied on the internal surface of the combustion chamber and
inside the cooling channel. The initial condition considered for
the transient thermal analyses is the room temperature (298 K).
The convective heat transfer coefficients and the adiabatic wall
temperatures considered in the thermal analyses are summa-
rized in Table 2. The subscripts hot and cold refer, respectively,
to the hot gases and cooling channel sides. The superscripts T
and C denote the throat section and the chamber sections (see
Fig. 5).

The chamber pressure is 5.5 MPa, while the coolant
pressures for the throat section and the chamber section are,
respectively, 8.4 MPa and 7.2 MPa. The heat transfer coeffi-
cients on the hot gas side and the chamber pressure values are
scaled according to Fig. 5.

3.2 Material Properties

The thermal and mechanical properties adopted for the
thermostructural analyses can be found in Ref 32. Tables 3, 4,
5, 6, 7 and 8 show the physical and mechanical properties of the
copper alloy (CuCrZr), the electrodeposited OFHC and the
electrodeposited nickel.

3.3 Finite Element Model

Quadrangular plane elements have been considered for both
the thermal and the structural analyses, that is, ANSYS

PLANE55 for the thermal model and ANSYS PLANE42 for
the structural one (see Fig. 6). Generalized plane strain
conditions have been applied for the structural analysis, that
is, the normal strain in the z axial direction of the thrust
chamber is not assumed to be zero as in the plane strain model,
but equal to a constant value:

�zz ¼ constant

Riccius et al. demonstrated that the generalized plane strain
model is more realistic than the plane strain one (Ref 25); in
fact, since the thermal expansion coefficient of the material is
isotropic, the strain in the axial direction is comparable to the
strain in the radial and circumferential direction (�zz 6¼ 0Þ. In
particular, the plane strain model is more conservative than the
generalized plane strain and three-dimensional model; further-
more, Riccius showed that the results obtained with the
generalized plane strain model, in terms of service life, are in
good agreement with the results achieved with the three-
dimensional model with an obvious significant saving in
computational costs.

A trade-off study has been performed by varying the
following geometric parameters (see Fig. 6):

• t1: OFHC deposited copper
• t2: Deposited nickel

The thermal analyses are always transient, while the structural
analyses are static when considering the throat section and
transient when considering the chamber section.

As regards the throat section, static structural analyses are
performed since transient effects are expected to be irrelevant;
on the contrary, the chamber section has been analyzed by
means of transient structural analyses because the ligament
length is significantly greater than the corresponding value in
the throat. As a consequence, transient effects like thermal
shocks cannot be neglected.

3.4 Failure Criteria

With regard to the static failure, the von Mises criterion has
been adopted, that is, the maximum von Mises stress is
compared to the maximum allowable for the material adopted
(see Fig. 7).

The relationship to be satisfied for this criterion is:

rvm < rUTS ðEq 19Þ

where rvm is the von Mises stress and rUTS is the tensile
ultimate stress.

With regard to the quasistatic fatigue evaluations, the service
life is computed according to Ref 19:

N ¼ �u
max 0; �e � �bð Þ ðEq 20Þ

where �e is the remaining strain after the considered cycle, �b is
the strain at the beginning of the considered cycle and �u is the
ultimate strain of the combustion chamber wall material.
Negative strains (compression mode) are not taken into account.
For the application considered in the present work, thermal
ratcheting, which represents the progressive increase in inelastic
strains in a structure subjected to thermal and mechanical cyclic
loading, is the dominant type of failure (Ref 27).

Fig. 5 Thermomechanical cycle
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Table 2 Heat transfer coefficients and adiabatic wall temperatures

hThot;
W

m2K hChot;
W

m2K hTcold;
W

m2K hCcold;
W

m2K TT
hot; K TC

hot; K TT
cold; K TC

cold; K

13,600 5600 680,000 280,000 3600 3600 300 370

Table 3 Physical properties copper alloy (CuCrZr)

Temperature, K Density, kg/m3 Thermal conductivity, W/m K Specific heat, J/kg K Thermal expansion coefficient, 1/K

300 8933 320 390 15.7 9 10�6

600 8933 290 390 17.9 9 10�6

900 8933 255 400 18.7 9 10�6

Table 4 Mechanical properties copper alloy (CuCrZr)

Temperature, K E, Gpa Yield stress, MPa Ultimate stress, MPa Elongation at break, %

300 130 433.9 477.9 20
500 106 383.3 402.9 18
700 87 313 329.4 18
900 44 156.3 175.4 22

Table 5 Physical properties electrodeposited OFHC

Temperature, K Density, kg/m3 Thermal conductivity, W/m K Specific heat, J/kg K Thermal expansion coefficient, 1/K

300 8913 390 385 17.2 9 10�6

Table 6 Mechanical properties electrodeposited OFHC

Temperature, K E, Gpa Yield stress, MPa Ultimate stress, MPa Elongation at break, %

28 118 68 413 20
294 114 60 208 20
533 65 50 145 20
755 40 38 80 20

Table 7 Physical properties electrodeposited nickel

Temperature, K Density, kg/m3 Thermal conductivity, W/m K Specific heat, J/kg K Thermal expansion coefficient, 1/K

300 8913 90 444 12.2 9 10�6

Table 8 Mechanical properties electrodeposited nickel

Temperature, K E, Gpa Yield stress, MPa Ultimate stress, MPa

28 193 344 551
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4. Results and Discussion

Several thermostructural analyses have been conducted
varying t1 and t2 from 0.5 to 3 mm. The number of loading
cycles considered in the analyses is three; however, it will be
demonstrated that this choice leads to a slight underestimation
of the number of cycles to failure. In fact, if more cycles are
taken into account, since kinematic hardening occurs and
increases the yield stress, the plastic strain increase Depl tends
to become smaller cycle after cycle. In order to verify this
assumption, the service life for the configuration with
t1= 1.5 mm and t2 = 2 mm has been evaluated considering
three and six loading cycles. The results have shown that with
three loading cycles the service life is 10% smaller than that
calculated with six loading cycles. Then, with the aim of saving
computational time, three loading cycles are taken into account
for all the configurations.

A grid sensitivity analysis has also been performed in order
to verify that the results are not affected by the number of
elements considered. Figure 8 shows that changing the number

of elements from about 1200 to 1650, the average total strain in
the ligament thickness (evaluated at the end of the first cycle)
does not significantly change (2%), while considerable differ-
ences are detected when the mesh is coarser.

In Table 9, the estimated number of cycles to failure is
reported for all the configurations analyzed.

The following configurations:

1. t1= 0.5 mm; t2= 2.0 mm
2. t1= 0.5 mm; t2= 1.5 mm

are characterized by the highest values of number of cy-
cles to failure. Table 9 clearly shows that the increase in
nickel closeout thickness has a beneficial effect on the
service life up to 2 mm; beyond this value, a detrimental
effect, even though very small, appears. More specifi-
cally, two main effects can be detected when the closeout
structure becomes thicker:

• increase in the plastic strains, since it acts as a structural
bound on the inner copper alloy structure,

• increase in the structural stiffness that allows to avoid
excessive deformations in the ligament.

Then, to conclude, the former effect becomes dominant when
considering thickness values of the electrodeposited nickel
greater than 2 mm, while the latter is clearly the governing
effect for smaller t2 values.

On the other hand, the increase in electrodeposited copper
thickness always leads to a decrease in service life; however,
the results show that when t2 � 2 mm, the influence of t1 on the
service life becomes negligible.

Creep becomes significant when high temperatures are
detected, that is, during the hot phase where compressive
stresses are encountered. Creep relaxation occurs in the

Fig. 6 Finite element model

Fig. 7 von Mises stress criterion

Fig. 8 Service life vs. element size—t1 = 1 mm; t2 = 2 mm

Table 9 Number of cycles to failure for the
configurations analyzed

t1 = 0.5 mm t1 = 1 mm t1 = 1.5 mm t1 = 2 mm

t2 = 0.5 mm 78 70 68 65
t2 = 1 mm 85 79 75 74
t2 = 1.5 mm 88 82 80 79
t2 = 2 mm 88 83 81 80
t2 = 2.5 mm 84 81 80 79
t2 = 3 mm 68 69 69 69
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ligament and causes a fast decrease in the compressive stress
values. In Fig. 9 (see the black rectangles highlighting the creep
effects), which shows how the tangential stress in the ligament
changes with time, it is clearly visible that creep relaxation
occurs in the first few seconds of the hot phase; then, an
increase in the hot phase duration does not affect the service life
of the thrust chamber. The creep relaxation time, namely the
time needed to reach the stress steady state when creep effects
are considered, is strongly influenced by the pressures applied
in the thrust chamber and in the cooling channel as demon-
strated by Porowski et al. (Ref 33). Then, in the present case,
the thrust chamber pressure is responsible for a very short
relaxation time.

In order to understand the impact of creep on the service life
of the thrust chamber, a thermostructural analysis performed on
the best suited configuration neglecting creep effects has shown
that if creep is not modeled, the number of cycles to failure is
significantly overestimated; in fact, the service life is 465
cycles, that is, more than five times that evaluated considering
creep effects (see Table 9).

Since the type of failure detected for both the chamber and
throat sections is thermal ratcheting, then, for the sake of
simplicity, only the thermostructural results obtained on the
cylindrical part of the thrust chamber are shown. Temperature
contour plot in the hot phase is illustrated in Fig. 10. Maximum
temperature value is 573 K.

In what follows, the contour plots of the tangential stress
detected in the hot phase of the first cycle are shown (Fig. 11).

Fig. 9 Tangential stress vs. time—points A and B

Fig. 10 Temperature contour plot: hot phase

Fig. 11 Tangential stress first cycle: hot phase

Fig. 12 Tangential stress third cycle: cold phase
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As expected, significant compressive stresses can be detected
during the hot phase of the thermomechnical cycle, while in the
cold phase residual tangential stresses (Fig. 12) and, then,
tensile plastic strains arise.

Figure 10 shows the variation of the tangential stress with
respect to the tangential strain. The results refer to the area
highlighted by the black rectangle in Fig. 13. Thermal ratch-
eting is the dominant failure phenomenon in this case since the
tangential strain increases cycle after cycle.

Figure 14 and 15 shows the margin of safety in the inner
liner in the hot and in the cold phase. It is clearly visible that the
hot phase is the most critical one and that the ligament is
characterized by the lowest margins of safety as expected.

Finally, the results have proved that the chosen configura-
tion is not critical from a thermal and structural point of view.

5. Conclusions and Future Activities

The previous study has demonstrated that when brazing
process is adopted between the inner liner and the closeout
structures of the thrust chamber, structural criticalities could
occur. Then, other joining techniques characterized by lessFig. 13 Tangential stress vs. tangential strain in the ligament

Fig. 14 Margin of safety—hot phase—first cycle—inner liner

Fig. 15 Margin of safety—cold phase—first cycle—inner liner
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critical thermal treatments should be investigated. In the current
work, a trade-off analysis has been carried out on the closeout
thickness of a regeneratively cooled thrust chamber. The
closeout is made of a layer of oxygen-free high-conductivity
electrodeposited copper and a layer of electrodeposited nickel.
The results of the analyses have shown that the configuration
with 0.5 mm of OFHC copper and 1.5 mm of nickel ensures
the maximum number of cycles to failure.

The numerical analyses have demonstrated that time-depen-
dent viscoplastic phenomenon, such as creep, has a consider-
able impact on the service life of the thrust chamber; in fact, the
number of cycles to failure is more than five times smaller if
compared to those obtained when creep is not considered.
Results have also demonstrated that creep induces a relaxation
of the compressive stresses in the very few seconds of the hot
phase; then, larger duration of hot phase will not lead to a
decrease in service life.

The type of failure that is envisaged is thermal ratcheting
since tensile plastic strain accumulates cycle after cycles in the
copper ligament. Optimization of these configurations is very
useful since it could give the possibility to save weight and
manufacturing costs. In order to take into account the three-
dimensional effects, thermostructural analyses are currently on
going; moreover, the authors are studying and trying to
implement more detailed viscoplastic models with the aim of
having a better representation of the thermomechanical behav-
ior of the cooling channel. Finally, a detailed study on the
damage modeling of the electroformed copper is ongoing.
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