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Abstract The integrity of reactor pressure vessel
(RPV) is greatly affected by pressurized thermal shock
(PTS). Once crack appears in the nozzle region, the
stress concentration around the crack tips may lead to
crack propagation, and finally cause a serious secu-
rity problem. When the transient temperature is above
the nil-ductility reference temperature, elastic—plastic
constitutive relations are considered in the fracture
mechanics analysis. The temperature-related proper-
ties of the materials are introduced into a 3-D finite ele-
ment model to establish the temperature field and stress
field of a real RPV. Since the test and safety inspection
for RPV with defects under PTS loads are quite dif-
ficult and dangerous, the process of the ductile crack
propagation is simulated by the extended finite element
method (XFEM), and the critical crack sizes for dif-
ferent base wall thicknesses are determined. Then, the
quantitative analysis of the effect of the crack position
on the ultimate bearing capacity is carried out. For the
crack tips with different shapes, the crack propagation
law and the shape effect on the ultimate bearing capac-
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ity of the whole structure are also analyzed. According
to their crack propagation paths and damage degrees,
a good agreement is obtained.

Keywords Reactor pressure vessel - Pressurized
thermal shock - XFEM - Plastic failure

1 Introduction

Nuclear reactor pressure vessel (RPV) is one of the
most important equipments for nuclear power plants.
It is very important to ensure the structural integrity of
the RPV under pressurized thermal shock (PTS) for the
operation safety of nuclear power plant. PTS is char-
acterized by a rapid cooling of the internal surface of
pressure vessel. Under the PTS loads, the cooling injec-
tion water is pumped into the downcomer through inlet
nozzles (Siegele et al. 1999; Gonzélez-Albuixech et al.
2015). During the cooling transient, the difference of
temperature along the RPV wall generates a high tensile
stress. Together with the internal repressurization, the
safety of RPV could undergo a great challenge. More-
over, the interior of RPV is irradiated by an intensive
neutron (Marini et al. 2015; Kim et al. 2000), which
causes a decrease in the fracture toughness of the RPV
steel. If the operation temperature and pressure exceed
the limit, the defect in the inner surface of the vessel
could propagate rapidly, even through the wall thick-
ness. So it is necessary to carry out the research on the
integrity of RPV during the PTS transient, and fully
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analyze the various factors that affect the failure of the
structure.

The purpose of the PTS analysis and assessment is
to provide technical support for the safe operation of
RPV. By deterministic fracture mechanics (DFM) anal-
ysis, the structural integrity during the PTS transient
can be analyzed. Traditionally, linear elastic fracture
mechanics was mostly used to study the threat of brittle
fracture of material to RPV security (Keim et al. 2001;
Chen et al. 2014; Jhung et al. 2009; Chou and Huang
2014). Nevertheless, the RPV materials have certain
ductility when the operating temperature is higher than
the ductile-brittle transition (DBT) temperature. In this
case, the thermo-mechanical analysis is relevant with
multiple nonlinear factors, and the DFM analysis can
easily cause over conservatism.

In recent years, the problems of elastic—plastic frac-
ture of RPV have gradually aroused concern. Through
the tensile and elastic—plastic fracture tests of a low-
alloy RPV steel in hydrogenated high-temperature
water (HTW), the fracture and deformation mecha-
nism were evaluated in detail (Roychowdhury et al.
2016). Under core meltdown scenario, failure anal-
ysis of plane axisymmetric RPV model was carried
out with consideration of creep and plasticity (Mao
et al. 2016, 2017). The elastic and elastic—plastic frac-
ture analysis of a RPV subjected to PTS was per-
formed by considering the crack tip constraint effect
(Qian et al. 2014). Then, the elastic—plastic consti-
tutive model was adopted for ductile crack propaga-
tion analysis under the PTS loads. Combined with
the specified damage criterion, the ultimate bearing
capacity of the cracked nozzle region of the RPV
with fixed wall thickness was evaluated (Sun et al.
2017). On the basis of the previous work, an inte-
grated RPV model (including the downcomer, noz-
zles, hemispherical caps, etc.) is first established in
this study. The XFEM (Belytschko and Gracie 2007)
is used to obtain the allowable crack sizes for different
base wall thicknesses at the critical time of the PTS
transient. Furthermore, the effects of the crack position
and crack tip shape on the ultimate bearing capacity of
the RPV structure are fully analyzed. Through compar-
ison and verification, the results of this study can accu-
rately simulate the plastic failure behavior of the RPV
structure under PTS, and provide a guarantee for the
safe operation and management of the nuclear power
plant.
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2 Methodology
2.1 Elastic—plastic constitutive relation

When the plastic deformation occurs, the stress level
for the isotropic material is determined by the Von-
Mises yield criterion. The strain after the initial yield
can be assumed to be the sum of the elastic and plastic
strains

deij = def; + de{’j (D

The elastic strain increment is divisible into the deviator
stress and hydrostatic stress components

do;.  (1-2v)
e __ L
“i=26TTE

dijdokk ()
where G is the shear modulus, oi,j is the deviator stress,
and oy represents the hydrostatic stress.

The plastic strain increment is proportional to the
stress gradient of the plastic potential function

il
del) = d o2 ©)

9o
where d is the plastic multiplier. According to plastic
flow rule (Bland 1957), the potential function and yield

function are identical, i.e. Q = f. Hence, Eq.(1) can
be written as

doj; (1 —2v) 9
deij = Z_Glj + TSide'kk + dkgj; 4)

The Von-Mises yield function is expressed as
f (o) =K (1) )

where « is the plastic work in the plastic deformation
process. Then Eq. (5) takes the form

F(o,k)=f(0)—K(x)=0 (6)
After resolution, the following equations are given by

alde — Adr =0 (7
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Then, Eq. (3) can be rewritten as
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de = [D] ' do + dr—
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)
where [D] is elastic constitutive matrix. After math-
ematical calculation, the plastic multiplier can be
obtained as

aT[D] de

A= ———
aT[Dja+ A

(10)

Finally, the relation of stress and strain increments can
be expressed as

do = [D],, de = ([D] — [D],) de (11)
[D] — M (12)
7 aT[Dla+ A

As mentioned above, the yield and potential functions
are identical in accordance with the plastic flow rule.
In this way, the elastoplastic constitutive matrix [D],,
1S symmetric.

2.2 XFEM displacement approximation and
discretized equations

Compared with the traditional finite element method,
the XFEM is used to deal with the problem of crack
propagation. The stress singularity near the crack tip
is expressed by the asymptotic function, and the dis-
placement jump at the crack surface is described by
the discontinuous function. The integral displacement
function is defined as (Singh et al. 2012)
ne ng
u(x) :ZNi (x) ui—i-ZNj (x) [H x)—H (xj)] aj
i=l j=1
ny
+ D Nk () [Bo (0) = fo 1ok (13)
k=1
where, n., ng and n; respectively represent the num-
ber of regular nodes, the number of reinforced nodes

and the number of crack-tip nodes; N; (x), N; (x), and
Ny (x) is the node shape function; u; is the node dis-
placement vector; a; and by is the nodal enriched vari-
ables; H (x) is the Heaviside function across the crack
surface; B, (x) the asymptotic function at crack tip.

The discontinuous jump function H (x) is expressed
as

1 if(x—x*-n>0

—1 otherwise (14)

H(x):{

where x is the sample point, x* is the closest point to
x, and n is the unit outward normal vector.

In the discrete system of equilibrium equations, the
elemental stiffness matrix and external force vector are
defined as

uu ua ub
Kij Kij K

K¢ = | K/ K K (15)
b b bb
K K K
T
o Ul el (16)

For finite strain, the sub-matrices of Eq.(15) can be
written as

Kij = /e (Bf) "Deq (B;) hdQ (r,s =u,a,b)
a7

The sub-vectors of Eq. (16) are expressed as follows

f' = NibdQ+ [ N;tdl (18)
Qe T,
f= | Ni(H(x —H(x)) bdQ
Qe
+ | Ni(H (X — H(x)) tdl 19)
Iy

£ = fQ Ni (Bo (%) = B (%)) b dS2

+/r Ni (B (X) = o (x;)) tdT (20)

where I'; is traction boundary. The derivative matrices
of shape function are given by
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[(Nix O
B/ =|0 N, 2D
L Ni,y Nzﬂ,x
[ (Ni (H (x) = H (X)) 0
B¢ = 0 (Ni (H %) — H (x)),,
L (Ni (H () — H (x:))),, (Ni (H(x)—H (X)) x
(22)
[ (Ni (Ba (%) = o (%)) 0
Bf’[x = 0 (Ni (Ber (X) — Be (Xi))),y
L (Ni (Ba (X) = Bo (%)) y (Ni (Ba (X) — Bo (Xi))) x
(23)

According to the above XFEM equations, the displace-
ments and stresses in the domain can be obtained. Then
the XFEM will be combined with the following damage
criterion to simulate ductile crack propagation.

2.3 Damage criterion

In the damage model, the materials will show certain
ductility characteristics as long as the temperature is
above the nil-ductility reference temperature (Woods
et al. 2001). Before fracture, local yield occurs at the
crack tips, and then the cohesive crack begins to expand
(Baranietal.2011; Fagerstrom and Larsson 2008; Yuan
and Li 2014; Su et al. 2010).

Here, the crack initiation criterion is the maximum
principal tensile stress criterion. The maximum princi-
pal stress is taken as the tensile strength of material.
After the initiation of damage, damage evolution is
based on energy dissipated during the damage process.
The damage model specifies that the fracture energy
per unit area is equal to the critical energy release rate.
The critical energy release rate is given by

_pl -pl
p ul’

ér !
Gc = / ; LoydgP! = /0 oydii?! (24)

€0

where L is the characteristic length associated with the
integration points. £/, ! are the equivalent plastic
strain and equivalent plastic displacement, respectively.

The evolution in the damage is specified in expo-
nential form

8f

m Tegrdd

D :/ _feffdo (25)
8 Gec -G,

0
m

where Tegr and § are the effective traction and displace-
ment, respectively. G, is the elastic energy at dam-
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age initiation. It is ensured that the energy dissipated
during the damage evolution process is equal to G¢,
which can be obtained from Benzeggagh—Kenane law
(Benzeggagh and Kenane 1996). The degradation of the
mechanical properties is realized by reducing the stiff-
ness of damage elements. The material is completely
damaged if the overall damage variable reaches D = 1
at all integration points of an element.

3 Analysis model

In the numerical analysis, the selected physical model
of a real RPV with an inner surface crack is shown in
Fig. 1. The inner radius of the RPV is 1994 mm, the
thickness of the cladding is 8 mm, and the initial thick-
ness of the base metal wall is 200mm. Through the
thickness of the vessel wall, there are two symmetric
inlet nozzles opened, and the diameter is 800 mm. The
inner crack is located on one of the nozzles. The 3-D
model for thermal and stress analyses is created using
the finite element analysis software ABAQUS v 6.13
(2013). Figure 2 shows the finite element model for the
RPV containing an inner surface crack. The bottom of
the vessel are constrained to restrict the movement of
the rigid body. In this way, the upper part can move
along the axial direction, so it is basically in accor-
dance with the actual situation.

During the cooling process, the inner sides of the
downcomer and water inlet pipes are assumed to be
subjected to a thermal shock caused by the emergency
cooling water. Eight-node linear heat transfer brick ele-
ments (DC3D8) are adopted for heat conduction. The
heat flux in the wall of the vessel is determined by
the thermal conductivity and temperature gradient, and
the heat flux through the inner surface of the vessel
wall mainly depends on the heat transfer coefficient
(Heming et al. 2003) and cooling water temperature.
Since the parameters related to the convective heat
transfer in the transient information are clearly given
in Sect. 4.1, the cooling plume effect is not considered
in the numerical modeling. The initial stress-free tem-
perature applied in the whole model is set to 295°C
to ensure no residual temperature stress is generated.
The initial temperature of the injected water is consis-
tent with that temperature. The numerical model also
assumes that the distributions of heat transfer coeffi-
cient and temperature are uniform along the inner sur-
face of the vessel. The transient temperature field is
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obtained and is used for fracture mechanics analysis.
Correspondingly, Eight-node linear brick reduced inte-
gration elements (C3D8R) are used for high computa-
tional efficiency.

4 Reference transient and material properties
4.1 Reference transient information

During the PTS transient, the emergency cooling water
is injected into the downcomer of the RPV through the
inlet nozzles, and then the inner surface of the down-
comer is considered to be subjected to a thermal shock.
In the cooling down process, the heat flux density in
the convective heat transfer from fluid to solid is the
product of the heat transfer coefficient and the tempera-
ture difference between the wall temperature and water
temperature. The heat transfer coefficient is a nonlin-
ear function of the surface temperature and a large heat
transfer coefficient can obviously increase the cool-
ing rate of the wall of the vessel. Whereas the radial
temperature difference of the wall is reduced with the
decrease of the heat transfer coefficient. Figure 3 shows
the heat transfer coefficient between the cooling water
and the inner surface of the vessel for the analyzed tran-
sient. The reference transient is selected from the IAEA
CRP9 (2010). According to the reference transient, the
distributions of the transient internal pressure and water
temperature are shown in Fig. 4. It should be noted that
the pressure value suddenly reaches 16.8 MPa at 7185's
and then has a very small fluctuation, so it is theoreti-
cally the critical time of the PTS transient.

4.2 Material properties and fracture parameters

The base material is A508 Class 3 steel (Wu et al. 2014,
Lu et al. 2017; Tanguy et al. 2005) and the cladding is
made of austenitic stainless steel (Yuan et al. 1995;
Hu and Cocks 2016). The thermal and mechanical
parameters of the materials are introduced from pre-
vious studies (Qian and Niffenegger 2013) and listed
in Table 1. In the unsteady heat conduction process, the
heat exchange causes the wall temperature to change
with time. In addition to the surface heat transfer coef-
ficient introduced above, the heat flux in the wall is
proportional to the thermal conductivity and tempera-
ture gradient. Thermal diffusivity o are related to the
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Fig.3 The history of heat transfer coefficient between the cool-
ing water and the inner surface of the downcomer
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Fig. 4 Internal pressure and cooling water temperature histories

thermal conductivity A and specific heat capacity C),
bya =1/0C).

To study the mechanical properties of materials in
the post yield state, tensile tests are carried out by
using a Zwick universal testing machine, as shown in
Fig. 5. The operable temperature range is 20-350°C.
The tests are performed under the displacement control
at 0.03 mm/s for the 9mm diameter specimens of the
selected cladding and base materials. Figure 6 shows
the geometry of the tensile test specimens. The test
procedures meet the requirements defined by EN ISO
6892-1 (2009). The forces are measured with a load
cell of 100kN capacity and the strains with an optical
system for data acquisition and analysis. The tension
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Table 1 Material properties of the base metal and cladding
Material Temperature  Young Poisson’s Thermal Thermal Density Coefficient  Yield
°C) modulus ratio conductivity diffusivity (103 kg/m3) of thermal stress
(GPa) [W/m°C)]  (10~%m?/s) expansion  (MPa)
(1076/°C)
Base metal 20 204 0.3 54.6 14.7 7.6 10.9 588
300 185 45.8 10.6 12.9 517
Cladding 20 197 0.3 14.7 4.1 7.6 16.4 380
300 176.5 18.6 4.3 17.7 270
Fig. 6 Schematic diagram
of the sample
- S| 0
o wv | O
G '
Fig. 5 Test setup
sensor can accurately measure the tensile forces of the
specimens, and the grating ruler is used to measure the
tensile deformation of the specimens during the tensile eE o Lo Z " (26)
test. The accuracy of the machine is up to 1 N in force 00 00 00

and 1 wm in displacement. After the test data are pro-
cessed by computer, the stress—strain values including
tensile strength and peak strain can be obtained.

Based on the experimental data, Fig. 7 shows the
relevant stress—strain curves for the base metal and
cladding. The nonlinear material behavior is described
by generalized Ramberg—Osgood model (Elgued; et al.
2006)

where o and E are the yield strength and Young’s mod-
ulus, respectively. « is the material constant and z is the
hardening exponent. In Fig. 7a, the fitting dimension-
less parameters o« = 2.372, n = 7 for the base metal
and @ = 2.912, n = 11 for the cladding. In Fig. 7b,
a = 0.998, n = 9 for the base metal and o« = 2.809,
n = 12 for the cladding.
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Fig. 7 Stress strain curves of base metal and cladding at different temperatures for a 20 °C and for b 300 °C

In the life of reactor, the interior of RPV is irradiated
by the intensive neutron. According to ASME Code
Sec. XI (2010) and 10 CFR 50.61 (1996), the fracture
toughness and nil-ductility reference temperature are
written as

{ Kic = 36.5 +3.1exp[0.036 (T-RTxpT + 55.5)]

Kic < 220 MPay/m
(27
RTnpr = RTnDT(U) + M + ARTNDT (28)

where, Kjc is the crack growth fracture toughness, Ky,
is the crack arrest fracture toughness, RTnpt(U) 1S the
initial reference temperature, M is the average safety
margin, and A RTnpr is the correction value of refer-
ence temperature.

Table 2 shows the distributions of the main random
parameters of the base material. It is conservatively
considered that the inner wall of the RPV is subjected to
afast neutron fluence of 5 x 10! n/cm? at the end of the
reactor’s life. From Eq. (28), the nil-ductility reference
temperature is calculated as

RTnpr = RTnpT(U) + ARTNDT + M
— RTnpr(U) + Cr x f 0280102 /)
+2,/a,2 + oi
=—-44+200x 14
+2v(9.0 x 1.8)2 4 (9.4 x 1.8)2
=70.8F =21.6°C
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Then, bringing it into Eq.(27) leads to the following
equations as

Kic < 220 MPay/m (29

{ Kic =36.5+10.5¢036 T
For the elastic—plastic fracture problem, the critical
energy release rate includes not only the surface energy
but also the plastic dissipation energy. However, the lat-
ter changes with the way of loading. To deal with this
complex problem, the critical energy release rate could
be calculated by the above obtained fracture tough-
ness based on the conservative principle. The relation
between them for plane-strain condition is given by
2

1 —
7 K2 (30)

Gic =

According to Egs.(29) and (30), the calculated criti-
cal energy release rates for the base metal are listed in
Table 3.

Next, the fracture test is used to assess the feasibility
of the above numerical calculation. Taking into account
the risk of the actual loading of the RPV, Fig. 8 shows
the standard SENT specimen used for the fracture test.
The specimen is directly cut from TA2 sheet, and is
manually grinded and polished by using sandpaper. The
main test equipment contains a MTS809 universal test-
ing machine and a TestStarlI control system. Accord-
ing to ASTM E1820-05a (2016), fatigue precracking is
performed on the specimen. The initial crack length is
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Table 2 Main random variables of A508 CI3 steel

Parameters Mean value Standard deviation Distribution type

Copper content (wt.%) 0.056 0.01 Normal

Nickel content (wt.%) 0.78 0.05 Normal

RTNDT(U) (QC) —20 9.0 Normal

fo (10" n/cm?) lupto6 10% of mean value Normal

ARTNpt (°C) RG 1.99 Rev. 2 94 Normal

Table 3 Critical energy release rates at different temperatures

Temperature (°C) 20 35 50 65 80 200 300

Gic (J/m?) 15,042 24,228 45,068 95,849 220,661 229,635 238,076
<25 -t o 120 -+ 2 10 crack is generally consistent with the heat conduction

DA @ | ]

O A H D |

T
s -
&) >
3 m

Fig. 8 Configuration and dimensions of the SENT specimen

obtained by flexibility method, and a MTS632.02F-20
extensometer is used to measure the crack tip opening
displacement of the specimen. According to the rele-
vant parameters obtained from the experimental results,
the critical energy release rates can be calculated by
Eq.(24). It shows that the critical energy release rate
obtained in the environment of 50 °C is close to the cor-
responding numerical result in Table 3. Note that this
temperature is close to the temperature of the crack tip
region obtained from the following thermal analysis at
the critical time of the PTS transient (see Fig. 4). In this
way, the data in Table 3 is considered to be applied to
the analysis of crack propagation.

5 Numerical result and discussion

5.1 Thermal analysis and thermo-mechanical
coupling analysis

In thermal analysis, the whole vessel is given a uniform
initial temperature 295 °C. Due to the rotationally sym-
metry of the downcomer, the heat conduction can only
produce a one-dimensional transient temperature dis-
tribution. For the structure with defects, the direction of

direction.

According to the history of the cooling water tem-
perature, the 8-node linear heat transfer brick elements
are used for thermal analysis. The distributions of tem-
perature and heat flux along the wall thickness of the
vessel during the PTS transient are shown in Figs. 9 and
10, respectively. From Fig. 9, the temperatures along
the vessel wall show a downward trend from outside to
inside. With the time extension, the temperature gradi-
ents in the base wall gradually decline. Nevertheless,
the temperature gradients in the cladding continue to
be very high. According to the heat flux distributions
in Fig. 10, the relatively high heat fluxes are gener-
ated close to the inner wall, which shows a strong ther-
mal shock effect. Due to the different thermal prop-
erties of the cladding and base metal, a discontinuity
of heat flux exists in the interface between the base
metal and cladding. The lower thermal conductivity of
the cladding reduces the heat fluxes through the base
metal wall. This heat insulation effect of the cladding
is obvious, especially in the early stage of the thermal
shock.

In the high stress area near the nozzle, Fig. 11 shows
the circumferential stress curves along the wall thick-
ness of the vessel at different transient times. It can
be found that the presence of the cladding does not
improve the carrying capacity of the base material.
In the unloading process of the internal pressure, the
total stress values change little due to the continuous
increase of thermal stress. Later, as the internal pres-
sure increases sharply, the stress generated by it plays
a major role in the thermo-mechanical coupling field.
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Fig. 9 Temperature distributions along the wall thickness of the
vessel at different transient times
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Distance from the inner surface [mm]

Fig. 10 Heat flux distributions along the wall thickness of the
vessel at different transient times

Consequently, most of the base material close to the
inner wall has yielded. Since the strength of cladding
is relatively low, the values of the stresses in it almost
remain unchanged.

5.2 Ductile fracture and failure analysis for different
base wall thicknesses

Firstly, it is assumed that a surface crack appears on
one nozzle. The purpose is to evaluate the form of crack
propagation and obtain the critical crack sizes under the
PTS. Since the overall temperature is much higher than
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the calculated reference temperature, the materials
show good ductility characteristics. The damage pro-
cess is simulated using the XFEM. When a = 40 mm
and L = 80 mm (refer to Fig. 1), the severe PTS loads
can cause crack propagation, and then the ultimate load
bearing state is reached. Figure 12 shows the Mises
stress distributions and propagation path of the inner
crack with the above sizes from 7125 to 7185s. As
the internal pressure load sharply increases from 2.5 to
16.8 MPa, the crack is extended along the radial direc-
tion. Figure 13 shows the corresponding crack prop-
agation path obtained by the mesh refinement. In the
same thermo-mechanical coupling field, the paths and
the sizes of the extended crack in Figs. 12 and 13 are
basically consistent. From Fig. 13, the damage evo-
lution characterized by the STATUSXFEM indicates
that a part of the cohesive cracks forms real cracks,
and the other part requires additional energy to be
opened. Although the extended crack has not been
fully opened, the unsteady crack propagation is about
to occur.

In fact, most of the cracks found in RPVs are sur-
face cracks (Bass et al. 2001; Beardsmore et al. 2003;
Dickson et al. 2000; Moinereau et al. 2001). Then dif-
ferent cracks with a/¢ ratio of 0.1, 0.2 and 0.3 are cre-
ated for fracture mechanics analysis. Figure 14a shows
the effect of crack size on ultimate bearing capacity of
the structure in the transient temperature field at 7185s.
‘When the base wall thickness is reduced to 160 mm, the
ultimate pressure curves are plotted in Fig. 14b. Com-
pared with the results in Fig. 14a, the allowable crack
lengths are reduced under the peak internal pressure of
16.8 MPa during the PTS transient for relatively deep
cracks. For the shallow surface crack (¢ = 20 mm), the
crack length does not pose a challenge to the strength
of the RPV structure.

When ¢+ < 120 mm, the allowable crack sizes are
confined to a = 20mm and L = 60mm during the
PTS transient. The crack path and Mises stress fields
are shown in Fig. 15. It can be found that the crack
only expands the dimension of one element along the
radial direction and then the ultimate bearing state
would be reached. Since the surface crack is close to
the inner wall of the vessel, the thermal shock sig-
nificantly reduces the toughness of the base material
and contributes to the unstable crack propagation. Cor-
respondingly, Fig. 16 plots the circumferential stress
curves along the thickness of the base wall in longi-
tudinal symmetrical section (including the crack sur-
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Fig. 11 Distributions of the circumferential stresses along the wall thickness direction on one inlet nozzle of the RPV with free defect
during the PTS transient

Fig. 12 Crack path and
Von Mises stress fields for
the base wall thickness

t =200mm, a = 40 mm
and L = 80 mm (the water
inlet pipe is not displayed)

Fig. 13 Crack path STATUSXFEM
obtained by different
element sizes

(10mm x 10mm) on the
crack surface for the base
wall thickness # = 200 mm,
a = 40mm and L = 80mm
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Fig. 14 Ultimate internal pressure versus crack size for different base wall thicknesses at the critical time ar = 200mm, b7 = 160 mm

Fig. 15 Crack path and
Von Mises stress fields for
the base wall thickness

t = 120mm, a = 20mm
and L = 60mm

face). [ in the label denotes the distance from the inlet
nozzle along the axial direction. Since the cladding is
not the main bearing part of the structure, the stress
distributions within it are not shown. At 7185s, the
stress level of the whole base wall is greatly improved.
Combined with Figs. 15 and 16, the stress concentra-
tion area is located at the radial extended crack tips
with / = 0-Omm, 40 mm away from the base inter-
face, where most of the stresses nearly reach the tensile
strength of the base material in the transient tempera-
ture field. Due to the decrease of the base wall thickness,
the low stress area on the ligament does not exist. The
maximum value of the equivalent plastic strain at the
critical time is 0.0153, which satisfies the requirement
of stiffness.
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5.3 The effect of crack position on the ultimate
bearing capacity

For a certain wall thickness of the RPV, the allowable
crack sizes increase as the distance from the nozzle
increases. Figure 17 shows the allowable crack length
curves corresponding to the distance from the nozzle
in the limit bearing state. The non-extended parts in the
curves indicate that the change of crack length doesn’t
affect the ultimate bearing capacity of the structure.
For t = 200mm and t = 160 mm, the length of the
shallow surface crack with a=20mm also could not
pose a threat to the bearing capacity of the structure.
From Fig. 17, relatively short cracks are allowed to
appear on the nozzle for different base wall thicknesses.
The corresponding allowable crack sizes are obtained
from the results in Sect. 5.3. When the distance from
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Fig. 16 Circumferential stress distributions along the base wall with # = 120 mm at different transient times a 7125s, b 7185
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Fig. 17 Allowable crack length vs. crack position during the
PTS transient

the nozzle reaches 80 mm, the allowable crack length
is doubled. Figures 18 and 19 shows the transient Von
Mises stress fields and crack paths for + = 200mm
and r = 120mm, respectively. As the internal pressure
rises to 16.8 MPa at 7185 s, they both reach the ultimate
bearing state. At the critical time, the stress level in
the crack zone is generally high. Especially when the
thickness of the base wall reaches 120 mm, most of the
base material near the nozzle region bears extremely
high stress, and the overall failure of the structure is
about to occur.

5.4 The effect of crack tip shape on the ultimate
bearing capacity

In order to make a complete analysis of the fracture
properties of the RPYV, the effect of the crack tip shape
on the bearing capacity of the structure should be taken
into account. For comparison, the rectangular and 1/4
circumferential (or elliptical) cracks with equal depth
and length are considered respectively on the nozzle.
Through the ductile fracture analysis, the aim is to find
out the law of the crack propagation and check whether
the shape of the crack tips has a influence on the ulti-
mate bearing capacity of the structure.

First, the depth and length of the selected cracks are
settobe 20mm,i.e.a/t = L/t = 0.1. The Mises stress
fields and the crack propagation paths for different base
wall thicknesses before and after the mutation of inter-
nal pressure are shown in Figs. 20 and 21 respectively.
At 7185 s, the limit internal pressure values correspond-
ing to the two shapes of cracks are consistent in the
same transient temperature field. This means that the
crack tip shape has no influence on the ultimate bearing
capacity of the structure. Compared with the actual PTS
peak pressure of 16.8 MPa, the limit internal pressure
values of the critical time increase sharply. Figure 22
shows the damage degrees and propagation paths of
the two shapes of cracks for different base wall thick-
nesses. The red part represents the preset, fully opened
crack. In the limit bearing state, both of the two kinds
of cracks propagate along the radial and axial direc-
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Fig. 18 Crack path and
Von Mises stress fields for
the base wall thickness

t = 200mm. The distance
from the axial crack tips to

the nozzle is 80 mm
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Fig. 19 Crack path and
Von Mises stress fields for
the base wall thickness

t = 120mm. The distance
from the axial crack tips to
the nozzle is 80 mm
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tions for the thick base wall. With the decrease of the
base wall thickness, the circumferential crack propa-
gates just along the radial direction before the unstable
crack propagation in the thermo-mechanical coupling
field.

Next, the fracture failure behavior caused by the rect-
angular and elliptical cracks with the depth length ratio
of 1/2 is then analyzed. The results show that the cracks
with two different shapes both tend to propagate along
the radial direction, and the ultimate bearing capacity of
the RPV model with the elliptical crack is slightly lower
than that with the rectangular crack. Compared with the
crack depth of 20 mm, the doubling of the crack length
causes the value of the limit internal pressure to drop
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7185s

by more than 5 MPa. As a result, the utilization ratio of
the strength of the base material is obviously decreased.
From Fig. 23, it can be seen that the extension direction
of the cracks with the two shapes is basically consistent,
and the extension degree of the rectangular cracks in
the steady state is equal. When + = 200 mm, the expan-
sion of the elliptical crack is sufficient, and some of the
extended cracks are fully opened. With the decrease of
the base wall thickness, the degree of steady expansion
of the elliptical crack declines.
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Fig. 20 Crack paths and Von Mises stress fields before and after the sudden change of internal pressure for 1 = 200mm, ¢ = 20 mm
and L = 20mm
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Fig. 21 Crack paths and Von Mises stress fields before and after the sudden change of internal pressure for r = 120mm, ¢ = 20 mm
and L = 20mm
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Fig. 22 Comparison of
crack propagation paths and
damage degrees for the
cracks with two different
shapes
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Fig. 23 Comparison of
crack propagation paths and
damage degrees for the two
shapes of cracks with the
depth length ratio of 1/2
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6 Conclusions

The finite element method is used to obtain the transient
temperature field and the elastic—plastic stress strain
field of the RPV model. Combined with the specified
damage criterion, the propagation of the ductile crack is
simulated with XFEM. The indirect coupling method is
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used to deal with the complex thermal-mechanical cou-
pling problems. Under the severe PTS loads, the allow-
able crack sizes for different base wall thicknesses are
obtained. The effects of the crack position and the crack
tip shape on the ultimate bearing capacity of the RPV
structure are emphatically analyzed. From the numeri-
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cal results of the plastic failure analysis, the following
conclusions can be drawn:

e When the internal pressure value reaches 16.8 MPa,
i.e.the critical time of the PTS transient, the inner
surface crack on the nozzle tends to propagate along
the radial direction. Due to the decrease of the
toughness of the base material caused by the ther-
mal shock, the steady crack propagation under the
critical load condition is not sufficient.

e Under the severe PTS, the thickness effect of the
base wall is obvious. When the base wall thickness
¢t > 160 mm, the length of the shallow surface crack
could not pose a threat to the bearing capacity of
the RPV structure. When the base wall thickness is
reduced to 120 mm, the allowable depth and length
of the surface crack on the nozzle are confined to
20 mm and 60 mm, respectively.

e Whent = 120 mm, the effect of the crack length on
the structure bearing capacity can be avoided only if
the shallow surface crack is more than 80 mm away
from the nozzle. The stress field in the cladding is
maintained at a lower level for its relatively low
material strength.

e For the shallow surface crack with a short length on
the nozzle, the crack tip shape does not affect the
ultimate bearing capacity of the structure. For the
shallow surface crack with the depth length ratio of
1/2, the ultimate bearing capacity of the RPV with
the elliptical crack is slightly lower than that with
the rectangular crack. As the crack length continues
to increase, the effect of the crack tip shape on the
ultimate bearing capacity of the structure can be
ignored.
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