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Preface

For recent decades, the extreme events or threats on buildings and infrastructures
related to impact and blast loads have shown an increasing tread, which results in
severe damage or even collapse of the structures. Hence, there is an urgent need
to improve their resistances against impact and blast loads. Generally, the impact
and blast protections can be categorized into two groups, including “soft” and
“stiff”” protections. “Soft” protection refers to the use of “soft” materials (e.g., foam)
or structures (e.g., thin-walled tube) to dissipate impact and blast energy through
plastic deformation. “Stiff” protection refers to the utilization of structures with
high resistance and ductility to directly resist potential impact and blast loads. More
recently, the combination of “soft” and “stiff”” protection is more appealing in terms
of lightweight, high energy absorption capacity, failure mode regulating, etc.

This book aims to present some new protective methods from three aspects,
including “soft” protection, “stiff” protection, and the combination of the two. In
the first part of this book, the aluminum foam- and polyurethane foam-filled struc-
tures have been developed for dissipating impact and blast energy. Experimental
and numerical studies have been conducted to obtain their behaviors under impact
loading. Moreover, analytical models have been proposed to assess their energy
absorption performances and facilitate the impact and blast-resistant design when
using the proposed foam-filled structures as energy absorbers. In the second part of
this book, Steel-Concrete-Steel (SCS) sandwich structures with novel shear connec-
tors have been developed, and their behaviors under impact and blast loads have
been experimentally, numerically, and analytically studied. The analytical models
for predicting the impact and blast responses of SCS sandwich structures have been
developed. In the third part of this book, a new Steel-Polyurethane Foam-Steel-
Concrete-Steel (SPUFSCS) panel (i.e., the combination of “soft” and “stiff” protec-
tion) has been developed to achieve a higher impact-resistant performance. Owing to
the increasing impact and blast threats on buildings and infrastructures, the studies
presented in this book are of significance for providing new solutions for impact and
blast enhancements. The main contents of this book are as follows:

Chapter 1: Two types of novel aluminum foam-filled energy absorption connec-
tors are presented, and their energy absorption performances under impact load are
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reported. The analytical models considering transient strain rate effect of steel are
presented to predict force—displacement of the aluminum foam-filled energy absorp-
tion connectors. A design method is presented for conducting the blast-resistant
design of the structures employing the proposed energy absorption connectors as
additional energy absorbers.

Chapter 2: Two types of Polyurethane (PU) foam-filled energy absorption connec-
tors are developed, and their energy absorption performances are experimentally
and numerically examined. Moreover, the analytical models for predicting the
force—displacement responses of PU foam-filled energy absorption connectors are
presented, and the transient strain rate effects of both steel and PU foam are
incorporated into the analytical models.

Chapter 3: A novel Aluminum Foam-Filled Circular-Triangular Nested Tube
(AFCTNT) energy absorber is presented to resist impact load, and its energy
absorption performance, force—displacement response, and deformation mode are
experimentally and numerically examined.

Chapter 4: Experimental and numerical studies on a cladding sandwich panel
with Aluminum Foam-Filled Tubular Cores (AFTC panel) under local impact are
presented. The impact force and displacement response, failure mode, and energy
absorption performance of the AFTC panel are discussed.

Chapter 5: Aiming to enhance the impact resistance of the traditional SCS
sandwich panel, a flat steel plate-concrete-corrugated steel plate sandwich panel
is proposed, and its impact response is experimentally and numerically studied.

Chapter 6: A new Stiffener-Enhanced Steel-Concrete-Steel (SESCS) sandwich
structure is proposed for resisting impact load. Drop-weight impact tests and numer-
ical simulations on the SESCS sandwich beams and panels are presented. Failure
mode, impact force, and displacement response of the SESCS sandwich beams and
panels are discussed. An analytical model is presented for predicting displacement
response of the SESCS sandwich beam under impact load.

Chapter 7: Curved SCS sandwich shells under impact load are experimentally
and numerically studied, and their failure modes, impact force, and displacement
responses are discussed. The effects of concrete thickness, steel plate thickness, and
spacing of shear connectors on the impact performances of curved SCS sandwich
shells are examined. An analytical model is presented for predicting displacement
response of the curved SCS sandwich shell under impact load.

Chapter 8: The performances of non-composite SCS sandwich panels under simu-
lated blast load are experimentally and numerically studied. The simulated blast load
is applied by utilizing an inflated airbag to transmit the impact force from the dropped
hammer onto the SCS sandwich panel in the form of uniform pressure loading. The
deformation modes, applied pressures, displacement, and strain responses of the SCS
sandwich panels are discussed.

Chapter 9: Two approaches for predicting displacement response of the axially
restrained SCS sandwich panel under blast loading are reported. The tensile
membrane action of steel faceplates of the SCS sandwich panel is considered in
the two models. The resistance—deflection function of the SCS sandwich panel is
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obtained by utilizing the energy balance principle. The transient strain rate effects of
steel and concrete are also incorporated into the two analytical models.

Chapter 10: The blast responses of curved SCS sandwich shells are numerically
studied, and their failure modes under close- and far-field blast loading are examined.
An analytical model is developed for predicting displacement response of the curved
SCS sandwich shell under blast load, and its dimensionless Pressure—Impulse (P-I)
diagram is presented. Finally, the procedures are presented for conducting blast-
resistant design of the curved SCS sandwich shell via employing the dimensionless
P-I diagram.

Chapter 11: A new Steel-Polyurethane Foam-Steel-Concrete-Steel (SPUFSCS)
panel, which consists of “soft” and “stiff” layers, is proposed, and its impact behavior
is experimentally, numerically, and analytically studied. The failure mode, impact
force, and displacement responses are discussed, and the benefits of employing “soft”
layer on enhancing the impact resistance are demonstrated. An analytical model is
developed for predicting displacement response of the SPUFSCS panel under impact
load.
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cooperative effect of our team. The authors would like to thank our colleagues and
postgraduates, including Jingyi Lu, Chen Yan, Suntao Liu, Bowen Xue, and Wenjian
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Chapter 1 ®)
Aluminum Foam-Filled Energy Guca i
Absorption Connectors Under Impact

1.1 Introduction

In recent decades, lightweight structures (e.g., thin-walled or foam-filled structures)
have been increasingly used as energy absorbers to protect structures from extreme
loading, such as blast and impact. Lightweight energy absorbers have been success-
fully applied in aerospace, military, automotive engineering, civil structures, and
other industries (Alghamdi 2001; Lu and Yu 2003). As shown in Fig. 1.1a, an energy
absorber can be used to attach guardrails to bollards for dissipating impact energy
during automobile accidents. Additionally, a lightweight energy absorber can be
utilized as the energy absorption connector (Fig. 1.1b) to connect the blast resistant
facade/wall and building to dissipate the blast energy. Aluminum foam is known
to exhibit high energy absorption, and therefore it can be inserted into thin-walled
structures to enhance their energy absorption performances. In this chapter, two types
of novel aluminum foam-filled energy absorption connectors (Fig. 1.1b) were devel-
oped, and the energy absorption can be realized via compression of aluminum foam
and plastic deformation of curved/pleated plates.

Owing to the advantages of easy fabrication and low cost, the metallic material
was usually employed for fabricating energy absorbers which were designed to
dissipate energy via plastic deformation, splitting of steel plate, friction and free
inversion of circular tubes (Baroutaji et al. 2017). As the energy absorbers generally
experienced dynamic crushing load when they were used for impact and blast
load mitigation, extensively works have been done to study the dynamic crushing
responses of the metallic energy absorbers, and the inertia and strain rate effect
generally led to higher energy absorption performance as compared to the quasi-
static loading case (Su et al. 1995a, b). Baroutaji et al. (2016) studied the response
of the nested system under low-velocity impact loading, and its behavior was similar
to that under quasi-static loading owing to the insignificant strain rate and inertia
effect. However, the numerical results demonstrated that increasing impact velocity
could lead to higher energy absorption capacity of the nested system. In addition,
the optimized design of nested tubes under lateral impact loading was conducted by

© The Author(s), under exclusive license to Springer Nature Singapore Pte Ltd. 2023 1
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Olabi et al. (2008a, b), and the optimized energy absorbers exhibited more desirable
force—deflection responses than their standard counterparts.

Recently, metallic foams have been increasingly employed for energy absorbers
owing to its lightweight and high energy absorption performance, thus attracting
a considerable amount of interest. It was demonstrated that the energy absorption
performance could be improved when filling the tubes with metallic foams (Reyes
et al. 2004a, b; Hall et al. 2002; Shen et al. 2015). As compared to the crushing
behaviors of the metal foam-filled columns/tubes under axial and oblique loading
(Santosa et al. 2000; Reyes et al. 20044, b), their behaviors under lateral crushing
loading (Hall et al. 2002; Shen et al. 2015; Baroutaji et al. 2015) were more desir-
able in terms of fewer fluctuations of load and lower amplitude of peak load (Shen
et al. 2015). As the energy absorbers underwent dynamic loading in most cases,
the dynamic crushing behaviors of the metallic foam-filled energy absorbers were
also extensively studied (Shahbeyk et al. 2007; Smith et al. 2016). The dynamic
lateral crushing behaviors of sandwich circular tubes were investigated by Fan et al.
(2013), and the energy absorption capacity over its quasi-static counterpart and
the deformation profile showed some differences, which could be attributed to the
inertia effect under dynamic loading. The responses of foam-filled conical tubes
under axial impact loading were numerically investigated by Ahmad and Thambi-
ratnam (2009), and the foam filler was found to be able to stabilize the crushing
process and improve the energy absorption capacity. Kilicaslan (2015) studied the
dynamic crushing responses of aluminum foam-filled corrugated single- and double-
tubes. It was also noted that the tubes with corrugations experienced progressive and
concertina type of deformation, and tubes with smaller corrugation length was more
desirable in terms of smooth force—displacement curve and low initial peak load.

In this chapter, the dynamic crushing responses of the proposed aluminum
foam-filled energy absorption connectors were experimentally studied. In addition,
the effects of loading rate, aluminum foam filler and geometrical parameters of
curved/pleated plates on the energy absorption performances of the connectors were
also quantitatively evaluated. The numerical studies on the tested connectors were
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also conducted by employing the explicit code in LS-DYNA. The analytical models
considering the strain rate effect of mild steel were developed to predict the force—
displacement responses of the aluminum foam-filled energy absorption connectors
under impact loading.

1.2 Experimental Study

The drop-weight impact tests on the proposed aluminum foam-filled energy absorp-
tion connectors were conducted to obtain their deformation modes, force—displace-
ment responses and energy absorption performances. In addition, four of the connec-
tors were tested under quasi-static loading to reveal the effect of loading rate on
their responses. The test specimens, setup and results are presented in the following
sections.

1.2.1 Design of Specimens

There are two types of aluminum foam-filled energy absorption connectors being
fabricated, i.e., one is with curved plates (Type I in Fig. 1.2a) and the other is with
pleated plates (Type II in Fig. 1.2b). The energy absorption connectors were fabri-
cated from mild steel as face plates and closed cell aluminum foam as core material.
As shown in Fig. 1.2, two curved plates (for type I connectors) or pleated plates
(for type II connectors) were connected to two flat plates on the top and bottom
through bolts (M12 bolt with grade of 6.8) in order to form a four-side confined
space where the aluminum foam could be subsequently filled in. There are totally 16
energy absorption connectors being fabricated for the tests with eight type I connec-
tors and eight type II connectors. The detailed geometries of the specimens are given
in Fig. 1.3 and summarized in Table 1.1. The studied parameters for type I connectors
include loading rate, aluminum foam filler, curved plate thickness and radius. With
regard to type II connectors, the effects of loading rate, aluminum foam filler, pleated
plate thickness and angle 6, on their energy absorption performances were experi-
mentally investigated. The material properties of mild steel and aluminum foam were
obtained from uniaxial tensile coupon tests and uniaxial compression loading tests,
respectively, and are given in Table 1.2.

1.2.2 Test Setup and Instrumentation

An instrumented drop-weight impact test machine was employed to apply the impact
loading on the connectors. The photographs of the test setup are given in Fig. 1.4.
The connector was inserted between a hammer and a piezoelectric force transducer,
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Table 1.1 Geometry of the energy absorption connectors

Type I connector R (mm) t, (mm) Aluminum Foam Hg (m)
T3.57R75 75 3.57 Yes 6.17
T5.70R75* 75 5.70 Yes 7.35
T5.70R75N* 75 5.70 No 4.23
T7.36R75 75 7.36 Yes 8.62
T5.70R80 80 5.70 Yes 7.97
T5.70R105 105 5.70 Yes 8.62
Type II connector 0, (°) tp (mm) Aluminum Foam Hg (m)
T3.57A45 45 3.57 Yes 6.17
T5.70A45 45 5.70 Yes 7.35
T5.70A45N* 45 5.70 No 2.50
T7.36A45% 45 7.36 Yes 8.62
T5.70A30 30 5.70 Yes 5.63
T5.70A60 60 5.70 Yes 8.62

Note R—Curved plate radius; 7,—Curved/pleated plate thickness; 8,—Angle between flat plate
and pleated plate; H ;—Drop height in the impact loading test. The specimens with star indicate that
two same specimens were fabricated, with one for impact loading test and the other for quasi-static
loading test

Table 1.2 Material Mild steel E,(GPa)  |o,(MPa) |0, (MPa)
properties of mild steel and
aluminum foam tp = 3.57 mm 200 333.5 562.3
t, =5.70 mm 200 275.6 528.3
t, =7.36 mm 200 289.7 538.3
Aluminum foam of (g/cm3) op (MPa) E¢ (MPa)
- 0.235 0.81 114.0

Note Ey, Ef—Young’s modulus of steel and aluminum foam; o,
o,—Yield and ultimate stress of mild steel; pr, o p—Density and
Plateau stress of aluminum foam

and they were subsequently supported on a rigid base. A cylindrical hammer with
the diameter of 200 mm was used. Two 20-mm-thick steel plates were bolted to the
connector on the top and bottom plates, respectively, to impede the bending defor-
mation of these two flat plates during the test. Before the test, the hammer was raised
to the predetermined drop height using a hydraulic controlled mechanical hosting
system. As the maximum impact force that can be measured by the piezoelectric force
transducer is 600 kN, the trail numerical analysis was conducted to determine the
drop height of each connector (in Table 1.1) by ensuring the maximum impact force
slightly below 600 kN. Once the electromagnet release mechanism is manually trig-
gered, the hammer with the weight of 400 kg can slide freely along the vertical guide
rails towards the specimen below it. The piezoelectric force transducer was installed
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Fig. 1.4 Drop-weight impact test setup and instrumentation, reprinted from Wang et al. (2018b),
copyright 2022, with permission from Elsevier

at the bottom of connector to measure the pure crushing force excluding inertial
force. Displacement of the hammer was measured by a magnetic scale displacement
transducer with an accuracy of 0.05 mm. The magnetic sensor was mounted on one
of the vertical guide rail, and its associated scales were mounted on the hammer to
measure the crushing displacement of the connector. A high-speed camera was used
to monitor the entire deformation process at a speed of 2000 frames per second.

The quasi-static loading tests were conducted using a material testing machine
(MTS) with the loading capacity of 2500 kN. Figure 1.5 shows the test setup and
instrumentation. The connector was inserted between the actuator and a fixed support.
The force was applied by moving the actuator downwards with a speed of 2 mm/min
to ensure a quasi-static loading rate. The same to the drop-weight impact tests, two
20-mm-thick steel plates were also bolted to the connector on the two flat plates. The
crushing displacement and compressive force of the connector were measured by two
Linear Variable Displacement Transducers (LVDTs) and aload cell, respectively. The
readings from LVDTs and load cell were recorded using a data logger.

1.2.3 General Observations

The typical collapse processes of the type I connector (T5.70R75) under impact
and quasi-static loading are presented in Fig. 1.6. The similar collapse process can
be observed for the connector under both impact and quasi-static loading, i.e., the
connector generally exhibits symmetric deformation about the middle horizontal
plane. The observed similar collapse mode of the connector under both impact and
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Fig. 1.5 Quasi-static loading test setup and instrumentation, reprinted from Wang et al. (2018b),
copyright 2022, with permission from Elsevier

quasi-static loading can be attributed to relatively low-impact velocity in the tests,
i.e., the maximum impact velocity is around 13 m/s. The similar deformation mode of
sandwich circular tubes under quasi-static and dynamic (crushing velocity = 10 m/s)
loading was also observed by Fan et al. (2013). However, non-symmetric deformation
pattern about the horizontal plane with the collapse initiating at the top was observed
from FE analysis when the sandwich tubes were loaded with higher crushing velocity
(>20 m/s). Hence, there was a critical crushing velocity to cause deformation mode
change and energy absorption improvement of sandwich tubes (Fan et al. 2013).
The similar observation was also noted by Baroutaji et al. (2016) via studying the
internally nested tubes subjected to impact loading. The collapse processes in Fig. 1.6
indicate that both the compression of aluminum foam and plastic deformation of
curved plates (via plastic hinge rotation and flattening of curved plates) contribute
to the energy absorption. The permanent deformation of connector T5.70R75 after
impact loading is given in Fig. 1.6c, which shows that two plastic hinges are formed
at the middle plane and the original curved plates with radius of R gradually changes
to flattened plates. As for the connector under impact loading, the flying debris of
aluminum foam can be observed at the two surfaces (front and rear surfaces) without
lateral confinement when crushing displacement exceeds 20 mm. The flying debris is
found to initiate from the top where the connector experiences direct impact loading



8 1 Aluminum Foam-Filled Energy Absorption Connectors ...

6 = 100 mm

Fig. 1.6 Typical collapse processes of the typical I connector: a impact loading, b static loading
and ¢ permanent deformation, reprinted from Wang et al. (2018b), copyright 2022, with permission
from Elsevier

and gradually propagates to the bottom. Similarly, the debris was observed for the
connector under quasi-static loading at the front and rear surfaces. However, the
separation portion of aluminum foam as debris is not significant and only observed
at front and rear surfaces, as shown in Fig. 1.6c¢. In the whole test, no fracture failure of
curved plates was observed for all the tested connectors, which demonstrates that the
curved plates can effectively absorb energy and provide confinements to aluminum
foam.

The collapse processes of all the type II connectors are found to be similar under
both impact and quasi-static loading. Hence, only the collapse processes of connector
T5.70A45 and T5.70A45N, which can represent the typical collapse processes of the
type II connectors with and without aluminum foam, are presented in Fig. 1.7. As
illustrated in Fig. 1.7a, the type II connector without aluminum foam mainly relies on
plastic hinge rotation of pleated plates to absorb energy. As for the type II connector
with aluminum foam filler in Fig. 1.7b, both plastic deformation of pleated plates
and compression of aluminum foam contribute to the energy absorption. In addition,
the flying debris was also observed at the two surfaces of aluminum foam without
lateral confinement during impact test, which is similar to the type I connectors.

Figure 1.8 presents the force—displacement curves of all the tested connectors.
Relatively smoother force—displacement curves can be observed for the connectors
under quasi-static loading, as shown in Fig. 1.8a, c. In terms of the connectors under
impact loading, the force shows evident peak value at the beginning and followed by
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Fig. 1.7 Typical collapse processes of the type Il connector under impact loading: a without
aluminum foam and b with aluminum foam, reprinted from Wang et al. (2018a), copyright 2022,

with permission from Elsevier
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Fig. 1.8 Force—displacement curves of energy absorption connectors: effects of a aluminum foam
and loading rate and b curved plate thickness and radius for type I connectors; effects of ¢ aluminum
foam and loading rate and d pleated plate thickness and angle 6, for type II connectors, reprinted

from Wang et al. (2018a, b), copyright 2022, with permission from Elsevier

a sudden drop as displacement increases. Then, the force shows continual fluctuation
with further dynamic crushing. The fluctuation of the force in the dynamic loading
case is mainly due to the inertial force that cannot be completely removed from the
drop-weight impact tests. It is noted in Fig. 1.8a, c that the forces of the connectors
under impact loading are higher as compared to those under quasi-static loading,
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which is mainly due to the strain rate effect of mild steel. The aluminum foam filler
is shown to significantly increase the forces of the connectors under both impact and
quasi-static loading, as shown in Fig. 1.8a, c. Figure 1.8b shows that both increasing
curved plate thickness and radius generally results in higher force and energy absorp-
tion capacity. With regard to type II connectors, Fig. 1.8d shows that both increasing
pleated plate thickness and angle 6, generally leads to higher force and energy absorp-
tion capacity. The quantitative evaluations on the effects of loading rate, aluminum
foam filler, curved plate thickness and radius as well as pleated plate thickness and
angle 0, on the energy absorption performances of the proposed connectors are
discussed in the following sections. The deformation processes of the tested connec-
tors in Fig. 1.8 exhibit three stages, i.e., elastic deformation, plastic deformation
and inner surface contact (for the connectors without aluminum foam) (Shen et al.
2015) or aluminum foam densification (for the aluminum foam filled connectors).
However, the boundaries between elastic and plastic deformation stages are not clear
for the connectors under impact loading. The crushing displacement in the plastic
deformation stage is considerably larger than another two deformation stages and
the force also shows insignificant variation in this stage, both of which are desirable
for an energy absorber. After the densification of aluminum foam or contact of inner
surfaces of curved/pleated plates, the force shows sudden increase and the connector
reaches its ultimate energy absorption capacity.

1.2.4 Energy Absorption Performances of Type I Connectors

The quantitative evaluations on the energy absorption performances of the tested
connectors can be realized via comparing the following parameters, including mean
crushing force (MCF), densification displacement (xp), energy absorption (EA),
specific energy absorption (SEA) and crushing force efficiency (CFE). All the
aforementioned energy absorption parameters can be calculated based on crushing
force—displacement curve of the energy absorber. EA is given as

8
EA :/ F(x)dx (1.1)
0
where F(x) and § are crushing force and displacement, respectively. SEA is energy

absorption per unit mass and given as

SEA=EA/m (1.2)

where m is total mass of aluminum foam and curved/pleated plates that contribute
to the energy absorption. CFE, which can represent the fluctuation magnitude of
crushing force—displacement curve, is defined as the ratio of MCF to peak crushing
force (PCF)
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CFE = MCF/PCF (1.3)

where PCF is the maximum crushing force with displacement ranging from O to ,
and MCF is calculated as

MCF = EA(8)/8 (1.4)

It is noted from Egs. (1.1)—(1.4) that the values of EA, SEA, CFE, and MCF
strongly depend on the value of §, and densification displacement is generally
employed for determining these energy absorption parameters for an energy absorber.
As the force—displacement curves of the tested energy absorption connectors are
similar to the compressive stress—strain curve of aluminum foam in shape, the method
used to determine onset strain of aluminum foam densification was adopted and modi-
fied to determine densification displacement of the connector. There were several
methods for determining the onset strain of densification, i.e., the intersection of the
tangents to the stress plateau regime and the densification regime (Nieh et al. 2000;
Paul and Ramamurty 2000), the strain at the last local minimum before the stress
rises steeply (Vural and Ravichandran 2003), the strain at which the slope of the
tangent is equal to that of the elastic regime (Chan and Xie 2003). To bring down
the uncertainties in abovementioned methods, an energy efficiency-based approach
was proposed by Li et al. (2006) to determine the onset strain of densification. In this
study, a new approach to determine the densification displacement of the connector
is proposed considering both the maximization of energy absorption efficiency and
peak crushing force. By replacing the stress and strain with force and displacement,
the energy absorption efficiency of the connector can be defined as

1 X
n(x) = FoOH /x‘.\ F(x)dx (1.5)

where F(x) is crushing force, H is height of aluminum foam and x, is displacement
at yield. The densification displacement, xp, can be determined as follows: (a) deter-
mining the displacement, x/D, corresponding to the stationary point at the energy
absorption efficiency—displacement curve where the efficiency reaches a maximum
value, i.e.,

dn(x)
dx /

X=Xp

=0 (1.6)

and (b) finding the maximum force, F,,, within the displacement from O to x/D. Then,
the densification displacement, xp, is determined as the displacement corresponding
to the first maximum force, F,,,, after x'D. Figure 1.9 illustrates the determination
of densification displacement of the connector based on a given force—displacement
curve. The calculated energy absorption parameters of the tested connectors under
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Table 1.3 Energy absorption parameters of type I connectors under impact loading

Specimen xp (mm) MCF (kN) EA (k]) SEA (kJ/kg) CFE (%)
T3.57R75 97.5 166.4 16.2 3.16 74.7
T5.70R75 94.2 194.2 18.3 2.60 56.6
T5.70R75N 96.9 69.6 6.7 1.24 39.3
T7.36R75 103.2 252.0 26.0 2.98 51.3
T5.70R80 99.7 237.8 237 3.53 56.3
T5.70R105 99.7 224.1 223 3.47 66.6

Note xp—Densification displacement; MCF-Mean crushing force, EA—Energy absorption, SEA—
specific energy absorption, CFE—Crushing force efficiency

impact loading are given in Table 1.3, and the effects of loading rate, aluminum foam
filler, curved plate thickness and radius on the energy absorption performances of
type I connectors are presented in Fig. 1.10.

Figure 1.10a shows the effect of loading rate on the energy absorption perfor-
mances of connector T5.70R75N (without aluminum foam) and T5.70R75 (with
aluminum foam). It should be mentioned that the densification displacement of
T5.70R75N under both static and impact loading in Fig. 1.10a is determined as
the minimum value of the calculated densification displacements of T5.70R75N
under static and impact loading, as the premature contact between top and bottom
bolts were observed before the contact of inner surfaces of curved plates, which
leads to smaller densification displacement. Comparing the connector T5.70R75N
and T5.70R75 under quasi-static and impact loading reveals that higher loading rate
(impact loading) can lead to higher energy absorption performance, i.e., the MCF
and EA (or SEA) of connector T5.70R75N under impact loading are increased by
85.1% and 85.2%, respectively, as compared to those under static loading, and the
corresponding increases for the connector T5.70R75 are 18.0% and 20.4%. More
significant improvement in energy absorption performance of the type I connector
without aluminum foam indicates that the strain rate effect of mild steel is the main
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Fig. 1.10 Comparison of energy absorption performances for type I connectors: effects of a loading
rate and aluminum foam, b curved plate thickness and ¢ radius, reprinted from Wang et al. (2018b),
copyright 2022, with permission from Elsevier

contributor to the energy absorption improvement considering the consistent defor-
mation mode of the connectors under both quasi-static and impact loading. It is also
noted that the increased values of MCF for connector T5.70R75N and T5.70R75
under impact loading are similar. This also demonstrates the main contributor from
strain rate effect of mild steel to the observed energy absorption improvement. The
inertia effect can only induces fluctuation of the force—displacement curve under
impact loading, but shows little effect on the MCF and EA owing to the relatively
low-velocity impact loading. However, Fan et al. (2013) and Baroutaji et al. (2016)
found that the inertia effect can lead to deformation mode change and improvement
of MCF and EA when the impact velocity exceeds certain value. In terms of CFE,
loading rate shows little effect on the connector TS.70R75 with aluminum foam.
However, higher loading rate leads to 36.0% reduction of CFE for the connector
T5.70R75N without aluminum foam.

The effect of aluminum foam filler on the energy absorption performances of
type I connectors under both quasi-static and impact loading is also presented in
Fig. 1.10a, which shows that the energy absorption performance can be significantly
improved by filling the connector with aluminum foam. The MCF, EA and SEA of
connector T5.70R75 under quasi-static loading are increased by 338.0%, 317.3% and
223.0%, respectively, as compared to connector T5.70R75N, and the corresponding
increases of 179.2%, 171.4% and 110.0% are observed for the impact loading case.
Both the plastic deformation of curved plates and compression of aluminum foam of
connector T5.70R75 contribute to the energy absorption as compared to the connector
T5.70R75N with only plastic deformation of curved plates to absorb energy. This
leads to improved EA of the connector with aluminum foam. The less significant
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improvement in the energy absorption performance of the connector under impact
loading can be explained by the aforementioned finding that the strain rate effect of
mild steel is the main contributor to the energy absorption improvement. However,
the aluminum foam filler can still evidently improve the values of EA and SEA for the
type I connector under impact loading. The increase of SEA by filling the connector
with aluminum foam indicates that the energy absorption per unit mass of aluminum
foam is higher as compared to curved plates. In terms of CFE, it is nearly unaffected
by the aluminum foam filler for the quasi-static loading case, whereas 44.0% increase
in CFE is observed for the impact loading case. This is because the aluminum foam
filler can increase the crushing force, and thus reducing the fluctuation magnitude of
crushing force (Fig. 1.8a), which results in higher CFE.

Figure 1.10b shows the effect of curved plate thickness on the energy absorption
performances of type I connectors. Increasing curved plate thickness can lead to
an increase in MCF and FEA, i.e., they are increased by 16.7% and 12.8%, respec-
tively, via increasing curved plate thickness from 3.57 mm to 5.70 mm, and further
increasing curved plate thickness from 5.70 mm to 7.36 mm leads to 29.8% and
42.2% increase of MCF and EA. Thicker curved plate means higher plastic bending
moment, and therefore leads to higher MCF and EA. As for SEA, it shows initial
decrease and subsequent increase with the increase of curved plate thickness. This
observation is owing to the fact that the calculated SEA is closely related to the densi-
fication displacement and clearly different densification displacements are observed
for the connectors with curved plate thicknesses of 5.70 and 7.36 mm, i.e., the densi-
fication displacements of TS5.70R75 and T7.36R75 are 94.2 and 103.2 mm. If the
densification displacement of connector T7.36R75 is assumed to be same with that
of connector T5.70R75, i.e., xp = 94.2 mm, the SEA is decreased by 3.4% when
increasing curved plate thickness from 5.70 mm to 7.36 mm. From above discus-
sions, the SEA is believed to be decreasing with increasing curved plate thickness,
as the energy absorption per unit mass of the curved plate is lower as compared to
aluminum foam. In summary, increasing curved plate thickness generally leads to the
increase in MCF and EA, but decrease in SEA. As for the CFE, it shows monotonic
decrease with the increase of curved plate thickness.

Figure 1.10c shows the effect of curved plate radius on the energy absorption
performances of type I connectors. The MCF, EA and SEA are increased by 22.5%,
29.7% and 35.6%, respectively, via increasing the curved plate radius from 75 to
80 mm. This may be owing to the increased volume of aluminum foam by increasing
curved plate radius. However, further increasing curved plate radius shows little
effect on the MCF, EA and SEA because the variation of curved plate radius from
80 to 105 mm results in a negligible increase in volume of aluminum foam. As for
the densification displacement and CFE, they are nearly unaffected by the variance
of curved plate radius.



1.2 Experimental Study 15

1.2.5 Energy Absorption Performances of Type II Connectors

In order to evaluate the energy absorption performances of the type II connectors, the
energy absorption parameters (i.e., MCF, xp, EA and CFE) were calculated based
on equations presented in Sect. 1.2.3. The calculated energy absorption parameters
of type II connectors under impact loading are given in Table 1.4, and the effects
of loading rate, aluminum foam filler, pleated plate thickness and angle 6, on the
energy absorption performances of type II connectors are presented in Fig. 1.11 and
discussed in the followings.

Figure 1.11a shows the effect of loading rate on the energy absorption perfor-
mances of connector T5.70A45N (without aluminum foam) and T5.70A45 (with

Table 1.4 Energy absorption parameters of type Il connectors under impact loading

Specimen xp (mm) MCF (kN) EA (KJ) CFE (%)
T5.70A30 102.82 155.14 15.95 69.59
T3.57A45 99.72 155.7 15.53 74.84
T5.70A45N 120.26 43.69 5.25 50.38
T5.70A45 92.63 214.68 19.89 70.86
T7.36A45 90.85 209.71 19.05 65.77
T5.70 A60 93.54 206.28 19.3 55.23
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Fig. 1.11 Comparison of energy absorption performances for type Il connectors: effects of a
loading rate, b aluminum foam, ¢ pleated plate thickness and d angle 6,, reprinted from Wang
et al. (2018a), copyright 2022, with permission from Elsevier
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aluminum foam). Owing to strain rate effect, both the two connectors exhibit
improved energy absorption performance under impact loading, i.e., the MCF and
EA of connector T5.70A45N under impact loading are increased by 22.6% and
22.2%, respectively, as compared to those under static loading, and the corre-
sponding increases for the connector T5.70A45 are 39.0% and 40.3%. As for the
CFE, the loading rate shows little effect on the connector T5.70A45 with aluminum
foam. However, higher loading rate results in 46.0% reduction of CFE for the
connector T5.70A45N without aluminum foam. The densification displacement of
the connector T5.70A4S5 is nearly unaffected by the loading rate owing to the similar
deformation modes of the connectors under both quasi-static and impact loading.

Figure 1.11b exhibits the effect of aluminum foam filler on the energy absorption
performances of type Il connectors under impact loading, and significant improve-
ment of energy absorption performance can be observed when filling the connector
with aluminum foam. The MCF and EA of connector T5.70A45 are increased
by 391.4% and 278.9%, respectively, as compared to connector T5.70A45N. The
increase in EA is less significant as compared to MCF, which can be attributed
to 23.0% reduction of densification displacement by filling the connector with
aluminum foam. This is because the densification displacement of connector
T5.70A45 is governed by the aluminum foam densification which occurs earlier
than the inner surface contact observed for the connector T5.70A45N. In terms of
CFE, it shows 40.7% increase by filling the connector with aluminum foam.

The effect of pleated plate thickness on the energy absorption performances of
type Il connectors is illustrated in Fig. 1.11c. The densification displacement and CFE
only show slight variation by increasing the pleated plate thickness from 3.57 mm to
7.36 mm, i.e., the densification displacement and CFE for the three connectors are in
the range of 90.9-99.7 mm and 65.8%—74.8%, respectively. However, the MCF and
EA are increased by 37.9% and 28.1%, respectively, via increasing the pleated plate
thickness from 3.57 mm to 5.70 mm. Further increasing pleated plate thickness from
5.70 mm to 7.36 mm results in slight decrease of MCF and EA. This counterintuitive
observation may be attributed to inconsistent strengths of pleated plate and aluminum
foam as well as different densification displacements for the two connectors.

Figure 1.11d shows the effect of angle 6, on the energy absorption performances of
type Il connectors, and improved energy absorption performances can be observed by
increasing angle 6, from 30° to 45°, i.e., the MCF and EA are increased by 38.4% and
24.7%, respectively. Similar to the effect of pleated plate thickness, further increasing
angle 6, from 45° to 60° leads to slight decrease of MCF and EA, which may be
caused by inconsistent material strengths. Figure 1.11d shows that the variation of
densification displacement is negligible by varying the angle 6,. As for the CFE, it
is reduced by 22.1% by increasing angle 6, from 45° to 60°.
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1.3 Numerical and Analytical Models

The numerical and analytical models are developed to predict the force—displacement
responses of the aluminum foam-filled energy absorption connectors. The analytical
model can be employed to quickly evaluate the energy absorption performance of
the proposed connectors.

1.3.1 Numerical Model

The explicit code in LS-DYNA was adopted to conduct the numerical analysis, and
the mild steel was modeled with Piecewise Linear Plasticity material model (Hallquist
2006). This elasto-plastic material model allows to defining arbitrary stress versus
strain curve and strain rate dependency. The deviatoric stresses satisfy the follow
yield function (Hallquist 2006).

1 1,
¢ = %51 = 30 <0 (1.7)

where s;; is stress deviator tensor, and o, is given as

P aP P rS"‘fff v
oy (8eff, seff> =0, (seff) 1+ C (1.8)

PR . . . P\ e . .
where ¢, is effective plastic strain, o, (seff) is yield stress without considering

strain rate effect, and the input true stress—effective plastic strain curves of mild steels
used in the connectors were obtained from the tensile coupon tests, éfff is effective
plastic strain rate, C and P are strain rate parameters in the Cowper-Symonds model.
In this study, the strain rate parameters C and P were adopted as 802 s~! and 3.585
for mild steel (Abramowicz and Jones 1986).

The aluminum foam was modeled by using a crushable foam material model
(MAT_63 in LS-DYNA), which is dedicated to model crushable foam with optional
damping and tension cutoff. As for the yield of MAT_63, it is governed by the largest
principle stress, i.e., the three principle stresses (0|, 0, and o3) are compared with
the yield stress Y for compressive principle stress component and Y, for tensile
principle stress component. Y is a yield stress from a user-defined volumetric strain-
hardening function, and Y, is a user-defined constant tensile cutoff stress (Hanssen
et al. 2002). Hence, the stress—strain curve in compression can be defined piece-
wisely, and tension is treated as elastic-perfectly-plastic (Yang and Qi 2013). The
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Fig. 1.12 FE models of connectors under impact loading: a Type I connector and b type II
connector, reprinted from Wang et al. (2018a, b), copyright 2022, with permission from Elsevier

input yield stress Y versus volumetric strain curve of aluminum foam was obtained
from uniaxial compression loading tests. Song et al. (2005) noted that the aluminum
foam almost showed no lateral expansion under uniaxial compression loading, and
the some observations were also demonstrated by the authors via testing the samples
of aluminum foam under uniaxial compression loading. Hence, the plastic Poisson’s
ratio of aluminum foam was set to be 0.01 (Yang and Qi 2013).

The FE models of the type I and II connectors under impact loading are shown
in Fig. 1.12. The shell element with five integration points along the thickness was
employed for steel plates, and eight-node brick element with reduced integration was
used to model aluminum foam, support and hammer. The 8 mm and 20 mm thick steel
plates were bolted together in the tests, and there was no separation being observed
during the impact test. Hence, the single steel plate with 28 mm thickness was chosen
as an alternative, as shown in Fig. 1.12. In the FE model, the contacts between two
parts are captured through ‘master—slave’ contact interfaces, which are defined by
using the surface to surface contact option in LS-DYNA. The penalty-based contact
approach is a generally used method where the contact stiffness is determined by
an algorithm according to the sizes and material properties of contact segments.
Hence, it works more effectively when the material stiffness parameters between
the contacting surfaces are of the same order-of-magnitude, such as that between
steel plates. However, this contact may break down when materials with dissimilar
stiffness come into contact, as the contact stiffness, which is roughly the minimum of
the slave and master stiffness, may be too small. Therefore, the soft constraint-based
contact approach, whose contact stiffness is independent of material parameters and
well suited for treating contact between materials of different stiffness, was used to
simulate the interaction between steel plates and aluminum foam. The dynamic and
static friction coefficients between all the contact surfaces were assumed to be 0.2
(Zhang et al. 2010). During the impact test, there was no failure of bolts that were used
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to connect curved/pleated plates and flat plates. Hence, the perfect bolt connection
was applied in the FE model by connecting the selected nodes on curved/pleated
plates to flat plates via *CONTACT_TIED_SHELL_EDGE_TO_SURFACE in LS-
DYNA (Hallquist 2012).

1.3.2 Analytical Model for Type I Connector

The crushing force of the type I connector under impact loading is mainly contributed
by two parts, i.e., compression of aluminum foam and plastic deformation of
curved plate, and they can be calculated separately. As for the force contributed
by curved plate (F,4), the strain rate effect of mild steel should be incorporated
into the analytical model. The following assumptions are employed to simplify the
calculations:

(1) The stress in the curved plate is a state of plane stress;

(2) The nominal stress—strain relationship of mild steel conforms to rigid-linear
strain-hardening behavior;

(3) The presence of aluminum foam does not change the deformed shape of curved
plates.

Figure 1.13 shows the deformation process of the type I connector without
aluminum foam and the force is contributed by plastic deformation of the curved
plate, including plastic hinge rotation and curvature change (i.e., from an initial

Fig. 1.13 Deformation
process of the type I

connector without aluminum 0=0
foam (quarter model), Top flat plate
reprinted from Wang et al. 0<n/2-¢

(2018b), copyright 2022,
with permission from
Elsevier
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curved plate to a flat plate). As illustrated in Fig. 1.13, two deformation patterns
can be identified. When 6 < m/2—¢, the curved plate is not in contact with the top
flat plate, and there are two plastic hinges being formed with one at the top and the
other one at the middle. This is named as deformation pattern I. When 6 > 7/2—¢,
part of the curved plate at the top starts to contact with the top flat plate, and the
plastic hinge at the top stops rotating. This is named as deformation pattern II, and
the energy absorption is contributed by the plastic hinge rotation at the middle and
plastic bending of the curved plate (from a curved plate to a flat plate).

1.3.2.1 Energy Absorption from Plastic Hinge at the Middle

If assuming the axial strain is linearly distributed along thickness of the curved plate
and letting x represents the distance to neutral axis of the curved plate, the following
relationships can be obtained

e=«xand & =Kkx (1.9)

where ¢ and « are axial strain and curvature change of the curved plate, respectively,
and the upper dot on the variable stands for its differential with respect to time. To
include the strain rate effect of mild steel into the analytical model, the Cowper-
Symonds model is used to establish the relationship between Dynamic Increase
Factor (DIF) of mild steel and plastic strain rate (¢) as follow

s\ /P
DIF() =1+ (E) (1.10)

By utilizing the rigid-linear strain-hardening constitutive model to describe the
stress—strain relationship of mild steel, the variation of internal energy per unit volume
of the curved plate, du, can be formulated as

e\"" ,
du = opde = [1+ (E) :|<Us+Es)ds (1.11)

where o is flow stress of mild steel considering strain rate effect, o, is yield stress of
mild steel without strain rate effect, and E' is strain hardening modulus. Substituting
Eq. (1.9) to Eq. (1.11) leads to the function of du in terms of k and « as follow

kx\ V7 ,
du=x|1+ <?) (Gs—l—EKx)d/c (1.12)

If assuming that the curvature change within the plastic hinge zone is uniform,
the variation of internal energy of the curved plate at one plastic hinge, dU, can be
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obtained by integrating du in Eq. (1.12) along the thickness and multiplying width,
b, and plastic hinge length, #,;, as follow

tp/2
dU = 2btph/ dudx
0

! 1/P+2 . / .
y i ()'slg E Kl; n Uslp/ + £ /P n E Ktp £ 1/ p di
P 12 2U/P+I(1/p+2)\C 21/P+2(1/ P +3)\C

(1.13)

1/P+3

where 1, is curved plate thickness. There are totally two plastic hinges at the middle,
the force contributed by these two plastic hinges, F,, can be obtained as

En=2d58’”
=2th{it‘2’+E,K'”t‘3’ N oyt FH2 (@>1/P+M(ﬁ>l/z> diow
4 12 2/PH(1/P+2)\ C 2U/PH2(1/ P +3)\ C ds
(1.14)

By referring to the geometric relationship in Fig. 1.13, the unknown parameters
in Eq. (1.14) can be obtained as

20 . 2 db . di, 2 do
Km —&§ and = (1.15)

o = = i do ds 1, ds

_7
tph

In order to establish F,, in terms of displacement, §, and velocity, §,the relationship
between 6 and 6 needs to be established. As their relationships for deformation
pattern I and II are different, they are separately calculated and given as follows. For
deformation pattern I (Fig. 1.14a), i.e., § < 2R(sin ¢—2 sin? %), 6 and % can be
obtained as

and —
2 dé

sing — §/2R ¢ do 1
@ = arccos| —— d

2sin(¢/2) -

. 2
. sinp—38/2R
4R s1n("%) 1- ( 25ﬁ1(¢?2) )
(1.16)

For deformation pattern II (Fig. 1.14b), i.e., § > 2R(sin ¢—2 sin? %), 6 and Z—g
can be obtained as

. . do 1
6 = arcsin(1 + §/2R — sin¢) and — =

= 1.17
ds 2R\/1—(1+8/2R—sin¢)2( )
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Fig. 1.14 Deformation of the type I connector: a deformation pattern I and b deformation pattern
II, reprinted from Wang et al. (2018b), copyright 2022, with permission from Elsevier

1.3.2.2 Energy Absorption from Plastic Hinge at the Top
and Curvature Change

For deformation pattern I shown in Fig. 1.14a, the energy absorption from the top
part of the curved plate is only contributed by the plastic hinge rotation at the top.
There are totally four plastic hinges of the connector with two at the top and the other
two at the bottom, and therefore the force contributed by these four plastic hinges,
F,;, can be obtained as

dU,
F1y —47,
ds

2 ! 3
ot E Kkt
=4btph|: ot

1/P+2 1/ P Ex tl/PH dKr
12 T 2UPH(1/ P +2) (E) * 21/P+2(1/P+3)( ) ds
(1.18)

where x; = ﬁ arccos(
)

sin p—8/2R ¢ - dir
25in(¢/2) ) — k= and 7 =

2
sin— S/ZR
4’thsm( )\/1* 2\|n(¢/2)

tpRsin( )J (o)

For deformation pattern II shown in Fig. 1.14b, the energy absorption is
contributed by curvature change of the curved plate (from 1/R to zero). According
to geometric relationship, the length of flattened plate, S, can be obtained as

S:R@+9—%) (1.19)

Asillustrated in Fig. 1.14b, certain distance is needed for the change of the original
curved plate with curvature of 1/R to the flat plate, which is called curvature change
variation zone. It means that the curvature change at the left of curvature change
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Curvature change

S ds

Fig. 1.15 Curvature change distribution with increment of flattened plate length, reprinted from
Wang et al. (2018b), copyright 2022, with permission from Elsevier

variation zone is 1/R, and that at the right is zero. The curvature change variation
zone can be treated as a plastic hinge zone, which moves with the continuous crushing
of the connector. Hence, it is reasonable to assume that the length of curvature change
variation zone equals to the length of plastic hinge zone, #,,. We also assume that the
curvature change, «, linearly varies along the curvature change variation zone (see
black dash line in Fig. 1.15) for the following calculation.

According to previous calculation, the variation of internal energy per unit length
of the curved plate induced by curvature change is given as

dii = b(A + Bk)dk (1.20)

1/P+2
oyt? (rst,,/ +

Where A = Tp + m
s
2R1pua/1=(1+8/2R—sin$)>

As illustrated in Fig. 1.15 for curvature change distribution along the curvature
change variation zone, the infinitesimal increment of flattened plate (dS) leads to new
curvature change distribution (blue dash line) and increase of internal energy (dU;).
To simplify the calculation of the variation of internal energy, the red dash line in
Fig. 1.15 is adopted to represent the new curvature change distribution.

As illustrated in Fig. 1.15, when 0 < y < 1,,—dS, the curvature change, «, varies
from kg — (dS + y)k to kg — Ky (where ko = 1/R and ¥ = 1/Rt,;,). Hence, the
increase of internal energy per unit length due to the increment of flattened plate, dS,
fory =0~ t,,—dS is

()7 B = By EL
C 9

W1/ P .
™ t 2—1/P+z(1/P+3>(E) and k =

Ko—KYy
dity) =f dii (1.21)
ko—(dS+y)k
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Then, substituting Eq. (1.20) into Eq. (1.21) and integrating Eq. (1.21) lead to

Eq. (1.22). It should be mentioned that the second order of dS is neglected in the
calculation.

diiy; = bic(A + Bko)dS — bB&dS - y (1.22)

When t,,—dS <y <, the curvature change, «, varies from 0 to ¥d S. Hence, the

increase of internal energy per unit length due to the increment of the flattened plate,
dS, fory = tp,—dS ~ ty is

kdS
dii,y = / dil (1.23)
0

Then, integrating Eq. (1.23) and neglecting the second order of dS leads to the follow

dit,; = bAxdS (1.24)

Hence, the increase of internal energy, dU,, due to the increment of flattened plate,
dsS, can be obtained as

tpp—dS toh _ Brt h
dUu, = / duydy + / duy,dy = bty | A+ Bro — P2 1ds
0 t—dS 2

(1.25)

As there are totally four flattened plates, the force contributed by curvature change
of the curved plate, F';», can be obtained as

du, dU, ds
Fp=4—1 =4-—"!

il (1.26)
ds ds ds

du, —_ (7. B Bty ds 1
where =t = bt (A Biy — —”) and % = .
ds i\ A+ Bio 2 48 7 o /1-(1+8/2R—sin ¢)?
Hence, the total crushing force of the type I connector contributed by plastic

deformation of curved plates, F 4, can be summarized as follow

F,, 8 <2R(sing —2sin? £)

1.27
Fi, 8> 2R(sing — 2sin? %) (1.27)

de=Fm+{

Equation (1.27) establishes the force contributed by curved plates, F4, in terms
of displacement, §, and velocity, 8. It is noted that F,; is the summation of static
terms (the terms without §) and dynamic terms (the terms with §).
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1.3.2.3 Energy Absorption from Aluminum Foam

The energy absorption of aluminum foam filled in the type I connector is real-
ized through its compression (i.e., volumetric reduction) under impact loading, and
the formulae for calculating the crushing force contributed by aluminum foam are
presented as followings. The relationship between compressive stress and volumetric
strain of aluminum foam can be given as (Reyes et al. 2003).

Yy 1( 1 ) (1.28)
ocr=0,+y—+oIn| —— .
T ey 1= (ev/en)”

where ¢y is volumetric strain, and 0, ¥, €p, @, and § are material properties which
can be determined by fitting the material test data.

Owing to symmetry, only quarter model of the type I connector in Fig. 1.16 is
analyzed. To simplify the calculation, the connector is assumed to be fully filled with
aluminum foam when calculating the volume change of aluminum foam and the
crushing force will be determined by multiplying the ratio of actual initial aluminum
foam volume, V¢, to initial total enclosed volume, V,, which can be calculated as
follows:

Vi =4b[(L,,—L1)H— 1/2¢/R2+1/4stin2¢/] (1.29)
V, =4b(L,H — 1/2¢R* 4+ 1/4R’ sin 2¢) (1.30)

where qﬁ’ = arccos(L1 / R + cos qb), b is width of the connector, L,, L; and H are
given in Fig. 1.16, and R is radius of the curved plate.

For deformation patternI,i.e.,6 < 2R (sin ¢ —2 sin? %), the relationship between
current volume of aluminum foam, V;, and displacement, §, during crushing can be
formulated as

Ve =2b |:2LU(H —8/2) — R?sin % sin(¢ + 20) — ¢R? + R?sin ¢} (1.31)

Fig. 1.16 Quarter model of
the type I connector with
aluminum foam, reprinted /
from Wang et al. (2017b), /
copyright 2022, with
permission from Elsevier
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sing—38/2R

2—) — 2. and the volumetric strain of aluminum foam can
sin(¢/2) 2

where 6 = arccos(
be determined as
V., _ 2L,(H —5/2) — R?sin % sin(¢ + 20) — ¢R> + R?sin¢

=1
v, 2L,H — $R2 + 1/2R?sin2¢

eyr=1-—

(1.32)

It should be noted that the volumetric strain is taken as positive in compression.
Then, the force contributed by aluminum foam for deformation pattern I can be
obtained as

dEpr Vf _ —O‘deCI Vf
as v,  ds 'V,

Fy = (1.33)

where o is a function of volumetric strain and given in Eq. (1.28), and the differential
of current volume, V., with respect to displacement, §, can be formulated as

chl

= —b|2L, + 4R*sin ¢ cos(¢ + 29)d9 (1.34)
ds ’ 2 ds '

where fll—z can be obtained from Eq. (1.16).

For deformation pattern II, ie., § > 2R(sin¢ — 2sin? %), the relationship
between current volume of aluminum foam, V.;, and displacement, §, during

crushing can be formulated as

Verr = b{4[L, — R(¢ + 0 — /2)1(H — §/2) — 2R*(/2 — ) + R*sin 20}
(1.35)

where 6 = arcsin(1 + 6/2R — sin ¢), and the volumetric strain of aluminum foam
can be determined as

4[L, — R(¢p +6 —/2)](H — §/2) — 2R*(7r/2 — 0) + R*sin 20
4L,H —2¢R? + R2sin2¢

ey =1-—
(1.36)

Then, the force contributed by aluminum foam for deformation pattern II can be
obtained as
dEpf” Vf —(devcuﬁ

j — R 1.37
i s v, s v, (1.37)

where o is given in Eq. (1.28), and the differential of current volume, V., with
respect to displacement, §, can be formulated as
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Verr _ ol R<¢+9 ”) l2r(H = %) - R21 + cos26) |22
= - 0o — - = —=) - cos —
ds 2 2 ds
(1.38)
where % can be obtained from Eq. (1.17). The force—displacement relationship of

the type I connector with aluminum foam can be obtained by summing the force
contributed by curved plates and aluminum foam as

F={F,,,+Ft1+Ff1, 8§2R(S1n¢—251n %) (1.39)

Fp+Fop+Fep, 6> 2R(sin¢ — 2sin? %)

Itis noted that the calculated volume change of aluminum foam is smaller than the
actual volume change, which is induced by nonzero curved plate thickness. The inner
surfaces of the curved plate are fully contacted when displacement §; = 2(H - t,,),
and the aluminum foam volume can be determined as

VI =4t,b(Lo — R¢) (1.40)

whereas, the aluminum foam volume at displacement §; given by Eq. (1.35) is

Verri = b{4[L, — R(¢p + 6; — m/2)1(H — 8;/2) — 2R* (/2 — 6;) + R sin 26, }
(1.41)

To ensure the correct volume change of aluminum foam at displacement §;, a
constant ratio, k, is introduced to modify the volume change of aluminum foam as

AV] =kAVy (1.42)

where AVfT and AVy are the volume change of aluminum foam after and before
correcting, and k can be determined in Eq. (1.43) by ensuring that the volume change
of aluminum foam at displacement §; equals to the actual one.

V, — er
Vo — Verri

k= (1.43)

Then, the corrected volumetric strain of aluminum foam can be obtained as
T _
ey = key (1.44)

Similarly, the differential of current volume of aluminum foam with respect to
displacement can be corrected as
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avl deL.
ds —  ds

(1.45)

Hence, the corrected crushing force of the type I connector can be obtained by
scaling the force contributed by aluminum foam and volume strain by a factor, k, as

—oy(key)dVe Vi

Fo+ Fu+k L, 8 <2R(sin¢ — 2sin’
= —orkevindVerr ()V_f

= . . (1.46)
Fy + Fip + k=Ll ol 5 > 2R(sing — 2sin

1.3.3 Analytical Model for Type II Connector

Similar to the type I connector, the crushing force of the type II connector is also
contributed by two parts, i.e., plastic hinge rotation of pleated plates and compression
of aluminum foam. In addition, the assumptions in Sect. 1.3.2 are also employed
herein to simplify the calculations of crushing force of the type II connector.

1.3.3.1 Energy Absorption from Pleated Plates

As shownin Fig. 1.17 for the quarter model of the type II connector without aluminum
foam, there are two plastic hinges with same angle change from 6, to 6. By employing
the variation of internal energy of the pleated plate at one plastic hinge in Eq. (1.13),
the total force contributed by pleated plates, 4, via rotation of eight plastic hinges
can be obtained as

Fpa =822
P =505

—w oyt2  Ext} oyt T2 e\ Elkcty/ " e\ Y dx 1.47
=8| Tt o rrg\c) Tarea/ria\c a 147

In order to obtain the formula of F,; in terms of displacement (§) and velocity
(8), the relationship between « and § has to be established. As illustrated in Fig. 1.17,
the rotation angle of plastic hinge is 6y — 6 with displacement of . According to the

Fig. 1.17 Deformation of
the type II connector without
aluminum foam, reprinted [
from Wang et al. (2018a),

copyright 2022, with

permission from Elsevier

=h ,Plastic hinge
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assumption that the curvature change within the plastic hinge zone is uniform, the
curvature change, «, and curvature change rate, «, within the plastic hinge zone can
be obtained as

0y — 6 -0
K = andk = — (1.48)
lph lph

According to Fig. 1.17, the current angle 6 can be given as

. (H—6/2
6 = arcsin| ——— (1.49)
L
Substituting Eq. (1.49) into Eq. (1.48) leads to following formulae
0o — arcsin(H_Lm) ) $
K = p , K= >
ph 2L 1 — (H—Ls/z)
d 1

~ = (1.50)

ds 2
2upLyf1— (1522)

Then, substituting Eq. (1.50) into Eq. (1.47) yields the force contributed by pleated
plates, F',4, in terms of displacement, §, and velocity, 8.

1.3.3.2 Energy Absorption from Aluminum Foam

As for the type II connector with aluminum foam, the crushing force, F, is determined
as the summation of force contributed by pleated plates and aluminum foam, as given
in Eq. (1.51).

F=F,+Fy (1.51)

where F 4 is given in Eq. (1.47), and F; is the force contributed by compression of
aluminum foam which can be determined as

dv.
dé

Ff=—0'f (152)

where oy and V. are compressive stress and current volume of aluminum foam,
respectively. The relationship between o, and volumetric strain of aluminum foam
can be found in Eq. (1.28).
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Fig. 1.18 Deformation of

the type II connector with

aluminum foam, reprinted [
from Wang et al. (2017a), L
copyright 2022, with

permission from Elsevier

6/2

According to Fig. 1.18, the relationship between volumetric strain, gy, and
displacement, §, can be given as

m+Ld\ (=L
mi(2L0 ~ ) ~ iy

(2L — L7

ey =1 — (1.53)

wheren; = H—46/2andn, = L>—(H -$ / 2)2. The differential of current aluminum
foam volume with respect to displacement can be given as

dv,
T (li_+k2 _+k3 7 —2Lo> (1.54)
n8—2L% niLit,
where k| = 2;” Jky=L%—n? — % and k3 = niLj — 2(151:;,,6)‘

It should be noted that the proposed analytical model is more applicable to the
connectors under low-velocity impact, whose deformation mode is similar to the
quasi-static loading case. In terms of higher impact velocity which may trigger the
deformation mode change of the connector, the developed analytical model may
underestimate the energy absorption capacity of the connector owing to the neglect
of energy absorption enhancement induced by the deformation mode change.

1.3.4 Comparisons and Discussions

The force—displacement curves of type I connectors obtained from numerical and
analytical predictions are compared with those from test results in Fig. 1.19, and
good agreement between them can be observed. This demonstrates that the devel-
oped numerical and analytical models are accurate to predict the force—displacement
responses of type I connectors. The observed fluctuations of force—displacement
curves from tests and numerical predictions are caused by the inertia force, which
cannot be completely excluded from the tests and numerical simulations. It is also
noted that the predictions from numerical and analytical models are closer to each
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Fig. 1.19 Comparison of numerical and analytical predictions with test results for type I connectors:
a with and without aluminum foam, b variant curved plate thickness ¢ variant radius, reprinted from
Wang et al. (2018b), copyright 2022, with permission from Elsevier

other as compared to their comparisons with test results. In addition, both the numer-
ical and analytical predictions show slightly later densification as compared to test
results. This is because the numerical and analytical models are specified with same
material properties (e.g., strain rate parameters of mild steel and uniformly distributed
density of aluminum foam), which may slightly differ from those in the tests. Both
the forces from numerical and analytical predictions are slightly lower than those
from test results, which may be attributed to the assumed strain rate insensitivity
of aluminum foam in these two models. As for the connector T5.70R75N without
aluminum foam, the early contact between top and bottom bolts before the contact of
inner surfaces of curved plates was observed during the test, which leads to smaller
densification displacement from the test as compared to those from numerical and
analytical predictions. The numerical and analytical predictions in Fig. 1.19b also
demonstrate that increasing curved plate thickness results in the increase of force.
Figure 1.19c indicates that increasing curved plate radius leads to the initial improve-
ment of force, but shows little effect on final force and densification displacement.

Figure 1.20 presents the comparisons of force—displacement curves of type II
connectors obtained from numerical and analytical predictions with those from
impact tests, which also demonstrates the accuracies of developed numerical and
analytical models for type II connectors. The fluctuations of force—displacement
curves from tests and numerical predictions are also observed for type II connec-
tors, which are consistent with type I connectors. Figure 1.20b shows that increasing
pleated plate thickness leads to an increase in mean force, but decrease in densifi-
cation displacement. It is also evident from Fig. 1.20c that the mean force can be
improved by increasing angle 6,,.
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Fig. 1.20 Comparison of numerical and analytical predictions with test results for type II connec-
tors: a with and without aluminum foam, b variant pleated plate thickness ¢ variant angle 6,,
reprinted from Wang et al. (2018a), copyright 2022, with permission from Elsevier

1.4 Blast Resistant Design Using Energy Absorption
Connectors

The proposed energy absorption connectors can be inserted between a blast resis-
tant facade/panel and building for dissipating blast energy and reducing the blast
load transmitted to the protected structure. The design approach of blast resistant
facade/panel with energy absorption connectors as additional energy absorbers is
presented in this section, which may assist the blast resistant design of such structural
system. The single-degree-of-freedom (SDOF) method (Biggs 1964; Rigby et al.
2012) has been widely used to predict the dynamic response of a continuous member
(e.g., blast resistant facade/panel) under blast loading. In terms of the blast resis-
tant facade/panel with energy absorption connectors, the two-degrees-of-freedom
(TDOF) method is applicable.

The equations of motion of the blast resistant fagade/panel with energy absorption
connectors can be formulated by applying Lagrange’s equation, which are given as

0, i=12 (1.55)

d (8K> AU +V)
+ - =
dt

dr\ a3 0y

where K is kinetic energy, U is strain energy, V is potential energy of blast loading,
and y; is generalized displacement. As shown in Fig. 1.21, the kinetic energy and
strain energy (or internal energy) of connectors can be obtained in Egs. (1.56) and
(1.57), respectively.
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I
Blast resistant fagade/panel /‘

Energy absorption connector

Fig. 1.21 Blast resistant facade/panel with energy absorption connectors, reprinted from Wang
et al. (2017a), copyright 2022, with permission from Elsevier

1 H; y2
K.=— / mcL—lzyzdy (1.56)
0

where H is length of connector, m, is mass per unit length of connectors, and y; is
velocity of the connector at top layer.

Yi
U, = / Re(y, $)dy (157)
0

where y; is displacement of the connector at top layer, and R, (y, ¥) is force—displace-
ment curve of the connector obtained in this study.

For a blast resistant facade/panel, the kinetic energy and strain energy can be
formulated in Egs. (1.58) and (1.59), respectively.

1 [ . )
KfZE/O m¢[y1 + Y2 (x)]*dx (1.58)

where L, and my are span length and mass per unit span length of the blast resistant
fagade/panel, y, is relative velocity at mid-span, and ¢(x) is deflection shape function
of the blast resistant facade/panel.

Ly 2
Uy = / "’L(x)dx / Ry (y)dy (1.59)
0 0

2

where y; is relative displacement at mid-span, and Ry(y) is force—displacement curve
of the blast resistant facade/panel under uniformly distributed pressure loading.
Hence, the kinetic energy and strain energy of the whole system can be obtained
as

U=U+U (1.60)

K=K.+K; (1.61)

Then, the potential energy of blast loading can be obtained as
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Input blast load

Input geometric and material properties of fagade/panel and connector

v

Obtain maximum displacement of fagade/panel, S,,

and connector, S, using Eq. (1.55)
N v 2

Change connector

Change fagade/panel é| IfS/>[S/]| |IfS§[Sj] and SKS[S(]| |IfS‘>[S(‘] |9
properties

properties

End

Fig. 1.22 Flow chart of design procedure, reprinted from Wang et al. (2017a), copyright 2022,
with permission from Elsevier

Ly
V= —B/ P@)[y1 + y20(x)]dx (1.62)
0

where B is width of the blast resistant facade/panel, and P(¢) is pressure—time history
of applied blast loading. The equations of motion of the blast resistant facade/panel
with energy absorption connectors can be obtained by substituting Eqs. (1.60)—(1.62)
into Eq. (1.55). The numerical method (e.g., fourth-order Runge—Kutta time step-
ping procedure) can be utilized to solve the equations of motion and obtain the
displacement—time histories of the blast resistant facade/panel and connector.

The design procedure of the blast resistant facade/panel with energy absorption
connectors is illustrated in Fig. 1.22. The blast load is first determined based on
risk assessment. Then, the geometric and material properties of the blast resistant
facade/panel and energy absorption connector are preliminarily selected, which can
be used to yield the required parameters in equations of motion (in Eq. (1.55)). Once
the maximum displacement of the blast resistant facade/panel, Sy, and connector, S,
are obtained by solving the equations of motion, they are checked with the allowable
maximum displacement of the blast resistant facade/panel, [S¢], and connector, [S.].
If S¢ > [Sy] or S¢ > [S.], it is needed to change the geometrical or material properties
of the blast resistant fagade/panel or connector and redo the calculation.

1.5 Summary

In this chapter, the drop-weight impact tests were conducted to study the energy
absorption performances of the proposed connectors. In addition, the effects of
loading rate, aluminum foam filler, curved plate thickness and radius (for type I
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connectors) as well as pleated plate thickness and angle 0, (for type II connec-
tors) on the energy absorption performances were experimentally investigated. Then,
the numerical and analytical models were developed to predict the force—displace-
ment responses of the connectors. Finally, the design approach of the blast resistant
facade/panel with energy absorption connectors as additional energy absorbers was
presented. The main findings from this work are summarized as follows:

(1) Experimental results showed that the collapse processes of the proposed energy
absorption connectors under impact loading were similar to those under quasi-
static loading owing to the low impact velocity (less than 13 m/s). The collapse
processes of the tested connectors under impact loading could be catego-
rized into three stages, i.e., elastic deformation, plastic deformation and inner
surface contact (for the connectors without aluminum foam) or aluminum foam
densification stage (for the connectors with aluminum foam).

(2) The mean crushing force and energy absorption capacity of the connector
under impact loading were improved as compared to those under quasi-static
loading, which could be attributed to the strain rate of mild steel. In addition,
the mean crushing force and energy absorption capacity of the connector were
also shown to be improved by filling the connector with aluminum foam as
well as increasing curved plate thickness and radius (for type I connectors) and
increasing pleated plate thickness and angle 6, (for type II connectors).

(3) The developed numerical and analytical models were shown to be accurate by
comparing the force—displacement responses from numerical and analytical
predictions with those from drop-weight impact tests. The analytical model
could be used to quickly evaluate the energy absorption performances of the
proposed connectors.
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Chapter 2 ®
Polyurethane Foam-Filled Energy Gzt
Absorption Connectors Under Impact

2.1 Introduction

In this chapter, two types of polyurethane (PU) foam-filled energy absorption connec-
tors were proposed, aiming to enhance the energy absorption performances of the
aluminum foam-filled energy absorption connectors presented in Chap. 1. The PU
foam, which generally exhibits higher specific energy absorption as compared to
aluminum foam, was employed as the filler material. In addition, the multiple pleated
(MP) plates and asymmetric pleated (AP) plates were employed for the PU foam-
filled energy absorption connectors (with their names of type III and type IV connec-
tors, as shown in Figs. 2.1 and 2.2, respectively), and the MP and AP plates could
trigger more plastic hinges and achieve higher energy absorption as compared to
type II connectors.

Recently, PU foam was increasingly employed for energy absorbers owing to its
high energy absorption capacity and lightweight (Gilchrist and Mills 2001; Koohbor
et al. 2016; Deb and Shivakumar 2009). Up to date, most of the studies on the
PU foam-filled energy absorbers were focused on their behaviors under quasi-static
crushing load. Lateral crushing on PU foam-filled tubes usually yielded smoother
force—displacement responses (i.e., higher crushing force efficiency) as compared
to axial crushing. It was also demonstrated that PU foam filler could enhance the
energy absorption capacity as compared to the empty tubes (Niknejad et al. 2013,
2012; Yan et al. 2014; Elahi et al. 2017). Moreover, the PU foam filler could also
bring more regular deformation mode as compared to empty ones, which could
be attributed to the interaction effect between the foam filler and tube (Niknejad
et al. 2013; Hanssen et al. 2000; Song et al. 2005). The absorbed energy of foam-
filled circular tube under axial loading was generally higher as compared to that
under lateral loading, thus attracting a lot of interest (Rezaei et al. 2015; Niknejad
et al. 2015; Haorongbam et al. 2017). It was observed that PU foam filler could
lead to deformation mode change of aluminum square tubes under axial crushing
(Hussein etal. 2017). In terms of PU foam-filled circular composite tubes, the specific
energy absorption was shown to increase with smaller diameter to thickness ratio
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Fig. 2.1 Type III energy absorption connectors with varying a angle 69 and b MP plate thickness,
reprinted from Wang et al. (2019), copyright 2022, with permission from Elsevier

k=i, hy=S : ; £=762mm

Fig. 2.2 Type IV energy absorption connectors: a Without foam; b Variant parameter k; ¢ Variant
plate thickness, reprinted from Wang et al. (2020), copyright 2022, with permission from Elsevier

(Zhang et al. 2018). The metallic tubes with grooves were generally employed to
stabilize the deformation mode (Darvizeh et al. 2013; Daneshi and Hosseinipour
2002), and the varying grooves distance could lead to the deformation mode change
when studying grooved circular tubes with PU foam filler under axial crushing (Abedi
et al. 2018). The foam-filled bi-tubular tubes were also developed to enhance the
energy absorption capability of the foam-filled single tubes (Azarakhsh et al. 2015;
Jafarian and Rezvani 2017). With regard to PU foam-filled energy absorbers under
dynamic loading, fewer works were conducted. It was found by Onsalung et al. (2014)
that the PU foam-filled circular aluminum tube exhibited the change of collapse
modes as compared to the empty counterpart when subjected to impact loading. In
addition, the foam filler could also reduce the force fluctuations owing to the smooth
stress—strain curve of PU foam (Onsalung et al. 2014; Reid and Reddy 1986), and
this effect was more pronounced under dynamic loading conditions (Reid and Reddy
1986). For the foam-filled connector under low-velocity impact loading that did
not trigger the deformation mode change, the strain rate effect mainly contributed
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to the improvement of energy absorption capability. Hence, the energy absorption
capability of PU foam-filled absorbers was closely related to the strain rate effect
(Zhou et al. 2016; Reid and Reddy 1986).

In this chapter, two types of PU foam-filled energy absorption connectors were
developed, and their energy absorption performances were experimentally, numeri-
cally and analytical studied. Drop-weight impact tests on the PU foam-filled connec-
tors were first conducted to obtain their deformation modes, force—displacement
responses and energy absorption behaviors. Moreover, the main parameters that
affect the energy absorption performances of the PU foam-filled connectors were also
experimentally investigated. The analytical models incorporating strain rate effects
of PU foam and steel were developed to predict the force—displacement responses
of the proposed connectors.

2.2 Methodologies

2.2.1 Experimental Approach

The deformation modes and force—displacement responses of the proposed PU foam-
filled connectors were obtained by conducting drop-weight impact tests. The details
of specimens, test setup and instrumentation are described in this section.

2.2.1.1 Test Specimens

Figures 2.1 and 2.2 present the type III and type IV energy absorption connectors
designed for drop-weight impact tests. The connector consists of mild steel and
PU foam as face plates and core material, respectively. Two MP plates (for type
IIT connector) or AP plates (for type IV connector) were attached to the top and
bottom flat plates, respectively, through bolt connection to form a four-sides enclosed
space for the filling of PU foam. As shown in Table 2.1, Eight type III connectors
were prepared for the impact loading tests, and the investigated parameters include
angle 0y (the angle between MP plate and flat plate in Fig. 2.3), MP plate thickness
and PU foam filler. The detailed geometry of the fabricated type III connector is
illustrated in Fig. 2.3. It should be mentioned that the MP plate is designed with
different lever arms (i.e., the lever arm of 1-2 is twice of that of 2-3) to ensure the
successive development of plastic hinges at the corners and stabilize the deformation
mode of the MP plate. This will be further discussed in Sect. 2.3, together with
the deformation modes and force—displacement responses of type III connectors.
With regard to type IV connectors, there are eight specimens being fabricated, and
the investigated parameters include geometric parameter of AP plate k, AP plate
thickness and PU foam filler, as shown in Table 2.1. The geometric parameter k,
which is employed to describe the shape of the pleated plate, is illustrated in Figs. 2.2
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Table 2.1 Geometries of PU foam-filled energy absorption connectors

Type III connector 0 (©) tp, (mm) PU foam Drop height (m)
A30t5 30 4.64 Yes 53

A45t5 45 4.064 Yes 7.0

A60t5 60 4.64 Yes 8.1

A45t3 45 2.67 Yes 43

A45t8 45 7.62 Yes 10.0

A30t5N 30 4.064 No 1.9

A45t5N 45 4.064 No 44

A60t5SN 60 4.64 No 5.6

Type IV connector k t, (mm) PU foam Drop height (m)
BIT5 1:1 4.64 Yes 5.1

B2T5 2:1 4.64 Yes 5.1

B3T5 5:1 4.64 Yes 6.3

B2T3 2:1 2.67 Yes 5.1

B2T8 2:1 7.62 Yes 7.3

BIT5N 1:1 4.64 No 1.7

B2T5N 2:1 4.64 No 2.6

B3T5N 5:1 4.64 No 42

Note 6p—Angle between MP plate and flat plate; t,—MP/AP plate thickness; k—Geometric
parameter of AP plate

Fig. 2.3 Dimensions of type
III connectors (unit: mm),
reprinted from Wang et al.
(2019), copyright 2022, with
permission from Elsevier
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Fig. 2.4 Dimensions of type
IV connectors (unit: mm),
reprinted from Wang et al.
(2020), copyright 2022, with
permission from Elsevier
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Table 2.2 Material Mild steel E, (GPa) o, (MPa) | oy (MPa)
parameters of mild steel and -
PU foam tp=2.67mm |200 298.3 430.7
tp=464mm |200 292.4 442.4
t,=7.62mm 200 282.5 427.5
PU foam of (glem®) o (MPa) Ef (MPa)
- 0.11 0.79 29.6

Note Ey, E;—Young’s modulus of steel and PU foam; oy, 0y—
Yield and ultimate stress of mild steel; py, o ,b—Density and yield
stress of PU foam

and 2.4. The material properties of PU foam and mild steel used to fabricate the
connectors are given in Table 2.2, and they were determined via conducting uniaxial
compression loading test and tensile coupon test, respectively.

2.2.1.2 Test Setup and Instrumentation

Figure 2.5 presents the test setup and instrumentations. The impact tests were
conducted via employing a drop-weight impact test system. As illustrated in Fig. 2.5,
the specimen was firstly bolted to a 30-mm-thick steel plate on the top and bottom in
order to prevent bending of the top plate of the connector during impact. Then, the
specimen was placed on a force transducer which was seated on the rigid support.
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Fig. 2.5 Drop-weight impact test setup and instrumentation, reprinted from Wang et al. (2019),
copyright 2022, with permission from Elsevier

The 400 kg hammer was lifted up to the pre-determined height and dropped freely
along the vertical guide rails to hit the connector. The piezoelectric force transducer
with measuring range of 600 kN was placed below the connector to record the pure
force. To ensure that all the tested connectors could reach densification and the
maximum impact force was smaller than the allowable value of piezoelectric force
transducer, the trial numerical analyses were carried out to obtain the drop height for
each connector (as given in Table 2.1) via assuring the FE-calculated impact force
within the range of 550-600 kN. The magnetic scale displacement transducer was
utilized to measure displacement of the hammer. In addition, the high-speed camera
was utilized to capture the deformation process during impact with a speed of 2000
frames per second.

2.2.2 Finite Element Models

The explicit code in LS-DYNA was used to reproduce the responses of the tested PU
foam-filled connectors under impact loading, and the FE model of the typical PU
foam-filled connector is given in Fig. 2.6. The PU foam, hammer and support were
modeled with eight-node hexahedral element with reduced integration, and the MP
plates and flat plates were modeled with shell element with five integration points
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Flat plate

Fig. 2.6 FE model of PU foam-filled connector under drop-weigh impact loading, reprinted from
Wang et al. (2019), copyright 2022, with permission from Elsevier

in the thickness direction. The contacts between two parts were treated via “master—
slave” contact options, which could be defined in LS-DYNA with surface to surface
contact option. The dynamic and static friction coefficients between all the contact
surfaces were selected to be 0.2. The bolt connection in the specimens was simulated
by utilizing the keyword *CONTACT_TIED_SHELL_EDGE_TO_SURFACE. To
apply an impact loading, the hammer was defined with an initial velocity via the
keyword *INITIAL_VELOCITY_GENERATION.

The Piecewise Linear Plastic material model (MAT_24) was chosen to model the
mechanical behavior of mild steel, and the input true stress—effective plastic strain
curves are given in Fig. 2.7a. The Cowper-Symonds model was chosen to enhance
the yield stress (as defined in Eq. (1.8)), and the strain rate parameters C and P were
defined as 802 s~! and 3.585 for mild steel (Abramowicz and Jones 1986). PU foam
also exhibits strain rate dependency. Hence, the Modified Crushable Foam model
(MAT_163), which is allowed to define the yield stress to be a formula of volumetric
strain as well as volumetric strain rate, was employed to model PU foam. To account
for strain rate effect, the yield stress—volumetric strain curves corresponding to variant
strain rates need to be defined. As given in Fig. 2.7b, the yield stress—volumetric
strain curve of PU foam with strain rate of 8e—4 s~! was determined by conducting
uniaxial compression loading tests, and the yield stress—volumetric strain curves for
other strain rates could be determined by scaling reference yield stress—volumetric
strain curve with a factor as (Jeong et al. 2012)
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Fig. 2.7 Input stress—strain curves of: a mild steels and b PU foam, reprinted from Wang et al.
(2019), copyright 2022, with permission from Elsevier
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where the strain rate parameters ag and by are 0.0430 and 0.0165, respectively, and
the reference strain rate & is 8e—4 s~!.

2.3 Results and Discussions

2.3.1 FE Model Validation

Figures 2.8 and 2.9 present the force—displacement responses of the tested connec-
tors obtained from FE analyses and impact tests, and generally well matches between
them can be observed. However, there are still slight differences between the numer-
ical and experimental results. This may be caused by the geometric imperfections
of the fabricated connectors. Generally, the PU foam-filled connectors show better
agreement as compared to empty connectors, as shown in Figs. 2.8 and 2.9. This is
because the PU foam-filled connectors are less sensitive to the geometric imperfec-
tions of MP/AP plates owing to the presence of PU foam. In addition, the material
parameters defined in the FE model (e.g., strain rate parameters of mild steel and
PU foam) may slightly differ from those in the experiments, which can also result
in the differences between the numerical and experimental results. The deformation
processes of the two type III connectors (one with PU foam and the other without
PU foam) obtained from FE predictions are also validated against the test observa-
tions in Fig. 2.10, and the FE model is able to accurately capture the deformation
shapes of type III connectors. The FE-predicted deformation processes of type IV
connectors are presented in Fig. 2.11, which are close to the test results in Fig. 2.15.
In addition, Fig. 2.12 exhibits the plastic strain contours of the AP plate of type IV
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Fig. 2.8 Comparison of force—displacement curves of type III connectors obtained from test, FE

and analytical models, reprinted from Wang et al. (2019), copyright 2022, with permission from
Elsevier
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Fig. 2.9 Comparison of force—displacement curves of type IV connectors obtained from test and
FE model: a Variant pleated plate parameter k without foam; b Variant pleated plate parameter k

with foam; ¢ Variant pleated plate thickness with foam, reprinted from Wang et al. (2020), copyright
2022, with permission from Elsevier
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Fig. 2.10 Comparison of deformation processes of type III connectors between test and FE: a
without PU foam; b with PU foam, reprinted from Wang et al. (2019), copyright 2022, with
permission from Elsevier
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Fig. 2.11 Deformation processes of type IV connectors from FE analyses: a without PU foam; b
with PU foam, reprinted from Wang et al. (2020), copyright 2022, with permission from Elsevier
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Fig. 2.12 Plastic strain contours of the AP plate of type IV connector: a Deformation stage I; b
Deformation stage II; ¢ Deformation stage III, reprinted from Wang et al. (2020), copyright 2022,
with permission from Elsevier
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connector. The formation and rotation process of plastic hinges are consistent with
the experimental observations. From above comparisons, the established FE models
of the tested connectors are deemed to be reasonable and can be used for the further
calculation and in-depth analysis.

2.3.2 Deformation Mode

Figure 2.10a illustrates the typical deformation modes of the type III connector
without PU foam, and continuous plastic deformation of the MP plate in way of plastic
hinge rotation at the corners can be observed. Generally, two evidently different defor-
mation patterns can be identified during impact, which are more clearly illustrated
in Fig. 2.13. Since the lever arm of 1-2 is longer than that of 2-3, the plastic hinges
are firstly formed at point 1, 2, 4 and 5, and the plastic hinges keep rotating with
continuous compression. This is called deformation pattern I (from stage A to B in
Fig. 2.13). When the MP plate touches the top and bottom plate, the plastic hinge
at point 3 is developed and rotates together with plastic hinges at point 2 and 4.
However, the plastic hinges at point 1 and 5 stop rotating. This is called deformation
pattern II (from stage B to C in Fig. 2.13). Figure 2.10a shows that the deformation
patterns of the type III connector without PU foam are consistent to the designed
deformation patterns, showing two deformation patterns with boundary displacement

Fig. 2.13 Deformation
patterns of MP plate under
impact loading, reprinted
from Wang et al. (2019),
copyright 2022, with
permission from Elsevier
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Fig. 2.14 Deformation mode of connector AGOTSN, reprinted from Wang et al. (2019), copyright
2022, with permission from Elsevier

of 75 mm. The typical deformation mode of the type III energy connector with PU
foam is illustrated in Fig. 2.10b. Besides the plastic deformation of MP plates, the PU
foam compression also helps to absorb impact energy. Comparing the deformation
patterns of MP plates of type III connectors with and without PU foam reveals that
the presence of PU foam does not change the plastic hinge locations (at the corners);
whereas it slightly changes the plastic hinge rotation angle for each point. Generally,
the total plastic hinge rotation angles of MP plates for type III connectors with and
without PU foam are almost identical, which can be observed from their permanent
deformations, as shown in Fig. 2.10.

All the tested type III connectors show designed deformation mode except for
the connector A6G0OT5N which experiences unsymmetrical deformation with shifting
between top plate and bottom plate, as illustrated in Fig. 2.14. In fact, AGOT5N nearly
follows the designed deformation mode with plastic hinges developed at point 1, 2,
4 and 5 (refer to Fig. 2.13 for the locations of plastic hinges) within deformation
pattern I when the displacement is less 78 mm. However, the plastic hinge at point
3 is not developed with further compression due to the evident shifting between the
top and bottom plate. This also leads to the sudden drop of impact force, as shown in
Fig. 2.8. The unsymmetrical deformation of A60T5N can be induced by geometric
imperfection of the fabricated specimen. In fact, the connector AGOTSN with highest
angle 6 (or shortest level arm) among the tested type III connectors is more sensitive
to the geometric imperfection and prone to behave unstable deformation mode during
impact. However, the presence of PU foam seems to stabilize the deformation mode,
as the connector A60T5 with same angle 6y does not experience unsymmetrical
deformation shape.

The typical deformation modes and distributions of plastic hinges of the type IV
connectors with and without PU foam observed from drop-weight impact tests are
shown in Fig. 2.15. Because of the asymmetry of pleated plates, the deformation
mode of the type IV connector without PU foam can be divided into three stages,
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Fig. 2.15 Deformation processes of type IV connectors: a without PU foam; b with PU foam,
reprinted from Wang et al. (2020), copyright 2022, with permission from Elsevier

as illustrated in Fig. 2.15a. At the first stage, three pairs of plastic hinges occur at
point 1, 2 and 3. When the plastic hinge at point 2 and flat plate come into contact,
the deformation mode enters the second stage, and the critical displacement between
stage I and Il is defined as D;. At this stage, the long arms of AP plates start to buckle,
and subsequently the forth pair of plastic hinges occur at point 4. Meanwhile, plastic
hinges at point 3 continue rotating, plastic hinges at 2 rotate reversely, and plastic
hinges at point 1 stop rotating. When plastic hinges at point 4 and flat plate come into
contact, the deformation mode enters the third stage, and the critical displacement
between stage II and III is defined as D,. At this stage, the AP plates buckle again,
and subsequently the fifth pair of plastic hinges occurs at point 5. Meanwhile, plastic
hinges at point 2 continue rotating, plastic hinges at point 4 rotate reversely, and
plastic hinges at point 3 stop rotating.

As for the deformation mode of the type IV connector with PU foam shown in
Fig. 2.15b, it is similar to the deformation mode of the type IV connector without PU
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foam in Fig. 2.15a, which may be owing to the significant difference of the Young’s
modulus between PU foam and steel. Hence, the deformation mode of the type IV
connectors with PU foam can also be divided into three stages on the basis of the
sequence of plastic hinge development. However, the PU foam filler can reduce the
critical displacements of D and D5, i.e., the plastic hinges at point 4 and 5 of type
IV connectors with PU foam form earlier as compared to the counterparts without
PU foam, since the AP plates cannot completely contact with flat plates.

2.3.3 Force-Displacement Responses

Figure 2.16 presents the typical force—displacement curves of type III connectors
with and without PU foam. The PU foam filler is found to significantly increase the
crushing force, but leads to slight decrease of densification displacement. Both the
two curves show initial peak force and followed by sudden drops with increase of
displacement. The observed fluctuations of the force—displacement curves are mainly
induced by the inertial force. Without considering the inertial force, the analytical
model can provide smooth curves, as given in Fig. 2.8. For the type III connector
without PU foam, the force shows sudden rise with displacement of 65 mm when the
MP plate start to touch the top/bottom plate and the deformation pattern shift from
I to II. This is because the lever arm of 2-3 is smaller than that of 1-2 (shown in
Fig. 2.13) and the force is mainly governed by the lever arm of 2-3 at this moment.
Relatively smoother curve can be observed for the PU foam-filled connector owing to
the smooth stress—strain curve of PU foam, as given in Fig. 2.7b. Figure 2.8 shows that
all the tested type III connectors have three deformation processes, including initial
elastic deformation, following plastic deformation and final inner surface contact
(without PU foam) or PU foam densification (with PU foam) (Wang et al. 2018).
The displacement range at plastic deformation stage is significantly higher than the
other two deformation stages. In addition, the varying magnitude of crushing force
is not significant at this stage, especially for the type III connectors with PU foam.
Both of them are of benefit to an energy absorber. Figure 2.8 also shows that the force
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and energy absorption capability can be generally increased by increasing angle 6,
and MP plate thickness as well as filling the connector with PU foam.

The typical force—displacement curves of type [V connectors with and without PU
foam are presented in Fig. 2.17. For the connector B3T5N without PU foam, when
the displacement of connector, §, reaches 26.9 and 94.2 mm, the force—displacement
curve shows sudden changes because the AP plates are in contact with flat plates.
Meanwhile, AP plates start buckling, and the connector enters the next deformation
stage. The curve also exhibits that the force tends to decrease during the deformation
stage II and III, which may be induced by the continuous increase of arm length. For
the connector B3TS with PU foam, there is no significant sudden change in the force
versus displacement curve because of the presence of PU foam which shows smooth
stress—strain response. When displacement, §, reaches 25.2 mm, a peak value of the
force appears, and the critical point corresponding to the boundary of stage I and
IT (D) is near the peak point. However, the critical displacement corresponding to
the boundary of stage II and III (D;) is not evident, owing to the presence of PU
foam. For the deformation stage I, the PU foam is in the elastic region at first, and the
force increases rapidly. When the PU foam enters the plateau region, the increasing
rate of the force slows down. For the deformation stage II, the force shows decrease
with increasing displacement. This is because the force contributed by the plastic
deformation of AP plates decreases, and the force contributed by PU foam, which
is still within the plateau region, increases slowly. For the deformation stage III, the
force shows continuously rising because of the densification of PU foam.

2.3.4 Energy Absorption Performance of Type III Connector

Several energy absorption parameters, including energy absorption (EA), specific
energy absorption (SEA) and crushing force efficiency (CFE) were employed to
quantitatively evaluate the energy absorption performances of type Il connectors and
reveal the corresponding influential parameters. EA, SEA and CFE can be obtained
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from Eqgs. (1.1)—(1.3). To fairly assess the effect of PU foam filler on EA, SEA
and CFE, the identical densification displacement should be determined for all the
eight type III connectors. It can be observed from CFE-displacement curves in
Fig. 2.18 that the CFE value decreases when the peak crushing force (PCF) shows
monotonic increase with increasing displacement. Hence, the CFE value will show
sudden drop after densification of the connector when the force increase suddenly
and monotonically. By carefully examine all the tested type III connectors, the densi-
fication displacement is chosen to be 96 mm, which can ensure all the densification
displacements of the tested connectors appearing after this value, as illustrated in
Fig. 2.18.

2.3.4.1 Effect of PU Foam Filler

Table 2.3 summarizes the values of EA, SEA and CFE corresponding to densification
displacement of 96 mm for all the tested type III connectors. The foam filler is found
to evidently improve the energy absorption performance via increasing FA, SEA and
CFE. The average increasing percentages of EA, SEA and CFE for the three type
III connectors without PU foam (i.e., A30T5N, A45T5 and A60T5N) are 122.5%,
93.1% and 69.4%, respectively, by filling PU foam. The 122.5% increase of EA
indicates that PU foam filler contributes more than half of the absorbed energy. The
increase of SEA by filling PU foam is mainly owing to the higher SEA of PU foam
than that of MP plate. The FE-calculated SEA values of PU foam and MP plate
are 12.62 kJ/kg and 1.12 kJ/kg, 12.44 kJ/kg and 2.15 kJ/kg, and 15.40 kJ/kg and
3.09 kl/kg for A30TS, A45TS and A60TS, respectively. The averaged SEA of PU
foam is 6.36 times of SEA of MP plate. The CFE is also improved with the presence
of PU foam, as the PU foam filler can smooth the force—displacement curves, as
shown in Fig. 2.8.
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Table 2.3 Energy absorption

parameters of PU foam-filled Specimen EA (D) SEA (W/ke) CrE
energy absorption connectors ~ A30T5N 3.87 0.88 0.37
A45T5N 6.59 1.80 0.38
A60TSN 7.64 2.30 0.42
A30T5 10.21 2.08 0.70
A45T5 12.45 2.93 0.68
A60TS 16.43 4.15 0.61
A45T3 7.64 2.68 0.53
A45T8 26.20 4.13 0.72
BITS 8.01 1.82 0.48
B2T5 9.76 2.18 0.66
B3T5 11.55 2.52 0.56
B2T3 6.557 2.34 0.50
B2T8 19.026 2.76 0.74
BIT5N 1.679 0.44 0.40
B2T5N 2.641 0.68 0.40
B3T5N 4.357 1.09 0.35

Note EA—Energy absorption; SEA—Specific energy absorption;
CFE—Crushing force efficiency

2.3.4.2 Effect of MP Plate Thickness

Table 2.3 shows that both EA and SEA of type III connectors can be improved
by increasing MP plate thickness, whereas the variation of CFE by changing MP
plate thickness is insignificant. The EA and SEA are improved by 243.1% and
53.9%, respectively, by increasing the thickness of MP plate from 2.67 to 7.62 mm.
thicker MP plate means higher plastic bending moment (or accumulated plastic strain
energy), which leads to the improvement of EA. In addition, the increasing rate of
plastic bending moment is higher than that of mass via increasing MP plate thickness,
which results in the improved SEA of the connector.

2.3.4.3 Effect of Angle 6,

As for the influence of angle 6 on energy absorption performances of type III connec-
tors, increasing angle 6y is found to result in higher EA and SEA, as shown in Table 2.3.
The values of EA and SEA of the type III connector without PU foam are increased
by 97.5% and 161.3%, respectively, by increasing angle 6y from 30° to 60°. This is
because increasing angle 6, leads to higher total plastic hinge rotation angles, and
thus resulting in improved EA. In addition, the total length (or mass) of the MP plate
is reduced with increasing angle 6y, which results in more significant increase of SEA
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as compared to FA. In terms of the type III connector with PU foam, less significant
improvement of EA and SEA is observed, i.e., 60.9 and 99.6% increase of EA and SEA
via increasing angle 6, from 30° to 60°. This is because the improved EA of the MP
plate via increasing total plastic hinge rotation angle is more significant as compare
to the improved EA of PU foam through increased volume of PU foam. Although
the improved energy absorption performance of the type III connector without PU
foam is more significant than that of the connector with PU foam, the angle 6, should
be limited to an acceptable value to prevent the unsymmetrical deformation mode.
Moreover, the PU foam filler can also help to stabilize the deformation mode.

2.3.5 Energy Absorption Performance of Type IV Connector

The energy absorption parameters, EA, SEA and CFE, were employed to evaluate
the energy absorption performances of type IV connectors, and CFE—displacement
curves were also referred to determine densification displacement of the connectors.
As shown in Fig. 2.19, the densification displacement of all the type IV connectors
can be determined as 88 mm.

2.3.5.1 Effect of PU Foam Filler

Table 2.3 gives the values of energy absorption parameters with xp of 88 mm for
all the type IV connectors. Because of the good energy absorption capability of PU
foam, the increasing percentages of EA for the three connectors (B1T5N, B2T5N
and B3T5N) are 376.8%, 269.4% and 165.0%, respectively, by filling them with PU
foam, as shown in Table 2.3. In addition, the corresponding increasing percentages of
SEA are 314%, 222% and 132%, respectively, owing to the low density of PU foam.
Moreover, the CFE is also improved because the force fluctuation of the connectors

Fig. 2.19 CFE versus
displacement curves of type
IV connectors, reprinted
from Wang et al. (2020),
copyright 2022, with
permission from Elsevier
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with PU foam is less significant as compared to the connectors without PU foam, i.e.,
the force—displacement curve of the connector becomes smoother with the presence
of PU foam.

2.3.5.2 Effect of Geometric Parameter k

For the type IV connectors without PU foam, Table 2.3 shows that FA and SEA
increase by 57.3% and 53.5%, respectively, by changing symmetric pleated plates
(BIT5N) into AP plates (B2T5N) owing to the increase in the number of plastic
hinges as well as the total plastic hinge rotation angle. In addition, higher parameter
k can also lead to 65% and 61% increase of EA and SEA, respectively, by comparing
the specimen B3T5N and B2T5N, as higher parameter & leads to higher total plastic
hinge rotation angle with the same crushing displacement. However, the CFE shows
decrease when the parameter k is increased, since the force—displacement curve
of the connector with higher parameter k shows higher peak crushing force. For
the type IV connectors with PU foam, the energy absorption parameters (EA and
SEA) of specimen B2T5 are 21.9% and 19.6% higher than those of B1T5, and these
energy absorption parameters of specimen B3T5 are 18.3% and 15.8% higher than
those of B2TS5. The improvement of energy absorption parameters for the connectors
with PU foam is less significant as compared to the connectors without PU foam.
This indicates that the improvement of energy absorption performance by increasing
geometric parameter k is mainly contributed by pleated plates.

2.3.5.3 Effect of AP Plate Thickness

Table 2.3 shows that EA of the type IV connector is significantly improved by
increasing AP plate thickness, owing to the increased energy absorption from plastic
hinge rotation of the AP plate with higher plastic moment capacity. For the same
reason, the SEA of specimen B2T8 is 26.5% higher than that of specimen B2TS5.
However, the SEA of specimen B2T5 is lower than specimen B2T3 because of the
lower mass of specimen B2T3. Moreover, increasing AP plate thickness also leads
to higher CFE, since the fluctuation of force is not significant as compared to its
increased mean crushing force.

2.4 Analytical Model

The force—displacement curves of PU foam-filled connectors are necessary to eval-
uate their energy absorption performances and conduct the blast resistant design
when employing the proposed connectors as blast energy absorber in Fig. 1.1b.
The following assumptions are employed to facilitate the calculations: (a) nominal
stress—strain relation of steel employed for the connectors pertains to rigid-linear
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strain-hardening behavior, (b) stress state of the MP/AP plate is plane stress and (c)
PU foam is uniformly compressed and its influence on the deformation pattern of
the MP/AP plate is negligible.

2.4.1 Analytical Model for Type III Connector

2.4.1.1 Energy Absorption from MP Plate

As observed from the experimental and numerical results, the energy absorption
from MP plates is through plastic hinge rotation, and two different deformation
patterns during impact is determined, as shown in Fig. 2.20. Based on the observed
deformation patterns, EA of the type III connector without PU foam is first formu-
lated with respect to displacement. Then, the force—displacement relation can be
obtained by differentiating FA with respect to displacement. In addition, the varying
Dynamic Increase Factor (DIF) with respect to transient strain rate is included into
the analytical model to accurately consider the strain rate effect of MP plates.

The variation of internal energy for one plastic hinge of the MP plate considering
strain rate effect is presented in Eq. (1.13). It is noted that the energy absorption rate
of each plastic hinge may vary with different deformation patterns, and therefore the
formulae for describing the force—displacement relationships of the type III connector
without PU foam in different deformation patterns are calculated separately and given
as below.
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Fig. 2.20 Deformation patterns of the type III connector: a Deformation pattern I; b Deformation
pattern II, reprinted from Wang et al. (2019), copyright 2022, with permission from Elsevier
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In the stage of deformation pattern I (refer to Fig. 2.20a), namely, 0 < § < 2H,
the two MP plates totally have eight plastic hinges (point 1, 2, 4 and 5) rotating
during crushing, and the rotation rates of all the plastic hinges are identical. Hence,
the total force contributed by two MP plates within deformation pattern I (F,;) can
be obtained as

F, =8—
Pt s

O—vtz E/K1t3 U,tl/P+2 © 1/P
= 8brph[¥ 2 2P <El>

4 12 " 2UPFI(1/P +2)

i E,K]Z‘;/PJr3 K1 /P di; 2.2)
20P2(1/P + 3\ C s '

where k| and k| are curvature change and its rate at the plastic hinge point 1 within
deformation pattern I, and they can be formulated with respect to displacement (3)
and velocity (3) by referring to the geometric relation in Fig. 2.20a as follows:

k1 = (go — 61)/tpn (2.3)
6, = arcsin w 2.4)

e P H_\ ol ’ (2.5)
as | 77"V \singo 2 '
) 0, . H \> 5\2
k= —— =8| 2t/ [ = —(m-2 (2.6)
Lph $1n @o 2

When the end of deformation pattern I is reached, i.e.,8;, = 2H,letk; = k1(5;.).

In the stage of deformation pattern II (refer to Fig. 2.20b), namely,2H < 6 < 4H,
the plastic hinges at point 2, 3 and 4 rotate during crushing. It is noted that the rotation
rates of plastic hinges at point 2 and 4 are identical, and the rotation rate at point
3 is double of point 2 and 4. Therefore, the force contributed by MP plates within
deformation pattern II can be divided into two groups according to the plastic hinge
rotation rates. They are given as

Fpi=b oty  Ella+ing ayt,/ " k)"
p2l = blpn) = 12 TP\ C

E'(ey + ')ty <'52>1/Pi| dicy 2.7

21/PH2(1/P +3) \ C ds
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(rytI% E/Kzt?, avt}?/P+2 K2 1/p E’KZZII,/P+3 K2 1/P drp
Fpoo = 2btpp | —— + + — — o\ = —
4 6 2(1/P+2)\ C 2(1/P+3)\ C dé

2.8)

where F,»; and F 2, are forces contributed by the rotation of plastic hinge at point 2
(or 4) and point 3, respectively. The unknown parameters in Egs. (2.7) and (2.8) are
given in Eqgs. (2.9)—(2.11) according to the geometric relation in Fig. 2.20b.

. (H . 2H —4§/2
Ky = |:arcsm(z> — arcsin T/]/tph (2.9)
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ds ””‘\/ ( 2) (2.10)
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where L = H /1+ m. Then, the total force contributed by two MP plates
within deformation pattern II can be obtained as

sz = 4Fp21 + 2Fp22 (2.12)

Hence, the force—displacement relation of the type III connector without PU foam
(Fp) can be summarized as
F, = | fnd=2H (2.13)
Fpn2H <§ <4H

2.4.1.2 Energy Absorption from PU Foam

The experimental results showed that both PU foam compression and plastic defor-
mation of MP plates contributed to the absorbed energy of the type III connector
with PU foam. Hence, its total crushing force can be obtained by summing the forces
contributed by MP plates and PU foam. Assuming the uniform compression of PU
foam leads to the force contributed by PU foam (Fy) as

v,
4

Fr= (2.14)
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Table 2.4 Material parameters of PU foam
A B E m n
0.7934 0.7469 43.29 5.122 1.209

where V. and o are current volume and compressive stress of PU foam, and o ¢ can
be formulated in Eq. (2.15) with the strain rate effect being considered (Jeong et al.
2012).

or = |1+ (@ + boe) In( 2L ) || A(1 — e~ E/Mevi=eny 4 g2V
£o 1l —e¢y

2.15)

where A, B, E, m and n are material parameters of PU foam and given in Table 2.4
via fitting the material test data. The reference strain rate &y as well as strain rate
parameters ag and by are given in Sect. 2.2.2. The volumetric strain and strain rate
can be given as follows:

e=1-V./V (2.16)
5 dv.,

__9 2.17)
Vo d§

where § is velocity, and V is initial volume of PU foam and can be obtained as

5H?
Vo= |(8HL, — b (2.18)
tan ¢

The geometric properties in Eq. (2.12) can be found in Fig. 2.20, and the formulae
of V. and dV./dé in deformation pattern I and II are summarized as below.

In the stage of deformation pattern I, namely, 0 < § < 2H, the current volume of
PU foam and its differential with respect to displacement can be obtained as

H? H \* 8\?
| P _(6H_5>J(, )= (n-2) ]
tan g sin g 2

(2.19)

dv. H \* 8\? (6 —6H)(2H — §)
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2
sin ¢g )

ST

(2.20)
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In the stage of deformation pattern I, i.e., 2H < § < 4H, the current volume of
PU foam and its differential with respect to displacement can be obtained as

20y L e (g 2 2(4H 5)b
sin g 4 tan® ¢ 2

V.= |2L, -
(2.21)
dv,  2Hb 1 §\?
== —2Lb—b |1+ ——|H2— (2H — =
ds  singg 4 tan? ¢, 2
(8 —4H)*b
n (2.22)

2
4J(L+R#%)HL—@HF—§

Then, substituting Egs. (2.15)—(2.22) into Eq. (2.14) leads to the force contributed
by PU foam. Finally, the total force of the type III connector with PU foam (F,) can
be obtained as

F,=F,+Fy (2.23)

2.4.1.3 Validation with Experimental and Numerical Results

The force—displacement curves obtained from the analytical model are compared
with those obtained from experiments and FE analyses in Fig. 2.8. Consistent results
among them can be seen. The sudden change of force induced by deformation mode
change can be reasonably captured by the analytical model. However, the fluctuations
of the force—displacement curves induced by inertial effect are not captured by the
analytical model. However, these differences are not significant and will not affect the
energy absorption evaluation of the connectors. From above discussions, the devel-
oped analytical model is proven to be accurate in predicting the force—displacement
responses and energy absorptions of the type III connectors.

2.4.2 Analytical Model for Type IV Connector

2.4.2.1 Energy Absorption from AP Plate

As analyzed in Sect. 2.3.2, EA of the type IV connector without PU foam is generally
concentrated at the plastic hinge zones, and its deformation mode is divided into three
stages. Hence, an analytical model to calculate EA of the connector contributed by
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plastic hinge rotation is proposed, and its geometric parameters are presented in
Fig. 2.21. According to geometric relation, the critical displacement D; and D, can
be calculated as:

Di=(k+1)H—Hy and D= (k+1)H —/H? +L>+L (2.24)

where Hy = +/k? — 1 H. Similar to the type III connector, the energy absorption rate
of each plastic hinge for the type IV connector also varies with different deforma-
tion stages. Hence, the force—displacement relationship of the type IV connector
at different deformation stages should be calculated separately, and EA can be
subsequently calculated by numerically integrating the force to displacement.

| lI').II‘}

(a)r

kH

b |
da

(b)

o

7

“

n

o0=D, D, <d<(k+1)H

Fig. 2.21 Deformation patterns of the type IV connector: a Deformation stage I; b Deformation
stage II; ¢ Deformation stage I1I, reprinted from Wang et al. (2020), copyright 2022, with permission
from Elsevier
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In deformation stage I (Fig. 2.21a), i.e., 0 < § < Dy, the total force contributed
by AP plates, F),1, is determined by summing the forces contributed by the six plastic
hinges at point 1, 2 and 3, i.e.,

Fpr =2(F11 + Fi2 + F13) (2.25)

and the forces contributed by the plastic hinges at point 1, 2 and 3 in deformation
stage I (i.e., F11, F and F3) can be obtained as

P dUy; b O'ylg n E/Klll; + t,l,/P+2 5 diyg i/P
T s T T g 12 /P11 P4 2)\C  ds
+ B tl/PH 8§ diny v dieyy (2.26)
2U/P2(1/P4+3)\C ds ds '
Fio— dUi; — bt intlzy I E' (k11 +K13)t137 Ovl117/P+2 ﬁ ) dic11 + di3 1F
R TR 12 2/P+1(1/ P +2)\C ds
E' (k11 +K13)tp/P+3 ﬁ dipy + diy3 e d(k11 + K13) 2.27)
21/P+2(1/ P +3) \C ds ds ’
. dU3 —b O')rtg n ElKlSt; tll,/P+2 5 di3 1P
BT s T s 12 2P/ P+ 2)\C ds
n E'k; II/ 3 5 dii3 1P dicy3 (2.28)
21/P+2(1/P+3) Cc ds ds ’
where
1 . H . H—6a
k11 = — | arcsin — — arcsin (2.29)
tph L L
K arcsin —— arcsin —%w (2.30)
3= .
,/H2+L2 VHi + L?
d 4(kH — 8)(kH + H — 8) +25(Q2kH — §
ki A )(kH + )+ 28( ) 2.31)

4§ R2H K+ 1) —25PVL2 — (H — 81a)°
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drcy3 4(H — 8)(kH + H — 8) +28(2H — §)

- (2.32)
o RHE+1) - 26]2\/(H02 +12) — (kH — b1p)>
_ (kH - 8)3 033
T OHMK+1) — 28 '
_ QH -9 o3
BT 2HKk+1) 25 '

In Egs. (2.29)—(2.34), x1; and k3 are the changes of curvature at point 1 and 3,
d1a and S are the displacements of bottom plate and top plate relative to point 2
(refer to Fig. 2.21a), and § = §;4 + d;p is the total displacement. When § = Dy, let
K13 = k13(D1).

In deformation stage II (Fig. 2.21b),i.e.,D; < § < D,, as analyzed in Sect. 2.3.2,
the forth pair of plastic hinges occur at point 4, and plastic hinge 1 stops rotating.
Meanwhile, plastic hinge 3 continues rotating, and plastic hinge 2 starts to rotate
reversely. Hence, the total force in deformation stage I, F,, is obtained by summing
the forces contributed by the six plastic hinges at point 2, 3 and 4, i.e.,

Fpy =2(Fpn + Faz + Fa) (2.35)

and the forces contributed by the plastic hinges at point 2, 3 and 4 in deformation
stage II (i.e., F»y, F23 and F4) can be obtained as

2 = dUs» = bt,, Uytlz’ + E/KZZIIS’ aytll’/ e i . @ v
ds Py 12 2UPH(1/P4+2)\C dé
2/P2(1/P+3)\C  ds ds ’
o dUs; ) aytlz, N E' (k3 +E13)f,3, n Uytzla/ e 8 dixs v
e T 12 2U/P+1(1/P+2)\C dé
E's + @) "7 (8 diy ' dexs (2.37)
2/P2(1/P+3) \C ds ds '
o AU b o'ytlz, N E' (k2 +K23)t,3, ayzll,/ P2 é dioo + dko3 e
2= g5 =i = B A/PH(1/P+2)\C s
E'(k»n + K23)t,1,/ P43 é ‘ dioo + dio3 1/ P diop + dko3 (2.38)
21/P+2(1/ P +3) \C ds ds .

where
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0y — 6
Ky = 220 (2.39)

K3 = —— (240)
tph

_ (g2 472 _ 2
dey (Hp — 811 <2L Hy+L 2Hyé11 + 8II>
s 5 o2
tpn[(Ho — 8m)? + L2] [4L2 (,/Hg +12— L) - |:(H0 — o2 — <,/H02 +12— L> }

L
tpn[(Ho — 8m)? + L2]

(Ho — 511)[(1‘10 —om? +2L% + H} — 2L JHZ + Lz]
droz

ds 2
ton[(Ho — 8)% + Lz]\/4L2[(H0 -8+ L2] - [(Ho —om? + 2L\ HS + L2 - Hg]

(2.41)

L

+ 2.42
tpn[(Ho — 8m)? + L2] ( )
Hy
059 = arctan T (243)
2
(Ho — 8u)* + <,/H02+L2—L> I
6,, =  — arcsin — arctan

2(" H02+L2_L> (Ho — 8n)* + L2 Ho = on

(2.44)
8§ — 2Hodu + 2L,/ Hj + L? L
6,3 = arcsin — arctan (2.45)
2L/ (Hy — 8y)° + L? Hy — &y

Sy=68— (k F1-Ve2 = I)H (2.46)

In Egs. (2.39)—(2.46), k2, and k3 are the changes of curvature at point 2 and 3,
0y is the initial angle at point 2, and 65, and 6,3 are the angle changes at point 2
and 3 (refer to Fig. 2.21b), and §y; is the displacement increment during deformation
stage II. When § = D, let kpy = k22(D3).

In deformation stage III (Fig. 2.21c¢), i.e., D, < § < (k + 1)H, the fifth pair of
plastic hinges occur at point 5, and plastic hinge 3 stops rotating. Meanwhile, plastic
hinge 2 continues rotating, and plastic hinge 4 starts to rotate reversely. Hence,
the total force in deformation stage III, F),3, is obtained by summing the forces
contributed by the six plastic hinges at point 2, 4 and 5, i.e.,

Fp3 = 2(F3 + F34 + F3s) (2.47)
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and the forces contributed by the plastic hinges at point 2, 4 and 5 in deformation
stage III (i.e., F3p, F34 and F35) can be obtained as

_dUsn oyt; N E'(kn+En)t; N vt,l)/P+2 5  dispn 1F
T s UM 4 12 21/P+1(1/P+2) C s
E’ (K32+K22)fp/ s disy dizz
— - — (2.48)
2/P2(1/P+3) \C  d§ ds
Fuf— dUs4 — bt O'yl‘]% E/K32t;’, " ]/ P2 $ dK32 I/ P
T e T 4 12 21/P+1(1/P+2) Cc ds

i E/K32l‘[1,/ 3 5 disn 1P disp (2.49)

2/PR(1/P+3)\C ds ds '

Fae dUss — by t2 b E/K321‘13, N (Tyt‘,l,/PJr2 5 disp 1P
BT T e T e Tai/pro\C @

n E'ks ll/ b3 (8 dl(32>1/P dks; (2.50)

2(1/P+3)\C db ds '

where
1
k3 = —03 (2.51)
Tpn
dizz

— = 2.52
5 (2.52)

tph\/25m (\/ HE+L? — ) 8y
JHE+ L2 — L -6
63,

= arccos (2.53)

VH+ L —
Sm=8—(k+1)H+/H}+L>*—L (2.54)

In Egs. (2.51)—(2.53), k3, and 63, are curvature change and angle change at point
2, and &yyy is the displacement increment during deformation stage III, as illustrated
in Fig. 2.21c.

In summary, the EA of the type IV connector without PU foam can be formulated
as
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JS Fpi(8)ds 0<3 <D,

EA,(8) =1 [y Fp(8)ds + [5 Fyn(8)ds Dy <8 < Dy
OD‘ Fpi(8)ds + [, ;’f Fpp(8)ds + [, f,z Fp3(8)dS Dy <8 < Ds
(2.55)

2.4.2.2 Energy Absorption from PU Foam

The some method presented in Sect. 2.4.1.2 (i.e., Eqs. (2.14)—(2.17)) can be employed
herein to calculate the force—displacement response of the type IV connector
contributed by PU foam. According to the geometric relationship shown in Fig.2.21a,
the initial volume of PU foam filled in the type IV connector, Vj, can be formulated
as

Vo = (k + 1)(2L1 _Jrr= H2>bH (2.56)

To obtained the volumetric strain € and strain rate £, the current volume, V,, and its
derivative of current volume of PU foam with respective to displacement (dV / d8)
in three deformation stages should be calculated and presented as follows.

In deformation stage I, i.e.,0 < § < D, the current volume of PU foam, V,y, is
calculated as

Vo =+ DH = ois = dwl[2L1 = VIZ = (H—s’ b @57)
and dV,,; / d3 is calculated as

dv. dé ds
! =b< e —£)<2L1—\/L2_(H_8IA)2>

ds a8 ds

dia— H ddia
+b[(k+1H — é1a — 6B - — (2.58)
VL = (H =87 48
where
dé 2H(k +1)(kH — 6 52
ddia _ 2H(k + 1)( )2+ (2.59)
ds 2AH K+ 1) — 8]
dé 2H(k+1)(H — 6 52
dop (k+ 1)( ) + (2.60)

ds  2[HG*k+1) -8

In deformation stage II, i.e., D; < 6 < D, the current volume of PU foam, V,,,
is calculated as
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Vo = [(2Ly — L — L cos 623)(Hy — 8y) + L* sin03]b (2.61)

and dV,,/ d8 is calculated as

av. . de e
d—; — bL(Hy — 8y) s1n923d—§3 —bQLy — L — Lcosb) + bL? cos 923d—§3
(2.62)
where

_ _ 2 2 2 2 2
3 ~ (611 — Ho) |:(H0 Si)° + 2L + HO 2L,/ HO + L ]
ds 2
[(Ho — 8% + L2],[4L?[(Ho — 8m)? + L2] — [(HO — 8% + 2L HE + L2 — Hg}
L
(Hy — 811)* + L2

(2.63)

In deformation stage III, i.e., D, < § < (k+ 1)H, the current volume of PU
foam, V_3, is calculated as

VH; +L2—L
Vi =b|2L, — 2L — — sin 63, (,/HO2 + L2 — L) cos 63,
(2.64)
and dV; / dé is calculated as
av, * cos?y, dO
Sy +rr-p) 222 TR
ds 2 ds
V I{O2 + L2—L dbs,
—b| 2L, —2L — — (2.65)

in 6 .8in 6rr - ——
sSin 63 S1n 03 a5

where

dés; 1
R 2.66
m (2.66)

\/zam ( [HZ + L2 — L) — 82

In summary, the EA of the type IV connector contributed by PU foam can be
obtained as
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8

EA;() = / Fy(8)ds
0

(2.67)

and the total EA of the type IV connector with PU foam, E A,,, is obtained as

EA,(8) =EA,(8)+ EA;(d) (2.68)

2.4.2.3 Validation with Experimental Results

Figure 2.22 shows the EA—displacement curves of type IV connectors obtained from
experiments and analytical predictions, and the analytical-predicted results are found
to be generally consistent with test results. However, the analytical predictions are
still slightly different from experimental results. This is mainly because the analyt-
ical model does not consider the initial bending of AP plates corresponding to the
critical displacements D; and D,, which leads to the sudden changes of EA—displace-
ment curves from the analytical model. Another reason is that the influence of PU
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Fig. 2.22 Comparison of EA—displacement curves of type IV connectors between tests and analyt-
ical predictions: a Variant pleated plate parameter k without foam; b Variant pleated plate parameter k
with foam; ¢ Variant pleated plate thickness with foam, reprinted from Wang et al. (2020), copyright
2022, with permission from Elsevier
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foam on the deformation shape of AP plates becomes increasingly significant after
densification, especially in the deformation stage III (as shown in Fig. 2.22b, c).
Moreover, geometric imperfection as well as cracking and peeling of PU foam can
also cause the difference between the analytical and experimental results. However,
the differences are not significant and will not affect the rationality of the analytical
results, especially for the deformation stage I and II. Hence, the proposed analytical
model can be employed to predict the EA (or force) of the type IV connector under
impact loading.

2.5 Summary

Two types of PU foam-filled energy absorption connectors were proposed in this
chapter, and their energy absorption performances were experimentally, numerically
and analytically studied. The deformation modes, force—displacement responses
of the PU foam-filled connectors with varying geometries were investigated via
conducting drop-weight impact tests. Finally, the analytical models were developed
for predicting force—displacement responses of the proposed connectors. The main
findings from this chapter could be summarized as follows:

(1) The deformation process of type IIl connectors could be divided into two
patterns according to the different distributions of plastic hinge zones, and
three patterns could be observed for the type IV connectors.

(2) PU foam filler could evidently improve the energy absorption performances of
both type III and IV connectors in terms of the improvement of EA, SEA and
CFE, which could be attributed to the higher energy absorption, lightweight
and smooth stress—strain curve of PU foam.

(3) Increasing MP plate thickness and angle 6 resulted in significant increase of
EA and SEA for type III connectors. In addition, the type III connector without
PU foam was found to be more sensitive to the variation of angle 6. With regard
to type I'V connectors, increasing the geometric parameter k could increase FA
and SEA. In addition, increasing AP thickness could increase EA, whereas the
SEA was not necessarily increased owing to the increase in mass.

(4) The developed analytical models could provide acceptable predictions on the
force—displacement relations of the PU foam-filled connectors via comparing
with the experimental and numerical results. Hence, they could be utilized to
evaluate the energy absorption performances of proposed connectors.
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Chapter 3 ®)
Aluminum Foam-Filled e
Circular-Triangular Nested Tubes Under
Impact

3.1 Introduction

Thin-walled empty or foam-filled metallic tubes were widely employed as energy
absorbers to dissipate impact energy owing to their easy fabrication and desirable
energy absorption performance. The axial crushing performances of empty or foam-
filled metallic tubes generally outperformed the laterally loaded counterparts in terms
of enhanced energy absorption capacity (Baroutaji et al. 2017). However, fewer
fluctuation of crushing force and more stable deformation mode were observed for
the “tube-type” energy absorbers under lateral loading (Tran 2017) or with windowed
shaped cuttings (Tran et al. 2021). The laterally loaded empty or foam-filled metallic
tubes could be the desirable energy absorbers if their energy absorptions could be
enhanced. Hence, the nested tubes and the tubes with constraints or functionally
graded thickness were generally proposed for improving energy absorption capacity
(Nikkhah et al. 2020; Baroutaji et al. 2021). Recently, a new circular-triangular nested
tube (CTNT) energy absorber was proposed by the authors (Wang et al. 2020a),
and the constraints between circular and triangular tubes were found to evidently
enhance its energy absorption capacity. In this study, the CTNT energy absorber was
filled with aluminum foam to further improve its energy absorption performance, as
shown in Fig. 3.1. With the aim of using the proposed aluminum foam-filled circular-
triangular nested tube (AFCTNT) energy absorber to further improve the energy
absorption performance of the CTNT energy absorber, this work is of significance
for revealing the energy absorption behavior of the AFCTNT energy absorber under
impact loading and facilitating its application in impact energy dissipation.

The responses of circular tubes under lateral crushing have been extensively
studied as they generally exhibited stable energy dissipation (Gupta et al. 2005). The
formulae for calculating the force—displacement responses of the laterally loaded
circular tubes were also developed (Wang 1987; McDevitt and Simmonds 2003),
which could be used to assess their energy absorption performances. The dynamic
lateral crushing behavior of circular tubes was also studied by Fan et al. (2013) as
the energy absorbers were generally employed for dissipating impact or blast energy.
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Y. Wang et al., Innovations in Impact and Blast Protections,
https://doi.org/10.1007/978-981-19-4375-1_3


http://crossmark.crossref.org/dialog/?doi=10.1007/978-981-19-4375-1_3&domain=pdf
https://doi.org/10.1007/978-981-19-4375-1_3

76 3 Aluminum Foam-Filled Circular-Triangular ...
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Fig. 3.1 Geometry of the AFCTNT energy absorbers (mm), reprinted from Wang et al. (2021),
copyright 2022, with permission from Elsevier

It was found that the inertial effect induced by dynamic loading could result in the
change of deformation modes of the circular tubes, which together with strain rate
effect could enhance their energy absorption capacities (Su et al. 1995a, b). In addi-
tion, rectangular, triangular and elliptical tubes could also be employed for dissipating
impact or blast energy and its response under lateral crushing was also extensively
studied (Gupta et al. 2001; Wu and Carney 1997; Tran and Ton 2016; Fan et al. 2015).
The laterally loaded triangular tubes generally exhibited improved energy absorption
capacity comparing with circular tubes, and three deformation modes and a unified
energy dissipation mechanism were observed by Wang et al. (2015). However, larger
initial peak force was observed for the triangular tube, which could reduce its energy
absorption efficiency. External constraints or nested tubes were widely adopted to
enhance the energy absorption performance of the single tube. It was found that the
energy absorption of a circular tube subjected to lateral loading was improved with
the presence of external constraints owing to more severe plastic deformation as
compared to the counterparts without external constraints (Reid et al. 1983; Reddy
and Reid 1979). With regard to the nested tubes which consist of at least two tubes,
significant improvement in energy absorption performance could also be observed
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(Morris et al. 2006). The behavior of nested tubes under lateral dynamic loading was
studied (Baroutaji et al. 2016; Olabi et al. 2008), and the improved energy absorption
performance of the nested tubes could be observed through optimized design.

Recently, aluminum foam was increasingly employed as the filler of a metallic
tube to enhance its energy absorption performance owing to the light weight, high
specific energy absorption and stable energy dissipation of aluminum foam. Till
date, a considerable amount of studies have been conducted to reveal the behavior
of aluminum foam-filled energy absorbers under axial (Duarte et al. 2015; Shahbeyk
et al. 2007) or oblique (Reyes et al. 2004) crushing. It was found that the energy
absorption performance could be evidently improved by filling tubes with aluminum
foam (Santosa et al. 2000). In addition, the foam filler was found to stabilize the
deformation mode and enhance the energy absorption capacity through investigating
the axially loaded foam-filled conical tubes (Ahmad and Thambiratnam 2009). To
smooth the crushing force—displacement curve and reduce the initial peak force,
the aluminum foam-filled corrugated tubes were proposed, and its behavior under
dynamic crushing was also studied (Kilicaslan 2015). The results indicated that
aluminum foam-filled corrugated tubes experienced progressive and concertina type
of deformation mode. A new dual functionally graded structure with variation of both
foam density and tube wall thickness was proposed by Fang et al. (2016), and the
improved energy absorption performance was demonstrated by comparing with the
uniform counterparts. The multi-objective optimisation design (MOD) of foam-filled
tubes under oblique impact loading was conducted to enhance their crashworthiness
(Yang and Qi 2013; Qi and Yang 2014). It was found that more robust designs could
be achieved by incorporating multiple load angles into the MOD process (Yang and
Qi 2013). With regard to the lateral crushing behavior of foam-filled tubes, smoother
crushing force—displacement responses could be observed as compared to the axially
loaded counterparts (Shen et al. 2015). The energy absorption performances of sand-
wich tubes under dynamic lateral crushing were studied by Fan et al. (2013), and
different deformation modes of the sandwich tubes between the dynamic and quasi-
static loading cases could be observed owing to the inertial effect. Further, MOD was
employed for finding the optimal configuration of laterally loaded sandwich tubes,
and the tube with a minimum diameter of inner layer and a maximum foam thickness
was found to be more desirable (Baroutaji et al. 2015). Up to date, no study has been
performed on the new aluminum foam-filled nested system presented in this chapter,
which is composed of circular tubes, triangular tubes, and aluminum foam.

A new AFCTNT energy absorber was proposed for improving the energy absorp-
tion performance of the recently developed CTNT energy absorber. Drop-weight
impact tests on the AFCTNT energy absorbers with different volumes of aluminum
foam filler were first conducted to reveal their energy absorption performances. In
addition, numerical simulations on the AFCTNT energy absorbers under impact
loading were also carried out by employing the explicit code in LS-DYNA, and
more in-depth discussions on the impact behavior of the AFCTNT energy absorbers
were presented based on the numerical results.
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3.2 Methodologies

3.2.1 Experimental Methodology

3.2.1.1 Specimens

The AFCTNT energy absorber specimens prepared for the drop-weight impact tests
are presented in Fig. 3.1. Five types of AFCTNT energy absorbers are designed with
the variation of aluminum foam volume, and the notations of the specimens are illus-
trated in Fig. 3.1. Two identical energy absorbers of each type of specimens were
fabricated for validating the repeatability of the experimental results. The CTNT
energy absorber includes two flat plates, three circular tubes, and three triangular
tubes, as shown in Fig. 3.1. The fabrication process of the CTNT energy absorber
includes: (a) welding three steel plates with equal lengths together to form the inner
triangular tube with cross-section to be an equilateral triangle, (2) filling three trian-
gular tubes into three circular tubes, and (3) fixing the circular tubes to the top and
bottom flat plates through welding. Finally, the CTNT energy absorbers were filled
with aluminum foam, and different volumes of aluminum foam filler were chosen for
revealing its influence on the behavior of the AFCTNT energy absorber. The geome-
tries of the specimens are presented in Fig. 3.1. All the specimens share the same
geometries of the CTNT energy absorber with width and outer diameter of circular
tubes to be 100 and 114 mm, respectively. The measured thicknesses of circular and
triangular tubes are 2.36 and 1.80 mm, respectively. The material properties of mild
steel and aluminum foam employed for the specimens are given in Table 3.1.

3.2.1.2 Experimental Setup and Instrumentation

The impact tests on the AFCTNT energy absorbers were carried out via employing a
drop-weight impact test system, and Fig. 3.2 presents the test setup and instrumenta-
tion. The drop-weight impact test system mainly includes a hammer with adjustable
weight from 400 to 1000 kg, a hydraulic-controlled mechanical hosting system, two
guide rails, a dynamic load cell, a high-speed camera, and two lights. The hammer

Table 3.1 Material

. Mild steel E, (GPa) oy (MPa) o, (MPa)
parameters of mild steel and - -
aluminum foam = 1.80 mm 200 292 433
tp, = 2.36 mm 200 294 393
Aluminum foam of (g/cm3) op (MPa) E¢ (MPa)
- 0.28 2.87 207.8

Note Ey, Ey —Young’s modulus of steel and aluminum foam; oy,
o ,—Yield and ultimate stress of steel; py, op,—Density and plateau
stress of aluminum foam
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Fig. 3.2 Test setup of AFCTNT energy absorber, reprinted from Wang et al. (2021), copyright
2022, with permission from Elsevier

can be lift up to 20 m using the hosting system. It drops freely along the guide rails
and strikes the specimens once the electromagnet release mechanism is triggered.
The dynamic load cell is installed below the specimen to measure the pure impact
force and remove the inertial force from the measurement. The top and bottom plates
of the AFCTNT energy absorbers are enhanced with two steel plates with thickness
of 20 mm through bolting connection for preventing plastic deformation of these
two plates and assuring the impact energy only dissipated through circular tubes,
triangular tubes, and aluminum foam. The total drop weight was 400 kg, and the
drop heights of the specimens presented in Table 3.2 were determined based on trial
numerical simulations, assuring the specimens reaching densification and maximum
impact force being smaller than 2000 kN (the maximum measurement range of the
dynamic load cell). The high-speed camera was employed to capture the crushing
process of the specimen and movement of the hammer at a speed of 3000 frames per
second.

3.2.2 Numerical Methodology

The numerical simulations on the AFCTNT energy absorbers under impact loading
were performed by employing the explicit code in LS-DYNA (Hallquist 2006).
Figure 3.3 presents the FE model of the specimen FFF with fully-filled aluminum
foam under impact loading. The aluminum foam and hammer were meshed with
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Table 3.2 Energy absorption parameters of the energy absorbers (§ = 63 mm)

Specimen H; (m) EA (k) SEA (kJ/kg) MCF (kN) CFE
NNN-1 3 5.87 1.90 93.17 0.46
NNN-2 3 6.49 2.09 102.92 0.42
NNN-mean - 6.18 2.00 98.04 0.44
TTT-1 4 9.18 2.74 145.63 0.58
TTT-2 4 9.90 2.96 157.11 0.49
TTT-mean - 9.54 2.85 151.37 0.53
CCC-1 4 10.40 2.94 165.01 0.67
CCC-2 4 10.12 2.86 160.52 0.60
CCC-mean - 10.26 2.90 162.76 0.64
CTC-1 4 8.74 2.52 138.74 0.66
CTC-2 4 8.88 2.56 140.78 0.61
CTC-mean - 8.81 2.54 139.76 0.63
FFF-1 43 15.04 3.97 238.69 0.56
FFF-2 5 14.76 3.90 233.96 0.67
FFF-mean - 14.90 3.93 236.32 0.62

Note H ;—Drop height; EA—Energy absorption; SEA—Specific energy absorption; MCF—Mean
crushing force; CFE—Crushing force efficiency

- Hammer
i
]
T
i
24-mm-thick
late
Circular ¥
tube
Triangular
tube Support

Aluminium foam

Fig. 3.3 FE model of the specimen FFF under impact loading, reprinted from Wang et al. (2021),
copyright 2022, with permission from Elsevier

8-node solid elements, and reduced integration of the solid element was employed
to reduce computation time. The Belytschko-Tsay shell element was employed for
meshing circular and triangular tubes, flat plates and support, and five integration
points were specified along thickness of the shell element. The stiffness-based hour-
glass control was employed for prohibiting the zero-energy deformation modes of
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the elements with reduced integration. The mesh size of 4 mm was chosen for the
circular tubes, triangular tubes and aluminum foam which experienced severe plastic
deformation during impact, and 8 mm mesh size was adopted for the support and flat
plates. The current mesh sizes in the FE modeling were chosen based on the mesh
sensitivity analysis. The FE model of the specimen FFF with fine mesh sizes (by
halving the current mesh sizes) was also established, and the FE-predicted energy
absorption and force versus displacement curves were found to be close on employing
the two mesh sizes, as presented in Fig. 3.4. Therefore, the current mesh sizes were
adopted for the following numerical simulations in this study, which could assure
both the accuracies of the FE results and reasonable computation time. The contacts
between two parts of the FE model were simulated utilizing the “automatic surface to
surface” option in LS-DYNA. The penalty-based contact approach was employed for
the contact pairs with steel material (i.e., hammer, flat plate, circular tube, triangular
tube and support), since its contact stiffness is determined by an algorithm based on
the sizes and material properties of contact segments and it works more effectively
when the material stiffness parameters between the contacting surfaces are of the
same order-of-magnitude. The contact between aluminum foam and metallic tubes
was modeled through the soft constraint-based contact approach, whose contact
stiffness is independent of material parameters and suited for treating the contact
between materials of different stiffness parameters (i.e., aluminum foam and steel
plate).The fixed boundary condition was applied to the support, and all the degrees
of freedom of the nodes on the hammer were constrained except for the vertical
direction. The initial impact velocity of the hammer was specified via the keyword
“*Initial_Velocity_Generation”. The welding connections between the circular tubes
and flat plates were modeled through tying the nodes on the welding zone of circular
tubes to flat plates, since welding connection failure was not observed from the drop-
weight impact tests. The 4-mm-thick top and bottom steel plates were bolted to the
two 20-mm-thick steel plates in the test setup, and no bolting connection failure was
observed from the tests. Hence, the 24-mm-thick steel plates were adopted in the FE
model to replace the two flat plates (with thickness of 4 and 20 mm, respectively)
connected by bolts (Fig. 3.3).

Fig. 3.4 Mesh sensitivity 700 Force-current mesh 18
. o -=- - 7 |
analysis of AECTNT energy 600 £ Force-fine mesh 9 16
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Wang et_ al. (202} )s.COI)yrlght — 300 T ... EA-fine mesh L A F 12
2022, with permission from Z [ \' ’ _
) Z 400 L 108
Elsevier g 2
;g’ 300 -8 3
F 6
200
L4
100 L,
0 —_— — 0
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Fig. 3.5 Stress—strain curves defined in the FE model: a mild steels and b aluminum foam, reprinted
from Wang et al. (2021), copyright 2022, with permission from Elsevier

The Piecewise Linear Plasticity model (MAT_24 in LS-DYNA) was employed in
the FE model to simulate steel materials of the AFCTNT energy absorber. The strain
rate effect was considered in this model via employing the Cowper-Symonds model,
and the strain rate parameters C and P are defined as 40.4 s~! and 5 for mild steel
(Jones 1988). The material properties of circular and triangular tubes defined in the FE
model were obtained from tensile coupon tests and presented in Table 3.1, and the true
stress—effective plastic strain curves are presented in Fig. 3.5a. The Crushable Foam
material model (MAT_63), which showed desirable performance and high computa-
tional efficiency (Hanssen et al. 2002), was adopted for simulating aluminum foam.
The input stress—volumetric strain curve for aluminum foam was obtained from the
uniaxial compressive loading tests and given in Fig. 3.5b. The plastic Poisson’s ratio
of aluminum foam was defined to be 0.01 (Qi et al. 2018; Yang and Qi 2013) as the
lateral expansion of aluminum foam under uniaxial compressive loading was found to
be minimal (Song et al. 2005).

3.3 Results and Discussions

3.3.1 Energy Absorption Parameters

The energy absorption parameters, e.g., energy absorption (EA), specific energy
absorption (SEA), mean crushing force (MCF), and crushing force efficiency (CFE),
were generally employed for quantitatively assessing the energy absorption perfor-
mances of energy absorbers. All the aforementioned energy absorption parameters
can be calculated based on crushing force—displacement curve of the energy absorber
and are given in Eqs. (1.1)—(1.4). The CFE—displacement curve is employed herein
to determine the densification displacement of the AFCTNT energy absorber, and
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Fig. 3.6 CFE-displacement 08
curves of all the specimens,
reprinted from Wang et al.
(2021), copyright 2022, with
permission from Elsevier
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its densification is reached when CFE exhibits continuous and sudden drop (Wang
et al. 2019). In addition, an identical densification displacement should be chosen
for all the specimens to assure a faire comparison of their energy absorption perfor-
mances. As illustrated in Fig. 3.6, the minimum densification displacement of all the
ten specimens (63 mm) was chosen to assure all the specimens reaching densification
after this value. Table 3.2 presents the energy absorption parameters of all the tested
energy absorbers corresponding to crushing displacement of 63 mm.

3.3.2 FE Model Validation

Figure 3.7 provides a comparison of deformation modes of the AFCTNT energy
absorbers obtained from FE simulations and drop-weight impact tests, and the FE-
predicted deformation modes are found to be consistent with those from the tests.
Plastic deformations of the circular and triangular tubes as well as crushing of the
aluminum foam can be reasonably captured by the established FE models, including
plastic hinge lines and curvature change of nested tubes, buckling modes of triangular
tubes, inner surface contacts of nested tubes, and aluminum foam densification.
However, There are slightly different deformation modes of the specimen NNN
between the test and FE prediction being observed, i.e., the buckling direction of
the triangular tube from the FE simulation is not consistent with that from the test.
This may be caused by the geometrical imperfection of the fabricated specimen
(Wang et al. 2020a), and the buckling direction of the triangular tube is random. The
buckling direction of triangular tube has little effect on the energy absorption as the
unsymmetrical deformation mode of the triangular tube is observed from both the
test and FE prediction. The detailed discussions on the crushing processes of the
energy absorbers are given in Sect. 3.3.3.

Figure 3.8 presents a comparison of EA—displacement curves obtained from the
tests and FE analyses, and good agreement between them can be observed. Generally,
the FE-predicted EA is found to be slightly smaller than that from tests. In addition,
a comparison of force—displacement curves obtained from the tests and FE analyses
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is also presented in Fig. 3.9, which further confirms the reasonable predictions from
FE models. The slight differences of force—displacement curves between the tests
and FE predictions may be caused by geometric imperfections of the fabricated spec-
imens. The aforementioned comparisons of deformation modes as well as force and
energy absorption versus displacement curves between the tests and FE simulations
demonstrate that the FE modeling of the AFCTNT energy absorber under impact
loading is acceptable and can be employed for further analysis.
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Fig. 3.9 Force—displacement curves of the AFCTNT energy absorbers: a NNN, b TTT, ¢ CCC, d
CTC and e FFF. (C—Energy dissipation by circular tubes; C + T—Energy dissipation by circular
and triangular tubes; C + T + AF—Energy dissipation by circular and triangular tubes as well
as aluminum foam; AFD—Aluminum foam densification; C + To + AFo—Energy dissipation
by circular tubes as well as triangular tubes and AF of two outer units; C 4+ Tb + AFb—Energy
dissipation by circular tubes as well as bottom side of triangular tubes and AF at the bottom; ISC—
Inner surface contact), reprinted from Wang et al. (2021), copyright 2022, with permission from
Elsevier
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3.3.3 Deformation Mode

Figure 3.7 presents the crushing processes of the tested AFCTNT energy absorbers
subjected to impact loading. For the specimen NNN without aluminum foam, the
impact energy is dissipated through plastic deformation of circular and triangular
tubes, and four crushing stages are identified (Wang et al. 2020a). Only circular
tubes exhibit plastic deformation at initial crushing stage (§ = 15 mm in Fig. 3.7a),
and the interaction between adjacent circular tubes is achieved via assembling the
circular tubes to be contacted with each other, and meanwhile welding the circular
tubes to the top and bottom flat plates. This results in higher energy absorption than
that of circular tubes without constraints. The inclined sides of triangular tubes start
to buckle and absorb impact energy via plastic deformation with further crushing,
and both symmetrical and asymmetrical deformation modes of the three triangular
tubes are observed after buckling (§ = 35 mm in Fig. 3.7a). When § = 50 mm, the
triangular tubes contact with circular tubes, and the interaction between triangular and
circular tubes can be observed, which leads to the deformation mode change of the
middle triangular tube (from a symmetrical mode to an asymmetrical one). Finally,
the inner surface contacts of triangular tubes occurs, which leads to densification of
the specimen (6§ = 89 mm in Fig. 3.7a).

As for the specimen TTT with aluminum foam only being filled in three triangular
tubes, four different crushing stages can also be found. The deformation modes of the
specimen TTT at the first and second crushing stages are similar to those of specimen
NNN without aluminum foam filler, i.e., plastic deformation of only circular tubes
and plastic deformation of both circular and triangular tubes for the first and second
crushing stage, respectively (6 = 15 and 35 mm, respectively, in Fig. 3.7b). Herein,
all the triangular tubes exhibit asymmetrical deformation mode after buckling. With
further crushing of the specimen TTT, aluminum foam starts to experience evident
compaction and dissipate impact energy (§ = 65 mm in Fig. 3.7b). Moreover, the
interactions between the triangular tubes and aluminum foam as well as between
the triangular and circular tubes are also observed, which can improve the energy
absorption capacity of the specimen. The densification of specimen TTT is reached
after complete compaction of aluminum foam and inner surface contacts of nested
tubes (§ = 86 mm in Fig. 3.7b).

Figure 3.7c¢ presents the crushing processes of the specimen CCC with aluminum
foam only being filled in the gaps between the circular and triangular tubes, and five
crushing stages can be observed. At initial crushing stage (§ = 10 mm in Fig. 3.7¢),
plastic deformation of the circular tubes and bottom sides of the triangular tubes can
be observed, and meanwhile aluminum foam below the bottom sides of triangular
tubes also exhibits evident compaction. All the triangular tubes then experience
symmetrical deformation mode after buckling, and the plastic deformation occurs
at the inclined sides of triangular tubes with further crushing of the specimen (§ =
30 mm in Fig. 3.7c). The determined symmetrical deformation mode of triangular
tubes at this crushing stage is believed to be triggered by upward bending of the
bottom sides of triangular tubes. When crushing displacement is 50 mm, concavity
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of the two outer circular tubes at the contacted surfaces is developed, which results
in the change of deformation mode of the two outer triangular tubes, i.e., from a
symmetrical mode to an asymmetrical one. With continuous crushing, inner surface
contacts of triangular tubes occur when crushing displacement is 65 mm. After that,
aluminum foam exhibits more rapid crushing, and densification of the specimen is
reached with complete compaction of aluminum foam (§ = 83 mm in Fig. 3.7c¢).

The crushing processes of the specimen CTC under impact loading is presented
in Fig. 3.7d. Aluminum foam is filled in the middle triangular tube as well as in the
gaps between the circular and triangular tubes of the two outer nested tubes. With
regard to the deformation modes of the specimen CTC, the two outer nested tubes
with aluminum foam filled in the gaps between the circular and triangular tubes
exhibit similar deformation modes to those of specimen CCC, while the deformation
modes of the middle nested tubes with aluminum foam filled in the triangular tube is
consistent with those of specimen TTT. Figure 3.7¢ presents the crushing processes of
the specimen FFF with fully-filled aluminum foam, and three crushing stages can be
identified. Similar to the deformation mode of the specimen CCC at initial crushing
stage, the specimen FFF also exhibits plastic deformations of circular tubes, bottom
sides of triangular tubes, and aluminum foam below the bottom sides of triangular
tubes at initial crushing stage (6 = 10 mm in Fig. 3.7¢). Subsequently, symmetrical
deformation mode of all three triangular tubes after buckling is observed with further
crushing, similar to the deformation mode of specimen CCC at the second crushing
stage. Meanwhile, all the aluminum foam fillers exhibit evident compaction at §
= 40 mm. Finally, densification of the specimen FFF is reached after complete
compaction of aluminum foam.

3.3.4 Force and Energy Absorption Responses

The force—displacement responses of the AFCTNT energy absorbers under impact
loading are presented in Fig. 3.9, and the repeatability of the experimental data can
be confirmed. Figure 3.9a presents the force—displacement curves of the specimen
NNN without aluminum foam, and three stages can be identified based on its energy
absorption characteristic. The specimen NNN exhibits low crushing force and energy
absorption at initial stage, since only plastic deformation of circular tubes contributes
to the energy absorption. The crushing force exhibits rapid increase with displace-
ment exceeding 20 mm, which indicates that the inclined sides of the triangular tubes
start to resist impact force and buckle after the first peak force. Subsequently, plastic
deformation of both circular and triangular tubes contributes to the energy dissipa-
tion, which leads to larger crushing force as compared to the initial stage. Finally,
rapid and continuous increase of crushing force is observed when inner surface
contacts of the tubes occur, and densification of the specimen NNN is reached. With
regard to the specimen TTT, the first two stages of the force—displacement response
are similar to those of specimen NNN, i.e., only plastic deformation of circular
tubes contributing to energy dissipation at the first stage and the following energy
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dissipation via plastic deformation of both circular and triangular tubes at the second
stage. The aluminum foam starts to undergo evident compaction and dissipate impact
energy when displacement exceeds 35 mm. It enters the third stage, and energy dissi-
pation is contributed by circular and triangular tubes as well as aluminum foam. The
crushing force also exhibits sudden increase after densification of the specimen when
complete compaction of aluminum foam occurs. For the specimens CCC, CTC and
FFF which exhibit similar force—displacement response, three stages can be identified
from their force—displacement curves. At the initial stage, the force—displacement
curves of the specimens CCC and FFF are similar owing to their similar energy dissi-
pation manners, i.e., plastic deformations of circular tubes, bottom sides of triangular
tubes, and aluminum foam below the bottom sides of triangular tubes. With regard
to the specimen CTC at the initial stage, lower crushing force as compared to spec-
imens CCC and FFF can be observed because the triangular tubes and aluminum
foam filled in the middle triangular tube of the specimen CTC have not contributed
to energy dissipation at the initial stage. The three specimens (CCC, CTC and FFF)
share similar energy dissipation at the second and third stages, i.e., energy dissipa-
tion from the circular and triangular tubes, and aluminum foam at the second stage,
followed by densification of the specimen induced by aluminum foam compaction
at the third stage. It is also noted in Fig. 3.9 that filling aluminum foam in the gaps
between the circular and triangular tubes can reduce the peak buckling force, i.e., the
specimens CCC, CTC and FFF exhibit smaller peak buckling forces and smoother
force—displacement curves as compared to specimens NNN and TTT.

Figure 3.10 presents a comparison of EA—displacement curves of the AFCTNT
energy absorbers with variation in aluminum foam volume. All the specimens initially
exhibit low energy dissipation rate because the triangular tubes and aluminum foam
fillers have not underwent plastic deformation and dissipated impact energy at the
initial stage, as discussed in Sect. 3.3.3. Generally, the AFCTNT energy absorber
with larger volume of aluminum foam exhibits higher EA, except for specimens
CTC and TTT. EA of the specimen TTT with smaller volume of aluminum foam is
higher than that of specimen CTC with displacement ranging from 37 to 78 mm.
However, the specimen CTC exhibits higher EA than that of specimen TTT at the
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initial and final crushing stages. It can be concluded that filling the energy absorber
with aluminum foam is an effectively way to improve its energy absorption perfor-
mance. The comparison of EA—displacement curves between the specimen NNN and
TTT in Fig. 3.10 reveals that energy absorptions of the two specimens are similar at
the initial crushing stage and the specimen TTT exhibits higher EA when displace-
ment exceeds 20 mm. This is because the aluminum foam filled in triangular tubes
only experiences evident compaction and start to dissipate energy with displacement
exceeding 20 mm. This also leads to similar EA of specimen FFF and CCC at the
initial crushing stage when displacement is smaller than 15 mm, as can be seen in
Fig. 3.10. With further crushing, the specimen FFF with fully-filled aluminum foam
exhibits higher EA as compared to the specimen CCC when the aluminum foam filled
in triangular tubes initiates energy dissipation. Hence, it can be concluded that the
aluminum foam filled in the gaps between circular and triangular tubes experiences
earlier compaction as compared to that filled in the triangular tubes. In addition, EA
of aluminum foam filled in the gaps between circular and triangular tubes is found
to be higher as compared to that filled in triangular tubes owing to its larger volume
of aluminum foam.

3.3.5 Energy Absorption Performance

The energy absorption parameters of the tested specimens, including EA, SEA, MCF
and CFE, are presented in Table 3.2, and the energy absorption parameters of the two
identical specimens are found to be close, which confirms the repeatability of the
experimental data. The comparison of specimens with and without aluminum foam
filler reveals that the aluminum foam filler can significantly improve the energy
absorption performance in terms of the increase in EA, SEA, MCF and CFE. Further,
EA, SEA and MCF generally exhibit increase as the volume of aluminum foam
increases. The aluminum foam-filled specimens TTT, CCC, CTC and FFF exhibit
54.4%, 66.0%, 42.5% and 141.0% increase in EA (or MCF) as compared to the
specimen without aluminum foam (NNN). The corresponding increase percentages
of SEA are 42.7%, 45.5%, 27.2% and 97.2%, and the improvement in SEA by filling
aluminum foam is due to higher SEA of aluminum foam as compared to nested
tubes (as presented in Fig. 3.11). In addition, CFE of the energy absorber is also
improved with the presence of aluminum foam filler, i.e., the specimens TTT, CCC,
CTC and FFF exhibits 21.6, 45.3, 44.4 and 40.7% increase in CFE as compared
to the specimen NNN. This indicates that the aluminum foam filler can effectively
smooth the force—displacement curve and improve the energy absorption efficiency
of the energy absorber.

Figure 3.11 presents the FE-predicted SEA values of nested tubes and aluminum
foams of the specimens corresponding to crushing displacement of 63 mm. The
SEA of nested tubes of the specimen FFF with fully-filled aluminum foam is found
to be improved by 23.3% as compared to the specimen NNN. In addition, filling
aluminum foam in triangular tubes (specimen TTT) also results in 5.9% increase of



90 3 Aluminum Foam-Filled Circular-Triangular ...
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SEA of nested tubes. This indicates that the interaction effect between nested tubes
and aluminum foam can enhance energy absorption performance of nested tubes
for specimens FFF and TTT. Further, the specimen FFF with fully-filled aluminum
foam exhibits highest SEA of nested tubes, indicating its more significant interaction
effect between nested tubes and aluminum foam as compared to the other energy
absorbers. With regard to SEA of aluminum foam, the highest value is observed
for the specimen FFF (7.01 J/g), followed by specimens TTT and CCC (4.80 and
4.56 J/g, respectively). The specimen CTC exhibits lowest SEA of aluminum foam
(3.32J/g). Hence, it can be concluded that the AFCTNT energy absorber with fully-
filled aluminum foam is superior to the other energy absorbers with partially-filled
aluminum foam or without aluminum foam in terms of higher SEA of nested tubes
and aluminum foam. This can be attributed to its more significant interaction effect
between nested tubes and aluminum foam.

3.3.6 Further FE Analysis

During the drop-weight impact tests, different drop heights (or initial impact veloci-
ties) were chosen for different specimens in order to assure all the specimens reaching
densification and the maximum impact force being smaller than 2000 kN. Herein,
the FE simulations on the specimens FFF and NNN under the same crushing velocity
are conducted in order to more fairly compare the performances of energy absorbers
with and without aluminum foam filler. Moreover, three different crushing veloci-
ties are also adopted for the specimens FFF and NNN, including 5, 10 and 20 m/s,
and the effect of crushing velocity on the energy absorption performance can be
revealed. Figure 3.12 presents a comparison of energy absorption parameters of FFF
and NNN under variant crushing velocity. Increasing crushing velocity is found to
result in the evident increase in EA and SEA, but decrease in CFE. In addition, an
almost linear variation of these energy absorption parameters to crushing velocity
can be observed. The EA (or SEA) of FFF and NNN are increased by 19.8% and
85.7%, respectively, on increasing crushing velocity from 5 m/s to 20 m/s. This can
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be attributed to the significant strain rate sensitivity of mild steel. It is also noted that
the increase percentage of FFF with fully-filled aluminum foam is smaller than that
of NNN without aluminum foam filler. This is because the aluminum foam gener-
ally exhibits strain rate insensitivity. Moreover, the inertial effect may also result
in the increase in EA (or SEA) of FFF and NNN via changing deformation mode.
Figure 3.12 also shows that the CFE of FFF and NNN is decreased by 38.5% and
17.2%, respectively, on increasing crushing velocity from 5 m/s to 15 m/s, which
can be attributed to the increased peak buckling forces of the two energy absorbers.
The comparison of energy absorption parameters of FFF and NNN indicates that the
aluminum foam filled energy absorber (FFF) outperforms the one without aluminum
foam (NNN) in terms of higher EA, SEA and CFE, which is mainly owing to the
high SEA and smooth stress—strain relationship of aluminum foam.

To further confirm the superior performance of the AFCTNT energy absorber with
aluminum foam filler, the FE simulations are conducted on two additional CTNT
energy absorbers which have identical weight to the AFCTNT energy absorber via
increasing the thickness of circular tube (NNN-C) and triangular tube (NNN-T),
respectively. Figure 3.13 presents a comparison of energy absorption parameters of
the three specimens with identical weight (i.e., FFF, NNN-C and NNN-T) under
crushing velocity of 10 m/s. The specimen FFF is found to outperform the other two
specimens without aluminum foam filler (NNN-C and NNN-T). With regard to FA
(or SEA) of the three specimens, the highest value is observed for FFF, followed
by NNN-T and NNN-C, owing to higher SEA of aluminum foam as compared to
triangular and circular tubes. The laterally loaded triangular tube generally exhibits
higher EA and SEA as compared to circular tube (Wang et al. 2020a), which results in
higher EA and SEA of NNN-T with increased thickness of triangular tube as compared
to NNN-C with increased thickness of circular tube. However, the crushing force—
displacement curve of laterally loaded triangular tube is less smooth than that of
circular tube, which generally yields a smaller CFE. Hence, the specimen NNN-
T exhibits lowest CFE among the three specimens. It is known that increasing the
thickness of laterally loaded tube can generally increase its SEA as the increase in EA
of the tube is more significant as compared to the increase in weight via increasing
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Fig. 3.13 Energy absorption parameters of FFF, NNN-C and NNN-T, reprinted from Wang et al.
(2021), copyright 2022, with permission from Elsevier

thickness of the tube (Wang et al. 2020b). However, thicker tube may be more prone
to fracture failure under severe crushing. With regard to aluminum foam, it exhibits
both high SEA and smooth stress—strain relationship, which can be employed for
improving the performance of “tube-type” energy absorbers.

3.4 Summary

In this chapter, a new AFCTNT energy absorber was proposed, and its energy
absorption performance under impact loading was experimentally and numerically
studied. The energy absorption parameters, deformation modes, and force—displace-
ment responses of the AFCTNT energy absorbers were obtained by employing an
instrumented drop-weight impact test system. In addition, numerical studies on the
AFCTNT energy absorbers under impact loading were also performed to further
reveal their impact responses and energy absorption performances. The main findings
from the experimental and numerical studies were summarized as follows:

1. The variation in aluminum foam volume exhibited evident influence on the
deformation modes and impact energy dissipation manners of AFCTNT energy
absorbers. The aluminum foam filled in the gaps between circular and triangular
tubes exhibited earlier impact energy dissipation as compared to that filled in
triangular tubes.

2. Experimental results showed that the variation in aluminum foam volume also
affected the force—displacement responses of the AFCTNT energy absorbers.
The aluminum foam filled in the gaps between circular and triangular tubes
was found to smooth the force—displacement curve of the energy absorber, thus
resulting in higher energy absorption efficiency.
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3. The energy absorption parameters of AFCTNT energy absorbers (EA, SEA,
MCF and CFE) were found to be significantly improved by filling aluminum
foam, and the AFCTNT energy absorbers filled with larger volume of aluminum
foam generally exhibited higher energy absorption capacity.

4. The AFCTNT energy absorber with fully-filled aluminum foam was found to
outperform the other AFCTNT energy absorbers with partially-filled aluminum
foam or without aluminum foam in terms of higher EA and SEA, which could
be attributed to more significant interaction effect between nested tubes and
aluminum foam.

5.  Numerical results showed that increasing crushing velocity could result in
evident increase in EA and SEA, but decrease in CFE. In addition, the aluminum
foam could be a desirable energy absorbing material to be filled in the CTNT
energy absorber for enhancing its energy absorption performance.
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Chapter 4 ®
Sandwich Panel with Aluminum Geda

Foam-Filled Tubular Cores Under
Impact

4.1 Introduction

In recent years, excessive devastations of civil structures caused by vehicle impacts,
terrorist attacks and rockfall accidents have shown an increasing trend (Roy and
Matsagar 2021; Yu et al. 2021). Hence, it is of significance to assure the high impact
resistance of critical infrastructures (Igbal et al. 2019; Soltani et al. 2020). In order to
further enhance the impact resistances of structures, an energy absorbing layer can
be employed as the sacrificial cladding to dissipate impact energy, as exhibited in
Fig. 4.1. Therefore, it is of necessity to develop novel energy absorbing panels and
study their impact responses and energy absorption performances.

The metallic tubes have been widely employed as energy absorbers owing to
their good energy absorption performances (Baroutaji et al. 2021; Xu et al. 2018).
The dynamic behaviors of metallic tubes under lateral loading were extensively
studied. The metallic tube could effectively dissipate energy through plastic defor-
mation (Baroutaji et al. 2014), and its energy absorption could be further increased
via constraining its lateral movements (Reddy and Reid 1979). The metallic tube
subjected to impact loading was also found to dissipate more energy as compared to
that under quasi-static loading owing to strain rate effect and inertial effect (Baroutaji
et al. 2016). Recently, metallic foam was extensively employed as energy absorption
components, and its mechanical behaviors were extensively studied. The deformation
process of the foam under compressive loading could be divided into three stages:
elastic, plateau and densification (Fang et al. 2017). During the plateau stage, the
metallic foam exhibited large compressive deformation at a nearly constant compres-
sive stress, and thus could dissipate energy effectively (Wang et al. 2021). To further
improve the energy absorption performances of the metallic tubes, the aluminum
foam-filled metallic tubes were developed (Baroutaji et al. 2017; Kiligaslan 2015;
Song et al. 2020), and its specific energy absorption was found to be greatly improved
as compared to the empty tubes (Hall et al. 2002). Moreover, the quasi-static and
dynamic bending responses of aluminum foam-filled metallic tubes were studied
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Fig. 4.1 Application of the energy absorbing panel for impact resisting: a impact resistant panel
and b pier, reprinted from Lu et al. (2021), copyright 2022, with permission from Elsevier

through quasi-static three-point bending tests and drop-weight impact tests, respec-
tively (Guo and Yu 2011a, b; Zhang et al. 2020a). The deformation mode of the
foam-filled tube under impact loading was found to be different from that under
quasi-static loading, and the impact behaviors of the metallic foam-filled circular
tube could be predicted via employing analytical methodology (Zhang et al. 2020a).
Moreover, anovel energy absorption connector with aluminum foam filler and pleated
steel plates was recently proposed, which could be inserted between the blast resis-
tant panel and the building to dissipate blast or impact energy (Wang et al. 2017;
Wang et al. 2018a, b; Wang and Zhai 2019). The quasi-static and dynamic behaviors
of the connectors were experimentally and numerically studied, and their energy
absorption performances could be evaluated by employing a developed analytical
model.

Previous studies demonstrated that the civil structures could be effectively
protected from extreme events via employing the energy absorbing layer to dissipate
impact and blast energy (Schenker et al. 2005; Xu et al. 2021). Hence, several energy
absorbing panels have been developed (Li et al. 2020; Ouadday et al. 2018; Xie et al.
2020; Zhang et al. 2020b). An enormous amount of studies were performed on the
impact behaviors of foam-core sandwich panels (Huo et al. 2020; Mocian et al. 2017,
2018; Zhu and Sun 2020). The impact responses of the foam-core sandwich panel
were found to be significantly affected by the impactor shape (Huo et al. 2020). Zhu
and Sun (2020) developed an analytical model to predict the impact responses of
foam-core sandwich panels. In addition, extensive studies have been conducted on
the dynamic responses of energy absorbing sandwich panels with thin-walled struc-
tures as core (Liu et al. 2019; Qi et al. 2017; Qin et al. 2020; Zhang et al. 2017).
Qin et al. (2020) reported that the impact position had significant influence on the
impact responses of honeycomb sandwich plates, and the impact resistance of the
sandwich plate decreased as the impact was shifted from the central position to the
non-central positions. Zhang et al. (2017) studied the effect of impact energy on the
dynamic responses of the honeycomb sandwich panels, and the results indicated that
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Fig. 4.2 Details of the proposed sandwich panels: a 3D view and b photographs, reprinted from
Lu et al. (2021), copyright 2022, with permission from Elsevier

increasing impact energy resulted in the linear increase of energy absorption under a
low-energy drop-weight impact. Moreover, varying impact energy via altering impact
velocity or impactor mass also led to different deformation modes of the sandwich
panels. Recently, the energy absorption behaviors of cladding sandwich panels with
tubular cores under blast loading were studied (Wang et al. 2019, 2020; Xia et al.
2016; Yuen et al. 2017). The results showed that the foam filler could add extra
energy absorbing capacity of the cladding sandwich panels (Yuen et al. 2017). In
addition, Wang et al. (2019) reported that the interaction between the tubular cores
led to the increase of the number of plastic hinges. However, the impact behaviors
of cladding sandwich panels with aluminum foam-filled tubular cores have not yet
been reported in open literature.

In this chapter, anovel cladding sandwich panel with aluminum foam-filled tubular
cores (AFTC panel) was proposed for absorbing impact energy, as presented in
Fig. 4.2, and the cladding sandwich panel with empty tubular cores (ETC panel), as
the counterpart, was also studied. The deformation mode, impact force and displace-
ment responses of the AFTC and ETC panels under impact loading were obtained via
conducting drop-weight impact tests. In addition, Finite Element (FE) models of the
sandwich panels under impact loading were also established to further reveal their
failure modes and energy absorption performances. The effects of impactor shape,
impact position, aluminum foam filler and thickness ratio of flat steel plate to tubes
(#¢/t,) on energy absorption performances of the sandwich panels were analyzed.
This study is of significance for understanding the energy absorption behavior of the
novel AFTC and ETC panels and facilitating their applications in dissipating impact
energy.
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4.2 Methodologies

4.2.1 Experimental Methodology

4.2.1.1 Test Specimens

Figure 4.2 presents the AFTC and ETC panels employed for the drop-weight impact
tests, and their dimensions are given in Fig. 4.2a. Five identical circular steel tubes
with outer diameter of 114 mm were welded to two flat steel plates first. The cylin-
drical aluminum foam filler with the diameter of 108 mm was subsequently filled in
the tubular cores. The thicknesses of the flat steel plates and circular steel tubes were
measured to be 1.82 mm and 2.36 mm, respectively. The top steel plate, aluminum
foam filler and circular steel tubes shared the same length of 500 mm. The bottom
steel plate of the sandwich panel was bolted to a rigid support. The numbering of the
aluminum foam-filled tubes or empty tubes is shown in Fig. 4.2.

Table 4.1 presents the four sandwich panels fabricated for the drop-weight impact
tests, including two AFTC panels and two ETC panels. The two ETC panels were
designed as the counterparts to study the effect of aluminum foam filler on the
dynamic responses of sandwich panels. In addition, two types of the impactors (i.e.,
drop hammer with cylindrical head and hemispherical head) were employed to study
the effect of impactor shape on the impact responses of sandwich panels.

4.2.1.2 Setup of Drop-Weight Impact Test

The impact tests on proposed sandwich panels were conducted via employing an
instrumented drop-weight impact test machine. Figure 4.3 exhibits the setup and
instrumentation of the drop-weight impact test. The impact load was applied to the
specimens at their centers via dropping a hammer with a mass of 450 kg. The head of
the hammer was replaceable. A 200-mm-diameter cylindrical head was employed for
the specimen C-N and C-F, and the specimen H-N and H-F was subjected to the impact
of a200-mm-diameter hemispherical head, as showninFig. 4.3 and Table4.1. The drop
height was chosen as 4.0 m. With regard to the measurement system, a dynamic force
transducer with the measurement range of 2000 kN was embedded in the hammer head

Table 4.1 Parameters of test specimens

Specimen Hammer head Aluminum foam V (m/s) E1 (K))
C-F Cylindrical head Yes 8.420 16.0
C-N Cylindrical head No 8.365 15.7
H-F Hemispherical head Yes 8.507 16.3
H-N Hemispherical head No 8.455 16.1

Note V-Initial impact velocity of hammer; E1—Impact energy
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Fig. 4.3 Test setup and
instrumentation, reprinted
from Lu et al. (2021),
copyright 2022, with
permission from Elsevier
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for the measurement of impact force during the impact tests, as illustrated in Fig. 4.3.
Moreover, the impact process was recorded via employing a high-speed camera with
speed of 3000 frames per second. The vertical displacement and velocity histories of
the drop hammer could also be obtained through analyzing the high-speed camera data.
The obtained initial impact velocities of the drop hammers and corresponding impact
energies are presented in Table 4.1.

4.2.2 Numerical Methodology

4.2.2.1 Numerical Model Description

The numerical simulation was conducted via employing the explicit code in LS-
DYNA (Hallquist 2013) to further study the energy absorption performances of the
AFTC and ETC panels. The established FE model of the sandwich panel subjected
to impact loading is exhibited in Fig. 4.4. The half-symmetric FE model was
established owing to the symmetry of the specimen and loading condition. The
hammer and aluminum foam cores were meshed with eight-node solid elements.
Shell elements comprising five integration points in the thickness direction were
employed for the meshing of steel plates, circular tubes and support. The mesh
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Fig. 4.4 Details of

half-symmetric FE model of

sandwich panel, reprinted

from Lu et al. (2021),
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sizes of the top steel plates, tubes and foam fillers were about 7 x 7 mm?, 7
x 4 mm?, and 7 x 4 x 4 mm?>, respectively. The mesh sensitivity analysis was
conducted via halving the aforementioned elements, and the impact force—displace-
ment curves obtained from the FE models with current mesh size and smaller element
size are compared in Fig. 4.5. Similar results were obtained, and the differences
of maximum impact forces and displacements for the two meshing approaches
were less than 6% and 3%, respectively. Therefore, the current element size was
employed in the following analysis, considering both the accuracy and computation
time. The contacts between hammer and top steel plate, flat steel plates and tubes,
tubes and foam filler as well as bottom steel plate and support were modeled via
employing the keyword “*CONTACT_AUTOMATIC_SURFACE_TO_SURFACE”
in LS-DYNA, and the penalty-based contact approach was adopted. The
self-contact was defined for tubular cores through adopting the keyword
“*CONTACT_AUTOMATIC_SINGLE_SURFACE” since the self-contact of the

Fig. 4.5 Comparison of 700
impact force—displacement C-F-Test
: 600+ s e C-F-FE
curves of sandwich panels A C-F-FE2
from impact tests and FE 2 500 1 — C-N-Test
simulations, reprinted from = /A I C-N-FE
Lu et al. (2021), copyright g 00+ S E AN C-N-FE2
2022, with permission from pe —— H-F-Test
Elsevier é S S A8 157N 1 | I— H-F-FE
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tubes could be observed during the drop-weight impact tests. In addi-
tion, the nodes of the tubes at the welding zone were tied to the flat
steel plates to simulate the welding connection via employing the keyword
“*CONTACT_TIED_NODES_TO_SURFACE”, as there was no welding failure
between tubular cores and flat steel plates being observed during the impact tests.
The nodes of the bottom steel plate with the same coordinates as bolts were tied
to the support to model the bolt connection between the bottom plate and rigid
support. With regard to the boundary conditions, the nodes of the support were
constrained in three translational directions. The nodes at the symmetrical plane of
the half-symmetric FE model were restrained in the translational direction along
Z axis and rotational direction around X and Y axis via employing the keyword
“*BOUNDARY_SPC_SET”. The initial velocity of the hammer was applied through
adopting the keyword “*INITIAL_VELOCITY_GENERATION”. The initial veloc-
ities specified in the FE models were consistent with those measured in the impact
tests, which are given in Table 4.1. Since the densification of the AFTC panels and
compaction of ETC panels were not observed during the drop-weight impact tests
owing to the insufficient applied impact energy, the FE models of sandwich panel
C-N, C-F, H-N and H-F under higher impact energy (i.e., higher hammer weight)
were also established to study the energy absorption performances of the sandwich
panels until compaction or densification of the specimens being reached, and the
corresponding applied impact energies of these four specimens were 31.5, 63.8,32.2
and 32.6 kJ, respectively.

4.2.2.2 Material Models

The Piecewise Linear Plasticity model (*MAT_24 in LS-DYNA) was employed to
simulate the mechanical behavior of circular steel tubes and flat steel plates. The
strain rate effect of steel was considered via employing the Cowper-Symonds model,
as defined in Eq. (1.8), and strain rate parameters C and P were adopted as 802 s~}
and 3.585, respectively (Abramowicz and Jones 1986). The tensile coupon tests were
conducted to obtain the material parameters of steels. The input true stress—effective
plastic strain curves of mild steels corresponding to flat steel plates and tubes are exhib-
ited in Fig. 4.6a. The material parameters of mild steels are shown in Table 4.2. More-
over, the failure strain of the steel material was defined as 0.2 (Yan et al. 2020), and
the elements of steel tubes and flat steel plates were removed from the FE calculation
when their effective plastic strain values exceeded 0.2.

The aluminum foam material was simulated via using the Crushable Foam mate-
rial model (*MAT_63 in LS-DYNA). The material parameters of the aluminum foam
were obtained through uniaxial compressive loading tests. The obtained compressive
stress—volumetric strain curve is presented in Fig. 4.6b, and the material parameters
of aluminum foam are shown in Table 4.2.
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Fig. 4.6 Input stress—strain curves in FE model: a True stress—effective plastic strain curves for
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Table 4.2 Material parameters of mild steel and aluminum foam

0.4 0.6 0.8
Volumetric strain

Mild steel E, (GPa) oy (MPa) o, (MPa)

Flat plate 217 311 534

Tube 211 295 454

Aluminum foam Ey (MPa) oy (MPa) of (g/cm3)
120 2.69 0.286

Note E,—Young’s modulus of steel; oy—Yield stress of steel; o, —Ultimate stress of steel; Ey—Young’s
modulus of aluminum foam; o s—Plateau stress of aluminum foam; py—Density of aluminum foam

4.2.2.3 Numerical Model Validation

The comparisons of deformation modes of the sandwich panels obtained from drop-
weight impact tests and FE simulations are presented in Fig. 4.7. The established FE
models are found to reasonably capture the local indentation at the impact zone of
the sandwich panel, and the shape of the local indentation is consistent with the test
observation. The permanent deformation shapes of top steel plates, tubular cores and
aluminum foam filler obtained from FE simulations exhibit good agreement with
those from impact tests. The asymmetrical deformation mode of the tubular cores
observed for specimen C-N is caused by its geometric imperfection during the fabri-
cation, which is not captured in the FE model, as shown in Fig. 4.7. Nevertheless,
this slight difference of the deformation modes has little effect on the impact force
and displacement responses as well as energy absorption performances of the sand-
wich panels, since the length, number and rotation angle of the plastic hinges of the
symmetrical and asymmetrical deformed tubular cores are consistent. The fractures
of the top steel plates observed for specimen H-F can also be predicted by the FE
model, as exhibited in Fig. 4.7.

Figure 4.5 presents the comparisons of the FE-simulated impact force versus
displacement curves with those from tests, and good agreement between them can
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Fig. 4.7 Comparison of the permanent deformation of sandwich panels from impact tests and FE
simulations, reprinted from Lu et al. (2021) copyright 2022, with permission from Elsevier

be observed. Table 4.3 compares the maximum impact force (Fax) and displacement
(Dmax) of the four specimens obtained from experimental and numerical methods.
The results show that the differences of F .« and Dy, between tests and FE simula-
tions are less than 7% and 6%, respectively. There are still slight differences between
numerical and experimental results, which may be caused by the geometric imper-
fection of the sandwich panels during the fabrication, which were ignored in the
established FE models. The above validations indicate that the developed FE models
offer reasonable estimations on the impact responses of the proposed sandwich panels
and can be employed to further study their energy absorption performances.

Table 4.3 Summary of experimental and numerical results

Specimen | DmaxTest | DmaxFE | DmaxTest/DmaxFE | FmaxTest | FmaxFE | FmaxTest/Fmaxre | EAFg(KJ)
(mm) (mm) (kN) (kN)

C-N 71.09 70.97 | 1.00 308.03 |308.78 | 1.00 21.68

C-F 47.40 47.73 10.99 588.26 | 600.65 |0.98 45.86

H-N 107.73 |101.67 | 1.06 232.92 1 248.91 | 0.94 17.71

H-F 78.50 76.69 | 1.02 45226 |469.04 | 0.96 25.48

Note Dpyax—Maximum center displacement obtained from test; Dy xrr—Maximum center displace-
ment obtained from FE simulation; Fp,x—Maximum impact force obtained from test; FmaxFE—
Maximum impact force obtained from FE simulation; EApg—Energy absorption obtained from FE
simulation
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4.3 Results and Discussions

4.3.1 Failure Modes

The deformation processes of the sandwich panels under the impact of cylin-
drical head and hemispherical head were successfully recorded by the high-speed
camera during the drop-weight impact tests. However, the high-speed camera could
not capture the deformation processes of the sandwich panels at local indentation
region below the hammer head. In addition, the tested specimens also did not reach
compaction or densification. Hence, the deformation processes of the sandwich
panel C-N, C-F, H-N and H-F under higher impact energy (with corresponding
applied impact energies of 31.5, 63.8, 32.2 and 32.6 kJ, respectively) were obtained
from FE simulations to further reveal the failure modes of the sandwich panels until
compaction or densification of the specimens being reached.

Figure 4.8a presents the deformation process of the ETC panel subjected to the
impact of cylindrical head (i.e., specimen C-N), together with the effective plastic
strain contours of the tubes and top steel plate. The plastic deformation of the tubes
and top steel plate can be revealed in the effective plastic strain contours in Fig. 4.8a,
including curvature change of tubes and the occurrence and evolution of plastic
hinges. The numbering of the plastic hinges is shown in Fig. 4.8a. The first and second
number donates the numbering of tubes (as shown in Fig. 4.2) and the numbering
of plastic hinges of the tube, respectively. The impact process can be divided into
three stages according to the occurrence and evolution of plastic hinges of the tubes.
During the Stage I, a circular local indentation zone with a diameter of 200 mm
can be observed, and the shape and size of the indentation zone is governed by the
shape of cylindrical hammer head. Meanwhile, the plastic hinge 14 and 25 for tubes
and the plastic hinge 41 for the top plate appear at the indentation zone along the
edge of the hammer head. In addition, the membrane stretching of the top plate
can also be observed outside the indentation zone. Since the tubes were welded to
the two flat steel plates and were initially contacted with each other, the interaction
between the tubes can be observed, i.e., the curvatures decrease of tubular cores can
be observed at the contact zones between tube 1 and 2 as well as tubular cores and
flat steel plates (§ = 19.8 mm in Fig. 4.8a), and plastic hinges 11, 13, 21, 23 appear.
Subsequently, the local bucking of tube 1 and 2 can be observed, and the plastic hinge
12 and 22 appear successively (§ = 41.3 mm in Fig. 4.8a). The bucking directions
of the tubes are random and may be affected by the geometric imperfection of the
specimen during the fabrication, which may result in the different bucking direction
observed in the drop-weight impact test, as mentioned in Sect. 4.2.2.3. When the
local buckling occurs to tube 1 and tube 2, the deformation process enters the Stage
II, and the corresponding critical displacement is defined as xj. During the Stage II,
the local indentation deformation exhibits continuous increase, and tube 1, 2 and
2/ are further crushed with continuously increased rotation angles of plastic hinges.
The rotation angles of plastic hinges of tubes at local indentation region below the
cylindrical hammer head are uniformly distributed. However, the rotation angles
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Fig. 4.8 Deformation process of the sandwich panels from FE predictions: a ETC panel C-N, b
AFTC panel C-F, ¢ ETC panel H-N, d AFTC panel H-F, reprinted from Lu et al. (2021), copyright
2022, with permission from Elsevier
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of plastic hinges (or plastic deformation magnitude) of the tubes exhibit variation
outside the region contacted with hammer head, i.e., it shows decrease when shifting
to the periphery of the ETC panel. When the displacement reaches 90.2 mm, the
inner surface contact of the tube 1 and 2 can be observed, which indicates that
the ETC panel approaches the compaction stage and reaches its ultimate energy
absorption capacity. The corresponding displacement is defined as xc. Subsequently,
the deformation process enters the Stage I1I. In addition, it can be observed that there
is no significant plastic deformation for the tube 3 and 3’ since they are away from
the impact position.

Figure 4.8b exhibits the failure mode of the AFTC panel under the impact of
cylindrical head (i.e., specimen C-F) obtained through the FE simulation. Similar
deformation modes of the top steel plate and tubular cores can be observed as
compared to those of ETC panel. The occurrence and evolution of plastic hinges
of the AFTC panel are also consistent with that of the ETC panel. This is owing to
the significant lower Young’s modulus of the aluminum foam as compared to the
steel, and the foam filler has little effect on the deformation mode of the sandwich
panel. Hence, the impact process of specimen C-F can also be divided into three
stages. The aluminum foam fillers in tube 1, 2 and 2’ are compressed continuously
during the impact process, while there is no significant deformation being observed
for the aluminum foam-filled tube 3 and 3’. The aluminum foam filled in tube 1
reaches densification when the displacement is 89.2 mm, and the ultimate energy
absorption capacity of the AFTC panel is reached.

The deformation mode of the ETC panel subjected to the impact of hemispherical
head (i.e., specimen H-N) is presented in Fig. 4.8c. The occurrence and evolution
of plastic hinge 11, 12, 13, 21, 22 and 23 for specimen H-N is similar to that for
specimen C-N. Hence, the impact process of specimen H-N can also be divided into
three stages. During the Stage I, the hemispherical local indentation can be observed
at the impact zone. The evident membrane stretching can be observed for the top steel
plate at the impact zone, and the area of the membrane stretching zone is larger than
that of specimen C-N. The crushing of tube 1 is more significant as compared to tube
2 and 2" under the impact of hemispherical head, and the local bucking direction of
tube 1 and tube 2 of specimen H-N is different from that of specimen C-N owing to
the different hammer heads employed for the two specimens. Moreover, the evident
plastic deformation can also be observed in tube 2 and 2’ during the Stage II. When the
displacement reaches 108.0 mm, the inner surface contact of tube 1 can be observed
at the center point of impact zone and the specimen approaches the ultimate energy
absorption capacity.

The failure mode of the AFTC panel under the impact of hemispherical head (i.e.,
specimen H-F) is shown in Fig. 4.8d. Specimen H-F with aluminum foam filler exhibit
similar deformation mode to the specimen H-N without aluminum foam filler, and
the deformation process of the specimen H-F can also be divided into three stages.
In addition, the fracture of the top steel plate can be capture from both the drop-
weight impact test and FE simulation. This may be caused by the more significant
membrane stretching of the top steel plate of the specimen H-F. FE simulation shows
that filling aluminum foam results in the smaller deformations of tubes 2, 2/, 3 and



108 4 Sandwich Panel with Aluminum Foam-Filled ...

3’, and smaller area of local indentation zone, which leads to stiffer constraint to the
top steel plate and higher radial tensile strain of the top steel plate at the impact zone
as compared to the ETC panel (H-N) corresponding to the same displacement, as
shown in Fig. 4.8¢c, d. Moreover, the local bucking direction of tube 1 and tube 2 of
specimen H-F with aluminum foam filler is also different from that of specimen H-N
without aluminum foam filler. This is also attributed to the stiffer constraint from
tube 2 with the presence of aluminum foam filler.

4.3.2 Impact Force, Displacement and Energy Absorption
Responses

The impact force—displacement curves of the four sandwich panels under impact
loads with variant impact energies via changing hammer weight are shown in Fig. 4.9.
Moreover, to evaluate the energy absorption performances of the sandwich panels
quantitatively, their energy absorptions (EA) are compared in Table 4.3. The method
for determining EA presented Sect. 1.2.3 is employed, and EA can be expressed as
(Wang et al. 2018a):
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Fig. 4.9 Impact force—displacement curves of the sandwich panels under variant impact energy: a
ETC panel C-N, b AFTC panel C-F, ¢ ETC panel H-N, d AFTC panel H-F, reprinted from Lu et al.
(2021), copyright 2022, with permission from Elsevier
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0

where F'(§) and é donate the impact force and displacement, respectively, x;; donates
the compaction displacement x¢ (for ETC panel) or densification displacement xp
(for AFTC panel), which is determined based on the energy absorption efficiency
method (Li et al. 2006; Wang et al. 2018a). First, the energy absorption efficiency
(n) of the sandwich panel is obtained as:

)
1
0

where Dr is the inner diameter of the tube. Displacement xj; is defined as the
stationary point at the n — § curve where 1 reaches the maximum value, i.e.,

dn(d)

m =0 (4.3)

.
d=xy

Then, the maximum force within the displacement ranging of 0 to x|, is defined
as Faxi, and xyp can be determined as the displacement corresponding to the first
maximum force (Fpax) after x;; (Wang et al. 2018a). The calculation of xy is
illustrated in Fig. 4.10.

The impact force—displacement curves of the ETC panels subjected to the impact
of cylindrical head and hemispherical head are exhibited in Fig. 4.9a, c, respectively.
The impact force shows continuous increase during the Stage 1. This is due to the
increasing number and length of plastic hinges as well as curvature change of tubes,
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which can lead to the continuous improvement of energy dissipation rate. However,
the impact force tends to a constant value during the Stage II since all the plastic
hinges have appeared after the local bucking of tubular cores and the plastic hinge
lengths approach constant values with further crushing. This results in the constant
energy dissipation rate of the ETC panel. In addition, the impact force exhibits
a sharp increase when the displacement reaches xc owing to the compaction of
tubular cores. With regard to the impact force—displacement curves of AFTC panels,
the impact force also exhibits continuous increase during the Stage I, as shown in
Fig. 4.9b, d. However, the increasing rate of the impact force is higher than that of
ETC panel owning to the compression of aluminum foam filler which also contribute
to the impact energy dissipation. The impact force of specimen C-F also tends to a
constant value at the beginning of Stage II. However, the impact force of specimen
H-F shows sudden decrease at the beginning of Stage II due to the occurrence of
fractures on the top plate, which results in the reduction of the loading capacity
contributed by the top steel plate. Nevertheless, the impact force of the AFTC panel
shows continuous increase subsequently owing to the densification of the aluminum
foam filler. Moreover, the impact force exhibits increase with a higher rate during
the Stage III. However, the increasing rate of impact force of AFTC panel in Stage
IIT is lower than that of ETC panel owing to the buffering effect of the aluminum
foam filler.

The energy dissipation of variant parts of the sandwich panels corresponding to
Xxc or xp are summarized in Fig. 4.11. The results indicate that the tubular cores of
the ETC panel absorb the majority of the impact energy through plastic deformation
(i.e., plastic hinge rotation and curvature change) under impact loading, i.e., the
energy dissipation proportions of the tubes of specimen C-N and H-N are 84.5%
and 75.0%, respectively. The top steel plate can also absorb impact energy through
plastic deformation, while its energy dissipation is smaller as compared to the tubular
cores owing to its fewer plastic hinges and lower rotation angle of plastic hinges.
Nevertheless, the energy dissipation of the top steel plate can be improved under the
impact of hemispherical head as compared to that under the impact of cylindrical
head. This is attributed to the larger membrane stretching zone of the top steel plate,
as shown in Fig. 4.8. With regard to the AFTC panels, it can be observed that the
energy dissipation proportions of the aluminum foam filler for specimen C-F and
H-F are 41.2% and 31.5%, respectively, which indicates that filling the aluminum

1 Tube
m Steel plate

Foam

Fig. 4.11 Energy dissipation of variant parts of sandwich panels, reprinted from Lu et al. (2021),
copyright 2022, with permission from Elsevier
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foam can effectively improve the energy absorption performances of the sandwich
panel. Moreover, the top steel plate of the AFTC panel also exhibits slight energy
dissipation, and its energy dissipation proportions for specimen C-F and H-F are
only 12.2% and 19.9%, respectively.

Figure 4.12 presents the comparison of the energy dissipation of five empty tubes
and aluminum foam-filled tubes corresponding to xc and xp, respectively. Moreover,
their energy dissipation proportions are also provided. The results reveal that the
tube 1, which is at the center of the impact zone, dissipates more impact energy as
compared to other tubes owing to more severe plastic deformation of the tubular core
and compression of the aluminum foam filler. The tube 2 and 2’ can also effectively
dissipate impact energy through plastic deformation of tubular cores and compression
of aluminum foam fillers. However, the energy dissipation proportions of tube 3 and
3’ are less than 3% since these tubes are away from the impact zone, and the plastic
deformation of these tubes and compression of aluminum foam fillers are minimal.

4.3.3 Parametric Studies

4.3.3.1 Effect of Impactor Shape

Table 4.3 summaries the maximum impact force (Fax) and displacement (Dyax)
of sandwich panels under impact loading with variant shapes of hammer head. The
drop-weight impact test results reveal that the F,,, of the ETC panel and the AFTC
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panel under the impact of cylindrical head are increased by 32.2% and 30.1%, respec-
tively, as compared to that under the impact of hemispherical head, and the corre-
sponding Dy« are reduced by 34.0% and 39.6%, respectively. This is owing to the
larger contact area between the cylindrical head and specimens, which results in
the larger local indentation zone and higher energy absorption capacity of the sand-
wich panel under the impact of cylindrical head. The EA of specimen C-N and C-F
under the impact of cylindrical head is improved by 22.4% and 80.0%, respectively,
as compared to specimen H-N and H-F under the impact of hemispherical head,
as shown in Table 4.3. The above results indicate that the sandwich panel exhibits
better energy absorption performance if the impactor has larger contact area with the
sandwich panel.

4.3.3.2 Effect of Aluminum Foam Core

Fmax and D, of ETC and AFTC panels obtained through drop-weight impact tests
are presented in Table 4.3. Filling aluminum foam results in the increase of F,.x by
91.0% and 94.2%, respectively, for the sandwich panel under the impact of cylindrical
and hemispherical head, but the corresponding decrease of Dy,ax by 33.3% and 27.1%
is observed with the filling of aluminum foam. In addition, Table 4.3 presents the
EAs of ETC and AFTC panels. The results reveal that filling aluminum foam can
significantly improve the energy absorption capacity of the sandwich panel, i.e., the
EA of the AFTC panel C-F and H-F are found to be improved by 111.5% and 43.9%,
respectively, as compared to the ETC panel C-N and H-N. This is attributed to the
high energy absorption capacity of the aluminum foam.

4.3.3.3 Effect of Impact Position

Since the variation of impact position may affect the deformation mode and energy
absorption performances of the proposed sandwich panels, the impact responses of
sandwich panels under variant impact positions (i.e., Lx =0, 28.5,57.0, 114.0, 171.0
and 228.0 mm; Lz =0, 50.0, 100.0, 150.0 and 200.0 mm) were studied via employing
FE simulation. Lx and Ly denotes the distance between the impact position and the
center point of the panel along the X-axis direction and Z-axis direction, as presented
in Figs. 4.13 and 4.14.

Figure 4.13 exhibits the deformation modes and EAs of the four sandwich panels
under variant impact positions along the X-axis direction (Lx). Different deformation
modes of the sandwich panels can be observed when the impact position is between
the tube 1 and 2 (i.e., Lx = 57.0 in Fig. 4.13). However, the impact position has
little effect on the energy dissipation of top steel plate, tubular cores and aluminum
foam filler for the Lx ranging from O to 114.0 mm (i.e., Lx < 0.5nD-1.5D, where D
and n denotes outer diameter and numbering of the tubes), and thus has insignificant
effect on the EA of the four sandwich panels. However, the EA exhibits significant
decrease when the Lx ranges from 171.0 mm to 228.0 mm (i.e., Lx > 0.5nD-D).
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This is attributed to the reduction of the local indentation zone when the hammer
impacts the edge of the sandwich panel (as shown in Fig. 4.13), which leads to less
significant plastic deformation of the top steel plate and tubular cores as well as
compression of the aluminum foam. In addition, tube 3 is only constrained on side
by tube 2, which also results in less significant plastic deformation of tube 3 than that
of tube 1 and 2 under the same crushing displacement, thus leading to the decrease
of EA. Figure 4.14 presents the EAs of the four sandwich panels under variant impact
positions along the Z-axis direction (Lz). The impact position also has insignificant
effect on the EA of the sandwich panels for the Ly ranging from O to 100.0 mm, i.e.,
the difference of the EA is less than 20%. However, the EA of the sandwich panel
also exhibits significant decrease when the Ly is larger than 150.0 mm owing to the
decrease of the plastic hinge length and compression of the aluminum foam. The
above results indicate that the impact position will not significantly affect the energy
absorption performances of the proposed sandwich panel when it is away from the
edge of the sandwich panel.

4.3.3.4 Effect of Thickness Ratio of Flat Plate to Tube

Since the thickness ratio of flat steel plate to tube (#¢/¢;) may affect the deformation
mode and energy absorption performance of the sandwich panel, the impact responses
of sandwich panels with variant #¢/¢; of 0.18, 0.77, 0.87, 1.00, 2.43 and 6.07 were
studied via employing FE simulations. All the specimens shared the same total mass
of the top steel plate and tubes.

The EAs of sandwich panels with variant #¢/¢, are compared in Fig. 4.15. The
typical deformation modes of the sandwich panels with the #¢/¢; of 0.18 and 6.07
are also compared in Fig. 4.15. With regard to the specimen H-N in Fig. 4.15a, the
EA exhibits initial increase and subsequent decrease with the increase of #¢/t;, and
the maximum EA is reached when #¢/t, is 0.77. The thinner top plate may result in
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Fig. 4.15 Energy absorptions and deformation modes of sandwich panels with variant #/t;: a ETC
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premature fracture of the top plate and smaller local indentation zone, as shown in
Fig. 4.15a, which leads to 28.9% reduction of EA as the #¢/t, is decreased from 0.77 to
0.18. However, increasing the #¢/t, from 0.77 to 6.07 results in the reduction of EA by
69.1%. This is because the decrease of the thickness of tubes results in the reduction
of energy dissipation through plastic deformation of tubes which contributes the
majority of the total EA. With regard to the specimen H-F in Fig. 4.15b, increasing
t/t, from 1.00 to 6.07 exhibits little effect on the total EA although energy dissipation
of tubular cores is observed to be reduced. This is because increasing the top plate
thickness results in the larger local indentation zone of the sandwich panel, which
leads to higher energy dissipation of aluminum foam, as shown in Fig. 4.15b. Similar
results can also be observed for the specimen C-N and C-F. However, Fig. 4.15¢, d
reveal that the decrease of #¢/t, from 0.77 to 0.18 results in the improvement of energy
dissipation of tubular cores for the specimens under the impact of cylindrical head,
which is different from the specimen H-N and H-F under the impact of hemispherical
head. The reason is that the contact area between the cylindrical head and sandwich
panel as well as local indentation zone is not significantly affected by fracture of the
top plate when the thinner top plate is employed (i.e., #¢/t; = 0.18). The above results
indicate that designing the tubes and flat steel plate to be of similar thickness may
result in better energy absorption performance of the proposed sandwich panels.

4.4 Summary

Novel AFTC and ETC sandwich panels were proposed for dissipating impact energy.
The dynamic responses of the sandwich panels were studied via employing drop-
weight impact tests and FE simulations. These experimental and numerical studies
support the following conclusions:

(1) Theimpact process of the sandwich panel can be divided into three stages based
on the occurrence and evolution process of plastic hinges of tubular cores as
well as the characteristics of impact force—displacement curves.

(2) The tubular cores dissipate more impact energy as compared to other parts
of the sandwich panel via plastic hinge rotation and curvature change. The
compression of aluminum foam filler can also effectively dissipate impact
energy. In addition, the tubular core which is closer to the impact position
tends to dissipate more impact energy.

(3) The sandwich panel exhibits higher energy absorption and maximum impact
force as well as lower maximum displacement under the impact of cylindrical
head as compared to that under the impact of hemispherical head. However,
the impact position exhibits insignificant effect on the energy absorption of the
sandwich panels when it is away from the edge of the sandwich panel.

(4) Filling aluminum foam is found to result in the reduction of maximum displace-
ment as well as improvement of impact force and energy absorption of the sand-
wich panel. In addition, filling aluminum foam can also avoid the sharp increase
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of impact force when the sandwich panel reaches densification. Moreover, the
sandwich panel exhibits higher energy absorption capability by specifying the
flat steel plate and tubular cores to be of similar thickness.
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Chapter 5
Flat Steel-Concrete-Corrugated Steel oo
Sandwich Panel Under Impact

5.1 Introduction

In recent years, the events of terrorist attack and vehicle impact on civil structures
have shown an increasing trend (Do et al. 2019; Li et al. 2019; Mehreganian et al.
2019; Micallef et al. 2012; Sohel et al. 2020; Zhu and Khanna 2016), which might
cause severe damage of the structures. Therefore, it is of significance to develop a
new-type sandwich panel to enhance the impact resistance of traditional sandwich
panels and mitigate the impact-induced damage to the structures.

Reinforced concrete panel was widely employed for impact resisting owing to low
cost and easy fabrication (Lee et al. 2021; Ning et al. 2020; Oucif et al. 2020; Xu et al.
2019). An enormous number of studies have been performed on the impact resistant
performances of reinforced concrete panels. The dynamic responses of reinforced
concrete panels with variant steel reinforcement ratios were studied via employing
the low-velocity impact tests, and the results indicated that the crack patterns and
failure modes were found to be more dependent on the reinforcement arrangement
(Othman and Marzouk 2016; Zineddin and Krauthammer 2007). Comparing with
the traditional reinforced concrete panel, the pre-stressed concrete panel showed
superior impact resistance and energy absorption performance under the impact of a
falling hammer (Kumar et al. 2017). In addition, the dynamic responses of reinforced
concrete panels under the impacts of projectile and aircraft were studied by Oucif
and Mauludin (2019) and Sadiq et al. (2014), respectively, via employing the Finite
Element (FE) method. The numerical results were shown to be accurate by comparing
with the experimental results. Owing to the massive weight and volume as well
as the limited impact resistance of the traditional reinforced concrete panel, it is
necessary to propose a new impact resistant panel to achieve superior impact resistant
performance.

Steel—concrete-steel (SCS) sandwich structure can be employed for impact
resisting because of its desirable impact resistance, energy absorption performance
and light weight. Thus, extensively studies have been conducted on the impact
response behaviors of SCS sandwich structures (Liew et al. 2009; Sohel et al. 2015;
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Yan and Liew 2016; Yan et al. 2016a, b, ¢) The dynamic responses of SCS panels
under static and impact loads were studied, and the analytical models were devel-
oped for predicting the static and dynamic responses of SCS panels (Sohel and
Liew 2011, 2014; Sohel et al. 2012). Further, an equivalent single-degree-of-freedom
(SDOF) model for predicting the displacement responses of SCS panels under impact
loading was proposed, and its rationality was verified by comparing with the test
results (Guo and Zhao 2019). Moreover, Remennikov and Kong (2012) studied the
dynamic responses of axially-restrained SCS panels through impact tests and FE
simulations, and the strain rate effects of materials were found to significantly affect
the numerically-predicted bending resistance of the SCS panel.

The responses of the SCS panel under specific dynamic loading scenarios,
including vehicle and projectile impacts as well as blast loading, were also studied
(Feng et al. 2020; Remennikov et al. 2013; Wang et al. 2015a, b). Remennikov et al.
(2013) experimentally and numerically studied the responses of the axially-restrained
non-composite SCS panel under vehicle impact. The results showed that the proposed
SCS panel could resist large impact energy and terminate the fast-moving vehicle.
Wangetal. (2015a, b) studied the dynamic responses of simply-supported SCS panels
under blast loading by employing the experimental and numerical methods. In addi-
tion, the equivalent SDOF model and Lagrange Equation approach were found to
provide accurate predictions on the blast-induced displacement responses of the SCS
panel.

Recently, curved SCS shells were proposed to resist variant loading scenarios, e.g.,
static, impact and blast loads Huang and Liew (2015, 2016), Wang et al. (2016b), Yan
et al. 2019, 2020a, b). Huang and Liew (2015, 2016) studied failure mechanisms of
the curved SCS shell filled with ultra-lightweight cement composite through quasi-
static loading tests and FE simulation, and the formulae for predicting shear capacity
of the curved SCS shell was provided. The blast response of the curved SCS shell was
numerically studied by Wang et al. (2016b), and the shear connectors was found to be
effective in bonding the faceplates to concrete core, and thus significantly improving
the blast resistance of the curved SCS shell. Yan et al. (2019, 2020a, b) investigated
the responses of the curved SCS shell under static and impact loads by employing
the experimental method. Three failure modes were summarized and three impact
stages were identified from the experiments, including inertial stage, loading stage
and unloading stage.

With the aim of improving the impact resistance of the traditional SCS sandwich
panel, a new flat steel plate-concrete-corrugated steel plate (FS—C—CS) sandwich
panel was proposed in this chapter (as shown in Fig. 5.1). By employing the corru-
gated steel plate in tension side, the bending resistance and stiffness of the one-way
supported FS—C—CS panel along span direction (around X-axis as shown in Fig. 5.1)
could be improved as compared to the traditional SCS panel with two flat faceplates,
owing to the increased moment of inertia. This also results in the improved impact
resistance of the FS—C—CS panel. The dynamic responses of the FS—C—CS panels
under impact loading were studied through drop-weight impact tests and FE simu-
lations to reveal the failure mode, impact force and deformation responses as well
as impact energy dissipation mechanism of the FS—C-CS panel.
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Fig. 5.1 3D schematic view
of a SCS sandwich panel and
b FS—C-CS sandwich panel,
reprinted from Lu et al.
(2021), copyright 2022, with
permission from Elsevier
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5.2.1 Experimental Methodology

5.2.1.1 Specimen Design

As shown in Fig. 5.1, the FS—C—CS panel proposed in this study was assembled by a
flat steel plate, a corrugated steel plate and concrete core. In order to assure structural
integrity of the FS—C—CS panel, high-strength bolts were adopted as shear connectors
to bond the flat plate and corrugated plate to concrete as well as provide longitudinal
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Table 5.1 Geometries of test specimens

Specimen he (Design t¢ (Design t. (Design Vo (Measured
value/measured value/measured value/measured value)/(m/s)
value)/mm value)/mm value)/mm

H444 40.0/40.35 4.0/3.49 4.0/3.49 7.963

H435 40.0/42.72 3.0/2.79 5.0/4.35 8.028

H453 40.0/41.82 5.0/4.35 3.0/2.79 8.036

H244 20.0/20.52 4.0/3.49 4.0/3.49 8.006

HO044 0 (Flat plate) 4.0/3.49 4.0/3.49 8.028

Note h.—Corrugated plate height; #;—Flat plate thickness; 7.—Corrugated plate thickness; Vo—Impact
velocity of the hammer

and transverse shear resistance. Moreover, two end plates were also welded to the
flat plate and corrugated plate to further improve the composite action of the FS—
C—CS panel, since the full composite action of the SCS sandwich structure with the
presence of end plates was demonstrated even though insufficient shear connectors
were provided (Kang 2012; Wang et al. 2016a).

Five specimens were designed for the drop-weight impact tests, and their
geometric parameters are given in Fig. 5.1 and Table 5.1. The dimension of the
specimens was 1100 mm x 840 mm (length x width). Specimen H444, H435 and
H453 were FS—C—CS panels designed with nominal steel plate thickness of 3, 4 and
5 mm and the measured steel plate thickness is presented in Table 5.1. Specimen
H444, H244 and HO44 were sandwich panels with variant corrugated plate heights,
among which specimen H044 was the traditional SCS panel with two flat faceplates.
All the specimens shared the same concrete volume with mean concrete height (Acon)
to be 80 mm, as shown in Fig. 5.1. The diameter of the shear connectors was 12 mm.

5.2.1.2 Test Setup and Instrumentation

The drop-weight impact tests on the FS—C—CS panels were conducted to obtain the
impact force and displacement responses, and the test setup and instrumentation are
presented in Fig. 5.2. The specimen was simply supported on the two rigid round
bars with clear span of 910 mm. The impact loading was applied on the specimen
through dropping a 620 kg hammer with a hemispherical head. The diameter of the
hemispherical hammer head was 200 mm.

With regard to the measurement system, three displacement transducers were
adopted to measure the displacements of the FS—C—CS panel. The measurement
points of the specimen included the center point of corrugated plate (corresponding
to displacement transducer A in Fig. 5.2b), quarter-span point of corrugated plate
(corresponding to displacement transducer B in Fig. 5.2b) and edge point of corru-
gated plate at mid-span (corresponding to displacement transducer C in Fig. 5.2b).
A dynamic force transducer with a measurement range of 2000 kN was embedded in
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Fig. 5.2 Drop-weight impact test setup and instrumentation: a photograph and b 3D schematic
view, reprinted from Lu et al. (2021), copyright 2022, with permission from Elsevier

the hammer head to record the impact force—time history during impact. Moreover,
a high-speed camera was employed to record the impact process. The initial impact
velocities of the hammer for the five specimens were obtained via analyzing the high-
speed camera data, and they are presented in Table 5.1. The sampling frequency of
displacement transducers, force transducer and high-speed camera were 10°, 10° and
3000 Hz, respectively.

5.2.2 Numerical Methodology

To further reveal the impact responses of FS—C—CS panels subjected to impact
loading, the numerical studies were conducted via employing the explicit program
in LS-DYNA.

5.2.2.1 Material Models

The material parameters of mild steel employed for fabricating the specimens were
obtained through tensile coupon tests, and the obtained nominal stress—strain curves
of mild steel with different thicknesses are given in Fig. 5.3. The material parameters
of mild steel are presented in Table 5.2. The Piecewise Linear Plasticity material
model (MAT_24 in LS-DYNA) was employed to simulate steel plates of the FS—C—
CS panel. In addition, material behaviors of the bolt shear connectors were simulated
by employing the Plastic Kinematic material model (MAT_12 in LS-DYNA). The
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Fig. 5.3 Nominal 600 T
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Table 5.2 Material .

Mild steel E, (GP: MP: MP:
properties of mild steel and nestee y (GP2) oy MPa) o (MPa)
shear connector tp = 2.79 mm 195 294 529

tp, = 3.49 mm 193 304 532

t, =435 mm 197 307 559

Shear connector 207 640 800

Note Ey—Young’s modulus of steel; o\—Yield stress of steel; o,—
Ultimate stress of steel

material parameters of the bolts are shown in Table 5.2. The strain rate effects of
mild steel and bolts were considered by adopting the Cowper-Symonds model, and
strain rate parameter C and P were defined to be 802 s~! and 3.585, respectively
(Abramowicz and Jones 1986).

The Continuous Surface Cap (CSC) model, i.e., MAT_159 in LS-DYNA, was
adopted to simulate the behaviors of concrete. It is a cap model which has a smooth
intersection between the failure surface and hardening cap (Yan et al. 2020a). The
yield surface of CSC model is formulated in terms of three stress invariants, including
the first invariant of the stress tensor (J), the second invariant of the deviatoric stress
tensor (J';) and the third invariant of the deviatoric stress tensor (J'3), which can be
given as

Ji =3P
, 1

h = 55iiSi (5.1)
, 1

Jy = 78Sk Ski

3
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where P and S;; are pressure and deviatoric stress tensor. The shear failure surface is
defined as

Fr(J) =a —rexp P 400, (5.2)

where o, B, A and O are material parameters obtained via conducting tri-axial
compressive tests on concrete cylinders. A damage formulation is adopted to model
the softening behavior of concrete. Both strain softening and modulus reduction of
concrete can be modeled by the damage formulation. The damage formulation is
given as follow (Simo and Ju 1987):

off = (1 —d)a;} (5.3)

ij

where d is scalar damage parameter; ai’; and U;;-p are stress tensors with and without
damage, respectively. Moreover, rate effect formulations are adopted to model the
enhancement of concrete induced by strain rate effect, and they are applied to the
plasticity surface, damage surface and fracture energy. The viscoplastic algorithm is
employed for the yield surface. The viscoplastic algorithm interpolates between the
elastic trial stress, 05, and the inviscid stress (without rate effects), aif , at each time

step to obtain the viscoplastic stress (with rate effects), O’;}p as follow:

off ==y +yo] v =1 (5.4)

where n and At are fluidity coefficient and time step, respectively. The uniaxial
tensile and compressive strengths can be obtained as:

f;dynamic _ f} + Eé‘ﬂ (5 5)
fédynamic — fC,‘ + Eén

where ¢ is the effective strain rate calculated based on the six strain components.

The input material parameters of concrete were obtained through uniaxial
compressive tests conducted on the concrete cylinders. The stress—strain curve of
concrete obtained through uniaxial compressive tests on concrete cylinder is given
in Fig. 5.4. The elastic modulus, compressive strength and Poisson’s ratio of the
concrete are 34 GPa, 45 MPa and 0.21, respectively, based on the uniaxial compres-
sive tests. In addition, a FE model of concrete cylinder under uniaxial compression
was also established. The stress—strain curves of concrete obtained from uniaxial
compressive tests and FE simulation are compared in Fig. 5.4, and the two curves
are found to be well matched, which validates the accuracy of the material model of
concrete core.
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Fig. 5.4 Comparison of
stress—strain curve of
concrete obtained from
uniaxial compressive tests
and FE simulation, reprinted
from Lu et al. (2021),
copyright 2022, with
permission from Elsevier
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The FE model of the FS—C—CS panel under drop-weight impact loading is presented
in Fig. 5.5. The quarter model was established to reduce the computation time. The
eight-node solid elements were adopted to simulate the drop hammer, supports and
concrete. The shell elements comprising five integration points along the thickness
of the shell were used to simulate steel plates. The beam elements were used to

Fig. 5.5 FE model of the
FS—C-CS panel under
impact loading, reprinted
from Lu et al. (2021),
copyright 2022, with
permission from Elsevier
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simulate shear connectors. The perfect bond behavior between the concrete and
shear connectors was assumed, which was achieved in the FE modeling by sharing
the common nodes of the shear connector elements and concrete elements. The
two end nodes of each shear connectors were tied to the flat plate and corru-
gated plate, respectively, via employing the keyword *CONTACT_TIED_NODES
_TO_SURFACE in LS-DYNA (Hallquist 2013), since there was no connection
failure between bolts and steel plates during the drop-weight impact test. The keyword
*CONTACT_AUTOMATIC_SURFACE_TO_SURFACE was adopted to model the
contacts between two parts in the FE model, including concrete and steel plates,
hammer and flat plates as well as support and corrugated plate. Moreover, the nodes
at the bottom of the support was constrained in three translational directions via
employing the keyword * BOUNDARY_SPC_SET. Since the quarter FE model was
established, the symmetrical restraints were applied to the XY plane at mid-span of
the FS—C—CS panel via restraining the translation along Z direction and rotations
along X and Y axis. Moreover, the translation along X direction and rotations along Y
and Z axis in the YZ plane at middle of the specimen were also restrained. The mass
and initial velocities of the hammer were defined as the measured values from the
drop-weight impact tests, and the keyword *INITIAL_VELOCITY_GENERATION
was adopted to specify initial velocity of the hammer.

The mesh size of concrete core and steel plates were about 10 x 10 x 10 mm? and
10 x 10 mm?, respectively. The current mesh size was determined based on mesh
sensitivity analysis. The FE model of specimen H444 with smaller mesh size (about
5 mm) was established. Figure 5.6 presents the impact force— and center displace-
ment—time histories obtained from the FE models with current element size (about
10 mm) and smaller element size (about 5 mm). The differences of FE predictions
with variant mesh sizes are limited. Hence, the current element size (about 10 mm)
was employed in this study, considering both the accuracy and computation time.

Fig. 5.6 Effect of different 600 -
mesh sizes on FE simulation
results, reprinted from Lu

et al. (2021), copyright 2022,
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5.3 Results and Discussions

5.3.1 FE Model Validation

Figure 5.7 presents the comparison of failure modes of the specimen H444 obtained
from the drop-weight impact test and FE simulation. The FE model is found to
reasonably predict the global flexural deformation and local indentation of the FS—
C—CS panel under impact load. Moreover, the vertical cracks of concrete near the
mid-span observed from the impact test can also be captured by the established FE
model, as shown in Fig. 5.7a. The comparisons of center displacement and impact
force responses obtained from impact tests and FE analyses are presented in Figs. 5.8
and 5.9, respectively. The FE results showed good agreement with the experimental
results. Table 5.3 presents the comparisons of maximum impact forces and maximum
center displacements obtained from impact tests and FE analyses, and their differ-
ences are found to be less than 9% and 11% for the maximum impact force and center
displacement, respectively, except for the specimen H244 owing to its geometric
imperfection during the fabrication. The comparisons of FE-predictions and test
results in terms of failure mode, impact force and displacement response can verify
the rationality of the established FE models.

Local indentation

(“1 acking Y- imm

| Hiu .l|\ | t«:m

Fig. 5.7 Failure modes of tested specimens: a global flexural deformation and b local indentation,
reprinted from Lu et al. (2021), copyright 2022, with permission from Elsevier
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Fig. 5.9 Impact force-time histories of tested specimens: a Variant corrugated plate height, b
Variant steel plate thickness, reprinted from Lu et al. (2021), copyright 2022, with permission from

Elsevier

Table 5.3 Comparison of maximum impact force and center displacement from test and FE

simulations
Specimen | Frax (KN) | FinaxFE (KN) | Finax/FimaxFE | Dmaxa (mm) | Diaxpg (mm) | Dipaxa/
DmaxFE
H453 524.82 520.81 1.01 43.33 43.62 0.99
H435 530.58 554.94 0.96 39.87 36.94 1.08
H244 477.33 516.98 0.92 53.13 44.08 1.21
HO044 516.87 514.11 1.01 49.44 45.73 1.08
H444 503.02 532.30 0.95 43.96 39.63 1.11

Note Fmax—Maximum impact force obtained from test; F'maxp—Maximum impact force obtained
from FE simulation; Dyaxa—Maximum center displacement obtained from test; Dyaxp—Maximum
center displacement obtained from FE simulation
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5.3.2 Failure Mode

Figure 5.7 presents the failure mode of the tested specimens, which exhibit local
indentation at the impact zone and global flexural deformation with plastic hinge at
mid-span. The vertical cracks near the mid-span of the panel are also observed owing
to the large sagging moment. Figure 5.10 presents the impact process of FS—C-CS
panel H444 recorded by the high-speed camera, from which the combination of local
indentation and global flexural deformation along both span and width directions can
be observed. The deformation of the FS—C—CS panel exhibits continuous increase
at 0-12.0 ms under the impact of a hemi-spherical head. The vertical cracks of the
concrete core near the mid-span occur at 6.3 ms owing to the sagging moment, and
the length of the vertical cracks shows continuous increase with further collision.
The deformation of the FS—C—CS panel and the length of the cracks reach their
maximum values at 12.0 ms. The hemispherical head and FS—C—CS panel rebounded
subsequently, as shown in Fig. 5.10.

Figure 5.11a presents the permanent deformation profile of the specimen H444 in
span direction. The bi-linear shape of the permanent deformation of the corrugated

Global deformation

Fig. 5.10 Impact process of FS—C—CS panel H444, reprinted from Lu et al. (2021), copyright 2022,
with permission from Elsevier
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Fig. 5.11 Permanent deformation of specimen H444: a Permanent deformation in Z-axis direction,
b Permanent deformation in X-axis direction, reprinted from Lu et al. (2021), copyright 2022, with
permission from Elsevier

plate further confirms the global flexural deformation, and local indentation can be
observed from the permanent deformation of the flat plate. Figure 5.12 presents
the axial strain contours of the concrete. It is noted that the concrete at mid-span
experiences compression and tension at its top and bottom surfaces, respectively,
caused by the sagging moment which also results in the vertical cracks of concrete at

Fig. 5.12 Axial strain contours of concrete of specimen H444
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Fig. 5.13 Axil stress contours of steel plates of specimen H444, reprinted from Lu et al. (2021),
copyright 2022, with permission from Elsevier
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mid-span. The axial stress contours of the steel plates are presented in Fig. 5.13, and
the flat and corrugated plates are generally in compression and tension, respectively,
at the zone near mid-span. With regard to the stress state at the zone near the support,
the bottom surface of concrete experiences compressive force applied by the end
plate, as shown in Fig. 5.12, since the bending-induced expansion of concrete at the
bottom surface is restrained by the end plate. Meanwhile, the end plate also applies
tensile force on the flat plate to balance the compressive force of concrete, which
results in tension of the flat plate near the support, as shown in Fig. 5.13. This also
causes the top surface of concrete experiencing tension near the support, as shown
in Fig. 5.12, since the full composite action of the panel can be assured with the
presence of shear connectors and end plates.

As illustrated in Fig. 5.11a, the permanent deformations at the center points of flat
and corrugated plate are defined as total deformation (61¢) and global deformation
(8gc), respectively. It can be observed in Fig. 5.11a that the total deformation (é1c)
was 13.8% higher than global deformation (§gc) owing to the presence of local
indentation induced by the hemispherical hammer head. Moreover, flat plate also
exhibits large membrane stretching under local impact load, which leads to local
tension of flat plate at impact zone, as shown in Fig. 5.13. However, the permanent
deformation of flat plate was found to be smaller than that of corrugated plate except
for the local impact zone, as shown in Fig. 5.8a. This is owing to the separation
between the steel plates and concrete core of the FS—C—CS panel after the rebounding
of hemispherical head since there is no shear connector at the valley of the corrugated
plate.

With regard to deformation of the FS—C—CS panel in width direction, the combi-
nation of local indentation and global flexural deformation can be observed, as shown
in Fig. 5.11b. Figure 5.14 presents the comparison of permanent deformations of the
FS—C-CS panel and traditional SCS panel in width direction. The results showed
that the global deformation of the FS—C—CS panel (H444) was 16.3% lower than that
of SCS panel (HO44) owing to the increased bending resistance and stiffness of the
FS—C-CS panel with corrugated plate. However, the deformation difference between
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center point and edge point of the specimen H444 was 13.1% higher than that of
specimen H044, as the presence of corrugated plate reduces the bending resistance
and stiffness of the FS—C—CS panel in width direction.

5.3.3 Impact Force and Displacement Responses

The typical impact force— and displacement—time curves of the specimen H444 under
impact load are presented in Fig. 5.15. The impact process can be divided into three
stages based on the characteristics of the impact force and displacement response
histories, including inertial stage, loading stage and unloading stage. The inertial
stage occurs from 0 to 0.003 s for the specimen H444. The impact zone of the
specimen was forced to move downwards with the same velocity of the hammer,
and thus the velocity of the impact zone increased rapidly once the hammer struck
the specimen. The impact force exhibits continuous increase to its first peak value,
and this peak impact force is induced by inertial effect. Further, the impact force
experiences continuous fluctuation after the first peak value. The hammer displace-
ment is found to increase faster than that of center displacement due to the presence
of local indentation. The difference between the hammer and center displacement
can present the local indentation depth which approaches a constant value at the
end of initial stage. This indicates that the local indentation appears at the initial
stage. Moreover, the edge displacement (point C in Fig. 5.2) exhibits initial decrease
due to the inertial effect, as shown in Fig. 5.15. The loading stage occurs from
0.003 to 0.012 s for the specimen H444, and the hammer and center displacements
show continuous increase to their maximum values at the end of loading stage. The
impact force-hammer displacement curve is presented in Fig. 5.16. The impact force
exhibits increase with the increase of displacement during loading stage owing to
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Fig. 5.15 Impact force and displacement versus time curves of specimen H444, reprinted from Lu
et al. (2021), copyright 2022, with permission from Elsevier

Fig. 5.16 Impact
force—center displacement
curves of specimen H444,
reprinted from Lu et al.
(2021), copyright 2022, with
permission from Elsevier
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the membrane stretching of the flat plate under large deformation, and the impact
force reaches its maximum value at the end of loading stage. Owing to the negligible
inertial force as compared to resistance of the FS—C—CS panel at loading stage, the
impact force can generally represent the resistance of the panel. The unloading stage
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occurs from 0.012 to 0.0196 s. The hammer and panel start to rebound, and there-
fore the center and hammer displacements exhibit continuous decrease. As shown
in Fig. 5.15, the rebound velocity of the hammer is higher than the panel, which
results in decreasing contact area between the hammer and panel. Hence, the impact
force shows continuous decrease and reduces to zero when the hammer is completely
separated from the panel.

Figure 5.8 presents the comparison of the center displacement—time histories of
the specimens with variant corrugated plate heights and steel plate thicknesses, and
the maximum center displacement values are summarized in Table 5.3. The results
reveal that maximum center displacement of the FS—C—CS panel H444 is reduced by
11.1% comparing with the SCS panel H044 with the same concrete volume and steel
plate thickness, owing to higher bending resistance and stiffness of the FS—-C-CS
panel with corrugated plate. However, the maximum center displacement of specimen
H244 obtained from impact test is larger than that of specimen H044, which may be
attributed to geometric imperfection of the specimen H244. It is confirmed by the FE
modeling without geometric imperfection that the maximum center displacement of
specimen H244 obtained from FE simulation is reduced by 3.6% comparing with
specimen H044, as presented in Table 5.3. It can be concluded that the maximum
deformation of the FS—C—CS panel can be reduced by increasing corrugated plate
height. The effect of steel plate thickness on impact response of the F—-C-CS panel is
also presented in Table 5.3 and Fig. 5.8b. The maximum center displacement of the
FS—C-CS panel is found to be reduced by increasing corrugated plate thickness and
reducing flat plate thickness, which can be attributed to the improved tension strength
of the corrugated plate and bending resistance of the FS—C—CS panel. The maximum
center displacement is reduced by 9.3% on increasing corrugated plate thickness from
3.49 mm to 4.35 mm. However, the maximum center displacement exhibits increase
with the increase of corrugated plate thickness from 2.79 mm to 3.49 mm owing to
the geometric imperfection of the specimen H453 and H444. Moreover, FE results
indicate that the maximum center displacement of the specimen H444 is reduced by
9.2% comparing with the specimen H453, as shown in Table 5.3.

Figure 5.9 presents the comparison of the impact force—time histories of tested
specimens, and their maximum impact forces (F ¢ ) and post-peak mean forces (F,)
are summarized in Tables 5.3 and 5.4, respectively. The post-peak mean force (Fy,)
can be determined as
S F(D)dD

F, =
" Dmax_DO

(5.6)

Table 5.4 Post-peak mean forces obtained from impact tests
Specimen H453 H435 H244 HO044 H444
F (kKN) 414.57 436.67 358.03 438.67 441.96

Note Fy—Post-peak mean force
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where F is impact force, D is displacement at center point of the flat plate, Dpax
is the maximum displacement, and Do is displacement corresponding to first peak
impact force. As shown in Table 5.4, the post-peak mean force of the FS—C—CS panel
H444 is increased by 0.8% comparing with the SCS panel HO44, which indicates
the improvement in bending resistance of the FS—C—CS panel with corrugated plate.
However, the maximum impact force of the specimen H044 obtained from impact
test is larger than that of specimen H444. With regard to the FE results presented
in Table 5.3, the maximum impact force of the specimen H444 is increased by
2.8% comparing with the specimen H044. Generally, the maximum impact force
and post-peak mean force of the FS—C—CS panel are found to increase with the
increase of corrugated plate thickness owing to the improved bending resistance of
the panel, as shown in Tables 5.3 and 5.4. The maximum impact force is found to be
increased by 5.5% on increasing corrugated plate thickness from 3.49 mm to 4.35.
However, the maximum impact force exhibits decrease on increasing corrugated
plate thickness from 2.79 mm to 3.49 mm owing to geometric imperfections of the
fabricated specimens. As shown in Table 5.3, the maximum impact force of the
specimen H444 obtained from FE simulation is increased by 2.2% comparing with
the specimen H453.

5.3.4 Internal Energy Response

Figure 5.17 shows the internal energy—time histories of the flat plate, concrete
and corrugated plate of the specimen H444 obtained from FE simulation. The
internal energy of steel plates and concrete exhibits continuous increase in inertial
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stage and loading stage, since the deformation of the specimen increases continu-
ously. However, the internal energy of steel plates and concrete exhibits decrease in
unloading stage due to the elastic recovery of the specimen. It is noted in Fig. 5.17
that the concrete dissipates the majority of impact energy, accounting for 53.5% of
the total impact energy, which can be attributed to the significantly larger volume of
concrete as compared to steel plates. 12.4% of impact energy is dissipated by the flat
plate with smallest volume, and the evident membrane stretching of the flat plate at
local indentation zone is believed to contribute to the majority of impact energy dissi-
pated by the flat plate. With regard to the corrugated plate, it exhibits higher impact
energy dissipation (29.2%) as compared to the flat plate, since the yielding zone of
the corrugated plate is larger than that of flat plate, as shown in Fig. 5.13. Hence, the
corrugated plate can dissipate more impact energy via plastic deformation.

5.3.5 FE Parametric Studies

With the validated FE model, parametric studies were conducted to investigate
the effects of variant parameters on impact responses of the FS—C—CS panel. The
varying parameters included the compressive strength of concrete (f), spacing of
shear connectors along span direction (S) as well as end steel plates, as presented
in Table 5.5. All the specimens shared the same steel plate thickness (4 mm) and
corrugated plate height (40 mm).

Figure 5.18a presents the comparison of the maximum center displacement of
flat steel plate (Dyaxre), maximum impact force (Faxrg) and post-peak mean force
(Fmpg) of FS—C—CS panels with variant spacing of shear connectors along span
direction. Increasing S from 140 to 180 mm results in the increase of Dpyaxpg by
4.4%, and the decrease of Faxpg and Frg by 7.4% and 5.5%, respectively. This
is because of the weakened composite action between the steel plates and concrete
core, which results in the reduction of bending resistance and stiffness of the FS—
C—CS panel. However, further increasing S has little effect on the impact responses,
since the longitudinal shear force between the steel plates and concrete core is mainly

OT?IEISe—%fCSD;?::l ?Ir;c;;esults Specimen fc/MPa S/mm End plate

parametric studies H444C45S814 45.0 140 Yes
H444C45S18 45.0 180 Yes
H444C45822 45.0 220 Yes
H444C35S14 35.0 140 Yes
H444C55S14 55.0 140 Yes
H444C45S14N 45.0 140 No

Note f.—Compressive strength of concrete; S—Spacing of shear
connectors along span direction
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Fig. 5.18 Center displacement, maximum impact force and post-peak mean force of FS—-C-CS
panels obtained through FE simulations: a Variant spacings of shear connectors, b Variant compres-
sive strength of concrete, ¢ With and without end plates, reprinted from Lu et al. (2021), copyright
2022, with permission from Elsevier

transmitted by the end steel plates when the number of shear connector is too few. In
addition, Fig. 5.19a exhibits the comparison of maximum internal energies of steel
plates and concrete core of FS—C—CS panels with variant spacing of shear connectors.
With an increase in the shear connector spacing, there is an increase in the impact
energy dissipation of steel plates induced by more severe plastic deformation of steel
plates. This also results in the decrease of internal energy of concrete core since all
the specimens share the same initial impact energy from the drop hammer.

Figure 5.18b shows the effect of compressive strength of concrete (f ) on impact
responses of FS—C—CS panels, and the impact resistance is found to be improved
by increasing the concrete strength. The Dy «rg is reduced by 1.9%, and Fxpg and
Furg are increased by 3.9% and 5.2%, respectively, via increasing f. from 35 to
45 MPa. In addition, further increasing f . from 45 to 55 MPa results in the reduction
of Diaxre by 5.5%, and the corresponding increases of Faxrg and F g are 6.0% and
4.5%, respectively. This is due to the increase of bending resistance and stiffness of
the FS—C—CS panel by increasing f.. Figure 5.19b compares the maximum internal
energies of variant parts of FS—C—CS panels with different f .. The internal energy of
concrete core is found to be improved by increasing f. from 35 to 45 MPa since the
concrete with higher concrete strength could dissipate more impact energy. However,
further increasing f. may results in the reduction of internal energy of concrete core
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owing to the reduced deformation of the FS—C—CS panel, and thus leading to lower
plastic deformation and damage of the concrete core.

The effect of employing end plates on the impact responses of the FS—-C-CS
panel is presented in Fig. 5.18c, which shows that the Dypg of the FS—-C-CS
panel end plates is reduced by 16.0% as compared to the FS—C—CS panel without
end plates. Moreover, the Fxrg and Fpg are increased by 13.2% and 16.5%,
respectively. This indicates that employing the end plates can significantly improve
the composite action between steel plates and concrete core, and thus improving
the bending resistance and stiffness of FS—C—CS panel. In addition, the significant
slippage (with maximum slippage value of 7.9 mm) between the corrugated plate
and concrete core of specimen H444C45S14N without end plates can be observed
in Fig. 5.20, which indicates that specimen H444C45S14N is not a fully-composited
sandwich panel, and employing the end plates can prevent the slippage between steel
plates and concrete core and improve the impact resistance of the FS—C—CS panel.
Moreover, the steel plates of the FS—C—CS panel without end plates are found to
dissipate more impact energy via plastic deformation, as shown in Fig. 5.19¢, owing
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Fig. 5.20 Slippage between the corrugated plate and concrete core of specimen H444C45S14N,
reprinted from Lu et al. (2021), copyright 2022, with permission from Elsevier

to the significant increased deformation of the FS—C—CS panel. Meanwhile, there is
also a reduction in the impact energy dissipation of concrete core for the FS—C-CS
panel without end plates owing to the weakened composition action.

5.4 Summary

The impact responses of FS—C—CS panels were studied through drop-weight impact
tests and FE simulation. Moreover, the effects of corrugated steel plate height and
steel plate thickness on the impact behaviors of FS—C—CS panels were analyzed. The
conclusions from this study were summarized as below:
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The global flexural deformation was observed for the FS—C—CS panel subjected
to impact load. Meanwhile, the panel also exhibited local indentation at the
impact zone.

Based on the impact force and displacement responses of the FS—C—CS panel
subjected to impact load, the impact process could be divided into three stages,
including inertial stage, loading stage and unloading stage.

The deformation of the FS—C—CS panel under impact load was found to be
reduced as compared to the traditional SCS panel with two flat faceplates. In
addition, the FS—C—CS panel also exhibited an increase in maximum impact
force and post-peak mean force. The maximum deformation of the FS—C-CS
panel under impact load was found to be reduced by increasing corrugated
plate height and thickness.

Decreasing the spacing of shear connectors, increasing the compressive
strength of concrete and employing end plates could enhance impact resis-
tance of the FS—C—CS panel in terms of smaller maximum deformation as
well as higher maximum impact force and post-peak mean force.

The FE models of FS—C—CS panels under impact load were established and
validated against the impact test results. The FE results revealed that concrete
core of the FS—C—CS panel absorbed the majority of impact energy, followed
by the corrugated plate and flat plate. The end plates were found to be effective
in restraining the expansion of concrete and enhancing the composite action
of the panel.
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Chapter 6
Stiffener-Enhanced Steel-Concrete-Steel <o
Sandwich Beam and Panel Under Impact

6.1 Introduction

Steel-concrete-steel (SCS) sandwich structure is composed of two external steel
plates and a concrete core. The mechanical shear connectors are usually employed
to bond the steel plates to concrete core and provide longitudinal and transverse shear
resistance as well as prevent separation between the external steel plates and concrete
core. The SCS sandwich structures were found to outperform traditional reinforced
concrete structures in terms of superior strength, ductility and spalling protection
(Wang et al. 2016), which promoted its application in resisting potential impact
load. The mechanical shear connector was proven to be of significance in ensuring
structural integrity and improving impact resistance of the SCS sandwich structure
(Liew et al. 2009). Hence, several types of shear connectors have been developed in
recent decades, including headed shear stud (Oduyemi and Wright 1989), Bi-steel
(Foundoukos 2005), angle shear connector (Guo et al. 2020), interlocked J-hook
connector (Liew and Sohel 2009), bolt connector (Yan et al. 2020a) and enhanced
C-channel connector (Yan et al. 2020c, d). As illustrated in Fig. 6.1, a new SCS
sandwich structure enhanced with stiffeners in the tension plate, namely stiffener-
enhanced SCS (SESCS) sandwich structure, was proposed to improve the impact
resistance of the SCS sandwich structure with traditional bolt connectors, and its
impact behavior was studied and presented in this chapter.

Owing to the desirable ductility and strength of the SCS sandwich structure, it
was widely employed to resist variant loads, including static, impact and blast loads
(Wang et al. 2016; Nie et al. 2014; Sohel and Liew 2014; Liew et al. 2015). The
interfacial bonding strength, which is usually achieved via shear connectors and
cohesive material, is of significance for bonding the concrete core to faceplates and
assuring the composite action of SCS sandwich structures. In the past, headed studs
were usually employed to be welded to the two faceplates for preventing separation
and longitudinal slip between faceplates and concrete core (Thang et al. 2016;
Dogan and Roberts 2012; Subedi and Coyle 2002) owing to its low costing and easy
fabrication. However, the headed studs were found to be weak in preventing tensile
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SCS beam

Fig. 6.1 General illustration of SESCS and SCS sandwich beams, reprinted from Wang et al.
(2021), copyright 2022, with permission from Elsevier

separation of faceplates (Liew et al. 2009), since they were embedded into the
concrete core separately, and the tensile force was transferred through the concrete
core. In addition, steel angles could also be welded to the two faceplates of SCS
sandwich structures to provide longitudinal and transverse shear resistance (Shariati
et al. 2012, 2013, 2016). Similar to the headed shear studs, the separation between
faceplates and concrete core could be observed owing to the shallowly embedding
depth of steel angles (Yan et al. 2015). In order to improve the structural integrity of
the SCS sandwich structure and prevent separation of faceplates, several “through-
through” types of shear connectors have been proposed. Xie et al. (2007) developed
a friction-welded shear connector, which allowed straight steel bar connectors being
connected to the two faceplates via friction welding (Xie et al. 2007; Clubley et al.
2003). Hence, the tensile separation of faceplates could be resisted via developing
tensile force in the steel bar connectors. Bolts could be another type of shear connec-
tors with desirable bonding strength and easy fabrication (Yan et al. 2020b). Recently,
the interlocked J-hook connectors were developed by Liew and Sohel (2009), and
they were found to be an effective bonding method for SCS sandwich structures.
The combination of headed shear studs and tie bars were also employed for SCS
sandwich slabs to yield desirable longitudinal and transverse shear resistance (Wang
et al. 2020). More recently, an enhanced C-channel connector was developed by Yan
et al. (2020a, b, c, d), and the strong tension separation resistance of faceplates from
concrete core and faceplate-concrete interfacial shear resistance could be achieved
when using the novel enhanced C-channel connectors (Yan et al. 2020c).
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Most of the previous studies have been focused on the behaviors of SCS sand-
wich structures subjected to static or quasi-static loading. Few studies have been
focused on the impact responses of SCS sandwich structures. Experimental studies
were conducted by Sohel et al. (2003) to investigate the impact behaviors of SCS
sandwich beams with angle connectors, and tension separation of faceplates were
observed for most of the test specimens owing to the weak tension separation resis-
tance of angle connectors. The J-hook connectors were proposed for enhancing the
tension separation resistance of faceplates, and the improved impact resistant perfor-
mance of SCS sandwich structures with J-hook connectors could be observed (Liew
et al. 2009, 2015; Sohel and Liew 2014). It was also found by Liew et al. (2009) that
the composite action of SCS sandwich beams could be enhanced when fiber rein-
forced concrete was employed for the core material. By employing the experimental,
numerical and analytical approaches, the dynamic response behaviors of SCS sand-
wich beams with J-hook connectors were studied (Liew et al. 2009, 2015), and the
developed analytical model was found to be accurate in predicting the impact force
and displacement responses of the SCS sandwich beams (Liew et al. 2009). With
regard to the impact behaviors of axially-restrained SCS sandwich panels without
shear connectors, the highly ductile response could be observed with initial flex-
ural response and following tensile membrane stretching of faceplates (Remennikov
and Kong 2012; Remennikov et al. 2013). The enhanced blast resistant performance
of axially-restrained non-composite SCS sandwich panels via developing tensile
membrane stretching were also demonstrated by Wang et al. (2015a). The SCS sand-
wich structures could be subjected to the combination of axial compressive pre-load
and lateral impact load when they were employed as walls and meanwhile experi-
enced an accidental collision. Experimental studies were conducted on the impact
responses of SCS sandwich panels with axial compressive pre-load. The combina-
tion of local indentation and global flexure was observed (Zhao and Guo 2018; Zhao
et al. 2018). In addition, an analytical model was also developed for predicting the
impact-induced displacement response of the SCS sandwich panel (Guo and Zhao
2019a, b). On employing bolt connectors, the impact responses of curved SCS sand-
wich shells were studied by Yan et al. (2020a, b, c, d). The local deformation was
found to be dominated, and the bolt connectors have shown a high tension separation
resistance of faceplates.

In this chapter, a new SESCS sandwich structure was proposed to resist impact
loading. Drop-weight impact tests on SESCS sandwich beams and panels were
conducted to reveal their behaviors under low-velocity impact loading. In addition,
the numerical studies were also conducted to further reveal the impact responses of
SESCS sandwich structures. An analytical model was developed for predicting the
displacement response of the SESCS sandwich beam under impact loading.
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6.2 SESCS Sandwich Beam Under Impact

6.2.1 Experimental Study

6.2.1.1 Specimens

The SESCS sandwich beams designed for the drop-weight impact tests are shown
in Fig. 6.1. The two stiffeners were welded to the tension plate (bottom plate) of
the SCS sandwich beam first (Fig. 6.2b). Subsequently, one end of the bolt was
welded to the stiffener (Fig. 6.2b) with the other being fastened to the compression
plate (top plate) through nuts, as shown in Fig. 6.2c. Finally, concrete casting was
implemented (Fig. 6.2d), and the specimens were curing for at least 28 days before
test. There were seven SCS sandwich beams being fabricated for the impact tests,
and all the specimens shared the same length and width of 1400 and 200 mm,
respectively. The 12 mm-diameter bolts were employed for all the specimens with
spacing of 140 mm. The stiffeners of all the SESCS sandwich beams shared the same
dimension of 1400x50x3.52 mm. There were six SESCS sandwich beams being
designed, and the variant parameters included faceplate thickness, concrete core
thickness and impact velocity. In addition, one SCS sandwich beam with traditional
bolt connectors was also fabricated for comparison and confirming the enhanced
impact resistance of the SESCS sandwich beam. As shown in Fig. 6.1, the two

@ (b)
Top plil.te -

Nut
" > Fillet welding
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()

Fig. 6.2 Fabrication process of the SESCS sandwich beam: a Components, b Welding stiffener
and bolt, ¢ Assembling two plates by bolt, d Concrete casting, reprinted from Wang et al. (2021),
copyright 2022, with permission from Elsevier



6.2 SESCS Sandwich Beam Under Impact 147

Table 6.1 Summary of test specimens for SESCS sandwich beam (unit: mm)

Specimen te he t H V (m/s)
Bs4-100 3.52 100 3.52 1200 4.62
Bs3-100 2.84 100 2.84 1200 4.68
Bs5-100 4.46 100 4.46 1200 4.72
Bs4-120 3.52 120 3.52 1200 4.66
Bs4-150 3.52 150 3.52 1200 4.65
Bb4-100 3.52 100 3.52 1200 4.68
Bs4-100 V 3.52 100 3.52 1400 5.09

Note t., h., and t,—Thicknesses of top plate, concrete core and bottom plate; H, V-Drop height and
velocity of the hammer; Bs and Bb stand for the SCS sandwich beam with stiffeners in tension plate
and bolt connectors, respectively

Table 6.2 Material

parameters of mild steel, bolt Mild steel E, (GPa) fy MPa) fu MPa)
and concrete t, =2.84 mm 202 323 455
tp, =3.52 mm 205 286 404
t, = 4.46 mm 210 274 377
Bolt 200 640 800
Concrete E. (GPa) fc (MPa) %
- 29 45 0.211

Note Ey, fy, f,—Young’s modulus, yield stress and ultimate stress
of steel; #,—steel plate thickness; E., f., u—Elastic modulus,
compressive stress and Poisson’s ratio of concrete

faceplates were punched with holes for the bolts being through the faceplates, and
the nuts were employed for fastening the two faceplates. Finally, concrete casting
was implemented. The bolt employed for the SCS sandwich beam shared the same
diameter and strength with the SESCS sandwich beam. The information of the test
specimens are given in Table 6.1. The mild steel was employed for the faceplates and
stiffeners. The concrete core was normal weight concrete with compressive strength
of 45 MPa. The material properties of mild steel, bolts and concrete employed for
fabricating the sandwich beams are presented in Table 6.2.

6.2.1.2 Test Setup and Instrumentation

An instrumented drop-weight impact test machine was employed to conduct the
impact tests on the SCS sandwich beams, and Fig. 6.3 presents the test setup and
instrumentation. As illustrated in Fig. 6.3b, the SCS sandwich beam was simply
supported on the two round bars with clear span to be 1200 mm. The drop weight of
all the test specimens is 400 kg, and the drop heights and measured impact velocities
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Fig. 6.3 Test setup and instrumentation: a photograph and b schematic view, reprinted from Wang
et al. (2021), copyright 2022, with permission from Elsevier

are given in Table 6.1. The hemispherical hammer head with the diameter of 200 mm
was employed for all the test specimens. To measure the impact force, a dynamic
load cell with 2000-kN-loading capacity was embedded in the hammer head. Three
potentiometers were placed below the specimen to record the deflections, with one
at the mid-span and the other two at the quarter-spans. All the readings from the load
cell and potentiometers were recorded by a data logger with the sampling rate of
100 kHz. In addition to the measurements of force and displacement, a high-speed
camera was utilized for capturing movement of the hammer and deformation of the
specimen with the speed of 3000 frames per second.

6.2.1.3 Test Results and Discussions
Failure Modes

The failure modes of the test specimens are presented in Fig. 6.4, and typical flexural
failure mode is observed for all the seven SCS sandwich beams with plastic hinges at
their mid-spans. The large impact-induced sagging moment at the mid-span results
in the appearance of vertical cracks whose widths exhibit largest value near the
bottom surface and gradually reduces when they approaches the neutral axis. In
addition, sagging moment also causes concrete crushing at compression zone for the
six SESCS sandwich beams. The observed cracking patterns of the SESCS sandwich
beam are consistent with those of an under-reinforced concrete beam with typical
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Fig. 6.4 Failure modes of
SESCS sandwich beams,
reprinted from Wang et al.
(2021), copyright 2022, with

permission from Elsevier Bs3-100
ﬂ.\ MSM

Diagonal cracks

flexural failure. There is no buckling and separation of the top plate being observed for
the six SESCS sandwich beams, which demonstrates the effectiveness of employing
bolts for fastening the top plate to concrete core. Besides the concrete crushing and
cracking observed near the mid-span of the beam, the vertical and diagonal cracks
are also observed for the test beams near only one end of the beam, which results
in the slippage between the bottom plate and concrete core occurred at these ends
with cracks. It is observed after the impact test that all the beams (except for Bs4-
150) exhibit some slippages between the bottom plate and concrete core at only one
end of the beam, and the values of slippage are presented in Table 6.3. It is noted
that increasing bottom plate thickness and reducing concrete core thickness results in
larger value of slippage. In addition, the comparison of slippages of Bs4-100 and Bs4-
100 V reveals that larger deformation also causes larger value of slippage. One SCS
sandwich beam with bolt connectors (Bb4-100) was also tested under the same impact
load as the SESCS sandwich beam. However, it failed to resist the impact load and
experienced very large deformation (i.e., the mid-span displacement is greater than
135.7 mm). All the bolts in the left half-span of Bb4-100 exhibited shear failure after
impact test, which resulted in large slippage between the bottom plate and concrete
core in the left half-span with slippage value exceeding 69.3 mm. The comparison of
Bs4-100 and Bb4-100 reveals that the impact resistance of the SCS sandwich beam
can be significantly improved by employing stiffeners in the tension plate. It should
be mentioned that a temporary rigid support was placed below the beam before the
test to prevent falling of the beam from the two round bar supports and protect the
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Table 6.3 Summary of test results for SESCS sandwich beam

Specimen Fmax kKN) | Fiy (kN) | Dy (mm) | Dgm1 (mm) | Dgmz (mm) | Ss (mm)
Bs4-100 181.12 103.63 38.53 23.89 20.03 5.29
Bs3-100 178.36 96.12 42.68 22.37 23.81 5.15
Bs5-100 175.31 103.92 38.92 26.49 19.59 9.23
Bs4-120 204.91 131.49 29.99 15.25 17.27 4.17
Bs4-150 262.14 206.34 18.27 9.69 9.42 0
Bs4-100 V| 182.00 102.14 44.69 26.93 24.04 7.00
Bb4-100 - - >135.73 - - >69.3

Note Fax, Fm—Peak impact force and post-peak mean force; Dmm, Dgm1, Dgm2—Maximum values
of mid-span and quarter-span displacement; Ss—Value of slippage

instrumentations. The specimen Bb4-100 was found to touch the temporary rigid
support during the impact test. Hence, the measurements for Bb4-100 are not the
real values, and the real ones should be larger than the measurements.

Figure 6.5 presents the impact process of the specimen Bs4-100 V obtained from
the high-speed camera, and the failure mode and cracking evolution of the SESCS
sandwich beam can be observed. The first vertical crack of the concrete core occurs
at 2.3 ms near the mid-span. With continuous impact of the hammer, the shear force-
induced diagonal crack near the support occurs at 4.0 ms. Subsequently, the crushing
of concrete at compression zone occurs at 5.0 ms. The sequential occurrence of
vertical crack at tension zone and concrete crushing at compression zone is consistent
with the cracking patterns of an under-reinforced concrete beam with typical flexural
failure. This also indicates that the crushing of concrete at compression zone is mainly
caused by the sagging moment. With further impact of the hammer, the concrete
crushing zone exhibits continuous increase in area, and the vertical and diagonal
cracks also exhibit increase in their widths and numbers before the beam reaching
its maximum deflection at 17.7 ms.

The normalized deformed shapes of the SESCS sandwich beams are presented in
Fig. 6.6a, b, in which the ratios of §/6,,x were measured from the top plate and bottom
plate, respectively, after the impact test. Herein, § is the measured vertical distance
between the measured point and the point of the top (or bottom) plate at the support
after the impact tests, and 8.« 1S the maximum value of § along the span direction of
the beam. The normalized deformed profiles of all the test SESCS sandwich beams
exhibit bi-linear shapes with peak values of 6/§max at their mid-spans, which further
confirms the flexural deformation modes of the SESCS sandwich beams.

Load and Displacement Response
Figure 6.7 presents the typical impact force—time curve of the SESCS sandwich beam

(Bs4-100), together with its mid-span and hammer displacements versus time curves.
Three stages of the SESCS sandwich beam under impact load can be identified based
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Fig. 6.5 Impact process of the specimen Bs4-100 V, reprinted from Wang et al. (2021), copyright
2022, with permission from Elsevier

on the impact force and displacement response histories in Fig. 6.7, including inertial,
loading and unloading stages, as observed by other researchers (Zhao and Guo 2018;
Yan et al. 2020a, b, c, d). The impact force exhibits rapid and continuous increase to
the peak value once the hammer strikes the beam. The first peak impact force, which
is generally larger than the resistance of the beam, is induced by inertial effect at the
initial impact stage. This peak impact force cannot represent the real load carried by
the beam, and its value is governed by many factors, e.g., local contact stiffness, beam
mass, drop weight and height (or impact velocity), etc. In addition, the maximum
local indentation depth occurs at the inertial stage owing to the large first peak impact
force. Atinertial stage, the hammer displacement increase faster as compared to mid-
span displacement of the beam, and the displacement difference between the two,
which can generally represent the local indentation depth, reaches a constant value
at the end of inertial stage. This also indicates that the maximum local indentation
depth occurs at the inertial stage. In the loading stage, the beam continuously moves
downwards, sharing the identical velocity to the drop hammer. Hence, the inertial
effect is insignificant, and the impact force can generally represent the real load
carried by the beam. The impact force nearly exhibits a constant value with fluctuation
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Fig. 6.6 Normalized deformed shapes of SESCS sandwich beams: a Top surface, b Bottom surface,
reprinted from Wang et al. (2021), copyright 2022, with permission from Elsevier

of the curve in the loading stage. When the beam reaches its maximum displacement,
the hammer and beam start to rebound together. It enters unloading stage, and both the
hammer and mid-span displacements exhibit continuous decrease. In addition, the
impact force also decreases, which can be attributed to reduced contact area between
the hammer and beam caused by higher rebound speed of the hammer as compared
to the beam. The impact force drops to zero when the hammer completely separates
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reprinted from Wang et al. (2021), copyright 2022, with permission from Elsevier
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from the beam. The kinetic energy of the hammer is also presented in Fig. 6.7, and
it exhibits continuous decrease once the hammer strikes the beam. Moreover, the
monotonic increases of the hammer and mid-span displacements are also observed.
The impact energy of the hammer is completely absorbed by the SESCS sandwich
beam when the hammer and mid-span displacements reach their maximum values.
Moreover, the kinetic energy of the hammer also reduces to zero. It is also noted in
Fig. 6.7 that the impact energy absorbed through local indentation of the beam is
minimal and only occurs at inertial stage. Hence, the majority of the impact energy
is dissipated via global deformation of the SESCS sandwich beam.

Figure 6.8 presents the comparison of impact force—time histories of the SESCS
sandwich beams, and all the curves initially exhibit rapid increase to their peak values,
followed by the post-peak stable phase and decreasing phase. The load—mid-span
displacement curves of the SESCS sandwich beams are plotted in Fig. 6.9, and the
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Fig. 6.9 Impact force-mid-span displacement curves of test specimens: effects of a faceplate
thickness, b impact velocity and ¢ concrete thickness, reprinted from Wang et al. (2021), copyright
2022, with permission from Elsevier

effects of faceplate thickness, impact velocity and concrete core thickness on the
load—-mid-span displacement curves can also be revealed from Fig. 6.9. Further, the
post-peak mean force (F,), which is defined in Eq. (6.1) (Wang et al. 2014), is plotted
in Fig. 6.9 for comparison.

L%mFdD

F,= -
" Dmm - Do

6.1)

where D, is the maximum mid-span displacement, D, is the mid-span displacement
corresponding to first peak impact force, and F is the impact force. Figure 6.9a
shows that faceplate thickness has negligible effect on the peak impact force, i.e.,
the differences of peak impact forces between Bs4-100, Bs3-100 and Bs5-100 are
less than 3.3%, as presented in Table 6.3. The similar peak impact forces of these
three specimens can be attributed to the fact that these three specimens share similar
local contact stiffness, beam mass, drop weight and velocity. With regard to the post-
peak mean force which can represent the resistance of the beam, it is increased by
7.8% on increasing faceplate thickness from 2.84 to 3.52 mm, and further increasing
faceplate thickness to 4.46 mm has negligible effect on the post-peak mean force
owing to lower strength of faceplate and larger slippage being observed for Bs5-100.
Figure 6.9b presents the comparison of load—mid-span displacement curves of the
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SESCS sandwich beams with different drop heights, and increasing drop height from
1.2 to 1.4 m exhibits little effect on the peak impact force and post-peak mean force.
The effect of concrete core thickness on the load—mid-span displacement curves
of the SESCS sandwich beams is illustrated in Fig. 6.9c. The peak impact force is
increased by 13.1 and 44.7%, respectively, on increasing concrete core thickness
from 100 mm to 120 and 150 mm, owing to the increased beam mass and local
contact stiffness. In addition, increasing concrete core thickness also results in the
corresponding increase of post-peak mean force by 26.9 and 99.1%, respectively,
owing to the improved resistance of the beam.

Figure 6.10 presents the mid-span displacement—time curves of the six SESCS
sandwich beams. The beams exhibit continuous and rapid increase of deflection to
their peak values after struck by the hammer. Subsequently, the mid-span displace-
ments decrease when the hammer and beam start to rebound and move upwards.
The following constant value of mid-span displacement (i.e., permanent displace-
ment) can be observed. The comparison of maximum displacements of the beams is
presented in Table 6.3. Generally, the maximum defection of the SESCS sandwich
beam is found to decrease with the increase of faceplate thickness. The maximum
mid-span displacement of the SESCS sandwich beam is decreased by 9.7% on
increasing the faceplate thickness from 2.84 to 3.52 mm owing to the improved resis-
tance of the beam, and further increasing faceplate thickness to 4.46 mm exhibits
negligible influence on the maximum displacement. It is also noted in Table 6.3
that increasing concrete core thickness results in evident reduction of maximum
deflection of the SESCS sandwich beam owing to the improved resistance, i.e., the
maximum mid-span displacement is decreased by 22.2 and 52.6%, respectively, on
increasing the concrete core thickness from 100 mm to 120 and 150 mm.
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6.2.2 Numerical Study

6.2.2.1 FE Model Establishment

FE modeling of the SESCS sandwich beam under drop-weight impact loading was
conducted by employing the explicit code in LS-DYNA (Hallquist 2006). Figure 6.11
presents a typical half-symmetric FE model of the SESCS sandwich beam. As the
measured deformed shapes of the SESCS sandwich beams after the drop-weight
impact tests were not exactly symmetrical about their mid-spans, a shift of impact
point by 10 mm away from the mid-span was employed in the FE model. The
concrete, support and hammer were meshed with eight-node hexahedral elements
with reduced integration, and a stiffness-based hourglass control was employed for
preventing zero energy modes of the hexahedral element. The top and bottom plates
were meshed with Belytschko-Tsay shell elements, and five integration points were
chosen along the thickness of the shell element. The stiffeners were meshed with
eight-node thick-shell elements, which was convenient for the contact treatment
between the stiffeners and concrete. The bolts were meshed with Hughes-Liu beam
elements. The element size was determined as 10 mm based on the mesh sensitivity
analysis. As illustrated in Fig. 6.12, the impact force and mid-span displacement
over time curves obtained from the FE models with current element size (10 mm)
and smaller element size (5 mm) are found to be well matched. Hence, the current
element size was employed in the following analyses to reduce the computation
time. The contacts between two parts in the FE model were simulated via employing
the keyword “*Contact_Automatic_Surface_to_Surface” in LS-DYNA (Hallquist
2013). The soft constraint-based contact approach was employed for the contacts
between the concrete and steel which had different material stiffness parameters. The
stiffness-based contact approach was utilized to model the other contacts between two

Fig. 6.11 Half-symmetric
FE model of SESCS
sandwich beam, reprinted
from Wang et al. (2021),
copyright 2022, with
permission from Elsevier
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iffener
Support
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steel parts. There was no connection failure between the bolts and top plate as well as
between the stiffeners and bottom plate being observed during the test. The selected
nodes of the bolts and stiffeners were tied to the top and bottom plate, respectively, via
keyword “*Contact_Tied_Nodes_to_Surface”, as illustrated in Fig. 6.11. The perfect
bond behavior between the concrete and bolts was assumed in the FE model, and this
approach has been applicable to modeling the SCS sandwich panels and reinforced
concrete structures under dynamic loading (Wang et al. 2016; Li et al. 2015; Chen
etal. 2015). The nodes at the bottom of the round bar supports were constrained in the
translational and rotational directions. The keyword “*Initial_Velocity_Generation”
in LS-DYNA was employed to specify an initial impact velocity of the drop hammer
which was consistent with the measured impact velocity from the drop-weight impact
test. The damping was not considered in the FE model, as it has negligible effect on
the maximum displacement of the sandwich structure under impact loading (Liew
et al. 2015; Yan et al. 2020a, b, c, d).

Steel material of the SESCS sandwich beam was modeled with the Piecewise
Linear Plasticity model with the strain rate effect being considered via employing the
Cowper-Symonds model. Figure 6.13 presents the input true stress—effective plastic

Fig. 6.13 True 600
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from Wang et al. (2021),
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strain curves of the mild steels obtained from the tensile coupon tests. The flow stress
/P
of the mild steel is enhanced by multiplying a factor of 14 (85 o/ C) with the strain

rate parameters C and P to be defined as 802 s~! and 3.585, respectively (Abramowicz
and Jones 1986). With regard to the modeling of concrete, the Continuous Surface
Cap (CSC) model (FHWA 2007a, b) was employed, as it had successful application
in modeling concrete material under impact and blast loading (Wang et al. 2016;
Yan et al. 2020a). The failure surface, flow rule, damage formulation and strain rate
effect treatment of the CSC model were presented by FHWA (2007b). This model
is user-friendly, since the default parameters of the CSC model can be generated by
inputting mass density and unconfined compressive strength of the concrete.

6.2.2.2 FE Results and Discussions

The comparison of failure modes of the SESCS sandwich beam (Bs4-100) obtained
from the FE analysis and drop-weight impact test is presented in Fig. 6.14. The
flexural failure model of the SESCS sandwich beam with plastic hinge at the mid-
span can be reasonably captured by the established FE model. It can be seen from
the damage contour in Fig. 6.14 that the concrete exhibits more severe damage at
the mid-span and support where the cracking and crushing of concrete are observed
from the test.

Figure 6.15 presents the comparison of impact force—time curves obtained from
the impact tests and FE analyses, and the FE models are shown to provide accurate
predictions on the impact force responses of the SESCS sandwich beams. The peak
impact forces and post-peak mean forces of the SESCS sandwich beams obtained
from the FE analyses are compared with those from impact tests, and the compar-
ison is given in Table 6.4. The differences of peak impact forces between the FE-
predictions and test results are found to be less than 10%, and the differences of
post-peak mean forces are less than 12%. The average FE to test ratios of peak
impact force and post-peak mean force are 1.07 and 1.08, respectively, and their
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Fig. 6.14 Comparison of failure modes between FE and test, reprinted from Wang et al. (2021),
copyright 2022, with permission from Elsevier
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Fig. 6.15 Comparison of impact force—time histories, reprinted from Wang et al. (2021), copyright
2022, with permission from Elsevier

corresponding coefficients of variation are 0.028 and 0.056, respectively. Figure 6.16
presents the comparison of displacement responses of the SESCS sandwich beams
obtained from the FE analyses and impact tests, and good agreement between them
can also be observed. Table 6.4 indicates that the differences of maximum mid-span
displacements of the SESCS sandwich beams obtained from the FE analyses and
impact tests are within 4%, except for the specimen Bs4-150 whose maximum mid-
span displacement is over-predicted by 11%. This may be attributed to the absence
of adhesive bonding between the concrete and steel plates in the FE model as well as
the geometric imperfection of the fabricated specimen. The average FE to test ratio
of maximum mid-span displacement is 1.02 with coefficient of variation to be 0.055.
The comparisons of FE-predictions and test results in terms of failure mode, impact
force and displacement response can demonstrate the accurate predictions provided
by the established FE models of the SESCS sandwich beams.
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Fig. 6.16 Comparison of displacement—time histories, reprinted from Wang et al. (2021), copyright
2022, with permission from Elsevier

Figure 6.17 presents the concrete damage evolution of the specimen Bs4-100
during impact. The upper layer of the concrete at the mid-span exhibits immediate
local damage once struck by the hammer (see concrete damage contour at 0.4 ms
in Fig. 6.17). Subsequently, the lower part of the concrete core at the mid-span
also experiences evident damage at 0.8 ms, which is caused by the tensile stress.
With further impact by the hammer, the vertical cracking near the support occurs at
2.8 ms after the impact. The concrete damage contour of Bs4-100 at 17.2 ms when
its maximum deflection occurs is also presented in Fig. 6.17. The severe damage of
concrete is observed at the mid-span with more severe damage located at the bottom
surface, which confirms the flexural failure mode of the beam.

Figure 6.18a presents the plastic strain evolutions of the top plate, stiffener and
bottom plate. The top plate below the hammer immediately experiences local plastic



162 6 Stiffener-Enhanced Steel-Concrete-Steel Sandwich Beam and Panel ...

Damage parameter

s
8.991e-01 :I
7.992¢-01 _
6.993e-01 _
5.994¢-01
4.995¢-01 %
3.996e-01 _
2.997e-01 _
1.998e-01

9.990e-02 ]
0.000¢+00 _|

Fig. 6.17 Damage evolution of concrete of Bs4-100 during impact, reprinted from Wang et al.
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(2021), copyright 2022, with permission from Elsevier



6.2 SESCS Sandwich Beam Under Impact 163

deformation at 0.4 ms once the hammer strikes the beam. The local plastic deforma-
tion region of the top plate continuously grows with further impact of the hammer (see
effective plastic strain contour of the top plate at 3.6 ms in Fig. 6.18a). Subsequently,
the plastic deformation also occurs to the bottom plate (at the mid-span) and stiffener
(at the mid-span and regions welded with bolts). The plastic deformations of the top
plate, stiffener and bottom plate exhibit continuous growing with increasing deflec-
tion of the beam (i.e., larger plastic strain values and plastic deformation regions), as
can be seen in Fig. 6.18a at time of 12.0 and 17.2 ms. The regions of the top plate,
stiffener and bottom plate that experience plastic deformations are clearly presented
in Fig. 6.18b. The whole cross-sections of the top plate, stiffener and bottom plate
yield at the mid-span of the beam, which indicates the effective enhancement of the
stiffener to the bending resistance of the beam. In addition, the plastic deformations
of the stiffener are observed at the regions welded with bolts, which is caused by the
longitudinal shear forces from the bolts. The effective bonding behavior between the
stiffener and bolts plays essential roles on preventing the shear failure of bolts which
was observed for the SCS sandwich beam without stiffeners after the drop-weight
impact test.

6.2.3 Analytical Study

The analytical model for predicting the global displacement—time history of the
SESCS sandwich beam is presented in this section. Generally, both local and global
deformation of a structural member determines its impact-induced damage level
(Wang et al. 2015b). Owing to the insignificant local damage of the SESCS sandwich
beam observed from the drop-weight impact test, the damage level of the SESCS
sandwich beam can be dominated by its global deformation. Hence, the maximum
global defection of the SESCS sandwich beam can be employed for evaluating its
impact-induced damage level, similar to the damage level evaluation of the structural
member under blast loading (ASCE 2011). The analytical model presented in this
section can be a simple alternative for predicting the damage level of the SESCS
sandwich beam under impact loading.

6.2.3.1 Analytical Formulation

It is assumed that the SESCS sandwich beam immediately moves downwards with
the velocity being identical to the hammer once it is struck by the hammer. Hence, an
equivalent Single-Degree-of-Freedom (SDOF) system can be employed for repre-
senting the displacement response of the SESCS sandwich beam under impact
loading, as illustrated in Fig. 6.19. This approach has also been successfully applied
in predicting the displacement responses of the SCS sandwich beams and panels
under low-velocity impact loading (Liew et al. 2009; Guo and Zhao 2019b). The
equation of motion of the SDOF system can be written as
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Fig. 6.19 Equivalent SDOF

system for SESCS sandwich Hammer

beam under impact loading,

reprinted from Wang et al. Beam

(2021), copyright 2022, with L < J
permission from Elsevier

SDOF TD

(me +mp)D + F(D) =0 (6.2)

where m, is the equivalent mass of the beam, m;, is the hammer mass, and F(D) is
the resistance versus displacement relationship of the beam. The equivalent mass of
the beam can be given as

me = k,,my, (6.3)

where k,, and m;, are the mass factor and beam mass, respectively. The mass factor
is calculated as (Biggs 1964)

) PPdx

kim
L

(6.4)

where L is the clear span of the beam, and ¢(x) is the shape function and given in
Eq. (6.5) for the left half-span (x < L/2) (Biggs 1964).

X (3L% — 4x2) elastic
T p

With regard to the resistance—displacement function of the beam under concentrated
load at the mid-span, F (D), the flexural resistance and deflection are calculated, since
they govern the resistance and deflection of the beam with flexural failure mode. The
following assumptions are employed for simplifying the calculation of yielding and
ultimate bending moment of the SESCS sandwich beam: (a) the steel faceplates abide
by the elastic-perfectly plastic behavior, (b) plane section assumption still works in
the SESCS sandwich beam and (c) tension strength of concrete is negligible. In the
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Fig. 6.20 Stress diagram for bending resistance calculation of SESCS sandwich beam: a cross-
section, b stress for yielding bending resistance c stress for ultimate bending resistance (yielding
of partial cross-section of stiffener) and d stress for ultimate bending resistance (yielding of whole
cross-section of stiffener), reprinted from Wang et al. (2021), copyright 2022, with permission from
Elsevier

elastic range, both the strain and stress are linearly distributed along the depth of the
SESCS sandwich beam, as illustrated in Fig. 6.20. Employing the force equilibrium
gives

N1+Nts_Nc_Ncs =0 (66)

Based on the linear relationship of stress and strain in the elastic range, the resultant
forces in Eq. (6.6) can be obtained as

he —x.+1/2
N, = x——}_t/Exset,B
Xe
2h. — 2x, — hy
Nm = —Eseehsts
Xe
1
N.= ~x,BE.&,
2
t./2
Ng = min(uEssetcB, nPRd>
Xe
Pra = min<0.2 furd®/yy, 0.29ad> /T, E. /yv> 6.7)

As illustrated in Fig. 6.20, N, N, N, N are the resultant forces of the bottom plate,
stiffener, concrete and top plate, respectively; x, denotes the neutral axis position;
he, t;, hy, t. and B are the geometric parameters of the SESCS sandwich beam in
Fig. 6.20; E; and E, are the Young’s modulus of steel and concrete, respectively;
€. 1s the strain at the top compression fiber of the concrete corresponding to the
end of elastic range; Pgy, n and d are the shear strength of single bolt connector
as specified in Eurocode 4 (2004a), number of bolt connectors provided between
maximum moment and zero moment, and diameter of bolt connector, respectively;
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fu and f 4 are the ultimate strength of bolt connector and compressive strength of
concrete; y,, is the partial factor (Eurocode 2004b).
If N = )%’/ZEY &.t. B, substituting Egs. (6.7) into (6.6) leads to the neutral axis

position, x,, as
—Ii+,/I} +2BK1,

= 6.8
X BE (6.8)

where K = E./E,, I} = (& + to)B + 2hyty, L = (the +12/2—12/2)B +
(2h, — hy)hgt;. If Ny = n Pgry, the neutral axis position, x,, is calculated as

—L+.,/I; +2BK14

= 6.9
x BK (6.9)

where I3 = t;B + 2hsty + nPry/Esé,, 14 = t;B(h, +t;/2) + (2h. — hy)hgt,. The
yielding bending moment, M, can be obtained by taking moment about the acting
point of N, as

Se(hc — Xe + tt/z)

M, — EsBt,(he + 1,)2 + 1./2)
Y xe
2e,(he — x. — hy
4 26l - ) Bty (he — hy )2 +1./2)
ge(hc - xe)

1
Eshgts(he — hg/3 +1./2) — 5“3‘6EcxeB(xe/3 +1./2) (6.10)
Xe

where ¢, = min(ey, &, €3). €1, &2 and g3 are the strains at the top compression fiber
of the concrete corresponding to three cases of the end of elastic range, and they are
given as follows:

Case 1: the yielding of bottom plate, i.e., 0; = f,, which leads to

Xe fy

— 6.11
(hc — Xe + tt)Es ( )

&1 =
Case 2: the strain of concrete reaches the limit of elastic strain, i.e., 0. = 0.4 f,
(Eurocode 2004b), which gives

0.4 f.0
& = E—f (6.12)

Case 3: the shear strength of bolt connector is reached and Nc¢s = n P Rd, we have
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I’lPRd
= 6.13
&3 BLE. (6.13)

With regard to the ultimate bending moment calculation for the SESCS sandwich
beam, the force equilibrium in Eq. (6.6) is also applied, and the resultant forces can
be given as

N, = fyBt;
Ney = min(fthc, nPRd)
Ne = AxpnfaB (6.14)

where A and 5 are the factors defining the effective height of compression zone and
effective strength of concrete, respectively. They are given as (Eurocode 2004b)

s 0.8 fex < 50MPa
~ 1 0.8 = (fux — 50)/400 S0MPa < f.; < 90MPa
n = 1.0 fer < 50MPa 6.15)
1.0 — (fux — 50)/200 50MPa < f.; < 90MPa

The ultimate bending moment of the SESCS sandwich beam is reached when the top
compression fiber of the concrete reaches ultimate compressive strain, €.,. They are
two different stress distributions of the stiffeners when the ultimate bending moment
is achieved, i.e., partial or whole cross-section of the stiffener yields, as illustrated in
Figs. 6.20c, d, respectively. When the strain at the top layer of the stiffener exceeds
yield strain, &y, whole cross-section of the stiffener yields, which leads to

he — x, — hy

Eeu = Egy (616)
Xp
Then, we have
cu hc - h
5, < Soulhe = ) 6.17)
Ecu+8sy

In this case, the resultant force of the stiffener, Ny, is given as

Nis = 2h,t, f, (6.18)

Substituting Egs. (6.14) and (6.18) into Eq. (6.6) yields

Nes + Anx,Bf, — 2hsts fy — Bt f, =0 (6.19)
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Then, we have

B 2hgts fy + Bty fy — Nes
P AnBf,

(6.20)

2hS s B LS
i );' Bt’ frm < g‘g e v, —2) the whole cross-section of the stiffener yields,

and Egs. (6.19) and (6.20) are apphcable Taking moment about the acting point of
N, gives the ultimate bending moment of the SESCS sandwich beam as

2h, +t, — A te + A
M, = ﬁBt(%) + N(%) + ftshy(2he — ax, — hy)
6.21)

Hence, if

2ty [+ Bl fy=Nes _ ewulhe—hy)
If y y > cu C s

B fe . EcutEsy
force equilibrium gives

, the partial cross-section of the stiffener yields. The

[fy _ }%ll;_h&gcuEs][hs —h, + (St#)%]
2

Ncs + Mlxprc - 2ts hsfy -
— Bt,f, =0 (6.22)

Then, x,, can be calculated as

—Is+ /12 + 4l

I6ls

(6.23)

xp=

where Is = (hs — he) (fy —éaEs + (8014 + Ssy)/gcu)’ Is =

(fy Ecu .&)(SL'M + 8sy)/8c-utsa I7 = ts(hs - hc‘)z - 2hstsfy - nytt + Ncs~
Then, the ultimate bending moment of the SESCS sandwich beam can be given in
Eq. (6.24) by taking moment about the acting point of N..

My = fthl(hC + /2 — Axp/2) + NCS(IC/Z +Axp/2) -I—nytShS(hC —Axp/2 — hs/2)

he —x—h Ecu T &s
—fs<fy_ < % XscuEs)|:hs—hc+( = Yy)xpi|

Ecu
3ecu

|:hc —xp)2— s+ hef3 — (‘EJ’“)X"} (6.24)

The curvatures corresponding to the yielding and ultimate bending moment of the
SESCS sandwich beam (¢, and ¢,) can be given as
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86 SCM
¢y = ¢p = (6.25)

Xe Xp
Then, the corresponding mid-span displacements can be calculated as

L2 L?
Dy= ¢12 P D= ¢i2

(6.26)

Herein, the calculation of D, is based on the “minimum stiffness principle” (Gu
et al. 2015), which assumes that the bending stiffness along the whole span of the
beam is the same, and the bending stiffness at the position with maximum bending
moment (or minimum bending stiffness) is chosen for the deflection calculation.
This method leads to larger curvature and flexure-induced deflection of the beam
as compared to the actual one. However, the shear deformation of the beam which
is not considered in this method may offset the calculation deviance due to using
the “minimum stiffness principle”. The resistances of the beam corresponding to the
yielding and ultimate bending moment (F, and F,) are given as

_4aM,

4M,
.’ u =

L

F, (6.27)

The tri-linear curve is employed herein to describe the resistance—displacement
relationship of the SESCS sandwich beam under concentrated load at the mid-span,
as illustrated in Fig. 6.21. It is known that the mild steel exhibits evident strain rate
effect, and its strength increases with the increase of strain rate. The Dynamic Increase
Factor (DIF) is usually employed to represent the strength enhancement. Owing to
the variation of strain rate during impact, the strength enhancement or DIF also varies.
The average strain rate was employed herein to simplify the treatment of strain rate
effect on the strength enhancement. The maximum strain rate of the beam occurs at
initial impact stage when the beam exhibits maximum velocity. Subsequently, the
strain rate of the top and bottom plate at initial impact stage can be calculated in
Eq. (6.28) by assuming the neutral axis is located at middle layer of the beam.

Fig. 6.21 Tri-linear F
force—displacement curve
employed for analytical E [y
model, reprinted from Wang
et al. (2021), copyright 2022, F [~
with permission from
Elsevier
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& = <h ;L tc)di (6.28)

where ¢ is the curvature rate of the beam at the mid-span and given in Eq. (6.29) by
employing the elastic deflection shape function in Eq. (6.5).

. 12V
= L2

(6.29)

where V) is the initial velocity of the beam and can be obtained in Eq. (6.30) by
applying the conservation of momentum.

%
Vo= —h? (6.30)

m, +my,

where V is the impact velocity of the hammer. Since the strain rate drops to zero
when the maximum displacement is reached, the average strain rate can be taken as
the half of the maximum strain rate as

&y = &/2 (6.31)

Then, DIF of the faceplate can be obtained by employing the Cowper-Symonds
model as

DIF, =1+ (&5/C)F (6.32)

To include the strain rate effect of mild steel into the analytical model, yield stress
of the faceplate, f, in the equations for calculating the resistances is enhanced via
multiplying a factor of DIF; in Eq. (6.32). For the established SDOF system with
the equation of motion being presented in Eq. (6.2), the initial displacement and
velocity are zero and V), respectively. The numerical method can be employed to
solve the equation of motion in Eq. (6.2) and obtain the displacement—time response
of the SESCS sandwich beam. Herein, the fourth-order Runge—Kutta time stepping
procedure was employed.

6.2.3.2 Analytical Validation

Figure 6.16 presents the comparison of mid-span displacement—time histories of the
SESCS sandwich beams obtained from the analytical models with those obtained
from the tests and FE analyses, and reasonable agreements among them can be
observed. Table 6.4 lists the maximum mid-span displacements and their compar-
isons with test data. The differences of the maximum mid-span displacements
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between the analytical predictions and tests are less than 6%, except for the spec-
imen Bs4-150 with analytical-predicted maximum mid-span displacement being
23% larger than test data. The over-predicted displacement response of the spec-
imen Bs4-150 from the analytical model may be caused by the underestimation of
the stiffness of the beam after yielding due to using the “minimum stiffness prin-
ciple” (Gu et al. 2015). The underestimation of the stiffness of the beam has more
significant effect on the displacement response of the beam with smaller deforma-
tion. Hence, the bigger difference of the maximum mid-span displacement between
the test and analytical-prediction is observed for the specimen Bs4-150 with smallest
maximum mid-span displacement (18.27 mm). The average analytical-prediction to
test ratio of the maximum mid-span displacement is 1.06 with coefficient of vari-
ation to be 0.086. The aforementioned comparisons demonstrate that the proposed
analytical model is reasonable and can be employed as a simple alternative to predict
displacement response of the SESCS sandwich beam under impact loading.

6.3 SESCS Sandwich Panel Under Impact

6.3.1 Experimental Study

6.3.1.1 Specimens

Figure 6.22 presents the SESCS sandwich panel designed for the drop-weight impact
test. The fabrication process of the SESCS sandwich panel is similar to that of

Fig. 6.22 General Top plate

illustration of the SESCS Concrete
sandwich panel, reprinted
from Wang et al. (2022),
copyright 2022, with
permission from Elsevier

Stiffners

Bottom plate

Bolts

0=
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Table 6.5 Summary of specimens for SESCS sandwich panel (unit: mm)

Specimen te he t H

Ps4-70 3.52 70 3.52 1800
Ps3-70 2.84 70 2.84 1800
Ps5-70 4.46 70 4.46 1800
Ps4-80 3.52 80 3.52 1800
Ps4-90 3.52 90 3.52 1800
Pb4-70 3.52 70 3.52 1800
Ps4-70 V 3.52 70 3.52 1400

Note t., h., and t,—Thicknesses of top plate, concrete core and bottom plate; H—Drop height; Ps
and Pb stand for the SESCS sandwich panel and SCS sandwich panel, respectively

SESCS sandwich beam, which includes four steps, as illustrated in Fig. 6.2. Seven
specimens were prepared for the drop-weight impact tests to study the effects of
various parameters on the impact responses of SESCS sandwich panels. Table 6.5
presents the varying parameters for all the specimens. One specimen (Ps4-70) was
designed as a control specimen with 3.52 mm thick steel plates and 70 mm thick
concrete core. To study the effects of the steel plate and concrete core thicknesses, two
specimens were designed with 2.84 and 4.46 mm thick steel plates, and two specimens
were designed with concrete core thickness of 80 and 90 mm. Furthermore, one
specimen with all the parameters same as the control specimen was prepared to study
the influence of drop height, and one specimen was designed as a traditional SCS
sandwich panel without stiffeners to compare the impact resistance with the newly
developed SESCS sandwich panel. The length and width of all the specimens were
same (i.e., 1700 and 840 mm for length and width, respectively). The diameter and
spacing of bolts for all the specimens were 12 and 140 mm, respectively. The stiffeners
of SESCS sandwich panels had the same dimension of 1700x40x3.52 mm?, and the
spacing of stiffeners in width direction was 140 mm. Q235 mild steel was employed
for the steel plates of the SESCS sandwich panels, and normal weight concrete was
employed for the concrete core. Their material properties were obtained from the
tensile coupon tests and uniaxial unconfined compressive tests for steel and concrete,
respectively. Table 6.2 presents the material properties of mild steel plates, bolts and
concrete.

6.3.1.2 Test Setup and Instrumentation

The drop-weight impact test method has been widely adopted by researchers to
evaluate the impact resistance of the SCS sandwich structures (Lu et al. 2021; Zhao
et al. 2018). Hence, in this study, the impact tests on SESCS sandwich panels were
performed using a drop-weight impact test system, as shown in Fig. 6.23 for the
impact test setup and instrumentation. The preliminary FE simulations on the SESCS
sandwich panels were conducted to obtain the suitable mass and drop height of the
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Fig. 6.23 Test setup and instrumentation: a Photograph and b schematic view, reprinted from Wang
et al. (2022), copyright 2022, with permission from Elsevier

hammer. The mass of the hammer for all the specimens was 590 kg, and the hammer
was dropped freely from the height of 1.8 m for all the specimens except for one
specimen which was subjected to a drop height of 1.4 m (refer to Table 6.5). The
SESCS sandwich panels were simply supported on two circular bar supports with
a clear span of 1500 mm, as presented in Fig. 6.23. It should be mentioned that
the specimens were tied to the support using steel wires to prevent the uplift of
the specimens during their rebounds. A dynamic load cell was embedded in the
hammer head to measure the impact force, and three potentiometers (one at the
center of the panel, one at the free side of the panel in mid-span, and one at quarter-
span) were used to measure the displacements of the specimens. A data logger with
a sampling frequency of 100 kHz was employed for recording the impact force—
and displacement—time histories. The impact process and deformation of the SESCS
sandwich panels were captured using a high-speed camera with a sampling frequency
of 3000 frames/sec.

6.3.1.3 Test Results and Discussions

There were seven specimens subjected to impact load at their centers using the
hemispherical drop hammer. The test results are summarized in Table 6.6, including
peak impact forces and maximum displacements recorded by the dynamic load cell
and three potentiometers, respectively.
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Table 6.6 Summary of test results for SESCS sandwich panel

Specimen Frax (KN) Fr (KN) Dpm (mm) Dpymg (mm) Dgm (mm)
Ps4-70 323.91 243.92 40.87 35.95 21.48
Ps3-70 306.35 217.70 42.26 37.10 22.60
Ps5-70 387.82 274.89 36.43 29.70 17.26
Ps4-80 371.90 270.44 33.63 28.20 17.56
Ps4-90 438.52 300.91 28.85 24.59 15.96
Pb4-70 228.81 185.20 54.03 37.04 27.97
Ps4-70 V 330.86 242.64 31.15 27.02 17.05

Note Fax, Fmm—Peak impact force and post-peak mean force; Dimm, Dmms, Dgm—Maximum values
of the displacements at mid-spans (center and free side) and quarter-spans of the panels

Damage Analysis of SESCS Sandwich Panels

Figure 6.24 presents the seven specimens after drop-weight impact tests, and all of
them exhibit global flexural deformation mode with plastic hinges being observed
at their mid-spans. The flexural deformation mode also results in vertical cracks
occurred at the mid-spans of specimens, and the vertical crack width exhibits the
largest value near the bottom surface and gradually decrease as the crack approaches
the neutral axis. Besides the flexure-induced vertical cracks at the mid-span, the
shear force-induced diagonal cracks near the support are observed for the specimens

Vertical cracks at mid-span

Fig. 6.24 Failure modes of SESCS sandwich panels, reprinted from Wang et al. (2022), copyright
2022, with permission from Elsevier
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Ps3-70, Ps4-70, Ps4-80, and Ps4-90. Moreover, some of the specimens (Ps4-70,
Ps5-70, and Ps4-70) exhibit vertical cracks of concrete above the support, which is
caused by the larger reaction force. There is no fracture, buckling, or separation of
the steel plates being observed for any of the tested specimens, which indicates that
the structural integrity of the SESCS sandwich panels is maintained. Moreover, no
slip between the concrete core and steel plates is observed, which reveals that the
proposed SESCS sandwich panels exhibit desirable resistance to interfacial shear.

The comparison of cracking patterns of the specimens with variant steel plate
thicknesses reveals that increasing steel plate thickness tends to reduce the occurrence
of diagonal crack near the support, i.e., the diagonal crack is not observed for the
specimen Ps5-70 with the thickest steel plate, while both the specimens Ps3-70
and Ps4-70 exhibit diagonal cracks. However, increasing steel plate thickness of the
SESCS sandwich panel can result in the increased possibility of occurrence of vertical
crack above the support, i.e., the specimens Ps4-70 and Ps5-70 with higher steel plate
thickness exhibit vertical crack above the support. This is because increasing steel
plate thickness leads to larger bending resistance of the SESCS sandwich panel, and
thus larger reaction force from the support. It is also noted in Fig. 6.24 that increasing
concrete thickness results in reduced width and length of vertical cracks at mid-span
owing to the decreased impact-induced deformation of the SESCS sandwich panel.
Moreover, the possibility of occurrence of vertical crack above the support is found
to be reduced by increasing the thickness of concrete core, which can be attributed
to the improved local bearing resistance for the panel with a thicker concrete core.
The presence of stiffeners in tension plate is found to reduce the vertical crack width
owing to the smaller deformation of the specimen Ps4-70 as compared to Pb4-70
without stiffeners. The drop height also exhibits a noticeable influence on the cracking
patterns of the SESCS sandwich panel. Only vertical crack of concrete at mid-span
is observed for the specimen Ps4-70 V with a lower drop height of 1.4 m. However,
increasing drop height from 1.4 to 1.8 m causes the increase of vertical crack width
at mid-span as well as the occurrence of diagonal crack near the support and vertical
crack above the support.

Impact Force Response

The impact force and displacement over time responses of all the tested specimens
exhibit similar behavior. Figure 6.25 presents the typical impact force—time curve
as well as center and hammer displacement versus time curves to reveal the impact
response of the SESCS sandwich panel. Three impact response stages can be iden-
tified based on Fig. 6.25, including inertial, loading, and unloading stages, similar
to the observations by other researchers (Yan et al. 2020a, b, c, d; Zhao and Guo
2018). In the inertial stage, there is a sudden increase in the impact force within
2 ms, which is due to the inertial effect. During this stage, a contact is developed
between the drop hammer and panel, initiating local indentation on the top surface.
Meanwhile, the local indentation zone of the panel is forced to move downwards
with the same velocity as that of drop hammer. The hammer displacement exhibits
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Fig. 6.25 Typical impact force and displacement—time histories of the SESCS sandwich panel,
reprinted from Wang et al. (2022), copyright 2022, with permission from Elsevier

faster increase as compared to center displacement, and the displacement difference
between the two increases in the inertial stage and approaches a constant value at
the end of inertial stage. The loading stage occurs from 2 to 15 ms, during which the
drop hammer and panel move downwards together. The impact force exhibits evident
fluctuation in the loading stage, which can be attributed to the relative motion of the
drop hammer and panel. With regard to center and hammer displacements in the
loading stage, both of them exhibit continuous increase up to their maximum values,
and the displacement difference is nearly constant. At the end of loading stage, the
maximum deformation of the panel occurs, and the hammer velocity reduces to zero.
The unloading stage is observed from 15 to 25 ms with the rebound of the panel. The
impact force and displacement exhibit monotonic decrease in the unloading stage.
The impact force drops to zero when the hammer is completely separated from the
panel. Partial impact energy stored in the panel transforms to kinetic energy owing
to elastic recovery of the panel.

Figure 6.26 shows the impact force—time histories of all the tested specimens,
and the peak impact forces are also listed in Table 6.6. The effect of steel plate
thickness on the impact force response is illustrated in Fig. 6.26a, and higher impact
force in loading stage is observed for the SESCS sandwich panel with thicker steel
plate owing to the improved resistance of the panel. This effect was also observed
in a study conducted by Zhao et al. (2018). With regard to the peak impact force
presented in Table 6.6, it also exhibits increase with the rise in steel plate thickness
owing to the enhanced contact stiffness and resistance of the panel. The peak impact
force is increased from 306.35 kN to 323.91 and 387.82 kN (by 5.73% and 26.59%),
respectively, on increasing the thickness of steel plate from 2.84 mm to 3.52 and
4.46 mm. There is a noticeable improvement in the impact resistance of the SESCS
sandwich panel with the increase of concrete core thickness, as presented in Fig. 6.26b
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Fig. 6.26 Impact force—time histories of test specimens: effects of a steel plate thickness, b concrete
core thickness, ¢ presence of stiffener, and d drop height, reprinted from Wang et al. (2022), copyright
2022, with permission from Elsevier

and Table 6.6. The peak impact force of the SESCS sandwich panel with a 70 mm
thick concrete core (Ps4-70) is 323.91 kN which is increased to 371.90 kN and
438.52 kN (by 14.81 and 35.38%), respectively, when concrete core thickness is
raised to 80 and 90 mm. The increase in concrete core thickness can improve contact
stiffness and resistance of the panels, which results in higher peak impact force, as
demonstrated in Fig. 6.23b. Sohel and Liew (2014) also revealed that the concrete
thickness influenced the impact resistance of the SCS sandwich panel. A comparison
of impact force—time histories of specimens Ps4-70 and Pb4-70 are presented in
Fig. 6.26¢ to reveal the effect of stiffeners on the impact force response of the panels.
Specimen Ps4-70 is the proposed SESCS sandwich panel, whereas specimen Pb4-70
is the traditional SCS sandwich panel without stiffeners. Figure 6.26¢ shows that the
peak impact force of the panel is increased by 41.56% on employing stiffeners in
the tension plate. This demonstrates that the impact resistance of the sandwich panel
is significantly improved with the presence of stiffeners. Figure 6.26d presents the
effect of drop height on the impact force response of the SESCS sandwich panels,
and the reduction in drop height from 1.8 m to 1.4 m exhibits negligible effect on
the peak impact force (330.86 kN and 323.91 kN). However, there is a reduction in
damage and deformation of the panel owing to less applied impact energy. Zhao et al.
(2018) noted that there was a limited influence on the maximum impact force in the
loading stage for the SCS sandwich panel subjected to different impact velocities,
and this study presented the similar observation.
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The peak impact force at the inertial stage cannot represent the actual resistance of
the specimen because it is mainly caused by the inertial effect and strongly depends
on the contact stiffness of the specimen. Nevertheless, the post-peak mean force
(defined in Eq. (6.1)) could provide a better evaluation of the actual resistance of the
specimen subjected to impact loading. The impact force versus center displacement
curves for all the tested specimens are plotted in Fig. 6.27. There is a sharp rise
in the impact force upon the impact by the hammer due to inertial effect and large
contact stiffness, whereas the displacement remains below 2 mm. However, after the
development of contact between the hammer and panel, the hammer forces the panel
to move downwards, showing continuous increase in the displacement of the panel.
Though there is continuous increase in the displacement, there are some fluctuations
and drop in the impact force owing to the impact-induced vibration and crushing of
the concrete at the impact point, respectively. It can be noticed from Figs. 6.27a, b
that the post-peak mean force of the SESCS sandwich panel is evidently increased
with the increase in the thickness of concrete core and steel plates, i.e., the post-peak
mean force is increased by 23.4 and 26.3%, respectively, on increasing the concrete
core thickness from 70 to 90 mm and steel plate thickness from 2.84 to 4.46 mm. The
significant improved post-peak mean force (by 31.7%) of the SESCS sandwich panel
can be observed in Fig. 6.27c as compared to the traditional SCS sandwich panel
without stiffeners, which indicates the improved impact resistance of the SESCS
sandwich panel owing to the presence of stiffeners in the tension plate. Figure 6.27d
indicates that the impact velocity has negligible effect on the post-peak mean force
and resistance of the specimen.
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Fig. 6.28 Center displacement—time histories of test specimens: effects of a steel plate thickness,
b concrete core thickness, ¢ presence of stiffener, and d drop height, reprinted from Wang et al.
(2022), copyright 2022, with permission from Elsevier

Displacement Response

The center displacement—time histories of the seven specimens are given in Fig. 6.28,
and the corresponding maximum displacements are summarized in Table 6.6. During
the experiments, when the drop hammer impact was applied on the panels, no detach-
ment between panels and supports were observed during the loading process (i.e., up
to the maximum displacement). However, the panels uplifted from the support during
the unloading process due to the rebound, which can also be noticed in Fig. 6.28.
After the rebound, the displacement of the panels became stable. The effect of steel
plate thickness on the displacement—time histories are shown in Fig. 6.28a, and both
the maximum and permanent displacements exhibit decrease with the increase of
steel plate thickness, owing to the enhanced impact resistance of the panel. Table
6.6 indicates that the maximum center displacement of the panel is reduced by 3.40
and 16.00%, respectively, on increasing the thickness of steel plate from 2.84 mm to
3.52 and 4.46 mm. Moreover, the deflection of the SESCS sandwich panel is found
to be reduced as the concrete core thickness is increased owing to the improved stiff-
ness and resistance of the panel, as illustrated in Fig. 6.28b. Table 6.6 reveals that the
maximum center displacement is reduced from 40.87 mm to 33.63 and 28.85 mm (by
21.52 and 41.66%), respectively, on increasing concrete core thickness from 70 mm
to 80 and 90 mm. Figure 6.28c indicates that the SESCS sandwich panel with the
presence of stiffeners evidently outperforms the traditional SCS sandwich panel in
resisting impact load. The maximum center displacement of Ps4-70 is reduced by
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24.36% compared to that of Pb4-70. Figure 6.28d exhibits a reduction in the deflec-
tion of the panel due to decrease in drop height and impact energy, i.e., the maximum
center displacement is reduced by 31.20% on decreasing drop height from 1.8 m to
1.4 m.

After the tests, the permanent deformed shapes of all the specimens were measured
manually using a laser ranging device. Figure 6.29 presents the normalized deformed
shapes of the tested specimens in span direction, which further demonstrates that the
global flexural deformations of the panels are formed, along with local indentation
in the impact zone.

Energy Absorption Response

Among the seven tested specimens, six of them were subjected to the same impact
energy with mass of hammer and drop height of 590 kg and 1.8 m. But, one spec-
imen (PS4-70v) was tested with lesser impact energy (i.e., 590 kg mass of hammer
and 1.4 m drop height). Energy—displacement curve is considered to evaluate and
compare the energy absorption behavior of the proposed SESCS sandwich panel and
traditional SCS sandwich panel under impact load. Also, the effects of concrete thick-
ness, steel plate thickness and drop height on the energy absorption response of the
SESCS panel are studied. Figure 6.30 presents the energy versus hammer displace-
ment curves of the seven tested specimens, which are obtained by integrating the
impact force with hammer displacement. It is noted that the energy absorbed by the
panel almost exhibits a linear increase with the hammer displacement and reaches
the peak value when the displacement of the hammer is maximum. A small fraction
of the impact energy absorbed by the panel is released owing to the elastic recovery
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of the steel and concrete material. It is also noted in Fig. 6.30 that the maximum
energy absorbed by the panel subjected to the same impact energy is approximately
the same. Moreover, the energy absorbing rate of the panel is found to be increased
by increasing the thickness of concrete core and steel plate as well as employing the
stiffeners, which also indicates an improved impact resistant performance.

6.3.2 Numerical Study

6.3.2.1 FE Model Establishment

The LS-DYNA software was used to carry out the numerical studies on the SESCS
sandwich panels under impact loading. The half-symmetric FE model (shown in
Fig. 6.31) was established owing to the symmetry of the specimen and loading
condition. The element formulations, material models and properties, contact treat-
ments and mesh sizes are consistent with those of SCS sandwich beams presented
in Sect. 6.2.2.1.

6.3.2.2 Numerical Results and Discussions

The comparisons of impact force and displacement—time histories obtained from
the tests and FE predictions are presented in Figs. 6.26 and 6.28, respectively.
Figure 6.26 shows that the FE-predicted impact force—time histories match well with
the test results for all the SESCS sandwich panels. The impact force—time histories
from the FE simulations also experience three impact stages (i.e., inertial, loading,
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and unloading stages), similar to the test results. Likewise, the FE-predicted center
displacement—time histories of the panels are also well matched with the test data,
as shown in Fig. 6.28. Table 6.7 presents the comparison of FE predictions and test
results in terms of peak impact force and maximum center displacement. The differ-
ence between the FE predictions and test results for peak impact force is found to
be less than 7%, and the average ratio of FE to test for peak impact force is 0.96
with a coefficient of variation (COV) of 0.059. With regard to the maximum center
displacement, its difference between the FE predictions and test results is less than
13%, and the average ratio of FE to test for maximum center displacement is 1.07
with a COV of 0.033. From the above comparisons of impact force and displace-
ment responses between the FE predictions and test results, the accuracies of the
established FE models can be validated.

Table 6.7 Comparison of FE predictions with test results

Specimen Fmaxre (KN) F maxFE/F max DmmFE (mm) DiymFE/Dmm
Ps4-70 349.82 0.93 43.14 1.06

Ps3-70 330.22 0.93 45.18 1.07

Ps5-70 386.03 1.00 39.06 1.07

Ps4-80 408.30 0.91 36.18 1.08

Ps4-90 456.48 0.96 31.51 1.09

Pb4-70 245.15 0.93 54.77 1.01

Ps4-70 V 309.64 1.07 35.20 1.13
Average - 0.96 - 1.07

COoV - 0.059 - 0.033

Note The parameters with FE as the subscript stand for the FE predictions



6.3 SESCS Sandwich Panel Under Impact 183

@) Damage

pal ameter
9.990e-01
7.992e-01 _
O O 6.993¢-01 _
5.994-01 _
(b) : :::ej:
1.998e-01
9.990e-02 ]
il 0.000e+00 |
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The validated FE model was employed to reveal the damage evolution of concrete
core during impact, and Fig. 6.32 presents the damage contours of concrete core at
different times. The concrete core at impact zone immediately experiences local
damage once being struck by the drop hammer, as it can be seen in Fig. 6.32a at
0.4 ms. At this moment, the damage of concrete is not observed at the free side of
the panel (see Fig. 6.32b at 0.4 ms). Subsequently, local punching shear failure of
the concrete core at impact zone can be observed at 4 ms, whereas flexure-induced
damage of concrete at the free side of the panel can be observed with damage of
concrete only appearing at the bottom surface (refer to Fig. 6.32b at 4 ms). The
damage of concrete above the support occurs at 6 ms, and the concrete core exhibits
increasingly severe damage with further collision. The maximum deflection of the
panel is reached at 15.2 ms, and corresponding damage contours of the concrete core
are also presented in Fig. 6.32. Punching shear failure of the concrete core at impact
zone is evident, and the severe damage of concrete core at the free side of the panel
occurs at mid-span and support owing to the large sagging moment at mid-span and
reaction force at the support, respectively.

6.3.2.3 Parametric Studies

The influences of limited parameters on the impact resistance of the SESCS sandwich
panels were explored experimentally. However, the design of panels may include
several parameters to be considered for its use as an impact-resistant structural
member. Hence, by employing the validated FE model, parametric studies were
conducted to investigate the influence of various parameters on the impact responses
of SESCS sandwich panels. The examined parameters were the impact velocity,
hammer mass, impact energy (or initial kinetic energy), and momentum of the
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hammer. One specimen (Psc) was selected as the reference specimen with same
geometry and material properties to the specimen Ps4-70; two specimens (Psv5 and
Psv7) were employed to study the effect of impact velocity; Psm3 and Psm9 were
considered to investigate the influence of mass of hammer; the effect of impact energy
was studied using Psk81 and Psk135 (while the identical momentum of the hammer
was kept by selecting different combinations of impact velocity and hammer mass);
the influence of momentum of the hammer was explored through Psp18 and Psp54
(while keeping the identical kinetic energy of the hammer by selecting different
combinations of impact velocity and hammer mass). The details of the specimens
for parametric studies and results are listed in Table 6.8.

The effects of impact velocity on the peak impact force, post-peak mean force
and maximum center displacement of the SESCS sandwich panel are depicted in
Fig. 6.33a. With the increase in impact velocity from 5 m/s to 6 and 7 m/s, the
peak impact force is increased by 14.69 and 24.49%, respectively. Likewise, the
corresponding increase of post-peak mean force is 16.16 and 24.77%, as listed in
Table 6.8. This is because of the increase in kinetic energy associated with the higher
impact velocity applied on the panels. Moreover, the increased impact velocity also
increases the maximum center displacement, which can also be attributed to the
improved impact energy. The maximum center displacement of the SESCS sand-
wich panel is increased by 26.00 and 58.32%, respectively, on increasing the impact
velocity from 5 m/s to 6 and 7 m/s (or increasing the impact energy by 44 and 96%).
Itis noted that the increase in percentage of maximum center displacement is smaller
than that of impact energy, which can be attributed to the improved post-peak mean
force with the increase in the impact velocity. The energy—hammer displacement
curves in Fig. 6.34a exhibit a noticeable rise in the maximum energy absorption and
hammer displacement with the increase in the impact velocity. Moreover, evidently
higher energy absorbing rate (i.e., the slope of energy versus hammer displacement
curve) can be observed for the SESCS sandwich panel subjected to higher impact
velocity when the hammer displacement exceeds around 10 mm.

Table 6.8 Summaries of numerical results

Specimen |v (m/s) |m(kg) |k(k)) |p(kgm/s) |Fmax kN) |Fp (kN) |Dpm (mm)
Psc 6.0 600 10.8 3600 367.00 219.84 43.98
Psv5 5.0 600 7.5 3000 319.98 189.25 34.90
Psv7 7.0 600 14.7 4200 398.35 236.14 55.26
Psm3 6.0 300 54 1800 327.35 145.36 26.04
Psm9 6.0 900 16.2 5400 368.21 245.61 58.90
Psk81 4.5 800 8.1 3600 289.30 198.68 37.58
Psk135 7.5 480 13.5 3600 403.77 229.30 51.12
Pspl18 12 150 10.8 1800 438.71 255.23 38.42
Psp54 4.0 1350 10.8 5400 313.35 213.70 45.54

Note v, m, k, p-Impact velocity, hammer mass, kinetic energy and momentum of the hammer
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Figure 6.33b presents the influence of mass of hammer on the peak impact force,
post-peak mean force and maximum center displacement of the SESCS sandwich
panel. The increase in the hammer mass from 300 kg to 600 and 900 kg shows
a limited influence on the peak impact force of the SESCS sandwich panel (i.e.,
increase by 12.11 and 12.48%, respectively). However, a noticeable increase of post-
peak mean force by 51.24 and 68.97% is observed owing to the higher impact energy
applied on the panel. Moreover, increasing hammer mass from 300 kg to 600 and
900 kg also leads to 68.89% and 126.19% increase in the maximum center displace-
ment, which is also due to the significantly increased impact energy (by 100% and
200%). Likewise, the increase in magnitude of maximum center displacement is
less significant as compared to the improvement of impact energy. The influence of
increase in hammer mass on the energy absorption behavior of the SESCS sand-
wich panel is found to be similar to the influence of increasing impact velocity, as
presented in Fig. 6.34b.

Figure 6.33c presents the effect of impact energy on the impact response of the
SESCS sandwich panel. Herein, the same momentum of the hammer is kept by
varying both the impact velocity and hammer mass, as presented in Table 6.8. It is
noted in Fig. 6.33c that the peak impact force, post-peak mean force and maximum
center displacement exhibit increase with the increase of impact energy, which is
consistent with the effects of impact velocity and hammer mass on the impact
response of the SESCS sandwich panel. The peak impact force, post-peak mean force
and maximum center displacement are increased by 39.56%, 15.41% and 36.03%,
respectively, on increasing the impact energy from 8.1 to 13.5 kJ (by 66.67%).
Energy—hammer displacement curves plotted in Fig. 6.34c also demonstrates that
the energy absorbed by the SESCS sandwich panel increases with the increase in
the applied impact energy (or initial kinetic energy). Higher applied impact energy
results in higher peak impact force and post-peak mean force, which also leads to an
increased energy absorbing rate of the SESCS sandwich panel.

The influence of momentum of the hammer on the impact response of the SESCS
sandwich panel is presented in Fig. 6.33d. Herein, the same impact energy of the
hammer is kept by varying both the impact velocity and hammer mass, as listed
in Table 6.8. The peak impact force in Fig. 6.33d exhibits an evident decrease (by
16.34 and 28.57%, respectively) by increasing the momentum of the hammer from
1800 kg-m/s to 3600 and 5400 kg-m/s. This is mainly caused by the reduced impact
velocity, i.e., the impact velocity is reduced from 12 m/s to 6 and 4 m/s. This indicates
that the peak impact force is more sensitive to the impact velocity, which is consistent
with the observation from Fig. 6.33a. Figure 6.33d also indicates that the increase
of momentum leads to the reduction of post-peak mean force, but the increase of
maximum center displacement. Although the same impact energy is applied on the
SESCS sandwich panel, the reduced impact velocity may result in a smaller strain
rate and resistance of the panel. Hence, lower post-peak mean force and higher
maximum center displacement are observed for the panel subjected to the impact
with a higher momentum (or smaller impact velocity). The energy versus hammer
displacement curves in Fig. 6.34d also shows that the energy absorbed by the panels
is approximately the same owing to the identical applied impact energy. In addition,
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the energy absorbing rate is found to be reduced by increasing momentum of the
hammer owing to the reduced post-peak mean force.

6.4 Summary

A new SCS sandwich structure enhanced with stiffeners in the tension plate (i.e.,
SESCS sandwich structure) was proposed for impact resisting. The impact responses
of SESCS sandwich beams and panels were studied and presented in this chapter.
The main findings are summarized as follows:

ey

2

3

“

&)

(6)

All the SESCS sandwich beams exhibited flexural failure modes with evident
plastic hinges located at their mid-spans, which resulted in vertical cracks
and crushing of concrete in the tension and compression zone, respectively.
Some slippages between the bottom plate and concrete core were observed,
which could be caused by the vertical and diagonal cracks near the support.
Experimental results revealed that the impact resistance of the SESCS sandwich
beam was significantly improved as compared to the SCS sandwich beam with
bolt connectors.

The impact resistance of the SESCS sandwich beam was found to be improved
by increasing concrete core and faceplate thickness in terms of larger post-peak
mean force and smaller deflection.

Numerical studies on the SESCS sandwich beam under impact loading were
conducted, and the damage evolution of the concrete core during impact was
revealed. Moreover, the whole cross-section of the stiffener at the mid-span was
found to yield, which demonstrated the effective enhancement of the stiffener to
the bending resistance of the beam. An analytical model based on the equivalent
SDOF system was proposed for predicting the displacement response of the
SESCS sandwich beam under impact loading, and reasonable predictions from
the analytical model was demonstrated.

All the SESCS sandwich panels exhibited the combined deformation mode
of global flexure and location indentation, and three types of concrete cracks
were observed, including vertical cracks at mid-span, diagonal cracks near the
support, and vertical cracks above the support.

The proposed SESCS sandwich panels with stiffeners in tension plate exhibited
superior impact resistance compared to the traditional SCS sandwich panel in
terms of higher peak impact force and post-peak impact force as well as smaller
deformation. The maximum displacement of the SESCS sandwich panel was
reduced by 36.90% on increasing the thickness concrete core by 20 mm, and
there was a reduction of 15.67% by increasing the steel plate thickness from
2.84 to 4.46 mm.

The damage evolution of concrete core of the SESCS sandwich panel during
impact was revealed. Punching shear failure of concrete core was observed at
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the impact zone, whereas flexure-induced damage of concrete at the free side
of the panel was observed.

(7) Parametric studies indicated that the peak impact force was more sensitive to
the impact velocity. The post-peak mean force was found to be increased by
increasing the impact velocity and mass of hammer. The maximum displace-
ment of the SESCS sandwich panel was slightly increased by increasing the
momentum of the hammer even though the same impact energy was applied
on the panel.
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Chapter 7
Curved Steel-Concrete-Steel Sandwich Geda
Shells Under Impact

7.1 Introduction

A curved steel-concrete-steel (CSCS) sandwich shell is composed of two curved
steel plates, concrete core and shear connectors. It is developed to be mainly used
in nuclear plants, offshore platforms, arctic caissons and protective structures (Ali
etal. 2013; Hoff 1998; Huang and Liew 2016d; Huang et al. 2015b; Montague 1975)
owing to its good mechanical performance. Meanwhile, the concrete debris will not
spall outside when subjected to impact load owing to confinement provided by steel
plates, which is suitable for protective structures (Mizuno et al. 2005).

Most of the existing studies were concentrated on the performances of SCS sand-
wich structures subjected to static load. To name a few, Yan et al. (2019a) conducted
static experiments on CSCS sandwich shells under concentrated load. Lin et al. (2018
and 2019) explored the failure mechanisms of SCS beams through static tests, and
their failure types were also identified. The extensive studies on the staftic perfor-
mances of CSCS sandwich shells were also conducted (Yan et al. 2016a, b, ¢, 2019b;
Yan and Zhang 2017). Huang and Liew (20164, c¢) proposed the SCS wall and estab-
lished an analytical model to calculate its resistance. Huang and Liew (2015a; 2016b)
also carried out experimental, numerical and analytical studies on SCS panels with
novel ultra-lightweight cement as core material. The flexure and shear performances
of SCS slabs were also experimentally studied (Leng et al. 2015; Leng and Song
2017), and an analytical model was developed to predict their resistances.

However, the studies on impact behaviors of SCS sandwich structures (especially
CSCS sandwich shells) are still limited. Liew et al. (2009) and Sohel et al. (2015)
carried out experimental studies on SCS beams subjected to impact loading, and an
analytical model was developed to predict their force—indentation relationships. In
addition, Sohel and Liew (2014) also studied the impact behaviors of SCS sandwich
slabs by employing experimental and analytical methods. Remennikov and Kong
(2012) and Remennikov et al. (2013) conducted low-velocity impact tests on the
axially-restrained SCS sandwich panels, and the corresponding Finite Element (FE)
models were also established and validated against the test data. The responses of
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SCS sandwich panels under drop-weight impact loading were experimentally and
numerically studied (Zhao and Guo 2018; Zhao et al. 2018). Moreover, an analytical
model was developed by Guo and Zhao (2019) for predicting displacement responses
of the SCS sandwich panels under impact loading. With regard to the SCS sandwich
panel under blast loading, its analytical model was developed and validated with
the FE results (Wang et al. 2015, 2016b). Wang et al. (2016a) also experimentally
studied the SCS sandwich panels under lateral pressure load, and the uniform pressure
loading was achieved by employing an inflated airbag. However, all previous studies
were focused on impact performances of SCS sandwich beams or panels, while
limited works were carried out on impact performances of CSCS sandwich shells
which had been proven to have superior performance under static loading (Huang
etal. 2015b; Yan et al. 2016a, 2019a). Therefore, the impact performances of CSCS
sandwich shells need to be studied to promote the application of such structure in
resisting impact loading.

In this chapter, impact tests on nine CSCS sandwich shells were conducted by
dropping a hammer with hemispherical head to obtain the impact force, displacement
histories and failure modes. The effects of concrete thickness, steel plate thickness
and spacing of shear connectors on the impact performances of CSCS sandwich
shells were discussed. The FE models of CSCS sandwich shells were established
and validated by comparing the FE-predicted impact force histories, displacement
histories and failure modes with experimental results. In addition, an analytical model
based on the equivalent single-degree-of-freedom (SDOF) method was proposed
for predicting displacement responses of the CSCS sandwich shells under impact
loading.

7.2 Test Program

7.2.1 Specimens

Nine CSCS sandwich shells were tested under drop-weight impact loading. Figure 7.1
illustrates the geometries of the specimens. The width (W), span (L), radius (R)
and rise height (H) of all the nine specimens are 1200, 1200, 750 and 300 mm,
respectively. High strength bolts with grade 8.8 were used as shear connectors in
order to achieve strong composite action. The diameter of bolt was 12 mm. Four
parameters were experimentally studied based on nine test specimens, including
concrete thickness (70, 80 and 90 mm), steel plate thickness (2.87, 3.57 and 4.54 mm),
thickness ratio of top to bottom steel plate (2.87—4.54 and 4.54-2.87 mm-mm) and
spacing of shear connector (140, 200 and 260 mm), as shown in Table 7.1. The
fabrication process of CSCS sandwich shells are given in Fig. 7.2. The steel plates
were rolled into curved shape in the factory and welded to the end plates for forming
the skeletons of CSCS shells. The bolts were installed through the holes reserved
on the steel plates. Subsequently, the skeletons of CSCS shells were erected on the
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Fig. 7.1 General illustration
of the CSCS sandwich shell,
reprinted from Yan et al.
(2020a), copyright 2022,
with permission from
Elsevier

Top and bottom
steel plate

Table 7.1 Parameters of CSCS sandwich shells

Shear connectors

193

End plate

Specimen te (mm) | fe (MPa) | 115 (mm) | 1 (mm) | fy (MPa) E (GPa) S (mm)
CSCS3-70-3-200 | 70 32.73 2.87 2.87 350.32 209.27 200
CSCS3-80-3-200 | 80 32.73 2.87 2.87 350.32 209.27 200
CSCS3-90-3-200 | 90 32.73 2.87 2.87 350.32 209.27 200
CSCS4-70-4-200 | 70 32.73 3.57 3.57 307.28 206.70 200
CSCS5-70-5-200 | 70 32.73 4.54 4.54 332.70 215.61 200
CSCS3-70-5-200 | 70 32.73 2.87 4.54 350.32/332.70 | 209.27/215.61 | 200
CSCS5-70-3-200 | 70 32.73 4.54 2.87 332.70/350.32 | 215.61/209.27 | 200
CSCS3-70-3-140 | 70 32.73 2.87 2.87 350.32 209.27 140
CSCS3-70-3-260 | 70 32.73 2.87 2.87 350.32 209.27 260

Note t. is concrete core thickness, 4 is top steel plate thickness, 75 is bottom steel plate thickness, f¢ is
compressive strength of concrete, fy is yield strength of steel plate, Ej is elastic modulus of steel plate,

and S is spacing of shear connector

ground, and concrete casting was implemented. After 28 days curing of the concrete,

the fabrication of specimens was completed.

7.2.2 Materials

Q235 mild steel was employed for the skeletons of CSCS sandwich shells, including
top and bottom steel plates as well as end plates (in Fig. 7.1). The material properties
of mild steel were obtained through conducting tensile coupon tests. Table 7.1 shows
the yield stress (f) and elastic modulus (E;) of steel plates with different thicknesses.
The unconfined compressive strength of concrete was 32.73 MPa, and its elastic
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Fig. 7.2 Fabrication process: a rolling steel plates into curved shape, b erecting CSCS sandwich
shells and ¢ casting concrete, reprinted from Yan et al. (2020a), copyright 2022, with permission
from Elsevier

modulus was 27.13 GPa. The yield and ultimate stress of bolt were 640 and 800 MPa,
respectively.

7.2.3 Test Setup

The impact tests were carried out by utilizing a drop-weight impact test device, as
shown in Fig. 7.3. The drop-weight impact test device is composed of a hammer
with 100-mm-diameter hemispherical head, alterable counterweights (from 400 to
1000 kg) as well as a 600-kN force sensor which is installed between the hammer
head and counterweights. The hammer weight (M) was 800 kg, and the drop height
was 3 and 5 m, as given in Table 7.2.

CSCS sandwich shells were fixed to the triangular supports (refer to Fig. 7.3)
via 18 bolts with diameter of 20 mm. The triangular supports were settled on the
supporting beam (refer to Fig. 7.3) by 32 high strength bolts with diameter of 30 mm.
All movements and rotations of the end plates of the CSCS sandwich shells are
restrained by bolts to realize the fixed boundary condition. The high-speed camera
was employed to capture the drop hammer with 2000 frames per second. In order
to obtain the displacement histories of the bottom steel plate, two displacement
transducers were used, and their layouts are shown in Fig. 7.4. The data logger
TST5912 was used to record the impact forces and displacements.
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Fig. 7.3 Drop-weight impact test setup a photo and b 3D view, reprinted from Yan et al. (2020a),
copyright 2022, with permission from Elsevier

7.3 Test Results and Discussions

Nine CSCS sandwich shells were tested against low-velocity impact loading. Eight
specimens were subjected to the impact loading by dropping the hammer with drop
height of 3 m. One specimen (CSCS3-70-3-260) was tested under the impact loading
with drop height of 5 m to obtain the severe damage of the CSCS sandwich shell.
Therefore, the effects of different parameters on impact performances of the CSCS
sandwich shells were analyzed based on the former eight specimens with the same
impact loading.

7.3.1 Damage Analysis of CSCS Shells

All specimens exhibited a deformation mode combined by local and global defor-
mation. The central displacement of the bottom steel plate (D) was obtained by the
displacement transducer WB2 (refer to Fig. 7.4). The displacement of the hammer
(Dy,) was measured by the high-speed camera.

The failure modes of all nine CSCS shells are dominated by local indentation and
can be categorized into three types (refers to Fig. 7.5). Failure type I (plastic deforma-
tion of steel plate without fracture) occurred to specimen CSCS5-70-5-200, CSCS5-
70-3-200 and CSCS3-70-3-140. Failure type II (fracture of top steel plate) occurred
to specimen CSCS3-70-3-200, CSCS4-70-4-200 and CSCS3-70-5-200. Failure type
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Fig. 7.4 Layout of displacement transducers, reprinted from Yan et al. (2020a), copyright 2022,
with permission from Elsevier
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Fig. 7.5 Local deformation of top steel plate, reprinted from Yan et al. (2020a), copyright 2022,
with permission from Elsevier
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Fig. 7.6 Concrete punching shear failure, reprinted from Yan et al. (2020a), copyright 2022, with
permission from Elsevier

III (penetration of steel plate) was observed for specimen CSCS3-80-3-200, CSCS3-
90-3-200 and CSCS3-70-3-260. With thicker top steel plate and smaller spacing of
shear connectors, the impact resistance and composition action of specimens were
improved, which resulted in minor damage of the CSCS shell (Failure type I). This is
because the thicker steel plate improved the punching shear resistance of the CSCS
sandwich shell, which has been proved in former studies (Yan et al. 2019a, 2016a).
The failure mode of the CSCS sandwich shell subjected to low-velocity impact load
is similar to that under static concentrated load, i.e., initial punching shear failure and
subsequent membrane stretching of steel plates (Yan et al. 2019a). When the defor-
mation was small, the steel plate and concrete core resisted impact force together,
as illustrated in Fig. 7.6. In this stage, concrete core was the main contributor to the
impact resistance. After the concrete core was punched, the membrane stretching of
the top steel plate mainly contributed to the impact resistance. The concrete could
still offer some impact resistance, as the bottom steel plate provided confinement to
the concrete core (refers to Fig. 7.7). Thus, the thicker steel plate resulted in higher
impact resistance of the CSCS shell. The impact resistance of the CSCS shell would
be decreased as the decease of top steel plate thickness. Thus, the failure damage

Fig. 7.7 Membrane
stretching of steel plate,
reprinted from Yan et al.
(2020a), copyright 2022,
with permission from
Elsevier
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became more serious, which was fracture of the top steel plate in this test. However,
if the spacing of shear connectors was too large, the composition action of the CSCS
shell would be weakened, leading to the most serious failure type (penetration of top
steel plate). Meanwhile, the thicker concrete core could enhance the impact resis-
tance of the CSCS shell (i.e., higher impact force and smaller displacements of both
bottom steel plate and hammer), but could result in the most serious failure type
owing to reduced local deformation zone. The reason is that thicker concrete core
resulted in higher stiffness of the CSCS shell, which could reduce the indentation
of concrete core near the periphery of drop hammer and lead to smaller area of
local deformation. Moreover, thicker concrete core resulted in smaller deformation
of steel plates, which can be seen from Table 7.2 that both D;, and D;, decreased with
increasing thickness of concrete core. Figure 7.8 shows the global deformation of
the CSCS shells with typical three failure types after impact tests. The permanent
global deformation (D,) was measured by the displacement transducer WB1 (refers
to Fig. 7.4). It shows that the D, of the specimens with three failure types were small
(i.e., the ratio of global deformation to local deformation is less than 9.9% for all
the tested specimens). The specimen with more serious failure type had smaller area
of local deformation and global deformation. For thicker concrete core and thinner
steel plates, the impact energy was mainly absorbed by the shear failure of concrete
and fracture of top steel plate. While for thicker steel plates, the fracture of top steel
plate was prevented, and thus the impact energy dissipated by global deformation
was relatively higher.

Figure 7.9a shows the impact force and displacement histories of specimen
CSCS5-70-5-200 with failure type I. The impact process is composed of three stages,
i.e., inertial stage, loading stage and unloading stage (Zhao and Guo 2018). The iner-
tial stage occurred in the first 2 ms. The drop hammer and the CSCS sandwich shell
contacted during inertial stage, resulting in the local impact zone of the shell being
forced to move downwards with the same velocity of the drop hammer. Thus, the
impact force increased rapidly to a peak value. However, the significant change of
impact force at this stage was induced by inertial effect and could not represent the
actual load carrying capacity of the CSCS shell (Zhao and Guo 2018). The impact
force vibrated after the inertial peak. Meanwhile, the central displacement of the
bottom steel plate (D;) and hammer displacement (Dj,) increased rapidly. The loading
stage occurred from 2 to 13 ms for specimen CSCS5-70-5-200. The drop hammer
and CSCS sandwich shell moved together with the impact force increasing in this
stage owing to the increasing resistance of the CSCS shell via membrane stretching
of the top steel plate. When the specimen reached its maximum displacement, the
impact force also achieved to its maximum value which was called peak impact force
(F ). The impact force in this stage could generally represent the load carried by the
CSCS shell. The local deformation zone was continuously expanding to achieve an
increasing membrane resistance of the shell. The concrete core was also crushed, and
partial impact force was transferred to the bottom steel plate through the concrete
core and shear connectors. The loading stage finished as the velocity of the hammer
reduced to zero. The unloading stage occurred from 13 to 23 ms for CSCS5-70-5-
200. In this stage, the energy stored in the CSCS shell started to decrease. The impact
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Fig. 7.8 Global deformation
of three failure types (Dy is
global deformation): a
CSCS5-70-5-200, b
CSCS3-70-3-200, ¢
CSCS3-80-3-20, reprinted
from Yan et al. (2020a),
copyright 2022, with
permission from Elsevier
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force would drop down to zero after the hammer rebounded, and the D, recovered
to a stable value. The two steel plates deformed together to resist impact load, and
therefore the values of D;, and D, showed same trend. However, almost constant
difference between D;, and D;, during impact process observed in Fig. 7.9a was due
to the local indentation.

As for the impact force and displacement histories of specimen CSCS3-70-3-
200 with failure type II in Fig. 7.9b, three stages during impact process can also be
observed, similar to the specimens with failure type I. However, the steel plate started
to fracture at 6 ms during loading stage, which led to a sudden drop of impact force
(refer to Fig. 7.9b). At this moment, the hammer still went downwards, while the
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Fig. 7.9 Impact force and
central displacement
histories for specimens with
different failure types: a
CSCS5-70-5-200, b
CSCS3-70-3-200, ¢
CSCS3-80-3-200, reprinted
from Yan et al. (2020a),
copyright 2022, with
permission from Elsevier
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impact force monotonically decreased because of the continuous fracture of the top
steel plate. When the displacement reached to the maximum value, the velocity of the
hammer reduced to zero, and the loading stage finished. The difference between D,
and D, was stable before fracture of the top steel plate. After that, slower increase of
D, as compared to D, was observed, which could be attributed to the reduced impact
energy transferred to the bottom steel plate after fracture of the top steel plate, i.e.,
partial impact energy originally dissipated by the bottom steel plate before fracture
was dissipated by concrete and top steel plate.

Figure 7.9c shows the impact force and displacement histories of specimen
CSCS3-80-3-200 with failure type III, and similar three stages during impact process
can also be observed. However, the top steel plate was penetrated by the hammer
(6—12 ms in Fig. 7.9¢), which led to the drop of impact force from the peak value to
a stable value. At this moment, the hammer continuously moved downwards, while
the impact force remained a stable value. This stable impact resistance was provided
by the concrete core below the hammer head, which was confined by surrounding
concrete and bottom steel plate. The difference between D;, and Dj, remained stable
before penetration of the top steel plate. After that, slower increase of Dj, was seen, and
the difference between D, and D, after penetration was more significant as compared
to failure type II, which was due to more portion of impact energy dissipated by
penetration of the top steel plate and subsequent crushing of concrete.

7.3.2 Impact Force History

Figure 7.10 depicts impact force—time histories of eight specimens under the same
impact loading, and the influences of concrete core thickness, steel plate thickness,
thickness ratio of top to bottom steel plate and spacing of shear connectors were
discussed as follows.

Figure 7.10a shows the influences of concrete core thickness (70, 80, and 90 mm)
on impact force histories. The variation of concrete core thickness showed little effect
on peak impact force (increased from 304.86 to 316.40 kN and 331.71 kN). However,
by increasing the thickness of concrete core, the failure type was shifted from fracture
of the top steel plate to penetration, resulting in more serious damage. The reason
is that thicker concrete core resulted in smaller area of local deformation and more
serious damage of the top steel plate. Yan et al. (2019a) have observed the similar
behaviors in the former studies on CSCS shells under concentrated load applied in a
quasi-static manner. Generally, the inertial peak force is affected by impact velocity,
mass and contact stiffness. The impact velocity and mass were same for the eight
specimens, and therefore only contact stiffness affects the inertial peak force in this
test. Figure 7.10a shows that thicker concrete core can enhance the contact stiffness,
leading to the higher inertial peak force from 202.34 kN to 224.80 and 282.45 kN
(improved by 11.1% and 39.6%).

Figure 7.10b shows the effect of steel plate thickness (2.87, 3.57 and 4.54 mm)
on impact force histories. By increasing steel plate thickness from 2.87 to 3.57 and



7.3 Test Results and Discussions 203

(a) 350 T T T T (b) 400 = T . .
\ [—— csCs3-70-3-200)
T 3507 i - - - CSCS4-70-4-200] ]|
= — 300 =+ CSCS5-70-5-200
< 1 Z .
2 = 250
2 4 o
5 g
£ 1 S 200
8 2 150
= ] =9
= £ 100
—— CSCS3-70-3-200| \: ]
- - - CSCS3-80-3-200 . 50|
ol |-----€SCs3-90-3-200 ] o
- - ) e
0 10 20 30 40 50
Time (ms)
(¢) 400 . . . . (@ 40
350l oo [——CsCs3-70-3-200] | 350
FAVAE - - - CSCS3-70-5-200)
o 300f P ---C8Cs5-703:200 ] o 300
< < 250
3 o
1 —
s S 200
= =
S Q
g g 150
g £ 100
50|
0!

Time (ms) Time (ms)

Fig. 7.10 Comparison of impact force histories for specimens: a concrete core thickness, b steel
plate thickness, ¢ top to bottom steel plate thickness ratio and d spacing of shear connectors,
reprinted from Yan et al. (2020a), copyright 2022, with permission from Elsevier

4.54 mm, the peak impact force was improved from 304.86 to 339.73 and 389.93
kN, respectively (improved by 10.2% and 27.9%). Meanwhile, the damage of CSCS
shell could be mitigated, as “plastic deformation of steel plate without fracture”
occurred to CSCS5-70-5-200 with thickest steel plate. The thicker steel plate means
higher strength, which resulted in higher impact force of the CSCS shell during
loading stage. Moreover, the thicker steel plate could dissipate more impact energy
and resulted in less damage of the CSCS shell. Increasing thickness of steel plate
also enhanced contact stiffness, leading to higher inertial peak force from 202.34 to
208.35 kN and 238.19 kN (improved by 3.0 and 17.7%).

Figure 7.10c depicts the influence of thickness ratio of top-to-bottom steel plate on
impact force. Both CSCS3-70-5-200 and CSCS5-70-3-200 (with same total thickness
of top and bottom steel plates, but different thickness ratio) exhibited the similar peak
impact force, but the failure types of them were different. No fracture was observed for
specimen CSCSS5-70-3-200 with thicker top steel plate. However, fracture of the top
steel plate occurred to specimen CSCS3-70-5-200. The inertial peak force showed in
Fig. 7.10c indicates that increasing top steel plate thickness could enhance the contact
stiffness, and therefore the higher inertial peak force was observed for specimen
CSCS5-70-3-200 as compared to CSCS3-70-5-200. Increasing bottom steel plate
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thickness could also enhance the contact stiffness, but showed less enhancement as
compared to increasing top steel plate.

Figure 7.10d presents the effect of spacing of shear connectors on impact force.
The decrease of spacing from 200 to 140 mm resulted in the increase of peak impact
force from 304.86 to 360.21 kN (increased by 18.2%) owing to the enhanced compo-
sition action of the CSCS shell. The top and bottom steel plates as well as shear
connectors worked together to resist the impact force during the loading stage, and
smaller spacing of shear connectors could improve the contribution of the bottom
steel plate to impact resistance of the CSCS shell. Figure 7.10d also shows that
decreasing spacing of shear connectors can increase the inertial peak force from
202.34t0218.15 kN (improved by 7.8%). This is mainly because the contact stiffness
can be enhanced with higher composition action.

7.3.3 Displacement History and Permanent Deformation

The central displacement histories of the bottom steel plate (D;) of eight specimens
are shown in Fig. 7.11. Increasing the concrete core thickness is found to reduce the
maximum displacement of the bottom steel plate, as shown in Fig. 7.11a, i.e., the
maximum displacement is reduced from 57.00 mm to 49.68 and 41.75 mm, respec-
tively (decreased by 12.8 and 26.75%). This is mainly because both the stiffness and
resistance of the specimen are enhanced by increasing thickness of concrete core.
The influence of steel plate thickness on D, is plotted in Fig. 7.11b. By increasing
steel plate thickness from 2.87 mm to 3.57 and 4.54 mm, the maximum displace-
ment decreases from 57.00 mm to 54.04 and 49.31 mm (decreased by 5.2% and
13.5%). The increased steel plate thickness can also improve the resistance and stiff-
ness of the CSCS shell, which led to the reduction of maximum displacement. This
phenomenon could also be observed from Fig. 7.11c. The summed thickness of top
and bottom steel plates for specimen CSCS3-70-5-200 and CSCS5-70-3-200 were
the same, and thus the maximum displacement of them were similar and higher than
that of CSCS3-70-3-200 with smaller summed thickness. However, the thicker top
steel plate showed higher resistance and stiffness, which resulted in slightly lower
maximum displacement (48.68 mm for CSCS5-70-3-200 and 49.83 mm for CSCS3-
70-5-200). Figure 7.11d depicts the effect of spacing of shear connectors on D;. By
decreasing the spacing of shear connectors, the maximum displacement was reduced
from 57.00 mm to 52.45 mm (decreased by 8.7%) owing to the higher composition
action of the CSCS shell.

Figure 7.12 plots the permanent deformations of the CSCS shells along arch and
width directions. The deformations of top steel plates were obtained by using a laser
ranging device after impact tests. The intervals were 10 mm within the impact area (a
200-mm-diameter circle) and 50 mm out of the impact area. The local deformation
of the CSCS shell was more obvious while the global deformation occupied only a
little part of the whole deformation. For the tested CSCS sandwich shells with thicker
concrete core and thinner steel plates, the impact energy was mainly absorbed by
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Fig. 7.11 Comparison of central displacement history of bottom steel plate for specimens: a
concrete core thickness, b steel plate thickness, ¢ top to bottom steel plate thickness ratio and
d spacing of shear connectors, reprinted from Yan et al. (2020a), copyright 2022, with permission
from Elsevier

fracture of the top steel plate as well as shear failure of concrete. While for the
CSCS sandwich shells with thicker steel plates, the fracture of the top steel plate was
prevented, and thus relatively more impact energy was dissipated through global
deformation.

7.4 Numerical Modeling

7.4.1 FE Model Establishment

The FE analysis was conducted based on LS-DYNA, and quarter FE model of the
CSCS shell under drop-weight impact loading was established, as shown in Fig. 7.13.
The concrete core and drop hammer were modeled with an eight-node brick element,
combined with reduced integration. In order to simulate steel plates, Belytschko-Tsay
shell element was employed. Hughes-Liu beam element was employed for modeling
shear connectors. Yan et al. (2019a) have obtained the optimal mesh sizes for the
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Fig. 7.12 Permanent deformation of the top steel plate along a arch direction and b width direction,
reprinted from Yan et al. (2020a), copyright 2022, with permission from Elsevier

CSCS shell in order to achieve both accurate FE-predictions and less computing time
as follows: 2 x 2 mm? mesh size for steel plates in the impact zone and 30 x 30
mm? at the edge of the shell; 10 x 10 x 10 mm? for concrete core; 10 mm for shear
connectors.

In order to simulate concrete core under impact load with both accuracy and effi-
ciency, the Continuous Surface Cap (CSC) material model in LS-DYNA (Hallquist
2006) was adopted. This model was developed by US Federal Highway Administra-
tion (FHWA 2007) and widely used in recent years to model concrete under dynamic
loading. Meanwhile, the users can obtain the default parameters for ordinary concrete
by inputting basic parameters, including unconfined compressive strength, density
and maximum aggregate size. Piecewise Linear Plasticity (PLP) material model was
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employed to model steel plates and shear connectors. The users can define the stress—
strain relationship and failure strain according to their tensile coupon test data. In
this study, the true stress—effective plastic strain relationships for the steel plates with
different thicknesses were given in Fig. 7.14. The failure strain was defined as 0.2
for failure type II and III, i.e., the element with effective plastic strain exceeding
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0.2 will be removed from the FE calculation. The strain rate effect was taken into
consideration by using the Cowper-Symonds model, and the strain rate parameters C
and P were 802 s~! and 3.585 (Abramowicz and Jones 1986). The Plastic Kinematic
(PK) material model was applied for simulating the hammer.

By constraining the displacements and rotations of nodes on the end plate, the
fixed boundary can be achieved in the FE model. In order to simulate the contacts
between two parts, automatic surface to surface contact algorithm was adopted.
Both static and dynamic coefficient of friction applied in the contact pairs were
0.2. *Contact_Tiebreak_Nodes_to_Surface in LS-DYNA was adopted to simulate
the connections between bolts and steel plates. The input strength was the ultimate
strength of one bolt. Yan et al. (2019a) have confirmed its applicability in the former
study.

7.4.2 FE Results and Discussions

The comparisons of central displacement of the bottom steel plate (D) and impact
force histories between FE simulations and tests are shown in Figs. 7.15 and 7.16.
Table 7.3 gives the results between FE-predictions and tests. Figure 7.15 shows that
the value of D, reached to a maximum value and then recovered to a stable value,
which was matched with the test results. Meanwhile, the FE model can also provide
accurate predictions on the hammer displacement (Dj,), as shown in Table 7.3. The
impact force predicted by the FE model are also composed of three stages (i.e., iner-
tial, loading and unloading stage), which can be seen from Fig. 7.16. The impact
force histories show good agreement with the test results. Figure 7.17 depicts the
different failure types of the specimens between tests and FE simulations. The FE
model can accurately predict three failure types observed from the tests. The average
FE-to-test ratio for impact force is 1.143 with a coefficient of variation of 0.065. The
FE model overestimates the maximum value of D;, by 5.7% with a coefficient of vari-
ation of 0.040. While the maximum value of D}, is underestimated by the FE model
by 5.2% with a coefficient of variation of 0.145. Based on the comparisons between
the FE-predictions and tests in terms of impact force histories, central displacement
of the bottom steel plate histories, hammer displacement histories and failure types,
the accuracy of the FE model can be validated. The slight differences between the
FE-predictions and test results may be attributed to the geometric imperfections of
the fabricated specimens. Another possible reason is that the impact velocity inputted
in the FE model may be slightly different from the actual impact velocity in the test
owing to the existence of friction between the drop-weight system and guild rails.
Figure 7.18 shows the internal energies of the top steel plate, concrete core, and
bottom steel plate of the specimens with typical three failure types (CSCS5-70-5-
200, CSCS3-70-3-200 and CSCS3-80-3-200). The majority of the impact energy was
dissipated by concrete core (72.9-75.6%), followed by top steel plate (18.0-19.9%)
and bottom steel plate (6.4—7.4%). This also proved that concrete core was the main
part to dissipate impact energy because of the shear failure of concrete (refers to
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Fig. 7.15 Comparison of central displacement of bottom steel plate histories between FE and
experiments, reprinted from Yan et al. (2020a), copyright 2022, with permission from Elsevier

Fig. 7.6). After shear failure of concrete, the steel plate was the main part to resist
impact force. However, the concrete core can still absorb the majority of the impact
energy owing to the confinement provided by the bottom steel plate.

7.5 Analytical Model

7.5.1 Force-Displacement Relationship

Figure 7.19 presents the impact force—displacement curves of three CSCS sandwich
shells obtained from the impact tests, and they can be approximately divided into
two stages, i.e., elastic and plastic stage, as shown in Fig. 7.20. Therefore, a bilinear
curve can be used to represent the impact force—displacement relationship of the
CSCS sandwich shell.
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Fig. 7.16 Comparison of impact force between FE and experiments, reprinted from Yan et al.
(2020a), copyright 2022, with permission from Elsevier

7.5.1.1 Elastic Stage

The calculation of the force—displacement relationship in elastic stage is based on the
principle of minimum potential energy. The strain energy of the steel plate induced

by membrane stretching was given in the theory of plates and shells (Timoshenko
and Woinowsky-Krieger 1959):

E t 2w a
V, = ﬁ / / (7 + &5 + 2ve &) rdrdo (7.1)
—v=Jo Jo

where v is Poisson’s ratio, E; is elastic modulus of the steel plate, 7, is thickness of
the steel plate, ¢, is the radial strain, and &y is the circumferential strain.

Sohel and Liew (2014) gave the equations for the radial displacement as well as
the values of C; and C»,,

u(@r) =r(a—r)(Cy+ Cyr) (7.2)
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Fig. 7.17 Comparison of failure types between FE and experiments: a no fracture, b fracture of

top steel plate and ¢ penetration, reprinted from Yan et al. (2020a), copyright 2022, with permission
from Elsevier

52 52
Ci =0.596084—: C, = —1.50127—; (7.3)
a a

Thus, the strain energy of the steel plate can be expressed as:

350147 E 1,8

C12(1 = v?)a? 79

The work done by concrete can be expressed as:



7.5 Analytical Model

Fig. 7.18 Internal energy of
different parts s: a
CSCS5-70-5-200, b
CSCS3-70-3-200, ¢
CSCS3-80-3-200, reprinted
from Yan et al. (2020a),
copyright 2022, with
permission from Elsevier
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Fig. 7.19 Impact 450 T —
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of CSCS shells under impact
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10z,
0

where 7, and E, are the thickness and elastic modulus of the concrete core, respec-
tively. On the basis of the principle of minimum potential energy, the partial derivative
of the total potential energy with respect to the vertical displacement (§) is obtained,
i.e., the relationship between the impact force, vertical displacement, and the size of
local deformation (a) is obtained as follows:

1.287Et,8° mwa?SE,
F= +
a? 5t,

(7.6)
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Minimalizing F with respect to a leads to the following equation:

Etst,
E.

a’> =253

8 (1.7)

Substituting Eq. (7.7) into Eq. (7.6), the relationship between the impact force
and vertical displacement is obtained as follows:

Et,E. F
8%k, = 8—y (7.8)

e y

F=3.18

Equation (7.8) also defines the elastic stiffness, which is the ratio of the nominal
yield strength (Fy) to the corresponding vertical displacement (8,). The F, can be
calculated according to the formulae developed by Yan et al. (2020b), and the 8, can
be calculated based on the relationship between the force and vertical displacement
obtained in Eq. (7.8).

7.5.1.2 Plastic Stage

Table 7.4 summarizes the elastic stiffness and plastic stiffness of the three CSCS shells
tested by Yan et al. (2020b). It can be found that the average ratio of plastic stiffness
to elastic stiffness was 0.109. The impact force—displacement curve of the specimen
under impact loading is similar to the load—displacement curve under quasi-static
loading (Yan et al. 2020a). Therefore, it is assumed that the ratio of plastic stiffness
to elastic stiffness is 0.11, as given in Eq. (7.9).

kp =0.11%, (7.9)
Table 7.4 Stiffness in elastic .
and plastic stage obtained Specimen ke (Nfmm) | kp (KN/mm) | kp / ke
from static tests CSCS3-70-3-200-Bolt | 19.55 2.207 0.113
CSCS4-70-4-200-Bolt | 29.96 2914 0.097
CSCS5-70-5-200-Bolt | 30.68 3.628 0.118
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7.5.2 Displacement Response

7.5.2.1 Equation of Motion

The calculation of the displacement response of the CSCS shell under impact loading
is based on SDOF method. As shown in Fig. 7.21, the CSCS shell under drop-weight
impact can be equivalent to a SDOF model, and its equation of motion is expressed
as:

(Me +mp)8 +c8+R©B) =0 (7.10)

where m, and c are the effective mass and damping of the CSCS shell, respectively,
and my, is the mass of the hammer.

The CSCS shell is a structural member with continuous mass distribution. To
convert the continuously distributed mass into an equivalent concentrated mass, two
assumptions are employed as follows: (1) The displacement of the mass in the SDOF
model is same to vertical displacement of the CSCS shell; (2) The kinetic energy of
the mass in the SDOF model is same to kinetic energy of the CSCS shell. Figure 7.21a
presents the shape function ¢(x, y) of the CSCS shell. The deformation of the CSCS
shell at any point can be obtained based on the shape function when the central
displacement of the shell is known. The effective mass (m,) can be obtained in
Eq. (7.11) based on the second assumption:

%meézz//%m(x, y)[S(p(x, y)]zdxdy (7.11)

The permanent deformation shape of the CSCS shell was measured after the
impact test, based on which the shape function is given as:

@) A (b)

m

n"r(f)

Fig. 7.21 Analytical model: a CSCS shell and b SDOF system
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4 4
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X
1 Y

fEstste - SEstste
2.53 “TE 8 6.48 “TE 8

JEtt, Etst,
2.53 HEst 5, |yl < |6.48 fy—a (7.12)
fCEC fCEC

where f, is the yield stress of the steel plate, f . is the cylindrical compressive strength
of the concrete. The effective mass of the CSCS shell can be written as:

(P(X,Y): 1 -

x| <

m, = // m(x. oG, y)Pdxdy (7.13)

The damping has little effect on the impact response of the CSCS shell during the
loading stage. Hence, the damping can be ignored, and the damping coefficient (c) is
adopted as 0 during the loading stage. However, the damping should be considered
during the unloading stage as the free vibration amplitude decreases rapidly. The
damping coefficient (c) is adopted as 2+/mk during the unloading stage.

The equation of motion (Eq. 7.10) can be calculated based on finite difference
method. The initial conditions of the equation of motion can be expressed as:

5(0) =0
§0) = —"" (7.14)

m, + my,

The displacement, velocity and acceleration of the SDOF system at time ¢#; can
be given as:

3(t) =4;
: . Oiv1 — 6
6(t)=6=———
() A7
. . 8itn — 26; S
5(t) =8 = % (7.15)
(A1)
where At is the time step, and Eq. (7.10) can be written as:
Siya — 2841+ 6; div1 — i
m, +m c + R(;) =0 7.16
( ) Ay A7 (%) (7.16)
The displacement of the SDOF system at time #;,, can be obtained as:
cAt (A1)?
Sita =28i41 — 86 — ———— (i1 — &) — ————R(&) (7.17)
me + my me + my,
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when i =0and 1 (i.e., r = 0 and Ar), the displacement of the SDOF system can be
given as:

5(0) =0

S(AD) = 8(0) + 8(0)At = — A (7.18)
m, +my

Based on Eqs. (7.17) and (7.18), the displacement—time history of the CSCS shell
can be obtained through iterative calculations.

7.5.2.2 Validation with Experimental Results

Figure 7.22 shows the comparison of the impact force—displacement curves obtained
from tests and analytical-predictions, and good agreement between them can be
observed. The observed differences in the elastic stages can be attributed to the inertial
effect which is not considered in the analytical model and also exhibits little effect
on the displacement response of the CSCS shell. Figure 7.23 shows the comparison
of the displacement—time histories obtained from tests and analytical-predictions.
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Fig. 7.22 Comparison of impact force—vertical displacement curves between tests and predictions
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Fig. 7.23 Comparison of displacement—time histories between tests and analytical predictions

The analytical model is found to reasonably predict the displacement response of
the CSCS shell. The differences of maximum displacements between analytical-
predictions and impact tests are less than 15%. Hence, the proposed analytical model
is proven to be acceptable and can be employed as a simple alternative to predict
displacement response of the CSCS shell under impact loading.
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7.6 Summary

Nine CSCS sandwich shells were tested to investigate their performances under drop-
weight impact loading. The FE model of the CSCS shell was also established and
verified against the experimental data. The main findings are summarized as follows:

(1) Three failure types of the CSCS sandwich shells under impact load were
observed, i.e., Failure type I (plastic deformation of steel plate without fracture),
Failure type II (fracture of steel plate) and Failure type III (penetration of steel
plate). The thicker concrete core led to more serious failure type (sifting from
failure type II to type III). Increasing thickness of steel plates and decreasing
spacing of shear connectors could mitigate damage of the CSCS sandwich
shell.

(2) Three stages of the impact process were summarized, i.e., inertial stage,
loading stage and unloading stage. Both the three failure types showed similar
phenomena in the inertial stage and unloading stage. While there were some
differences in the loading stage, i.e., the impact force dropped down for the
specimens with fracture or penetration of the steel plate.

(3) The impact performances of CSCS sandwich shells with different param-
eters were analyzed. For the specimens with thicker concrete core, higher
inertial peak force and impact resistance, and more serious failure type were
observed. By increasing the thickness of steel plate or decreasing the spacing
of shear connectors, the specimen showed higher inertial peak force and impact
resistance as well as less damage.

(4) The FE model of the CSCS shell was established and verified by comparing
the impact force history, displacement history and failure type between the
FE-predictions and experimental results. Concrete core was proven to be the
main part to dissipate impact energy, followed by the top steel plate and bottom
steel plate.

(5) An analytical model based on the equivalent SDOF system was proposed for
predicting displacement response of the CSCS sandwich shell under impact
loading. The established analytical model was proven to be accurate by
comparing the analytical-predictions with test data.
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Chapter 8 )
Steel-Concrete-Steel Sandwich Panel Gissiia
Under Simulated Blast Loading

8.1 Introduction

Steel—concrete-steel (SCS) sandwich structure, which consists of a concrete core
connected to two external steel faceplates using mechanic shear connectors, exhib-
ited superior ductility and strength as compared to conventional reinforced concrete
structures. The potential applications of SCS structures in resisting static, impact
and blast loads have been demonstrated in previous studies (Liew and Sohel 2009;
Sohel and Liew 2011; Liew et al. 2009; Remennikov and Kong 2012; Anandavalli
et al. 2012; Wang et al. 2015b; Crawford and Lan 2006; Liew and Wang 2011; Lan
et al. 2005). In the past, the SCS sandwich structure was applied to sustain static
and impact loads, while the application has been extended to protective layer against
blast loading owing to its high energy absorption capacity and scabbing protection
(Anandavalli et al. 2012; Wang et al. 2015b; Crawford and Lan 2006; Liew and Wang
2011; Lan etal. 2005). Most reported works on SCS sandwich structures involved the
use of mechanical shear connectors, whereas there was a lack of study on the perfor-
mance of non-composite SCS sandwich panel under blast loading (Liew and Wang
2011), and its energy absorption performance was also not fully understood. Hence,
the laboratory tests (by using a drop-weight impact test system and inflated airbag)
were carried out to investigate the response of the non-composite SCS sandwich
panel under simulated blast loading. Moreover, its energy absorption performance
was further revealed by conducting numerical simulations using LS-DYNA which
has been widely employed for simulating blast and impact responses of civil infras-
tructures, including concrete (Tabatabaei et al. 2013; Wu and Chew 2014; Lin et al.
2014; Mao et al. 2014; Chen et al. 2015; Jiang et al. 2012), steel (Zhai et al. 2013;
Zhai and Wang 2013) and sandwich structures (Jing et al. 2013; Hou et al. 2013;
Kilicaslan et al. 2013).

A blast is characterized by a rapid expansion of gas, generating a pressure wave
propagating from the source of the explosion (Smith et al. 2009). The effect of a
blast is in the form of a shock wave composed of a high-intensity shock front which
expands outward from the surface of the explosive into the surrounding air. As the
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wave expands, it decays in strength, lengthens in duration, and decreases in velocity
(UFC 2008). The shape of the blast wave depends on the nature of the energy release.
When the explosive is located on or near to the ground, the blast is considered to be
a surface burst. The incident blast wave is reflected and amplified by the ground, and
the reflected wave then merges with the incident wave to form a hemispherical blast
wave. When the explosive is far from any reflecting surface, the blast is considered
to be an air burst and is a spherical blast wave (Smith and Hetherington 1994).

The typical pressure—time profile for the blast wave in free air is shown in Fig. 8.1,
which includes positive and negative phase. In the positive phase, the incident pres-
sure (Py) decays to the ambient pressure (P,) within the time duration ¢, (i.e., positive
phase duration). For the following negative phase, the peak negative pressure is typi-
cally small as compared to the peak pressure in positive phase. Hence, the negative
phase is usually ignored in the blast resistant design (UFC 2008; ASCE 2010, 2011).
The positive phase of surface blast can be described by the modified Friedlander
Equation (Baker 1973) as:

P(1) = P,(l - i) exp<—g> 3.1)
171 ty

where 6 is the coefficient that describes the rate of decay of the pressure—time curve.
The parameters P,, f; and 6 can be obtained using blast loading predictive tool
CONWEP (Hyde 1991) by given TNT charge and standoff distance. Herein the
reflected pressure P, is used, as the blast wave is reflected and magnified with higher
reflected pressure when it impinges onto the face of a target. In the blast resistant
design, the pressure—time profile in positive phase can be further simplified as a
bi-linear or triangular shape (UFC 2008; ASCE 2011).

Prt)

Area is

Fig. 8.1 Typical pressure—time profile for blast wave in free air (Smith and Hetherington 1994)
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Field blast test is a method to directly apply blast loading on structures (Clubley
2014; Foglar and Kovar 2013; Arora et al. 2011). This method is able to replicate
the actual condition of the detonation of high explosives and can be used to test
several specimens simultaneously. However, field blast test is generally expensive
and requires remote testing site. Besides, the test data may be easy to lose due to
the damage of transducers, cables or data acquisition equipment. Therefore, other
methods such as shock tube and non-explosive test method have been devised to
simulate the high pressure and short duration of a blast loading. In the shock tube
test method, which is generally less expensive than the field blast test, the generated
impulse loading can be well controlled. However, the specimen size is limited by the
size of the shock tube, and the load duration is relatively longer compared with the
field blast test (Lacroix et al. 2014; Schleyer et al. 2007). In the absence of field blast
test and shock tube facilities, Mostaghel (2003) developed a simple non-explosive
test method for generating impulsive loading by using a membrane formed inflated
airtight chamber mounted to a frame system. A plate was dropped onto the membrane
from various heights to achieve the required impulse magnitude and duration. Even
though the load duration is longer than that generated by the field blast detonation,
this method is simple and can be easily conducted in the laboratory, and therefore
was adopted by some researchers to generate blast-type pressure loading (Chen
and Hao 2014; Remennikov et al. 2009). Remennikov et al. (2009) adapted this
method with an inflated airbag acting as the airtight chamber to test columns under
impulse loading. The similar method was also employed by Chen and Hao (2014) to
investigate the response of multi-arch double-layered panels under impulse loading.
As the use of airbag to generate pressure loading in the laboratory appeared to be
an easy and economical way, a similar concept was employed in this study by using
high pressure airbag to test the SCS sandwich panels under impact-induced impulsive
loading. The airbag was charged with initial pressure of 100 kPa before impact to
reduce the loading duration to 0.042-0.049 s, which was shorter than those reported
by Chen and Hao (2014) and Remennikov et al. (2009).

8.2 Experimental Study

8.2.1 Design of Specimens

Two SCS sandwich panels with different concrete core depths of 50 (SCS50) and
75 mm (SCS75) were fabricated from mild steel plates that were fillet welded together
to form the outer skin, as shown in Fig. 8.2. A 32 mm (1% inch) inlet pipe with stopper
ball valve and a 32 mm (1% inch) outlet pipe with threaded cap were provided at the
side and end plates of the panels for pumping of cement grout into the core during
casting. The schematic drawing of the panel is shown in Fig. 8.3, and the details are
summarized in Table 8.1.



226 8 Steel-Concrete-Steel Sandwich Panel Under Simulated Blast Loading

|

Top Flate

Side Plate

Bottom Plate

QO \

&
End Plate

Fig. 8.2 Notation for SCS sandwich panel, reprinted from Wang et al. (2015a), copyright 2022,
with permission from Elsevier
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Table 8.1 Details of SCS sandwich panels

Label Length x width (mm) ts-to-tg (Mm) Material strength

Mild steel Grout
SCS50 1100 x 900 3-50-3 fy (MPa) fu (MPa)
SCS75 3-75-3 309 >0

Note t;, t.—face plate thickness and core depth; f, f,—yield stress and ultimate stress of steel

8.2.2 Test Setup and Instrumentation

The instrumented drop-weight impact test machine that was used to apply the
impact-induced impulsive loading in the laboratory is shown in Fig. 8.4. A hydraulic
controlled mechanical hoisting system is utilized to raise the projectile up to 4 m
height. Once the winch brake is released, the projectile, which has an adjustable
weight of 500-1200 kg, will slide down freely along the vertical guide rails. The
SCS panel was placed below the projectile and simply supported on two 80-mm-
diameter bars support with clear span of 900 mm, as shown in Fig. 8.5. The inflated
height of the airbag between the impact plate (with size of 1000x 1000x30 mm) and
SCS panel was kept at 160 mm by using two wood beams that were inserted between
the frame and impact plate. The airbag was charged with initial pressure of 100 kPa
before impact. Even though the change in contact area between the airbag and SCS
panel during impact test was expected to be less significant if higher initial pressure

“HJIHI T

i

Guide < Smooth
rails roller
Frame

Specimen Projectile
Rigid Load
_ cell
base

Fig. 8.4 Drop-weight impact test machine, reprinted from Wang et al. (2015a), copyright 2022,
with permission from Elsevier
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Fig. 8.5 Test setup, reprinted from Wang et al. (2015a), copyright 2022, with permission from
Elsevier

of airbag was applied, the current initial pressure (100 kPa) was selected such that
the midpoint displacement of specimen was minimal (less than 2 mm) and within the
elastic range. Wet paint was applied to the bottom surface of the inflated airbag which
was not in contact with the SCS panel before test. As the wet paint would leave a
marking on the SCS panel after impact test, the maximum contact area during impact
could be determined. The inflated height of 160 mm was selected based on trial tests
and kept as small as possible, since an inflated airbag with lower compressibility,
which can be defined as the ratio of compression distance of airbag, AH, to change
of air pressure, AP, will generate impulsive loading with shorter duration.

A digital circuit in combination with laser emitters and photodiodes was used to
measure impact velocity of the projectile just before the impact and also to trigger
the data acquisition system of the 16-channel Oscilloscope 1 with sampling rate of
1 MHz, as shown in Fig. 8.6. The Dytran high frequency 2300 V Low Impedance
Voltage Mode (LIVM) pressure sensor was connected to the inlet pipe of the airbag
to capture the air pressure, and three quartz force rings on the same plane with total
capacity of 1050 kN were attached to the projectile to record the impact force. The
displacement and strain responses of the specimen were respectively measured by
using potentiometers and strain gauges at the positions shown in Fig. 8.7. The signals
from the photodiodes, pressure sensor, quartz force rings and potentiometers were
captured using Oscilloscope 1 while the strain gauge readings were recorded by the
16-channel Oscilloscope 2 with the sampling rate of 1 MHz. Oscilloscope 2 was
triggered by the strain gauge SO at the mid-span.



8.2 Experimental Study 229

Projectile weight

Projectile
Impact plate Quartz force rings
High speed Laser |l Photodiode
camera light —/ Pressure
L sensor |
; [ — ] Airbag
-~ _
Specimen Strain gauges Potent‘iometers Support

Support

i
Oscilloscope 2 Oscilloscope 1

Fig. 8.6 Overview of data acquisition system, reprinted from Wang et al. (2015a), copyright 2022,
with permission from Elsevier

@ ®)
| 9 &
| S )
|
| o A
| D5 5 S2
| N
| 225 ,«~R25 o 225 |y o
b o o—% o 2 d 0 0 0 =
|D3 D1 Do D2 ~—| D4 S5 S4 S1 ~
) 0
| N N
| « N
I 0 —% 0
| D6 s3
| g g
| © o
|

Fig. 8.7 Instrumentation layout (bottom view): a potentiometers and b strain gauges, reprinted
from Wang et al. (2015a), copyright 2022, with permission from Elsevier

8.2.3 Test Results and Discussions

The SCS50 and SCS75 sandwich panels were subjected to impact by an 800 kg
projectile that was dropped from the height of 3.7 m. The impact force, air pressure,
deformation and strain responses were measured in the test and are discussed as
follows.
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8.2.3.1 Impact Force and Air Pressure

The recorded impact force—time histories between the projectile and impact plate are
plotted in Fig. 8.8. Multiple contacts between the two can be seen from the plots,
since the heavier projectile continued to move downwards and hit the impact plate
again multiple times after the first contact. The air pressure—time histories, which
represent the impulsive loading acting on the SCS panel, are plotted in Fig. 8.9. The
measured loading durations for the SCS50 and SCS75 panels are 0.049 and 0.042 s,
respectively, which are shorter than those reported by Chen and Hao (2014) and
Remennikov et al. (2009). The shorter duration can be attributed to the higher initial
pressure and drop weight used in the current test. The recorded impact velocity (V),
maximum impact force (F,,, ), impact impulse (/) and maximum air pressure (P) are
summarized in Table 8.2. The impact impulse was obtained by integrating the impact
force—time curve shown in Fig. 8.8. From Table 8.2, it appears that the SCS75 panel
with higher resistance and mass absorbed higher impact impulse under the same
impact condition.
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Table 8.2 Summary of test results

231

Specimen V (mm/s) Fax 1 P Dmax Dperm
(kN) (Ns) (kPa) (mm) (mm)

SCS50 8147 895 12,837 617 34.7 20.4

SCS75 8070 1012 15,703 829 9.8 39

Note V—Impact velocity; Fmax—Maximum impact force; [—Impact impulse; P—Maximum
pressure; Diax, Dperm—maximum and permanent displacement

8.2.3.2 Deformation Response

The deformation mode of the SCS50 panel under the impact-induced impulsive
loading was a combination of flexure and shear, as shown in Fig. 8.10. Bulging
near the support line was visible, which could be due to the expansion of grout
after cracking under shear deformation. Comparison of the permanent deformation
of SCS50 and SCS75 sandwich panels in Fig. 8.11 shows that the deformation was
considerably reduced by increasing the concrete core depth owing to the increase in
resistance and mass. However, the possibility of brittle shear failure may be increased

Flexure

Fig. 8.10 Deformed shape of SCS50 sandwich panel after test, reprinted from Wang et al. (2015a),

copyright 2022, with permission from Elsevier

SCS75

Fig. 8.11 Comparison of permanent deformation of SCS50 and SCS75 sandwich panels after test,

reprinted from Wang et al. (2015a), copyright 2022, with permission from Elsevier
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Fig. 8.12 Displacement-time histories of SCS50 and SCS75 sandwich panels, reprinted from Wang
et al. (2015a), copyright 2022, with permission from Elsevier

with increasing core depth. Therefore, it is important to ensure that the SCS sandwich
panel with thicker concrete core has sufficient shear resistance to avoid shear failure.

Figure 8.12 compares the midpoint displacement—time histories of the SCS50 and
SCS75 sandwich panels, and the maximum displacement of the SCS50 sandwich
panel is about 3.5 times higher than that of SCS75 sandwich panel. The maximum
displacements occurred at their first peaks in the curves, which are consistent with
the recorded pressure—time histories. As shown in Table 8.2, the permanent midpoint
displacement of the SCS75 sandwich panel was significantly less than that of SCS50
sandwich panel.

8.2.3.3 Strain Response

Figure 8.13 presents the longitudinal strain distribution (S1, S4 and S5) across the
width of the SCS50 panel. The three strain readings were initially similar at the
beginning of loading. As the load increases, the strain reading of S5 near the side
plate continued to increase while there were no significant changes to the S1 and S4
readings after a sudden drop in strain at 0.187 s. This observed difference in the strain
development and the sudden drop of strain value were likely due to the weakened
composite action of the SCS panel without shear connectors after debonding of the
grout core from the bottom plate. Another sudden drop was observed at 0.190 s,
which indicates the progressive debonding between the grout and bottom plate with
continuous impact. Similarly for the SCS75 panel, the strain reading of S5 near side
plate continued to rise at higher rate than those of S1 and S4 after the sudden drop
caused by debonding, as shown in Fig. 8.14. In the span direction (S1, S2 and S3),
the mid-span strain reading S1 was higher than the quarter-span strains S2 and S3
for both the SCS50 and SCS75 panels before the debonding. However, higher strain
readings were observed at the quarter-spans after debonding. This indicates that the
debonding between grout core and bottom plate affected the strain development at
the bottom plate of the SCS panels.
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Fig. 8.13 Longitudinal strain—time history of SCS50 sandwich panel, reprinted from Wang et al.
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Fig. 8.14 Longitudinal strain—time history of SCS75 sandwich panel, reprinted from Wang et al.
(2015a), copyright 2022, with permission from Elsevier

8.3 Numerical Study

Following the laboratory test, the explicit code in LS-DYNA (Hallquist 2012) was
employed to simulate the SCS sandwich panels under both impulsive loading and
actual blast loading.
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8.3.1 Material Models

8.3.1.1 Grout Material

Concrete and other cement-based material (like grout) are heterogeneous materials
that exhibit nonlinear inelastic behavior under multi-axial stress states. To accurately
predict the material responses and failure modes under various loading scenarios, the
key material characteristics have to be captured in the constitutive model, including
the influence of confinement on strength and energy absorption capacity, compres-
sion hardening and softening behaviors, volumetric expansion upon cracking, tensile
fracture and softening, biaxial response and strain rate effects under dynamic load
(Crawford et al. 2012). In the current study, the Karagozian & Case concrete model
(MAT_72R3) in LS-DYNA, which was developed by Malvar et al. (1997), was
adopted to model the grout.

The deviatoric strength of MAT_72R3 is defined by three independent failure
surfaces, including the initial yield surface, maximum failure surface and residual
surface, which are written as follow (Magallanes et al. 2010):

p

Voi(p) = agy + ————
aij; +axp

(8.2)

where p is hydrostatic pressure, and ag;, a;; and ap; are parameters that define the
failure surfaces.

For hardening, the current failure surface is linearly interpolated between the
yield and maximum surfaces based on the value of damage parameter 7, as given in
Eq. (8.3). A similar interpolation is performed between the maximum and residual
surfaces for softening in Eq. (8.4).

Ao =n(Ao, — Aoy) + Ao, (8.3)
Ao = n(Ao,, — Ao,) + Ao, (8.4)

In above equations, Aoy, Aoy, and Ao, are the yield, maximum and residual surfaces,
and n varies between 0 and 1 depending on the accumulated effective plastic strain
parameter A, which is defined as

&p

A / dey forp > 0 (8.5)
=] ———— forp > .
| v p/r P

&p

A / dep f 0 (8.6)
= —_— or < .
S p e P
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where r/ is the strain rate enhancement factor, b; and b, are the damage scaling

exponents, and de, = ,/(2/ 3)85- 85’ is the effective plastic strain increment. The

damage scaling exponents b; and b, govern the softening of unconfined uniaxial
stress—strain curve in compression and tension, respectively (Malvar et al. 1997). To
ensure constant fracture energy dissipation, b, is determined by iterative calculation
until the area under the stress—strain curve for a uniaxial unconfined tensile test
coincides with G¢/h, where G and h are the fracture energy and element size,
respectively. Similarly, b, is determined using uniaxial unconfined compressive test.
In this study, the fracture energy from uniaxial unconfined compressive test on the
grout was used to determine b;. The fracture energy of grout in tension-softening
given by Ishiguro (2007) in Eq. (8.7) was used to determine b;.

Gy = 0.0251 f0105 (8.7)

where f, is the compressive strength of grout in MPa.

The volumetric response of the grout material is defined using the tabulated Equa-
tion of State (EOS), numbered as EOS_8 in LS-DYNA. The EOS relates the hydro-
static pressure, p, the relative volume, V, and the internal energy, e¢;. In the loading
(compression) phase, the pressure is defined as

p=C(e) +vT (e (8.8)

where ¢, is the natural logarithm of the relative volume, C and T are coefficients
given as function of ¢,, and e; is the internal energy. Unloading occurs at the slope
corresponding to the bulk modulus at the peak (most compressive) volumetric strain.
Reloading follows the unloading path to the point where unloading begins and
continues on the loading path (Hallquist 2006). In this study, the thermal state of
grout ¥ T'(g,)e; in Eq. (8.8) was not considered, and the values of C and ¢, can be
generated by using the automated generation option in MAT_72R3, which is based
on uniaxial strain test on normal concrete (Malvar et al. 1997). The bulk modulus
of the grout (13.83 GPa) was determined from uniaxial unconfined compressive test
and was applied in the parameters in the EOS_8. Other material properties of the
grout are also tabulated in Table 8.3.

The strain rate effect was captured in MAT_72R3 by modifying the failure surface
and damage function A through the modified damage function in Egs. (8.5) and (8.6).

Table 8.3 Material properties of grout and mild steel

Material P (kg/m3) felfy (MPa) E (GPa) %
Grout 2150 50.3 249 0.2
Steel 7850 309.2 205.2 0.28

Note p—Density; f./f,—Compressive stress of grout/yield stress of mild steel; E—Young’s
modulus; u—Poisson’s ratio
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A radial rate enhancement on the concrete failure surface was implemented, and the
enhanced strength Ao, corresponding to pressure p is determined as follow (Malvar
et al. 1997):

Ao, = y;Aa(p/yy) (8.9)

where y is the strain rate enhancement factor or Dynamic Increase Factor (DIF).
The DIF-strain rate in Eq. (8.10) (Grote et al. 2001) was adopted in the current study
for the grout in compression

0.0235log é 4 1.07 (¢ < 250)

F= \ ) (8.10)
0.882(log ¢)® — 4.48(log £)> + 7.22log é — 2.64 (¢ > 250)

For tension, the DIF-strain rate in Eq. (8.11) was obtained for the grout by fitting
the experimental data from Ross et al. (1989).

DIF = exp{0.0513[10g(é/éx)]1'35} (8.11)

where ¢, = 1E-7.

8.3.1.2 Steel Material

The Piecewise Linear Plasticity material model was adopted to simulate the mild
steel material. The material properties given in Table 8.3 were determined from the
tensile coupon tests, and the input true stress—effective plastic strain curve is given
in Fig. 8.15. The strain rate effect of mild steel was considered by using the Cowper-
Symonds model, as defined in Eq. (1.8). Jones (1988) obtained the values of C =
40.4 s~ and p = 5 for the mild steel by fitting the experimental data assembled by

600

Fig. 8.15 The input true
stress—effective plastic strain
curve of mild steel, reprinted
from Wang et al. (2015a),
copyright 2022, with
permission from Elsevier
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Symonds (1967). There is however, a considerable scatter to the data, which may
be related to the different mild steels used in the experiments. As such, using these
values may overestimate the strain rate effects of some kinds of mild steels. More
recently, the values of C = 802 s~! and p = 3.585 were determined by Abramowicz
and Jones (1986) from dynamic uniaxial tensile tests. These values were employed
for the mild steel in the current study to reduce the possibility of overestimating the
strain rate effects owing to the lack of dynamic test data for the current mild steel.

8.3.2 Model Description

Since the applied impulsive pressure loading on the SCS panel can be represented
by the measured air pressure—time history, only the parts shown in Fig. 8.16 were
included in the FE model. Owing to symmetry, a quarter FE model of the SCS
sandwich panel with round bars as support was modeled, as shown in Fig. 8.17. The
nodes along the bottom of the round bars support were restricted from translation
and rotation in the model to simulate the fixed round bar support. Since the airbag
was flexible and has negligible contribution to the resistance of the SCS sandwich
panel, it was not explicitly modeled. However, the mass of the bottom airbag skin that
was in contact with the SCS panel was included in the FE model, because it moved
together with the SCS panel and would increase the total mass, and thus affecting the

Air pressure loading

& )’\ Bottom

| airbag
skin

l(iiii

A SCS panel Support/

Support

Fig. 8.16 Simplification of FE simulation, reprinted from Wang et al. (2015a), copyright 2022,
with permission from Elsevier

Highlighted area

Support Steel faceplates

Concrete

Fig. 8.17 FE model of SCS sandwich panel, reprinted from Wang et al. (2015a), copyright 2022,
with permission from Elsevier
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structural response under impulsive loading. This was done by increasing the density
of the highlighted elements of the top plate in Fig. 8.17 with additional mass.

Since the contact area between the airbag and specimen varied continuously during
the test and only the contact areas corresponding to initial pressure and maximum
pressure were recorded, a linear relationship between the contact area and pressure
was assumed to obtain the contact area—time history during the test. The applied
force—time history was then determined by multiplying the pressure with the contact
area. Four contact areas were selected in the FE model to represent the variation of
contact area, as illustrated in Fig. 8.18 for the SCS50 panel. The applied pressure—time
histories on each load area were increased from zero. The total applied force—time
history in the FE model was checked against the recorded applied force—time history,
and they were kept to be identical. Dynamic relaxation approach was utilized to treat
the initial static pressure that applied on the SCS sandwich panels before impact test.

The steel plates of the SCS sandwich panel were meshed using S/R Hughes-Liu
shell element, and eight-node brick element with reduced integration was employed
for the grout core and bar support (Hallquist 2012). The penalty-based contact
approach, which is suitable for modeling contact between bodies of similar materials,
was adopted for the contact between faceplates and support. The soft constraint-based
contact approach, which is suitable for treating contact between bodies of dissimilar
materials, was employed for the contact between faceplates and grout core. Since no
shear connectors were used in the SCS panel, the bonding strength between the grout
core and faceplates was only contributed by the adhesive strength of grout. This weak
bonding strength was ignored in the analysis as it has little effect on the displacement
response of the SCS panel under impulsive loading owing to the relatively longer
loading duration as compared to the natural period of the SCS panel.

Fig. 8.18 Varying load area Symmetric axis
in the FE model of SCS50
sandwich panel (quarter
model), reprinted from Wang
et al. (2015a), copyright
2022, with permission from
Elsevier
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8.3.3 Numerical Results and Discussions

The FE-predicted midpoint displacement—time histories of the SCS50 and SCS75
panels are compared with test results in Fig. 8.19. Reasonably well prediction of the
displacement—time history of SCS50 panel can be seen in the comparison. Although
the FE model overestimates the maximum displacement of SCS75 panel by 26.7%,
the simulated permanent displacement matches closely with test result. The over-
predictions by FE analyses may be due to the adopted strain rate parameters for
the mild steel and geometric imperfection of the SCS panel. The midpoint displace-
ments of both SCS50 and SCS75 sandwich panels in the tests continuously increase
to their maximum values, whereas the displacement—time histories given by FE anal-
yses show some fluctuating before reaching their maximum values. The reason is that
the damping, which may eliminate the fluctuating of specimen in the test, is not incor-
porated into the FE model. This can also explain the higher magnitude of fluctuating
of FE-predicted curves as compared to tests after the maximum displacement.

The FE-calculated internal energies of steel and grout materials in the SCS50 panel
and their ratios are presented in Fig. 8.20. The internal energy of steel was higher
than grout at the beginning, which may be attributed to the sudden applied impulsive
loading on the top plate of the SCS panel. Subsequently, both the steel plates and
grout core produced comparable internal energies with increasing deformation of the
SCS panel. Finally, more internal energy was dissipated by the steel plates, and the
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Fig. 8.20 Internal energy of 1200

steel and grout material of
SCS50 sandwich panel,
reprinted from Wang et al.
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with permission from
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internal energy ratio of steel to grout was almost constant at 4.0. This was expected
as the steel plate has higher strength and ductility as compared to the grout core.
Although the energy absorption capacity of the grout is lower than steel plate, it
helped to resist the buckling of faceplates and increase the total mass of the SCS
panel.

8.3.4 Further Numerical Simulations and Discussions

The measured loading durations in the test ranged from 0.042 to 0.049 s for the two
SCS sandwich panels. This loading duration is longer compared with the typical
blast loading. For instance, the loading duration of 100-kg TNT charge detonated at
10 m away is 0.0097 s. The experimentally-verified FE models were utilized herein
to investigate the performance of the SCS sandwich panel under blast loading. The
same quarter FE model presented in Sect. 8.3 were used in the following analysis.
The loading was changed to blast pressure loading which was applied on the whole
top face of the SCS sandwich panel. The adopted blast pressure—time history has an
exponential decay from peak pressure P, to ambient pressure at time 7, Negative
pressure was omitted as it has little effect on the structural response and is normally
neglected in the blast resistant design (UFC 2008; ASCE 2010, 2011). The positive
phase can be described by the modified Friedlander equation (Baker 1973) as given in
Eq. (8.1). In this analysis, 100-kg TNT charge detonated at 10 m away was adopted,
and the peak pressure P,, load duration 7, and decay coefficient  were obtained as
845.5 kPa, 9.7 ms and 2.4, respectively, by using CONWEP (Hyde 1991).

In the impact tests, the simply supported boundary condition for SCS sand-
wich panels were employed, as the axially-restrained boundary conduction is gener-
ally difficult to be achieved. However, the axially-restrained boundary condition is
preferred in actual applications owing to the enhanced blast resistance of SCS sand-
wich panels via tensile membrane effect of faceplates. Hence, the FE simulations
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Fig. 8.21 Midpoint displacement—time histories of SCS sandwich panels under blast loading (SS—
Simply support; AR—Axially restrained)

were conducted to investigate the response of axially-restrained SCS sandwich panels
under blast loading. The midpoint displacement—time histories of the SCS50 sand-
wich panel with simply supported and axially-restrained boundaries as well as the
SCS75 sandwich panel with axially-restrained boundary are presented in Fig. 8.21.
It can be seen that the maximum displacement of the axially-restrained SCS50 sand-
wich panel is reduced by 27% as compared to the simply supported panel. This can
be attributed to the increase in resistance and ductility when the axially-restrained
boundary is adopted. The FE simulations were also conducted to obtain the load
(or resistance) versus displacement curve of the SCS sandwich panel under quasi-
static uniform pressure loading. As demonstrated in Fig. 8.22, the maximum resis-
tance and corresponding displacement of the axially-restrained SCS50 sandwich
panel increase 268.0 and 93.9%, respectively, as compared to the simply supported
panel. By comparing the SCS50 and SCS75 sandwich panels with axially-restrained
boundary in Fig. 8.21, it is observed that the maximum displacement of the SCS75
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Fig. 8.22 Load—displacement curves of SCS sandwich panels under quasi-static uniform pressure
loading
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sandwich panel can be reduced by 37% through increasing the grout core depth owing
to the enhanced load—displacement response (as shown in Fig. 8.22) and increased
total mass.

Further analyzing the load—displacement curves of the SCS50 sandwich panel
with simply supported and axially-restrained boundaries in Fig. 8.22 reveals that
both of them are similar at initial stage. This indicates that the SCS50 sandwich
panel mainly relies on the bending action to resist the load at initial stage. After
the failure of grout core, the load was taken over by the tensile membrane of the
steel plates that were axially restrained, while the simply supported panel behaved
shear failure. By comparing the load—displacement curves of the axially-restrained
SCS50 and SCS75 sandwich panels, the increase in grout core depth improved the
resistance at initial stage, but shows little effect on the final resistance and ductility.
This is because the grout core has minimal contribution to the resistance after severe
cracking of grout.

Figure 8.23 presents the scaled damage measure contours of the SCS50 sandwich
panel with simply supported and axially-restrained boundaries. The scaled damage
measure, which is a function of accumulated effective plastic strain parameter A, is
defined in MAT_72R3 to evaluate the damage level of concrete. When it ranges from

(a) Scaled damage measure
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Fig. 8.23 Failure modes of SCS50 under quasi-static uniform pressure loading: a simply supported,
b axially restrained
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0 to 1, the material transitions from the yield failure surface to the maximum failure
surface. When it ranges from 1 to 2, the material transitions from the maximum
failure surface to the residual failure surface. The grout core of both the two panels
underwent severe damage after failure. Shear failure mode can be seen from the
plot for the simply supported SCS50 sandwich panel, while the tensile membrane
failure is shown in the plot for the axially-restrained panel. Owing to the different
failure modes, the resistance of the simply supported SCS sandwich panel is mainly
governed by the shear strength of grout, while the failure strain of mild steel governs
the resistance of the axially-restrained SCS sandwich panel.

8.4 Summary

The performances of SCS sandwich panels under impulsive loading were experimen-
tally studied in this chapter. The impulsive loading was achieved in the laboratory by
utilizing an inflated high pressure airbag to transfer the applied load from dropped
projectile onto the panels. In addition, FE simulations on SCS sandwich panels
under blast loading were also conducted. The main findings from the experimental
and numerical studies are summarized as follows:

(1) A combination of flexure and shear deformation mode was observed for the
SCS sandwich panel under impulsive loading.

(2) The maximum and permanent deformations of the SCS75 panel with thicker
core were significantly smaller as compared to the SCS50 panel owing to the
higher resistance and mass. The SCS75 panel also absorbed higher impact
impulse under the same impact condition.

(3) The debonding between the grout core and bottom plate during impact was
observed from the strain—time histories of both the two tested SCS sandwich
panels.

(4) The established FE models of SCS sandwich panels were shown to be reason-
able by comparing with the test results. The majority of energy was absorbed
by steel plates owing to the higher strength and ductility as compared to the
grout core.

(5) The blast resistance of axially-restrained SCS sandwich panel could be signif-
icantly improved as compared to the simply supported counterpart owing to
the enhanced resistance and ductility via developing tensile membrane of steel
plates.
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Chapter 9 )
Analytical Models for Axially-Restrained | oo
Steel-Concrete-Steel Sandwich Panel

Under Blast

9.1 Introduction

Steel-Concrete-Steel (SCS) sandwich panels were demonstrated to have good blast
resistant performances through field blast tests (Liew and Wang 2011; Lan et al.
2005), and therefore they could be employed as protective structures against impact
and blast loads. Previous studies showed that the SCS sandwich panel with axially-
restrained boundary had significantly higher blast resistance as compared to its coun-
terpart with simply supported boundary. Hence, the aim of this study is to develop
the analytical models for predicting axially-restrained SCS sandwich panels under
blast loading.

For a simply supported SCS sandwich panel, its failure mode includes flexure and
shear. Therefore, the mechanical shear connectors are of significance to assure the
composite action of SCS sandwich panels. Liew and Sohel (2009) proposed J-hooks
and studied the impact performances of SCS sandwich beams with J-hook connectors
(Liew et al. 2009). Moreover, field blast tests were also conducted to obtain the
blast responses of SCS sandwich panels with J-hook connectors (Liew and Wang
2011). For the axially-restrained SCS sandwich panels, it mainly relies on the tensile
membrane action to resist lateral pressure load, and therefore the shear connectors are
relatively unimportant. Remennikov and Kong (2012) carried out the impact tests on
the axially-restrained non-composite SCS sandwich panels. The tensile membrane
resistance was found to be significantly higher than the bending resistance, and the
ductility of the SCS sandwich panel was also improved (Remennikov and Kong 2012;
Remennikov et al. 2013). The membrane action of Reinforced Concrete (RC) panels
has already been considered in fire resistance design when the RC panels undergo
large deformation after fire (Li et al. 2007; Bailey 2001). The formula used to predict
resistance of RC panels considering membrane action was generally derived based
on force equilibrium. The resistance—deflection function is necessary to predict the
structural response under dynamic loading. In this study, the resistance—deflection
function of the SCS sandwich panel contributed by concrete core is derived based
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on the energy balance principle, since the force distribution on the concrete core is
complex and it is nearly impossible to establish the force equilibrium equations.

The Single-Degree-Of-Freedom (SDOF) method is commonly adopted to predict
the structural response under blast loading (UFC 2008; Biggs 1964; ASCE 2011), as it
is arelatively simpler alternative as compared to the Finite Element (FE) method and
the calculations are reasonable in most cases. A structural member can be equivalent
to a SDOF system through transformation factor Ky, which is a function of its
deflection shape (Biggs 1964). Normally, the shape function is obtained by analyzing
the member under uniformly distributed static load. In reality, the deflection shape
changes during motion owing to the existence of inertia force which, together with
the uniform pressure load, changes the load distribution on the member. It is accepted
that shape function has little effect on the structural response if the adopted deflection
shapes are in accordance with the actual boundary condition. However, the difference
in maximum displacement obtained using different assumed shape functions may be
over 10% in the elastic range (Baker et al. 1983) and may be even larger when the
member enters plastic range. A constant value of Dynamic Increase Factor (DIF)
was generally included in the SDOF model to represent the average strain rate effect
on material strength (UFC 2008; ASCE 2011). Since the DIF is a function of strain
rate, it also varies during motion. Hence, adopting a constant value of DIF may not
accurately capture the strain rate effect. To overcome this limitation, Nassr et al.
(2012) proposed a strain rate model that defines the maximum strain rate in terms
of scaled distance for beam column. Different DIF values can be generated under
different blast loads, but the model is still unable to capture the varying DIF with strain
rate during motion. The varying DIF in terms of strain rate was recently included in
the continuous beam model (Carta and Stochino 2013; Jones et al. 2009) and SDOF
model (Carta and Stochino 2013) to analyze the simply supported RC panels under
blast loading. The DIF was introduced by updating the resistance at each time step
according to the strain rate at the corresponding time step, and the predictions with
varying DIF were more accurate than those with constant DIF by comparing with
test results.

In this chapter, the resistance—deflection function of the axially-restrained SCS
sandwich panel was derived and then included into the SDOF model. The varying
DIF in terms of strain rate was also considered in the SDOF model. Since only one
deflection shape function can be included in the SDOF model, the Lagrange Equation
model (Donaldson 2006; Schleyer and Hsu 2000; Langdon and Schleyer 2005) with
combined shape functions and varying DIF was introduced to better predict the blast
responses of axially-restrained SCS sandwich panels.
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9.2 FE Model Calibration

9.2.1 Blast Loading Test on SCS Sandwich Panels

The field blast tests on SCS sandwich panels conducted by Kang et al. (2013) were
employed for the FE model validation. There were six specimens being fabricated
for three blast tests, and two specimens were tested in each blast test. The 100 kg
TNT military cratering ordnance was detonated at a standoff distance of 5 m (Liew
and Wang 2011; Kang et al. 2013). The setup of field blast test is shown in Fig. 9.1.
Although six specimens were tested, only one specimen with normal concrete and
without shear connectors was selected for validating the established FE model in the
following section. The configuration of the non-composite SCS sandwich panel with
normal concrete is shown in Fig. 9.2.

9.2.2 FE Model Establishment

The FE model of the SCS sandwich panel is shown in Fig. 9.3. Thick-shell and solid
elements are used to mesh the steel plates and concrete core, respectively. The front,
back, side and end steel plates were fillet welded together to form the outer skins of
the panel during fabrication. Since no weld failure was observed after the blast test,
the perfect weld condition is employed in the FE model by merging the coincident
nodes of steel plates.

The Continuous Surface Cap (CSC) model in LS-DYNA (Hallquist 2006) was
adopted to simulate the behavior of concrete. The CSC model was developed by US

Fig. 9.1 Blast test setup
with 100 kg TNT charge
(Kang et al. 2013)

Sandwich
panels

100 kg TNT
charge |
Sm RC Support
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Front and back plates
thickness = 3 mm

Side plates
) thickness = 1.5 mm
10 mm

End plates

, i 10 mm
thickness = 3 mm

Fig. 9.2 Details of SCS sandwich panel (Kang et al. 2013)

Federal Highway Administration for simulating the concrete-like material subjected
to impact and blast loads (FHWA 2007a, b). This model has been proven to be a robust
constitutive model for both implicit and explicit analysis. The detailed introduction
of failure surface, flow rule, damage formulation and strain rate treatment for the CSC
model can be found from FHWA (2007b). This FHWA material model is easy to use,
since it can generate the default parameters for the normal concrete by only inputting
the unconfined compressive strength. The main material parameters of concrete used
in this analysis are given in Table 9.1.

Piecewise Linear Plasticity (PLP) model in LS-DYNA was adopted for the steel
material. The input true stress—effective plastic strain curve was obtained from the
tensile coupon test results. Cowper-Symonds equation (Cowper and Symonds 1958)
is included in this material model to consider the strain rate effect, as shown in
Eq. (9.1).

DIF, =1+ (é/c)"" ©.1)

where ¢ and p are strain rate parameters. For mild steel, the values of ¢ and p are
taken as 40.4 s~! and 5, respectively (Jones 1988).

9.2.3 FE Model Validation

The blast pressure—time history recorded in the test is plotted in Fig. 9.4, together
with the integrated impulse. The equivalent triangular blast load with similar peak
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RC support

Fig. 9.3 FE model of SCS sandwich panel and support, reprinted from Wang et al. (2015), copyright
2022, with permission from Elsevier

Table 9.1 Material
properties of concrete in FE
analysis

Density Compressive Shear Bulk modulus
(kg/m3) strength (MPa) | modulus (GPa)

(GPa)
2310 35 12.06 13.21

impulse and pressure is applied in the FE model, as shown in Fig. 9.4. The mid-span
permanent displacement of the SCS sandwich panel from blast test is compared with
the FE-prediction, as shown in Fig. 9.5. Since the potentiometers failed to capture
the data during the field blast test, the displacement—time history was not compared.
Figure 9.5 shows that the measured permanent displacement from the blast test agrees
well with the FE-prediction. Moreover, the FE-predicted failure mode of the SCS
sandwich panel is also compared with test observations in Fig. 9.6. Both FE and test
results exhibit the flexural failure mode at mid-span, with sign of shear deformation at
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the top end. Therefore, the established FE model can produce reasonable predictions
on the responses of SCS sandwich panels subjected to blast loading. The established
FE model will be used to verify the analytical models in the following sections
by removing the side plates and support as well as imposing the axially-restrained
boundary.
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Fig. 9.6 Comparison of
failure modes from a blast
test and b numerical
simulation, reprinted from
Wang et al. (2015), copyright
2022, with permission from
Elsevier

9.3 SDOF Model

The SCS sandwich panel can be equivalent to a SDOF system, and the deflection
shape function and resistance—deflection function of the SCS sandwich panel are
necessary to establish the equation of motion as

Kiymy + R(y) = F(1) 9.2)

where Ky is the load-mass factor and can be calculated based on the given deflection
shape function; R(y) is the resistance—deflection function.

The deflection shape function and resistance—deflection function are generally
derived by solving the differential equations established according to the force equi-
librium. However, it is hard to establish the force equilibrium equations for the SCS
sandwich panel owing to the undetermined composite action between steel plates
and concrete core as well as the complex stress—strain relationship of concrete. In
this study, the resistance—deflection function of the SCS sandwich panel is divided
into two parts, i.e., the resistance contributed by steel plates and concrete core. The
resistance—deflection function of the axially-restrained steel plate considering tensile
membrane action has been obtained by utilizing force equilibrium equation (Wang
and Xiong 2015), which is given as

21.104E1,Y3
L4

8Etie,(1 —a)Y  21.104aEt Y3
L? + L*

g <eg

Ry(Y) = 9.3)
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254 9 Analytical Models for Axially-Restrained Steel-Concrete-Steel ...

where E is the Young’s modulus, #, is the steel plate thickness, Y is the mid-span
displacement, L is the span length, ¢, is the yield strain, and « is the steel hardening
coefficient. The deflection shape function has been obtained as (Wang and Xiong
2015)

4
d(x) = E(Lx —x?) 9.4)

The deflection shape function of the steel plate in Eq. (9.4) is also adopted as the
deflection shape function for the SCS sandwich panel. This is because the deflection
shape function has little effect on the structural response (Baker et al. 1983), and the
steel plates of the SCS sandwich panel absorb the majority of blast energy. Another
reason is that the constant curvature along the span of the SCS sandwich panel can
be obtained according to the shape function in Eq. (9.4), which will significantly
simplify the calculation.

The energy balance principle is adopted to derive the resistance—deflection func-
tion of the SCS sandwich panel contributed by concrete core. The procedure is that:
(a) obtaining the strain distribution of concrete core and establish the relationship
between strain and mid-span displacement; (b) deriving the relationship between the
internal energy of concrete core and mid-span displacement; (c) differentiating the
internal energy with respect to mid-span displacement and divided by load factor K,
to obtain the resistance—deflection function of the SCS sandwich panel contributed
by concrete core.

9.3.1 Resistance-Deflection Function Contributed
by Concrete Core

To simplify the calculation of resistance—deflection function of the SCS sandwich
panel contributed by concrete core, the following influences are ignored, i.e., the
tensile strength of concrete, the confinement effect on compressive strength of
concrete, and the bonding and friction between steel plates and concrete core. Then,
the force distribution on the concrete core and the compression strut along the span
can be given in Fig. 9.7, together with the neutral axis along the span. According to
the force equilibrium in horizontal direction, the compressive force from the end plate
equals to the compressive force in concrete, i.e., F, = F,. Therefore, it is reasonable
to assume that the neutral depth (the distance between the outmost compression layer
and neutral axis) at the end and mid-span is the same. Hence, according to Fig. 9.8,
t1 equals to t,, which leads to the following relationship.

ALs  ALc ©5)
t, — 1 t ’
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where ALyg is the difference between developed length and original length of the
steel plate, and A L¢ is the difference between compressed length and original length
of concrete at the top layer. By adopting the deflection shape function in Eq. (9.4),
the curvature of concrete core can be obtained in Eq. (9.6).

[y']

~ 2
= a7~ 8Y/L 9.6)

Therefore, AL and ALg can be obtained as

L
1 dy\* 8Y?2
ALc = K(L —2t./tan0)tp; ALs = — — ) dx = — 9.7
c ( /tan )t s 2/(dx> X=37 9.7
0
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From above equations, the neutral axis is determined as

143

le
th=—+— 9.8
=5+ 9.8)

where £ = L / (L — 21, / tan 9). The value of 6 normally ranges from 26.6° to 45°.
In this study, 6 is taken as 26.6° in accordance with Eurocode 2 (2004). Therefore,
the axial strain above the neutral axis is obtained as

H-9r-5
L? 2 6

Figure 9.9 presents the comparison of the normal strain—mid-span displacement
curves obtained from FE analysis and Eq. (9.9). The details of the FE model are
listed in Table 9.2. It can be seen that the analytical-predicted strain agrees well with
the FE-prediction. Hence, the established strain formula in Eq. (9.9) is reasonable
and can be used for calculating the internal energy of concrete core.

Since it is complex to obtain the internal energy of concrete core based on current
neutral axis which varies with the mid-span displacement, a constant neutral axis
is proposed, based on which the equivalent curvature is then derived. If the internal
energy of concrete core keeps increasing with the mid-span displacement rising from
0to Y,, the neutral axis ¢, in Eq. (9.8) ranges from tc/ 2to tc/ 2+ Y,,%‘/ 6. Therefore,
it is rational to take the average neutral axis 7, / 24+ Y,& / 12 as the constant neutral
axis. Y, is the minimum value of the maximum mid-span displacement (Y ,,,) and

E =

(9.9)

0.006

Fig. 9.9 Comparison of
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Table 9.2 Details of FE model for implicit analysis on SCS sandwich panel

Front/back/end | Concrete core | Span (mm) | Steel yield Steel Concrete

plate thickness | thickness (mm) stress (MPa) | hardening | compressive

(mm) coefficient | strength (MPa)
(%)

3 50 1180 320 0.5 35
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Y,.. Y, is a value of the mid-span displacement. When the mid-span displacement
exceeds Y, the equivalent curvature starts to decrease with the increasing of mid-
span displacement. Y, will be given later after establishing the equivalent curvature.

The equivalent curvature (K,) is derived based on the criteria that the internal
energy of concrete core calculated by using original and equivalent strain expression
is the same in the elastic range. The internal energy of concrete core per unit area is
given as

Nm

1 1
—Ee’dn = —EK*n’ 9.10
yEetdn =< M (9.10)

<|

[=)

where 7 is the distance between the compressive layer and neutral axis, and 7, =
T /2 — Y,& [ 12. Then, the equivalent curvature is obtained as

3/2
K, = 8_Y<1_Y—§:/3tc) ©.11)

L2 1 - Yné/étc

and the strain can be expressed as

gvn(1-ve/3.\"’
£=Ken=—n<—c) (0_n<f< Yf) (9.12)

L2 \1-Y,&/6t

Differentiating the equivalent curvature K, with respect to mid-span displacement
Y and setting it to zero leads to the solution of Y,, to be 67, / 5&. Itindicates that when
the mid-span displacement exceeds Y,,,, the equivalent curvature K, starts to decrease
with increasing mid-span displacement.

The stress—strain curve of concrete under uniaxial compression is given by
Eurocode 2 (2004) as

o ke /e, — (8/80)2
E = m for |e| < |ec| (9.13)

where k, f ., €, and g, can be found in Eurocode 2 (2004).

When all the compressive strains above the neutral axis are smaller than the crush
strain of concrete &, the stress—strain relationship given in Eq. (9.13) can be used
for all the compressive concrete above the neutral axis. Hence, the internal energy
of concrete core per unit volume can be calculated as

te(e) = / ouds’ = f foneleo = C/e0S —afas(S) 014
14+ (k—2)e/e,
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k=D%¢/e, _ (ef/e)*  (k=1)In((k— 2)s/ got1)
(k—2)? 2(k-2) (k—2)3

Provided that the internal energy density of concrete core along the compression

strut is the same, the internal energy of concrete core in SCS sandwich panel can be

calculated as

where g;(£) = [

Nm

Ut = LeB/uc(Ken)dn (9.15)
0

where B is the width of concrete core, L, is the length of compression strut and
_ 2
can be calculated as L, = L + 21,(1/sin6 — 1/tan6), gz(@) = A(M) -

_ 3 _ _ ’
B(M) - CM{ln[(k —)Kem 1] — 1} — Dln[(k —)Kem 1], where
B = C = o1y D= k=12 n

T 2(%k- 2)2’ 6(k 2" T k-2 (k=2)*" ) ]
Thus, differentiating the internal energy of concrete core with respect to mid-span

displacement leads to

dU” L Be? cm Kenm 2
o) {— el )—+2A<8 )Ke
o

dy K. & K.
(1’ =1 Ken
—3B(—m) Kj—c—’“[ln[(k—z) £ +1} - 1} (9.16)
&0 & &
_ k—2 K.n? — k—2 N
(k —2)K.npm/eo + 1 8(2, k=2)Kenm/eo+1 &,
where K, = dK” . Then, the resistance—deflection function contributed by concrete

core without crushlng can be obtained as

dur 1

R, (Y) =
=" BLK,

(9.17)

where K is the load factor and can be calculated based on the given deflection shape
function in Eq. (9.4).

When the maximum compressive strain in the concrete core exceeds crush strain
of concrete ¢, the internal energy of concrete core can be divided into two parts, i.e.,
the one with crushing and the rest without crushing. The internal energy of concrete
core without crushing can be calculated as

o
L Bngcm Keno

Ui :LEB/uC(Ken)dn == KD 2:( - ) (9.18)

0
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e L? (1-Y,&] 61,
8Y \ 1-Y&/3t,

Eq. (9.12) to crushing strain ¢.. The internal energy of concrete core with crushing
can be calculated as

where ng = ), which is calculated by setting the strain expression in

&
Uc,2 = LeB(nm - nO)gofcmgl(S_) (919)
o
Hence, the total internal energy of concrete core after crushing is given as
Ul =U.1+ U (9.20)

Similarly, differentiating the internal energy of concrete core with respect to mid-
span displacement leads to

dU¢ L.Belf, € P
€ = 0K gy (=) — LoBey femg1(—)n, 9.21
77 K2 egz(go) o f 81(8 )Mo 9.21)

o

3/2
;o e lL? _ Y _ 1 &
where 1o = =5 (1 61 ) [ Va-vem " T 2tLY(17Y$/3tL)5/2:|'

In the same way, the resistance—deflection function contributed by concrete core
after crushing can be obtained as

dus 1

R (Y) =
21 =7y BLK,

(9.22)

The procedure for calculating the resistance—deflection function of the SCS
sandwich panel contributed by concrete core can be summarized as follow.
Calculating the maximum strain of concrete core by Eq. (9.23).

3/2
b = o <_1 - Ym5/3’c> (2 _ Y"S) 9.23)

L2\ 1-v&/61 2 12

For enax < e, there is no concrete crushing. Then, the resistance—deflection

function is given as

{Rcl (Y = Ym)
R, = (9.24)

0 (Y > 7Y,

For enax > €., calculating Yy by solving the Eq. (9.25).

gy (1-ve/3,\"’ Y
_(—f ) (t_c _ "5) —¢, (9.25)
L2\ 1-Y,&/6t 2 12
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Then, the resistance—deflection function is given as

Rer (Y = Y))
Re=1Ro Yo<Y =<V, (9.26)
0 >V,

The total resistance of the SCS sandwich panel is obtained by summing the resis-
tances contributed by steel plates and concrete core. Figure 9.10 presents the compar-
ison of the analytical-predicted resistance—deflection of the SCS sandwich panel with
that obtained by FE analysis, and good agreement between them can be observed. The
resistance of steel plates is also plotted in Fig. 9.10, and it is lower than the resistance
of the SCS sandwich panel obtained from FE analysis, especially for small displace-
ment. This indicates that the concrete core helps in improving the initial stiffness of
axially-restrained SCS sandwich panel, whereas the steel plates absorb the majority
of blast energy when the SCS sandwich panel experiences large deformation.

9.3.2 DIF for SDOF Model

The strain rate effect is generally included in the analytical model by means of DIF
which can be defined as a function of strain rate. In the FE method, the DIF—strain
rate relationship can be directly specified in the constitutive model, and the varying
value of DIF depending on strain rate can be applied in the FE calculation (Hallquist
2006). For the SDOF method, a constant DIF value is generally adopted to scale either
the yield strength, ultimate strength or both of them depending on the deformation
mode (UFC 2008; ASCE 2011). It has been argued that a single DIF value might not
accurately capture the strain rate effect for highly varying strain rate, and it could
be too conservative for large plastic deformation cases. Therefore, varying DIF in
terms of strain rate is introduced into the SDOF and Lagrange Equation models to
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accurately capture the strain rate effect. Since the strain rate has little effect on the
Young’s modulus of steel, it can be kept unchanged during calculation, while both
yield stress and yield strain vary with the strain rate.

9.3.2.1 DIF for Steel Plate

The varying DIF can be taken into consideration during transformation of actual
structural member to its equivalent SDOF system through energy balance principle.
The variation for the internal energy of steel plates and its equivalent SDOF system
is given by Eqs. (9.27) and (9.28), respectively.

L
dU, = / f (&0 (Y)Adedx (9.27)
0
L
dU, = DIF, x Kg * R(Y)dY = DIF, % / o (Y)Adedx (9.28)
0

where Ky is the resistance factor. By assuming that the internal energy along the
span is constant and equating the above two equations leads to

L
[ fE,)dx
DIF, = OT (9.29)

The configuration of infinitesimal element (dx) is shown in Fig. 9.11 at ¢ and 7 +
At, based on which the plastic strain rate can be obtained as

[p()IYY

L 30
T P 630

Equation (9.30) defines the strain rate in terms of shape function, displacement and
velocity. For steel material, Eq. (9.31) can be obtained by using the Cowper-Symonds
model to define the DIF as a function of strain rate.

2y 1/p
[p()]YY ) ©9.31)

L _eriy
T +(c+c[</>(x>1r]2

Substituting Eq. (9.31) and shape function in Eq. (9.4) into Eq. (9.29), the DIF
can be calculated as
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X

Aa‘p -dx

Fig. 9.11 Configuration of infinitesimal element along span, reprinted from Wang et al. (2015),
copyright 2022, with permission from Elsevier

, 1/p
XX
(cx2+c/ 16(1-2x/ L)Z) dx
DIF, =1+ 7 (9.32)

Ot~

where x =Y / L is the mid-span displacement to span ratio.

9.3.2.2 DIF for Concrete Core

The energy balance principle is also adopted to obtain the DIF for concrete core.
The variation for the internal energy of concrete core without considering strain rate
effect is given as

Nm

2
dU. = BLeﬁ.m/ kken/ oo — (Ken )
0

1+ (k—2)K.n/ &

ndndK, (9.33)

Then, we have

dU FkK.n/eo— (Ken/eo)  dK
c el €0 — e/ €0 e
Y _pr.f. dnte 9.34
dY . / I+ *k—2K/eo T dY ©-34)
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In the same way, the following equation can be obtained by considering the strain
rate effect.

T 2
dU. . kK.,n/eo— (K.n/e dK,
CD  BLfun / Doy K 2o = Kenfeo)” \ dKe g i)
dy 1+ (k—2)K.n/ e dy
0
Therefore, the DIF for concrete core is obtained as
T . 5
kKn/ e0—(Ken/ €0)
Och(nKe)lJ’Z(,jfz—m,;l/;?Tldﬂ
DIF, = (9.36)

Nm
kK.n/ eo—(Ken/ &)
/ 1+ G—2)K.n/ €0 ndn

Equation (9.36) is only used to scale up the R,;, and the DIF for scaling up R, is
given in Eq. (9.37).

o . 2
kK.n/ so—(Ken/ €0)
J DKo =557, ndn

DIFy="— (9.37)
kKen/ eo—(Ken/ £0)°
/ |1<k522)1m7/§£ ndn

In above equations, D.(¢) defines the relationship between DIF and strain rate of
concrete core and is given by CEB-FIP (1993).

(é/é‘y)l.OZGBJ (8 < 305‘71)

Bo(e/e)" & > 3057

(9.38)

where 8, = 1/(5+9 fun/10), B = 100613647200 and the static strain rate &, =
30 x 107°.

9.3.3 Equation of Motion for SDOF System

The equation of motion for the SDOF system can be established as

KLM[ps(tsl + tsZ) + pctc]Y + Rsl + Rs2 + Rc = P(t) (939)

where p, and p. are densities of steel and concrete; t,1, ;> and ¢, are thicknesses of
front steel plate, back steel plate and concrete core; Ry, Ry, and R, are the resistances
of the SCS sandwich panel contributed by the front steel plate, back steel plate and
concrete core; P (t) is pressure—time history of blast loading.
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It should be noted that the equation of motion in Eq. (9.39) is only valid before
the separation of front steel plate. The SCS sandwich panel can be divided into two
parts, i.e., front steel plate and concrete core + back steel plate. Since the resistance
intensity (i.e., R; / pit;) of the steel plate is higher than that of concrete core for
large deformation, the front steel plate may separate from concrete core when the
velocity reduction rate of the front steel plate is higher than that of concrete core and
back steel plate. Therefore, the front steel plate starts to separate from concrete core
when [Rg; — P(t)]/,os ts1 > (Rg + RC)/ (pstsa + pet.) and the equation of motion
changes to

KLM()OstsZ + Ioctc)Y + R+ R. = 0 (940)

The fourth-order Runge—Kutta time stepping procedure is utilized to solve the
equations of motion in Egs. (9.39) and (9.40).

9.4 Lagrange Equation Model

9.4.1 Equation of Motion

According to the Lagrange Equation model, the equations of motion can be
formulated as

d(aT\ U +V)
A VIS 9.41
dt(BCi)Jr 9C; i=12.n ©4D)

where T is the kinetic energy, U is the internal energy, V is the potential energy of
loading and C; is the generalized displacement.

For the front and back steel plate in the SCS sandwich panel, only the tensile
membrane force is considered to resist blast loading, 7, U and V in Eq. (9.41) can
be formulated in Egs. (9.42), (9.44) and (9.45), respectively.

T =

N =

L
/ pAW?dx (9.42)
0

where L is the span, p is the density, A is the cross-section area, and w is the velocity of
the steel plate. The deflection of the steel plate, w, with n generalized displacements
and deflection shape functions are given as

wix, 1) = Z Ci(D)i(x) (9.43)
i=1
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The internal energy of steel plate U is calculated as

1 AL?
~EA——, AL <AL,

=17, b (9.44)
S @AL? +2(1 =) AL AL + (@ = DALY], AL > AL,

where AL is the difference between the developed length and original length of the
steel plate. For potential energy,

L
V=- / P(t)w(x, t)dx (9.45)
0

It should be noted that front steel plate must be removed after it separating from
concrete core during calculation, similar to the SDOF model.

For the concrete core in the SCS sandwich panel, the calculation of kinetic energy
T and potential energy V is same with the front and back steel plates. However,
the derivation of the internal energy of concrete core U, and its differential with
generalized displacements in Eq. (9.41) are complex. To avoid recalculating the
internal energy of concrete core, it is assumed that the combined deflection shape
function in the Lagrange Equation model is same with that in the SDOF model.
This assumption is reasonable for the axially-restrained SCS sandwich panel under
blast loading, since the deflection shape function has little effect on the structural
response, and the internal energy of concrete core is relatively small compared with
steel plates, especially for the large deflection.

The mid-span displacement of the SCS sandwich panel is expressed as

Y=Y CiHgi(L/2) (9.46)
i=1

Hence, the differential of the internal energy of concrete core U, with respect to
generalized displacement C; can be obtained as

U, _ 9U. oY
aC; — dY aC;

(9.47)

9.4.2 DIF for Lagrange Equation Model

The DIF for concrete core in the Lagrange Equation model is same with that in the
SDOF method, since the same deflection shape function is assumed when calculating
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the internal energy of concrete core. However, the DIF for steel plates should be
recalculated, as the different combined deflection shape function is employed for the
Lagrange Equation model. The energy balance principle is utilized to introduce the
varying DIF into the Lagrange Equation model. By applying the differential operator
on the internal energy with and without consideration of strain rate effect (i.e., U;
and U,p) for the front and back steel plates, the following equations are obtained

dU, = Vode (9.48)
dUsp =V f(é,)ode = f(&,)dU, (9.49)

where V is the volume of the steel plate. Equation (9.49) can be rewritten as

aUsD _
;(ac — f( p) )dC 0 (9.50)

Setting % "’U“’ =f (sp)aU‘ (i =1,2,...,n) satisfies Eq. (9.50) and substituting them
into Eq. (9. 41) gives the equations of motion with varying DIF being considered.

Since the elongation of the steel plate AL is a function of C;, C», ..., C,, i.e.,
AL = g(Cy, Cy, ..., Cy), the strain rate can be derived as

—AL—( Cit e +3C) 9.51)
_L_L8C11 3C, ac, " '

By adopting the Cowper-Symonds model to establish the relationship between
strain rate and DIF, the following equation is obtained.

U, p vl au
=|1+(2 9.52
8C,‘ |: +(C> BC, ( )

9.5 Results and Discussions

In this section, the FE model is adopted to simulate the axially-restrained SCS
sandwich panel subjected to blast loading, and the results are compared with the
predictions from analytical models. Since the maximum displacement instead of
the displacement—time history is the most concern in the blast resistant design, the
maximum displacements of SCS sandwich panels under blast load (a triangular blast
pressure profile with zero rise time) are obtained using FE and analytical models and
summarized in Table 9.3. The displacement of the SCS sandwich panel is given in
Eq. (9.53) by employing combined deflection shape functions.
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Table 9.3 Maximum displacement comparison

ts1 |ty |te |L Prax | ta Max dis (mm) Error (%)

FE |SDOF |LEMI1 |LEM2 |SDOF |LEMI1 |LEM2
3 3 |70 1180 |10 0.5 55.7 |61.3 63.1 60.1 9.96 |13.13 7.87
1 5 46.8 |52.8 53.9 51.6 12.92 |15.33 |10.39
0.5 5000 |51.8 |63.6 56.8 54.7 22.69 9.60 5.52
3 3 50 | 1180 |10 0.5 66.8 | 71.2 76.9 73.5 6.56 | 18.09 |10.07
1 5 55.5 |61.3 63.8 61.6 10.36 | 18.85 |10.93
0.5 5000 |56.6 |66.2 61.4 58.9 16.97 | 13.04 4.07
1.5 13 50 | 1180 |10 0.5 |72.1 759 82.8 79.0 5.37 | 17.71 9.65
1 5 61.0 |67.9 71.5 68.9 11.25 |21.01 |12.81
0.5 5000 |68.1 |82.9 75.3 71.5 21.79 | 14.91 4.95
1.5 (1.5 |50 | 1180 |5 0.5 53.8 |54.2 57.3 54.1 0.68 8.77 0.39
05 |5 46.7 |50.0 50.5 479 7.08 |10.92 2.68
0.25 |5000 |56.3 |64.4 58.5 56.1 14.31 8.44 | -0.36

Note the unit of t1, t5, t. and L is mm; the units of Pp,,x and 74 are MPa and ms; LEM1 and LEM2
stands for Lagrange Equation model witha = 1, 5 =2 and a = 2, b = 3, respectively

a b
w(x, 1) = cl(r)[%(Lx - xQ)} + Cg(t)[%(Lx - xz)] (9.53)

where the term in the bracket is the deflection shape function defined in the SDOF
model, and the parameters a and b are specified with different values to repre-
sent different deflection shape functions. It should be mentioned that any reason-
able combination of deflection shape functions is acceptable, and more number of
deflection shape functions may provide more accurate predictions.

Table 9.3 shows that the analytical-predicted maximum displacements of SCS
sandwich panels match well with the FE predictions. However, the slightly larger
values of maximum displacement are observed for the analytical-predictions, which
may be caused by the underestimation of internal energy and neglect of energy
dissipated through friction and damping in the analytical models. Another reason
may be attributed to the different deflection shape functions between the FE and
analytical models.

For the predictions from the SDOF model, they exhibit better match with the
FE predictions in the impulsive loading range (i.e., short loading duration), with
the differences of maximum displacement between the two models less than 10%.
In addition, the separation between the front steel plate and concrete core during
calculation can also be well captured by the SDOF model, as shown in Fig. 9.12.
However, the SDOF model provides larger values of maximum displacement than that
of FE model in the quasi-static loading range. This may be caused by the neglect of
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Fig. 9.12 Comparison of the separation time between FE and SDOF analysis (f; = 3 mm; 7, =
70 mm, Ppq = 1 MPa; t; = 5 ms), reprinted from Wang et al. (2015), copyright 2022, with
permission from Elsevier

confinement effect on compressive strength of concrete when deriving the resistance—
deflection function contributed by concrete core. This effect is more significant in
quasi-static loading range since the separation is not observed during calculation.
For the Lagrange Equation model, it is found that the LEM2 provides closer
predictions to the FE model as compared to LEM1. The deflection shape of the SCS
sandwich panel obtained from FE analysis is compared with those from SDOF and
LEM?2 models, as presented in Fig. 9.13. The deflection shape from LEM2 is found
to be closer to that from FE model. Since two combined deflection shape functions
are employed for the Lagrange Equation model and a varying deflection shape can be
achieved during calculation, it can provide more accurate predictions as compared
to the SDOF model with single deflection shape function. It was observed by Baker
et al. (1983) that the different deflection shape functions should be employed for

Fig. 9.13 Comparison of
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5 7 By X ~
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g 08 , > S
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. . \
(2015), copyright 2022, with 3 R4 —o—FE \
permission from Elsevier 04 S S e LEM2 AN
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Fig. 9.14 Varying DIF 1.6
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the SDOF model to obtain the exact solutions of simply supported beams under
impulsive and quasi-static loading ranges. Therefore, the SODF model with single
deflection shape function generally cannot provide accurate predictions in all the
loading ranges (i.e., impulsive, dynamic and quasi-static loading ranges).

Both Lagrange Equation models and SDOF model provide better predictions with
decreasing of the steel plate thickness, which indicates that the internal energy of
steel plate is underestimated. This underestimation may be caused by the assumed
deflection shape functions and the assumption that the strain is uniformly distributed
along the span. The effect of varying DIF on the maximum displacement of the SCS
sandwich panel is presented in Fig. 9.14. The LEM2 with varying DIF, constant
DIF and without DIF was adopted to compare with the FE analyses. The constant
DIF values of steel and concrete are adopted as 1.10 and 1.12, respectively (ASCE
2011). Figure 9.14 shows that the LEM?2 with varying DIF provides better predic-
tions than the LEM?2 with constant DIF or without DIF. It is also observed from
the fitting curves that the LEM?2 with varying DIF provides approximately constant
differences between the LEM2 and FE model, while the differences of LEM2 with
constant DIF or without DIF exhibits increase with increasing maximum displace-
ment. This demonstrates that the proposed varying DIF can more accurately capture
the strain rate effect regardless of the maximum displacement, whereas the LEM2
with constant DIF or without DIF may overestimate the responses, especially for the
large defection.

For the axially-restrained non-composite SCS sandwich panels, the separation of
front steel plate and concrete core generally occurs under impulsive loading range.
Therefore, it is more efficient to improve the blast resistance by enhancing the back
steel plate instead of front steel plate. Moreover, increasing the thickness of concrete
core is also an important way, since it can reduce the obtained kinetic energy under
blast loading.
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9.6 Summary

Two analytical models were developed to predict the responses of axially-restrained
SCS sandwich panels subjected to blast loading. The force equilibrium equation was
employed to derive the resistance—deflection function of the SCS sandwich panel
contributed by steel plates. The energy balance principle was adopted to obtain
the resistance—deflection function contributed by concrete core. The varying DIF in
terms of strain rate was included in the two analytical models, which could accurately
capture the strain rate effect. The FE analyses were employed to validate the proposed
two analytical models. Through the comparison of maximum displacements obtained
from FE and analytical models, the analytical models were found to reasonably
predict the responses of axially-restrained SCS sandwich panels under blast loading.
It was observed from both FE and analytical models that the front steel plate was
prone to separate from the concrete core owing to the absence of shear connectors.
Hence, enhancing the back steel plate was preferred to improve blast resistance of
the axially-restrained non-composite SCS sandwich panel.
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Chapter 10
Curved Steel-Concrete-Steel Sandwich gesey
Shell Under Blast

10.1 Introduction

The impact and blast resistant performances of flat steel-concrete-steel (SCS) sand-
wich panels were extensively studied (Anandavalli et al. 2012; Wang et al. 2015;
Liew and Wang 2011), and they showed high performance in resisting impact and
blast loading owing to the high ductility, spalling protection, buckling resistance
and energy absorption. Recently, the curved SCS sandwich shell was appealing in
resisting blast loading, since the curved shell normally outperformed flat shell under
blast loading via developing compressive force along the shell. Therefore, the curved
SCS sandwich shell has high potential application as blast resistant wall, as illustrated
in Fig. 10.1. Up to date, several studies on punching resistance of the curved SCS
sandwich shell under concentrated load were conducted (Yan et al. 2016a, b; Huang
and Liew 2015). However, minimal reported works on the curved SCS sandwich
shell under blast loading were found in the open literature, and the blast resistant
design method of such structure was also not available.

The equivalent single-degree-of-freedom (SDOF) method was widely used as a
simple alternative to predict the dynamic response of continuous member subjected
to blast loading (Biggs 1964; Wang and Xiong 2015; Rigby et al. 2014; Morison
2006; Carta and Stochino 2013). This method was also adopted by many design
guidelines (UFC 2008; ASCE 2010, 2011) to evaluate the blast-induced damage level
of a structure, since it could capture the global structural response with reasonable
accuracy. Another simple method to predict the damage level of a structure under
blast loading is Pressure-Impulse (P-I) diagram which is an iso-damage curve for a
particular structural member loaded with a particular blast load history (Mays and
Smith 1995). There are mainly two methods to establish P-I diagrams, i.e., SDOF
method (Li and Meng 2002a, b; Fallah and Louca 2006; Krauthammer et al. 2008;
Dragos and Wu 2013) and Finite Element (FE) method (Shi et al. 2008; Mutalib and
Hao 2011). As for the SDOF method, the pressure and impulse asymptotes of a P-I
diagram can be directly expressed as the formulae in terms of structural parameters,
such as stiffness, mass, and allowable maximum displacement, etc. Support rotation
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Column
Curved SCS sandwich shell

w3

Fig. 10.1 Curved SCS sandwich shell as blast resistant wall

or ductility ratio was generally adopted by the design guidelines to gauge the damage
level of a structure (UFC 2008; ASCE 2010, 2011), and they could be directly
obtained via employing the SDOF method. Hence, support rotation or ductility ratio
was normally adopted as the damage level indicator for the P-I diagram generated
via employing the SDOF method. This is reasonable for the structural members
like beams and slabs, but not appropriate for the column whose failure is generally
governed by its residual axial strength. Therefore, the FE method with easier output
of residual axial strength is preferred for establishing the P-I diagram of the column.
Shi et al. (2008) and Mutalib and Hao (2011) utilized the FE method to generate the
P-I diagram for reinforced concrete (RC) columns and Fiber-Reinforced Polymer
(FRP) strengthened RC columns, respectively. In their studies, the residual axial
strength was applied as the damage level indicator, which was more representative
as compared to support rotation or ductility ratio. Parametric studies and curve-fitting
might be required to establish the relationship between pressure/impulse asymptotes
and structural parameters.

In this chapter, The FE method was employed to study the responses of curved
SCS sandwich shells under blast loading, and their failure modes under close- and
far-field blast loading were also obtained. The effects of rise height (or rise to span
ratio) and rear to front plate thickness ratio on the blast responses of curved SCS
sandwich shells were studied. In addition to the numerical study, the SDOF model
of the curved SCS sandwich shell subjected to uniformly distributed blast loading
was developed, based on which the dimensionless P-I diagram was constructed. In
addition, the pressure and impulse asymptotes were also formulated as the geometric
and material properties of the curved SCS sandwich shell via applying the energy
balance principle.
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10.2 FE Model Establishment and Verification

The explicit code in LS-DYNA was adopted in this section to simulate the dynamic
responses of curved SCS sandwich shells under blast loading, and the accuracies of
the established FE models were verified with the available experimental results.

10.2.1 FE Model of Curved SCS Sandwich Shell

In this study, quarter FE model of the curved SCS sandwich shell was established in
Fig. 10.2 owing to the symmetry of geometry and applied blast loading. The nodes
on the end plate were restricted from translation to simulate the fixed boundary
condition. The steel plates were meshed using S/R Hughes-Liu shell element, and
eight-node solid element with reduced integration in combination with hourglass
control was employed for the concrete core (Hallquist 2006).

Traditional FE modeling of the SCS sandwich shell was employing solid elements
for steel plates, concrete core and shear connectors (Foundoukos and Chapman 2008;
Clubley et al. 2003). This detailed FE modeling approach inevitably resulted in
finer meshes at shear connectors as well as steel plates adjacent to shear connec-
tors (Foundoukos and Chapman 2008), which leaded to smaller time step and
longer computing time. Anandavalli et al. (2012) employed more uniform meshing
approach, i.e., using shell and link elements for the steel plates and shear connectors,
respectively. In this study, a simplified approach was employed, i.e., using Hughes-
Liu beam elements for shear connectors and assuming the perfect bond between

Front plate

Concrete core
Rear plate

Symmetric
plane

End plate

Fig. 10.2 Quarter FE model of curved SCS sandwich shell, reprinted from Wang et al. (2016),
copyright 2022, with permission from Elsevier
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concrete core and shear connectors. This approach was also used to model RC struc-
tures against blast loading, and the predictions were proven to be acceptable (Li
et al. 2015; Chen et al. 2015). Figure 10.3 illustrates the modeling of the connec-
tion between steel plates and shear connectors. The circular rigid panel (with same
diameter of the shear connector) is attached to the shear connector through shared
node, and meanwhile tied to the steel plate. This connection modeling approach
can avoid stress concentration at the steel plate caused by directly sharing the node
between the shear connector and steel plate. The geometry of the curved SCS sand-
wich shell in this study is given in Table 10.1. Blast load was generated using
keyword *LOAD_BLAST_ENHANCED (LBE) via the CONWEP feature in LS-
DYNA (Hallquist 2013). The blast pressure was applied onto the front plate of the
curved SCS sandwich shell and can be determined based on the amount of TNT
charge, standoff distance and angle of incidence, as given below

P(t) = P, cos’ 0 + P;(1 + cos® 6 — 2 cos6) (10.1)

where P, is reflected pressure, P; is incident pressure and 6 is angle of incidence.

\ Y \

P Front plate Rigid panel

Shear \
" connector " |Beam Shell element

element
Rear plate
F 4 N

—_—

Fig. 10.3 Simplified FE model of shear connectors, reprinted from Wang et al. (2016), copyright
2022, with permission from Elsevier

Table 10.1 Geometry of curved SCS sandwich shell (Unit: mm)

Span | Width | Rise height | Steel plate | Concrete depth | Shear Shear
thickness connector connector
diameter spacing

1200 | 1200 300 3 70 10 200
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Table 1.0'2 fMaterlal in FE Density Compressive Shear Bulk modulus
P“’l]’er,“es of concrete in (kg/m3)  |strength (MPa) |modulus | (GPa)
analysis (GPa)

2310 35 12.06 13.21
Fig. 10.4 True 800
stress—effective plastic strain 700

curve for mild steel,
reprinted from Wang et al.
(2016), copyright 2022, with
permission from Elsevier
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The Continuous Surface Cap (CSC) model in LS-DYNA (Hallquist 2006) was
adopted to model the behavior of concrete. This material model was developed by
US Federal Highway Administration to simulate the concrete-like material subjected
to high rate loading, like impact and blast (FHWA 2007a, b). The main parameters
of concrete used in this analysis are given in Table 10.2. As for the simulation of
steel, the Piecewise Linear Plasticity material model in LS-DYNA was employed.
The material properties of steel were obtained from the tensile coupon test, and the
input true stress—effective plastic strain curve is shown in Fig. 10.4. In this material
model, the Cowper-Symonds model (Cowper and Symonds 1958) is used to scale
the yield stress, as defined in Eq. (1.8), and the strain rate parameters C and P were
40.4 s~ and 5 for the mild steel (Jones 1988).

10.2.2 FE Model Verification

There is no available experimental data on curved SCS sandwich panel subjected to
blast loading in the open literature. Hence, the field blast test on the flat SCS sandwich
panel (Liew and Wang 2011; Kang et al. 2013), which has similar configuration of
the curved SCS sandwich shell, was adopted to validate the established FE model,
and the comparisons between the FE and test results were presented in Sect. 9.2. In
order to calibrate the proposed FE modeling approach of shear connectors, the static
test on SCS sandwich beams with shear connectors friction-welded to the steel plates
(Xieetal.2007) was employed. The same material models, element formulations and
mesh size in Sect. 10.2.1 were used herein. The geometry of the SCS beam is shown in
Fig. 10.5, and the material properties are given in Table 10.3. The load—displacement
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Fig. 10.5 Details of SCS sandwich beam (Unit: mm)

Table 10.3 Material properties of steel and concrete (Xie et al. 2007)
fyp (MPa) fup (MPa) fyg (MPa) fup (MPa) S eu (MPa)
384 507 541 566 58

response of the SCS sandwich beam under concentrated load from the test (Xie et al.
2007) is compared with the FE results with different modeling approaches of shear
connectors, as shown in Fig. 10.6. All the three modeling approaches can yield
similar ultimate strength. However, the discrepancy is observed at the initial loading
stage, i.e., “solid elements modeling approach” by Foundoukos and Chapman (2008)
shows stiffer response as compared to the test results, and “shell and link modeling
approach” by Anandavalli et al. (2012) shows softer response. It is noted that the
proposed “shell and beam modeling approach” shows better agreement with the test
results, which validates the proposed FE modeling approach of shear connectors.
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Fig. 10.6 Load—displacement response of SCS sandwich beam
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10.3 Curved SCS Sandwich Shell Without Shear
Connectors

The responses of the curved SCS sandwich shell without shear connectors under
blast loading were first examined to obtain the dynamic response characteristics and
failure modes, which will be compared with those of the curved SCS sandwich shell
with shear connectors in the next section. The blast load with TNT charge weight
of 20 kg and standoff distance of 0.5 m was applied to the front plate of the curved
SCS shell.

Figure 10.7 shows the deformation evolution of the curved SCS sandwich shell
without shear connectors, and separation between faceplates and concrete core is
observed owing to the absence of shear connectors. The blast load duration is very
short (about 0.5 ms), which leads to an impulsive response regime of the shell (i.e.,
the shell only develops negligible deformation before the blast load decaying to
zero). Hence, the blast energy is first transferred to the shell as kinetic energy, and
the kinetic energy will be finally dissipated by the shell as internal energy. The
resistance to mass ratio of the faceplate is initially higher than that of concrete core
and the same to acceleration, which results in the front plate separating from concrete
core after blast pressure decaying to zero. The separation between the rear plate and
concrete core is also observed with relatively large deflection, which can be attributed
to the reduced resistance of the rear plate after buckling. This is also demonstrated
in Fig. 10.8, i.e., the increasing rate of internal energy of the rear plate slows down
when the midpoint displacement exceeds 200 mm. Figure 10.8 also shows that the
concrete core dissipates the majority of blast energy. In addition, the ultimate energy
absorption capacity of the concrete core is reached, as shown in Fig. 10.9. The
relatively smaller blast energy dissipated by faceplates can be attributed to (1) smaller
volume of faceplates as compared to concrete core, (2) early separation of the front
plate and (3) buckling of the rear plate for large deflection.

10.4 Curved SCS Sandwich Shell with Shear Connectors

The separation between faceplates and concrete core was observed for the curved SCS
sandwich shell without shear connectors subjected to blast loading, which limited the
blast resistant capacity of the curves SCS sandwich shell. Hence, shear connectors
were introduced into the curved SCS sandwich shell to improve its blast resistant
performance, and the effect of shear connectors on the blast response of the curved
SCS sandwich shell was also discussed. Then, the failure modes of the curved SCS
sandwich shell with shear connectors under close- and far-field blast loading were
discussed. In addition, the effects of rise height (or rise to span ratio) and rear to front
plate thickness ratio on the blast responses of curved SCS sandwich shells were also
investigated.
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Fig. 10.7 Deformation of curved SCS sandwich shell without shear connectors under blast loading,
reprinted from Wang et al. (2016), copyright 2022, with permission from Elsevier
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10.4.1 Influence of Shear Connectors

The same blastload with 20 kg TNT charge detonated at 0.5 m away was applied to the
curved SCS sandwich shell with shear connectors. Figure 10.10 presents the midpoint
displacements of the front and rear plates for the two curved SCS shells. Significant
reduction of displacement is observed for the curved SCS shell with shear connectors,
especially for displacement of the rear plate. In addition, comparable displacement
of the front and rear plate can be seen for the shell with shear connectors, which
demonstrates that shear connectors can bond the faceplates to concrete core and
improve blast resistance of the curved SCS sandwich shell. The amount of blast
energy dissipated by the front plate, concrete core and rear plate for the two shells
is presented in Fig. 10.11. The portion of blast energy dissipated by faceplates of
the curved SCS shell with shear connectors is 35.5% higher than that of the shell
without shear connectors. This is because shear connectors can prevent separation
of faceplates from concrete core and enforce them deforming together to dissipate
blast energy. In addition, higher blast energy dissipated by the rear plate as compared
to the front plate is observed for both the two curved SCS shells, which is due to
relatively larger deformation of the rear plate.

Unlike steel material, the strength of concrete under compression is much higher
than that under tension, and the same to energy absorption capacity. In view of this,
the curved SCS sandwich shell is superior to its flat counterpart through enforcing
more portion of concrete core under compression. In CSC material model, a damage
parameter, d, is employed to evaluate the damage level of concrete for single element.
In this study, the average damage, d,, defined in Eq. (10.2), is utilized to evaluate
the global damage level of concrete core.

500 +
450 F Front plate-no shear connector .7
, .......... Rear plate-no shear connector .
~ 400 ’ """ Front plate-shear connector """
g 350 , - - = - Rear plate-shear connector
5 300 £
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Fig. 10.10 Displacement-time history of curved SCS sandwich panel, reprinted from Wang et al.
(2016), copyright 2022, with permission from Elsevier
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Fig. 10.11 Comparison of internal energy of curved SCS sandwich shell with and without shear
connectors, reprinted from Wang et al. (2016), copyright 2022, with permission from Elsevier
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n

d, (10.2)

where d; is the damage parameter of element i, and n is the total number of concrete
elements. Figure 10.12 shows the internal energy versus average damage curves of
concrete core for the two curved SCS shells with and without shear connectors. The
two curves are found to be close when the average damage value is small. However,
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Fig. 10.12 Internal energy—average damage curves of concrete core, reprinted from Wang et al.
(2016), copyright 2022, with permission from Elsevier
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the concrete core of the curved SCS shell without shear connectors shows significant
increase in global damage with only slight increase in internal energy, which is due
to the increasing portion of concrete core under tension after separation between
faceplates and concrete core. Hence, the utilization of shear connectors to increase
the energy absorption capacity of concrete core is demonstrated.

10.4.2 Influence of Blast Loading

In order to obtain the failure modes of curved SCS sandwich shell with shear connec-
tors under blast loading, the blast detonations with TNT charge weight of 20, 25
and 35 kg and standoff distance of 0.5 m were selected to represent close-field blast
loading, and the blast detonations with TNT charge weight of 5000, 6500 and 7500 kg
and standoff distance of 10 m were selected to represent far-field blast loading.

Figure 10.13a shows the failure mode of the curved SCS sandwich shell with
shear connectors under close-field blast loading, and separation of the rear plate
from concrete core can be observed after tearing failure of the rear plate. However,
different failure mode is observed for the curved SCS sandwich shell under far-field
blast loading, as shown in Fig. 10.13b, i.e., the buckling of faceplates appears at the
end of the shell first, and the subsequent buckling of the front plate is observed at the
mid-span. The loading duration of close-field blast loading is significantly shorter
as compared to far-filed blast loading and can be considered to act in an impulsive
manner, the curved SCS sandwich shell under close-field blast loading generally
experiences higher acceleration, which is prone to trigger a failure mode of separation
between the rear plate and concrete core. As for the curved SCS sandwich shell under
far-field blast loading, whose loading duration is longer and can be considered to
act in a quasi-static or dynamic manner, the shell is prone to deform as that under
quasi-static loading, showing buckling failure of faceplates.

Figure 10.14 presents the internal energy (or blast energy dissipation) ratios of
concrete core to faceplates, and comparable amount of blast energy dissipated by
concrete core and faceplates can be observed. For the close-field blast loading with
standoff distance of 0.5 m, the blast energy dissipated by faceplates shows increase
with increasing TNT charge weight before failure of the shell (from 20 to 25 kg
TNT charge). However, more blast energy dissipated by concrete core is observed
for the shell after failure (35 kg TNT charge), which can be attributed to the reduced
blast energy dissipated by the rear plate after separating from concrete core. For the
far-field blast loading with standoff distance of 10 m, the percentage of blast energy
dissipated by concrete core shows increase with increasing TNT charge weight.
Figure 10.14 also shows that the percentage of blast energy dissipated by faceplates
of the shell under close-field blast loading is lower as compared to that under far-field
blast loading at the same external work level, which can be attributed to the reduced
blast energy absorption capacity of the rear plate after separation. As mentioned
previously, the energy absorption capacity of concrete varies with loading path (e.g.,
compression or tension), and the average damage, d,, is proposed to evaluate the
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Fig. 10.13 Failure modes of curved SCS sandwich shell with shear connectors: a close-field and
b far-field blast loading, reprinted from Wang et al. (2016), copyright 2022, with permission from
Elsevier
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global damage level of concrete core. Herein, the ratio of internal energy per unit
volume to average damage is used to evaluate the energy absorption efficiency of
concrete core. It can be seen in Fig. 10.15 that the energy absorption efficiency of
concrete core shows increase with increasing average damage. In addition, the energy

7500kg

6500kg

35kg

Energy asborption efficiency of concrete core
(N/mm?)
']
W

1.5 1 —O— Standoff distance = 0.5m
14 —B Standoff distance = 10m
0.5 1
0 T I S
0.3 0.4 0.5 0.6 0.7 0.8

Average damage

Fig. 10.15 Energy absorption efficiency of concrete core versus average damage, reprinted from
Wang et al. (2016), copyright 2022, with permission from Elsevier
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absorption efficiency of concrete core for close-field blast loading case is lower as
compared to far-field blast loading case at the same average damage level, which
indicates that more portion of concrete core is under tension after occurrence of
separation between the rear plate and concrete core.

10.4.3 Influence of Rise Height

The curved SCS sandwich shells with span of 1.2 m and four different rise heights
(0, 0.3, 0.45 and 0.56 m) were subjected to close- (25 kg TNT charge with standoff
distance of 0.5 m) and far-field (5000 kg TNT charge with standoff distance of 10 m)
blast loading, and the external work, blast energy absorption and damage of the shell
were discussed and presented as followings.

The effect of rise height on the dynamic responses of curved SCS sandwich shells
under blast loading are illustrated in Table 10.4. The external work done by blast
loading generally exhibits decrease with increasing rise height for both close- and
far-field blast loading, i.e., the external work is reduced by 49.7% and 78.3% for
close- and far-field blast loading, respectively, by increasing rise height from 0 m
to 0.56 m. Since the external work done by blast loading will be dissipated by the
shell as internal energy, the decrease in external work with increasing rise height
also leads to the decrease in damage of concrete core and faceplates, as shown in
Table 10.4. Herein, the average damage, d,, defined in Eq. (10.2) is used to evaluate
the global damage of concrete core, and the average effective plastic strain, &,
defined in Eq. (10.3) (Wang and Liew 2015) is used to evaluate the global damage
of faceplates.

£gp = ==L (10.3)

Table 10.4 Summaries of FE results with varied rise heights

Rise | 25kg TNT@0.5m 5000 kg TNT@10 m

helght | wp (k1) |da  |eap (x |ep Nmmd) |We KD) |da | eqp (x| ep (N/mm?)
(m) 102) 1072)

0 9.4 059 401 | 1.06 2376 074 (553 | 134

03 [570 046 |1.88 |182 656 046 [220 |1.92

045 500 033 [105 241 507 036 [125  |2.14

0.56 485 034 [102 | 182 517 1035 [L15 | 187

Note W g—External work; d,—Average damage of concrete; £,,—Average effective plastic strain
of face plate; eg—Energy absorption efficiency of concrete core
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where ¢,; is the effective plastic strain of element i, and 7 is the total number of face-
plate elements. Table 10.4 shows that both the damages of concrete core and face-
plates are reduced significantly by increasing rise height from 0 to 0.45 m. However,
further increasing rise height from 0.45 to 0.56 m shows little effect on the damages
of concrete core and faceplates. The effect of rise height on the energy absorption
efficiency of concrete core is also illustrated in Table 10.4, and the highest energy
absorption efficiency of concrete core is observed for the curved SCS sandwich shell
with rise height of 0.45 m.

10.4.4 Influence of Rear to Front Plate Thickness Ratio

The rear plate of the curved SCS sandwich shell experienced higher damage as
compared to the front plate from previous FE simulations, and the effect of rear to
front plate thickness ratio was discussed. The dynamic responses of curved SCS
sandwich shells with three different combinations of rear and front plate thickness
(i.e., rear/front plate thickness of 3/5, 4/4 and 5/3 mm), under close- (25 kg TNT
charge with standoff distance of 0.5 m) and far-field (5000 kg TNT charge with
standoff distance of 10 m) blast loading were studied, and the external work, blast
energy absorption and damage of the shell were discussed.

The effect of rear to front plate thickness ratio on the dynamic responses of curved
SCS sandwich shells is shown in Table 10.5. The increase in external work with
increasing rear to front plate thickness ratio is observed for the shell under close-field
blast loading, whereas the external work shows decrease with increasing rear to front
plate thickness ratio for the shell under far-field blast loading. However, the variation
in external work by increasing rear to front plate thickness ratio from 3/5 to 5/3 is not
significant. Table 10.5 also shows that the damages of concrete core and faceplates
generally decrease with increasing rear to front plate thickness ratio. This is because
the rear plate experiences higher damage than that of front plate, and increasing
rear plate thickness is more effective in improving blast resistance of the curved
SCS sandwich shell. The effect of rear to front plate thickness ratio on the energy
absorption efficiency of concrete core is also presented in Table 10.5, and slight
increase in energy absorption efficiency is observed by increasing rear to front plate

Table 10.5 Summaries of FE results with varied rear to front plate thickness ratios

Rear to 25kg TNT@0.5 m 5000 kg TNT@10 m

frontplate |y, ) |4, ap (X | ep N/mm?) | Wg (k) | d, €ap (X | e (N/mm?)
thickness ) —2

¢ 1072) 1072)

ratio

3/5 51.9 0441 (148 |1.62 497 0.425 [1.56 |1.48

4/4 52.3 0425 [ 138 | 1.65 47.0 0363 | 130 |[1.62

5/3 52.9 0.391 | 1.41 1.82 454 0358 | 1.19 | 1.60
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thickness ratio from 3/5 to 5/3 (i.e., 11.0% and 7.8% increase in energy absorption
efficiency for close- and far-field blast loading, respectively). This demonstrates the
improvement of blast resistance of the curved SCS sandwich shell by employing
thicker rear plate.

10.5 SDOF Model for Curved SCS Sandwich Shell

The SDOF method was adopted to obtain the blast responses of curved SCS sandwich
shells, and subsequently the dimensionless P-I diagram was constructed. The curved
SCS sandwich shell under uniformly distributed blast loading can be equivalent to
a SDOF system, and the procedures to establish the equation of motion (EOM) are
described as follows: (a) assuming a reasonable deflection shape function, which
can be obtained by applying an uniformly distributed loading on the shell in a static
manner (Biggs 1964); (b) establishing the relationship between strain and mid-span
displacement; (c) deriving the internal energy, kinetic energy of curved SCS sandwich
shell in terms of mid-span displacement and velocity, respectively, and substituting
them together with the potential energy of applied blast loading into the Lagrange’s
equation of motion.

10.5.1 Deflection Shape Function

For a one-way supported curved SCS sandwich shell under uniformly distributed
loading shown in Fig. 10.16, it can be simplified as an arch, as the displacement in
the radial direction is predominant and its value along the width direction is almost
the same. Hence, the deflection shape function of the arch under uniform line load
can be adopted to represent the deflection shape function of the curved SCS sandwich
shell under uniformly distributed loading. As shown in Fig. 10.17 for the elastic arch
under uniform line load, ¢, in the radial direction, the radial displacement (inwardly
positive), w(f), and tangential displacement, v(6), are given as follows (Dym and
Williams 2011):

A _
w(0) = %{[(HTI)Q sin9i| Cy — 1Cy + (I cosb)Cs +7} (10.4)

gR*
9 = —_—
v(0) 7

{[(1 ~T)sing — (1 +T)pcos8] S — (16)C + (7sin9)C3}
(10.5)

where ¢ is uniforln line load, R is radius of arch, E is Young’s modulus, [ is second
moment of area, I = h? / 12R? (h is thickness of arch), Cy, C; and C3 are unknown
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Fig. 10.16 Simplification of curved shell to an arch

Fig. 10.17 Geometry of arch

constants and can be determined by applying boundary conditions. For an arch with
fixed ends, the following boundary conditions are applied:

dw

w(x) =0, v(a) =0, 20 .

=0 (10.6)
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Then, the constants Cy, C, and C3 can be determined by substituting the boundary
conditions in Eq. (10.6) into Eqgs. (10.4) and (10.5) as follows:

Ia

C, = — (10.7)
sino — %’a(ﬁ + cos )
C, = S (10.8)
sinot — ”Tla(ﬁ + cos a)
#a(l + o cota)
Cy = (10.9)

sino — #a(ﬁ + cosa)

The deflection shape function in the radial direction, ¢(6), can be determined via
dividing the radial displacement, w(6), by the mid-span displacement of the arch,
w(0), i.e.,

sina -6 -sinf + (sina + « - cosa) - cosf — a — sina - cos &
$) = ; (10.10)
(I —cosa)(sina — )

It is noted in Eq. (10.10) that the radial deflection shape function varies with
angle o, which is also illustrated in Fig. 10.18. In order to simplify the calculations
of axial strain, internal energy, kinetic energy and potential energy in the following
sections, a deflection shape function without the variable of angle « in Eq. (10.11) is
proposed, considering its minimal effect on the deflection shape function induced by
the variation of angle « from 10° to 90°. It was also noted by Baker et al. (1983) that
the effect of deflection shape function on the structural response under blast loading
was not significant if the adopted deflection shape functions were in accordance with
the actual boundary condition. Hence, the simplified deflection shape function in
Eq. (10.11), showing only minimal difference with the original ones, is adopted in
the following calculations.

Fig. 10.18 Deflection shape 12 ¢
with varying angle o Angle a
17 = = = 90 degree
F ., e 10 degree
0.8 1 \% =+ =+ 60 degree
s E Sk, Proposed
< 0.6 NS
\3
04 f N
. Q\n.‘
02 1 N\
‘4.\
0 +———————— ! ——
0 0.2 0.4 0.6 0.8 1
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$(6) = %[1 +cos(”9)] (10.11)

o

10.5.2 Strain-Displacement Relationship

Establishing the relationship between strain and mid-span displacement is a primary
to derive the internal energy in terms of mid-span displacement. In this study, the
uniformly distributed compressive strain on the entire arch is assumed in order to
provide a simple close-form solution of internal energy and arithmetic expression of
dimensionless P—I diagram. In addition, the geometry requirements of arch are also
presented in this section to bring down the errors induced by this assumption.

10.5.2.1 Strain Calculation

By employing the simplified deflection shape function in Eq. (10.11), the radial
displacement of an arch can be expressed as:

w(0) = %[1 n cos(ge))]wm (10.12)

where w), is the mid-span displacement. According to Fig. 10.17, the developed
length of arch can be determined as:

/2
Ly = / Vr? +r2dp (10.13)
n/2—a

where r = R — %{1 + cos[% (% — ,8)] }wm is radius of arch after deformation, and
r'= %. Since it is difficult to obtain the close-form solution of the developed length,
L4, from Eq. (10.13), the following approximation is adopted to obtain the developed

length of arch as:

/2

r2 1
Ly~ / (E+r)dﬁ=Ra<ZBlzB§+l—B]> (10.14)

n/2—a

where B; = w,, / 2R, B, = ? / 2«. By adopting the assumption that compressive
strain is uniformly distributed, the axial strain induced by shortening of arch, ¢., can
be determined as:
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_ L,— Ly Win 1 (wmr[

- Ro

2
T 2R 16 ) (Positive in compression) (10.15)

&c
where L, = Ro is original length of arch.

10.5.2.2 Geometry Requirements

In reality, the axial strain induced by shortening of arch, &., is not uniformly
distributed. Hence, the difference between the maximum and minimum axial strain
along the arch needs to be limited to an acceptable value to bring down the errors
induced by this assumption. The axial stress resultant of arch can be written as (Dym
and Williams 2011):

EA (dv(6)
N(9)=7< = —w(9)> (10.16)

where A is cross-section area of arch. Then, substituting Eqgs. (10.4) and (10.5) into
Eq. (10.16) leads to

gR3AT

N@) ="

(14 C; cos) (10.17)

Since the first term in Eq. (10.17) is only related to geometry of the arch and
applied load, the axial strain, ¢, can be written as:

e.(0) =€(1 + Cycosb) (10.18)

where € is a function of applied load, geometry and material properties of arch. It is
noted that the axial strain varies along the arch, ranging from €(1 + C cos «) at end
to €(1 4+ Cy) at mid-span. Hence, the induced strain error, er,, can be determined as:

Emax — €min

(10.19)

ere =

_ Ci(cosa — 1)
o 1+ C

Emin

where €max and e, are the maximum and minimum axial strain along the arch,
respectively. It is noted that er, is a function of « and A/R, and therefore the er. in
terms of « and A/R are plotted in Fig. 10.19 to facilitate the selection of acceptable
geometry of the arch (i.e., the arch with suitable « and /R satisfying the allowable
strain error). Figure 10.19 shows that both increasing angle « and decreasing A/R
lead to the decrease of strain error.

Since the compressive strength of concrete is much higher than tensile strength,
the continuous compression of arch subjected to blast loading is preferred. Therefore,
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Fig. 10.19 Effect of « and 100 T ——WR=03 h/R=0.25

h/R on the strain error F s 2 ----h/R=0.15
—-—--h/R=0.05

Strain error (%)

30 40 50 60 70 80 90
Angle a (%)

it is needed to ensure the monotonic increase of axial strain with increasing mid-span
displacement before the arch reaching allowable maximum deformation, which leads
to the following relationship:

Winax a2
< 4(—) (10.20)

where w,,,, is the allowable maximum mid-span displacement of the arch.

In this calculation, only the axial strain induced by shortening of arch, ¢, is
considered, and the axial strain induced by bending, ¢, is neglected. Similarly, a
geometry limit needs to be provided to ensure the resultant axial stress of ¢, and g,
is in compression on the entire arch. According to Fig. 10.17, the curvature of arch
with thickness of & can be calculated as:

|r2 + 272 — rr’|

1
) 2 f10vn /R e, B) (10.21)

ke(B) =

where fi(wn /R, o, B) is a function with w,,/R, @ and B as independent variables.
Then, the axial strain induced by bending at the outmost layer of arch is

h h
&p = EAkC = ﬁfz(wm/R, o, ,3) (1022)

It is noted that the maximum axial strain induced by bending, &j, max, along the
arch locates at the fixed end (i.e., f = m/2-«), and therefore &;, m,x can be expressed
as a function with w,,/R and « as independent variables, i.e.,

h h
Epmax = 5 Ake = ﬁfg(wm/R, o) (10.23)
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The requirement of no tensile axial strain on the arch leads to

h

= ﬁf4(w,,l/R,a) <1 (10.24)

€b, max

€c

It is noted that f4(wm / R,(x) shows increase with increasing w,/R. Hence,
the allowable maximum mid-span displacement, wp,x, is used to replace w,, in
Eq. (10.24), and this can ensure no tensile axial strain on the arch with mid-span
displacement less than w,,,,. For the curved SCS sandwich shell studied in this
chapter, the ultimate strain of concrete, &,, can be chosen as a failure threshold
of curved SCS sandwich shell under blast loading. From Eq. (10.15), the w,/R
corresponding to ¢, can be determined as:

%:4(3)2[1_ 1_(5)2,} (10.25)

Substituting Eq. (10.25) into Eq. (10.24) and setting ¢, = 0.0035 (with concrete
grade no higher than C50/60) (Eurocode 2004) leads to the allowable maximum ratio
of thickness to radius, (4/R)max, With only « as the independent variable. By utilizing
curve fitting method, the expression of (h/R)max in terms of angle o can be obtained
in Eq. (10.26), and the fitted curved is shown in Fig. 10.20.

h h

7= <E> = (8.925¢* — 324.9a + 7308) x 107> (rin’) (10.26)
Fig. 10.20 Relationship 0.6
between (/R)max and angle 0.5 X

o

O Data

0.1 1 oo© —Fitted curve

A O

30 40 50 60 70 80 90
Angle a (°)
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10.5.3 Egquation of Motion

As for the curved SCS sandwich shell with the geometry shown in Fig. 10.21
subjected to uniformly distributed blast loading, the equation of motion can be
formulated in Eq. (10.27) by applying the Lagrange’s equation.

0 (10.27)

d (dK au+Vv)
dt \ dvi, dwn
where K is kinetic energy, U is internal energy, V is potential energy, and w,, is
mid-span displacement. The kinetic energy of the curved SCS sandwich shell can be
calculated as:

o

K:%/mmwmuwe (10.28)
0

where m is mass per unit radian of the curved SCS sandwich shell and given in
Eq. (10.29), and w,, is the velocity at mid-span and can be obtained by differentiating
the mid-span displacement, w,,, with respect to time, 7.

_ 1 2 2
m = E)Oc(rom - rin) + Ios(tinrinm + toutruutm) Wd (1029)

Voutm

Outer plate

Fig. 10.21 Geometry of curved SCS sandwich shell
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where p. and p; are densities of concrete and steel, respectively, W is width of curved
SCS sandwich shell, and other geometric parameters can be found in Fig. 10.21.

According to the assumption on axial strain in Sect. 10.5.2, i.e., the axial strain
of concrete, €., is uniformly distributed on the entire concrete core, the differential
of internal energy of concrete core, U, with respect to mid-span displacement, wy,,
can be formulated as:

dU. du, ds.

=V, 10.30
dw,, de, dw,, ( )

where V, = 1/2(r2,, — r?,) W, is volume of concrete core, and u, is internal energy
per unit volume of concrete core. The differential of u. with respect to &, can be
determined as:

du,
de,

=o.(&) (10.31)

where o.(¢) specifies the relationship between compressive stress and strain of
concrete and can be expressed in Eq. (10.32) according to Eurocode 2 (2004).

kee/ e, — (sc/eo)2

1+ (k—2)e/ ¢

Sem for le| < eyl (10.32)

oc(ec) =

where k, f ., €, and g, are constants for specified concrete grade, and can be found
in Eurocode 2. From Eq. (10.15), the differential of ¢, with respective to w,, can be
obtained as:

de, 1 Wi T2

dw, _ 2R. 8R2q2 (10.33)

where R, is radius at the middle layer of concrete core, as shown in Fig. 10.21.

Similar to the calculation of dU ./dw,,, the differential of internal energy of inner
and outer steel plate with respect to mid-span displacement (dU s;/dw,, and dU s,/dw,)
can be calculated as well. Herein, the elastic—plastic-hardening constitutive model
in Eq. (10.34) is employed to determine the stress—strain relationship of steel.

Ege & <&y
o, (ey) = (10.34)
Esey +apEs(e;, — &) & > &

where E;, ¢y, ar are Young’s modulus, yield strain and hardening coefficient of
steel. Hence, the differential of internal energy of the curved SCS sandwich shell
with respect to mid-span displacement, dU/dw,,, can be obtained by summing the
terms of concrete core, inner and outer steel plate as:
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dv _du.  duy  dU, 1035
dw, — dw,  dw,  dw, .

where U,., U and Uy, are internal energy of concrete core, inner and outer steel
plate, respectively.
The potential energy of blast loading can be calculated as:

o

V= —Wd/P(t)rqu(@)wm(t)d@ (10.36)
0

where P(t) is applied blast pressure—time history, and r, is the radius at outmost
layer of the outer steel plate, as shown in Fig. 10.21. Then, the equation of motion of
the curved SCS sandwich shell can be obtained by substituting Egs. (10.28), (10.35)
and (10.36) into Eq. (10.27). The fourth-order Runge—Kutta time stepping procedure
was employed to solve the equation of motion and obtain the maximum mid-span
displacement of the curved SCS sandwich shell under blast loading.

10.6 P-I Diagram for Curved SCS Sandwich Shell

Figure 10.22 shows a typical P-I diagram, and the pressure and impulse asymptotes
are two vital parameters that define the limiting values for pressure and impulse,
respectively. As seen in Fig. 10.22, the response behavior of a structure subjected to
blast loading can be categorized into impulsive, dynamic and quasi-static response
regimes in accordance with the ratio of blast load duration to the natural period of the
structure. The pressure and impulse asymptotes (quasi-static and impulsive response

Fig. 10.22 Typical P-I i
diagram

Impulsive
regime

Pressure

:_7 Impulse asymptote

Impulse
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regimens) can be determined via employing the energy balance method, and the

responses in the dynamic response regime can be obtained by employing the SDOF
model presented in Sect. 10.5.

10.6.1 Internal Energy-Displacement Relationship
The internal energy per unit width of concrete core can be calculated as:

out
is the internal energy per unit volume of concrete core, which can be calculated as:

where V. = 1/2(r2,, — r?,) is the volume per unit width of concrete core, and u,

&

uc(e.) = /acds

0

; |:(k — D% )0 (ec)8)  (k—1)2In((k—2)e. /e, + 1)]
=& Jem

(k —2)? 2—2) k —2)°
(10.38)
Then, substituting &. = 32 — % into Eq. (10.38) leads to the expression of

internal energy per unit volume of concrete core in terms of mid-span displacement,
u.(wp). Similar to the calculation of internal energy per unit width of concrete
core, the internal energy per unit width of inner and outer steel plate (Uy;(wy)
and U,,(wy,)) can be calculated as well. Herein, the relationship between internal
energy per unit volume of steel plate and strain can be determined in Eq. (10.39) by
employing the elastic—plastic-hardening constitutive model in Eq. (10.34).

0.5E¢> g < &
(10.39)

ug(es) = /O‘Sd&‘/ = 2 2
) 0.5apEe; + E(1 — ag)(sye; — 0.58),) &5 > &

Then, the internal energy per unit width of curved SCS sandwich shell can be
obtained by summing the internal energy contributed by concrete core, inner and
outer steel plate as:

ﬁ(wm) = ﬁc (W) + Usi (W) + ﬁso W) (10.40)

where U, (W), Uyi (W) and U, (w,,) are internal energy per unit width of concrete
core, inner steel plate and outer steel plate, respectively.
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10.6.2 Dimensionless Pressure and Impulse

The blast pressure profile is required when constructing the dimensionless P-I
diagram. In this study, a triangular blast pressure profile with zero rise time given in
Eq. (10.41) was adopted.

P, 1—1t/t 1<t
P(t) = mac(l = t/1a) £ <ta (10.41)
0 t>1

where Py, is peak pressure and ?4 is loading duration.

When loading duration is much longer than the natural period of the curved SCS
sandwich shell, i.e., ; >> T, the load can be considered to act in a quasi-static
manner since the structure will reach its maximum displacement long before the load
has diminished. Equating the external work done per unit width by blast loading with
the internal energy per unit width of the curved SCS sandwich shell leads to

— 1
Uwy) = EPmaxrmea (10.42)

Then, rewriting Eq. (10.42) gives a modified pressure asymptote as

Pmax

mx 1 =P 10.43
2U(wm)/rpwma ( )

where P can be treated as the dimensionless pressure with the dimensionless pressure
asymptote to be one.

When loading duration is much shorter than the natural period of the curved SCS
sandwich shell, i.e., t; << T, the load can be considered to act in an impulsive
manner. The blast energy initially transfers to the structure as kinetic energy and is
finally absorbed by the structure as internal energy. Applying Momentum Theorem
leads to

ZPmaxr,,atd = gamwm (10.44)

where m = m / W,. The mid-span velocity of the curved SCS sandwich shell, w,,,
can be determined from Eq. (10.44), and the velocity of the curved SCS shell, w(0),
can also be obtained by applying the deflection shape function, ¢(8). Then, the kinetic
energy per unit width of the curved SCS sandwich shell can be obtained as:

_ ar?l?
E, = —2 (10.45)
3m
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where I = 0.5Pyutq is impulse. Equating E; with U(w,,) gives the follow
relationship:

Var,l
v 3mU (W)

=1=7 (10.46)

where 7 can be treated as the dimensionless impulse with the dimensionless impulse
asymptote to be one.

10.6.3 Dimensionless P-I Diagram Establishment

With the SDOF model in Sect. 10.5 to obtain the maximum mid-span displacement
of the curved SCS sandwich shell under blast loading, the procedures to construct
the dimensionless P-I diagram are described as follows:

(1) Select the curved SCS sandwich shells with varying parameters, including
geometry (angle o, radius, steel plate and concrete core thickness), material
(steel and concrete grade) and blast loading (peak pressure and loading dura-
tion). It should be noted that the adopted geometry of the curved SCS sandwich
shell must satisfy the geometry requirement specified in Sect. 10.5.

(2) Obtain the maximum mid-span displacements of curved SCS sandwich shells
with varying geometries, materials and blast loadings via employing the SDOF
model and plot the pairs of dimensionless pressures, P, and impulses, 1, in
Fig. 10.23. (The dimensionless pressure and impulse are defined in Egs. (10.43)
and (10.46), respectively)

(3) Fit the dimensionless pressure and impulse data in Fig. 10.23 and yield the
formula of dimensionless P—I diagram in Eq. (10.47).

In(P —1) +0.039In*(7 — 1) + 0.8641In(7 — 1) + 1.288 =0  (10.47)

Fig. 10.23 Dimensionless 50
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Fig. 10.24 Modified
dimensionless P-I diagram
with FE analyses
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Owing to the limitation of the established SDOF model, which cannot capture
the strain rate effect, stress wave effect, confinement effect on concrete strength,
etc., the FE model was adopted herein to improve the accuracy of the dimension-
less P-I diagram constructed based on the SDOF method. Figure 10.24 plots the
dimensionless pressures and impulses obtained from FE analyses. It is noted that the
dimensionless P-I diagram constructed from SDOF method yields higher damage
level as compared to that from the FE results. This is because the FE model can
capture the strain rate effect, confinement effect on concrete strength, etc., and these
contribute to the blast resistant improvement of the curved SCS sandwich shell.
Hence, the new dimensionless P-I diagram given in Eq. (10.48) is generated by
fitting the FE results to provide more accurate predictions on the damage level of the
curved SCS sandwich shell under uniformly distributed blast loading.

In(P — 1.24) +0.041n*(T — 1.38) + 0.91n(7 — 1.38) —0.1 =0  (10.48)

10.7 Blast Resistant Design Approach

The procedures of using the dimensionless P-I diagram to perform the blast resistant
design for the curved SCS sandwich shell are presented as follows:

(1) Determine the peak pressure and loading duration for a given blast loading;

(2) Determine the maximum mid-span displacement based on the allowable
damage level;

(3) Choose the geometric and material properties of the curved SCS sandwich
shell and the geometry has to satisfy the requirement specified in Sect. 10.5.

(4) Calculate the dimensionless pressure and impulse from Eqgs. (10.43) and
(10.46), respectively, with the specified geometric and material properties,
maximum mid-span displacement, peak pressure and loading duration from
steps (1)-(3);
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(5) Check the location of dimensionless pressure and impulse with dimensionless
P-I diagram plotted in Eq. (10.47). If the data point locates below the curve,
the SCS sandwich shell experiences less damage than the allowable damage
level. Otherwise, the curved SCS sandwich shell exceeds the allowable damage
level, and it is necessary to change the material or geometric properties of the
curved SCS sandwich shell and repeat the steps (3)—(5).

Since the ductility of concrete is much lower as compared to steel and the concrete
core with larger volume is the main part for resisting blast load, two damage levels
of the curved SCS sandwich shell subjected to blast loading are suggested based on
the compressive strain of concrete, i.e., emax = €, (damage level I) and ¢, (damage
level 1), where ¢, and ¢, are the strain at peak stress and ultimate strain of concrete,
respectively, and their values can be found from Eurocode 2 with specified concrete
grade.

In order to simplify the calculation of internal energy as well as the formula of
dimensionless P-I diagram, the assumption on axial strain is employed, and the
corresponding geometry requirement on the curved SCS sandwich shell for bringing
down the induced error is presented in Sect. 10.5. Herein, the procedures to select
the suitable geometry of the curved SCS sandwich shell are illustrated in Fig. 10.25
and described as follows:

(1) Determine the concrete core thickness, t., radius, R, and anlge «.

(2) Check the strain error allowance by utilizing Fig. 10.19 and check the ratio
of thickness to radius, 7./R., with the allowable value in Eq. (10.26). If any of
them is not satisfied, it is needed to increase « or decrease f./R. and redo the
checking.

(3) Check the geometric parameters with Eq. (10.20). If not satisfied, it is needed
to increase « or R, and redo the checking at current step.

Fig. 10.25 Flow chart for S

.. tart
determining the geometry of
the curved SCS sandwich \l/

hell
she Select a, t. and R,

Check the strain error allowance and Eq. (10.26)

Yes No

Satisfy Eq. (10.20) || Increase a or decrease t/R.

No Yes

Increase a or R, End
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10.8 Summary

In this chapter, the curved SCS sandwich shell was proposed to resist blast loading,
and its blast response was numerically studied. In addition, a dimensionless P-I
diagram of the curved SCS sandwich shell was constructed based on the SDOF
model to facilitate the blast resistant design of such structure. The main findings
from this chapter are summarized as follows:

(1) The separation between faceplates and concrete core was observed for the
curved SCS sandwich shell without shear connectors under close-field blast
loading. With regard to the failure modes of the curved SCS sandwich shell with
shear connectors, separation of the rear plate from concrete core was observed
for the shell under close-field blast loading, whereas buckling of faceplates
was observed for the shell under far-field blast loading.

(2) The blast-induced deformation of the curved SCS sandwich shell with shear
connectors could be significantly reduced as compared to the shell without
shear connectors, which could be attributed to the improved bonding behavior
between faceplates and concrete core.

(3) The external work done by blast loading could be significantly reduced by
increasing rise height. Both the damages of concrete core and faceplates could
be reduced significantly by increasing rise height from 0 to 0.45 m, and
further increasing rise height from 0.45 to 0.56 m showed little effect on their
damages. Moreover, the highest energy absorption efficiency of concrete core
was observed for the curved SCS sandwich shell with rise height of 0.45 m.

(4) The damages of concrete core and faceplates generally showed decrease with
increasing rear to front plate thickness ratio. The energy absorption efficiency
of concrete core showed slight increase with increasing rear to front plate
thickness ratio.

(5) The constructed dimensionless P-I diagram using SDOF model yielded
slightly higher damage as compared to the FE predictions, and therefore the
FE model was employed to improve the accuracy of the dimensionless P-I
diagram. In addition, the blast resistant design procedures were presented for
the curved SCS sandwich shell by utilizing the dimensionless P-I diagram.
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Chapter 11 ®)
Steel-PU Foam-Steel-Concrete-Steel Geda
Panel Under Impact

11.1 Introduction

For recent decades, the extreme events or threats on buildings and infrastructures
related to impact loading have shown an increasing trend. These have sparked
intensive research works regarding the improvement of structural resistance against
impact loading (Fu et al. 2020; Li et al. 2019a; Igbal et al. 2019; Fan et al. 2019).
The steel-concrete-steel (SCS) sandwich panel generally outperformed other panels
(e.g., steel and reinforced concrete panels) in terms of high ductility, concrete
spalling protection, buckling resistance and energy absorption capacity (Wang
et al. 2016b). In addition, the foam materials (e.g., metallic foam, polymeric foam,
cement-based foam and ceramic foam) were increasingly employed to enhance
the structural resistance against impact or blast loading (Li et al. 2019b; Langdon
et al. 2010; Zhou et al. 2015a, b), owing to their outperformances in weight and
energy absorption capacity. The polyurethane (PU) foam with high specific energy
absorption was attached to the front of SCS sandwich penal to form a new steel-
PUF-steel-concrete-steel (SPUFSCS) panel. This new SPUFSCS panel is composed
of “soft” and “stiff” layers with the aim of improving the impact resistance of the
traditional SCS sandwich panel. The front steel plate and PUF belongs to the “soft”
layer which is employed for dissipating impact energy and reducing peak force
transmitted to the SCS panel, and the rear SCS panel is the “stiff” layer which is
utilized for resisting the transmitted impact force from PUF.

The detailed review on the SCS sandwich structures under impact loading has been
presented in Sect. 6.1. With regard to the foam material, it was widely employed to
be filled into thin-walled metallic structures for dissipating impact and blast energy
owing to its lightweight and high specific energy absorption. The foam-filled energy
absorbers have shown extensive applications in aerospace, military, automotive engi-
neering and civil engineering (Wang et al. 2020b). Up to date, the works on the appli-
cations of foam material in civil structures for impact load mitigation are still limited
(Remennikov et al. 2011; Wang et al. 2019, 2020a; Schenker et al. 2005). Remen-
nikov et al. (2011) conducted experimental and numerical studies on the foam- and
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concrete-filled square steel tubes under low-velocity impact loading. The highest
impact resistance and energy absorption were observed for the concrete-filled tubes,
followed by rigid PUF-filled tubes and then the hollow tubes. Besides the foam-filled
tubes, the PUF-filled energy absorption connectors were also proposed, which could
be employed for attaching the facade or wall to the building and mitigating poten-
tial blast or impact energy (Wang et al. 2019, 2020a). The PUF filler was shown to
significantly improve the energy absorption capacity of the connector. In addition,
an analytical model considering strain rate effects of steel and PUF was also devel-
oped for evaluating the load—displacement response of the connector under dynamic
crushing load (Wang et al. 2019, 2020a). With regard to the foam material as “soft”
layer to mitigate impact loading, Schenker et al. (2005) conducted experimental and
numerical studies on the impact response of reinforced concrete structures protected
with aluminum foam, and the peak impact force was found to be reduced as compared
to the counterpart without foam.

In this chapter, a new SPUFSCS panel was developed, and its impact response
was experimentally studied via employing an instrumented drop-weight impact test
system. Then, numerical studies on the SPUFSCS panel under impact loading were
conducted to reveal its impact energy dissipation mechanism. As for the SPUFSCS
panel under the impact of a cylindrical head, an analytical model was also proposed
for predicting its displacement response.

11.2 SPUFSCS Panel Under the Impact of a Hemispherical
Hammer

11.2.1 Experimental Study

11.2.1.1 Specimens

The SPUFSCS panel consisted of a concrete core, a PUF layer, three steel plates,
two end steel plates and shear connectors, as illustrated in Fig. 11.1a. Five SPUFSCS
panels and one SCS panel were manufactured, and the geometric parameters of the
specimens are listed in Table 11.1. The width (W) and length (L) of all the specimens
were 900 and 1100 mm, respectively. The geometric parameters of the specimens
were varied by varying the steel plate thickness (the nominal thicknesses are 3, 4, and
5 mm) and concrete core thickness (70, 85, and 100 mm). High-strength bolts were
utilized as shear connectors to provide compaction and ensure the structural integrity
of the SPUFSCS panel. All the bolts were 12 mm in diameter and had two types of
lengths, including the long bolts connecting the top, middle, and bottom steel plates,
and the short bolts connecting the middle and bottom steel plates. Figure 11.1b shows
the detailed arrangement of the shear connectors.
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Fig. 11.1 Detailed drawing of the SPUFSCS panel: a general illustration of the SPUFSCS panel
and b arrangement of shear connectors, reprinted from Meng et al. (2021), copyright 2022, with
permission from Elsevier

11.2.1.2 Materials

The steel plates used for the SPUFSCS panels were Q235 mild steel. The mate-
rial properties of the steel faceplates with different thicknesses were obtained from
tensile coupon tests according to GB/T 228.1-2010 (2010). The uniaxial compres-
sion tests of concrete were carried out on three cylindrical specimens with heights
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Table 11.2 Material properties

311

Concrete Compressive strength (MPa) Elastic modulus | Poisson’s ratio
(GPa)
45 29 0.211
Yield strength | Ultimate strength | Elastic modulus | Poisson’s ratio
(MPa) (MPa) (GPa)
3 mm steel plate | 283.3 419.1 208.8 0.27
4 mm steel plate | 287.8 411.6 197.1 0.27
5 mm steel plate | 286.2 424.1 205.5 0.27
bolt 640 800 200 0.27
PU foam Density (kg/m3) Elastic modulus | Plateau stress
(MPa) (MPa)
193.27 64.6 221

and diameters of 300 and 150 mm, respectively, and the average unconfined compres-
sive strength of concrete was 45 MPa. PUF with a density of 193 kg/m? was used
as the energy-absorbing layer. The stress—volumetric strain relationship of PUF was
obtained by conducting a uniaxial compression test in accordance with GB/T 8813-
2008 (2008). Grade 8.8 high strength bolts were employed as shear connectors of
the SPUFSCS panels. The yield and ultimate strength of the high-strength bolt were
640 and 800 MPa, respectively. The main material parameters of the concrete, steel
plates, bolts, and PUF used for the test specimens are listed in Table 11.2.

11.2.1.3 Test Setup and Instrumentation

The impact test was carried out by employing a drop-weight impact test system,
as shown in Fig. 11.2. A hemispherical hammer with a diameter of 200 mm was
chosen for this test, and the summed weight of the hammer head and counterweight
was 620 kg for all specimens. The impact location of the drop hammer was at the
center of the panel. In addition, the specimen was supported by only two steel bars
welded on rigid supports with a clear span of 950 mm. The impact force—time curves
of the panels were obtained using a 2000-kN dynamic load cell embedded in the
hammer head. Three dynamic displacement transducers (i.e., potentiometers) were
utilized to measure the displacements of the bottom steel plate, and their layouts are
shown in Fig. 11.3. The impact force and displacements were recorded using a data
logger with a sampling frequency of 10° Hz. A high-speed camera with a sampling
frequency of 3000 frames per second was used to capture the deformation process
of the SPUFSCS panel and the movement of the hammer head.
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Fig. 11.2 Setup and instrumentation for the impact test with a hemispherical hammer: a photo and
b 3D view, reprinted from Meng et al. (2021), copyright 2022, with permission from Elsevier
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Fig. 11.3 Layout of displacement transducers, reprinted from Meng et al. (2021), copyright 2022,
with permission from Elsevier

11.2.1.4 Test Results and Discussions

SPUFSCS4-4 was selected as the controlling specimen for the impact test, and the
drop height was 3.68 m. Specimens SPUFSCS3-5, SPUFSCSS5-3, and SPUFSCS4-4
were tested to investigate the influence of the ratio of the thickness of the middle
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Table 11.3 Experimental results of SPUFSCS panel under the impact of a hemispherical head

Specimen H (m) | Vo (m/s) | Frax (KN) | Dpmax (mm) | Dymax (mm) | Dyper (Mm) | Dyper (mm)
SPUFSCS4-4 | 3.68 |8.25 466.15 31.25 79.64 17.2 64.6
SPUFSCS3-5 |3.75 |8.48 497.92 30.52 75.03 17.7 63.5
SPUFSCS5-3 |3.87 |8.58 435.79 37.28 84.65 24.4 69.1
SPUFSCS85 |3.28 |7.76 - 27.16 67.73 15 51.3
SPUFSCS100 | 3.64 | 8.25 606.71 17.09 64.22 12.8 51.9
SCS 279 |7.12 339.29 56.6 59.26 40 442

Note H represents the drop height, V( represents the initial impact velocity of the drop hammer, F'pax
represents the peak impact force, Dpmax and Dpmax are the maximum central displacements of the
bottom steel plate and hammer, respectively, Dpper and Dyper are the central permanent displacements of
the bottom steel plate and top steel plate, respectively

plate to that of the bottom plate (3/5, 1, and 5/3) on the impact resistance of the
SPUFSCS panels. The concrete thicknesses of SPUFSCS85 and SPUFSCS100 were
85 and 100 mm, respectively, and the other parameters were the same as those of
SPUFSCS4-4. In addition, an impact test on a traditional SCS panel without an
SPUF layer was also carried out to study the effect of the PUF filler on the dynamic
response of panels under impact loading. The impact velocities of the drop hammer
(V) obtained from the impact tests are listed in Table 11.3.

Impact Process Analysis

The typical impact force and displacements over time histories of the SPUFSCS panel
(SPUFSCS4-4) are shown in Fig. 11.4a. Dy, and Dy, represent the central displacement
(displacement at the center point of the bottom steel plate) and hammer displacement,
respectively. AD (AD = Dy—Dy) is the displacement difference between the top
and bottom steel plates of the panel at the impact point, which can be assumed to
represent the local indentation depth of the SPUFSCS panel. The dynamic responses
of the SPUFSCS panels under an impact load generated by dropping a hemispherical
hammer on the panel can be divided into three stages: PUF crushing, loading, and
unloading stages. The initial PUF crushing stage (OA: 0-7.1 ms in Fig. 11.4a) starts
with the drop hammer making contact with the top steel plate. In this stage, the impact
force exhibits a gradual and monotonic increase and its growth rate also rises with
time. This can be attributed to the increased local contact stiffness of the SPUFSCS
panel induced by more severe PUF densification and membrane stretching of the top
steel plate with an increase in the local indentation depth. When the PUF reaches
its densification strain, the SPUFSCS panel enters the next loading stage. According
to Ref. (Li et al. 2006), the densification strain (or onset strain of densification)
of PUF can be determined as the strain corresponding to the slope of the stress—
strain curve reaching the elastic modulus. Thus, the initial PUF crushing stage ends
when AD reaches 38 mm (i.e., the densification strain of PUF is 0.76 based on
the uniaxial compression test data). In addition, the deformation of the specimen is
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Fig. 11.4 Typical impact force and displacement histories of a SPUFSCS panel and b SCS panel,
reprinted from Meng et al. (2021), copyright 2022, with permission from Elsevier

dominated by local indentation at the initial stage, as shown in Fig. 11.4a, where
the hammer displacement (Dy,) increases faster than the central displacement (Dy,).
Subsequently, the SPUFSCS panel reaches the loading stage (AB: 7.1-15.6 ms). The
impact force continuously increases and reaches its maximum value, which is called
the peak impact force (Fpax). Then, the force drops slightly until the beginning of
the following unloading stage. At the loading stage, the increase in the displacement
difference (AD) is less significant than that of the initial PUF crushing stage. Thus,
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it can be inferred that, in the loading stage, more energy is transmitted to the SCS
panel owing to the rapidly increasing global deformation of the specimen. When
the displacement of the hammer reaches its maximum value and starts to decrease,
the specimen enters the unloading stage (BC: 15.6-24 ms). In this stage, the impact
force decreases gradually and reaches zero when the hammer is completely separated
from the specimen. Elastic recovery occurs in this unloading stage, and the central
displacement recovers to 55.02% of the maximum displacement.

Figure 11.4b illustrates the impact force and displacement over time histories of
the SCS panel. The impact process includes the inertial, loading, and unloading
stages. The SCS panel first experienced the inertial stage, in which the impact
force rapidly increased. Compared with the slow increase in the impact force of
the SPUFSCS panel in the initial stage (PUF crushing stage), a sharp increase in the
impact force was observed for the SCS panel in the initial stage (inertial stage). This is
because the particles of the panel below the hammer are instantaneously accelerated
to the same speed as the hammer head when the hammer head strikes the SCS panel,
and the impact force in the inertial stage cannot represent the actual load carried by
the SCS panel. The inertial stage for SCS panels under impact loading has also been
observed by other scholars. The loading and unloading stages of the SCS panels were
the same as those of the SPUSCS panels. It can be seen from the AD-time history
in Fig. 11.4b that the displacement difference (AD) of the SCS panel is less than
7 mm during the impact, which indicates an insignificant local indentation of the
SCS panel as compared to the SPUFSCS panel. The maximum central displacement
(Dpmax) of the specimen SPUFSCS4-4 was 31.25 mm, which is 55.2% of that of
specimen SCS (56.6 mm) even though the SCS panel experiences less of the initial
kinetic energy of hammer head (i.e., the initial impact velocities (V) are 7.12 and
8.25 m/s, respectively, for specimen SCS and SPUFSCS4-4). Hence, attaching an
SPUF layer to the front of the SCS panel can effectively reduce the deformation of
SCS panels under impact loads.

Failure Mode and Permanent Deformation

Local indentation and global flexural deformation were observed for the SPUFSCS
panels subjected to impact loading achieved by the dropping of a hemispherical
hammer on the panels, as shown in Fig. 11.5. The top steel plate of the panel exhibited
local indentation below the impact point, and the maximum contact surface between
the hemispherical head and the panel was measured after the impact test. The results
revealed that the contact surface was circular with a diameter of 100 mm. A local
bulge was found at the center of the bottom steel plate of the SCS panel. However, no
local bulge of the bottom steel plate was observed for the SPUFSCS panels, which
could be attributed to the more uniformly distributed force applied to the middle steel
plate in the presence of the SPUF layer. No separation between the PUF and SCS
panel was observed during the impact test, which demonstrated that bolt connectors
could effectively bond the PUF to the SCS panel and ensure the structural integrity of
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Fig. 11.5 Failure modes of SPUFSCS panels under the impact of a hemispherical hammer,
reprinted from Meng et al. (2021), copyright 2022, with permission from Elsevier

the SPUFSCS panel. Vertical cracks of the concrete core were observed at their mid-
spans, as shown in Fig. 11.5, which further confirmed the global flexural deformation
of the specimens.

The permanent deformation of the top and bottom steel plates of the specimens
was measured using a laser ranging device after the impact test. The measuring points
were distributed on the symmetric axis along the length and width of the specimen.
The reading interval was determined as 10 mm near the impact point with local
indentation, and a 50 mm reading interval was chosen for the rest of the locations.
Figure 11.6 depicts the permanent deformation profiles of all the tested specimens.
The deformation of the top steel plate was found to be dominated by a circular local
indentation with a diameter of 250 mm. The values of the permanent displacement
of the bottom steel plate were almost the same along the width direction, that is, the
permanent displacement difference between the edge and center of the specimen was
less than 9 mm. Thus, the failure mode of the SCS panel below the SPUF layer was
dominated by the global flexural deformation. The central permanent displacements
of the top steel plate (D) and bottom steel plate (Dyper) are listed in Table 11.3.
Furthermore, the central permanent displacement of the top steel plate of the SCS
panel is less than that of the SPUFSCS panel, i.e., the Dy, of specimen SCS and
SPUFSCS4-4 were 44.2 and 64.6 mm, respectively. This is because the SPUFSCS
panel exhibits more significant local indentation than the SCS panel. However, the
Dpper of the SCS panel was 40 mm, which was much larger than that of SPUFSCS4-4
(17.2 mm). This indicates that the SPUF layer can effectively dissipate the impact
energy and reduce the local bulge of the bottom steel plate. By comparing the Dipe;
and Dype, of SPUFSCS4-4, SPUFSCS3-5 and SPUFSCS35-3, it can be concluded that
the ratio of the middle to bottom steel plate thickness has little effect on the permanent
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Fig. 11.6 Permanent deformation curves along a length direction and b width direction, reprinted
from Meng et al. (2021), copyright 2022, with permission from Elsevier

displacement of the specimen. In addition, by increasing the concrete thickness from
70 to 100 mm, the permanent displacement of the top steel plate decreases from
64.6 mm to 51.9 mm (reduced by 19.7%) while the permanent displacement of
bottom steel plate decreases from 17.2 mm to 12.8 mm (reduced by 25.6%).

Impact Force and Displacement Histories
The impact force—time histories of all specimens are shown in Fig. 11.7. The impact

force of SPUFSCS85 was not successfully recorded during the test. After the hammer
head made contact with the specimen, the rising speed of the impact force of the
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Fig. 11.7 Comparison of impact force—time histories for specimens, reprinted from Meng et al.
(2021), copyright 2022, with permission from Elsevier

SPUFSCS panel was evidently lower than that of the SCS panel. By increasing the
concrete thickness from 70 to 100 mm, the F,,x of the panel increased from 466.15
kN to 606.71 kN (improved by 30.2%), as listed in Table 11.3. This is because the
resistance of the SPUFSCS panel increases with an increase in concrete thickness.
Comparing the peak impact forces of the specimens with different ratios of middle to
bottom steel plate thickness, the peak impact forces of SPUFSCS4-4 and SPUFSCSS5-
3 were 93.6% and 87.5% of that of SPUFSCS3-5, respectively. This indicates that
reducing the ratio of the middle to bottom steel plate thickness results in an increase
in the peak impact force of the SPUFSCS panel, which can be attributed to the higher
bending resistance of the SCS panel with a thicker bottom steel plate.

The impulse—time curves of the specimens, which were obtained by integrating
the impact force—time curves, are shown in Fig. 11.8. Although the initial momentum
of the hammer applied to the SCS panel was lower than that applied to SPUFSCS4-4,
a more rapid rise in the impulse—time curve at the early impact stage is observed for
the SCS panel, which indicates that the SPUF layer had an evident cushioning effect
on the dynamic response of the SCS panel. When the initial PUF crushing stage
of the SPUFSCS panel ended (i.e., the PUF reaches its densification strain), the
slope of the impulse—time curve exhibited a significant increase because the impact
force reached its peak value and maintained a high value at this stage. Moreover, the
increasing rate of the impulse for SPUFSCS100 at the loading stage was greater than
that for SPUFSCS4-4 because the SPUFSCS panel, which had a thicker concrete
core, exhibited a higher impact force. The impulse curves ended when the hammer
displacement reached its maximum value (i.e., the velocity of the hammer dropped
to zero). By comparing the maximum value of the impulse—time curve with the
initial momentum of the hammer, which is listed in Table 11.4, the conservation of
momentum—-impulse was verified.

Figure 11.9 shows the displacement—time histories of SPUFSCS panels with
different concrete thicknesses and ratios of the middle to bottom steel plate thickness.
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Fig. 11.8 Comparison of impulse—time curves for specimens, reprinted from Meng et al. (2021),
copyright 2022, with permission from Elsevier

Table 11.4 The conservation Speci M .

of impulse-momentum pecimen omentum Impulse Ratlo of

obtained from tests (kgm/s) (kgm/s) impulse to

momentum

SPUFSCS4-4 5115 4707.3 0.92
SPUFSCS3-5 5257.6 4938.2 0.94
SPUFSCS5-3 5319.6 4988.2 0.94
SPUFSCS85 4811.2 - -
SPUFSCS100 5115 5016.3 0.98
SCS 44144 4233.8 0.96

Initially, the displacement exhibits a monotonic increase with time. The displacement
then decreases gradually when the hammer and specimen start to rebound and finally
stabilizes to the permanent deformation of the specimen. The increase in concrete
thickness significantly reduces the displacement of the SPUFSCS panel under the
same impact loading. The maximum central displacements of the specimens (Dpmax)
are listed in Table 11.3. By increasing the concrete thickness from 70 to 100 mm,
the maximum central displacement decreases from 31.25 mm to 17.09 mm (a reduc-
tion of 45.3%). Moreover, the maximum displacement of SPUFSCS3-5 (Dpmax =
30.52 mm), which has a thicker bottom steel plate and thinner middle steel plate, is
smaller than those of SPUFSCS4-4 (Dpmax = 31.25 mm) and SPUFSCSS5-3 (Dpmax =
37.28 mm). This is due to the higher bending resistance of specimen SPUFSCS3-5,
which has a thicker bottom steel plate. In addition, the maximum displacement of
the SCS panel is greater than that of the SPUFSCS panel, which indicates that the
presence of the top steel plate and PUF can improve the impact resistance of the
traditional SCS panel.
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The relationships between the impact force and displacement (displacement of
the hammer head Dy) of all specimens are shown in Fig. 11.10. All the impact
forces of the SPUFCS panels with PUF exhibit a slower increase as compared to
that of the SCS panel owing to the less significant inertial effect of the SPUFSCS
panel, which has the SPUF layer. For the similar applied kinetic energy of the drop
hammer, impact process, and failure mode, the SPUFSCS panel with a larger peak
impact force shows a smaller maximum hammer displacement. Figure 11.11 is a
plot of the energy—displacement curves of the specimens, which were obtained by
integrating the impact force—displacement curves. At the initial stage, the impact



322 11 Steel-PU Foam-Steel-Concrete-Steel Panel Under Impact

energy transmitted to the SPUFSCS panel increased more slowly than that of the
SCS panel. However, the impact energy dissipation rate of the SPUFSCS panel
exhibits a significant increase after the PUF is compacted (i.e., the panel reaches the
end of the PUF crushing stage).

11.2.2 Numerical Study

11.2.2.1 FE Model Establishment

The explicit code in LS-DYNA was employed for the numerical simulation, and
Fig. 11.12 presents the quarter FE model of the SPUFSCS panel subjected to drop
hammer impact loading, considering the symmetry of the structure and computing
efficiency. The drop hammer was simulated as a rigid mass in the FE model. A
reduced integrated constant stress solid element was employed to model the PUF,
concrete, drop hammer, and support. A Belytschko—Tsay shell element with five inte-
gration points along the thickness and a Hughes—Liu beam element were employed

Counterweight
Rigid panels

Top steel

Polyurethane
foam
Concrete core

Fixed steel bar ",
zL-—x S Bottom steel plate

Fig. 11.12 Quarter FE model of the SPUFSCS panel, reprinted from Meng et al. (2021), copyright
2022, with permission from Elsevier
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to simulate steel plates and shear connectors, respectively. The mesh size of the
shell element for the steel plate, the beam element for the connector, and the solid
element for the concrete core were each 10 mm. The mesh size of the solid element
for PUF was determined as 10 x 10 x 5 mm? at the edge and refined to 5 x 5 x
5 mm? near the local indentation zone with more severe deformation. The keyword
*INITIAL_VELOCITY was used to define the initial impact velocity of the hammer.

A Piecewise Linear Plasticity model was employed to simulate the steel plates
and bolt connectors in the FE model. The material properties of the steel plates and
connectors used in the FE model are listed in Table 11.2. The true stress—effec-
tive plastic strain curves of the steel plates with different thicknesses were obtained
from tensile coupon tests and are shown in Fig. 11.13. The failure behaviors of the
steel plate and connector were neglected because no fracture occurred in the impact
tests. The strain rate effect was also considered in the numerical simulation using
the Cowper-Symonds constitutive equation, which describes the yield stress under

1/P
different strain rates by scaling up the flow stress with the factor 1 4 (8 :}f /C ) ,

where ¢ + denotes the effective plastic strain rate. C and P are the strain rate param-
eters, and were defined as 40.4 s~! and 5, respectively, for mild steel in this study
(Jones 1988).

To accurately simulate the behavior of PUF subjected to impact loading, a modi-
fied crushable foam model was adopted. Users can define the stress—volumetric strain
curves with different strain rates in this material model to consider the strain rate
effect. Figure 11.14 shows the relationships between the stress and volumetric strain
of the PUF used in this study. The reference curve with a strain rate of 8E-4 s~! was
obtained by conducting an unconfined uniaxial compression loading test on PUF.
The dynamic increase factor (DIFy) was applied to plot the other curves by scaling
up the reference curve by a factor, as shown in Eq. (11.1).

DIFle—l-(ao—i—boe)ln(;—O) (11.1)
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2022, with permission from Elsevier

where a( and by are the strain rate parameters, and are defined as 0.0430 and 0.0165
(Jeong et al. 2012), respectively, and &y = 8 x 10~ is the reference strain rate.

With regard to the modeling of concrete, the Continuous Surface Cap (CSC)
model developed by the US Federal Highway Administration was employed. This
model has been widely used to simulate concrete-like (cement-based) materials under
impact loading. The main parameters of the concrete are listed in Table 11.2.

A round rigid bar was established in the FE model to simulate a simply supported
boundary condition. The translational and rotational displacements of the nodes on
the steel bar were constrained, while the contact between the bottom steel plate and
the round bar was simulated using the surface-to-surface contact optionin LS-DYNA.
The surface-to-surface contact option was also applied to define the contact between
the steel plates and concrete, the contact between the steel plates and PUF, and the
contact between the hammer head and top steel plate. The interface algorithm for
the contact between the bottom steel plate and the support is based on the penalty
method (Hallquist 2006). Using this interface algorithm, each slave node is checked
for penetration through the master segment surface. When penetration occurs, an
interface force is applied between the slave node and its contact point. The contact
stiffness for brick elements and shell elements can be determined by the following
formulae:

k= f,KA?)V (11.2)
k = fsK A/ max (shell diagonal) (11.3)

where f; represents the scale factor of the interface stiffness, and its default value
usually set as 1.0; K is the bulk modulus of the contact materials; and A and V are the
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volume and contact area of the contact elements, respectively. This contact definition
was also applied to simulate the contact between the drop hammer and top steel plate,
and the contact between the steel plates and concrete. For the contact between the steel
plates and PUF, a soft constraint penalty formulation was utilized because the soft
materials may cause lower contact stiffness and excessive penetration. To eliminate
excessive penetration, a formulation for the contact stiffness that is different from
the traditional penalty formulation was employed as follows:

k(t) = 0.5-SOFSCL -m* - (1/At.(t)) (11.4)

where SOFSCL is the scale factor for this soft constraint penalty formulation, and is
set to the default value of 0.1, and m* represents a function of the mass of the slave
node and master nodes. Az, is set as the initial solution time step. Considering the
possible stress concentration resulting from directly tying shear connectors to steel
plates, circular rigid panels were set at both ends of the beam element, as shown
in Fig. 11.12. The center of the circular panel was located at the end of the beam
element, and its diameter was 12 mm, which is the same as the diameter of the bolt
connector. The nodes on the circumference of the rigid panels were tied to the steel
plate to simulate the connection between the shear connector and steel plate. A perfect
bond between the shear connectors and concrete core was adopted by utilizing the
method in which the brick element of the concrete and the beam element of the shear
connector share common nodes. The same contact method was employed to simulate
the connection between the shear connectors and the PUF.

11.2.2.2 FE Results and Discussions

Figure 11.15 shows a comparison of the failure modes of the SPUFSCS panel
obtained from the impact test and numerical simulation. Both local and global flexural
deformations were reasonably predicted by the established FE model. It is also worth
noting that the FE model can indicate the damage-prone regions of concrete at mid-
span induced by flexural deformation (i.e., the damage parameter d of the red part
of the contour is close to 1). The impact force—time histories and displacement—time
histories obtained from the experiments and FE analyses are shown in Figs. 11.16
and 11.17, respectively. The FE models can accurately predict the peak values and
durations of the impact forces of the tested specimens. The peak values of the impact
forces (Fax) obtained from the tests and FE models are listed in Table 11.5. The
difference between the predicted peak impact force from the FE simulation and the
measured values from the tests was less than 10.2%. The calculated average ratio of
FE to test for peak impact force was 1.048, with a coefficient of variation (COV) of
0.045. Good agreement between the displacement and time histories obtained from
the FE analyses and impact tests were observed for both the central displacement and
hammer displacement, as presented in Fig. 11.17. Table 11.5 summarizes the numer-
ical and experimental results for the maximum central displacement and hammer
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Fig. 11.15 Comparison of failure mode between FE and experiment, reprinted from Meng et al.
(2021), copyright 2022, with permission from Elsevier
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Fig. 11.16 Comparison of impact force—time histories between tests and FE predictions, reprinted
from Meng et al. (2021), copyright 2022, with permission from Elsevier

displacement. The average values of the ratios of FE prediction to test result were
1.033 and 1.078 for Dymax and Dymax, respectively, and the corresponding COVs were
0.117 and 0.044, respectively. Moreover, a comparison of the permanent deformation
of the panel between the tests and FE results is shown in Fig. 11.18, and the work done
(integral of the impact force—displacement curve from the beginning of the impact
process to the moment when the panel starts to rebound, as shown in Fig. 11.19) and
energy dissipation (the closed area under the loop of the displacement and impact
force, as shown in Fig. 11.19) obtained from experimental and numerical studies is
listed in Table 11.6. A reasonable agreement between the FE predictions and tests
can be observed, which indicates that the FE modeling method can accurately predict
the dynamic response of the SPUFSCS panel under impact loading.
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Fig. 11.17 Comparison of displacement—time histories between tests and FE predictions, reprinted
from Meng et al. (2021), copyright 2022, with permission from Elsevier

To investigate the influence of the thickness of the PUF and top steel plate on
the dynamic response of the SPUFSCS panels under impact loading, a parametric
study was carried out by employing the validated FE model. The thickness of PUF
was taken as 20, 35, 50, and 65 mm, and for the top steel plate thicknesses, 3, 4,
and 5 mm were adopted. An initial impact velocity of 8.25 m/s was employed for all
specimens, and the geometric dimensions of the SCS layer of all specimens remained
unchanged. Table 11.7 lists the results of the parametric study. Specimen PUF20



11 Steel-PU Foam-Steel-Concrete-Steel Panel Under Impact

328

suonorpaid-g,{ oy 1oy pueys yduosqns oy se g Yim sioyowered oy J, 220N

700 LIT°0 S¥0°0 AOD
8LO'1 £e0'1 870’1 oSeroay
€0l €909 9T'6S €660 1T9¢ 996 100°1 Syroce 6T°6¢E SOS
8yl ELEL (42" 6vC'1 9¢'1¢ 60°L1 8601 0 Tr9 17909 | 001SOSANdS
I YTSL €L’L9 880 68°¢C 9I'Le - 1e°6vS —| $8SDS4dNdS
¥90°[ S0°06 SOv8 901°L YTy 8CLE 166°0 66°1EY 6L°Sey | €-6SOSANdS
160°1 6818 €0'SL 6L6°0 L8°6C [43 113 [{N! 16°8¥S ¢o'L6Y | S-€SDOSANdS
600’1 °6'18 Y9°6L £66°0 €0'1¢ STle 8801 ¥'LOS SI'99% | v-#SOSANdS
Xewy ey FAXeU ey | (wur) S0 | () XeWg | Xewqeg /HAxewd ey | (wur) S4XWGeg | (wun) Xewdeg | Xeu g eI | (\y) S0y | (\y) Yoy uowoadg

S)[NSAI [EOLIOWINU PUE )$3) USIM)dq uosedwo) §°IY d[qel,



11.2  SPUFSCS Panel Under the Impact of a Hemispherical Hammer 329

-1
-200 / W
230E—s— Bottom--FE —+— Bottom-Test y /

Permanent Deformation (mm)

-100

R S —

P |
200 ] 4 _/‘
“k—s— Top-FE ~#— Top-Test i
230 s Bottom--FE —+— Bottom-Test f,./ /

Permanent Deformation (mm)

sod T ———

Permanent Deformation (mm)

Location along width direction (mm)
0 50 loo 150 2uu 250 300 350 400 450 500 550 600 650 700 750 800 850 900

0

Location along width direction (mm)
50100 150 200 250 300 350 400 450 500 550 600 650 700 750 800 850 900

=
SPUFSCS4 4

50 ===
o SPUFSCSS-SI

—=— Top-FE —+— Top-Test

0 i g Vi
—+— Bottom--FE —+— Bottom-Test /

r—=— Top-FE —=— Top-Test

Permanent Deformation (mm)

j HW

I

e
V&

050 100 150 200 250 300 350 400 450 500 550 600 650 700 750 800 850 900 950 0 050 100 150 200 250 300 350 400 450 500 550 600 650 700 750 800 850 900 950
Location along length direction (mm) Location along length direction (mm)
Location along width direction (mm) Location along width direction (mm)

050 100 150 200 250 300 350 400 450 500 550 600 650 700 750 800 850 900 050 100 150 200 250 300 350 400 450 500 550 600 650 700 750 800 850 900

50
of SPUFSCSS-3 I

-S50F

E SPUFSCS85 I

r—=— Top-FE —=— Top-Test

-—— . -

[ S

TS

Permanent Deformation (mm)

o mg{ /

————— .

Location along length direction (mm)

Location along width direction (mm)
0 so mo 150 zno 250 300 350 400 450 500 550 600 650 700 750 50D 850 900

-200 -200
250 250
-300 IZ 5 300 Z
050 100 150 200 250 300 350 400 450 500 550 600 650 700 750 800 850 900 950 73000 150 200 250 300 350 400 450 500 550 600 60 700 750 800 550 900 950

Location along length direction (mm)
Location along width direction (mm)

050 100 150 200 250 300 350 400 450 500 550 600 650 700 750 800 850 900

SOF
o SPUFSCSIOO I
-50

4
-150 P4 Py

e —— s

f—=— Top-FE —=— Top-Test

SCs |

e

2% e Top-FE —e— Top-Test »
250k _+ Bottom--FE —=— Bottom-Test
300

Permanent Deformation (mm)

i
f—+— Bottom--FE —+— Bottom-Test /4 /

050 100 150 200 250 300 350 400 450 500 550 600 650 700 750 800 850 900 950

Location along length direction (mm)

050 100 150 200 250 300 350 400 450 500 550 600 650 700 750 800 850 900 950

Location along length direction (mm)

Fig. 11.18 Comparison of permanent deformation between tests and FE predictions, reprinted
from Meng et al. (2021), copyright 2022, with permission from Elsevier

represents the SPUFSCS panel with a PUF thickness of 20 mm, while specimen
TOP3 is the SPUFSCS panel with a top steel plate thickness of 3 mm. As illustrated
in Fig. 11.20a, similar impact force—time histories were obtained when the PUF
thickness was in the range of 35—-65 mm. When the thickness of the PUF was 20 mm,
the cushioning effect of PUF was weakened because the PUF reached densification
at the early impact stage when the displacement of the specimen was still small.
The maximum and permanent displacements of the bottom steel plate (Dpmax and



330

—

1 Steel-PU Foam-Steel-Concrete-Steel Panel Under Impact

Fig. 11.19 Definition of
work done and energy 500 ;;_/f,;-;: Work done
dissipation, reprinted from o Energy dissipation
Meng et al. (2021), copyright 400
2022, with permission from é
Elsevier 3
2 300t
S 3
S
g
£ 200f
100 -
/ )
0 20 40 60 80 100

Displacement (mm)

Table 11.6 Work done and energy dissipation obtained from test and numerical results

Specimen Test results FE results Ratio of FE results to
test results
Work done | Energy Work done | Energy Work | Energy
) dissipation | (J) dissipation | done dissipation
Q)] J)

SPUFSCS4-4 | 18,459.7 16,347.4 20,458.6 18,640.0 1.108 |1.140
SPUFSCS3-5 |19,208.4 14,435.7 21,579.6 17,957.1 1.123 | 1.244
SPUFSCS5-3 | 19,627.4 16,353.6 22,234.0 19,945.1 1.133 | 1.220

SPUFSCS85 - - 18,061.0 16,407.9 - -
SPUFSCS100 |17,533.5 15,758.7 20,258.3 18,018.7 1.155 |1.143
SCS 16,058.4 15,296.5 15,349.2 12,343.4 0.956 | 0.807

Dyper) were reduced by 46.5% and 43.5%, respectively, by increasing the thickness
of PUF from 20 to 65 mm, which indicates that the SPUFSCS panel with a thicker
PUF shows evident improvement in its impact resistance. However, the maximum
and permanent displacements of the top steel plate (Dymax and Dy,,) increased by
17.2% (from 71.97 mm to 84.35 mm) and 53.6% (from 46.05 mm to 70.75 mm),
respectively, when the PUF thickness increased from 20 to 65 mm. This is because a
thicker PUF exhibits a larger local indentation depth. Increasing the thickness of the
top steel plate from 3 to 5 mm resulted in a decrease of Dppax and Dyper by 10.1%
and 18.1%, respectively, and the corresponding decreases in Dpyax and Dype, Were
9.8% and 19.1%, respectively. The influence of the top steel plate thickness on the
displacement of the panel was limited when the top steel plate thickness ranged from
3 to 5 mm. This is because the top steel plate is thin and contributes little to the
overall stiffness and resistance of the SPUFSCS panel.
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The energy dissipation capacity of the SPUFSCS panel during impact based
on the numerical results is also discussed in detail after validating the FE model.
Figure 11.21 depicts the vertical displacement contours of each part of the SPUFSCS
panel obtained from the numerical simulation. It can be seen that only the global
deformation of the middle steel plate of the SPUFSCS panel (top steel plate of SCS
panel) is observed owing to a more uniformly distributed force in the presence of
PUF, whereas evident local indentation of the top steel plate and PUF occurs below
the impact point, which indicates that PUF plays a significant role in improving
the impact resistance performance of the SCS panel and reducing its local indenta-
tion. The typical internal energy—time histories of each part of the SPUFSCS panel
subjected to impact loading are shown in Fig. 11.22, and the internal energy was
extracted from the FE results by summing the internal energy of the elements of
each part in the FE method. At the initial PUF crushing stage (0-5 ms), the internal
energies of the top steel plate and PUF exhibit a rapid increase with a decrease in the
kinetic energy of the hammer, whereas the increase in the internal energy of the SCS
panel is minimal at the initial stage. This indicates that the global flexural deforma-
tion of the SCS panel is small, and the majority of the impact energy is dissipated via
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local indentation of the top steel plate and PUF. Subsequently, the internal energy of
the rear SCS panel increases rapidly, exceeding the internal energy of the PUF. This
is because the deformation of the SPUFSCS panel at the loading stage is dominated
by the global bending of the specimen after the densification of PUF. The internal
energies of each part of the SPUFSCS panel reach their peak values when the kinetic
energy of the hammer drops to zero. Subsequently, the kinetic energy of the hammer
increases owing to the elastic recovery of the SPUFSCS panel, which also results in
a decrease in the internal energy of the panel.

The peak values of the internal energy of the top steel plate, PUF, and SCS
panel of SPUFSCS panels with various thicknesses of the concrete core, PUF, and
top steel plate, and ratios of the middle to bottom plate thickness are shown in
Fig. 11.23. These results were used to determine the influences of these parameters
on the energy absorbing performance of the SPUFSCS panels. With an increasing
ratio of the middle to bottom plate thickness from 3/5 to 5/3, the internal energy
of the SCS panel increases by 6.3%, from 7.77 kJ to 8.26 kJ. This is because the
bending resistance of the SPUFSCS panel with a thinner bottom plate and thicker
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Fig. 11.23 Peak values of internal energy of each part of SPUFSCS panels, reprinted from Meng
et al. (2021), copyright 2022, with permission from Elsevier

middle plate is lower, thus leading to a larger global deformation of the panel and
a higher proportion of the impact energy dissipated by the SCS layer. When the
concrete thickness increases from 70 mm to 85 and 100 mm, the internal energy
of the SCS panel decreases by 22.7% and 29.8%, respectively, while the internal
energy of the PUF increases by 32.3% and 41.9%, respectively. This is because the
thicker concrete layer improves the stiffness and resistance of the SPUFSCS panel,
thus leading to a smaller deformation of the panel and a greater amount of impact
energy is dissipated by the SPUF layer. The ratio of the summed internal energy of
the top steel plate and PUF to the internal energy of the SCS panel (ERspyr.scs) was
calculated and is presented in Fig. 11.23. The ERspyr.scs ranges from 1.23 to 2.21 for
all the tested SPUFSCS panels, which indicates that the impact energy dissipated by
the top steel plate and PUF accounts for more than half of the total energy absorption.
The internal energy of SPUF layer increases from 4.92 kJ to 14.51 kJ (by 195%)
on increasing the PUF thickness from 20 to 65 mm. Meanwhile, the internal energy
of SCS layer decreases from 11.84 kJ to 5.11 kJ (by 60.2%), which indicates that
the SPUFSCS panel with a thicker PUF layer exhibits less damage of the SCS layer
under impact loading. For a given impact load (the drop weight is 620 kg and initial
impact velocity is 8.25 m/s), the impact energy dissipated by the SPUF layer is higher
than that by the SCS layer (ERspyg.scs is greater than 1.0) when the PUF thickness
is more than 50 mm. As shown in Fig. 11.23, the influence of the top steel plate
thickness on the internal energy of the SPUF layer and SCS layer is not significant,
that is, the internal energy of the SPUF layer increases by 7.9% (from 10.7 kJ to
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11.55 kJ) and the internal energy of the SCS layer decreases by 7.5% (from 7.86 kJ
to 7.27 kJ) when the top steel plate thickness increases from 3 to 5 mm. This is
because changing the top steel plate thickness from 3 to 5 mm has little effect on the
deformation of the panel. In addition, the internal energy of top steel plate increases
from 5.72 kJ to 7.42 kJ (by 29.7%) by increasing the top steel plate thickness from
3 to 5 mm owing to the increased volume of top steel plate. The ERspyr.scs of
the SPUFSCS panels with top steel plate thicknesses ranging from 3 to 5 mm are
greater than 1.0. Moreover, the ERspyr.scs 1s found to increase from 1.23 to 1.59
(by 29.3%) by increasing the top steel plate thickness from 4 to 5 mm (the increased
mass of the SPUFSCS panel is 7.77 kg). A more significant increase of ERspyg-scs
by 130.9% (from 1.23 to 2.84) can be observed for the SPUFSCS panel when the
PUF thickness is increased from 50 to 65 mm (the increased mass was only 2.87 kg).
Hence, increasing the PUF thickness can be a more effective way of decreasing the
energy dissipated by the SCS layer than increasing the top plate thickness.

11.3 SPUFSCS Panel Under the Impact of a Cylindrical
Hammer

11.3.1 Experimental Study

11.3.1.1 Specimens and Test Setup

Four SPUFSCS panels were designed for the drop-weight impact tests by dropping a
hammer with cylindrical head, and their dimensions and material properties are some
to those presented in Sect. 11.2.1.1. Table 11.8 presents the geometric parameters for
the four specimens, and material properties of mild steel, PUF and concrete are given
in Table 11.2. The impact test setup is shown in Fig. 11.24, which is similar to that
presented in Sect. 11.2.1.3. Herein, the hammer with a cylindrical head (diameter
of 200 mm and mass of 610 kg) was employed, and the drop height for all the four
specimens was 5 m. Two dynamic displacement transducers were installed below the
specimen at mid-span and quarter-span, respectively, to measure the deflections of the
specimen. All the other instrumentations are consistent with those in Sect. 11.2.1.3.

Table 11.8 Specimens for the impact tests (cylindrical hammer)

Specimen t; (mm) t, (mm) tn (Mm) t. (mm) tp (mm)
4-70-4 3.67 50 3.67 70 3.67
4-85-4 3.67 50 3.67 85 3.67
4-100-4 3.67 50 3.67 100 3.67
5-70-3 3.67 50 4.7 70 3.0

Note t;, tp, t, t. and t,—Thicknesses of top plate, PUF, middle plate, concrete and bottom plate
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Fig. 11.25 Failure modes of the SPUFSCS panel under the impact of a cylindrical hammer: a
flexural deformation of SPUFSCS panel, b local indention on plate and PUF, reprinted from Wang
et al. (2021), copyright 2022, with permission from Elsevier

11.3.1.2 Test Results and Discussions

Asillustrated in Fig. 11.25, all the SPUFSCS panels exhibit a combined failure modes
of local and global deformations. Figure 11.25a shows evident flexural deformation
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Fig. 11.26 Typical impact force and displacement versus time histories of the SPUFSCS panel
(cylindrical hammer), reprinted from Wang et al. (2021), copyright 2022, with permission from
Elsevier

for all the test specimens with clear vertical cracks of concrete core near mid-span.
The local indentation on the top plate and PUF is induced by the local large impact
force and its shape is governed by the hammer head shape (i.e., cylinder head with
the diameter of 200 mm). It is noted in Fig. 11.25b that the cylinder head causes
a circular local indentation zone at the impact point, sharing same diameter to the
hammer head. The indentation depth within this zone is uniform and exhibits gradual
reduction towards the periphery of impact zone. In addition, the fracture of top plate
along the periphery of impact zone is also observed. This may be caused by the sharp
edge of the hammer head, which results in high value of local stress and fracture of
the top plate. As shown in Fig. 11.25b, one side of the top plate near the mid-span
also exhibits buckling due to the compression force induced by flexural deformation.

The typical impact force—time history of SPUFSCS panel (5-70-3) is plotted
together with displacement responses (i.e., mid-span and hammer displacement—
time histories) in Fig. 11.26. The impact process can be categorized into three stages,
including PUF crushing stage, loading stage and unloading stage. The PUF experi-
ences immediate crushing at the initial impact stage when the hammer reaches the
top plate and starts to collide with the specimen. At this stage, the hammer displace-
ment increases evidently faster than mid-span displacement (see Fig. 11.26), which
results in the majority of the impact energy being dissipated by the top plate and
PUF. Meanwhile, the impact force shows continuous increase with time. However,
the inertial stage with initial large peak impact force for the colliding of two hard
materials (Zhao and Guo 2018; Yan et al. 2020) is not observed for the SPUFSCS
panel. This slow and smooth increase of impact force observed for the SPUFSCS
panel can be attributed to low yield strength of PUF. When PUF reaches densification
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and the impact force is large enough to cause evident deformation of the SCS panel,
it enters loading stage. At this stage, both the hammer and mid-span displacements
increase rapidly and the difference between them gradually approaches a constant
value, which indicates a slow increase of indentation depth as well as impact energy
dissipated by the top plate and PUF. Hence, the impact energy dissipated by the SCS
panel climbs up. With regard to impact force at loading stage, it exhibits slight vari-
ation and the impact force can generally represent loading capacity of the SPUFSCS
panel owing to the small inertial force. When the specimen reaches the maximum
deformation and start to rebound, the unloading stage appears. The hammer and
mid-span displacements as well as impact force start to reduce, and the impact force
drops to zero when the hammer separates from the specimen. The above observations
indicate that the hammer head shape exhibits little effect on impact response of the
SPUFSCS panel.

The comparison of impact force—time histories of the four test specimens is
presented in Fig. 11.27. The maximum peak impact force is observed for the spec-
imen with thickest concrete (4-100-4), and the reduction of concrete thickness leads
to the decrease in peak impact force. This can be attributed to the reduced resistance
of the SPUFSCS panel with decreasing concrete thickness. As given in Table 11.9,
the peak impact force is reduced by 17.0% and 24.0%, respectively, by reducing the
concrete thickness from 100 mm to 85 and 70 mm. The peak impact force of specimen

Fig. 11.27 Impact 700
force—time histories of
specimens, reprinted from
Wang et al. (2021), copyright
2022, with permission from
Elsevier
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Table 11.9 Summary of test results (cylindrical head)
Specimen Vo (m/s) Fax (KN) D¢y (mm) Dgm (mm) Dpm (mm) Dy
4-70-4 9.54 468.81 39.15 22.61 81.32 41.11
4-85-4 9.69 511.81 32.59 18.14 73.72 41.22
4-100-4 9.71 616.60 27.88 14.67 66.97 42.26
5-70-3 9.61 433.04 45.11 2593 82.75 36.52

Note V¢, Fmax—impact velocity and maximum impact force, Dem, Dgm» Dhm, Dii—maximum values
of mid-span displacement, quarter-span displacement, hammer displacement and local indentation
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5-70-3 with thinner bottom plate and thicker middle plate is 7.6% lower than that
of specimen 4-70-4 although the two specimens share similar summed thickness of
middle and bottom plates. This also can be attributed to the lower bending resistance
of specimen 5-70-3. Figure 11.27 shows that the specimen with larger impact force
exhibits smaller impact force duration, which is owing to the consistent impulse for
all the test specimens who share the same drop weight and height.

The displacement—time histories of the test specimens are presented in Fig. 11.28.
The mid-span displacements of all the specimens exhibit monotonic increase to
their peak values after impact, and subsequently the gradual reduction of mid-
span displacements is observed when the hammer starts to rebound. Finally, all
the displacements approach their constant values (permanent displacements). The
specimen with larger impact force shows smaller deformation (i.e., mid-span and
quarter-span displacements) since the same impact energy is applied. Table 11.9
summaries the peak mid-span and quarter-span displacements. The peak mid-span
displacement of SPUFSCS panel is reduced by 16.8% and 28.8%, respectively, by
increasing the concrete thickness from 70 mm to 85 and 100 mm, which indicates
that the deformation of the SPUFSCS panel can be evidently reduced by increasing
the concrete thickness owing to the improvement in bending resistance. In addition,
the mid-span displacement of specimen 5-70-3 is maximum among the four test
specimens, which is also due to the low bending resistance of the SCS panel with
thinner tension plate (bottom plate) and thicker compression plate (middle plate).

11.3.2 Numerical Study

11.3.2.1 FE Model Establishment

The explicit code in LS-DYNA was also employed to carry out the FE simulation of
the SPUFSCS panel under the impact of a cylindrical hammer. Figure 11.29 presents
the established quarter FE model, which is consistent with the FE model presented
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Fig. 11.29 Quarter FE model of the SPUFSCS panel, reprinted from Wang et al. (2021), copyright
2022, with permission from Elsevier

in Sect. 11.2.2.1 in terms of element formulations, material models and material
properties.

11.3.2.2 FE Results and Discussions

Figure 11.25 presents the comparison of failure modes of the SPUFSCS panels
obtained from tests and FE predictions. The established FE models are shown to
reasonably predict both the global and local deformations of the SPUFSCS panel. The
flexural deformation mode of the panel can be found from the FE simulation, which
is consistent with the test observation. In addition, the FE model can also capture the
local indentation with fracture failure of top plate along the edge of hammer head, as
observed from the tests. The FE-predicted maximum local indentation depths of the
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four specimens are compared with those obtained from tests, as given in Table 11.10.
The differences between them are found to be no more than 12%. The calculated
average FE to test ratio for the maximum local indentation depth is 0.95 with COV to
be 0.054. The buckling of the top plate at mid-span from FE prediction also matches
with the test observations.

The FE-predicted impact force—time histories are compared with those from tests
in Fig. 11.30, and good agreement between them in terms of both peak impact force
and duration can be observed. Table 11.10 presents the comparison of peak impact
forces between the FE predictions and test results, and their differences are found to
be no more than 9%. The calculated average FE to test ratio for peak impact force
is 1.036 with COV to be 0.054. The displacement—time histories obtained from FE
analyses are compared with test results in Fig. 11.31. The established FE models can
also provide good predictions on the displacement responses of the four test speci-
mens. The peak values of mid-span and hammer displacements from FE predictions
and tests are given in Table 11.10, and their differences are no more than 8% and 5%
for the mid-span displacement and hammer displacement, respectively. The afore-
mentioned comparisons indicate that the established FE models of SPUFSCS panels
under impact loading are accurate in predicting the failure modes, impact force and
displacement responses, and therefore can be employed for the following impact
energy dissipation analysis.

The typical internal energy (or impact energy dissipation) versus time curves
of top plate, PUF and SCS panel are plotted in Fig. 11.32 to reveal their impact
energy dissipation evolutions. The internal energies of the top plate and PUF exhibit
significantly higher rate of increase as compared to that of SCS panel at initial PUF
crushing stage. This is because the top plate and PUF are first exposed to impact
load, which leads to the dominating local indentation of the top plate and PUF and
small global deformation of the SCS panel. Hence, the majority of impact energy
is dissipated by the top plate and PUF at initial PUF crushing stage. In the loading
stage, the internal energies of all the three parts show monotonic increase with time.
However, the impact energy dissipated by the SCS panel rapidly climbs up and
exceeds those of top plate and PUF. This is because the SPUFSCS panel almost
reaches its maximum local indentation depth at loading stage, and therefore more
impact energy is dissipated through global deformation of the SCS panel. The SCS
panel and top plate exhibits evident elastic recovery at unloading stage when the
hammer starts to rebound and separate from the SPUFSCS panel.

The internal energy of the SPUFSCS penal reaches its maximum value when
the maximum deformation occurs. Figure 11.33 presents the internal energies of
SPUFSCS panels at their maximum displacement moments. Generally, the impact
energy dissipated by “soft” layer (top plate and PUF) is larger than that of “stiff”” layer
(SCS panel), and the internal energy ratio of “soft” layer to “stiff” layer varies from
1.35 to 2.52. A comparison of internal energies of SPUFSCS panels with different
concrete thicknesses reveals that increasing concrete thickness leads to the increase
in internal energies of the top plate and PUF, but decrease in internal energy of
the SCS panel, i.e., the internal energy is increased by 19.7%, 36.4% and —29.7%,
respectively, for the top plate, PUF and SCS panel when increasing concrete thickness
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from 70 to 100 mm. The thicker concrete leads to smaller global deformation and
larger local indentation, which also causes the increase of impact energy dissipated
by the top plate and PUF as well as the decrease of impact energy dissipated by the
SCS panel. With regard to the influence of face steel plate thickness ratio of the SCS
panel to the impact energy dissipation (i.e., specimen 5-70-3, 4-70-4, 3-70-5), the
specimen with larger thickness ratio of tension plate (bottom plate) to compression
plate (middle plate) generally leads to higher impact energy dissipation of the top
plate and PUF, but lower impact energy dissipation of the SCS panel. However, this
influence is negligible, i.e., the maximum differences of internal energies of the top
plate, PUF and SCS panel among these three specimens are no more than 3.2%, 5.1%
and 1.5%, respectively.



11.3 SPUFSCS Panel Under the Impact of a Cylindrical Hammer 345

11.3.3 Analytical Study

The analytical model for predicting displacement response of the SPUFSCS panel
under the impact of a hammer with cylindrical head is presented in this section, and
the accuracy of the developed analytical model is validated against the test data.

11.3.3.1 Analytical Formulation

It is assumed that the hammer and top plate move downwards together with the same
velocity once the hammer strikes the top plate, and the SPUFSCS panel under impact
loading can be equivalent to a two-degree-of-freedom (TDOF) system, as illustrated
in Fig. 11.34. The equations of motion of the TDOF system can be formulated by
employing the Lagrange’s equation as follow:

4
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Fig. 11.34 Analytical model for the SPUFSCS panel: a side view of deformed shape, b top view, ¢
equivalent TDOF system, d local indentation and e idealized stress—strain curve of PUF, reprinted
from Wang et al. (2021), copyright 2022, with permission from Elsevier



346 11 Steel-PU Foam-Steel-Concrete-Steel Panel Under Impact

d<8_T>+8(U+V)=

R 0. i=1.2 (11.5)
dt 8C, BC,

where T, U and V are kinetic energy, strain energy and potential energy, respec-
tively; C and C, are mid-span displacement and local indentation, respectively. The
calculation of strain energy and kinetic energy is presented in the following sections.

Strain Energy

The partial differential of strain energy with respect to displacement (U /9dC; in
Eq. (11.5)) leads to the force—displacement function. Hence, the force—displacement
relationships of local response, F»(C>), and global response, F'1(C), are calculated
and presented in this subsection.

Force—Local Indentation Relationship

The local indentation of the SPUFSCS panel is observed in the test, and its profile
can be assumed to be a truncated cone, i.e., a constant indentation depth below
the hammer head (region I) and linearly varying indentation depth in the rest local
indentation region (region II), as illustrated in Fig. 11.34d. The local indentation
domain (parameter a) has to be determined before the calculation of force—local
indentation relationship, F>(C>,), and the following assumptions are employed to
simplify the calculation of parameter a in Fig. 11.34d: (1) the mild steel used for the
top plate follows rigid-perfectly plastic behavior (Jones 1988; Tran 2017) and (2)
the stress—strain curve of PUF follows the relationship shown in Fig. 11.34e (Zhou
et al. 2015b; Elahi et al. 2017).

According to the assumed stress—strain curve of PUF in Fig. 11.34e, its strain
energy is determined as

Uy =0,AV (11.6)

where Uy, o), and A_V are strain energy, plateau stress and volume change of PUF
during crushing. AV can be calculated according to the assumed local indentation
profile in Fig. 11.34d and being substituted into Eq. (11.6) leads to

1 3 3
Us = gnczap(zdz + zda + a2> (11.7)

where C, is local indentation depth, and d is diameter of the hammer head. As
illustrated in Fig. 11.34d, the strain energy of the top plate is caused by plastic hinge
line and membrane stretching. The strain energy induced by two plastic hinge lines
(Usp) can be approximated as
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d
Uy ~ 2M,,n(— + 1>C2 (11.8)
a

where M), = O.25crott2 (00 = /0,0, (Tran 2017) and ¢, are flow stress and thickness
of top plate) is plastic bending moment, and the strain energy of the top plate via
membrane stretching (Us;) is obtained as

1 d
Uy = =00t C2[ = + 1 11.9
2(70 2 (a + ) ( )

Then, the total strain energy induced by local indentation (Uy,,;) can be obtained
as

Umtal = Uf + Usp + U_v_v (1110)

The force can be obtained by differentiating total strain energy (U ;) With respect
to local indentation (C,) as

F, = o d2+da+a2 oG i) voun(E 1)

=—— =70, —+ — + — | — ooty | —

S ToN P\ "2 "3 P\ a %\ 4 2
(11.11)

Then, minimizing the force F, with respect to a (i.e., 9 F,/da = 0) gives

%napcﬁ + %napdaz — (aot,Cz + 271Mp)d =0 (11.12)

The value of a can be determined by solving Eq. (11.12) and is found to be
increasing with the increase of local indentation C».

Itis noted in Fig. 11.34d that the compressive strain of PUF in region I is uniformly
distributed and also exhibits larger value as compared to region II. This means that
the PUF in region I is more likely to reach densification as compared to that in
region II. Hence, more precise stress—strain curve of PUF is employed to calculate
the force contributed by the compression of PUF in region I. Then, the force F;, can
be modified as

d? da a?® d d
F2=7'[O‘fZ+JTO'p 74‘? +2Mp7'[ Z+1 + ooty ;—i‘l C, (11.13)

where o is compressive stress of PUF and can be obtained in Eq. (11.14) by fitting
the stress—strain curve of PUF in Fig. 11.14.

1.149
of = 1.543[1 _emssten (1) 4y 421 <L) } (11.14)
—&f1
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where g,y = C,/t is compressive strain of PUF in region I.

To consider the strain rate effects of mild steel and PUF on their strength enhance-
ments, the Dynamic Increase Factor (DIF) is used herein to scale up the material
strength. The DIF value of the top plate is taken as DIF; = 1.1 according to the
design guideline for blast protection proposed by ASCE (2011) owing to the lack
of design guideline for the impact-induced strain rate treatment of steel material.
Moreover, the calculation of average strain rate of the top plate becomes impossible
since the length of plastic hinge line and area of membrane stretching that affect
strain energy of the top plate vary with the local indentation depth. With regard to the
DIF value of PUF, the compressive strain rate of PUF in the local indentation region
varies with time and space. Hence, a simplified method is proposed for evaluating
the strain rate effect on the strength enhancement of PUF. The average compressive
strain rate of PUF is defined and used to calculate the DIF value of PUF. It is noted
that the compressive strain rate of PUF exhibits peak value at initial impact stage
and gradually decreases to zero when the maximum indentation depth is reached.
Hence, the average compressive strain rate of PUF (&) is taken to be the half value
of the initial strain rate, as given in Eq. (11.15).

CZO

- = — 11.15
€7 2f_f ( )

where Ca is initial velocity of local indentation and given in Eq. (11.49). Since the
uniform compression of PUF in region I is observed, the assumed constant strain rate
of PUF in region I is &7. With regard to strain rate of PUF in region II, the average
compressive strain rate varies from zero at the periphery of local indentation to &
at the boundary between region I and II. Hence, it is reasonable to take é7/2 as the
average compressive strain rate of PUF in region II. Then, the DIF values of PUF
in region I and II can be determined based on these two average compressive strain
rates.

It is noted in Eq. (11.1) that the DIF value of PUF also varies with strain, and
the DIF value employed for the analytical model is determined corresponding to
the strain value of 0.3 which is the mean strain value of 0.2 to 0.4 employed for
determining the plateau stress of PUF (ISO 2011). Hence, the DIF values of PUF in
region I and II can be determined as

éf
DIF;; =1+ (ap+ 0.3b0)1n<_—f>, region I (11.16)
&0

P
DIF;; =1+ (ag+ 0.3bo) 1n(2—,f>, region IT (11.17)
€0

Then, the force—local indentation relationship considering strain rate effects of
mild steel and PUF can be determined as
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Fig. 11.35 Strain and stress diagram for bending resistance calculation of SCS panel: a cross-
section, b strain, ¢ stress in elastic range, d stress for ultimate bending resistance (¢,, > t) and e
stress for ultimate bending resistance (¢,, < #), reprinted from Wang et al. (2021), copyright 2022,
with permission from Elsevier
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a

Force—Global Displacement Relationship

The following assumptions are employed for simplifying the calculation of force—
global displacement relationship of one-way supported SCS sandwich panel: (1) the
mild steel employed for the middle and bottom plates follows the elastic-perfectly
plastic material behavior, (2) plane section assumption is applicable for the SCS
panel; (3) tension stress of concrete is negligible and (4) full composite action of
the SCS panel can be achieved. Although the number of shear connectors of test
specimens is not sufficient to achieve full composition action of the SCS panel, it
was demonstrated that the two end plates could provide longitudinal shear resistance
(Wang et al. 2016a), which could ensure the ultimate bending moment of the SCS
panel equaling to that with full composited action (Wang et al. 2016a; Kang 2012).
Hence, the full composite action assumption of the SCS panel is reasonable for
calculating the ultimate bending moment of the SCS panel.

In the elastic range, the strain and stress are linearly distributed along the depth
of the SCS panel based on plane section assumption, as shown in Figs. 11.35b, c.
According to the force equilibrium in Fig. 11.35¢, we have

Ny — Nee = Ney = 0 (11.19)

where N, N.. and N ., are resultant forces of tension plate, concrete and compression
plate, respectively. Then, the position of neutral axis, z, can be determined as

2= [nP(ty + tn)* +n(t; + 2t — t,fi)]l/2 —n(ty + 1) (11.20)
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where n = E/E. is elastic modulus ratio of steel to concrete; f,, t,, and f. are
thicknesses of the bottom plate, middle plate and concrete. The yielding bending
moment of the SCS panel can be obtained in Eq. (11.21) by taking moment about
the action of compressive force of concrete.

M, =N, z—5+t—" + N, 5+tﬂ (11.21)
YU\ 3T 2 “\3 " 2 :

If the yielding curvature is defined as ¢, which corresponds to yielding of the
SCS panel, N, and N, can be calculated as

1

N, = E,Bty, (tc —z4 Eb) (11.22)
tﬂl

Nes = Es Bl ¢, (z + 3) (11.23)

where B is width of the SPUFSCS panel. It is noted that either yielding of bottom
plate or compressive stress of concrete reaching 0.4f ., (Eurocode 2004) results in
yielding of the SCS panel. Hence, the yielding curvature can be determined as

26 04 feu } (11.24)

, = min ,
¢ {2zc —2z+1, E:z
where ¢, is yield strain of the steel plate. Then, the bending stiffness of the SCS
panel in the elastic range can be obtained as

M,

Dyzd)—'
y

(11.25)

With regard to the analytical prediction of ultimate bending moment of the SCS panel,
two different formulae are presented based on the different thickness ratios of middle
plate (compression plate) to bottom plate (tension plate). For the case of middle plate
thickness larger than bottom plate thickness, i.e., #,, > t;,, the middle plate cannot yield
when the ultimate bending moment is reached. The neutral axis continuously moves
up with the increase of applied force, and the ultimate bending moment is reached
when the neutral axis reaches the bottom of the middle plate (Liew and Sohel 2009).
According to force distribution in Fig. 11.35d, taking moment about the action of
compressive force of the middle plate gives the ultimate bending moment as

ty + t
M, = o,B1, (zc + %) (11.26)
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When the middle plate thickness is smaller than bottom plate thickness, i.e., t,, <
tp, the ultimate bending moment is reached when the compressive strain of concrete
below the middle plate reaches the ultimate compressive strain, €.,. Figure 11.35¢
shows the equivalent stress distribution along the depth of the SCS panel. According
to the force equilibrium, we have

oy By, + 2znf.B — 6y Bty = 0 (11.27)

where A = 0.8, n = 1.0 and f, is compressive strength of concrete (Eurocode 2004).
Hence, the position of neutral axis, z, can be calculated as

_ U)f(tb - tm)
S v (11.28)

Then, by taking moment about the action of compressive force of concrete, the
ultimate bending moment can be given as

AZ b AZ

M, = o, By, <t€ -5 + 5) + othm<? + ?> (11.29)
Itis noted that both Egs. (11.26) and (11.29) yield same ultimate bending moment
for the case of 1,, = 1. Previous studies demonstrated that the end plates could ensure
the ultimate bending moment of the SCS panel without sufficient shear connectors
equaling to the counterpart with full composite action (Wang et al. 2016a; Kang
2012). However, the bending stiffness is evidently smaller as compared to the fully-
composited SCS panel owing to the slip between concrete and steel plates. This brings
difficulties to the calculation of bending stiffness without knowing the slip value.
Hence, a simplified force—displacement function of the SCS panel is proposed in
Eq. (11.30), in which the stiffness gradually decreases with increasing displacement

and only the initial elastic stiffness and ultimate loading capacity are kept.

k
Fi = F, tanh( J cl> (11.30)

lu

where F'y,, and k, are the ultimate loading capacity and elastic stiffness, and they are
given as

AM, 48D,

Flu = 5 ky L3

(11.31)

The DIF values of mild steel and concrete herein are taken to be 1.1 and 1.19,
respectively, which are consistent with the DIF values for the flexural members spec-
ified in ASCE (2011), since the SCS panel also exhibits global flexural deformation
mode under impact loading.
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Kinetic Energy from Global Deformation

For the equivalent TDOF system in Fig. 11.34c, the kinetic energy of the system can
be calculated as

SRV B ” 1
T = Emelcl + EmeZ(Cl + Cz) = E(mel +mep)Ci +menpCiCy + Emezcz
(11.32)

where m,;, m,, are equivalent masses of the TDOF system. The deformation of the
SPUFSCS panel consists of two parts, i.e., global deformation and local indentation.
In order to simplify the calculation of kinetic energy in Eq. (11.32), some of the
kinetic energy from local indentation (i.e., 1/2111626"12 in Eq. (11.32)) is included in
the calculation of kinetic energy from global deformation.

The global displacement of the SPUFSCS panel can be given as

wi(x, 1) = o(x)Ci(t) (11.33)

where ¢ (x) is shape function and given in Eq. (11.34) for the left half span (x < L/2)
(Biggs 1964).

£ (3L2% — 4x2) elastic
o= 10830
L

11.34
plastic ( )

Then, the kinetic energy caused by global deformation of the SPUFSCS panel
can be determined as

L2
Ty = m, / [e(0)C1 ()] dx = kyym) LC? (11.35)
0

where m is mass per unit span length of the SPUFSCS panel, ky, is mass coefficient,
and they are given as

my = [ps(t + tw + 1) + psty + petec| B (11.36)

17/70 elastic

= 11.
k {1/6 plastic (1137

where py, pr and p. are densities of steel, PUF and concrete, respectively; t;, t,,, t5
and t; are thicknesses of the top, middle and bottom plates, and PUF, respectively.
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Kinetic Energy from Local Indentation

According to the assumed shape function in Eq. (11.34), the global deformation
w) of the SPUFSCS panel in local indentation region I is not uniform. In order to
simplify the calculation of kinetic energy from local indentation, the uniform global
deformation in region I (wy;) is assumed and determined as

wir = yC (11.38)
where y, is given as

L
" = <p<§ - 0.202d> (11.39)

It should be noted that the assumed uniform global deformation, wy;, in region L is
the global displacement corresponding to x = L/2-0.202d, which divides the region
Iinto two equal areas. Then, the local kinetic energy of the top plate in region I can
be calculated as

1 .2 ..
T, = Emz(Cz +271C1Cy) (11.40)

where my = 0.25p,7wd?t; is mass of the top plate in region 1. Similarly, the local
kinetic energy of PUF can be obtained as

1 (C3 o
T3=§m3 ?—HﬁClCz (11.41)

where m3 = 0.25p,7d”t is mass of PUF in region L

Both uniform local indentation and global deformation of the SPUFSCS panel
in region II are assumed to simplify the calculation of local kinetic energy of the
top plate and PUF in this region. The uniform local indentation of the top plate in
region II is assumed to be C»/2, and the corresponding uniform global deformation
is assumed to be

Wi = »Ci (11.42)

where y, is given as

L—a d
= — = 11.43
V2 W( 2 4> ( )

Then, the local kinetic energy of the top plate in region II can be obtained as



354 11 Steel-PU Foam-Steel-Concrete-Steel Panel Under Impact

1 (¢ .
Ty = Sma\ 4 + nCiC (11.44)

where m4 = ps7t, (da + az) is mass of the top plate in region II. The local kinetic
energy of PUF in region II can also be calculated as

T—1 C§+1 CiC (11.45)
5_2m5 12 2]/212 .

where ms = p;mtys (da + az) is mass of the PUF in region II. The hammer head
shares the same displacement with the top plate in region I, and the kinetic energy
of the hammer can be given in Eq. (11.46) by employing the same assumption of
uniform global deformation in region I.

1 . 2 \2
T, = zmh(C2 + 1 Cy) (11.46)

Then, the total kinetic energy of the SPUFSCS panel can be obtained in Eq. (11.47)
by summing all the aforementioned kinetic energies.

T=T+Th+T+Ty+Ts+T, (11.47)

The Equations of motion of the TDOF system can be obtained by substituting the
calculated kinetic energy and strain energy into Eq. (11.5) as

.. 1 1 1 ..
(kw1 L +th|2)C1 + (sz/l + Pt + 34y + 7S +th1)C2 +F(C)=0

1 1 1 .. 1 1 1 .
(mz)/l + Pild + FMmar2 + 7752 +th1>C1 + (mz + 33 + 74 + " +mh>C2 + F2(C2) =0
(11.48)

For the equivalent TDOF system, the initial velocity of global deformation Cuo
is zero, and the initial velocity of local indentation C, can be obtained by applying
the conservation of momentum as

my Vio

Cy = — (11.49)
my +my+my +ms3+ my

where Vo and my, is initial velocity and mass of the hammer; 71y, m,, fi3 and 7y
are equivalent masses of the top plate in region I and II, and PUF in region I and II,
respectively, and they can be obtained in Eq. (11.50) by ensuring the same momentum
between the SPUFSCS panel and equivalent TDOF system.

. 1 ’
my = Zpsnd Iy
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o |ewtd@ta) 2 (gl+ 3_<c_l>3
my = P71, B 34 3 ao )

. 1 2
ms = g,OfTL’d tr

2 1 3 3
mqfﬂff{( ao+d‘)l(d+ao)_%|:<%1+ao> _(g) ” (1150,

where q is the value of a with local indentation to be zero. The numerical approach
can be utilized to solve the equations of motion in Eq. (11.48) to obtain the displace-
ment-time response of the SPUFSCS panel. Herein, the fourth-order Runge—Kutta
time stepping procedure was employed.

11.3.3.2 Analytical Model Validation

The displacement—time histories obtained from the analytical models are compared
with the test results in Fig. 11.31, and good agreement between them can be observed.
The fluctuation of mid-span displacement—time histories observed from analytical
models may be attributed to the absence of damping in the analytical model. The
maximum values of mid-span and hammer displacements obtained from the analyt-
ical model are also compared with those from tests, as presented in Table 11.10, and
the differences between the two results are no more than 13% and 8% for the mid-
span displacement and hammer displacement, respectively. The calculated average
analytical-prediction to test ratios for maximum mid-span and hammer displace-
ments are 1.069 and 0.957 with COV to be 0.054 and 0.046, respectively. Hence, the
developed analytical model is proven to be accurate and can be employed to predict
displacement response of the SPUFSCS panel under impact loading. For the proposed
SPUFSCS panel, the front “soft” layer (i.e., top plate and PUF) can be regarded as a
sacrificial layer, and the damage level of the SPUFSCS panel is governed by the rear
“stiff” layer (i.e., SCS panel) which exhibits global flexural deformation mode from
the impact test observations. Hence, the damage level of the SPUFSCS panel under
impact loading can be evaluated based on the maximum displacement of the SCS
panel, similar to the damage level evaluation of the structural member under blast
loading (ASCE 2011). Since the proposed analytical model can generally provide an
accurate prediction on the impact-induced displacement response of the SPUFSCS
panel, it can be employed as a simple alternative tool to quickly evaluate the damage
level of the SPUFSCS panel under impact loading.
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11.4 Summary

Drop-weight impact tests were carried out to investigate the impact responses of
SPUFSCS panels. The FE model of the SPUFSCS panel under impact loading was
established and verified against the test results. Finally, the analytical model was
developed for predicting the displacement response of the SPUFSCS panel under the
impact of a cylindrical hammer. The main findings from this study are summarized
as follows:

(1) The failure modes of the SPUFSCS panel subjected to drop-weight impact
loading were identified, including local indentation and global deformation.
The local bulge of the bottom steel plate was not observed in the SPUFSCS
panel with the presence of the SPUF layer.

(2) Three stages of the dynamic response of the SPUFSCS panel under impact
loading were identified, that is, PUF crushing, loading and unloading.
Compared with the traditional SCS panel, the SPUFSCS panel exhibited a
lower inertia-induced first peak impact force and damage level owing to the
presence of the PUF layer.

(3) The maximum displacement of the bottom steel plate of the SPUFSCS panel
was found to be smaller than that of the SCS panel owing to the presence of PUF.
With increasing concrete thickness, the peak impact force of the SPUFSCS
panel was improved, and the maximum displacement was reduced. Moreover,
the SPUFSCS panel with a thicker bottom steel plate exhibited a larger peak
impact force and smaller global deformation.

(4) The FE model of SPUFSCS panel was established and validated against test
data. The FE results indicated that the majority of impact energy was dissipated
by the “soft” layer (top plate and PUF) at initial PUF crushing stage, and the
evident increase of impact energy dissipation rate was observed for the “stiff”
layer (SCS panel) at loading stage. It was also found that more impact energy
was dissipated by the “soft” layer as compared to the “stiff” layer.

(5) The analytical model for predicting the displacement response of the SPUFSCS
panel under impact loading was established via employing the equivalent
TDOF system. In addition, the strain rate effects of mild steel, PUF and concrete
on their strength enhancements were also included in the analytical model. The
analytical-predicted displacement responses were found to be reasonable by
comparing with the test results.
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