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About the Conference

AIMTDR series of conferences is a highly prestigious biennial event in the field
of mechanical engineering. It has a glorious history. The first conference entitled
All India Machine Tools Design and Research Conference was held at Jadavpur
University, Kolkata. Later on it was renamed as All India Manufacturing
Technology, Design and Research Conference in order to widen its scope.
It became an international event in 2006 with the first international conference held
at IIT Roorkee. The conference aims to bring together the academicians and
industry professionals working in the field of manufacturing for the exchange of
ideas.

Indian Institute of Technology Guwahati organized 5th International and 26th
All India Manufacturing, Technology, Design and Research (AIMTDR) conference
during 12–14 December 2014. The conference was attended by more than 400
delegates from Academia and Industry. Apart from the addresses of Chief Guest
Professor Amitabha Ghosh, former Director of IIT Kharagpur and Mr. P.K.
Borthakur, Former Director (offshore), ONGC, a total of 22 invited lectures were
presented in the conference. Some of the notable speakers from academia were
Prof. Kornel Ehmann, Prof. Shiv G. Kapoor and Prof. Marc Madou from USA,
Prof. Hocheng from Taiwan and Prof. V. Radhakrishnan from India. Some of the
invited speakers from industry/R&D organizations were Dr. V.K. Suri from BARC,
Mr. Khongwir from IOCL Bongaigaon, Dr. Sumitesh Das from Tata Steel,
Dr. Sanyal from CSIR and Dr. K. Ramesh from DRDL Hyderabad. Some manu-
facturing organizations also gave presentations on their products. Total 423 papers
were published in the proceedings of the conference by young and senior engineers/
scientists.

Prof. M. Rahman of National University of Singapore delivered Prof. Amitabha
Bhattachraya Memorial Lecture. He advocated sustainable manufacturing that
should not harm the environment. He emphasized the role of revolutionary and
evolutionary innovation to achieve sustainable manufacturing. Overall, The con-
ference was a huge success in terms of the participation of delegates from the
premier educational and research institutions of India and abroad.
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Preface

Material forming and Joining are amongst the oldest manufacturing processes, that
are in use till today to fabricate micro to macro components. While material forming
involves mainly elastic and plastic deformation of materials to obtain desired change
in shape, joining essentially is an assembly process to make large-sized or complex
parts. The material and metallurgical properties undergo substantial change during
these processes. Researchers try to understand these processes by experimental and
computational means. Although experiment-based research is inevitable, there is a
trend to supplement it with computational techniques based on sound theoretical
principles.

The chapters in this book discuss some of the basic and advanced topics in
material forming and joining, including problems on rolling, sheet metal forming,
adhesive bonding, welding operations like submerged arc welding, friction stir
welding, accumulative roll bonding, and magnetic pulse welding. These chapters
are extended versions of peer reviewed manuscripts presented in 5th International
and 26th All India Manufacturing Technology, Design and Research (AIMTDR)
conference held during December 12–14, 2014 at Indian Institute of Technology
Guwahati, India. In total, 53 authors from academia and industry have contributed
to this book. The book will be useful for researchers and practicing engineers.

The book contains 18 chapters. They are on varied topics. Chapter “An Efficient
Inverse Method for Determining the Material Parameters and Coefficient of Friction
in Warm Rolling Process” deals with numerical modelling of warm rolling process
for predicting the materials behaviour using an efficient inverse method. Chapter
“Incremental Sheet Forming (ISF)” discusses incremental sheet forming. Chapter
“Effect of Yield Strength, Pre-strain and Curvature on Stiffness and Static Dent
Resistance of Formed Panel” discusses the influence of selected process parameters
on the dent resistance of sheets. Chapter “Formability Prediction and Springback
Evaluation of Adhesive Bonded Steel Sheets” describes how the springback and
formability of base sheets can be controlled by adhesive bonding. Chapter
“Feasibility Study of Thermal Autofrettage Process” proposes a method for
achieving autofrettage that involves creating thermal gradient in the wall of the
cylinder. Chapters “Numerical Analysis of Warm Deep Drawing for Ti–6Al–4V
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Alloy”, “Springback and Formability Studies on Friction Stir Welded Sheets”
and “Prediction of Formability of Bi-axial Pre-strained Dual Phase Steel Sheets
Using Stress-based Forming Limit Diagram” present some of the recent research
activities in sheet metal forming. The authors of chapter “Numerical Analysis of
Warm Deep Drawing for Ti–6Al–4V Alloy” have predicted the warm deep drawing
behaviour of a titanium alloy. In chapter “Springback and Formability Studies on
Friction Stir Welded Sheets” controlling springback and formability of sheets using
friction stir welding has been discussed. The stress based forming limit diagram has
been used to predict the formability of dual phase steel in chapter “Prediction of
Formability of Bi-axial Pre-strained Dual Phase Steel Sheets Using Stress Based
Forming Limit Diagram”. The microforming of a particular sheet material has been
discussed in chapter “Size Effect on Mechanical Behaviour of SS304”.

Chapters “Prediction of Weld Induced Angular Distortion of Single Sided and
Double Sided Fillet Joints by SAW Process” and “Optimization of Process
Parameters in Submerged Arc Welding Using Multi-objectives Taguchi Method”
deal with the role of submerged arc welding process on the joint distortion and weld
joint quality. Chapter “Monitoring of Weld Quality in Friction Stir Welding based
on Spindle Speed and Motor Current Signals” presents real-time weld quality
monitoring during friction stir welding using spindle speed and main motor current
signals. The finite element modelling simulation of magnetic pulse welding of tubes
is presented in chapter “Coupled Electromagnetic–Structural Simulation of
Magnetic Pulse Welding”. In chapter “Numerical Analysis of Heat Transfer of
Arc Welded Plate”, finite difference method has been used to provide solution for
moving heat source with Gaussian distribution of heat flux density during sub-
merged arc welding. The micro-friction stir welding of aluminium sheets and the
joint strength and hardness characteristics are described in chapter “Development
and Analysis of Butt and Lap Welds in Micro-friction Stir Welding (µFSW)”.
Chapter “Numerical Modeling of Impact and Solidification of a Molten Alloy
Droplet on a Substrate” discusses the solidification characteristics of an alloy
droplet impacting on a substrate using a two dimensional axisymmetric model.
Plasma assisted friction stir welding, a hybrid system, is described in chapter
“Hybrid Friction Stir Welding of Similar and Dissimilar Materials” with the aim of
improving the weld joint quality and joint efficiency. Finally, the basic concepts of
roll bonding and accumulative roll bonding as applicable to light weight ductile
metals and the influence of various parameters on the joint strength are described in
chapter “Solid-State Joining by Roll Bonding and Accumulative Roll Bonding”.

Authors and editors have taken utmost care in presenting the information and
acknowledging the original source wherever necessary. Editors are thankful to
authors, organizers of AIMTDR and staff of AIMTDR (India) for making the
publication of this type of research book possible. Readers are requested to provide
their feedbacks and constructive suggestions to us. We hope that manufacturing
fraternity will welcome this book.

R. Ganesh Narayanan
Uday Shanker Dixit
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An Efficient Inverse Method
for Determining the Material Parameters
and Coefficient of Friction in Warm
Rolling Process

V. Yadav, A.K. Singh and Uday Shanker Dixit

Abstract In the present work, the material parameters for power law and the
coefficient of friction are obtained using inverse analysis by measuring exit strip
temperature and slip. The procedure makes use of a finite element model for
deformation and an analytical method for the estimation of temperature. A heuristic
optimization algorithm is used for this purpose that minimizes the error between the
measured and estimated flow stresses. The method is verified by conducting some
numerical experiments.

Keywords Flow stress � Temperature distribution � Finite element method �
Inverse analysis � Warm rolling

1 Introduction

Rolling is one of the oldest and most important metal forming processes. It plays an
important role due to its versatility and high production rate in industry. It is
an economical method for the manufacturing of metal strip (Kalpakjian 2008). In
general, the rolling can be considered into three categories, viz. cold, warm, and hot
rolling. It has been suggested (Hirschvogel 1979; Hawkins 1981, 1985; Pietrzyk
and Lenard 1990) that for hot rolling, the lower limit of the temperature range
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should be taken as 0.6 Tm, where Tm is the melting point of the metal in K. In hot
rolling, the effect of strain hardening is removed by the relevant active dynamic
and/or static softening mechanisms. In cold rolling, the upper limit of working
temperature is 0.3 Tm and strain hardening is not relieved. If the working tem-
perature for the metal is 0.3–0.6 Tm during rolling, then it defined as warm rolling
process. In this range of temperature, the degree of strain hardening that occurs is
less as compared to cold rolling.

The proper estimation of roll torque, roll force, and temperature distribution in
strip as well as rolls is important for warm rolling because it greatly influences the
lubricant behavior, roll wear characteristics, and quality of the rolled metal.
Hawkins and Shuttleworth (1979) studied the effect of deformation temperature on
the structure and properties of a low-carbon steel. They observed that by rolling a
0.017 % plain carbon steel to natural strains of up to 1.6 at 923 K, the rolled metal
strength can be increased up to 60 %. The longitudinal and transverse tensile tests
indicated that for both the test directions, warm rolling increases the strength,
reduces the ductility, and decreases the ratio of the tensile strength to the proof
stress. Reducing the rolling temperature to 723 K provides greater strength, but
ductility and toughness decreases in comparison with rolling at 923 K. Hum et al.
(1996) measured the roll separating forces, roll torques, pressure, and interfacial
shear stresses as a function of the reduction and rolling speed of commercially pure
Al strip at 500 °C. Serajzadeh (2004, 2006) developed the rigid viscoplastic finite
element model considering the occurrence of dynamic strain aging and its effect on
strain distribution during warm rolling.

The focus of this present work is to develop an inverse procedure for the esti-
mation of material properties and friction coefficient in a warm rolling process.
A few researchers have carried out inverse analysis to estimate parameters in rolling
process. Kusiak et al. (1996) proposed a methodology for the evaluation of material
parameters in hot forming of metals by an inverse analysis. The methodology was
tested for hot compression of medium-carbon tool steel. Huang et al. (1995) pre-
sented an inverse analysis based on the conjugate gradient method to minimize heat
flux and temperature distribution in roll considering the effect of water cooling on
the surface of the roll. The inverse model is capable of obtaining the surface heat
transfer coefficient if the surface heat flux is known. Chen and Yang (2010) used the
conjugate gradient method to estimate the heat generation at the roll–strip interface
by temperature measurement at some locations in the roll. For validation of the
proposed method, simulated temperatures were used instead of the real experi-
ments. Cho and Ngaile (2003) proposed an inverse method to determine the flow
stresses and friction coefficient. The inverse method was based on the minimization
of the difference between the experimental loads and the corresponding finite ele-
ment method (FEM) predictions. In their work, the rigid viscoplastic finite element
formulation was used to obtain the flow stress, while optimization algorithm adjusts
the parameters used in the simulation until the calculated response matches the
experimental measurements within a specified tolerance. Han (2005) applied a
modified two-specimen method (MTSM) for the online determination of flow
stresses and coefficient of friction in rolling. In their method, the strip is rolled twice

2 V. Yadav et al.



with two different sets of roll radii. Instead of real experiments, ABAQUS FEM
simulations were used for validating the methodology. Cho and Altan (2005)
proposed an inverse method to determine flow stress and friction factor of the bulk
and sheet materials under isothermal condition. First, the material parameters are
determined by minimizing the difference between the experimental and calculated
loads. Afterward, the shape of the deformed specimen is compared with the
computed shape. If they do not match, the friction factor is adjusted in order to
reduce the difference in the next iteration. The methodology is applied to the ring
compression and the modified limiting dome height test.

Byon et al. (2008) proposed inverse method for the prediction of flow stress–
strain curve and coefficient of friction using actual mill data. The roll force and
forward slip are taken as the basis for inverse estimation. In their work, forward slip
is decided to find the coefficient of friction and the material parameters are sub-
sequently obtained based on roll force matching. Lenard and Zhang (1997) esti-
mated the friction through an inverse technique by matching the measured and
computed roll force, roll torque, and forward slip. Lenard and Nad (2002) estimated
the coefficient of friction in rolling as a function of process and material parameters
by an inverse analysis. The basis was matching of the measured and calculated roll
force and roll torque. Recently, Weisz-Patrault et al. (2011) proposed an inverse
method to determine the temperature field at the surface of the roll by measuring the
temperature using thermocouple at only one point of the roll. Further, they extended
their work (Weisz-Patrault et al. 2012, 2013) to predict the contact stress in the roll
gap by measuring the stress tensor with fiber optics at only one point of the roll. In
their recent paper (Weisz-Patrault et al. 2014), they presented a fully three-
dimensional inverse analytical method for determining the temperature field and
heat fluxes by measuring the temperatures at several locations in the rolls. Hsu et al.
(2000) predicted the thermal behavior of work-roll in rolling by three-dimensional
inverse model. The temperature measurements are carried out at several locations
inside the roll.

In the present work, an inverse analysis is carried out to predict the material
parameters and coefficient of friction during warm rolling. The heuristic algorithm
is used to identify the unknown material parameters and the friction. The main
contributions of this chapter are as follows. Firstly, a simple computationally and
experimentally efficient algorithm has been adopted for minimization of the
objective function. Secondly, a method is proposed for estimating process param-
eter-dependent coefficient of friction as well as material parameters based on the
measurement of slip and temperature of strip at exit.

The rest of the chapter is organized as follows. Section 2 describes the modeling
of warm rolling. Section 3 deals with the inverse estimation of parameters meth-
odology. Results comprising validation and parametric study are discussed in
Sect. 4. Section 5 presents the sensitivity study on the material parameters based on
exit strip temperature measurement. Section 6 concludes the chapter.

An Efficient Inverse Method … 3



2 Modeling of Warm Rolling

A two-dimensional thermo-mechanical analysis based on Eulerian flow formulation
has been employed to simulate the strip rolling process. The analysis is divided into
two modules—deformation module and thermal module. Deformation module is
based on the flow formulation of FEM. Thermal module uses an approximate
analytical method. Initially, the deformation module carries out the analysis at inlet
temperature of the strip. The output of deformation module is used in thermal
module to estimate the average temperature of the deformation zone. Now,
deformation module is activated again to carry out the analysis at this average
temperature. This iterative procedure continues till convergence. A brief description
of deformation and thermal module is provided in following subsections. Figure 1
shows the flowchart of the procedure.

2.1 Deformation Module

Eulerian flow formulation FEM is employed to analyze stresses, roll torque, roll
force, and forward slip considering plane strain condition. This formulation is based
on steady-state deformation of the strip. Due to symmetry, only half domain is
considered. The FEM-meshed domain of strip along with boundary conditions is
shown in Fig. 2. In this work, elasticity is neglected. Hence, the plastic strain is the
same as the total strain.

The rigid plastic material behavior is assumed where the deviatoric part Sij of the
stress tensor rij is related to the symmetric part of velocity gradient (_eij) as

Sij ¼ 2g_eij; ð1Þ

where η is the proportionality factor.
Note that the plastic incompressibility condition has been assumed in Eq. (1).

The use of von Mises yield criterion provides

g ¼ ry

3
ffiffiffiffiffiffiffiffiffiffiffi
2
3 _eij _eij

q ¼ ry
3_eeq

; ð2Þ

Two models of flow stress are used in this work. One is the Johnson–Cook (J–C)
model (Johnson and Cook 1983) given by

req ¼ Aþ Beneq
� �

1þ C ln
_eeq
_e0

� �
1� T � Tamb

Tm � Tamb

� �m� �
; ð3Þ
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where _e0, Tamb, and Tm are the reference strain-rate, the ambient temperature, and
the melting temperature, respectively. A, B, C, m, and n are the material parameters.
The other is a power law given by

Fig. 1 Flowchart illustrating the methodology of direct model
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req ¼ r0e
n
eq

_eeq
_e0

� �b T
Tm

� ��c

; ð4Þ

where σ0, β, and γ are the material parameters. The J–C model has a fairly wide
range of applicability. Hence, it is used for carrying out the master simulations of
warm rolling, and these simulations are taken in lieu of real shop floor experiments.
The power law model is used for the inverse estimation of material parameters in
somewhat restricted range of parameters.

In this formulation, two-dimensional continuity and momentum equation for the
steady-state process are solved, which are given in index notation as

@vi
@xi

¼ 0 ð5Þ

@rij
@xj

� � @p
@xi

þ @Sij
@xj

¼ 0 ð6Þ

where p is the hydrostatic pressure. The FEM procedure is similar to the cold
rolling model of Dixit and Dixit (1996) except that the material models contain the
effect of strain-rate and temperature. Roll deformation is taken into account using
Hitchcock’s formula. Wanheim and Bay (1978) friction model is used instead of
Coulomb’s model. In the notations of this chapter, f is the ratio of the magnitudes of
normal and tangential tractions at the roll–work interface and μ is the equivalent
Coulomb coefficient of friction.

Fig. 2 A meshed domain of strip with boundary conditions
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2.2 Thermal Module

A methodology of Yadav et al. (2014) has been employed. Figure 3 shows upper
half geometric arrangement of roll and strip. The plastic deformation is assumed to
occur in the domain BGHC. It is assumed that 90 % of the work in plastic
deformation gets converted into heat and all the frictional work gets converted into
heat input at the roll–strip interface. At the interface of the roll and strip, heat
transfer takes place. In this work, two sub-modules are developed for obtaining the
temperature distribution. One sub-module finds the temperature distribution in the
strip when the heat generation due to plastic deformation and due to friction is
known. The other sub-module estimates the temperature distribution in rolls, when
the heat transfer through the roll–strip interface is known. Actual heat transfer
through the roll–strip interface is not known. Here, it is obtained by an inverse
procedure such that both the sub-modules predict the same average temperature at
the interface of roll and strip. If Q is the total friction plus plastic deformation
generated heat, the quantity λQ is assumed to pass to the rolls and (1 – λ)Q remains
in strip. The value of partition factor λ is obtained to match the temperatures from
both the modules.

Fig. 3 Geometric arrangement of the roll and upper half of the strip
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2.2.1 Module for the Estimation of Temperature Distribution in Rolls

Two different coordinate systems (x–y and x′–y′) employed for the roll and strip are
shown in Fig. 3. Considering non-dimensional coordinates ξ and f given by
x0 ¼ 2bbn; y0 ¼ df, where δ is heat penetration depth given by

d ¼
ffiffiffiffiffiffiffiffiffiffi
2bba
xR

r
: ð7Þ

The temperature distribution for zero initial temperature in the roll has been
obtained by Fischer et al. (2004) as

T n; fð Þ ¼ Tmax

ffiffiffi
n

p
exp � f2

4n

� �
�

ffiffiffi
p

p
2

f 1� erf
f

2
ffiffiffi
n

p
� �	 
� �

; for 0� n� 1;

ð8Þ

T n; fð Þ ¼ Tmax

ffiffiffi
n

p
exp � f2

4n

� �
�

ffiffi
p

p
2 f 1� erf f

2
ffiffi
n

p
� �n o

� ffiffiffiffiffiffiffiffiffiffiffi
n� 1

p
exp � f2

4 n�1ð Þ
� �

�
ffiffi
p

p
2 f 1� erf f

2
ffiffiffiffiffiffi
n�1

p
� �n o� �

2
4

3
5; for n[ 1

ð9Þ

where Tmax is given as

Tmax ¼
ffiffiffiffiffiffiffiffiffiffiffi
8
p
bba
xR

r
_q
k
; ð10Þ

and _q is the constant heat flux (bite angle) in the interval [0, 2β], k is the thermal
conductivity of the roll, α is the thermal diffusivity of the roll, and ω is the angular
velocity of the roll. Equations (8) and (9) provide the temperature distribution for
initial condition of zero temperature distribution. For the steady-state case, a con-
stant temperature field T0 is imposed on the surface such that

T0 þ
R p=bð Þ
0 T n; 0ð Þdn

p=bð Þ ¼ Tb; ð11Þ

where Tb is the average outer surface temperature of the roll which is obtained as
described in the following paragraph. Similar equations can be written for other
radial distances.

At steady state, the heat balance provides

2pahi Ta � Tið Þ þ 2p� 2bð Þbhe Tb � Teð Þ ¼ 2bb _q; ð12Þ

where _q, a, b, Ta, Tb, Ti, Te, hi, and he are the heat input, inner radius, outer radius,
average temperature of inner radius, average temperature of outer radius, ambient

8 V. Yadav et al.



temperature at the inner radius side, ambient temperature at the outer radius side,
convective heat transfer coefficient at the inner radius, and convective heat transfer
coefficient at the outer radius of the roll, respectively. The validity of this equation
is better for high-speed rolling, where the temperature is mainly a function of radial
distance. As there are two unknowns, viz. Ta and Tb, one additional equation is
provided by the following approximate boundary condition:

hi Ta � Tið Þ ¼ 2bk
Tb � Ta
b2 � a2

; ð13Þ

Now solving Eqs. (12) and (13), the average temperatures Ta and Tb along the
roll periphery are obtained. It can be assumed that average temperatures are the
linear function of radial distance, and thus knowing the outer and inner average
temperatures, the average temperature at any radial distance can be obtained.
Equation (11) can now provide temperature T0 to be superimposed on the tem-
perature distribution of outer periphery. Similar modifications can be made for the
temperature distributions of other radial locations.

2.2.2 Module for the Estimation of Temperature Distribution in Strip

The plastic deformation is assumed to occur in the domain BCHG as shown in
Fig. 3. Kim et al. (2009) solved one-dimensional equation by eigen-function method.
The temperature distribution as per the coordinate system of Fig. 3 is given by

Tðy; tÞ ¼ 1
h

Zh

0

T0 yð Þdyþ 1
hqcp

_qs þ
Zh

0

_qvdy

0
@

1
At

þ
X1
n¼1

exp �k2n
ks
qcp

t

� �
anð0Þþ 2ð�1Þn

hqcp

Z t

0

_qs exp k2n
ks
qcp

t

� �� �
dt

8<
:

9=
;

8<
:

9=
;

2
4

þ 2

k2nksh
1� exp �k2n

ks
qcp

t

� �� �Zh

0

_qvcosðknyÞdy
3
5cosðknyÞ; ð14Þ

where kn ¼ np
h and anð0Þ¼ 2

h

R h
0 T0ðyÞcos knyð Þdy, T0 yð Þ is the initial strip tempera-

ture, h is the average thickness of strip at deformation zone, ks is the thermal
conductivity of strip, ρ is the density of strip, cp is the specific heat of strip, _qv is the
heat generated per unit of volume, and _qs is the average heat flow rate to the strip at
the roll and strip interface. It is assumed that there is no variation of temperature
along longitudinal direction in the deformation zone. The approximate time ta spent
by the strip in the roll bite can be calculated by dividing L with the average velocity
of the strip. The time ta is put in Eq. (14) to obtain the temperature in the roll bite.
The rate of heat generated per unit volume _qv and the average heat flow rate to the
strip at the roll–strip interface _qs are given by
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_qv ¼ 0:9PP

0:5 h1 þ h2ð ÞLw ; ð15Þ

_qs ¼ Pf

wld
; ð16Þ

where Pp, Pf, h1, h2, L, w, and ld are the plastic deformation power, friction power,
sheet thickness at inlet, sheet thickness at outlet, length of plastic deformation zone
(=GH in Fig. 3), width of the sheet, and contact length of roll and strip, respectively.
The plastic deformation power Pp and friction power Pf are obtained from the
deformation module.

2.3 Validation

To test the validity of the model developed, the results obtained by the model are
compared with experimental data of Shirizly and Lenard (2000). They performed
rolling experiments on low-carbon steel AISI 1018 with steel rolls. In their
experimental work, the specimens were preheated in air at 850 °C for 60 min to
ensure a homogeneous deformation temperature. The material used in the rolling is
cold-rolled, low-carbon AISI 1018 steel. The rolling speed is 157 mm/s, and the
coefficient of friction is 0.25. The strip dimension is taken as
(305 × 44 × 4.71) mm3. The outer diameter of the work-roll is 150 mm. The inner
diameter of the roll is not mentioned by authors. Here, it is assumed as 130 mm,
considering typical practical value. (Later on, the inner diameter of 120 mm was
also chosen and it was found that results differ by an amount less than 1 %. Thus,
the inner diameter has an insignificant effect on roll torque and roll force in this
case.) The convective heat losses at the outer and inner periphery roll are assumed
as 260 and 2.6 W/m2 °C, respectively. The thermal properties of strip and roll are
taken from Khalili et al. (2012). The flow stress of the strip material is governed by
modified J–C model. The modified J–C model material parameters are taken from
Vural et al. (2003) for AISI 1018 cold rolled. In the modified J–C model, two
separate J–C models are modeled for low and high strain-rate cases. Vural et al.
(2003) have suggested the smooth transition between two models over a narrow
strain-rate zone. However, here, discontinuous model is taken, as it does not pose
any problem in FEM code. The parameters of J–C model given by Eq. (3) are
A = 560 MPa, B = 300 MPa, n = 0.32, m = 0.55, and Tm = 1773 K. For strain-rate of
less than _et, C is given by

C ¼ n1
_e
_e01

� �n1

; ð17Þ
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and for strain-rate of greater than _et, C is given by

C ¼ n2
_e
_e02

� �n2

; ð18Þ

where _e02 is calculated as

_e02 ¼ _e01ð Þn1=n2 _etð Þ n2�n1ð Þ=n2 ; ð19Þ

For AISI 1018 cold-rolled steel (Vural et al. 2003), n1 = 0.007, n2 = 0.075,
_e01 ¼ 5� 10�6 s�1, and _et ¼ 96s�1.

Figures 4 and 5 compare experimental and simulated roll forces and roll torques,
respectively, (Shang et al. 2012). The input process parameters are given in the
figures. It is seen from Fig. 5 that the roll torque gives the maximum 12.6 % error
with experimental results of Shirizly and Lenard (2000). However, the roll forces
almost fully match with the experimental results as shown in Fig. 4.

The second example is considered in which the roll surface temperature is
matched with the average temperature at the interfacing surface of the strip. The
average temperatures at the deformation zone are compared with the experimental
results of Serajzadeh and Mohammadzadeh (2007). Serajzadeh and Mohammad-
zadeh (2007) performed the warm rolling experiments of low-carbon steel with
steel rolls. They conducted the experiments with inlet strip temperature in the range
of 500–750 °C for different rolling speed and percentage reduction. The dimension
of the strip was (100 × 5 × 3) mm3, and the work-roll diameter was 150 mm.

Fig. 4 Comparison of
present model with
experimental results of
Shirizly and Lenard (2000) of
roll force per unit width
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The flow stress of the strip material is governed by the following power law given
by Serajzadeh (2004):

req ¼ B_emen; ð20Þ

where B, m, and n are the temperature-dependent material constants expressed by

B ¼ 1198� 0:084 T � 0:002 T2; ð21Þ

n ¼ 0:36� 2:96� 10�4 T ; ð22Þ

m ¼ 0:788� 0:0046 T þ 9:11� 10�6 T2 � 7:04� 10�9 T3 þ 1:9� 10�12 T4;

ð23Þ

where T is the temperature in °C. The inner diameter of the roll and convective heat
transfer coefficients are assumed as in the previous example.

For different values of the inlet temperature of strip, inlet thickness of strip,
percentage reduction and angular velocity of roll, results of the present work and
Serajzadeh and Mohammadzadeh (2007) are given in Table 1. It is observed that
the error in the prediction of temperature is less than 9 %. Thus, the model is
validated.

Fig. 5 Comparison of
present model with
experimental results of
Shirizly and Lenard (2000) of
roll torque per unit width
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3 Inverse Estimation of Parameter

It is assumed that the material behaves as per the power law material model given in
Eq. (4). This model may not be valid over wide ranges of strain, strain-rate, and
temperature. However, it is always possible to select smaller domains for fitting this
model. A number of such models in various smaller domains collectively can model
the behavior in a wider zone.

The root-mean-squared (RMS) fractional error, E of the estimated and the
measured quantity (exit temperature, roll force, or roll torque), is taken as the
objective function, which is minimized with respect to the decision variables σ0, n,
β, γ, and μ. Mathematically,

E ¼
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
1
n
�
Xn
i¼1

measured parameter � estimated parameter
measured parameter

� �2
vuut ; ð24Þ

where n is the number of experimental observations. It was found that any one
parameter among exit temperature, roll force, and roll torque can be the basis for
calculating E, although the exit temperature measurement is the most convenient
from a practical point of view. Figure 6 shows the schematic representation of
arrangement for temperature measurement. The strip temperature is estimated as
proposed in Kim et al. (2009) and summarized in Appendix. Alternatively, one can
measure as many parameters as convenient for better reliability. Minimization of

Fig. 6 Schematic arrangements of forward slip and temperature measurement during rolling
process
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the objective function is carried out by a heuristic method inspired by the similar
method used by Chandrasekeran et al. (2012) and Eideh and Dixit (2013).

3.1 Details of the Algorithm

The methodology for finding out the material parameter and friction during rolling
is as follows:

Step 1: Decide the ranges of strain, strain-rate, and temperature in which the power
law model has to be fitted. The total domain can be represented as a
rectangular parallelepiped in a three-dimensional space with strain, strain-
rate, and temperature as axes. Carry out 8 experiments approximately
corresponding to eight corners of rectangular parallelepiped. It is not
possible to carry out the experiments at exact desired values of strain,
strain-rate, and temperature. Actual controllable parameters are percentage
reduction, rolling speed, and initial temperature. The computational model
of the rolling guides in the proper selection of controllable parameters.

Step 2: Choose suitable ranges for material parameters, σ0, n, β, and γ of power
law, and friction coefficient μ.

Step 3: For each parameter, the range is divided into three linguistic zones, viz.
low (L), medium (M), and high (H) as shown in Fig. 7 for two parameters.
Thus, the entire domain gets divided into 35 = 243 cells.

Step 4: Select the middle (M) values of all the parameters as initial guess
parameters. Calculate E using (Eq. 24). The E is first calculated only on the
basis of two measurements—one corresponding to high reduction, low
temperature, and high strain-rate and other corresponding to low reduction,
high temperature, and low strain-rate. If E ≥ 0.1, the error is considered
very high and there is no need to calculate errors for other experimental
points. If E < 0.1, then gradually other experimental points are included in
the error calculation for finding out E subject to maximum of 8 experi-
mental points. This strategy helps in reducing the computational time
involved in function evaluation.

Step 5: Keeping 4 other parameters (n, β, γ and μ) constant, carry out one-
dimensional search for optimum σ0 in the following manner:

• If the estimated temperature at the current point is greater than the
measured temperature, then decrease the value of σ0 by jumping to the
center of adjacent cell. If reduction in E is significant based on test of
significance, then the center of adjacent cell becomes the current point.
If the reduction in E is insignificant, both points are taken as current
point and further exploration is carried out in a parallel manner from
both points. If E increases, then σ0 is not changed.

• If the estimated temperature at the current point is lesser than the
measured temperature, then increase the value of σ0 by jumping to the
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center of adjacent cell. If reduction in E is significant based on test of
significance, then the center of adjacent cell becomes the current point.
If the reduction in E is insignificant, both points are taken as current
point and further exploration is carried out in a parallel manner from
both points. If E increases, then σ0 is not changed.

• Else do not change the value of σ0.

Step 6: The similar methodology as discussed in Step 5 is repeated for optimizing
other parameters, i.e., one parameter at a time is changed keeping other
four parameters constant. After completing an iteration consisting of five
one-dimensional searches, the search domain gets reduced to one cell.

Step 7: For the further refinement, the optimum cell is further divided as in Step 3.
Repeat the procedure of Steps 4–6. A graphical representation for reducing
sizes of the search domain toward optimum is shown in Fig. 7.

After carrying out this procedure, if the E could not be reduced significantly,
then the ranges of strain-rate, temperature, and strain need to be reduced.

Fig. 7 Two-dimensional graphical representation of search procedure
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3.2 Modification of the Algorithm for Variable Friction Case

In many cases, the friction is a function of process parameters and it cannot be
considered constant. Most predominantly, it depends on the temperature. The
friction can be measured by measuring the slip at each experimental point. For each
experimental point, the coefficient of friction may be different. The algorithm
developed in Sect. 3.1 can be used for this case also. Now, the number of decision
variables reduces from 5 to 4. However, in each cell, while estimating the obser-
vable parameter (temperature, roll force, and roll torque), the proper value of
coefficient of friction as estimated based on slip measurement needs to be
considered.

4 Results and Discussion

In the following subsections, inverse estimation of material parameters and coef-
ficient of friction and inverse estimation of material parameters with considering the
coefficient of friction are variable. The inverse estimation has been carried out for
different strip materials, namely AISI 4142 steel, copper, and aluminum alloy
considering roll material to be steel.

4.1 Inverse Estimation of Material Parameters
and Coefficient of Friction

In the present work, actual shop floor experiments have not been carried out. For
validating the proposed procedure, numerical experiments have been carried out. It
is assumed that the actual flow stress is governed by the well-known J–C relation.
The constants of different material of J–C model are given in Table 2.

The actual friction coefficient is assumed to be 0.20. The roll radius (R) is
65 mm, and inlet thickness of the strip (h1) is 1 mm. With these data, virtual
simulations are carried out using the FEM analysis for different initial temperature

Table 2 Constants of J–C model for different material

Material A (MPa) B (MPa) n C m _e0 Tm (K) References

AISI 4142 steel 598 768 0.2092 0.0137 0.807 0.001 1768 Boisse et al.
(2007)

Copper 90 292 0.31 0.025 1.09 1 1338 Raczy et al.
(2007)

Aluminum alloy
AI6061-T6

293 121.3 0.23 0.002 1.34 1 925 Shang et al.
(2012)
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of strip, percentage reduction, and exit velocity of strip. Forward slip is recorded.
The mechanical properties are obtained by the inverse analysis using the thermal
properties of material as given in Table 3. The work-roll material is considered as
steel only for the entire analysis. The mechanical and thermal properties of roll are
given in Khalili et al. (2012).

Inverse analysis provides the material parameters σ0, n, m, and γ and the coef-
ficient of friction μ of different materials, viz. AISI steel, copper, and aluminum
alloy AI6061-T6 as given in Table 4. The convergence is obtained in 32–42
function evaluation, i.e., in 3–4 iterations for all three different materials of
strip. The convergence depends on the initial hypercube size of the unknown
parameters. Starting with a large range of domain is better, but the number of
iterations required for convergence will be large.

Figures 8 and 9 show the variation of flow stresses with strain at the estimated
and the actual material properties for work material (steel) of strip. It is assumed
that the power law gives the better results for smaller range of process parameter.
Hence, temperature is defined in the two ranges, i.e., 450–650 K and 650–850 K.
Later on, the larger range is also considered. Figure 8a, b shows the variation of
flow stresses with strain for temperature range (450–650 K) at different strain-rates.
Similar graphs have been plotted for the temperature range (650–850 K) in Fig. 9a,
b. It is observed that the estimated flow stresses are in good agreement with actual
material flow stresses; the maximum error is found to be less than 1 %.

Table 3 Thermal properties of work material

Material Density
(kg/m3)

Thermal
conductivity
(W/mK)

Heat capacity
(J/kgK)

Heat transfer
coefficient of air
(W/mK2)

References

Steel (AISI
4140)

7800 43 470 10 Yadav et al.
(2011a)

Copper 8960 400 385 10 Zhang et al.
(2011)

Aluminum
alloy

2700 237 900 8 Yadav et al.
(2011a)

Table 4 Optimum values of material parameters by inverse analysis

Obtained material and
process parameters

Steel (AISI 4142) Copper Aluminum alloy
AI6061-T6

Temperature range (K) 450–650 650–850 450–650 650–850 400–550

r0 (MPa) 461.1 408 117 124 202

n 0.085 0.0966 0.155 0.174 0.0567

β 0.013 0.0122 0.0468 0.0065 0.0032

γ 0.565 0.83 0.8 0.967 0.75

μ 0.2005 0.1995 0.2005 0.2005 0.1875

Range Strain-rate: 10–100 s−1 and strain: 0.02–0.4
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Fig. 8 Variation of flow stresses with strain for steel (strip) at actual and estimated material
properties a 520 K, b 600 K

Fig. 9 Variation of flow stresses with strain for steel (strip) at actual and estimated material
properties for temperature a 720 K, b 800 K
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Figure 10 shows the variation of flow stress with strain at different strain-rates for
the temperature range of 450–850 K. Here, the inverse estimation of material
parameters has been carried out for larger range of temperature. The same inverse
methodology is used to obtain the following material parameters: σ0 = 443 MPa,
n = 0.0835, β = 0.0105, γ = 0.701, and friction coefficient μ = 0.1995. It is observed
that in this case, there is somewhat larger deviation with J–C model.

For the work material, copper, the same inverse methodology is implemented to
obtain the optimum material and process parameters. Figures 11 and 12 show the
variation of flow stress with strain for different temperatures at different strain-rates.
It is seen from Figs. 11a, b and 12a, b that the flow stresses are in good agreement
with actual material parameters. The maximum error between actual flow stress and
estimated flow stresses is lesser than 1 %.

Figure 13 shows the variation of flow stress with strain at different strain-rates for
the temperature range of 450–850 K of work material, copper. The inverse meth-
odology is used to obtain the unknown material parameters as σ0 = 128.14 MPa,
n = 0.172, β = 0.0233, γ = 0.837, and friction coefficient μ = 0.1895. Although
larger error compared to smaller temperature ranges is obtained, the error is lesser
than 5 %.

A similar methodology of inverse analysis has been used for aluminum AI6061-
T6. Figure 14 shows the variation of flow stress with strain for actual and estimated
material parameters for aluminum strip. Here, the temperature range considered is

Fig. 10 Variation of flow stresses with strain for steel (strip) at actual and estimated material
properties for temperature a 520 K, b 800 K
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Fig. 11 Variation of flow stresses with strain for copper (strip) at actual and estimated material
properties for temperature a 520 K, b 600 K

Fig. 12 Variation of flow stresses with strain for copper (strip) at actual and estimated material
properties for temperature a 720 K, b 800 K
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Fig. 13 Variation of flow stresses with strain for copper (strip) at actual and estimated material
properties for temperature a 520 K, b 600 K

Fig. 14 Variation of flow stresses with strain for aluminum (strip) at actual and estimated material
properties for temperature a 423 K, b 523 K
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400–550 K. For the case of aluminum strip material, the inverse estimated coeffi-
cient of friction and parameters of power law show the good agreement with J–C
model at high strain compared to the low strain as shown in Fig. 14.

4.2 Inverse Estimation of Material Parameters
and Coefficient of Friction for Variable Friction Case

In this section, the coefficient of friction is assumed to vary with temperature. The
friction coefficient is decided on the basis of forward slip measurement. The exit
speed of strip is higher than the speed roll (peripheral speed of work-roll) during
rolling due to reduction in strip at deformation zone. The relative difference of the
these speeds is defined as forward slip (fs) as follows

fs ¼ V2 � Vr

Vr
� 100 ð25Þ

where V2 is the exit speed of strip, and Vr is the roll speed. The forward slip is
calculated by deformation FEM module. The roll speed may be measured by a
tachometer and velocity of exit speed may be measured by velocity sensor as shown
in Fig. 6. Yadav et al. (2011b) also used the velocity sensor and the temperature
sensor for estimating the coefficient of friction and flow stress of the strip material
by measuring the forward slip and the exit strip temperature for cold rolling.

The friction coefficient is assumed to follow the following relation:

l ¼ 0:41� 0:00025 T � 0:028V ð26Þ

where T is the average temperature at the deformation zone in °C, and V is the roll
speed in m/s. Table 5 shows the estimated friction coefficients for different cases.

The optimum material parameters for power law are obtained as σ0 = 456 MPa,
n = 0.077, β = 0.0035, and γ = 0.735. Figure 15 shows the variation of flow stresses

Table 5 Optimum friction coefficient

Case Inlet temperature
T0 (K)

Exit velocity
V2 (m/s)

%
reduction r

Optimum friction
coefficient μ

1 600 0.5 4 0.243

2 600 0.5 28 0.232

3 600 3 4 0.235

4 600 3 28 0.227

5 520 0.5 4 0.252

6 520 0.5 28 0.263

7 520 3 4 0.241

8 520 3 28 0.234
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with strain for actual and estimated material parameters. The difference between the
actual and estimated flow stresses is observed to be less than ±3 %.

5 Sensitivity Analyses

A sensitivity study is carried out of the material parameters, and the coefficient of
friction is obtained by an inverse analysis for steel (strip) at 520 and 600 K inlet
temperature of strip. Table 6 shows the errors in exit strip temperature computed for
various friction coefficients and material parameters of power law coefficient. Here,
the actual temperature was obtained using J–C model. Computational results have
been obtained by taking inverse estimated parameters as well as perturbing them one-
by-one. The error in temperature at 150 mm from the exit of roll bite has been
calculated for the two cases, i.e., E1 for high inlet temperature, low reduction, and low
exit velocity and E2 for low inlet temperature, high reduction, and high exit velocity.

The sensitivity of error in temperature with respect to error in the estimation of
material parameters, viz. r0; n;b; c and equivalent Coulomb coefficient μ, is esti-
mated. This information helps in deciding the permissible errors in r0; n; b; c and μ.
The convergence criteria can be chosen accordingly. E1 and E2 for the inversely
determined parameter along with ±5 % material and process parameters variation
are listed. The exit strip temperature measurement is more sensitive for low inlet
temperature, high reduction, and high exit velocity as shown in Table 6. It is
observed that temperature estimates are very sensitive to γ.

Sensitivity derivative is calculated using the central difference method. Table 6
can be used to estimate partial derivatives of E with respect to parameters. For

Fig. 15 Variation of flow
stresses with strain at actual
and estimated material
properties of steel for
strain-rate 100 s−1

(450–650 K)
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example, @E2=@r0 comes out to be 0.754 K/MPa by central difference method.
Similarly, @E2=@n ¼ �5:20 K; @E2=@m ¼ 5:68 K; @E2=@c ¼12:06 K; and
@E2=@l ¼ 4:13 K. It is noted that the derivatives of error in temperature at actual
and estimated parameters with respect to γ are high. Hence, the most sensitive
parameter is γ. This type of analysis helps in deciding the convergence criteria.

6 Conclusion

In the present work, an inverse method is proposed for the estimation of material
parameters of power law and coefficient of friction. The methodology requires the
estimation of the exit temperature of the strip and slip. The slip measurement gives
the proper estimation of coefficient of friction. If the coefficient of friction is
assumed constant for different process conditions, then only the measurement of
temperature can be carried out. In place of the exit temperature, the roll torque or
roll force can also be measured. A heuristic method is used for the minimization of
the error between actual and estimated temperature of exit strip. A sensitivity
analysis is also carried out.

Table 6 Error in the temperature estimation at optimum values and at ±5 % variation in the
material parameters and friction coefficient for work-roll material is steel

Material parameters and friction
coefficient used to estimate the
temperature

Error in exit strip temperature

Case I
E1 (T = 600 K,
V2 = 0.5 m/s, r = 4 %)
K

Case II
E2 (T = 520 K,
V2 = 3 m/s, r = 28 %)
K

r0; n; b; c;lð Þ ¼ (461.11 MPa, 0.085,
0.013, 0.565, 0.2005)

+0.98 −1.51

1:05r0; n;b; c; lð Þ +1.27 +30.3

0:95r0; n;b; c; lð Þ −0.68 −4.48

r0; 1:05n;b; c; lð Þ −0.84 −32.65

r0; 0:95n;b; c; lð Þ +1.1 +19.35

r0; n; 1:05b; c; lð Þ +0.96 +16.19

r0; n; 0:95b; c; lð Þ −0.90 −40.68

r0; n; b; 1:05c; lð Þ +1.07 +58.61

r0; n; b; 0:95c; lð Þ –0.77 –62.08

r0; n; b; c; 1:05lð Þ +0.89 +35.26

r0; n; b; c; 0:95lð Þ –1.25 –6.05

The exit temperature of strip is obtained by J–C model: Texit = 523.85 K for Case I and
Texit = 569.93 K for Case II
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Appendix

Estimation of Temperature Distribution in the Strip
at Exit Side

The temperature distribution of strip at the exit side is obtained as (Kim et al. 2009)

Te y; tð Þ ¼ T0 þ
X1
n¼1

exp � ks
qcp

k2nt

� �
4kn

R h2
2
0 T y; 0ð Þcos knyð Þdy� 4T0sin kn

h2
2

� �
knh2 þ sin knh2ð Þ

0
@

1
Acos knyð Þ;

ð27Þ

where T(y, 0) is the temperature at the exit of deformation zone that corresponds to
time t = 0, T0 is the temperature of the coolant, ha is the convective heat transfer
coefficient at the strip surface, ks is the thermal conductivity of strip, ρ is the density
of strip, cp is the specific heat, and λn are obtained by solving the following
equation:

ksknsin kn
h2
2

� �
� hacos kn

h2
2

� �
¼ 0: ð28Þ

The temperature below the sensor is obtained by substituting

y ¼ h2
2

and t ¼ distance from the exit of roll bite to sensor
exit velocity of the strip

ð29Þ

in Eq. (27).
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Incremental Sheet Forming (ISF)

Yogesh Kumar and Santosh Kumar

Abstract Incremental sheet forming (ISF) process is an advanced flexible manu-
facturing process to produce complex 3D products. In conventional forming
process, the products are produced by dedicated tools, i.e. die and punch. However,
ISF does not require any dedicated tool. A laboratory setup of single-point incre-
mental forming machine has been developed using a motion card to control the 3
servo motors for controlling individual 3-axis and spindle movement at IIT (BHU),
Varanasi. The strain distribution on the sheet over the length of deformation has
been computed. The surface quality of the products is found to be good. Simple
simulation has also been carried out.

Keywords Metal forming � Incremental forming � Dieless forming � Deforming
tool

1 Introduction

Metal forming is the backbone of modern manufacturing industry besides being a
major industry in itself. Throughout the world, hundreds of million tons of metals
go through metal forming processes every year. As much as 15–20 % GDP of
industrialized nations comes from metal forming industry. Besides, it fulfills a
social cause by providing job opportunities to the millions of workers. Metal
forming industry, in general, is a bulk producer of semi-finished and finished goods
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and this is one reason that it is viable to undertake large-scale research and
development projects because even a small saving per ton adds up to huge sums
(Juneja 2013).

The incremental forming process is originated from stretch forming and metal
spinning process. The ISF has been originated with partial hybridization of stretch
forming process and metal spinning processes. Thus, ISF process has combined
advantages of stretch forming processes and metal spinning process. In the later
developments in ISF process, the process is found to be capable of producing 3D
complex shapes with multiple features on it.

1.1 Elements of Incremental Forming Process

Incremental forming is a new technique for deforming sheet metals by the appli-
cation of step-by-step incremental feed to a deforming tool (DT). For the production
of parts by conventional sheet forming techniques, dedicated tools are required. The
dedicated tools are complex 3D design and thus are expensive. The design of
tooling (die and punch) for complicated shapes is very difficult and costly.
In incremental forming technique, only a DT is required for deforming the sheet
metals. There are four basic elements of an ISF process as shown in Fig. 1—a sheet
metal, a blank holder, a single-point forming tool or DT, and CNC machine.

The shape of DT may be hemispherical. The design of DT is quite simple and
economical. A CNC controller having capability for controlling individual 3 axes
can be used to control the movements of the DT. The tool path needs to be
optimized and a free run is taken before performing the actual manufacturing on the
sheet metal in order to ensure the proper functioning of the machine.

Fig. 1 Basic elements of ISF
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1.1.1 Classification of Incremental Sheet Forming

The Incremental forming processes are broadly classified into two categories:

(i) Conventional Incremental Sheet Forming (CISF):
In CISF process, generally a sheet of metal is deformed by progressive and
localized plastic deformation using a simple hemispherical/ballpoint tool, and
this path of the DT is controlled by a CNC machine. The DT moves over the
surface of the sheet and results the final shape. There is no other tool or
external pressure applied for deforming the sheets into the desired shape. The
conventional incremental forming process can be further classified as follows:

(a) Single-Point Incremental Forming (SPIF) also known as Negative
Dieless Forming:
In SPIF, only one tool moves over the surface of the sheet as shown in
Fig. 2.

(b) Two-Point Incremental Forming (TPIF) or Positive Dieless Forming:
In TPIF, two tools, one called DT and another one supporting tool, move
over the surface of the sheet as shown in Fig. 3.

(ii) Hybrid Incremental Sheet Forming (HISF):
HISF processes are the modified forms of conventional incremental forming.
In these processes, DT moves over the surface of sheet metals, while the
another side of surface of sheet metals is supported by pressurized hydraulic
fluid, partial die or full die to get the desire shape and size. Hybrid incremental
forming processes are further classified as follows:

(a) SPIF with Hydraulic Fluid also known as Single-Point Incremental
Hydro-Forming:
In this type of hybrid incremental forming process is different from
conventional SPIF process that a single tool moves over one side of the
surface of the sheet metals and other side of surface of sheet metals is
supported by the pressurized hydraulic fluid as shown in Fig. 4.

Fig. 2 Single-point
incremental forming (SPIF)
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(b) TPIF with Partial Die:
In this type of hybrid incremental forming process, a single tool moves
over one side of the surface of the sheet metals and other side of surface
of sheet metals is supported by a partial die to get the desire impression as
shown in Fig. 5.

(c) TPIF with Full Die:
In this type of hybrid incremental forming process, a single tool moves
over one side of the surface of the sheet metals and other side of surface
of sheet metals is supported by a full die to get the desire shape and size
as shown in Fig. 6.

Fig. 4 Single-point
incremental hydro-forming
(SPIHF)

Fig. 3 Two-point
incremental forming (TPIF)
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1.1.2 Advantages and Disadvantages of ISF

The advantages and disadvantages of SPIF are as follows

A. Advantages:

• Useable parts can be formed directly from CAD data with a minimum of spe-
cialized tooling. These can be either rapid prototypes or small volume produc-
tion runs.

• The process does not require either positive or negative dies; hence, it is dieless.
However, it does need a backing plate to create a clear change of angle at the
sheet surface.

• Changes in part design sizes can be easily and quickly accommodated, giving a
high degree of flexibility.

• Making metal rapid prototypes is normally difficult, but easy with this process.
• The small plastic zone and incremental nature of the process contribute to

increased formability, making it easier to deform low formability sheet.

Fig. 6 Two-point
incremental forming with full
die (TPIFFD)

Fig. 5 Two-point
incremental forming with
partial die (TPIFPD)
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• A conventional CNC milling machine or lathe can be used for this process.
• The size of the part is limited only by the size of the machine. Forces do not

increase because the contact zone and incremental step size remain small.
• The surface finish of the part can be improved.
• The operation is quiet and relatively noise free.

B. Disadvantages:

• The major disadvantage is the forming time is much longer than competitive
processes such as deep drawing.

• As a result, the process is limited to small-size batch production.
• The forming of right angles cannot be done in one step, but requires a multi-step

process.

1.1.3 Applications of ISF

There are a number of areas, where high precision of the products is required for the
accuracy of the performance. Areas of products can manufacture by ISF are as
follows:

• Aerospace Industry: Instrument panel, body panel, passenger seat cover, etc.;
• Automobile: Door inner/outer panel, hood panel, engine cover, etc.;
• High customized products: Denture plate, ankle support, metal helmet, etc.;
• Cellular phones;
• IC lead frames;
• Electronics;
• Health care;
• Miniature fasteners;
• Hard disk drives;
• Products of national security and defense;
• Automobiles; and
• Sensors.

1.1.4 Basic Terminology in Incremental Sheet Forming

The typical terminology in ISF can be understood from the terminologies used in
the incremental sheet hydro-forming (ISHF) as shown in Fig. 7, with notations
below:
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ti ¼ Initial sheet thickness:

tf ¼ Final sheet thickness:

Dz ¼ Incremental step� down size:

u ¼ Draw angle or forming angle:

The incremental step-down size (step size, Δz) affects the machine time and the
surface quality. Feed rate is the speed the forming tool moves around the mill bed.
The angle between the un-deformed sheet metal and the deformed sheet metal is
defined as forming angle (φ) as shown in Fig. 7. The forming angle can be used as a
measure of material formability. The maximum angle (φmax) is the greatest angle
formed in a shape without any failures. The forming angle is set within CAD
software (Ham and Jeswiet 2007).

1.2 Literature Review

Single-point incremental forming (SPIF) is a sheet metal forming process that
allows manufacturing components without development of complex tools in
comparison with stamping process (Thibaud et al. 2012). ISF process depends
strongly on the forming tool path which influences greatly the part geometry and
sheet thickness distribution (Azaouzi and Lebaal 2012).

There are several issues that need separate discussion as peoples around the
world are trying to optimize the ISF process the governing process parameters. The
concerned issues (formability, surface quality, geometric accuracy, forming forces,
etc.) are discussed briefly.

Fig. 7 Basic terminology in deformed part in ISHF
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Kim and Park (2002) identified that the deformation pattern in ISF is very similar
to spinning process and the sheet metals deform by shear-dominant deformation
like shear spinning. They also found that the formability is improved when a ball
tool of a particular size is used with a small feed rate and a little friction. The
formability differs according to the direction of the tool movement because of the
plane anisotropy (Kim and Park 2002). Several investigations have been done with
emphasis on assessing and improving the formability in this forming method. Kim
and Yang proposed the double-forming technique to improve formability, assuming
that only shear deformation occurs in the material (Kim and Yang 2000). The ball
tool is more effective than the hemispherical head tool in terms of formability. Little
friction at the tool and sheet interface helps to improve the formability. Also, the
formability increases as the feed rate decreases (Kim and Park 2002).

Filice et al. proposed the two characteristics of deformation in this forming
method. One is the deformation pattern. While the tool moves straight on a hori-
zontal plane, the deformation that occurs at the starting and ending points of the
straight line is biaxial stretching. The deformation that occurs between these points
is plane-strain stretching. As the curvature of the tool movement increases, the
deformation turns more into biaxial stretching. The other characteristic is the
formability of the deformation. As shown in Fig. 8, the forming limit curve, which
depicts the formability in the major and minor strain space, is expressed as a straight
line with a negative slope. Especially, for an aluminum sheet, the formability can be
quantified as a scalar number of (εmajor + εminor). It is noted that formability is the
greatest under plane-strain stretching, during which the minor strain is zero.
Therefore, a greater deformation of a sheet metal can be achieved in the ISF (Kim
and Park 2002). The ISF is characterized by a local stretching deformation
mechanics which determines a forming limit curve quite different from the

Fig. 8 A comparative plot of
FLC in conventional forming
and incremental forming
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traditional one and such FLC has a linear shape with a negative slope in the positive
εminor side of FLD (Filice et al. 2002).

The depth and diameter have no effect the likelihood of forming a part. Also, the
material thickness, tool size, and the interaction between material thickness and tool
size have a significant effect on maximum forming angle (Ham and Jeswiet 2006).
The ball tool is more effective than the hemispherical head tool in terms of form-
ability. The little friction at tool/sheet interface helps to improve the formability.
They also found that formability increases with decreasing feed rate (Kim and Park
2002). The formability is enhanced while deforming the metal sheets in warm
conditions, and the role of tool diameter is negligible as compared to the influence
of temperature and tool depth (Ambrogio et al. 2008). The deformation mechanisms
of both SPIF and TPIF are increasing stretching and shear in the radial–axial plane
(perpendicular to the tool direction) and shear in the tool direction (Jackson and
Allwood 2009). Hussain et al. (2007) found that the formability increases as the
radius of curvature decreases. Ham and Jeswiet (2006) formalized the two designs
of experiments for the forming parameters critical in SPIF and the degree to which
they affect formability.

Ambrigio et al. investigate that in hot ISF, the quality of bottom surface is better
as compared to the one in contact with the punch. This is due both the lower
temperature reached on the bottom side that reduces oxidation phenomenon and the
absence of mechanical actions on the sheet. Anyway because of low sheet thick-
ness, the thermal gradient is very low and this reduces the difference between the
two sheet sides (Ambrogio et al. 2012).

Attananio et al. optimized of the tool path in two-point sheet incremental
forming, with a full die in a particular asymmetric sheet incremental forming
configuration. They carried out the experimental evaluation of the tool path, which
is able to reproduce an automotive component with the best dimensional accuracy,
the best surface quality, and the lowest sheet thinning (Hussain et al. 2007).

The geometries produced by ISF represent some errors along the oblique walls.
In particular, a sort of distortion is also obtained, generating a curvature on the
expected straight sides. This phenomenon is due to elastic spring back whose effect
is lower in correspondence of the edges, where the geometrical stiffness is higher
than in other areas (Cerro et al. 2006; Filice et al. 2002; Ham and Jeswiet 2007).
The results obtained in geometric accuracy measurements with the process model,
as compared to experimental results obtained by testing in the CNC machine, are
approximately same (Cerro et al. 2006). Azaouzi and Lebaal (2012) gave optimal
solution provided an improvement of about 7 % regarding the sheet thickness
distribution at the maximum forming depth.

Azauzi et al. (2012) found that the forming forces depend largely on the proper
design of the tool path. The forming force is slightly lower than the experimental
values, but results are very good (Cerro et al. 2006). Forming forces obtained by
numerical simulation show good correlation with measured values. However, it was
a slight underestimation of the axial forces during thinning. It is assumed the
influence of grain size and softening on the material behavior (Thibaud et al. 2012).
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Araghi et al. (2009) investigated that the thinning in ISF depends on the wall
angle α and is given by the sine law t1 = t0 sin (90° − α). Cerro et al. (2006)
investigated that the results obtained in thickness measurements with the process
model, in comparison with experimental results obtained by testing in the CNC
machine, are approximately same. Increasing stretching and shear perpendicular to
the tool direction account for differences between the sine law and measured wall
thickness for SPIF and TPIF (Jackson and Allwood 2009). The prediction of
thickness distribution is close to that obtained on the real part (Thibaud et al. 2012).

The literature review reveals that ISF method is well investigated, but there are
still some issues not well understood in incremental forming like strain distribution
on the sheet over the length of deformation, effect of step size, tool size, etc., in ISF.

2 Simulation of Single-Point Incremental Forming Process

In deforming sheets by incremental forming, methodology of deformation plays an
important role. The current literature survey in the area of ISF has been kept into
consideration in order to adopt a suitable forming methodology. To carry out a
dedicated simulation study of the process, a blank holding arrangement for ISF has
been prepared as shown in Fig. 9, using DEFORM 3D.

For the successful implementation of ISF, a proper forming methodology has to
be followed as shown in Fig. 10. The first step in ISF is to identify need for the
components. As soon as the need analysis is done, the geometrical dimensions of
the product to be manufactured are decided. Based on geometrical dimensions, a 3D

Fig. 9 Blank and blank holding arrangement
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CAD model of the product is developed using CAD/CAM package. Moving for-
ward with the help of CAD/CAM package, the tool path¸ suitable for movement of
the tool is generated. In the next step, the workpiece is held in the proper blank
holding, and test pieces are produced using the generated tool path. The accuracy of
test pieces is tested against the desired profile.

Fig. 10 Forming methodology of 3D components by ISF

Fig. 11 CAD model of single-point ISF machine

Incremental Sheet Forming (ISF) 39



The metals as well as alloys can be used for the implementation of ISF process.
For the current investigations, the initial blank of material brass is selected for finding
the capabilities of ISF process brass has good formability at room temperature. The
sheet having dimensions 80 mm × 80 mm × 5 mm has been used for current case
study. A CAD model of the single-point ISF can is represented in Fig. 11.

2.1 Simulation Results

Based on deforming methodology, a product as shown in Fig. 12 is produced using
simulation run under ISF process. The stresses are found to be distributed in
normal. The experimental results have also validated same. The effective stresses

Fig. 12 Defect-free product
(wall angle = 30°)

Fig. 13 Variation of effective
strain with time
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Fig. 14 Force prediction in
X-direction

Fig. 15 Force prediction in
Y-direction

Fig. 16 Force prediction in
Z-direction
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are found increase as the DT path going to finish, i.e., the stresses increase with
respect to time. This is obvious due to the strain hardening. Figure 13 shows the
evolution of effective strain during the process, which is increasing with time.

The forming forces in X- and Y-direction are repetitive in nature. The forces in
X- and Y-directions were also increased gradually. As the tool moves in Z-direc-
tion, the deforming force in Z-direction is found increasing. The force predicted in
X-, Y-, and Z-directions are represented in Figs. 14, 15, and 16, respectively.

3 Development of Single-Point Incremental Forming
Machine

The major elements of ISF are identified as follows: (i) a sheet metal blank, (ii) a
blank holder, (iii) a single-point forming tool or DT, and (iv) CNC machine. The
path of the DT is responsible for the shape, size and accuracy of the final product.
Thus, the quality of the product depends on the proper tool path planning. The
development of different parts of ISF machine has been discussed as below:

3.1 Sheet Metal Blank

The ISF machine is basically used for deforming product from metal sheets. The
current research is mainly focused on the development of ISF process for light
alloy. The material for metal sheets can be aluminum alloys, brass, titanium alloys,
etc. For testing the machine developed at IIT (BHU), a brass sheet of blank size
100 mm × 100 mm × 0.5 mm has been used for current experimental study.

The shape, size, and accuracy of the finished product are compared with the
simulation model. The shape and size of the processed model as compared to the
simulation model has been found approximately same.

3.2 Blank Holder or Blank Holding Arrangement

Blank holder is the second most important element of the ISF machine. The proper
blank holding arrangement is necessary for properly holding the blank sheet.
A CAD model of the blank holding arrangement as shown in Fig. 11 is developed
for simulation study. Also based on the simulation study, a modified blank holding
arrangement and a single-point incremental forming machine have been developed
as shown in Figs. 17 and 18. The metals as well as alloys can be deformed easily by
ISF process. For the current investigations, the initial blank of material brass is
selected for finding the capabilities of ISF process because brass is having good
formability at room temperature.
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3.3 Single-Point Forming Tool or Deforming Tool

The single-point forming tool also known as DTis another major element or most
important element of the ISF machine. The DT may be spherical or elliptical or
conical in shape. For the current research, a conical tool, having hemispherical
shape at tip, has been used as shown in Fig. 17.

3.4 CNC Machine

The CNC machine is needed in order to control the tool path. A GALIL-make
motion card having capability of controlling 8 independent axes has been used.
A 3-axis in-house CNC machine has been developed for controlling the tool path.
The completed experimental setup of single-point incremental forming machine has
been represented in Fig. 18.

1. Tool

2. Blank
3. Screw
4. Holding Plate

5. Back Plate
6. Solid Rod

7. Base Plate

Fig. 17 Blank and blank
holding arrangement

Fig. 18 Single-point
incremental forming machine

Incremental Sheet Forming (ISF) 43



4 Experimental Results

In order to investigate the strain distribution in the deformed product, the grid
pattern was prepared on the bottom surface of sheet as shown in Fig. 20 having
resolution of 1 mm. The metal sheet was divided into the 5 portions. Each portion is
having 5 grids, i.e., 5 mm in length. The cone having top circle radius R = 20 mm
and bottom circle radius = 5 mm has been successfully produced by ISF (Fig. 19).

For the analysis of strain distribution in the sheet deformed by ISF process, the
following 5 regions were identified on the deformed sheet:

Region A: Starting from center point (Point 1) of bottom circle next 5 grids (Point 2)
were identified as the region A.

Region B: Starting from Point 2 of next 5 grids, i.e., up to Point 3 were identified as
the region B.

Region C: Starting from Point 3 of next 5 grids, i.e., up to Point 4 were identified as
the region C.

Region D: Starting from Point 4 of next 5 grids, i.e., up to Point 5 were identified as
the region D.

Fig. 19 Defect-free product
(brass)

Fig. 20 Grid pattern on the
bottom surface
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Region E: The portion beyond Point 5 was identified as the region E.

The strain was found to be distributed normally as shown in Fig. 21.
Based on the simulation study, the experiments were carried out to get the

defect-free products as shown in Fig. 22.

5 Conclusions

The ISF process is a flexible forming process, and it can be easily used for
producing 3D complex shapes. The process can be used for larger forming angles
with proper forming methodology. The laboratory setup of single-point ISF
machine has been developed using motion card to control the 3 servo motors giving

Fig. 21 Strain distribution

Fig. 22 Product formed by dieless forming machine (top row all aluminum and bottom row from
left to right 1st brass, 2nd and 3rd aluminum, and 4th titanium)
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capability of individual 3-axis controlling. The defect-free products of brass,
aluminum, and titanium have been produced using the ISF. The strain distribution
over the length of deformation has been computed, and it has been found to be
distributed over the length of the deformation.

Acknowledgments The authors acknowledge the help in running the simulation at IIT Kanpur.
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Effect of Yield Strength, Pre-strain,
and Curvature on Stiffness and Static
Dent Resistance of Formed Panel

G. Manikandan, Rahul K. Verma, Marcel Lansbergen, Abhishek Raj
and Deepak Deshpande

Abstract Increased importance on weight reduction is driving automotive indus-
tries to reduce thickness of the steel panels without compromising the vehicle safety
and performance. High strength steels are looked at as a candidate for automotive
applications. To overcome the limitation of less formability in high strength steel,
steel makers introduced the bake hardening steel (BH) grades. This study compares
the formability of extra deep draw (EDD) steel grades which are mainly used for
body panels with that of bake hardening steel. The influence of material yield
strength, pre-strain (εo), and curvature (R) of product on static dent resistance (SDR)
and its stiffness is studied experimentally. It was found that higher yield strength
provides higher dent resistance, whereas high panel thickness and smaller curvature
resulted in higher stiffness. Higher dent resistance observed in bake-hardened steel
is due to the increase in strength by bake hardening process. The use of bake-
hardened steel in automotive applications represents a good opportunity for weight
reduction, increased stiffness, and dent resistance. The experimental result was used
to validate the SDR regression formulae developed by Tata Steel and then same
formulae used to predict and compare the dent resistance value of back hardening
and high strength interstitial free steel (HIF) grades.
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1 Introduction

The practice of using thin sheets and new steel grades in the automotive industries
is increasing in the last few years in order to improve safety and fuel efficiency. In
the present competitive market, cost reduction with superior performance is the
main objective in engineering design. Lightening the structures without decreasing
its performances such as stiffness, noise vibration harshness (NVH), durability, and
dent resistance is done by incorporation of high strength steels in design, if
affordable (Cole and Sherman 1995).

In last few decades, steel makers continuously introduced new grades with high
strength and good formability to meet the target of stiff and light automotive body.
The poor formability of high strength steels is a major concern while considering its
candidature for automotive panels (Hayashi and Nakagawa 1994). Material for
outer body panels such as fenders, doors, hood, and deck lid requires good form-
ability to make the design attractive. As the above components are external parts,
chances of getting dented from stone impact and careless opening of an adjacently
parked vehicle door is high. Hence, they require high static dent resistance (SDR)
property, which in turn demands high strength. SDR is a measure of resistance to
permanent deformation caused by static forces.

The bake hardening steel (BH) provides a good formability before stamping and
enhanced its strength after baking. Hence, BH steel is widely used in vehicles, thus
leading to a reduction in vehicle weight and improved safety (Alihosseini and
Dehghani 2012). Bake hardening steels derive their increase in strength from a
strain aging process that takes place on paint baking at 180 °C.

Previous studies regarding the dent resistance and stiffness of automotive panels
reported some contradictory results. Dicello and George (1974) came to the con-
clusion that the lower stiffness of the panel, the better the dent resistance. Yutori
et al. (1980) found that the higher the stiffness is, the higher the dent resistance.

This study focuses on the formability, SDR, and stiffness property of the Bake
hardening steel and understanding the relation between them. The influence of
material yield strength, pre-strain, and the effect of varying product curvature on the
stiffness and static dent behavior offormed panels is also discussed in detail. SDR tests
were conducted for three different pre-strain levels (1, 2, and 4 %) and two different
curvatures (2000 and 4000 mm) and the results are discussed. Effect of change in
mechanical properties due to bake hardening processwas also experimentally studied.

2 Experimental Work

2.1 Mechanical Properties Characterization

Tensile tests were carried out using specimens machined as per ASTM standard
specification. Three specimens were tested along three different directions with
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respect to the rolling direction, with the tensile axis being parallel, diagonal, and
transverse. The mechanical properties of the material are given in Table 1.

2.2 Forming Limit Diagram

Press forming is one of the most important processes used in automotive compa-
nies. To design a robust press forming process, it is important to have the form-
ability data such as forming limit diagram (FLD) and tensile data along different
directions. Moreover, most auto companies require such data during die design, so
that they can use the data in finite element simulations.

The limit or failure strains in sheet-metal forming is represented best by a
forming limit curve (FLC) which indicates the onset of localized necking over all
possible combinations of strain in the plane of the sheet. To evaluate the strain
ratios at necking, rectangular strips of different widths are stretched over a rigid
hemispherical punch with the ends of the strip being held down by blank holder.

Test was conducted as per the International standard ISO 12004-2: Determina-
tion of forming limit curves in the laboratory (ISO 12004-2 2008). For evaluating
the FLD experimentally, hemispherical punch with a diameter of 101.6 mm was
used. The speed of the punch was 1.0 mm/s. Forming limit diagram was generated
for high strength IF and bake hardening grade.

2.3 Static Dent Resistance Test

Dent resistance and stiffness are important property requirements for the vehicle
body panel and hence these requirements need to be considered in designing or
material selection stage itself. Before choosing a particular grade knowledge on its
dent resistance is necessary. Despite these needs, the test methods for determining
panel stiffness and dent resistance are not standardized. Automotive industries are
using indigenous testing methodology (Hodgins 2001). Whichever system is used,
the principle of force application and measuring the plastic deformation remains the
same. Force and displacement measurements are generally incorporated into a data
acquisition system. SDR test setup is shown in Fig. 1 and experimental procedures
used in this study are applicable to Tata Steel.

Table 1 Mechanical properties

Grade T (mm) YS (MPa) UTS (MPa) EL (50 mm G.L.) n UEL (%) R-bar

HIF 0.70 175 362 40 0.24 25 1.75

BH180 0.70 200 342 38 0.22 22 1.64

BH220 0.70 217 372 36.3 0.209 22.2 1.67

YS yield strength, T thickness, UTS tensile strength, n strain hardening exponent, UEL uniform
elongation, R-bar plastic strain ratio, and G.L gauge length
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The test product was representative of automotive exterior parts and the product
geometry should preferably be pressed on stamps with a specified bottom radius.
The thickness after forming the product was measured by ultrasonic thickness
measurement technique.

The center of the product is loaded using a steel sphere to a predetermined force
at a speed of 10 mm/min and then relieved with the same velocity. After a waiting
time, height difference between the unloaded and loaded products is measured by
means of three vertical displacement sensors. This process is repeated until a
permanent deformation of 0.2 mm is obtained. Maximum dent power of the first
load cycle is 10 N. Increase of indentation force per cycle was 10 N as shown in
Fig. 2. Static dent resistance is calculated at the position where the indentation
depth is 0.1 mm. The pre-strain levels were 1, 2, and 4 %, and curvatures were 2000
and 4000 mm. For each test, three samples were chosen to check repeatability.

Steel sphere

(Ø 127mm)

Steel Panel

Fig. 1 Static dent resistance test setup

Fig. 2 Load versus number
of cycle
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In this study, the static dent resistance of BH220 has been determined. Before
the initiation of test, the material was stored in freezer to prevent the occurrence of
aging process. Then, all the specimens have undergone a bake hardening treatment
at 180 °C for 20 min before the SDR was determined.

Tensile samples (30 × 230 mm) were cut from the center of the product, which is
parallel to the direction of rolling direction for determining the mechanical prop-
erties. During the test, the dent-shaped indentation is situated in the middle of the
pull strip.

2.4 Panel Stiffness

The panel stiffness is defined as the resistance of a panel to elastic deformation. This
is the ratio of the exerted force and deflection (i.e., initial slope of the force-deflection
curve). Figure 3 is a typical stiffness plot showing three stiffness regions in a curved
panel and the point at which the oil-canning response occurs (Thomas 2001).

3 Results and Discussion

3.1 Formability of BH Steel

Figure 4 shows the formability diagram of different high strength automotive steel
grades. It can be seen that the FLC of BH steel is very close to that of high strength
interstitial free steel (HIF). Formability of BH 180 is found to be a little more than
BH 220 due to the fact that higher strength in BH220 reduces its formability.

Increasing displacement

In
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ng
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ad

1

2

3

Oil canning (soft)

Fig. 3 A typical auto body
panel stiffness plot
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3.2 Effect of Pre-strain and Curvature on Dent Resistance

Figure 5 shows the force required to produce a permanent deformation of 0.1 mm
on product with various pre-strains and curvatures. It can be observed that an
increase in pre-strain level and curvature of the product increases the dent resistance
level of the formed component. For a pre-strain level of 2 % when the product
curvature is increased from 2000 to 4000 mm, the force required to make perma-
nent deformation of 0.1 mm increased by 10 %. Similarly for a product curvature of
2000 mm, an increase in pre-strain level from 2 to 4 % resulted in an increase in
dent resistance by 22 %. From this, it can be concluded that the effect of pre-strain
on dent resistance is more than the product curvature. Plastic deformation during
the forming process results in work hardening of the material. This work hardening

Fig. 4 Forming limit diagram

Fig. 5 The dent resistance
force as a function of the
panel yield strength
multiplied by the panel
thickness
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means that the yield stress is increased for subsequent loading. The increase in yield
stress is beneficial to the dent resistance. This is supported by the study of
Holmberg and Thilderkvist (2002).

3.3 Effect of Pre-strain on Increase in Yield Strength

Figure 6 shows a comparison of the yield strength of the pressed component with
the initial strength level in the virgin material at corresponding strain levels. Initial
yield strength of BH grade was 240 MPa. The bake hardening process increased the
strength of the components by 54 %. Increase in strength also depends on the
amount of pre-strain. The yield strengths observed for 1, 2, and 4 % pre-strains
were 285, 310, and 370 MPa, respectively. The fact that strength increases due to
strain hardening during stamping and bake hardening processes is reinforced.

Strength increment after baking process is attributed to diffusion of carbon atoms
to the core of the dislocations formed during cold deformation that will result in
pinning of dislocations, thereby preventing their movement. The effect of curvature
on improvement of yield strength is much less pronounced, that for a given pre-
strain even an increase of 2000 mm in curvature resulted in no significant
improvement in yield strength. The effect of pre-stain and curvature on yield
strength is shown in Table 2.

3.4 Effect of Pre-strain and Curvature on Panel Stiffness

Figure 7 shows the load and displacement cycle during the entire test for different
levels of pre-strain and product curvature including the elastic displacement and oil-

Fig. 6 Effect of pre-strain on
yield strength after bake
hardening
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canning effect. Results show that panel stiffness is mainly dependent on product
curvature and thickness. Panel stiffness increases with reduction of curvature from
4000 to 2000 mm. Over all, the panel stiffness increases with decrease in pre-strain
from 4 to 1 %, the reason being variation in thickness according to pre-strain. Same
phenomenon was observed in the study of Ekstranda and Asnafib (1998). But static
dent energy absorption is good for 4 % pre-strained component owing to higher
strength due to work hardening.

Table 2 Static dent resistance test results

Specimen no. Pre-strain (ε0) (%) Curvature (R) (mm) Yield strength (MPa) F0.1 (N)

1 1 2000 282 194

2 1 2000 284 192

3 1 2000 284 190

4 2 2000 304 212

5 2 2000 307 213

6 2 2000 310 220

7 4 2000 369 261

8 4 2000 369 264

9 4 2000 365 264

10 1 4000 282 217

11 1 4000 286 218

12 2 4000 297 232

13 2 4000 305 234

14 2 4000 314 242

15 4 4000 378 289

16 4 4000 358 283

27 4 4000 370 282

F0.1 Force required to make permanent deformation depth of 0.1 mm

Fig. 7 Panel stiffness
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From this study, it is understandable that by changing the product curvature and
pre-strain level, one can improve either panel dent resistance or stiffness, sacrificing
the other in that process. This is supported by the study of Dicello and George
(1974). A possible way of improving dent resistance without affecting stiffness is
switching over to higher strength material. On the other hand, stiffness is not
strength dependent and hence improving this is possible only by increasing the
initial thickness which subsequently increases the final thickness of the panel.

3.5 Effect of Bake Hardening on Material Property

Bake hardening process increases the yield strength of the as received steel.
Figure 8 shows the plot between true-stress and true-strain for as received and
pre-strained, bake-hardened steel. While forming, some ductility of the material is
utilized and subsequently strength is also improved to certain level by bake hard-
ening treatment. Stretcher strain is observed in bake-hardened steel in the load–
displacement curve.

From the previous section, we could understand that curvature does not play a
major role on strength. A same phenomenon is observed in this study as well.
Irrespective of the product curvature, subsequent yielding of all the products follows
similar work hardening behavior for a given pre-strain and bake hardening process.

3.6 Effect of Pre-strain and Curvature on Each
Loading Cycle

Load required to make permanent deformation on the product for every loading
cycle is shown in Fig. 9. It shows that load required for the pre-strain level of 4 % is

Fig. 8 Effect of back
hardening on mechanical
properties
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higher than the 1 and 2 % due to the higher amount of work hardening in case of
4 % pre-strain. Similarly, the load required for curvature of 4000 mm is higher than
for 2000 mm, same trend has been observed in the SDR test results as well.

3.7 Validation of SDR Regression Formulae
with Experimental Results

These test results validate the empirical model developed by TATA Steel for
predicting the force required to initiate a dent (Tata Steel Internal report).

F0:1mm ¼ bgrade YSp0:2 � t
� �a

Rb ð1Þ

where
F0.1mm local static dent resistance (N);
YSp0.2 actual yield point;
YSp0.2 after forming and baking (MPa);
t actual thickness from tensile test (mm);
R actual product curvature (mm);
bgrade grade depending factor;
HIF Grades: bIF-HS 0.158;
BH Grades: bBH 0.182;
α 1.18;
β 0.102.

It can be observed from Fig. 10 that both the results coincide very well.
Experimentally finding static dent resistance force is time consuming and a costly

Fig. 9 Static load on each
cycle
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process. It has been proven that empirical SDR regression model could predict the
dent resistance as well as experiments. So, for a comparison of two different grades,
this theoretical method can be applied to save time and cost.

3.8 Comparison of Dent Resistance Between BH 220
and HIF350

Figure 11 shows the dent resistance force for both BH (0.7 mm) and HIF (0.7 mm)
steel calculated by SDR regression formula. It is clear that the BH steel provides
better dent resistance than the high strength IF steel, similar to experimental

Fig. 10 Validation with SDR
regression formulae

Fig. 11 Calculated dent
resistance force with SDR
regression formulae
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findings. This model also shows that dent resistance of the component is directly
proportional to the pre-strain and product curvature.

4 Conclusions

The experimental FLC was plotted for BH180/220 (0.7 mm) grades and compared
with that for HIF. SDR test was conducted after baking at 180 °C for about 20 min
in various pre-strain conditions and curvatures. From the experimental test results,
following conclusions could be arrived at.

• Formability of BH steel grade is close to that of HIF.
• Dent resistance is directly related to yield strength. Yield strength of the product

increases with pre-strain level. Stiffness on the other hand is directly propor-
tional to final product thickness and inversely proportional to product curvature
but independent of the strength of the component. High stiffness does not
always entail high dent resistance. In short, dent resistance is mostly material
strength dependent and stiffness is component design (curvature and final
thickness) dependent.

• If a component requires both high dent resistance and high stiffness with
reduced panel weight for automotive, an elegant solution is to select a bake
hardening steel grade.

• Significant increase in strength level of the component was observed after bake
hardening of BH220. When compared to HIF 350 steel, it was found that BH
steel is a better option for the component that requires high dent resistance.

From this study, it is evident that weight saving and better dent resistance can be
achieved by choosing Bake hardening(BH) steel grade, which will enable us to save
energy and enhance safety with greater dent resistance of vehicle panels.
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Formability Prediction and Springback
Evaluation of Adhesive-Bonded Steel
Sheets

V. Satheeshkumar, Avinash Kumar Yadav and R. Ganesh Narayanan

Abstract The mechanical properties of adhesive were evaluated by two different
approaches to predict the formability of adhesive-bonded steel sheets by finite
element (FE) simulations. The epoxy adhesive properties were varied by changing
the hardener/resin (H/R) ratios. The true stress–strain behaviour of adhesive was
evaluated from (i) direct tensile testing of adhesive samples (Approach-1) and
(ii) rule of mixtures’ concept applicable to adhesive-bonded sheets (Approach-2).
The evaluated mechanical properties of adhesive through both the approaches were
incorporated during simulation of tensile test and in-plane plane-strain formability
test. The forming limit strains of adhesive-bonded sheets were evaluated during
predictions by necking criteria, namely thickness gradient necking criterion
(TGNC) and effective strain rate ratio based criterion (ESRC), and validated with
the experimental limit strains. It is found that the limit strains predicted by both the
approaches are moderately accurate with respect to experimental data. There is not
much difference in limit strains of adhesive-bonded sheets obtained from Approach-
1 and Approach-2. The TGNC shows better prediction as compared to ESRC.
Further, the present study investigates the springback of adhesive-bonded sheets
during V-bending with the influence of H/R ratio of adhesive, shims, and wire
reinforcement. The results show that there is a considerable influence of H/R ratio
on springback and about 8–20° reduction depending on the presence or absence of
shim. But the wire reinforcement shows insignificant effect on V-bending of
adhesive-bonded sheets.
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Limit strain � Springback � V-bending � Formability

V. Satheeshkumar � A.K. Yadav � R.G. Narayanan (&)
Department of Mechanical Engineering, IIT Guwahati, Guwahati 781039, India
e-mail: ganu@iitg.ernet.in

© Springer India 2015
R.G. Narayanan and U.S. Dixit (eds.), Advances in Material Forming and Joining,
Topics in Mining, Metallurgy and Materials Engineering,
DOI 10.1007/978-81-322-2355-9_4

61



1 Introduction

Among different joining technologies available, the adhesive bonding technology,
which is categorized under tailor-made concept, helps to accomplish uniform stress
transfer, increased fatigue life, joining of dissimilar materials, and a reduction in
structural weight that are required in aircraft and automotive sectors. The adhesives
show their unique suitability for solving numerous joining problems that are
commonly encountered in welding, riveting, and the use of other mechanical fas-
teners. In the modelling of adhesive-bonded blanks, Czamocki and Piekarski (1986)
predicted the joint strength of adhesive-bonded joint by finite element (FE) method.
Four different criteria including maximum normal stress criterion, modified dis-
tortion energy criterion and two criteria for polymers in biaxial state of stress were
used in the prediction. The results showed that there is about 10 % difference in
joint strength between experiment and predictions. Kim et al. (2011) introduced the
superimposed FE method for adhesive-bonded joints. A cohesive zone model was
used to model the interface between substrates and adhesive layer. The complicated
behaviour of the interface was characterized into one cohesive layer. It was found
that the simulation of adhesive joints with the superimposed FE method is efficient
in view of the FE discretization and shows accurate results. May et al. (2014)
introduced a rate-dependent constitutive law for cohesive interface elements for the
adhesive considering both the rate dependency of the initiation stress and the rate
dependency of the fracture toughness. The material model was validated by com-
paring FE predictions showing good agreement to the experimental data. It was
demonstrated that the use of developed rate-dependent cohesive zone models is
suitable for modelling the response of adhesively bonded metallic structures sub-
jected to crash loading. Most of the studies on adhesive-bonded blanks are mainly
aimed on predicting the joint strength and fracture mechanisms.

Aghchai et al. (2008) carried out a formability study on a two-layered metallic
sheet (Al1100/St12) bonded by polyurethane adhesive. The two-layer sheet was
assumed as an equivalent to a one-layer sheet by deriving equivalent mechanical
parameters. In the other method, the mechanical properties of each layer were
separately utilized. It was observed that the FLD of the two-layer sheet is better than
the lower formable material. The two-layer sheet improves the formability of a sheet
which has low formability. In this context, Satheeshkumar and Ganesh Narayanan
(2014, 2015) investigated the influence of adhesive properties by varying hardener/
resin ratio on the formability of adhesive-bonded steel sheets made of dissimilar steel
sheets. The results showed that the elongation of adhesive-bonded sheets increases
with increase in hardener/resin ratio. This is because of changeover of resin-rich
formulation to hardener-rich formulation of adhesive systems, making the adhesive
more ductile. It was also observed that the limit strains of sheets constituting
adhesive-bonded blanks improve with increase in hardener/resin ratio of adhesive.
Further, the forming behaviour of adhesive-bonded sheets was predicted with the
effect of different hardener/resin ratios through FE method. There was a good
agreement in the stress–strain behaviour of adhesive-bonded blanks between
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experiments and predictions. It was stated that the discrepancies in the limit strains of
base materials constituting adhesive-bonded blanks between experiment and pre-
diction are due to the absence of interfacial bonding between the adhesive layer and
base materials (Satheeshkumar and Ganesh Narayanan 2014, 2015).

Abdullah et al. (2001) used the rule of mixtures’ method to determine the weld
metal properties from the tensile specimens in which the weld lies parallel to the
axis of tension. It was found that the rule of mixtures is a useful method of weld
metal property determination. Though the work of Abdullah et al. is not exactly
relevant to the present work, the concept of rule of mixtures used for welded sheets
has been applied for adhesive-bonded sheets in the present work. The work done by
Perton et al. (2011) describes a new method involving the propagation of high-
amplitude ultrasonic waves to evaluate the adhesive bond strength at high strain
rate. The resulting tensile forces normal to the interface were used to estimate the
delamination inside the laminates. The same was used to evaluate the bond strength.
The effect of surface roughness on the bonding strength of adhesives such as epoxy
and cyanoacrylate was studied by Uehara and Sakurai (2002). It was found that the
optimum value of roughness is in the range of 3–6 μm with respect to tensile
strength of the adhesion. There is no clear relationship observed between the peel
strength and the surface roughness for different types of adhesives. Pereira et al.
(2010) investigated the effect of surface treatment and adhesive thickness on the
shear strength behaviour of aluminium alloy adhesive lap joints. The lap joints were
fabricated by using a high-strength epoxy adhesive. The surface treatments using
sodium dichromate–sulphuric acid etch and abrasive polishing showed improved
joint shear strength as compared to caustic etch and Tucker’s reagent etch. The
shear strength of single-lap joints was found to be increased with decrease in
surface roughness, increase in base sheets thickness and overlap length. Ravi and
Ganesh Narayanan (2012) carried out a study on the influence of bonding width,
adhesive thickness, and blank surface roughness on the tensile behaviour of
adhesive-bonded sheets. It was found that the engineering stress increases with
increase in surface roughness at same amount of strain during forming of bonded
blanks. The extension of the bonded blank at the failure is less for higher surface
roughness base materials. There is no considerable effect due to adhesive thickness
on the elongation at failure. Takiguchi and Yoshida (2001) analysed the plastic
bending of adhesive-bonded sheet metals through V-bending experiments. The
specific increase of shear strain, as well as of the punch load which related directly
to the change of the die–sheet contact boundary conditions, was analysed. The
condition of deforming sheet at the initial stage supported by two edges of die was
so-called air-bending condition. It was recommended to use air-bending operation
for adhesive-bonded sheet metals for suppressing the shear deformation of the
adhesive layer to within an acceptable limit. Further, the same authors proposed a
new technique of plastic bending of adhesive-bonded sheet metals. The effect of
forming speed on the deformation characteristics of adhesively bonded aluminium
sheets was analysed through V-bending experiments and numerical simulations
using a rate-dependent constitutive model of plasticity for the adhesive. It was
found that the large shear deformation and the geometrical imperfection caused by
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large transverse shear deformation occurring in the adhesive layer are suppressed by
high-speed forming since the deformation resistance becomes higher at high strain
rate (Takiguchi and Yoshida 2003).

From the above literature study, it is highlighted that the bonded blanks are
influenced significantly by the adhesive properties, bond strength, and surface
treatment of base materials constituting bonded blanks during forming process. In
the demonstration of FLD of the two-layer sheet which is better than the lower
formable material by Aghchai et al. (2008), the influence of adhesive layer was not
addressed. In their study, the FLD of two-layer sheet lies in between the FLD of
monolayer higher formable sheet and lower formable sheet during biaxial stretching
test. In the investigation carried out by Satheeshkumar and Ganesh Narayanan
(2014, 2015), there is a significant improvement in the limit strains of the lower
formable material (DDQ steel sheet) and also a moderate improvement in the limit
strains of higher formable material (SS 316L sheet) due to the improved plasticity
of adhesive by hardener-rich formulation. It is understood that there is no necessary
condition of the final forming limit strain of the base materials constituting adhe-
sive-bonded sheets to be lain between those of the lower formable material and the
higher formable material. It was also emphasized that the discrepancies between
experimental and predicted limit strains of base materials constituting adhesive-
bonded blanks are due to the absence of interface bonding between adhesive and
base materials (Satheeshkumar and Ganesh Narayanan 2014, 2015). Still appro-
priate modelling of adhesives with their adhesion virtues is a challengeable task.

In the present study, firstly, two different approaches are followed to evaluate the
adhesive mechanical properties in the adhesive-bonded blanks to predict their
forming behaviour. In the first method of evaluation (Approach-1), the mechanical
properties of adhesive with different hardener/resin ratios are evaluated from simple
tensile test and incorporated during the modelling of adhesive-bonded blanks to
predict their formability. The interfacial bonding between adhesive and base
materials is not taken into account in this approach. In this case, the adhesive-
bonded blanks cannot be termed simply to the extreme as parallel strips during
tensile testing, but the adhesive-bonded blanks with the defect in the adhesion
properties. In the second method of evaluation (Approach-2), the tensile properties
of adhesive is evaluated using rule of mixtures’ method from the global tensile
behaviour of adhesive-bonded blanks through experimentation. It is believed that
the tensile (σ − ε) behaviour of adhesive derived from the tensile behaviour of
adhesive-bonded blanks using Approach-2 is the constitutive tensile behaviour of
adhesive and its interfacial bond strength between base materials, which may
improve the accuracy of formability of adhesive-bonded blanks during prediction.
In the predictions, the limit strains in adhesive-bonded blanks are evaluated by
using thickness gradient based necking criterion (TGNC) and effective strain-rate
based necking criterion (ESRC). These two necking criteria are used to check the
applicability of predicting the limit strains in adhesive-bonded blanks, which are
being used generally for predicting limit strains of un-bonded sheet metals. Finally,
the predicted limit strains by TGNC and ESRC through Approach-1 and Approach-
2 are validated with the experimental results.
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Secondly, an important issue called ‘Springback’ during sheet-forming pro-
cesses is considered in the present study, and an attempt has been made to minimize
the springback of adhesive-bonded sheets by changing the adhesive properties.
The adhesive property is varied by changing the hardener/resin ratio of adhesive
with different levels and of the effect is investigated on the springback during
V-bending of adhesive-bonded sheets made of same base material (DDQ steel). In
addition, the effect of wire reinforcement and presence of shims between base
materials are also presented. The springback angle and the failure pattern are
monitored and analysed.

2 Methodology

2.1 Base Materials and Adhesive

Two dissimilar materials, namely deep drawing quality (DDQ) cold rolled steel and
stainless steel (SS 316L) sheets, were used as base materials in the fabrication of
adhesive-bonded blanks. The thickness of base materials is 0.6 mm each. Table 1
shows the nominal chemical composition of two base materials as obtained from
the suppliers. The base materials were bonded by using commercially available
Bisphenol-A-Epicholorhydrin-type epoxy resin (Araldite-AW106 → Part A) and
Polyamidoamine-type hardener (Araldite-HV953IN → Part B). The stoichiometric
ratio of hardener/resin ratio of epoxy adhesive system is 0.8:1. All the tensile tests
of base materials were carried out as per ASTM E646-98 standard. The mechanical
properties of DDQ steel and SS 316L sheet materials are listed in Table 2 along the
zero degree rolling direction of the sheets. The plastic strain ratio of base materials
as per ASTM E517 standard in different rolling directions is also tabulated.

2.2 Approach-1: Experimental Evaluation of Adhesive
Mechanical Properties

The epoxy adhesive samples with different hardener/resin ratios (by weight) such as
0.6:1, 0.7:1, 0.8:1, 0.9:1, and 1:1 were prepared by using appropriate moulds and
tested as per ASTM D 638-I standard. The adhesive specimens were allowed to
cure for more than 24 h at room temperature before testing. The average thickness
of adhesive layers was found to be 6 ± 0.5 mm. The tensile test of adhesive samples
was carried out at a nominal cross-head speed of 1 mm/min, at room temperature of
25 °C in an INSTRON machine. The load–extension behaviour was recorded for all
adhesive specimens with different hardener/resin ratios and converted into true
stress–strain behaviour by standard procedure.
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2.3 Approach-2: Rule of Mixtures for Evaluating Adhesive
Mechanical Properties

The adhesive-bonded sheets were fabricated as per ASTM E646-07e1 standard. The
base materials DDQ steel and SS 316L were bonded by epoxy adhesive with
different hardener/resin ratios using appropriate moulds to maintain uniform
thickness. The specimens were allowed to cure for more than 24 h. The average
thickness of adhesive layers in the adhesive-bonded sheets was found to be
1 ± 0.015 mm. The tensile test was carried out at a nominal cross-head speed of
1 mm/min, at room temperature of 25 °C. The load–extension behaviour was
recorded for all adhesive-bonded specimens and converted into true-strain behav-
iour. The σ − ε data of adhesive-bonded sheets till adhesive failure were taken into
account to evaluate the σ − ε behaviour of adhesive layer by applying the rule of
mixtures’ concept (Fig. 1).

Let; total load; PT ¼ Pd þ Pa þ Ps ð1Þ

where
PT total load during tensile test of adhesive-bonded blank from experiment,
Pd load on DDQ steel sheet in adhesive-bonded blanks,

Table 2 Mechanical properties of DDQ steel and SS 316L sheets (0.6 mm thickness)

Materials Yield
strength
MPa

Ultimate
tensile
strength
MPa

Total
elongation
% in 50 mm
gauge length

Strain
hardening
coefficient (n)

Strength
coefficient
K MPa

Plastic strain ratio

R0 R45 R90

DDQ
steel

189 ± 5 352 ± 5 39 ± 2 0.251 ± 0.005 557 ± 25 1.32 1.13 1.58

SS 316L 250 ± 5 610 ± 15 59 ± 2 0.466 ± 0.013 1352 ± 25 1.37 1.54 1.66

Fig. 1 Schematic of load sharing by adhesive-bonded sheets during tensile test
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Pa load on adhesive layer in adhesive-bonded blanks, and
Ps load on SS 316L sheet in adhesive-bonded blanks.

The total load is written in terms of true stress as Eq. (2)

PT ¼ raAa þ rdAd þ rsAs ð2Þ

Based on the Hollomon’s strain hardening law, Eq. (2) is modified as,

ra ¼ PT � ðKde
nd
d ÞAd � ðKsenss ÞAs

Aa
ð3Þ

Since adhesive and base materials are bonded along the longitudinal direction
and assuming iso-strain condition (εa = εd = εs) till failure of adhesive, the true
stress–strain relation of adhesive layer is given by Eq. (4)

ra ¼ PT � ðKdenda ÞAd � ðKsensa ÞAs

Aa
ð4Þ

where
Kd and Ks strength coefficients of DDQ steel and SS 316L, respectively.
nd and ns strain hardening exponent of DDQ steel and SS 316L, respectively.
σa, σd, and σs true stress of adhesive layer, DDQ steel and SS 316L sheets,

respectively.
Aa, Ad and As instantaneous cross-sectional area of adhesive layer, DDQ steel and

SS 316L, respectively (Here Aa = AT − Ad − As).
AT total instantaneous cross-sectional area of adhesive-bonded blanks.

The true stress–strain data obtained by Approach-1 and Approach-2 were
incorporated during simulation of adhesive-bonded sheets to predict the forming
limit strains during tensile test and in-plane plane-strain (IPPS) formability test.

The main focus of IPPS formability test is to analyse the critical forming limit of
adhesive-bonded sheets prediction at the plane-strain condition. About 150 form-
ability tests were simulated with different dimensions and geometries, and strain
paths were predicted using a commercial available elasto-plastic, dynamic explicit
FE code. The optimized geometry of the IPPS specimen which is close to plane-
strain deformation mode is shown in Fig. 2, and the same has been used for
fabricating adhesive-bonded samples. The same geometry was used for SS 316L
sheet. The average thickness of adhesives in adhesive-bonded sheets was found to
be 1 ± 0.013 mm. The IPPS formability test was carried out at a nominal cross-head
speed of 1 mm/min in the INSTRON machine. The limit strains of adhesive-bonded
sheets from both tensile and IPPS formability tests were evaluated by measuring
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major axis and minor axis of the circular grids printed on the sheet materials before
and after deformation using digitized optical profile projector. The average initial
diameter of circular grids was measured as 2.8 ± 0.05 mm.

2.4 Prediction of Limit Strains of Adhesive-Bonded Sheets

The CAD models of the tensile specimen were generated by Pro-E® software and
imported as a surface model as per ASTM E646-07e1 into the commercially
available elasto-plastic, dynamic explicit FE code for pre-processing, solving, and
post-processing. The CAD model was meshed using the facility available in the
code. The meshing was done with quadrilateral shell elements of the Belytschko–
Tsay formulation. The average mesh size of about 2 mm was used throughout the
tensile specimen and 1 mm was used for IPPS specimen. In order to generate
adhesive-bonded blanks for FE simulations, three similar specimens were generated
on the same plane and positioned one above other as shown in Fig. 3a, b. The top
and bottom layers are base materials (DDQ steel and SS 316L), and the centre layer
is adhesive. The base materials properties of DDQ steel and SS 316L given in
Table 2 were incorporated during FE simulations. Hollomon’s power law (σ = Kεn;
where K is the strength coefficient and n is the strain hardening exponent) was used
to describe the strain hardening behaviour of base materials. Hill’s 1948 isotropic
hardening yield criterion (Banabic 2010) was used as the plasticity model for DDQ
steel and SS 316L materials. The adhesive layer positioned between base materials
was considered as an isotropic material. One end of the specimen having three
layers was fixed stationary and the other end was displaced with a velocity of 1 mm/
min (Fig. 3a, b). The bonding between adhesive and base materials was not
modelled in the present work. The forming limit strains were predicted from FE

13

8

50

2.2 1 (Adhesive layer)

113

0.6 (DDQ steel)

0.6 (SS 316L)

2245

Fig. 2 Optimized geometry of IPPS sample used in the fabrication of adhesive-bonded sheets, and
all dimensions are in mm and not to scale
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simulations of tensile and IPPS forming tests. The limit strains are predicted using
effective strain rate necking criterion (ESRC) and TGNC and validated with
experimental results.

Two different necking criteria are used to predict the forming limit strain of base
materials constituting adhesive-bonded sheets. They are described as below.

ESRC is the ratio of effective strain rate in the neck to that in the safe region (or
bulk) (Narasimhan and Wagoner 1991) and is defined as:

ESRC ¼ Effective strain rate in the neck region
Effective strain rate in the safe region

� 4 ) Material failure/necking

ð5Þ

The development of strain in the bulk (or safe) region saturates (or tends to
saturate) earlier during forming when compared with straining in the notch region
(or neck) is based on the necking criteria. The ratio 4 is a ‘lower bound value’
below which limit strains are not reached, and the strain rate ratio increases unstably
once the criterion is reached, which is the indication for the occurrence of necking.

Fig. 3 Boundary conditions of adhesive-bonded blank in the simulation: a tensile specimen and
b IPPS specimen. All dimensions are in mm and not to scale
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The corresponding major strain and minor strain in the bulk element indicate the
limit strain in that strain path.

Generally, necking is understood as a localized thinning phenomenon and
TGNC basically determines localized region within the deforming sheet where a
thickness gradient develops. It is found from the literature that necking occurs in the
sheet metal when the thickness gradient falls below 0.92 and is also applied to
predict the FLC (Sujit et al. 1994). A local critical thickness gradient must exist at
the onset of a local visible neck. This criterion holds ease of applicability in sheet-
forming processes to identify the onset of necking. In the present simulations,
element pairs where the thickness ratio equals or falls below 0.92 are considered as
necked elements. The major strains in all the thicker elements are noted. The largest
major strain and the corresponding minor strain of such elements are treated as the
forming limit strain. The thickness gradient necking criterion is given as,

TGNC ¼ ThicknessNecking element

ThicknessNeighbouring element
¼ tn

tn�1
or

tn
tnþ1

� 0:92

) Material failure/necking ð6Þ

The ESRC and TGNC criteria were applied for un-bonded metal sheets earlier
and also for welded sheets in which the sheets are located on the same plane. In the
present work, the applicability of ESRC and TGNC for adhesive-bonded sheets will
be checked and validated.

2.5 Experimental Evaluation of SpringBack

The DDQ steel sheet of 0.4 mm thickness as base material and epoxy adhesive were
used in the fabrication of bonded sheets. During wire reinforcement of adhesive-
bonded sheets, commercially available aluminium wire with Ø0.3 mm was used.
The dimensions of die and punch used during V-bending experiment are shown in
Fig. 4. The mechanical properties of DDQ steel were evaluated in different rolling

Fig. 4 Schematic of V-bending set-up, a Punch, and b Die. All dimensions are in mm and not to
scale
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directions such as 0, 45, and 90° through tensile test (as per ASTM E646-07e1
standard) in the INSTRON machine (Max. load capacity = 100 kN) at 1 mm/min
cross-head speed. Three samples were tested in each case, and the load–extension
data were recorded in order to evaluate engineering stress–strain and true stress–
strain data. The plastic strain ratio (R) was found in accordance with ASTM E517
standard. The base material properties thus evaluated are shown in Table 3. The
aluminium wires were initially tested as per ASTM A931–08 (2013) in the IN-
STRON machine (Max. load capacity = 5 kN) at 1 mm/min cross-head speed in
order to determine the ductility and load-carrying capacity of the wire. Three wires
were tested with gauge length of 125 mm, and it was found that the average total
extension of the wire was about 40 mm, and the average maximum load attained
was about 10 N.

The DDQ steel sheets of size 170 mm × 50 mm were cut along 0° rolling
direction for fabricating adhesive-bonded sheets. The sheets were cleaned well, and
the homogeneous mixture of hardener and resin parts of adhesive with different
ratios was cast on the sheets. During fabrication of bonded sheets, appropriate
moulds were used to maintain uniform thickness of the adhesive. The adhesive-
bonded blanks were allowed to cure for more than 24 h at 25 °C. Three sets of
samples were fabricated for springback tests: (i) samples made by using shims with
size of about 50 mm × 30 mm at the extreme ends located between the top and
bottom sheets with the help of commercially available thermoplastic glue which
could impart quick fixability. The main aim of using shim is to maintain uniform
thickness of adhesive layer during bonding; (ii) samples made without using shims,
just to determine the effect of only epoxy adhesive. These two samples were made
with different H/R ratios; and (iii) bonded samples with wire reinforced adhesive. In
this case of wire reinforced adhesive, the length of single wire strand was main-
tained as 160 mm, and the strands were reinforced at distance of 2 mm each other.
The number of wires was increased from 5 to 25 numbers with different levels.
Three trials were performed in each case for checking the repeatability, and fourth
trial was performed in the case of repeatability is not good.

The thickness of adhesive-bonded specimens was measured at different locations
using digitized micrometre, and the average thickness was taken into account as a
final thickness of the samples. The V-bending experiment was carried out in the
universal testing machine (UTM). The un-bonded and adhesive-bonded sheets were
tested during V-bending in order to compare the springback results. The cross-head

Table 3 Material properties of DDQ steel with 0.4 mm thickness

Rolling
direction
(°)

Yield
strength
in MPa

Ultimate
tensile
strength in
MPa

Uniform
elongation
%

Elongation
% at failure

Strain
hardening
exponent
(n)

Strength
coefficient
K in MPa

Plastic
strain
ratio
(R)

0 224 372 28 34 0.23 647 1.12

45 216 360 26 34 0.23 633 1.37

90 201 344 25 32 0.24 608 1.47
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speed was maintained as 1 mm/min, and the testing was stopped at the maximum
punch stroke of about 68 mm. At the completion of V-bending of bonded blanks,
the springback angle was measured using digitized optical profile projector. The
springback angle was measured at three different locations, and the average was
considered as the final springback angle. During bending of adhesive-bonded
sheets, delamination of sheet was observed and hence, springback of upper sheet
and bottom sheets was measured separately. All springback measurements were
performed within 24 h, after completion of experiment. The various parameters
involved in the experimental study are given in Table 4.

3 Results and Discussion

In this section, the limit strain results of base materials constituting adhesive-
bonded sheets predicted by Approach-1 and Approach-2 are compared. Further, the
results of springback of adhesive-bonded sheets are discussed.

3.1 Comparison of Limit Strains of Base Materials
Constituting Adhesive-Bonded Sheets Through
Approach-1 and Approach-2

Figure 5a, b shows the comparison of true stress–strain behaviour of cured epoxy
adhesive obtained by Approach-1 and Approach-2 with different hardener/resin
ratios. It is observed that the true strain increases with increase in hardener/resin
ratio during testing of adhesive samples. The same trend is seen in the tensile
behaviour of adhesive layer derived from the adhesive-bonded blanks through
Approach-2. There is about 2 MPa variation in true stress and about 0.5 % variation
in true strain at failure between Approach-1 and Approach-2.

Figure 6a–d shows the comparison of limit strains in base materials constituting
adhesive-bonded blanks with different hardener/resin ratios between experiments
and predictions during tensile test. Similarly, the limit strains during IPPS form-
ability test are shown in Fig. 7a–d. During simulations of tensile and IPPS forming

Table 4 Parameters and
levels used in the experiments

Experimental
parameters

Level

1 2 3 4 5

H/R ratio with
shim

0.6:1 0.7:1 0.8:1 0.9:1 1:1

H/R ratio without
shim

0.6:1 0.7:1 0.8:1 0.9:1 1:1

No. of wires 5 10 15 20 25
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Fig. 5 Comparison of true stress–strain behaviour of epoxy adhesive obtained by Approach-1 and
Approach-2 with different hardener/resin ratios: a H/R = 0.6:1, and b H/R = 1:1
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Fig. 6 Comparison of limit strain results of adhesive-bonded sheets with different H/R ratios
between experiments and predictions during tensile test: a H/R = 0.6:1-DDQ steel, b H/R =
0.6:1-SS 316L, c H/R = 1:1-DDQ steel, and d H/R = 1:1-SS 316L
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tests, the limit strains evaluated by the necking criteria TGNC and ESRC through
Approach-1 and Approach-2 are compared. It is observed that the limit strains
evaluated through Approach-1 and Approach-2 during predictions exhibit almost
same results. These results reveal that either Approach-1 or Approach-2 could be
followed to evaluate adhesive mechanical properties so that limit strains of base
materials can be predicted. It is noted that the limit strains evaluated by TGNC
predictions in both the approaches show less difference with respect to experimental
limit strains. It is also noted that the limit strains predicted by TGNC through both
the approaches are close to each other in most of the cases. Similarly, in the case of
ESRC predictions, the limit strains from Approach-1 and Approach-2 are very close
to each other. Particularly, in the case of SS 316L during IPPS forming test, the
limit strains from both necking criteria are almost same and there is a slight change
in the strain paths.
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Fig. 7 Comparison of limit strain results of adhesive-bonded blanks with different H/R ratios
between experiments and predictions during IPPS formability test: a H/R = 0.6:1-DDQ steel,
b H/R = 0.6:1-SS 316L, c H/R = 1:1-DDQ steel, and d H/R = 1:1-SS 316L
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3.2 Influence of Adhesive on SpringBack
of Adhesive-Bonded Sheets

In this section, the influence of adhesive on the springback of adhesive-bonded
blanks is discussed with the influence of different H/R ratios, Shims, which are
introduced in between two base sheets to maintain uniform thickness of adhesive
layer, and the metallic wire reinforcement.

3.2.1 Influence of Hardener/Resin Ratios of Epoxy Adhesive
on SpringBack

Figure 8a, b shows the influence of H/R ratio of epoxy adhesive on the springback
angle of adhesive-bonded sheets in the presence of shims that were initially glued
with the bottom sheet and upper sheet to maintain uniform thickness of adhesive
layer during fabrication of bonded blanks. Here, the base sheets constituting adhe-
sive-bonded blanks are termed as upper sheet and bottom sheet with respect to the
punch stroke towards die. In the case of un-bonded base material (DDQ steel sheet),
the springback angle was found to be about 74°. During V-bending of bonded
blanks, there was delamination of base materials at the location of shim (at the
extreme ends) in response to the base sheet with which the shims were initially
glued. The delamination occurs between the upper sheet and the shim during
V-bending, which reveals that the joint strength between thermoplastic adhesive
used for gluing shim and bottom sheet is more than the joint strength between epoxy
adhesive and upper sheet. Because of the delamination, the upper sheet bends
separately as compared to bottom sheet and adhesive. Hence, after load removal, the
springback of the upper sheet is very different from that of bottom sheet and
adhesive. In fact, it is expected that the upper sheet will bend like base material, but it
is seen from Fig. 8a that the springback of upper sheet (i) is much lesser than that
of bottom sheet and adhesive and (ii) is almost same as that of die angle of
60° indicating no springback. Even then, the springback increases with the increase
in H/R ratio for both the upper and bottom sheets. There is cohesive (adhesive)
failure at the point of application of load, mainly because of the limited ductility of
adhesive at 0.6:1 H/R ratio of epoxy adhesive, while no adhesive failure is witnessed
with increase in H/R ratio, specifically at 1:1 H/R ratio of epoxy adhesive.

In the case when the shim is initially glued with upper sheet during bending, the
delamination occurred at the bottom side between the adhesive and the bottom
sheet. The upper sheet and adhesive deformed together, while the bottom sheet
deformed separately. As a result, two different springback angles were expected.
But the springback of detached bottom sheet was restricted by the die and punch,
and the upper sheet, resulting in almost the same springback behaviour as that of
upper sheet/adhesive. Even in this case, the springback increases with increase in
H/R ratio of epoxy adhesive (Fig. 8b). Moreover, in the first case (Fig. 8a), the
springback of DDQ un-bonded base material is in between that of bottom sheet
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and upper sheet constituting adhesive-bonded sheets. While in the second case
(Fig. 8b), the adhesive-bonded sheets exhibit a reduced springback (55–69°) as
compared to DDQ un-bonded sheet, which could be due to the combined effect of
increase in overall thickness and decrease in strength of the adhesive sample as
compared to base material. Since there is not much difference in the springback
angle when the shims are initially glued with the top sheets, the present study has
been restricted without investigating further probable cases like gluing each shim in
both sheets at alternative extremes. Figure 9 shows the influence of H/R ratio on the
springback of adhesive-bonded sheets without shim. Due to presence of shims in
the previous cases, there was a large variation in springback of upper sheet and
bottom sheet. In order to determine the effect of only epoxy adhesive, the shims
were removed and V-bending of bonded blanks was performed with different
H/R ratios. It was observed that the delamination occurred between the bottom sheet
and adhesive due to transverse shear, and there was no delamination between upper
sheet and adhesive during testing. There was adhesive breakage at the point where
the punch load was applied, which is due to the reduction in ductility of adhesive as
compared to the base metal. The springback of both the upper sheet and lower sheet
has slightly decreased (about 7°) with increase in H/R ratio of epoxy adhesive.

In this case, the springback of adhesive-bonded sheet is governed by change in
Young’s modulus, tensile strength, and ductility of adhesive, when H/R ratio is
increased. It is observed from our earlier attempts (Satheeshkumar and Narayanan
2014, 2015) that the Young’s modulus of adhesive decreases, tensile strength
decreases, and ductility increases, with increase in H/R ratio of adhesive. The
modifications in such mechanical properties influence the overall mechanical
properties of the bonded sheets directly. It is seen from the available literature that
with (i) decrease in elastic modulus, the springback increases; (ii) decrease in
tensile strength, springback decreases, and (iii) increase in adhesive-bonded sheet
ductility, springback increases because of more elastic recovery. The combined
effect of all this is to reduce the springback of adhesive-bonded sheet slightly
(Fig. 9), with increase in H/R ratio of epoxy adhesive.

Fig. 8 Influence of H/R ratio of epoxy adhesive on the springback of bonded sheets when shim is
initially glued with a the bottom sheet (average deviation: 4°) and b the top sheet (average
deviation: 1.5°)
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3.2.2 Influence of Wire Reinforcement on the SpringBack

Figure 10 shows the comparison of different level wire reinforced adhesive on the
springback of bonded sheets. It is noticed that the springback increases (about 3°)
with the increase in number of wire reinforcement in adhesive. This variation is
negligible as compared to the springback experimental deviation among different
trials. Initially, delamination of sheet occurs due to transverse shear deformation,
but no adhesive failure was observed because of hardener-rich formulation of
H/R ratio of 1:1, which has more ductility as compared to other lower hardener/
resin ratios of adhesive. It is also observed that the maximum springback angle is
about 64° in the case of wire reinforced adhesive-bonded sheets, which is slightly
less than the unreinforced adhesive-bonded sheets that is about 67°.

Fig. 9 Influence of H/R ratio
on the springback of
adhesive-bonded sheets
without shim (average
deviation: 2.3°)

Fig. 10 Influence of number
of wires on the springback of
adhesive-bonded sheets at
H/R = 1:1 (average deviation:
2.4°)
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4 Conclusions

From the present work, the following conclusions are drawn.

• It is suggested that the σ − ε behaviour of adhesive obtained either from rule of
mixtures approach or from experiments could be followed in the forming limit
strain predictions of adhesive-bonded sheets. Limit strains predicted through
these approaches are almost same.

• The limit strains evaluated by TGNC show less difference with respect to
experimental limit strains, while following both the approaches. This suggests
that prediction of forming limit strains of adhesive-bonded blanks by the
necking criterion, TGNC, is more suitable than the necking criterion, ESRC. It
is believed that the considerable difference is due to the absence of interface
bonding between adhesive layer and base materials during simulation.

• The stress–strain behaviour evaluated from the rule of mixtures approach
includes interfacial bonding, while it is not from experiments. Hence, if inter-
facial bonding is modelled during simulations, then the rule of mixtures
approach would provide accurate formability results as compared to the
experimentation approach, i.e. adhesive mechanical properties evaluated
through experiments.

• It has been demonstrated from the present work that the springback of steel
sheets can be controlled significantly with the help of adhesive, by changing the
adhesive mechanical properties. Just by changing the hardener/resin ratio of
adhesive, and by wire reinforcement of adhesive, the springback of bonded
sheets can be drastically modified as compared to un-bonded DDQ steel sheet.

• The use of shim to maintain uniform adhesive thickness plays a vital role in
deciding the springback of adhesive-bonded sheets, by changing the delami-
nation location, i.e. between the upper sheet and adhesive, and between adhesive
and lower sheet.

• The effect of H/R ratio controls the springback in the absence of shims also.
• The springback of bonded sheets decreases with number of wires as rein-

forcement of adhesive, but not significantly.
• It is suggested from the present study to use adhesives between two metal sheets

so that the springback could be reduced and later the adhesive could be removed
for using the remaining single sheet components for further applications.
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Feasibility Study of Thermal Autofrettage
Process

S.M. Kamal and Uday Shanker Dixit

Abstract Usually, autofrettage is achieved either by applying hydraulic pressure to
the bore of the thick-walled cylinder or by pushing an oversized mandrel through
the bore to deform the cylinder plastically. This produces the compressive residual
stresses on the inner side of the cylinder, enabling the cylinder to withstand higher
working pressure. There are certain difficulties in these methods of autofrettage.
This work proposes a novel method for achieving autofrettage that involves cre-
ating temperature gradient in the wall of the cylinder. The proposed process is
analyzed theoretically considering strain hardening. The simulation results and
preliminary experiments indicate an encouraging trend for the feasibility of the
proposed process.

Keywords Autofrettage � Thick-walled cylinder � Thermal residual stresses �
Strain hardening � Elastic–plastic interface

1 Introduction

Autofrettage is a metal fabrication technique which applies to components sub-
jected to very high pressure such as gun barrels, rocket shells, high pressure piping,
and high pressure containers. The process is employed to induce the compressive
residual stresses at and around the inner wall of the thick-walled cylindrical vessel,
thereby increasing the pressure-carrying capacity of the vessel. There are various
ways of achieving this. The most common ways of achieving autofrettage are by
applying ultra-high hydraulic internal pressure known as the hydraulic autofrettage
and by mechanical swaging of the cylinder known as the swage autofrettage.
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In hydraulic autofrettage, a thick-walled metallic cylinder is subjected to an ultra-
high internal hydraulic pressure at the bore. In the process, the material at and around
the inner radius of the cylinder is stretched beyond its elastic limit causing plastic
deformation and the material at the outer portion is subjected to elastic deformation.
Later, when the internal pressure is released, the outer portion of the material which
has undergone elastic deformation will attempt to return to its original state while the
material at and around the inner radius which has been deformed plastically will
attempt to remain in the deformed state. This results in a residual compressive stress at
and around the inner radius of the cylinder, and thus when the cylinder is repres-
surized, the magnitude of the maximum stress reduces significantly enhancing its
pressure-carrying capacity. As the residual stresses are self-equilibrating, the portion
of the vessel from outer surface to some intermediate radius of the cylinders will have
tensile residual stresses, but this does not pose any problem as the working pressure
produces relative smaller hoop stresses in the outer portion of the vessel. The process
was first suggested by Jacob, a French artillery officer, for pre stressing monobloc gun
barrels in 1907 (Malik and Khushnood 2003).

Davidson et al. (1962) developed a new approach for achieving autofrettage
which is called swage autofrettage, in which an oversized mandrel is forced through
the inside diameter of a cylinder to plastically deform the inner wall and some
portion beneath it. This process of achieving autofrettage is less complex than
hydraulic autofrettage. In hydraulic autofrettage, much care has to be taken in
applying ultra-high hydraulic pressure as it is to be controlled accurately to achieve
the desired deformation. The process is slow, expensive, and at times dangerous. In
swage autofrettage, the hydraulic pressure required to push the mandrel is much less
than the conventional hydraulic autofrettage; however, the preparation of mandrel
and swaging assembly makes the process complex. Another disadvantage associ-
ated with the swage autofrettage is that the axial force required for driving the ram
increases with the increase in size of the mandrel (Iremonger and Kalsi 2003).
The autofrettage can also be achieved by detonating an explosive charge inside the
vessel, which is called explosive autofrettage (Mote et al. 1971; Ezra 1973).
The modeling of this process involves dynamic elasto-plasticity and control of the
process requires skill due to the involvement of explosive.

Residual stresses can also be produced due to thermal gradient in the wall of the
cylinder. However, there is hardly any reference in the literature that analyzes this
effect. Hussain et al. (1980) observed that stress distribution in a partially autofret-
taged tube can be analyzed by a simulated thermal loading, such that thermo-elastic
stresses produced due to simulated loading will be same as the stress distribution of
partially autofrettaged tube. They did not study the thermo-elastic–plastic stresses,
which might have indicated the feasibility of thermal autofrettage. Thus, there is no
experimental or theoretical study on thermal autofrettage in open literature. Thermal
autofrettage is a potential process offering many advantages compared to hydraulic
and swage autofrettage, such as absence of high pressure and moving parts. This
chapter analyzes thermal autofrettage for exploring the feasibility of its industrial
exploitation.
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2 Proposed Thermal Autofrettage Process

The proposed method of autofrettage is based on the stress field generated due to
the temperature gradient developed between outer and inner walls of the cylinder or
hollow disk. The schematic diagram of the method is shown in Fig. 1. In order to
understand the mechanics of thermal autofrettage, plane stress assumption is
employed in Sect. 3. Plane stress assumption is appropriate for a thin circular
hollow disk. It may provide reasonable solution for short cylinders as well.

An open-ended thin hollow disk or short cylinder is considered having inner
radius a and outer radius b. The disk is heated externally and flow of cold fluid is
continuously regulated such that outer wall of the disk is subjected to a temperature
Tb and inner wall is subjected to a temperature Ta. At a sufficiently large temper-
ature difference between the outer and inner walls of the disk, the inner portion of
the disk always yields first and it becomes plastic up to some intermediate radius,
while the outer portion of the disk remains in the elastic state if the temperature
difference is not large enough to cause the yielding of outer wall of the disk. When
the temperature difference is increased beyond certain limit, the outer wall of the
disk begins to yield and the plastic deformation of both the inner and outer portions
of the disk undergoes simultaneously leaving the intermediate portion of the disk in
the elastic state. When the entire cylinder is cooled to room temperature, com-
pressive residual stresses are produced in the cylinder.

The proposed method is very simple and easy to handle compared to the existing
methods of autofrettage. It requires no pressure and is expected to be inexpensive
due to elimination of costly hydraulic power pack and/or explosives. Moreover, due
to elimination of moving parts, maintenance load is also reduced. In the following
section, thermal stress analysis of the process is carried out.

3 Thermal Stress Analysis in the Disk

Consider an open-ended thin circular hollow disk (σz = 0) of homogeneous material
with inner radius a and outer radius b as shown in Fig. 2. The disk is subjected to
Dirichlet temperature boundary conditions. The outer wall of the disk is maintained

Fig. 1 A schematic diagram
of thermal autofrettage
process
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at temperature Tb and the inner wall is maintained at temperature Ta such
that Tb > Ta. The steady-state temperature distribution in the disk is given by
Chakrabarty (2006)

T ¼ Tb þ Ta � Tbð Þ ln
b
r

� �
ln b

a

� � : ð1Þ

For a low temperature gradient (Tb − Ta), which is not sufficient to cause the
yielding of the wall of the disk, the entire wall thickness (b − a) is in the elastic
state. When (Tb − Ta) is increased further, at a certain threshold temperature gra-
dient, the inner wall of the disk yields first and upon crossing this temperature
gradient the wall deforms plastically to some intermediate radial position. When the
temperature gradient (Tb − Ta) reaches a second threshold, the outer wall begins to
yield simultaneously with the inner wall. Upon crossing the second threshold, the
cylinder wall gets divided into an inner plastic, intermediate elastic, and outer
plastic zone. In this work, it is assumed that the material yields as per Tresca
criterion. The yielding behavior of the most metals is close to von Mises criterion.
However, it is not uncommon to correct the residual stresses obtained using Tresca
criterion by multiplying them by a factor of 1.15 to correspond to von Mises case
(Parker 1980). In the following sections, solution for thermal stresses for elastic and
different phases of elasto-plastic deformation are discussed.

3.1 Thermo-elastic Solution

With zero temperature as a reference and using generalized Hook’s law, the radial
and hoop strains under plane stress condition for a purely elastic body at temper-
ature T are given as (Noda et al. 2003)

Fig. 2 Cross section of the
disk with Dirichlet
temperature boundary
conditions
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er ¼ 1
E

rr � mrhð Þ þ aT ; ð2Þ

eh ¼ 1
E

rh � mrrð Þ þ aT ; ð3Þ

where σr is the radial stress, σθ is the hoop stress, ν is the Poisson’s ratio, E is the
Young’s modulus of elasticity, and α is the coefficient of thermal expansion. For
radial displacement u as a function of r, the radial and hoop strains are given by
Chakrabarty (2006)

er ¼ du
dr

; eh ¼ u
r
: ð4Þ

Hence, the strain compatibility in cylindrical polar coordinate system can be
written as

er � eh ¼ r
deh
dr

: ð5Þ

The stresses are governed by the equilibrium equation given by Chakrabarty
(2006)

rh � rr ¼ r
drr
dr

: ð6Þ

Using Eqs. (2) and (3) in Eq. (5) and solving it along with Eq. (6) provides the
following differential equation:

d
dr

1
r
d
dr

r2rr
� �� �

þ Ea
dT
dr

¼ 0; ð7Þ

where T is given by Eq. (1). The solution of Eq. (7) gives

rr ¼ A� B
r2

þ Ea Tb � Tað Þ
2 ln b

a

� � 1
2
� ln

r
a

� �� �
; ð8Þ

where A and B are constants. Using Eq. (8) in Eq. (6), the solution for hoop stress is
given by

rh ¼ Aþ B
r2

� Ea Tb � Tað Þ
2 ln b

a

� � 1
2
þ ln

r
a

� �� �
: ð9Þ
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Using the boundary condition of vanishing radial stress at inner and outer radii,
i.e., at r = a, and r = b, σr = 0, in Eq. (8) yields

A ¼ � 1
2
Ea Tb � Tað Þ

2 ln b
a

� � � b2

a2 � b2

� 	
Ea Tb � Tað Þ

2
; ð10Þ

B ¼ � a2b2

a2 � b2

� 	
Ea Tb � Tað Þ

2
: ð11Þ

Inserting Eqs. (10) and (11) in Eqs. (8) and (9), the elastic radial and hoop
stresses are obtained as (Noda et al. 2003)

rr ¼ Ea
2

Tb � Tað Þ � ln r
a

� �
ln b

a

� �þ 1� a2

r2

� 	
b2

b2 � a2

( )
; ð12Þ

rh ¼ Ea
2

Tb � Tað Þ � 1þ ln r
a

� �
ln b

a

� � þ 1þ a2

r2

� 	
b2

b2 � a2

( )
: ð13Þ

3.2 The Thermo-elasto-plastic Behavior

A typical distribution of elastic stresses as a function of radial position given by
Eqs. (12) and (13) is shown in Fig. 3 for an aluminum disk with a = 10 mm,
b = 20 mm, E = 69 GPa, (Tb − Ta) = 40 °C, and α = 22.2 × 10−6/°C. Figure 3
suggests that the thermal stresses are distributed according to the inequality
σθ > σr > σz at and around inner radius of the disk. At and around the outer radius,
the stresses are distributed such that σr > σz > σθ. The difference |σθ − σz| at inner
radius is always greater than the difference |σr − σθ| at outer radius. Hence, for

Fig. 3 Elastic thermal stress
distributions in an aluminum
hollow disk
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increasing thermal gradient, the yielding of the disk begins first at the inner radius
of the disk as per Tresca yield criterion. For initiation of yielding at the inner radius,
r = a Tresca yield criterion provides

rh � rzð Þjr¼a¼ k1rY ; ð14Þ

where σY is the yield stress and k1 is a sign factor that can be +1 or −1 depending on
whether Tb > Ta or Tb < Ta. As σz = 0, evaluating σθ at r = a from Eq. (13) and
substituting it into Eq. (14), the temperature difference required for initial yielding
at inner radius is given by

Tb � Tað ÞYi¼
2k1rY

Ea
ln b

að Þ�1

ln b
að Þ þ a2

b2�a2
� �

b2
a2 þ 1
� �� � : ð15Þ

Equation (15) shows that for materials having large E and α and low yield stress,
a small temperature difference can cause yielding at the inner radius.

If the temperature difference (Tb − Ta) exceeds the temperature difference
required for initial yielding at the inner radius given by Eq. (15), but is lesser than
the temperature difference required for yielding the outer wall, the first phase of
elasto-plastic deformation takes place. During the first phase of elasto-plastic
deformation, a portion of the inner wall of the disk becomes plastic up to a radius
c and beyond c the outer wall remains in the elastic state. Thus, an inner plastic
zone a < r < c and an outer elastic zone c < r < b are formed within the disk. When
the temperature difference keeps on increasing further, at some temperature dif-
ference, the yielding commences at the outer radius of the disk. Upon exceeding
this temperature difference, the wall of the disk undergoes second phase of elasto-
plastic deformation forming an inner plastic zone a < r < c and an outer plastic zone
d < r < b separated by an intermediate elastic zone c < r < d. The second phase of
elasto-plastic deformation avails in the wall of the disk as long as the temperature
difference is not large enough to cause the plastic deformation of the whole wall.
The different zones developed within the wall of the disk as a result of elasto-plastic
deformation in general are shown schematically in Fig. 4. In the following sub-
sections, the analysis of different zones during the first and second phase of elasto-
plastic deformation is carried out.

3.2.1 Analysis of the First Phase of Elasto-plastic Deformation

During the first phase of elasto-plastic deformation, an inner plastic zone propagates
outwards to a radius c. Thus, the inner plastic zone a < r < c is surrounded by an
outer elastic zone c < r < b within the wall of the disk. The radius c is known as the
radius of elastic–plastic interface. The inner plastic and outer elastic zones are
analyzed as follows:

Elastic Zone: c < r < b
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For the outer elastic zone c < r < b, the solution for thermal stresses is still given
by Eqs. (8) and (9). Using boundary condition of vanishing radial stress at the outer
radius and (σθ)r=c = k1σY in Eqs. (8) and (9), the constants A and B are evaluated and
the expressions for radial and hoop stresses are given by

rr ¼ Ea Tb � Tað Þ
2 ln b

a

� � ln
b
r

� 	
þ c2

b2 þ c2

� 	
1� b2

r2

� 	
1� ln

b
c

� 	� �
 �

þ c2k1rY
b2 þ c2

1� b2

r2

� 	
; ð16Þ

rh ¼ Ea Tb � Tað Þ
2 ln b

a

� � ln
b
r

� 	
� 1þ c2

b2 þ c2

� 	
1þ b2

r2

� 	
1� ln

b
c

� 	� �
 �

þ c2k1rY
b2 þ c2

1þ b2

r2

� 	
: ð17Þ

The radial displacement component, u, in the outer elastic zone is obtained using
Eqs. (16) and (17) in Eq. (3) and second relation of Eq. (4) as

u ¼ aðTb � TaÞ
2 ln b

a

� � 1� mð Þr ln b
r

� �� r þ ð1� mÞr c2
b2þc2

� �
1� ln b

c

� �� 

þ c2

b2þc2

� �
1� ln b

c

� �� 
 ð1� mÞr þ ð1þ mÞ b2r
n o

2
64

3
75

þ c2k1rY
E b2 þ c2ð Þ ð1� mÞr þ ð1þ mÞ b

2

r

� �
þ raT:

ð18Þ

Plastic Zone: a < r < c

Fig. 4 The elastic and plastic
zones in the hollow disk

88 S.M. Kamal and U.S. Dixit



For the plastic zone (a < r < c), the effect of strain hardening of the material
needs to be considered. When the material strain hardens, Tresca yield criterion in
the inner plastic zone becomes

rh ¼ k1req; ð19Þ

where σeq (>σY) is the equivalent stress in uniaxial tension or compression. It is
assumed that the hardening of the disk material follows the Ludwik’s hardening law
(Dixit and Dixit 2008) given by

req ¼ rY þ K epeq

� �n
; ð20Þ

where K is the hardening coefficient and n is the strain hardening exponent. Using
Eq. (19) in Eq. (6)

d
dr

rrrð Þ ¼ k1 rY þ K epeq

� �nn o
: ð21Þ

Integrating Eq. (21) in the plastic zone from r to r = c and using the boundary
condition, σr at r = c from elastic zone (Eq. 16), the solution for radial thermal stress
in the plastic zone is obtained as

rr ¼ k1rY 1� 2b2

b2 þ c2

� 	
c
r

� �� �

þ c
r

� �Ea Tb � Tað Þ
2 ln b

a

� � ln
b
c

� 	
þ c2

b2 þ c2

� 	
1� b2

c2

� 	
1� ln

b
c

� 	� �
 �

� k1
K
r

Zc

r

epeq

� �n
dr1; ð22Þ

where r1 is a dummy variable. The thermal hoop stress in the plastic zone is given
by Eq. (19).

In the plastic zone, the total strain is composed of elastic and plastic strains.
Hence,

er ¼ du
dr

¼ eer þ epr ; eh ¼ u
r
¼ eeh þ eph: ð23Þ

The elastic components eeh and eer are given by Eqs. (2) and (3). In view of
Tresca’s associated flow rule (Chakrabarty 2006), depr ¼ 0; deph ¼ �depz . Hence, εr
is entirely elastic. Substituting Eq. (23) in Eqs. (2) and (3),
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rr ¼ E
1� m2

du
dr

þ m
u
r
� eph

� �
� aTð1þ mÞ

� �
; ð24Þ

rh ¼ E
1� m2

u
r
� eph

� �
þ m

du
dr

� aTð1þ mÞ
� �

: ð25Þ

Inserting Eqs. (24) and (25) in Eq. (6), the following differential equation is
obtained:

d
dr

1
r
d
dr

urð Þ
� �

¼ m
deph
dr

þ að1þ mÞ dT
dr

� 1� m
r

� 	
eph: ð26Þ

For the plastic zone, the total strain compatibility condition (Eq. 5) may be
written as

r
d
dr

eeh þ eph
� � ¼ eer � eeh

� �� eph: ð27Þ

Putting eer and eeh from Eqs. (2) and (3) the following differential equation is
obtained:

1
E
drh
dr

þ 1
E
drr
dr

þ a
dT
dr

þ deph
dr

¼ � eph
r
: ð28Þ

Substituting eph=r from Eq. (32) in Eq. (30) and then integrating:

1
r
d
dr

urð Þ ¼ 1� m
E

rh þ rrð Þ þ 2a Ta þ Tb � Tað Þ ln
r
a

� �
ln b

a

� �
( )

þ eph þ C; ð29Þ

where C is integration constant. To determine the constant C in Eq. (29), the right-
and left-hand side expressions are evaluated at r = c by taking the corresponding
values from the elastic zone. Equations (16) and (17) provide σr and σθ at r = c and
Eq. (18) provides

d
dr

urð Þ
����
r¼c

¼ aðTb � TaÞ
2 ln b

a

� � 2 1� mð Þc ln b
c

� �� c 1� mð Þ
þ2 1� mð Þ c3

b2þc2

� �
1� ln b

c

� �� 
þ 4c ln c
a

� �
2
4

3
5

þ 2 1� mð Þ
E

c3k1rY
b2 þ c2

� 	
þ 2cTaa: ð30Þ
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Also,

eph
��
r¼c¼ 0: ð31Þ

Insertion of all expressions in Eq. (29) provides C = 0. Substituting C in Eq. (29)
and integrating it in the plastic domain from r to r = c gives

ujr¼cc� ur ¼ 1� m
E

� 	
c2rrjr¼c�r2rr
� �þ aTa c2 � r2

� �

þ a Tb � Tað Þ
ln b

a

� � c2 ln
c
a

� �
� r2 ln

r
a

� �n o
� 1
2

c2 � r2
� �
 �

þ
Zc

r

r1e
p
hdr1

ð32Þ

Evaluating ujr¼c from Eq. (18) and rrjr¼c from Eq. (16) and then inserting these
into Eq. (32) provide total hoop strain component as

u
r
¼ aðTb � TaÞ

2 ln b
a

� � 2c2b2

r2 b2 þ c2ð Þ
� �

1� ln
b
c

� 	� �
þ 2 ln

r
a

� �
� 1


 �

þ 2
E

k1c2b2rY
r2 b2 þ c2ð Þ þ

1� m
E

rr þ aTa � 1
r2

Zc

r

r1e
p
hdr1: ð33Þ

The plastic hoop strain field eph is given by

eph ¼
u
r
� eeh: ð34Þ

Inserting u/r, from Eq. (33), eeh from Eq. (3) and using Eqs. (19) and (22), the
plastic hoop strain component is obtained as

eph ¼
aðTb � TaÞ
2 ln b

a

� �
2c2b2

r2 b2þc2ð Þ
n o

1� ln b
c

� �� 
� 1þ c
r ln

b
c

� �
þ c3

r b2þc2ð Þ
n o

1� b2
c2

� �
1� ln b

c

� �� 

2
64

3
75þ 2

E
k1c2b2rY
r2 b2 þ c2ð Þ

þ k1c3rY
Er b2 þ c2ð Þ 1� b2

c2

� 	
� k1rY

E
c
r

� �
� k1

K
Er

Zc

r

epeq

� �n
dr1

� 1
r2

Zc

r

r1e
p
hdr1 � k1

K
E

epeq

� �n
: ð35Þ
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The equivalent plastic strain field epeq for the present case is given as

epeq ¼
2ffiffiffi
3

p eph: ð36Þ

Thus, Eq. (35) becomes

eph ¼
aðTb � TaÞ
2 ln b

a

� �
2c2b2

r2 b2þc2ð Þ
n o

1� ln b
c

� �� 
� 1þ c
r ln

b
c

� �
þ c3

r b2þc2ð Þ
n o

1� b2
c2

� �
1� ln b

c

� �� 

2
64

3
75þ 2

E
k1c2b2rY
r2 b2 þ c2ð Þ

þ k1c3rY
Er b2 þ c2ð Þ 1� b2

c2

� 	
� k1rY

E
c
r

� �
� k1

2ffiffiffi
3

p
� 	n K

Er

Zc

r

eph
� �n

dr1 � 1
r2

Zc

r

r1e
p
hdr1

� k1
2ffiffiffi
3

p
� 	nK

E
eph
� �n

: ð37Þ

Equation (37) can be solved for eph at any radial positions in the plastic domain.
An iterative approach may be employed for this.

3.2.2 Analysis of the Second Phase of Elasto-plastic Deformation

During the second phase of elasto-plastic deformation, the wall of the disk consists
of three zones: an inner plastic zone a < r < c, an outer plastic zone d < r < b, and an
intermediate elastic zone c < r < d. The radii, c and d, are the radii of elastic–plastic
interface. The elasto-plastic zones during the second phase of elasto-plastic
deformation are analyzed as follows.

Intermediate Elastic Zone: c < r < d

Using the boundary conditions (σθ)r=c = k1σY and (σθ − σr)r=d = −k1σY, in Eq. (9),
the constants A and B are evaluated. Then substituting A and B in Eqs. (8) and (9),
the stresses in the elastic zone c < r < d are obtained as

rr ¼ Ea Tb � Tað Þ
2 ln b

a

� � 1þ ln
c
r

� �
� d2

2c2
� d2

2r2

� �
þ k1rY 1þ d2

2c2
þ d2

2r2

� 	
; ð38Þ

rh ¼ Ea Tb � Tað Þ
2 ln b

a

� � ln
c
r

� �
� d2

2c2
þ d2

2r2

� �
þ k1rY 1þ d2

2c2
� d2

2r2

� 	
: ð39Þ

The displacement component for this elastic zone is obtained using Eqs. (38) and
(39) in Eq. (3) and second relation of Eq. (4) as
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u ¼ a Tb � Tað Þ
2 ln b

a

� � ð1þ mÞ d
2

2r
� ð1� mÞ d

2r
2c2

þ ð1� mÞr ln
c
r

� �
� mr

� �

þ k1rY
E

1� mð Þr þ 1� mð Þ d
2r

2c2
� 1þ mð Þ d

2

2r

� �

þ ar Ta þ Tb � Tað Þ ln
r
a

� �
ln b

a

� �
( )

: ð40Þ

Inner Plastic Zone: a < r < c

To find out the solution for radial thermal stress in the inner plastic zone
(a < r < c), the differential Eq. (21) is used. Integrating Eq. (21) and using the
boundary condition, σr at r = c from elastic zone c < r < d (Eq. 38), the expression
for radial thermal stress is obtained as

rr ¼ c
r

� �Ea Tb � Tað Þ
2 ln b

a

� � 1� d2

c2

� 	
þ k1rY 1þ d2

cr

� 	
� k1

K
r

Zc

r

epeq

� �n
dr1: ð41Þ

The hoop stress component is given by Eq. (19).
For evaluating the total hoop strain component, Eq. (29) is utilized. In Eq. (29),

the constant C is obtained by evaluating the right- and left-hand side expressions at
r = c. For this, the values of σr and σθ at r = c are evaluated from Eqs. (38) and (39)
and using Eq. (40),

1
r
d
dr

urð Þ
� �����

r¼c
¼ a Tb � Tað Þ

2 ln b
a

� � ð1� mÞ � ð1� mÞ d
2

c2
þ 4 ln

c
a

� �� �

þ k1rY
E

2 1� mð Þ þ 1� mð Þ d
2

c2

� �
þ 2aTa: ð42Þ

Substitution of all these expressions along with Eq. (31) in Eq. (29) provides
C = 0. Inserting C in Eq. (29) and integrating it in the plastic domain from r to
r = c provides Eq. (32). Evaluating ujr¼c from Eq. (40) and rrjr¼c from Eq. (38) and
then substituting these in Eq. (32) gives

eh ¼ u
r
¼ a Tb � Tað Þ

2 ln b
a

� � d2

r2
� 1þ 2 ln

r
a

� �� �
� k1rY

E
d2

r2
þ 1� m

E

� 	
rr

þ aTa � 1
r2

Zc

r

r1e
p
hdr1: ð43Þ
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Inserting u/r from Eq. (43), eeh from Eq. (3) in Eq. (34) and using Eqs. (19), (41),
and (36) the plastic part of hoop strain is obtained as

eph ¼
a Tb � Tað Þ
2 ln b

a

� � d2

r2
� 1þ c

r

� �
1� d2

c2

� 	� �
þ k1rY

E
d2

cr
� d2

r2

� 	

� 1
r2

Zc

r

r1e
p
hdr1 � k1

2ffiffiffi
3

p
� 	n K

rE

Zc

r

eph
� �ndr1 � k1

2ffiffiffi
3

p
� 	nK

E
eph
� �n

: ð44Þ

Outer Plastic Zone: d < r < b

For the plastic zone (d < r < b), considering the effect of strain hardening of the
material, Tresca yield criterion is given by

rh � rr ¼ �k1req ð45Þ

where σeq is given by Eq. (20). Using Eq. (45) and Eq. (6),

drr
dr

¼ �k1
rY
r
þ K

r
epeq

� �n
� �

: ð46Þ

Integrating Eq. (46) in the plastic domain from r = d to r and using the boundary
condition, σr at r = d from elastic zone c < r < d (Eq. 38), the solution for radial
thermal stress is given by

rr ¼ Ea Tb � Tað Þ
2 ln b

a

� � 1
2
þ ln

c
d

� �
� d2

2c2

� �
þ k1rY

3
2
þ d2

2c2
� ln

r
d

� �� �

þ k1K
Zd

r

1
r1

epeq

� �n
dr1: ð47Þ

Inserting Eq. (47) in Eq. (45), the solution for hoop stress is given by

rh ¼ Ea Tb � Tað Þ
2 ln b

a

� � 1
2
þ ln

c
d

� �
� d2

2c2

� �
þ k1rY

1
2
þ d2

2c2
� ln

r
d

� �� �

þ k1K
Zd

r

1
r1

epeq

� �n
dr1 � k1K epeq

� �n
: ð48Þ

In the outer plastic zone, the stresses are such that σθ < σz < σr. Thus in view of
Tresca’s associated flow rule, depz ¼ 0; deph ¼ �depr . Hence, plastic incompressibility
gives epr þ eph ¼ 0. The total strain in the plastic zone is composed of both elastic and
plastic strain components and thus
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er þ eh ¼ eer þ epr þ eeh þ eph ¼ eer þ eeh ð49Þ

The elastic strain components in Eq. (49) are given by Eqs. (2) and (3). Using
Eq. (4) and inserting Eqs. (2) and (3) in Eq. (49), the following differential equation
is obtained:

d
dr

urð Þ ¼ 2a Ta þ Tb � Tað Þ ln
r
a

� �
ln b

a

� �
( )

r þ 1
E

1� mð Þ d
dr

r2rr
� � ð50Þ

Integration of Eq. (50) provides,

ur ¼ aTar
2 þ 2a

Tb � Tað Þ
ln b

a

� � ln
r
a

� � r2

2
� r2

4

� �
þ 1
E

1� mð Þr2rr þ D ð51Þ

where D is an integration constant. To find out the constant D, the left- and right-
hand sides of Eq. (51) are evaluated at r = c. For this, σr and u at r = c are evaluated
using Eqs. (38) and (40) and are inserted into Eq. (51). This yields

D ¼ a Tb � Tað Þ
2 ln b

a

� � d2 � k1rY
E

d2: ð52Þ

Substituting the value of D from Eq. (52) in Eq. (51), the total hoop strain
component in the plastic zone d < r < b is obtained as

u
r
¼ aTa þ a Tb � Tað Þ

2 ln b
a

� � 2 ln
r
a

� �
� 1þ d2

r2

� �
þ 1
E

1� mð Þrr � k1rY
E

d2

r2
: ð53Þ

Inserting u/r from Eq. (53) and eeh from Eq. (3) in Eq. (34) and using Eqs. (47),
(48) and (36), the plastic part of hoop strain is obtained as

eph ¼
a Tb � Tað Þ
2 ln b

a

� � d2

r2
� 1

� �
þ k1rY

E
1� d2

r2

� 	
þ k1K

E
2ffiffiffi
3

p
� 	n

eph
� �n

: ð54Þ

4 Residual Thermal Stresses

When the temperature difference induced in the hollow disk due to heating vanishes
after cooling, residual thermal stresses are generated in the disk. It is assumed that
the unloading process is completely elastic and linear devoid of Bauschinger effect.
In the following subsections, residual thermal stresses generated in different zones
within the wall of the disk during the first and second phase of elasto-plastic
deformation are given.
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4.1 Residual Stresses in the Zones During the First Phase
of Elasto-plastic Deformation

As the unloading process is entirely elastic, the expressions for the residual radial
and hoop stresses in the outer elastic zone (c < r < b) are obtained by subtracting
Eqs. (12) and (13) from Eqs. (16) and (17) as

rrð Þres ¼
Ea Tb � Tað Þ

2 ln b
a

� � c2

b2 þ c2

� 	
1� b2

r2

� 	
1� ln

b
c

� 	� �
þ a2

b2 � a2

� 	
ln

b
a

� 	
b2

r2
� 1

� 	
 �

þ c2k1rY
b2 þ c2

1� b2

r2

� 	
; ð55Þ
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Similarly, the residual stresses in the inner plastic zone (a < r < c) are obtained
by subtracting Eqs. (12) and (13) from Eqs. (22) and (19) and are given by
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4.2 Residual Stresses in the Zones During the Second Phase
of Elasto-plastic Deformation

The expressions for the residual stresses for elastic zone (c < r < d) are obtained by
subtracting Eqs. (12) and (13) from Eqs. (38) and (39) as
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The residual radial thermal stress in the inner plastic zone (a < r < c) is obtained
by subtracting Eq. (12) from Eq. (41) as
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The residual thermal hoop stress in this zone is given by Eq. (58).
In the outer plastic zone (d < r < b), the residual thermal stresses are obtained by

subtracting Eqs. (12) and (13) from Eqs. (47) and (48) as
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5 Solution Methodology

During the first phase of elasto-plastic deformation, the radius of elastic–plastic
interface, c is unknown. The elastic–plastic interface radii, c and d, are the
unknowns during the second phase of elasto-plastic deformation. The boundary
condition of vanishing radial stress at the inner radius during the first phase of
elasto-plastic deformation provides
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Solution of Eq. (64) will give the value of unknown radius c. The boundary
conditions of vanishing radial stress both at inner and outer radii during the second
phase of elasto-plastic deformation gives
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To find out the values of unknown radii c and d, Eqs. (65) and (66) need to be
solved simultaneously. The Eqs. (64, 65, and 66) are nonlinear in nature. Therefore,
to evaluate c or c and d, from Eq. (64) or Eqs. (65) and (66), a numerical solution
methodology as described in the following is adopted.

Step 1: For the first phase of elasto-plastic deformation, the initial estimate for
radius of elastic–plastic interface, c is obtained by making K = 0 in Eq. (64) and
solving it using fzero function (based on bisection method) in MATLAB. However,
during the second phase of elasto-plastic deformation, the initial estimates for c and
d are obtained by making K = 0 in Eqs. (65) and (66) and solving them for c and
d using fsolve function (the least square method of solving simultaneous nonlinear
equations) in MATLAB. The initial guess value of eph is taken as zero.
Step 2: The updated plastic strain field eph at different radial positions is found out from
Eq. (37) during the first phase of elasto-plastic deformation and from Eqs. (44) and
(54) during the second phase of elasto-plastic deformation. For the fixed c, in Eq. (37)
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and for the fixed values of c and d, in Eqs. (44) and (54), values of eph are updated
further and this process is repeated till convergence in eph is achieved. This basically
amounts to solving for eph using fixed point iteration method (Gerald and Wheatley
1994). The integrations involved in Eqs. (37, 44 and 54) are evaluated numerically
using trapezoidal rule. Using Eq. (36), the updated estimate of epeq is obtained.
Step 3: Now using the values of eph at different radial positions in the corresponding
plastic zones, the integral terms in Eqs. (64, 65 and 66) are evaluated and the
expressions are solved for new estimated values of c or c and d. If the new
estimated values of c or c and d are same as the previous estimated values, go to
Step 4. Otherwise, go to Step 2 and repeat the process till the convergence for c or
c and d is achieved.
Step 4: Using the latest updated values of eph, c or c and d, the radial and hoop
stresses in the plastic zones for the corresponding cases are calculated from
Eqs. (22), (19), (41), (47) and (48). The thermal residual stresses are estimated
using the relevant equations of Sect. 4.

6 Numerical Simulation

The proposed autofrettage process is simulated numerically using the equations
developed in Sects. 3.2.1 and 3.2.2. For this purpose, two cases are considered. The
corresponding equations are solved following the methodology discussed in Sect. 5.
The simulated results are discussed in the following sections.

6.1 Case of Aluminum Disk

An aluminum disk is considered with inner radius, a = 10 mm, and outer radius,
b = 20 mm. The material properties of aluminum are as follows: Young’s modulus
of elasticity, E = 69 GPa; yield stress, σY = 50.3 MPa; and coefficient of thermal
expansion, α = 22.2 × 10−6/°C. The temperature difference required for initial
yielding at inner wall of the disk is calculated using Eq. (15) and is obtained as
53.66 °C. For achieving autofrettage in the aluminum disk, two temperature dif-
ferences are considered—a temperature difference of 80 °C to cause the first phase
of elasto-plastic deformation and a temperature difference of 130 °C to cause the
second phase of elasto-plastic deformation in the wall of the disk. The radius of
elastic–plastic interface, c, is obtained as 11.2089 mm when the temperature dif-
ference is 80 °C. The estimates of c and d are obtained as 12.4754 mm and
17.4997 mm when the temperature difference is 130 °C. The hardening coefficient
K and strain hardening exponent n for the disk material are taken as 58.18 MPa and
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0.482 in Ludwik’s hardening law given by Eq. (20). The various stresses generated
in the disk as a result of autofrettage due to temperature difference are simulated and
are shown as a function of radial position.

6.1.1 Elasto-plastic Thermal Stress Pattern

The elasto-plastic thermal stresses for 80 °C temperature difference are obtained
using Eqs. (16), (17), (19) and (22). For the temperature difference of 130 °C, the
elastic–plastic stresses are estimated using Eqs. (38), (39), (41), (19), (47) and (48).
The resulting elasto-plastic stress distribution for temperature difference of 80 and
130 °C is shown in Fig. 5. It is observed that the magnitude of radial stresses is
quite small compared to hoop stresses. The radial stresses are always tensile, while
the hoop stresses change from tensile to compressive along the positive radial
direction. This trend gets reversed when the temperature difference is removed. It is
also observed that strain hardening effect is not very significant in the present case.

6.1.2 Residual Stress Pattern

On removal of the temperature difference, residual thermal stresses are generated in
the disk. The residual stress variation with the radial position is shown in Fig. 6 for
the temperature differences of 80 and 130 °C. It is observed that the residual
compressive hoop stresses are generated at and around the inner wall of the disk,
while residual tensile stresses are generated at the outer region of the disk. For the
temperature difference of 130 °C, the magnitudes of compressive residual stresses
are higher compared to the case of temperature difference of 80 °C. The maximum
magnitude of residual stress for the temperature difference of 80 °C is about 23 MPa
(compressive), generated at the inner radius of the cylinder. For the case of 130 °C
temperature difference, this magnitude is about 70 MPa (compressive). Hence,
when the disk is subjected to loading by inducing internal pressure, then the

Fig. 5 Elasto-plastic stress
distribution in aluminum disk
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resulting residual compressive stress leads to decrease in the maximum value of
stress occurring in the disk.

The magnitudes of residual tensile stresses at the outer portion of the disk are
observed to be small compared to residual compressive stresses for the case of
80 °C. For the 130 °C temperature difference, the magnitudes of tensile residual
stresses show an increasing trend at the outer plastic zone. For the temperature
difference of 80 °C, the maximum tensile residual stress is generated at the elastic–
plastic interface (at r = c). For the temperature difference of 130 °C, the maximum
tensile residual stress occurs at the outer radius. Moreover, its magnitude is larger in
comparison with 80 °C temperature difference case. In corrosive environment, the
larger tensile residual stress at the outer radius may cause stress corrosion cracking.
Therefore, autofrettage by 130 °C temperature difference is not desirable in cor-
rosive environment.

6.1.3 Overall Stresses with and Without Autofrettage

Assume that the aluminum disk which is autofrettaged by inducing temperature
difference between inner and outer walls is subjected to an internal working pres-
sure of 18 MPa for both the temperature difference case. The overall stresses are
then obtained by adding stresses due to internal working pressure to the residual
thermal stresses. The stresses that occur in the disk due to internal working pressure
are given by well-known Lame’s equations (Chakrabarty 2006).

rr ¼ pia2

b2 � a2
1� b2

r2

� 	
; ð67Þ

rh ¼ pia2

b2 � a2
1þ b2

r2

� 	
; ð68Þ

Fig. 6 Residual stress
distribution in aluminum disk
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where pi is the internal working pressure. If the same disk is considered only under
the condition of internal working pressure without autofrettage, then the elastic
stresses generated in the disk are given by Eqs. (67) and (68) only. The resulting
stresses with and without autofrettage for the case of 80 °C temperature difference is
shown in Fig. 7a. For 130 °C temperature difference, they are shown in Fig. 7b. The
equivalent Tresca stress (|σθ − σr|/2, in the present cases) is observed to be maxi-
mum at the elastic–plastic interface (r = c), in the autofrettaged disk during the
pressurization. Therefore, for the autofrettaged disk, yielding will first take place at
the elastic–plastic interface (r = c).

When the temperature difference is 80 °C, the autofrettaged disk can withstand a
maximum pressure of 22 MPa without yielding. For the temperature difference of
130 °C, the maximum pressure-carrying capacity of the autofrettaged disk is
21 MPa. On the other hand, the non-autofrettaged disk can withstand a maximum
pressure of 18 MPa. It is observed that the maximum equivalent Tresca stress is
reduced by 13.91 % in the disk when it is autofrettaged by inducing temperature
difference of 80 °C as compared to the disk without autofrettage. For the temper-
ature difference of 130 °C, this reduction is observed to be 8.52 %. Ali et al. (2010)
provided a typical example for the hydraulic autofrettage of aluminum cylinder in

Fig. 7 Comparison of
stresses with and without
autofrettage for
a (Tb − Ta) = 80 °C,
b (Tb − Ta) = 130 °C in
aluminum disk
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which the reduction in the maximum equivalent stress is of similar order. Under-
wood and Miller (1988) have also advocated partial autofrettage even in the case of
hydraulic autofrettage to circumvent the problem of stress corrosion cracking.
Nevertheless, compared to hydraulic autofrettage, the level of thermal autofrettage
is limited, because the maximum temperature needs to be kept well below the
recrystallization temperature of the material.

6.2 Case of Mild Steel Disk

A mild steel disk with inner radius, a = 10 mm, and outer radius, b = 30 mm, is
simulated when it undergoes autofrettage process due to a temperature difference
between the outer and inner surfaces. Material properties considered for steel are as
follows: Young’s modulus of elasticity, E = 200 GPa; yield stress, σY = 324MPa; and
coefficient of thermal expansion, α = 13 × 10−6/°C. The temperature difference
required for initial yielding at the inner wall of the disk for this case is 186 °Cwhich is
much lower than the recrystallization temperature of mild steel. However, a large
temperature difference is required to cause the yielding of the outer wall of the disk.
The large temperature difference may greatly change the material properties. There-
fore, it is not advisable to induce such a large temperature difference that will cause the
yielding of both the inner and outerwalls of the disk for achieving autofrettage. Hence,
the disk is simulated for a temperature difference of 270 °C for achieving autofrettage.
At 270 °C temperature difference, the wall of the disk undergoes first phase of elasto-
plastic deformation. The radius of elastic–plastic interface, c, is obtained as
11.709 mm. The hardening coefficient K and strain hardening exponent n for the disk
are taken as 226.98 MPa and 0.43. The stresses generated in the disk as a result of
autofrettage are shown as a function of radial position.

6.2.1 Elastic–plastic Thermal Stress Pattern

The elastic–plastic thermal stresses for the disk are obtained using Eqs. (16), (17),
(19) and (22). The similar trend, as obtained in the case of aluminum disk with
80 °C temperature difference, is observed. The results are shown in Fig. 8. Here
also, the strain hardening is not significant.

6.2.2 Residual Stress Pattern

The residual stress pattern for the autofrettaged steel disk is shown in Fig. 9. It is
observed that a significant amount of compressive residual hoop stresses are gen-
erated in and around the inner radius of the disk, and hence, it reduces the magnitude
of resultant stress when it is subjected to internal working pressure. The magnitudes
of tensile residual stresses generated at the outer region of the disk are very small.
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6.2.3 Overall Stresses with and Without Autofrettage

The autofrettaged steel disk is subjected to an internal working pressure of 100 MPa
and the resultant stress pattern is shown in Fig. 10. The corresponding stresses
without autofrettage are also shown using Eqs. (67) and (68). In case of the
autofrettaged disk, the magnitude of the maximum equivalent Tresca stress is found
to be 18.82 % less than that in case of the disk without autofrettage during the
pressurization. The maximum equivalent Tresca stress exists at the radius of elas-
tic–plastic interface for the autofrettaged case. Therefore, yielding of the disk
during the pressurization will first take place at the elastic–plastic interface. The
maximum pressure-carrying capacity of the autofrettaged disk in this case is
186 MPa. The non-autofrettaged disk can withstand a maximum pressure of
144 MPa only.

Fig. 9 Residual stresses in
mild steel disk

Fig. 8 Elasto-plastic stresses
in mild steel disk
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The following points are observed in general from the simulation of stresses for
both aluminum and steel disk:

1. Due to residual compressive hoop stress at the inside wall of the disk, the
resultant hoop stress becomes significantly lower in case of autofrettaged disk
than the original hoop stresses set up in the same disk due to internal pressure.

2. On the application of internal working pressure, the distribution of radial
stresses in the autofrettaged disk is very close to the radial stresses developed in
the non-autofrettaged disk.

7 Preliminary Experiments

In order to assess the feasibility of thermal autofrettage, an experimental setup has
been developed at IIT Guwahati and is shown in Fig. 11. For creating temperature
gradient in the cylinder, the cylinder is heated in the heating chamber by means of
electrical heating element and the inner surface is made cooler by regulating con-
tinuous flow of cold water. In the present experiment, the length of the cylinder

Fig. 11 The experimental
setup

Fig. 10 Comparison of
stresses with and without
autofrettage in mild steel disk
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considered is not large enough and no significant temperature variation of cold
water flow from inlet to outlet is observed. Thus, there will be uniform yielding
along the length of the cylinder. For the experiment, a mild steel disk (short cyl-
inder!) of inner radius 5 mm and outer radius 20 mm is considered. The length of
the cylinder is 50 mm. A temperature difference of 268 °C was generated between
the outer and inner walls of the disk, which is sufficient for achieving thermal
autofrettage. After that, the cylinder was allowed to cool to the room temperature.
The micro-hardness tests were conducted on the outer and inner surfaces of the
autofrettaged disk using Vickers micro-hardness tester at a load of 500 gf. The
micro-hardness test of the non-autofrettaged disk material was also carried out. The
average micro-hardness of the non-autofrettaged disk was 170.64 HV with standard
deviation 5.25 HV. The hardness of the outer surface of the autofrettaged disk was
157.28 HV with standard deviation 7.32, whereas the hardness of the inner surface
was 219.52 HV with standard deviation 12.84. It is envisaged that tensile residual
stresses on the outer surface cause a decrease in the micro-hardness. Similarly, the
compressive residual stresses on the inner surface cause an increase in the micro-
hardness. Thus, it appears that the partial thermal autofrettage has been achieved.

8 Conclusion

In this chapter, a novel autofrettage process by inducing temperature difference in
the hollow circular disk (or short cylinder) is proposed. The process is analyzed
theoretically considering the strain hardening of the disk during the plastic defor-
mation. Simulations are carried out for thermal autofrettage of aluminum and mild
steel disks. The overall simulation results show trends similar to those observed by
other researchers in case of hydraulic autofrettage. Some preliminary experiments
are also carried out to see the feasibility of the proposed process. The results of the
preliminary experiment are encouraging. Compared to hydraulic and swage
autofrettage, the achievable level of autofrettage is limited by the maximum
allowable temperature at the outer surface of the disk. However, the simplicity of
the process has potential to make it a competitive process.
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Numerical Analysis of Warm Deep
Drawing for Ti–6Al–4V Alloy

Nitin Kotkunde, Aditya D. Deole, Amit Kumar Gupta
and Swadesh Kumar Singh

Abstract The objective of this study was to focus on the current state of finite
element methods with respect to reliability in modeling of sheet metal forming
processes. The trustworthiness of the FE simulations largely depends on the input
material models used and correctness of the input material data. Formability
parameters required for finite element analysis have been determined for Ti–6Al–4V
alloy at temperature ranging from room temperature to 400 °C at intervals of 50 °C.
Based on these formability parameters, various anisotropic yield criteria, namely,
von-Mises, Hill 1948, Barlat 1989, Barlat 1996 and Cazacu–Barlat, have been
implemented for Ti–6Al–4V alloy. In addition to that, circular deep drawing
experiments have been performed in order to study the formability of Ti–6Al–4V
alloy sheet at warm condition. It has been observed that formability of the material is
very poor at room temperature. At temperatures above 150 °C till 400 °C, the
limiting drawing ratio is found to be 1.8, which is substantially lesser than other
structural alloys. Additionally, in the properly drawn cups, thickness distribution and
earing tendency have been studied over the range of temperature. In order to validate
the experimental results, finite element analysis has been done using commercially
available software DYNAFORM version 5.6.1 with LSDYNA solver version 971.
Also, failure regions during the experimentation have been identified using FE
analysis. Comparison of yield criteria based on thickness distribution, earing profile,
complexity in material parameter identification, and computational time has shown
Cazacu–Barlat to be well suited for deep drawing of Ti–6Al–4V alloy.
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1 Introduction

Metal forming is a general term, for a large group, that includes a wide variety of
manufacturing processes (Altan et al. 1983). Metal forming processes are charac-
teristic in that the metal being processed is plastically deformed in order to shape it
into a desired geometry (Marciniak 2002). Metal forming processes are commonly
used in the industry because it eradicates costly operations such as welding,
machining, and manufactures parts with reduced weight and good mechanical
properties with high production rates (Kotkunde et al. 2014a). Therefore, metal
forming is the backbone of modern manufacturing industry (Altan et al. 1983;
Marciniak 2002; Kotkunde et al. 2014a). Moreover, many sheet metal components
are produced using a deep drawing process. It is one of the most important and
popular processes in assessment of formability of sheet metal (Beal et al. 2006).

In the manufacturing industry, low carbon steels, austenitic stainless steels, have
been popularly used for a long time due to their exceptional formability at room
temperature, strength, good surface finish, and low cost (Singh et al. 2010; Hussaini
et al. 2014). However, despite the excellent properties, lightweight alloys such as
aluminum, titanium, and magnesium were ranked far behind than steels because of
cost and formability issues at room temperature (Toros et al. 2008; Bolt et al. 2001;
Cole and Sherman 1995; Naka and Yoshida 1999). Nowadays, because of superior
properties, demand of lightweight alloys in automotive and aerospace industries has
increased significantly (Bolt et al. 2001). But, formability of these alloys at room
temperature is a big challenge (Cole and Sherman 1995). Formability of these light
alloys can be greatly improved by warm forming (Kotkunde et al. 2014a; Kurukuri
et al. 2009; Odenberger et al. 2013). Since elevated temperature results in decreased
flow stress and increased ductility in the sheet, it allows deeper drawing and more
stretching to form products (Kotkunde et al. 2014a).

In sheet metal industries, during the last two decades, finite element (FE) sim-
ulations have gained special attention. Finite element analysis in sheet metal
forming is beneficial to reduce inaccurate and expensive tryouts (Takuda and Mori
et al. 2003). Nowadays, more attentions are given for finite element analysis at
warm conditions (Bong et al. 2013). The trustworthiness of the FE simulations
largely depends on the input material models used and correctness of the input
material data (Kotkunde et al. 2014b). Particularly, selection of an appropriate yield
criterion is essential because it provides an accurate prediction of the observed
initial and subsequent yield behaviors of a material (Naka and Yoshida 1999;
Kotkunde et al. 2014b). In addition to that, selection of appropriate hardening
model is crucial for accurate FE simulations in metal forming (Lin and Chen 2011;
Kotkunde et al. 2014c, d; Gupta et al. 2013).

Since the selection of an appropriate material model is essential in finite element
simulations, a considerable effort has been made for experimental observations of
yield loci on various types of metals (Banabic 2010; Hill 1950). In the last few years,
several efforts have been made for the development of anisotropic yield criteria
which consider plastic anisotropy. Therefore, FE simulation for warm forming
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involves highly nonlinear yielding and flow behavior, thermo-mechanical coupled
characteristics which make the FE simulation complicated (Kurukuri et al. 2009).

Hill’s 1948 model, Barlat’s 1989 model, or the von-Mises isotropic yield
functions were used in many applications because of the simplicity in determining
the material constants (Banabic 2010; Hill 1950). Barlat yield function with power
law work-hardening relation was used for finite element simulations of circular
deep drawing of AA 5042-H32 alloy (Keum et al. 2001). Boogaard et al. proposed
the flow stress behavior of AA5754-O with the modified power law model and also
with the Bergstrom model. The yield surface locus was assumed constant with
variation of temperature (Bergström 1983). Van den Boogaard and Huétink (2006)
proposed Vegter yield criterion with Bergström models for warm forming simu-
lations of cylindrical cup deep drawing. Fully coupled thermo-mechanical FE
simulation for aluminum sheet was proposed by Abedrabbo et al. In this FE
analysis, they proposed Barlat yield function (YLD2000-2d) and a phenomeno-
logical Holloman work-hardening model (Abedrabbo et al. 2007). Very recently,
Vegter yield criterion with physical-based work-hardening Nes model was used for
analysis of warm deep drawing of Al–Mg sheet. They used an in-house implicit
finite element code DiekA for the analysis (Kurukuri et al. 2009). Therefore, very
few efforts were reported about the implementation of various anisotropic yield
criteria in FE analysis for warm forming applications.

The objective of the present work is to study applicability of different anisotropic
yield criteria in finite element simulation of deep drawing of Ti–6Al–4V alloy at
warm condition.

2 Experimental Determination of Formability Parameters

Determination of mechanical properties accurately is one of the key issues in
analyzing the deformation behavior of the materials (Kotkunde et al. 2014b).
Numerous techniques are available to obtain the required flow stress curves such as
tensile, compression, torsion, shear, biaxial tensile, and hydraulic bulge test (Lange
1985). The flow stress curves determined using different tests and test conditions do
not replicate each other due to effects of stress state, yield criterion assumption,
anisotropy effect, Bauschinger effect, experimental inaccuracies, temperature, and
general weakness of the modeling (Koç et al. 2011). Hence, none of the test
methods can be named as the best or optimal (Lange 1985; Koç et al. 2011). Each
has its specific field of application due to definite straining paths. Therefore, the
selection of required test is one of the very important and crucial steps for finite
element analysis (Güner et al. 2009).

Among these test systems, the most widely used one is uniaxial tensile test that
is standardized by ASTM E8-04 and DIN EN 10 002 (Wessel 2004). The important
formability parameters required for FE analysis are strain-hardening exponent (n),
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strain rate sensitivity (m), Lankford parameters (r), yield strength (σy), ultimate
tensile strength, and ductility (Hannon and Tiernan 2008). The procedure to
determine the important formability parameters is given below.

2.1 Strain-hardening exponent (n):

Strain-hardening coefficient (n) is determined by the dependence of the flow (yield)
stress on the level of strain. In materials with a high n value, the flow stress
increases rapidly with strain. This tends to distribute further strain to regions of
lower strain and flow stress. A high n value leads to a large difference between yield
strength and ultimate tensile strength which is an indication of good formability.
The strain-hardening characteristics of a material are usually dependent on strain,
strain rate, and temperature (Mishra et al. 1989). If strain rate and temperatures are
assumed constant, the plastic-state equation can be approximated by the constitutive
Eq. (1) proposed by Hollomon (1945).

r ¼ ken ð1Þ

This constitutive equation provides good approximation for most steels, but is
not very accurate for dual-phase steels and some aluminum alloys. For these
materials, two or three n values may be needed to be calculated for the low-,
intermediate-, and high-strain regions (Davis 2004). However, for specific cases,
few other constitutive equations such as Ludwik (1909), Swift (1952), and Voce
(1948) are also used for determination of the n value. The detail test procedure for
determining n value is as per ASTM E 646–07 standard.

2.2 Strain rate sensitivity (m):

The material flow stress curve is dependent on strain rate and temperature (Hosford
and Canddell 2014). The strain rate sensitivity is, however, calculated in most
publications based on the strain rate dependency of flow curves. The logarithmic
strain rate sensitivity m is originally defined from the extended Hollomon Eq. (2).

r ¼ k � en � _em ð2Þ

There are two commonly used methods of determining m value. One is to obtain
continuous stress–strain curves at several different strain rates and compare the
levels of stress at a fixed strain using Eq. (2). The other is to make abrupt changes of
strain rate during a tension test and use corresponding level of Δσ. This method is
popularly known as rate change test or jump test (Davis 2004). Generally, use of
continuous stress–strain curves yields larger value of m than jump test. The jump
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test has an advantage that several strain rate changes can be made on a single
specimen, whereas continuous stress–strain curves require a specimen for each
strain rate (Hosford and Canddell 2014). For the present study, continuous stress–
strain curves at several different strain rates approach have been considered.

2.3 Lankford Coefficient (r)

The variation of the plastic deformation behavior with direction is assessed by a
quantity called Lankford parameter or anisotropy coefficient (Banabic 2010). Sheet
metals generally exhibit a considerable anisotropy due to their crystallographic
texture. This anisotropy has a great influence on the formability and shape of the
specimen during and after the deformation (Marciniak et al. 1973). Sheet metal
deformation processes are challenged due to the difficulties such as wrinkling,
earing, and failure that are tightly connected to the anisotropy and hardening of the
material (Pearce 1968). Lankford parameter is generally determined by uniaxial
tensile tests. The anisotropy coefficient r is defined by Eq. (3).

r ¼ ewidth
eThickness

ð3Þ

The above equation can be rewritten as Eq. (4)

r ¼ ln w
w0

ln t
t0

ð4Þ

where w and t are the final width and thickness, respectively, and w0 and t0 are the
initial width and thickness of the specimen, respectively. As the thickness of the
specimen is very small compared to its width, the relative errors of measurement of
the two strains will be quite different. Therefore, the above relationships are replaced
by considering the length of the specimen. Equation (4) is rearranged as Eq. (5).

r ¼ ln w
w0

ln l0w0
lw

ð5Þ

Generally, anisotropic is expressed in two ways. Normal anisotropy (rn) is
nothing but the average of r values obtained for different directions in the plane of
the sheet. It is mathematically expressed as Eq. (6). It indicates the drawability of
sheet.

rn ¼ r0 þ 2r45 þ r90
4

ð6Þ

Numerical Analysis of Warm Deep Drawing for Ti–6Al–4V Alloy 113



where r0, r45, and r90 are the Lankford parameters in 0°, 45°, and 90°, respectively,
orientation with respect to the rolling direction of the sheet.

However, planer anisotropy (Δr) can be expressed by difference strain ratio
values in various directions of the sheet plane. It is responsible for the formation of
ears in the drawn cups as well uneven thinning (Davis 2004). The mathematically, it
is expressed as Eq. (7).

Dr ¼ r0 � 2r45 þ r90
2

ð7Þ

In addition to that, yield strength in different directions, ultimate tensile strength,
and ductility are considerable parameters for forming FE analysis. Table 1 indicates
formability parameters calculated for Ti–6Al–4V alloy.

3 Yield Criteria for Finite Element Analysis

The transition from the elastic to plastic state occurs when a material reaches its
yield point. For uniaxial tensile-state case, it is very easy to understand and predict
the yield point. However, for multiaxial loading case, it is more difficult to define
and predict the yielding behavior of a material (Banabic 2010; Hill 1950). There-
fore, mathematical relationships are essential to define the yield function. Generally,
it is a relation between the principal stresses in multiaxial loading case and yield
stress in uniaxial case. Its relation is expressed as Eq. (8)

Fðr1; r2; r3; rY Þ ¼ 0 ð8Þ

where σ1, σ2, and σ3 are the principal stresses and σY is the yield stress obtained
from a simple tension/compression/shear test (Banabic 2010).

Table 1 Formability parameters of Ti–6Al–4V alloy with variation of temperature

Temp. (°C) σ0
(MPa)

σ45
(MPa)

σ90
(MPa)

r0 r45 r90 n m σut
(MPa)

Room
temp.

879 824 875 0.4698 1.4325 0.2939 0.0335 0.001 945

50 876 806 882 0.4832 1.4235 0.3025 0.0337 0.003 941

100 845 780 842 0.5278 1.3925 0.3489 0.0415 0.006 913

150 795 740 784 0.5625 1.3711 0.3694 0.0463 0.009 842

200 728 642 757 0.6036 1.6144 0.5605 0.0575 0.010 811

250 707 617 727 0.7964 1.1854 0.7093 0.0594 0.010 761

300 687 598 702 0.7594 1.1523 0.4896 0.0636 0.011 751

350 683 595 693 0.7139 1.0727 0.5329 0.0677 0.012 742

400 681 591 691 0.6010 1.2632 0.5124 0.0679 0.012 737
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Equation (8) signifies the mathematical description of a surface in the three-
dimensional space of the principal stresses generally called the yield locus. The
most commonly used yield criteria for isotropic materials have been proposed by
Huber–von-Mises (Banabic 2010). The Following are a few important yield criteria
which are available in popular FE analysis software for sheet metal forming.

3.1 von-Mises Yield Function

In the ideal case of isotropic materials, von-Mises equation for 3D case is given by
Eq. (9)

ðr1 � r2Þ2 þ ðr2 � r3Þ2 þ ðr3 � r1Þ2 ¼ 2r2Y ð9Þ

For plane stress condition, the above equation reduces to

r21 � r1 � r2 þ r22 ¼ r2Y ð10Þ

The representative yield loci for von-Mises yield criterion for Ti–6Al–4V alloy
are shown in Fig. 1.

3.2 Hill 1948 Yield Criterion

Hill 1948 (Hill 1950) is one of the most popular anisotropic yield criteria for finite
element simulation of sheet metal forming processes. The plane stress yield func-
tion is given by Eq. (11)

Fig. 1 Representative von-
Mises yield criterion for Ti–
6Al–4V alloy
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FðrÞ ¼ r211 þ r222 �
2R

Rþ 1
r11r22 þ 2

2Rþ 1
Rþ 1

r12

� �1=2

ð11Þ

where R is normal anisotropy coefficient and r11; r22 are the principal stresses. The
material response after yielding is governed by an elastic–plastic constitutive
relation with plastic hardening modulus and yield stress of the material as an input.
The representative yield locus for Ti–6Al–4V alloy at 400 °C is shown in Fig. 2.

3.3 Barlat 1989 Yield Criterion

Anisotropic yield function developed by Barlat and Lian (1989) for modeling sheets
under plane stress condition is expressed in Eq. (12). The material response after
yielding is governed by exponential hardening rule; m is the material parameter
which depends on the crystal structure of a material. For Ti–6Al–4V alloy m value
is taken as 8 for HCP structure materials.

U ¼ ajK1 þ K2jm þ ajK1 � K2jm þ cj2K2jm ¼ 2rmy ð12Þ

where K1 ¼ rx�hry
2 ;K2 ¼

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
rx�hry

2

� �2
�p2s2xy

r
; and a, c, and h are functions of

anisotropy ratio and they are expressed as

a ¼ 2� 2

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
R00R90

ð1þ R00Þð1þ R90Þ

s

h ¼
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
R00ð1þ R90Þ
R90ð1þ R00Þ

s

and c ¼ 2� a

ð13Þ

Fig. 2 Hill 1948 yield locus
for Ti–6Al–4V alloy at
400 °C
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where rh is anisotropy ratio measured for h orientation from rolling direction p is
found out iteratively. Equation (14) is used to find out the value of p iteratively.

rh ¼
2rmy

@/
@rx

þ @/
@ry

� �
rh

� 1 ð14Þ

The representative Barlat 1989 yield locus for Ti–6Al–4V alloy at 400 °C is
shown in Fig. 3.

In sheet metal forming industries, Hill 1948 and Barlat 1989 model are quite
popular because it is very easy to determine the material constant by using only
uniaxial tensile test. However, most of the metal forming operations is carried out
under biaxial states of stress; the stress–strain formability parameters obtained by
uniaxial tensile testing are inadequate (Hannon and Tiernan 2008). In tensile tests,
the maximum attainable strain is reported to be limited to approximately 30 %. This
leads to interpolations of the test data that are necessary beyond the fracture point
(Gutscher et al. 2004). Limitations of uniaxial tensile test have been described by
several researchers (Kaya et al. 2008; Atkinson 1996). Subsequently, biaxial testing
has become of great importance in establishing the formability characteristics of
sheet metal, whereas the material is subjected to deformation in more than one
plane or axis. There are numerous methods of producing biaxial stresses in a
material for different types of specimens. These include the bulge test (Demmerle
and Boehler 1993; Vlassak and Nix 1992), combined tension–torsion test (Keefe
et al. 1998) and biaxial testing of sheet metal (Hannon and Tiernan 2008).

Biaxial testing with various types of cruciform specimens is the most promising
method to realize various stress states of biaxial tension by changing the proportion
of load or displacement of the two axes (Xiang-Dong et al. 2005). Presently, there is
no any particular standard available in cruciform specimen dimensions (Hannon
and Tiernan 2008). Another popular method to determine the biaxial state of stress
is the hydraulic bulge test (Bong et al. 2013). However, since the hydraulic bulge

Fig. 3 Barlat 1989 yield
locus for Ti–6Al–4V alloy at
400 °C
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test ensures fluid pressure, it is usually very challenging to measure the flow curve
at warm forming temperature (Lee et al. 2013).

The development of the latest yield criteria usually needs biaxial yield stress and
biaxial anisotropic coefficients. In this study, biaxial data were taken from previous
literature (Odenberger et al. 2013). Table 2 indicates the material properties
required for determination of various yield criteria parameters at 400 °C.

3.4 Barlat 1996 Yield Criterion

The yield criterion proposed by Barlat et al. (2003) is expressed in Eq. (15)

/ ¼ /1jS2 � S3ja þ/2jS3 � S1ja þ/3jS1 � S2ja ¼ 2�ra ð15Þ

where �r is equivalent stress and a is a material parameter which is the same as
Barlat 1989 yield criterion. Si corresponds to principal values of Cauchy stress
deviator.

The equivalent stress deviator is defined as

s½ � ¼ L½ �½r�

where; L ¼

ðc2 þ c3Þ=3 �c3=3 �c2=3 0

�c3=3 ðc3 þ c1Þ=3 �c1=3 0

�c2=3 �c1=3 ðc1 þ c2Þ=3 0

0 0 0 c4

2
6664

3
7775 ð16Þ

c1, c2, c3, and c4 are material constants and /i¼1;2;3 depends upon the orientation of
frame of the principal value of S and anisotropy axis (Barlat and Lian 1989).

/i ¼ /xP
2
1i þ /y P

2
2i þ /z P

2
3i ð17Þ

For a plane stress condition when shear stress is zero, the yield function becomes

/ ¼ /xjSy � Szja þ/yjSz � Sxja þ/z0jSx � Syja ¼ 2�ra ð18Þ

Table 2 Material properties for Ti–6Al–4V alloy at 400 °C

Temperature
(°C)

σ0
(MPa)

σ45
(MPa)

σ90
(MPa)

σC
(MPa)

σb
(MPa)

r0 r45 r90 rb

400 681.0 591.0 691.0 751.0 744.9 0.6 1.26 0.512 1.02
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where

Sx ¼ c3 þ c2
3

rx � c3
3
ry

Sy ¼ �c3
3

rx þ c11 þ c3
3

ry

Sz ¼ �c2
3

rx � c1
3
ry

For instance, consider /z0 ¼ 1. When the shear stress is not equal to zero, other
constants c6 and /z1 are used to introduce anisotropy. Therefore, seven tests are
needed to be performed for determining the material constants.

For uniaxial tension in rolling direction, the components of the stress deviator are

Sx ¼ c3 þ c2
3

r0

Sy ¼ �c3
3

r0

Sz ¼ �c2
3

r0

ð19Þ

By substituting these components into Eq. (18)

F ¼ /xjc2 � c3ja þ/yj2c2 þ c3ja þ/z0jc2 þ 2c3ja � 2ð3�r=r0Þa ð20Þ

Similarly, for uniaxial tension in 90° orientation and biaxial stress state, the
equation reduces in the form of Eq. (21)

F ¼ /xjc3 � 2c1ja þ/yjc3 � c1ja þ/z0jc1 þ 2c3ja � 2ð3�r=r90Þa
F ¼ /xj2c1 þ c2ja þ/yjc1 þ 2c2ja þ/z0jc1 � c2ja � 2ð3�r=rbÞa

ð21Þ

Other three expressions are obtained by a function expressed in Eq. (22) con-
sidering r value’s directionality requirement.

r0 ¼ 2�ra

ð@u@Sx þ
@u
@Sy

Þr0
� 1

r90 ¼ 2�ra

ð@u@Sx þ
@u
@Sy

Þr90
� 1

rb ¼ 2�ra

ð@u@Sx þ
@u
@Sy

Þrb
� 1

ð22Þ

Therefore, six material constants are calculated by solving above six nonlinear
equations. The material constants for Barlat 1996 yield criteria are presented in
Table 3. The yield locus is plotted as shown in Fig. 4.
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3.5 Barlat 2000 Yield Criterion

Barlat and Lian (1989) proposed an anisotropic yield criterion which is made of two
convex functions. The equation for the yield locus is given by Eq. (23)

/
0 ¼ X

0
1 � X

0
2

�� ��a;/00 ¼ 2X
00
2 þ X

00
1

�� ��aþ 2X
00
1 þ X

00
2

�� ��a
/ ¼ jX 0

1 � X
0
2ja þ j2X 00

2 þ X
00
1 ja þ j2X 00

1 þ X
00
2 ja ¼ 2ray

ð23Þ

fX 0 g ¼ ½C0 �fsg ¼ ½C0 �½T �½r� ¼ ½L0 �½r�
fX 00 g ¼ ½C00 �fsg ¼ ½C00 �½T �½r� ¼ ½L00 �½r�

where ½T� ¼
2=3 �1=3 0

�1=3 2=3 0

0 0 1

2
64

3
75

ð24Þ

in which X′1,2 and X″1,2 are the principal values of the linearly transformed stress
deviator matrices {s},

When the matrices C′ and C″ are taken as identity matrix, the above criteria
reduce to isotropic case. For the simplicity of calculation, anisotropy parameters
and the coefficients of L′ and L″ are related as,

Fig. 4 Barlat 1996 yield
locus for Ti–6Al–4V alloy at
400 °C

Table 3 Barlat 1996 model material parameters for Ti–6Al–4V alloy

Temperature (°C) C1 C2 C3 C4 αx αy αz0 a

400 1.059 0.939 1.233 1 0.992 0.992 1 8
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L011
L012
L021
L022
L066

2
66664

3
77775 ¼

2=3 0 0
�1=3 0 0
0 �1=3 0
0 2=3 0
0 0 1

2
66664

3
77775

a1
a2
a7

2
4

3
5 ð25Þ

L0011
L0012
L0021
L0022
L0066

2
66664

3
77775 ¼

�2 2 8 �2 0
1 �2 �4 �4 0
4 �4 �4 1 0
�2 8 2 �2 0
0 0 0 0 9

2
66664

3
77775

a3
a4
a5
a6
a8

2
66664

3
77775 ð26Þ

Exponent a is the same parameter as in the three parameter Barlat’s criterion.
Matrices C′ and C″ are expressed in terms of eight anisotropy coefficients /i, for
isotropic case /i is unity.

For determination of material parameters /1 to /8, eight tests are needed to be
performed. In this study, yield stresses in 0°, 45°, and 90° orientation and Lankford
coefficients in the same direction are obtained from experiments. In addition to that,
biaxial yield stress and biaxial anisotropy coefficient are considered from previous
literature (Odenberger et al. 2013).

Deviatoric components are defined for loading each stress of state as Eq. (27)

sx ¼ cr; sy ¼ dr ð27Þ

The material parameters are determined by solving two equations given below
(28) for each state of stress.

F ¼ j/1c�/2dja þ j/3c� 2/4dja þ/z0j2/5c�/6dja � 2ð�r=rÞa

G ¼ qx
@/
@sx

� qy
@/
@sy

¼ 0
ð28Þ

The parameter descriptions were given in previous literature (Odenberger et al.
2013). The material constants for Barlat 2000 criterion are presented in Table 4.
The yield locus plotted by Barlat 2000 model is as shown in Fig. 5.

Table 4 Barlat 2000 model material parameters for Ti–6Al–4V alloy

Temperature (°C) α1 α2 α3 α4 α5 α6 α7 α8 a

400 0.982 0.853 0.787 0.976 0.986 0.787 1.132 1.426 8
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3.6 Cazacu–Barlat Yield Criterion

Cazacu et al. (2006) proposed an anisotropic yield criterion which consists of both
tension and compression asymmetry. For extending this criterion, stress deviator
s is linearly transformed and the principle values of Cauchy stress deviator in the
yield function are replaced by transformed tensor. The proposed anisotropic yield
function is given as Eq. (28)

X
1

�����
������ k

X
1

" #a
þ

X
2

�����
������ k

X
2

" #a
þ

X
3

�����
������ k

X
3

" #a
¼ F

where R ¼ C s½ �
ð29Þ

C ¼

C11 C12 C13

C12 C22 C23

C13 C23 C33

C44

C55

C66

2
6666664

3
7777775

where C is a fourth-order transformation tensor with reference to orthotropic (x, y,
z) axes and F is the size of yield locus, k is based on yield stress in tension/
compression and material parameter a in the yield function.

rT
rC

¼ ð2=3ð1þ kÞÞa þ 2ð1=3 1� kð ÞÞa
ð2=3ð1� kÞÞa þ 2ð1=3 1þ kð ÞÞa

�	 1=a

ð30Þ

Fig. 5 Barlat 2000 yield
locus at 400 °C
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Material parameter a is considered as 8 for Ti–6Al–4V. The material constants in
tensor C are determined by performing uniaxial yield stress in tension and compres-
sion along with balanced biaxial test and anisotropy coefficients (Cazacu et al. 2006).

Consider plane stress condition for thin sheet, the nonzero components are the
(σxx, σyy, τxy). Hence, the principal values of R are as follows:

X
1

¼ 1
2

X
xx

þ
X
yy

þ

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiX
xx

�
X
yy

 !2

þ4
X2
xy

vuut
2
4

3
5

X
2

¼ 1
2

X
xx

þ
X
yy

�

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiX
xx

�
X
yy

 !2

þ4
X2
xy

vuut
2
4

3
5

X
3

¼
X
zz

ð31Þ

where

X
xx

¼ 2
3
C11 � 1

3
C12 � 1

3
C13

� �
rxx þ � 1

3
C11 þ 2

3
C12 � 1

3
C13

� �
ryy

X
yy

¼ 2
3
C12 � 1

3
C22 � 1

3
C23

� �
rxx þ � 1

3
C12 þ 2

3
C22 � 1

3
C23

� �
ryy

X
zz

¼ 2
3
C13 � 1

3
C23 � 1

3
C33

� �
rxx þ � 1

3
C13 þ 2

3
C23 � 1

3
C33

� �
ryyX

xy

¼ C66rxy

ð32Þ

Let rT0 and rC0 be yield stresses in tension and compression, respectively, along
the 0° orientation. The proposed orthotropic yield criterion is written as Eq. (33)

rT0 ¼ F
/1j j � k/1½ �aþ /2j j � k/2½ �aþ /3j j � k/3½ �a

	 �1
a

rC0 ¼ F
/1j j þ k/1½ �aþ /2j j þ k/2½ �aþ /3j j þ k/3½ �a

	 �1
a

ð33Þ

/1 ¼
2
3
C11 � 1

3
C12 � 1

3
C13

� �

/2 ¼
2
3
C12 � 1

3
C22 � 1

3
C23

� �

/3 ¼
2
3
C13 � 1

3
C23 � 1

3
C33

� � ð34Þ
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Similarly for transverse direction,

rT90 ¼
F

W1j j � kw1½ �aþ w2j j � kw2½ �aþ w3j j � kw3½ �a
	 �1

a

rC90 ¼
F

W1j j þ kw1½ �aþ w2j j þ kw2½ �aþ w3j j þ kw3½ �a
	 �1

a

ð35Þ

where

w1 ¼ � 1
3
C11 þ 2

3
C12 � 1

3
C13

� �

w2 ¼ � 1
3
C12 þ 2

3
C22 � 1

3
C23

� �

w3 ¼ � 1
3
C13 þ 2

3
C23 � 1

3
C33

� � ð36Þ

Similarly for biaxial direction,

rTb ¼ F
X1j j þ kX1½ �aþ X2j j þ kX2½ �aþ X3j j þ kX3½ �a

	 �1
a

ð37Þ

where

X1 ¼ 1
3
C11 þ 1

3
C12 � 2

3
C13

� �

X2 ¼ 1
3
C12 þ 1

3
C22 � 2

3
C23

� �

X3 ¼ 1
3
C13 þ 1

3
C23 � 2

3
C33

� � ð38Þ

Let rθ is Lankford coefficient under the uniaxial tension case, according to
proposed orthotropic criterion

rT0 ¼ � 1� kð ÞaUa�1
1 W1 þ �1� kð Þa Ua�1

2 W2 þ Ua�1
3 W3


 �
1� kð ÞaUa�1

1 W1 þ U1ð Þ þ �1� kð Þa Ua�1
2 W2 þ Ua�1

3 W3 þ Ua
2 þ Ua

3


 �
rT90 ¼ � 1� kð ÞaWa�1

2 U2 þ �1� kð Þa Wa�1
1 U1 þWa�1

3 U3

 �

1� kð ÞaWa�1
2 W2 þ U2ð Þ þ �1� kð Þa Wa�1

1 U1 þWa�1
3 U3 þWa

1 þWa
3


 �
ð39Þ

124 N. Kotkunde et al.



The material constants have been calculated by solving a set of nonlinear
equations using MATLAB. The material constants are presented in Table 5. The
yield locus plotted by Cazacu–Barlat function is as shown in Fig. 6.

4 Important Points About Finite Element Analysis

The considerable increase in computer processing speeds makes it possible to
include the FEM for investigating various aspects of metal forming processes,
therefore overcoming most of the obstructive assumptions related with analytical
models. Many investigators have adopted FEM to gain better understanding of
sheet metal forming processes (Van den Boogaard and Huétink 2006; Abedrabbo
et al. 2007). Numerous FE codes such as DYNAFORM/LSDYNA/ABAQUS/
ANSYS/AUTOFORM are available for sheet metal forming simulations.

4.1 FE Analysis Method

There are generally two types of methods for solving the ordinary differential
equations which are derived from the problem: (a) Implicit method and (b) Explicit
method.

Implicit method is not suitable for highly nonlinear problems because of the
convergence issue. Sheet metal forming is characterized by many nonlinearity not

Table 5 Cazacu–Balart yield model material parameters for Ti–6Al–4V alloy

Temperature (°C) C11 C22 C33 C12 C13 C23 C44 a k

400 1.959 1.837 1.955 0.684 0.480 0.451 1.880 8 −0.085

Fig. 6 Cazacu–Barlat yield
locus for Ti–6Al–4V alloy at
400 °C
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only due to structural and material nonlinearity, but also due to contact between the
bodies makes the problem highly nonlinear. However, by using explicit method,
these nonlinearities can be treated without any problem (Nielsen 2000). Few
advantages of the explicit formulation are listed below:

• Few computations are required per time step
• The algorithm is simple in logic and structure, so complex nonlinearities are

easily handled.
• It is reliable in accuracy and completion of computation.

4.2 Selection of Element Type

One of the major choices when developing a proper finite element model is the choice
of element formulation.Most of sheet metal forming processes is considered to be in a
plane stress condition. For plane stress condition, generally shell element has better
choice. The following are some important shell elements available in LSDYNA.

• Selective reduced Hughes–Liu shell (SRHL)
• Selective reduced co-rotational Hughes–Liu shell (SRCOHL)
• Hughes–Liu shell (HL)
• Englemann–Whirley shell (EW)
• Co-rotational Hughes–Liu shell (COHL)
• Belystchko–Lin–Tsay shell (BLT)
• Belystchko–Wong–Chiang shell (BWC)

The detailed description about each element is available in LSDYNA user
manual (LS-DYNA Keyword User’s Manual 2007). For the present FE analysis,
the blank and the tool components were meshed using Belystchko–Tsay shell
elements as it takes less computational time, around 30–50 % less than other
elements like Hughes and Liu (Kotkunde et al. 2014a; Nielsen 2000).

4.3 Mesh Adaptivity

Metal forming simulations are considered as large deformation problems. There-
fore, the elements may undergo excessive deformation which leads to abrupt
increase in aspect ratio of the element. Such increase in aspect ratio of the element
increases the stiffness in one direction and decreases in another which further affects
the accuracy of the simulation. Also, mesh size affects the time step calculation by
taking smallest length into account and as the time step decreases the time required
to solve the nonlinear problem increases to a large extent. Therefore, in order to
resolve such a problem adaptive meshing is used. Adaptive meshing divides the
element into a number of parts when the aspect ratio becomes excessively large and
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maintains the stiffness properties balanced in both direction and thereby improving
the results of finite element simulations. Figure 7 shows mesh adaptivity after
certain deformation in the blank.

4.4 Mass Scaling

Sheet metal forming simulations are highly nonlinear in nature, and it takes a lot of
computational time to get the desired output. In industries, it is desirable to reduce
the simulation time to get the required results. Therefore, few methods are available
in the commercial FE analysis software for increasing of simulation speed.
Specifically, mass scaling method is popularly used to speed the FE analysis
(Olovsson et al. 2005).

For a shell element the time step size is calculated using Eq. (40). From this
relation, it is clear that the time step size can be changed by changing the element
length (L), Young’s modulus (E), and density (ρ). But changing L will change the
mesh density and deteriorates the results; changing E is not recommended as it
greatly affects the material stiffness. The last option is changing the density which
may not have a significant effect on analysis results. This process of changing
density to increase the time step and to minimize the computational time is called as
mass scaling.

Dtc ¼ L
c

where c ¼
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi

E
qð1� #2Þ

s ð40Þ

Mass scaling is done manually or automatically in commercial software pack-
ages. In manual mass scaling, the density of material is changed in the material
card. The excess mass scaling also induces dynamic effects; thus, it is important to
monitor the kinetic energy of the system to understand about the effect of mass

Fig. 7 Mesh adaptivity for blank
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scaling on the results. These are a few salient points one needs to take into account
before a FE analysis. Figure 8 shows the work flow of DYNAFORM software
program.

5 Finite Element Analysis of Warm Forming
for Ti–6Al–4V Alloy

5.1 Experimental Details

Ti–6Al–4V alloy sheet of 0.9 mm thickness is used. The drawability range of Ti–
6Al–4V alloy was found by performing experiments at various temperatures.
Temperature higher than 400 °C increases the oxygen contamination in Ti–6Al–4V
alloy, and with oxygen, the material becomes more brittle due to formation of α-
scale. Therefore, it is preferred to perform warm forming of Ti–6Al–4V alloy in an
inert and protective environment (Kotkunde et al. 2014a). Considering the limita-
tions of experimental facility at higher temperatures with inert environment, the
experiments were performed up to 400 °C at interval of 50 °C on different diameter
blanks. Molykote was used for forming process at elevated temperatures as an

Fig. 8 Workflow of
DYNAFORM software
program
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effective lubricant (Singh et al. 2010). Blanks were kept at particular temperature
for certain duration (approximately 3–5 min.) for uniform heating of the sheet.
Deep drawing operation was performed when the blank reaches the required
temperature.

Based on the reported study, it is seen that Ti–6Al–4V alloy is difficult to form at
room temperature (Odenberger et al. 2013). The similar results are observed in the
present investigation for temperature up to 150 °C. A maximum of 54-mm-diameter
blank was drawn successfully at 400 °C; hence, the maximum limiting draw ratio
(LDR) of 1.8 is achieved which is lesser than other metallic materials such as steel
and aluminum (Singh et al. 2010; Hussaini et al. 2014).

5.2 Preprocessing for FE Analysis

The input models such as die, blank, blank holder, and punch were constructed in
preprocessor. For the present investigation, isothermal model was used. After the
surface was generated, fine meshing was done on the surface of the tool compo-
nents and on the blank. Adaptive meshing was used on the blank to obtain accurate
results. The complete model in the preprocessor is shown in Fig. 9.

The blank and the tool components were meshed using Belytschko–Tsay shell
elements as it takes less computational time, around 30–50 % less than others
(Kotkunde et al. 2014a). Material properties were calculated using uniaxial tensile
test performed at room temperature to 400 °C at interval of 50 °C and a constant
velocity of 2 mm/s. Table 1 indicates the material properties for Ti–6Al–4V alloy at
warm conditions. Selective mass scaling was used for finite element (FE) simula-
tions. von-Mises, Hill 1948, and Barlat 1989 yield criteria with Hollomon power
law are used for FE analysis. The evaluated material properties used for the sim-
ulations are shown in Table 1. The coefficient of friction under the forming con-
ditions was calculated by inverse approach. The methodology was adopted by
varying the coefficient of friction values and superimposing experimental and
simulated plot of maximum punch force. Figure 10 shows representative load

Fig. 9 Axisymmetric model
of deep drawing setup
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versus displacement graph for the punch at 400 °C. Table 6 shows variation of
coefficient of friction value with temperature. As expected, as temperature increases,
coefficient of friction value increases from 0.05 to 0.09. The variation in the value is
negligible, it indicates the effectiveness of Molkote lubricant during the experi-
mentation at high temperature (Singh et al. 2010).

5.3 Failure Study

The fracture can be distinguished in two ways, initial fracture and final fracture,
shown in Figs. 11a, b and 12a. Similar fractures were reported in the previous
literature (Djavanroodi and Derogar 2010; Zhang et al. 2007). Initial fracture appears
in the punch corner region since the material possesses very low strain-hardening

Fig. 10 Representative experimental and FE validation of punch load versus punch disp. at
400 °C

Table 6 Variation of
coefficient of friction value
with temperature

Temperature (°C) 150 200 250 300 350 400

COF 0.05 0.05 0.07 0.07 0.08 0.09

Fig. 11 Comparison of neck failure at experimentation and FE analysis using Barlat 1989 yield
criterion
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exponent at room temperature. For larger diameter blanks, due to more punch load
requirement the extent of thinning will be more; hence, failure will be appearing in
the neck region.

Another type of fracture observed is final fracture, i.e., chipping of wall materials
from upper region. This type of fracture is seen at the temperature of 400 °C with
larger blank diameter (above 56 mm). Bauschinger effect is more pronounced in Ti–
6Al–4V alloy upto lower elevated temperature (Odenberger et al. 2013). Heavy
compressive hoop stresses and radial tensile stresses are developed in the flange
region. Since the material loses its compressive strength due to Bauschinger effect
therefore, even a slight tendency of wrinkling will lead to fracture. Moreover, at this
temperature work-hardening tendency of the material is almost insignificant as
mentioned in Table 1. As the material is moving from flange toward die curvature,
there is possibility of increased friction at higher temperatures which is evidence
from Table 6. Therefore, excessive shear stresses will be developed on the outer
surface of material in the bend region of die. In addition to this, compressive
stresses will be developed on inner curvature of the blank. Since the material is
weak in compression due to Bauschinger effect, the inner curvature of blank may
become the site for the initiation of failure. As discussed before, this material does
not exhibit much work hardening even at higher temperatures; hence, drawing may
lead to shear fracture in the upper region of the wall. One of the possible solutions
to overcome this problem is increasing the die curvature which decreases the
intensity of the compressive stresses on the inner surface of the sheet metal. When
large-diameter blank is being drawn, due to the excessive shear stresses on the bend
region of die, the initiated crack has sufficient time to grow and fracture the
material. On the other hand for smaller diameter blanks, the initiated crack does not
have sufficient time to propagate and the cups can be successfully drawn before
failure takes place. These are the major reasons that in the drawn cups, the fracture
occurs near the region of upper wall. The fracture at upper wall portion (chipping of
material) is shown in Fig. 13a.

Strain data point in the simulation shows fracture in the punch corner as shown
in Fig. 12c; this indicates that the fracture may appear at the beginning of an
experimental drawing process. Simulation of 56-mm-and-above-diameter cups at

Fig. 12 Comparison of chipping of material at experimentation and FE analysis using Barlat 1989
yield criterion
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400 °C shows excessively high von-Misses stresses in the upper region of the cup,
and it is shown in Fig. 13b. The von-Misses stresses should not exceed mean flow
stress as it may lead to fracture in the material. Hence, it can be interpreted that the
fracture can take place in this area. The detailed study of failure requires incor-
porating damage model in FE analysis. The most popular damage models are
Johnson–Cook damage model and Gurson damage model (Wierzbicki et al. 2005).
For incorporating these models in FE analysis, one need to find out parameters for
these models using experimental data. For present FE analysis, we were not con-
sidering any damage model. Our intention is to show the crack initiation and
possibility of failure by FE analysis.

5.4 Thickness Distribution and Earing Profile Prediction

It can be seen from Table 1 that the strain-hardening exponent (n) is very low at
room temperature. Similar range of n values was reported in the previous literature
(EI-Domiaty 1992). With increase in temperature, there is gradual increase in the
strain-hardening exponent which implies the material has more scope for elongation
before necking. That may be the reason Ti–6Al–4V alloy could be drawn above
150 °C. Representative drawn cups are shown in Fig. 13.

Drawn cups were cut using wire cut EDM, and the thickness was measured from
the center toward the cup wall. Thickness plots at various temperatures for different
blank diameters are shown in Fig. 14. As expected, neck formation appeared near
the punch corner radius and increase in thickness was observed in wall region. As
discussed before, at higher temperature between 150 and 400 °C, there is a con-
sistent increase in the strain hardening of material compared to room temperature.
Hence, reduced necking tendency can be seen in all thickness plots shown in
Fig. 14. As the temperature of blank increases, there is consistent decrease in
ultimate tensile strength and yield strength of material as mentioned in Table 1; this
decreases the mean flow stress at which the material is being drawn. Hence, lesser
amount of forces will be appeared on the punch; this will further decrease the
variation of the thickness in drawn cup. Therefore, at higher temperature, more

Fig. 13 Representative drawn cups at a 50-mm-diameter blank and 150 °C, b 52-mm-diameter
blank and 250 °C, c 54-mm-diameter blank and 250 °C, d 54-mm-diameter blank and 400 °C
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uniform thickness can be observed due to lower mean flow stress and slightly larger
work-hardening exponent. Alternatively, for larger blank diameter since a larger
area of flange has to be drawn into die, there will be increase in punch load, and
hence, increased tendency of thinning will appear at the punch corner. Based on this
observation, it can be concluded that as temperature increases, thickness is more
uniform which means better quality of cups will be obtained with optimum blank
diameter. FE analysis has been carried out for all the possible blank diameters and
variation of temperature from 150 to 400 °C at interval of 50 °C. For present
analysis von-Mises, Hill 1948 and Barlat 1989 yield criteria have been used. Fig-
ure 15 shows representative thickness distribution comparison at 400 °C and 52-
mm-diameter blank. It has been clearly indicated that von-Mises yield criterion
thickness prediction is very poor compared to other two yield criteria. Even ten-
dency of necking prediction at punch corner region is poorly predicted by von-
Mises yield criterion. The average absolute error is almost 10 % which indicate very
poor prediction of thickness distribution. However, Hill 1948 and Barlat 1989 yield
criteria follow the trend of experimental thickness distribution. Barlat 1989 yield
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Fig. 14 Representative thickness distribution at 52-mm-diameter blank with variation of
temperature
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model prediction is better than that of Hill 1948 criterion, specifically in the wall
region thickness prediction. The average relative error is almost 5 % in both the
cases. Table 7 indicates relative error between experimental thickness distribution
and all above-mentioned three yield criteria for all the possible blanks with vari-
ation of temperature.

Earing in deep drawing for anisotropic metals is a pronounced phenomenon.
Accurate prediction of earing profile is one of the main criteria for appropriate
selection of yield criterion in FE analysis. Figure 16 shows earing profile of experi-
mental and simulated cups. It clearly indicates that earing is poorly predicted using all
the yield criteria. However, Barlat 1989 model cup height prediction is better than all
other models. Therefore, considering a thickness distribution and earing profile,
Barlat 1989 model is better than Hill 1948 and von-Mises yield criteria.

Deviation between experimental and FE results of thickness distribution and
earing profile can be further minimized by using advanced yield criteria. But these
advanced yield models have more number of material parameters which further
need more number of tests such as bulge test, shear test, compression test, etc. For
present study, biaxial yield data have been taken from previous literature (Oden-
berger et al. 2013). Barlat 1996, Barlat 2000 and Cazacu–Barlat yield criteria are
chosen for further analysis.

Representative thickness distribution for the 54-mm-diameter blank is as shown
in Fig. 17. All these three yield criteria prediction is better than that of Barlat 1989

Table 7 Average absolute error for experimental thickness

Blank diameter
(mm)

Temperature
(°C)

von-Mises
error (%)

Hill 1948
error (%)

Barlat 1989
error (%)

50 150 9.25 5.21 5.00

50 200 8.57 6.2 5.13

50 250 9.34 5.37 5.77

50 300 9.75 5.57 5.24

50 350 8.89 6.25 5.77

50 400 8.78 5.2 4.44

52 150 9.15 5.2 4.65

52 200 9.25 4.5 3.62

52 250 8.75 5.2 4.13

52 300 8.5 5.0 4.35

52 350 10.25 7.0 6.75

52 400 10.50 8.25 7.16

54 150 8.75 6.25 5.05

54 200 8.0 4.0 2.74

54 250 9.25 4.25 2.93

54 300 8.75 5.25 5.98

54 350 9.25 5.25 4.22

54 400 9.85 5.0 4.24
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model. The calculation of relative error of thickness along deep drawn cup is
presented in Table 8. Average percentage error of thickness distribution and its
standard deviation are chosen as statistical measures for comparing anisotropic
yield criteria. It is clear from Table 8 that Cazacu–Barlat yield has the least error in
prediction compared to other models.

Figure 18 shows earing profile of experimental and simulated cups using
advanced yield criteria. Earing is poorly predicted by Barlat 1996 and Barlat 2000
yield models. However, Cazacu–Barlat yield criterion shows a better result in
earing prediction. Therefore, considering thickness distribution and earing profile
are qualitative parameters of deep drawn cups, Cazacu–Barlat yield model is well
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Fig. 16 Earing profile of experimental and simulated cups
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Fig. 17 Thickness distribution of 54-mm-diameter blank at 400 °C

Table 8 Comparison of average relative error (%) in thickness distribution

Material model Barlat 1996 Barlat 2000 Cazacu–Barlat

Average relative error (%) 3.6 3.0 1.6

Standard deviation of error 0.0161 0.0232 0.0112
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suited for warm deep drawing of Ti–6Al–4V alloy. Table 9 indicates mechanical
parameters required for all above-mentioned yield criteria.

For the simplicity in implementation of yield criteria, it is important to consider a
number of required material parameters and experimental tests to be carried out for
their evaluation. Table 9 shows different yield models and mechanical tests required
for their determination. Hill 1948 has only four material parameters which are
determined by performing simple uniaxial tension tests. Also, the simulation time
taken for these models is relatively lesser than that of other models. Table 10 shows
comparison of simulation time required for different anisotropic yield criteria. On
the other hand, advanced yield models such as Barlat 1996 and Barlat 2000 and
Cazacu–Barlat yield models need different mechanical tests to be carried out such
as biaxial tensile test and compression test. which makes them complicated for their
application in finite element simulation. Moreover, the simulation time required for
these models are very large compared to Hill 1948 and Barlat 1989 yield models. It
should be noticed that the simulation time for Cazacu–Barlat yield model is less as
compared to Barlat 1996 and Barlat 2000 with adequate accuracy along with
prediction of thickness distribution and earing profile in the deep drawn cup. Hence,
Cazacu–Barlat yield model is most suitable for deep drawing simulation of Ti–6Al–
4V alloy.
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Fig. 18 Earing profile of experimental and simulated cup

Table 9 Mechanical parameters required for yield criteria

Yield model Parameters Tests required

σ0 σ45 σ90 σb r0 r45 r90 rb σc
von-Mises 1 Y

Hill 1948 4 Y Y Y Y

Barlat 1989 3 Y Y Y Y

Barlat 1996 8 Y Y Y Y Y Y Y Y

Barlat 2000 8 Y Y Y Y Y Y Y Y

Cazacu–Barlat 8 Y Y Y Y Y Y Y Y

Y = Test required
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6 Conclusions

This work involves experimentations of deep drawing on Ti–6Al–4V alloy, its
failure, and formability studies at warm condition. In addition to that, determination
of various anisotropic yield criteria parameters and its implementation in FE
analysis is also carried out. The results obtained from FE analysis is validated with
experimental data. The important conclusions are as follows:

(a) Ti–6Al–4V alloy is difficult to draw from room temperature to 150 °C.
Maximum LDR of 1.8 was achieved at 400 °C, but it is still lesser than other
structural alloy which is an indication of poor formability at lower elevated
temperatures.

(b) Failure is seen in two regions, namely the neck and upper wall. FE simulations
also show failures in the same region which promises the suitability of FE
simulations for deep drawing.

(c) Cazacu–Barlat criterion is the most suited for Ti–6Al–4V alloy among other
anisotropic yield criteria since anisotropy in yielding and stress asymmetry
resulted in excellent validation of yield function with experimental thickness
distribution and earing profile.

(d) Although a similar complexity is involved in the material parameter identifi-
cation of Barlat 1996, Barlat 2000, and Cazacu–Barlat yield model, consid-
ering the computational time, Cazacu–Barlat is more efficient in finite element
analysis for deep drawing of Ti–6Al–4V alloy.
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Springback and Formability Studies
on Friction Stir Welded Sheets

Sudhindra Katre, Siddhartha Karidi, B. Durga Rao,
P. Janaki Ramulu and R. Ganesh Narayanan

Abstract In the present work, the effect of selected welding conditions on the
temperature evolution, springback behaviour and formability of friction-stir welding
(FSW) sheets is investigated. The Al6061T6-Al6061T6 combination is used for
temperature evolution studies, while dissimilar Al combination made of Al6061T6
and Al5052H32 is used in springback and formability tests. The springback
experiments are performed with a V-bending set-up without tension, and form-
ability experiments are conducted using a limiting dome height (LDH) set-up. By
increasing the shoulder diameter, plunge depth and tool rotation speed, the peak
temperature is increased, and it is vice versa for welding speed. In the case of
springback, the performance of FSW sheets is in between that of Al6061T6 and
Al5052H32 base materials. Reduction in springback of FSW sheets is observed at
higher rotational speed and welding speed, and this is correlating well with the
modifications in tensile properties such as yield strength to elastic modulus ratio
and strain hardening exponent of the weld zone (WZ) with varying FSW condi-
tions. Three different modes of failures, normal and parallel to the WZ, are observed
during formability testing of FSW sheets made of dissimilar Al grades at two
different strain-paths. It is better to evaluate the forming limit of FSW sheets at
individual strain-paths, rather than in all the strain-paths using a forming limit curve
(FLC), because of changing failure pattern with changing strain-paths.
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1 Introduction

Friction-stir welding (FSW) is a solid-state joining process. It involves joining of
metals without filler materials. A constantly rotating cylindrical-shouldered tool
with a profiled nib is transversely fed at a constant rate into a butt joint between two
clamped sheets (Fig. 1). Frictional heat is generated between the wear-resistant
welding components and the work pieces. This heat, along with that generated by
the mechanical mixing process and the adiabatic heat within the material, cause the
stirred materials to soften without melting. Hence, this is called as a solid-state
welding process. The resultant plasticized material is transferred from the leading
edge of the tool to the trailing edge of the tool probe and is forged together by the
intimate contact of the tool shoulder and the pin profile (Mishra and Ma 2005).
There are many advantages of FSW including energy savings, exclusion of con-
sumables and shielding gases, good dimensional stability, low distortion of work
sheet, enriched metallurgical properties in the weld region, fine microstructure,
possibility of welding dissimilar materials and reduced usage of fasteners for
joining multiple parts. It is considered as ‘green technology’ because of the envi-
ronmental friendliness and energy efficiency.

The important parameters in FSW are tool material and its geometry (both pin
and shoulder), welding speed, tool rotational speed, axial force and work piece
material quality. An appropriate combination of these parameters determines the
excellence of welds including the presence of defects and microstructure and hence
as a consequence the mechanical properties and formability of FSW sheets gets
affected. The remaining part of the section describes some of the available work
performed on springback and formability of unwelded and welded sheets.

During sheet bending, while one side of the sheet metal is subjected to com-
pressive stress, the other surface is subjected to tensile stress. Once the load is
released by withdrawal of the punch, an elastic recovery occurs because of the
release of the elastic stresses in the bending process. This elastic recovery is called

Fig. 1 Schematic of friction-stir welding process
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Springback. It is seen as a practical problem to predict the final geometry of the part
accurately, after springback, and to design appropriate tooling for compensation.
Overbending, bottoming and stretch bending are common methods of controlling
springback. There are other methods, such as heat treating the materials, change in
working temperature of material and tools, appropriate tool design, tool geometry
design and recently the friction-stir processing/welding, that are used for springback
control of sheets. It is shown by Moon et al. (2003) that the hot die and cold punch
combination can reduce the springback of Al 1050 sheet up to 20 % when com-
pared to conventional bending done at room temperature. The ram speed was also
shown to have significant effect on controlling springback. Garcia-Romeu et al.
(2007) have shown through experiments that sheet materials, their thicknesses and
die widths affect the springback behaviour in a compounding fashion. It has been
concluded by them that though small radius is preferred for springback, large radius
dies are preferred in consideration of mechanical properties of bent part. Hence, one
should optimize various factors governing the springback of sheets. Alves de Sousa
et al. (2008) investigated the unconstrained springback of Al–Mg–Si sheets, by
considering pre-strain before the actual deformation and later subjected to different
sitting times at normal temperatures show that extensive amount of stress is relaxed
when the punch is totally released. It is also observed that the springback angle
decreases as the sitting time increases.

It is shown by Greze et al. (2010) that the effect of temperature is to decrease the
stress gradient in the cup wall, because of which the springback opening of the ring
cut from the deep drawn cup decreases. The significant decrease of springback at
773 K for high-strength steel is caused by the increase of high-temperature creep
strain just after loading process, resulting in springback reduction. It is also con-
firmed that the change in flow stress and Young’s modulus at elevated temperatures
plays a minor role in springback reduction. The study of Wang et al. (2013) reveals
that the springback of AZ31B Mg alloy decreased with increase of forming tem-
perature and decrease of punch radii during V-bending.

The study of Wang et al. (2004) and Lim et al. (2012) revealed that the time at
which springback is measured also influences the accuracy of springback evalua-
tion, and hence, the controlling and compensating strategies depend on this. A
study of time-dependent springback on Al alloys such as 2008-T4, 5182-O,
6022-T4 and 6111-T4, after draw-bend tests was performed by Wang et al. It is
demonstrated that the springback is proportional to log (time) up to few months, in
a span of 15 months, after which no effect was observed. The creep driven by
residual stress and anelasticity is proposed to be responsible for time-dependent
springback. But finally, it was concluded that anelasticity is improbable to play
large role in long-term time-dependent springback, but it can contribute to short-
term response. Later, the workdone by Lim et al. (2012) showed that advanced
high-strength steels (AHSS) such as dual-phase (DP) steel, transformation induced
plasticity (TRIP) steel and conventional steels also show time-dependent spring-
back. It was even shown that the springback found in AHSS is approximately 1/3rd
of that for aluminium alloys mentioned in Wang et al. (2004) work.
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In the case of tailor-welded sheets made by FSW, the selection of welding and
tool conditions decides the final mechanical properties and weld microstructures
and hence the overall forming performance. In this context, Park et al. (2008) have
shown through unconstrained bending tests that in the case of FSW sheets made of
5052-H32 of 1.5 mm thickness, with increase in friction-stir pin diameter from 5 to
10 mm, the springback have reduced by about 3°–5°, when the weld zone (WZ) is
placed longitudinally. Similarly, about 4° decrease in springback was found in the
case of transverse weld, with respect to base material. The springback tests such as
the unconstrained cylindrical bending, 2D draw bending and draw-bend tests were
simulated by using the combined isotropic–kinematic hardening law based on the
modified Chaboche model and Yld2000-2d yield function, and the predictions
agree reasonably well with the experimental results (Kim et al. 2011). The work of
Miles et al. (2006) also highlights the importance of friction-stir process in
increasing the bending limit of welded plates made of 6061-T6 and 7075-T7451.
Though the failure models that are used during finite element analysis predicted the
necking limits accurately in the case of unprocessed 6061 Al plate, their prediction
for friction-stir processed plate was moderately accurate. The prediction accuracy
has improved once the gradient of mechanical properties in through thickness
direction was captured properly by the stress–strain behaviour. Chang et al. (2002)
investigated the springback characteristics of tailor-welded strips of dissimilar
thicknesses made by laser welding during U-bending. The springback encountered
by longitudinally welded strip was same as that of un-welded base sheets. In the
case of the transverse welded strips, a significant reduction of the springback was
observed in the thinner side compared with the same thickness of un-welded strip.

Ramulu et al. (2013a) analysed the effect of welding speed, rotation speed,
plunge depth and shoulder diameter on the formation of internal defects, axial force
and torque during FSW of 6061T6 sheets. At higher welding speed, higher rotation
speed and higher plunge depth, internal defect-free weld joints are produced. The
axial force and torque were not constant, and a large variation was seen with respect
to FSW parameters that produced defective welds. In the case of defect-free welds,
the axial force and torque were relatively constant. Recently, Ramulu et al. (2013b)
studied about the effect of the welding speed and tool rotation speed on the forming
limit of FS welded sheets made of AA6061-T6 with thickness of 2.1 mm using
limit dome height test. With weld oriented along major straining direction, the
results showed that the formability has improved by decreasing welding speed and
increasing tool rotation speed. Moreover, the forming limits of FSW sheets are
better than that of un-welded base materials. The strain hardening exponent of weld
(n) increases with increase in tool rotation speed and it decreases with increase in
feed rate. Lee et al. (2009) evaluated the formability of FSW sheets in longitudinal
weld direction, using numerical simulation and experiments. FSW sheets made of
6111-T4, 5083-H18, 5083-O, dual-phase steel (DP590) and AZ31 magnesium alloy
were considered. It is observed that the improved ductility of the weld promoted the
formability performance of AA5083-H18, AA5083-O and AZ31 TWB sheets.
Zadpoor et al. (2008, 2009) studied the effects of the employment of the weld
details on the accuracy of the failure prediction of FSW blanks, for the limiting
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dome height (LDH) test and S-rail. The Marciniak–Kuczynski theory is used for the
prediction of forming limits diagrams of the different zones of the FSW blanks. The
WZ was modelled as a double zone, i.e. WZ and heat affected zone (HAZ) con-
sidered separately and finally recommended that implementation of the nugget zone
properties is sufficient for reasonably accurate predictions of the springback
behaviour.

The major objectives of the present work are (i) demonstrating the possibilities
of controlling the springback of Aluminium alloys by FSW, (ii) studying the impact
of a few chosen welding parameters on the springback and formability of FSW
sheets and (iii) prediction of springback of FSW sheets using finite element sim-
ulations. A brief discussion has been made on the influence of few FSW parameters
on the temperature evolution. A dissimilar aluminium grade combination
(Al6061T6-Al5052H32) is used for springback and formability evaluation, while
similar aluminium grade combination (Al6061T6-Al6061T6) is used for tempera-
ture measurement.

2 Methodology

2.1 Temperature Measurement

The base material used for temperature measurement is AA6061-T6 alloy with
2.1 mm thickness, i.e. a similar Al grade combination. The nominal chemical
composition (in weight percentage) of the base material is Si: 0.65, Fe: 0.3, Cu: 0.27,
Mn: 0.02, Mg: 1.0, Cr: 0.17, Zn: 0.04, Ti: 0.02 and Al: remaining. The friction-stir
welding was carried out on a machine designed and developed by IISc and ETA
Technologies. The process parameters varied were tool rotational speed, welding
speed, plunge depth and shoulder diameter, while the tool tilt angle was kept con-
stant at 25 °C throughout the temperature measurement. Three types of tools with flat
shoulder having different diameters, and pin with equal lengths were used. These
three tools were made of hot die steel with shoulder diameter 12, 15 and 18 mm, pin
of frustum shape with base diameter 6 mm and top diameter 4 mm and length
1.7 mm. The welding trials were conducted at two levels of chosen parameters
(Table 1) (Ramulu et al. 2013a). A third level was also selected with 15 mm shoulder
diameter, at plunge depth of 1.95 mm, welding speed of 120 mm/min and tool
rotation speed of 1500 rpm.

Table 1 Optimum range of process parameters for FSW without defect formation

Shoulder
diameter (mm)

Plunge depth (mm) Tool rotation
speed (rpm)

Welding speed
(mm/min)

12, 18 1.85, 1.9 1300, 1400 90, 100

15 1.95 1500 120
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The drill holes were made using a conventional high-speed drilling machine with
1-mm diameter tool bit. The location of drill holes were decided by the linear
interpolation of parameters for different tools as shown schematically in Fig. 2.
Temperature was recorded with the help of K-type thermocouples which was
inserted on end to the drilled holes of 1 mm diameter of base material in the
advancing side (AS) and to the data acquisition (DAQ) system during welding. The
positions of the thermocouples are such that they are 3–4 mm away from the pin for
all the experiments. The temperature is recorded in the shoulder influenced region.
The experimental FSW parameters for which temperature measurements were
performed are tabulated in the Table 2. With tool of 12 and 18 mm shoulder
diameters, three levels of experiments were performed, and with 15 mm shoulder
diameter, only one experiment was performed. Temperature was recorded in all the
experiments.

Fig. 2 Schematic of FSW process for measuring temperature; Here, AS advancing side; RS
retreating side

Table 2 Range of FSW parameters for temperature measurement

Shoulder diameter
(mm)

FSW varied parameters for experiments Conditions for temperature
measurementPD (mm) RS (rpm) WS (mm/min)

12 1.8–1.95 1400 90 1.85 and 1.9 mm PD

1.9 1200–1500 90 1300 and 1400 rpm RS

1.9 1400 80–120 90 and 100 mm/min WS

18 1.8–1.95 1400 90 1.85 and 1.9 mm PD

1.9 1200–1500 90 1300 and 1400 rpm RS

1.9 1400 80–120 90 and 100 mm/min WS

15 1.95 1500 120 Single data

PD Plunge diameter, RS Transverse rotational speed, WS Welding speed
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2.2 Springback Experiments and Prediction

The first step was to produce samples of friction-stir welded sheets made of
Al6061T6 and Al5052H32 (a dissimilar Al grade combination) by varying the tool
rotational and translational (welding) speed. The tool rotational speed was varied
from 600 to 800 rpm, in three steps, and the tool translational speed was varied
from 80 to 120 mm/min in three steps. AA6061T6 was placed on the AS and
AA5052H32 on the retreating side (RS) of the weld during welding trials to
fabricate FS welded sheets. The material properties and Lankford coefficients (r) of
the base materials (Tables 3 and 4) and weld regions (Table 5) were determined by
tensile tests by using ASTM standard sub-size 1 specimen dimensions. Three trials
were conducted to evaluate the tensile properties. Later, V-bending tests were
performed on all the welded blanks and base materials of dimensions
160 mm × 50 mm. The weld was oriented longitudinally during bending experi-
ments. Since time-dependent springback was reported by Wang et al. (2004) and
Lim et al. (2012), the springback of all the bent sheets in the present work (included
angle) were measured within an hour, after V-bending was completed. Two trials
were conducted to evaluate the springback in each case. A schematic of the

Table 3 Tensile properties of Al6061T6 base sheet

Rolling
direction
(degrees)

E (GPa) Yield stress
(MPa)

Ultimate
stress (MPa)

Uniform
elongation

n K r

0 23 206 282 0.096 0.141 397.6 0.44

15 23 206 277 0.085 0.14 392.2 0.47

30 21 205 272 0.08 0.139 386.9 0.64

45 26 187 256 0.08 0.142 368.4 0.64

60 29 206 282 0.095 0.134 386.9 0.65

75 22 200 275 0.093 0.143 387.5 0.66

90 22 196 276 0.093 0.148 395.1 0.66

E Elastic modulus, K Strength coefficient, n Strain hardening exponent and r Plastic strain ratio

Table 4 Tensile properties of Al5052H32 base sheet

Rolling
direction
(degrees)

E (GPa) Yield stress
(MPa)

Ultimate
stress (MPa)

Uniform
elongation

n K r

0 23 128 232 0.132 0.26 408.1 0.53

15 26 130 226 0.12 0.192 344.4 0.98

30 24 129 225 0.139 0.453 600.5 0.58

45 24 129 217 0.116 0.185 326.9 0.45

60 25 131 218 0.116 0.184 326.5 0.4

75 24 131 220 0.115 0.187 330.7 0.43

90 24 133 224 0.114 0.189 335.7 0.87
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V-bending set-up that was fabricated to conduct the experimental trials is shown in
Fig. 3.

In order to predict the springback, finite element simulations were performed for
V-bending (using the dimensions of setup in Fig. 3) of friction-stir welded sheets
using a commercially available elasto-plastic, explicit dynamic finite element code.
The adaptive meshing that automatically refines the mesh was used for finite ele-
ment simulations. The meshing was done with quadrilateral shell elements of the
Belytschko–Tsay formulation. Five through thickness integration points were used
during simulation. The average mesh size of about 2 mm was used throughout the
sheet specimen and tools. The tools were modelled as rigid bodies. The base
materials properties and WZ properties obtained from experiments were incorpo-
rated during FE simulations. Hollomon’s strain hardening law was used to describe
the stress–strain behaviour of base material and WZ. Hill’s 1990 yield criterion was
used as the plasticity model. The ‘m’ value used in the yield criterion was optimized
to have less springback error with experimental values. The sheets were subjected
to springback explicit analysis, after bending, and springback angle was evaluated.
The different stages of V-bending of friction-stir welded sheets during simulations
are shown in Fig. 4.

2.3 Formability Testing of Friction-Stir Welded Sheets

In order to evaluate the influence of shoulder diameter, rotational speed and welding
speed on the formability, LDH tests were performed on the FS welded sheets made
of dissimilar aluminium grade combination made of Al6061T6 and Al5052H32.
AA6061T6 was placed on the AS and AA5052H32 on the RS of the weld during
welding trials. The base materials properties are given in Tables 1 and 2. Standard
LDH test tool geometry was used for the formability tests. Few different sheet
widths (like 100 × 300 mm, 125 × 300 mm etc.) with two lubrication (dry, grease)
conditions simulating four different predefined strain-paths in stretching side were

Table 5 Tensile properties of weld region

Rotational
speed
(rpm)

Translational
speed
(mm/min)

E (GPa) Yield
stress
(MPa)

Ultimate
stress
(MPa)

Uniform
elongation

n K r

600 80 29.9 110 226.3 0.167 0.211 324 0.49

600 120 30.1 100.9 226.3 0.167 0.260 359 1.68

700 80 25.5 105.3 235.3 0.181 0.255 363 0.36

700 100 30.4 113.8 252.5 0.191 0.249 380 0.54

700 120 27.5 104.6 236.4 0.175 0.256 369 0.21

800 80 30.2 104.6 245.2 0.190 0.256 374 1.11

800 100 28.8 103.9 246.5 0.186 0.259 368 0.86

800 120 26.1 86.5 217.8 0.196 0.274 340 0.73
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deformed to construct a Forming limit curve (FLC). During the LDH test, samples
were first thoroughly cleaned with acetone to remove oil and dust particles on the
sheet surface. The deformation of the welded sheets was analysed through the
online monitoring system using spackle pattern. The pixel size in the spackle
pattern was fixed at 15 × 6 with a 0.6 deviation before deformation of FSW sheets.
The samples were placed on the die surface with sufficient blank holding pressure.
All the sheets were deformed until failure (or necking) occurs. The true major

Fig. 3 Schematic of die and punch in V-bending set-up
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strains and true minor strains near the failure and away from the failure were
measured. These failure strain data were plotted on a major strain (Y-axis), minor
strain (X-axis) graph. All the failed strains and safe strains were incorporated in the
same graph. The FLCs were plotted such that they separate all the failed strains
from the safe strains.

3 Results and Discussion

3.1 Temperature Evolution

The influence of plunge depth, rotational speed, welding speed and shoulder
diameter on the temperature evolution is described in the present section. Figures 5
and 6 show the temperature evolution at plunge depths of 1.85 and 1.9 mm, for

Fig. 4 Stages of V-bending of friction-stir welded sheet during finite element simulations
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shoulder diameters of 12 and 18 mm, at a tool rotational speed of 1400 rpm and
90 mm/min welding speed. It is observed that the peak temperature at 1.9 mm
plunge depth is more than at the 1.85 mm irrespective of the tool shoulder diameter.
The peak temperatures at 1.85 mm plunge depth are 280 and 195 °C for 12 and
18 mm shoulder diameter, respectively, whereas at 1.9 mm plunge depth, 352 and
362 °C are recorded.

Similarly by increasing the tool rotational speed from 1300 to 1400 rpm, the
peak temperature has increased (Fig. 6). The peak temperatures measured are 205

Fig. 5 Influence of plunge depth on the temperature evolution (rotational speed: 1400 rpm,
welding speed: 90 mm/min)

Fig. 6 Influence of rotational speed on the temperature evolution (welding speed: 90 mm/min)
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and 307 °C, at 1300 and 1400 rpm tool rotational speed, respectively. In the other
case with 18 mm tool shoulder diameter at 1.9 mm plunge depth and 90 mm/min
welding speed, the peak temperatures recorded are 295 and 340 °C for 1300–
1400 rpm, respectively.

In case of welding speed, the peak temperature is decreased while increasing the
welding speed from 90 to 100 mm/min, irrespective of tool shoulder diameter and
other parameters. In the case of 12 mm shoulder diameter at 1400 rpm rotational
speed and 1.9 mm plunge depth, temperature at 90 mm/min welding speed is
306 °C, and it is 249 °C at 100 mm/min welding speed (Fig. 7). Similarly in the
case of 18 mm shoulder diameter, peak temperatures of 335 and 275 °C are seen at
90 and 100 mm/min welding speeds, respectively. For the third level with 120 mm/
min welding speed and 15 mm shoulder diameter, the peak temperature recorded is
350 °C. The summary of peak temperature measured for different FSW combina-
tions is given in Table 6.

The overall observation from these temperature measurements are, by increasing
the shoulder diameter, plunge depth, tool rotational speed, the peak temperature has
increased, while opposite behaviour is seen for welding speed. The shoulder
diameter effect is due to the increase in higher temperature region, increasing the
peak temperature. The plunge depth influence is due to the forging action of
shoulder onto the sheet surface increasing the peak temperature. At high rotational
speed, the relative velocity between the tool and sheet is high, and as a result, the
heat generation rate and the peak temperature are also high. Finally at higher
welding speeds, the heat input per unit length declines and at the same time, heat is
dissipated over a wide region of the sheet, reducing the peak temperature.

Fig. 7 Influence of welding speed on the temperature evolution
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3.2 SpringBack Evaluation and Prediction

The tensile behaviour of the WZ for different rotational speeds, at a constant
translational speed, and for different translational speeds, at a constant rotational
speed is shown in Figs. 8 and 9, respectively. It is evident that the weld properties
such as yield strength, ultimate tensile strength decreases with the increase in
welding speed, at a constant rotational speed of 800 rpm. There is some improve-
ment in the ductility of the WZ with increase in welding speed and rotational speed

Table 6 Summary of peak temperature measured for different FSW combinations

FSW parameters Peak temperature (°C)

SD (mm) RS (rpm) WS (mm/min) PD (mm)

12 1400 90 1.85 280

12 1400 90 1.9 352

12 1300 90 1.9 205

12 1400 90 1.9 295

12 1400 90 1.9 305

12 1400 100 1.9 249

18 1400 90 1.85 195

18 1400 90 1.9 362

18 1300 90 1.9 307

18 1400 90 1.9 340

18 1400 100 1.9 275

15 1500 120 1.95 350

Fig. 8 Tensile behaviour of WZ at different welding speeds
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(Figs. 8 and 9). This improvement is due to the improvement in strain hardening
exponent of WZ (Table 5), improving the overall ductility of the FSW sheets. As the
rotational speed increases or the welding speed reduces, the temperature in the
stirring zone is expected to increase. This means that the final grain size would be
larger, and it is also expected that the dislocation density reduces as the temperature
increases. This leads to more static recrystallization in the WZ. It is known that the
strain hardening behaviour is typically related to the accumulation and interaction of
the dislocations. If the dislocation density is lower, more strain can be brought into
the material, thus increasing the ductility, and finally, its forming limit has improved.
In contrast, in the base material, the saturation of the dislocation density results in the
lower strain hardening exponent and poor ductility, resulting in less formability. The
effect of strain hardening exponent of HAZ is not considered for discussion, and
hence, WZ is nothing but the nugget zone and thermo-mechanically affected zone.
The relationship between strain hardening exponent of WZ and the dislocation
density has been analysed by Woo et al. (2008) for a 6061-T6 Aluminium alloy, and
it has been demonstrated that the low initial dislocation density in the recrystallized
region is the main reason of the high strain hardening in the nugget zone.

The results obtained after performing V-bending on base material sheets and
welded sheets are tabulated in Tables 7 and 8, respectively. It is evident that the
springback of Al5052 base material is less than that of all the welded sheets, which
is lesser than the springback of Al6061 base sheets. This is shown schematically in
Fig. 10.

Fig. 9 Tensile behaviour of WZ at different rotational speeds

Table 7 Springback of base
materials Springback angle (°)

Al6061T6 Al5052H32

64.77 56.85
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The influence of friction-stir welding on the springback is due to the change in
WZ mechanical properties as compared to that of base materials. Two important
mechanical properties, yield strength to Young’s modulus ratio and strain hardening
exponent, of WZ are evaluated for varied FSW conditions given in Table 5.
Because of the change in rotational speed and welding speed, there is a significant
change in yield stress to Young’s modulus ratio (σy/E) and strain hardening
exponent (n) of weld and this affects the overall springback of the welded sheets.
Theoretically, it is known that the springback increases with the increase of σy/
E ratio and decreases with n value. The influence of rotational speed and welding
speed on σy/E ratio, strain hardening exponent of WZand springback of welded
sheets are shown in Figs. 11, 12 and 13.

It is observed that springback decreases with increase in rotational speed and
welding speed. With increase in rotational speed, σy/E ratio of WZ decreases and
‘n’ value of WZ increases, decreasing the springback. At the same time, for
increasing welding speed from 80 to 120 mm/min, σy/E ratio of WZ decreases and
‘n’ value of WZ increases, decreasing the springback of FSW sheets.

While predicting the springback, as the materials used are aluminium alloys, the
yield criterion used is Hill’s 1990, and the Hill’s non-quadratic yield parameter ‘M’

Table 8 Springback of friction-stir welded sheets

Rotational speed (rpm) Translational speed (mm/min) Springback (°)

600 80 62.86

700 80 58.97

800 80 60.46

600 100 63.10

700 100 62.32

800 100 61.05

600 120 61.52

700 120 60.64

800 120 59.95

Fig. 10 Representation of
relative springback of base
materials and welded sheets
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in the yield function is optimized such that for different M values between 1 and 3,
the predicted and experimentally evaluated springback angles of base sheets and
FSW sheets are compared (Table 9). This parameter can be evaluated through few
different experimental methods including balanced biaxial stretch test and through
thickness compression tests (Mulder et al. 2012). For Hill’s 1990 yield criterion, the
inputs given to base material are as follows: yield strength and plastic strain ratios
in seven different rolling directions, 0°, 15°, 30°, 45°, 75° and 90°, whereas for WZ,
only one yield strength and plastic strain ratio are given corresponding to varied
FSW conditions.

Fig. 11 Effect of rotational speed and welding speed on springback of FSW sheets (error in angle:
1.2°)

Fig. 12 Effect of rotational speed and welding speed on σy/E ratio of WZ (error in σy/E: 0.0001)
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It is observed that the springback values obtained at M = 2 closely agree with the
experimental springback values of 64.77° and 56.85° for Al6061T6 and
Al5052H32 base sheets, respectively. Hence, M = 2 was incorporated during FE
simulations. The base sheets are considered as anisotropic material, and hence,
plastic strain ratios given in Tables 1 and 2 are utilized. The weld region is a mix of
two aluminium alloys,; therefore, simulations were performed twice, once by using
the plastic strain ratios (r) obtained experimentally (from Table 3), indicating the
WZ to be anisotropic, and other by assuming that the weld region as isotropic, i.e.
r = 1. The values of springback found experimentally, and those predicted by
simulations are closely agreeing with each other (Table 10). The overall error
between the predictions and the experimental value is 2.33 and 2.26 % in case
isotropic and anisotropic WZ assumptions, respectively. Therefore, the assumption
of isotropic WZ for springback predictions is acceptable for springback predictions,
though anisotropic assumption will yield accurate results. Some of the bent FS
welded samples are shown in Fig. 14.

Fig. 13 Effect of rotational speed and welding speed on WZ ‘n’ value (error in n: 0.002)

Table 9 Optimization of
M value in Hill’s 1990 yield
criterion

M Al6061T6 (°) Al5052H32 (°)

1.8 63.04 56.24

1.9 63.56 56.43

2 64.45 56.48
2.1 64.22 56.25

2.2 64.23 55.85

2.3 64.18 55.92
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3.3 Formability Evaluation

The LDH tests were conducted to evaluate the forming limit of friction-stir welded
sheets made of dissimilar aluminium alloy sheets under two different strain-paths
and at different friction conditions (or lubrication). The sheets are formed till failure
occurs, and limit strains are measured as described earlier. With this measured strain
data, FLC are drawn for FSW sheets at different welding conditions to study their
influence. The failure pattern of all the FSW sheets at two different strain-paths—
100 (width) × 200 (length) mm (near plane-strain) and 125 × 200 mm (one of the
stretching strain-paths) is given in Table 11. The FSW sheets failed under three
different modes: (i) failure normal to the WZ, (ii) failure along the WZ, but on the
AS, and (iii) failure along the WZ, but at the centre, as shown in Fig. 15a, b (Durga
Rao and Narayanan 2014). The first failure mode is seen predominantly in the case

Table 10 Comparison of experimental and predicted springback values of FSW sheets

Rotational
speed (rpm)

Translational
speed (mm/min)

Experimental
springback (°)

From simulation
(assuming isotropic
weld) (°)

From simulation
(assuming
anisotropic weld) (°)

600 80 62.86 60.13 60.70

600 120 61.52 59.77 60.08

700 80 58.97 59.54 60.26

700 100 62.32 59.97 59.98

700 120 60.64 60.04 59.49

800 80 60.46 59.72 60.27

800 100 61.05 59.18 59.09

800 120 59.95 59.10 59.40

Fig. 14 Parent friction-stir
welded sheet and bent
samples

158 S. Katre et al.



Table 11 Summary of failure patterns during formability testing of FSW sheets

Condition FSW parameters Failure pattern

SD
(mm)

TRS
(rpm)

WS
(mm/min)

100 × 200 mm
strain path

125 × 200 mm
strain path

1 12 600 80 Pattern 1 Pattern 2

2 12 600 100 Pattern 1; draw
bead failure

Pattern 2

3 12 600 120 Pattern 1 Pattern 2

4 12 700 80 Pattern 1 Pattern 2

5 12 700 100 Pattern 1; draw
bead failure

Pattern 2

6 12 700 120 Pattern 1 Pattern 2

7 12 800 80 Pattern 1; draw
bead failure

Pattern 2

8 12 800 100 Pattern 1 Pattern 2

9 12 800 120 Pattern 1 Pattern 2

10 16 600 80 Pattern 1; draw
bead failure

Pattern 2

11 16 600 100 Pattern 1; draw
bead failure

Pattern 2

12 16 600 120 Pattern 1 Pattern 3

13 16 700 80 Pattern 1; draw
bead failure

Pattern 2

14 16 700 100 Pattern 1 Pattern 2

15 16 700 120 Pattern 1; draw
bead failure

Pattern 2

16 16 800 80 Pattern 1 Pattern 2

17 16 800 100 Pattern 1 Pattern 2

18 16 800 120 Pattern 1 Pattern 2

19 18 600 80 Pattern 1; draw
bead failure

Pattern 3

20 18 600 100 Pattern 1; draw
bead failure

Pattern 2

21 18 600 120 Pattern 1; draw
bead failure

Pattern 2

22 18 700 80 Pattern 1 Pattern 3

23 18 700 100 Pattern 1 Pattern 3

24 18 700 120 Pattern 1 Pattern 2

25 18 800 80 Pattern 1; draw
bead failure

Pattern 2

26 18 800 100 Pattern 1 Pattern 2

27 18 800 120 Pattern 1 Pattern 2
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of plane-strain mode of deformation, i.e. for 100 × 200 mm sample. Since defor-
mation is seen only along the longitudinal and in thickness direction of the sheet, and
not in width direction, the failure is expected to happen normal to the major straining
direction, like in the case of simple tensile test. The second and third failure modes
are seen in stretching mode of deformation, i.e. for 125 × 200 mm sample. In this
case, there is another pull on the width direction of the sheet, along with the lon-
gitudinal pull, making the welded sheet to fail in the weaker zone of the weld on the
AS, but along the weld. In very few cases, weld failure is seen at the centre.

The forming limit diagram of FSW sheets made at two different welding con-
ditions is shown in Fig. 16a, b. All the failed and safe strains measured during the
LDH test are plotted in the same graph with true major strain in X-axis and true

NZ NZ

Weld zone 

ASRS ASRS

Failure Failure

Weld zone 

Strain path: 100×200 mm Strain path: 125×200 mm

(a)

(b)

Pattern 1 Pattern 2

NZ

ASRS

Failure

Weld zone 

Strain path: 125×200 mm

Pattern 3

Fig. 15 Failure pattern during LDH test of FSW sheets, a schematic of failure pattern at plane-
strain and stretching strain-paths, b actual FS welded samples after failure (NZ nugget zone, AS
advancing side, RS retreating side)
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minor strain in Y-axis. The largest strain defines the limit of useful formability, and
hence, FLC is drawn such that all the safe strains are below the curve (Fig. 16). The
same procedure is followed for all the FSW sheets, and FLC is plotted. These
curves are plotted in the same graph to study the effect of FSW parameters. It
should be noted from the Fig. 16b that the forming limit in the stretching side of the
FLD is less than that of in plane-strain mode, i.e. FLC of FSW sheet has a negative
slope, as opposed to what is generally observed in the case of un-welded sheets.
This is mainly due to the change in failure pattern in the plane-strain and stretching
strain-paths. In the plane-strain mode, failure occurs normal to the WZ (pattern 1),

Fig. 16 Forming limit diagram (FLD) of FSW sheets, a SD: 12 mm, WS: 120 mm/min, RS:
800 rpm, b SD: 16 mm, WS: 120 mm/min, RS: 600 rpm
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Fig. 17 Effect of rotational speed, welding speed and shoulder diameter on the forming limit
curves of FSW sheets
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which has better ductility than the base material, while along the WZ in stretching
mode (pattern 2 or 3), reducing the overall forming limit because of gauge effect.

The effect of rotational speed, welding speed and shoulder diameter on the FLC
of FSW sheets is shown in Fig. 17a–c. It is observed that the FLC exhibit both
positive and negative slopes, in an arbitrary manner, because of change in failure
patterns from plane-strain to stretching mode. It has been concluded that for
studying such effects on the forming limit of FSW sheets made of dissimilar grades,
it is better to choose forming limit in any one of the strain-paths, either in plane-
strain or tensile or stretching, rather than the whole FLC.

4 Conclusions

The effect of chosen FSW parameters on the temperature evolution, springback and
formability of FSW sheets made of similar and dissimilar grades is studied. The
following are the conclusions drawn from the present work.

1. By increasing the shoulder diameter, plunge depth and tool rotation speed, the
peak temperature is increased, whereas it is decreasing for increasing welding
speed. The effect of shoulder diameter is due to the increase in higher tem-
perature region. The influence of plunge depth is due to the forging action of
shoulder onto the sheet metal surface. The effect of rotational speed is due to
higher relative velocity between the tool and sheet, and the influence of welding
speed is due to the lower heat input per unit length and at the same time,
dissipation of heat over a wider region of the sheet.

2. The ductility of WZ increases with increase in welding speed and rotational
speed. This is due to the improvement in strain hardening exponent of WZ at
higher rotational speed and welding speed.

3. The springback of FSW sheets is in between that of Al6061T6 and Al5052H32
base materials.

4. Reduction in springback of FSW sheets is observed at higher rotational speed
and welding speed. The modifications in springback have got reasonable cor-
relation with the modifications in σy/E ratio and n value of WZ.

5. A good correlation is observed between experimental and predicted springback
values at different FSW conditions. The use of isotropic WZ assumption is
acceptable during springback prediction of FSW sheets, through anisotropic WZ
assumption yield slightly better results.

6. Three different modes of failures, failure normal to the WZ, failure along the
WZ, but on the AS, and failure along the WZ, but at the centre, are observed
during formability testing of FSW sheets made of dissimilar Al grades at two
different strain-paths.
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7. It is better to evaluate the forming limit of FSW sheets at individual strain-paths,
rather than one full forming limit curve, because of the change in failure pattern
when moved from plane-strain to stretching side. The forming limit of FSW
sheets on the stretching side is lower than in plane-strain deformation mode.
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Prediction of Formability of Bi-axial
Pre-strained Dual Phase Steel Sheets Using
Stress-Based Forming Limit Diagram

Shamik Basak, Kaushik Bandyopadhyay, Sushanta Kumar Panda
and Partha Saha

Abstract Dual phase (DP) steel is of great interest for automotive part manufac-
turers due to its excellent combinations of strength and formability. Complex
components involving three-dimensional stampings are usually fabricated through
multistage sheet forming operations. The ability of a sheet metal to be deformed
into a specific desired shape by distributing strain over arbitrary tool surface
depends on complex interaction of material, process and design variables. The
strain-based forming limit diagram (ε-FLD) is often used as a measure of form-
ability in the press shop due to convenience of measuring the limiting strain.
However, it was reported by previous researchers that the ε-FLD of sheet metal
shifts after pre-strain due to the initial forming operations. Hence, this work pro-
poses a mathematical framework for constructing σ-FLD of different pre-strained
sheets incorporating Barlat-89 yield criterion with different hardening laws. The
formability of biaxially pre-strained DP600 was evaluated experimentally in two
stages. The forming behaviour of pre-strained material was predicted by finite
element model using the σ-FLD, and the predicted results matched very closely
with the experimental data. It was also observed that the σ-FLD was robust and
underwent insignificant changes due to the change in the pre-strain path.
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1 Introduction and Background

Formability is a measure of the amount of deformation a material can withstand
prior to fracture or excessive thinning. Sheet metal forming consists of simple
bending, stretching, deep drawing, flanging, etc. to fabricate various complex parts.
Therefore, determining the extent to which a material can deform is necessary for
designing a reproducible forming operation. In sheet metal forming operations, the
amount of useful deformation (formability) is limited by the occurrence of unstable
deformation which mainly takes the form of necking or wrinkling. Necking occurs
when the stress state leads to cause excessive thinning of the material. Wrinkling
occurs when the dominant stresses are compressive, tending to cause thickening of
the material. As mechanical properties greatly influence formability, and forming
properties may vary from coil to coil, it is essential to test incoming sheet material.
However, the outcome of a forming process depends on both material character-
istics and process variables such as strain, strain rate and temperature as discussed
by Marciniak et al. (2002). In fact, stress and strain fields are so diverse during a
forming process so that no single test can reliably predict the formability of
materials in all situations. Material properties that have a direct or indirect influence
on formability and product quality are ultimate tensile strength, yield strength,
Young’s modulus, ductility, hardness, the strain hardening exponent and the plastic
strain ratio. All of these parameters can be determined by testing a specimen cut
from the blank as thoroughly discussed by Mielnik (1991).

There are several methods by which it is possible to determine the formability of
sheet metal. These methods consist of simulating tests in laboratory scale viz.
limiting dome height (LDH), limiting drawing ratio (LDR), hole expansion ratio
(HER), bendability, spring back and forming limit diagram (FLD). Banabic (2000)
discussed how these tests influence the formability of incoming sheet metal in
detail. The results obtained from these laboratory tests were compared with the
measurements obtained from the forming of industrial components. The excellent
correlation between both the results popularizes the use of FLD on the press shop
floor in real-time forming operations of industrial parts.

1.1 Forming Limit Diagram

FLD is a two-dimensional representation of the maximum principal strains in major
(ε1) and minor (ε2) strain loci. These maximum surface strains are measured before
the onset of necking or splitting in all possible combinations of tension and com-
pression strain paths when a sheet metal undergoes in different forming operations.
The development of the FLD started with tests done by Keeler and Backofen (1963)
for positive principal strains. At the same time, Keeler (1965) introduced the use of
electrochemically etched grid concept to measure the principal strains and strain
distributions during forming operations. Besides experimental FLD, Marciniak and
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Kuczynski introduced the concept of theoretical FLD which is popularly known as
M–K model (Marciniak and Kuczyński 1967). In 1968, Goodwin (1968) used the
combination of various mechanical tests and obtained the limiting strain in negative
minor principal strain also. Thus, the complete curve is currently known as con-
ventional FLD or strain-based FLD (FLD or ε-FLD). Later in 1973, Marciniak and
Kuczynski demonstrated the effect of planar anisotropy on formability of different
sheet metals including steel, aluminium and copper (Marciniak et al. 1973). The
outcome of these experiments showed that the limiting strains were somewhat
greater in the rolling direction compared to that in the transverse direction. In order
to plot FLD, out-of-plane stretching tests were performed by Ghosh and Hecker
(1974) and they remarked that limiting strains are considerably higher than those
resulting from in-plane stretching. In 1975, Hecker (1975) first presented an
organized approach to determine FLD in laboratory scale. A complete FLD was
drawn by recording the limiting strains of aluminium-killed steel sheets of various
widths over a hemispherical punch. Later on, the method was named LDH test. The
height of the dome corresponding to plain strain deformation is defined by LDH0,
which is a popular formability index. The FLD is a powerful tool and can be used in
industry as following ways:

• It is an assessment tool for comparing the formability of various sheet metals
available in the market for fabrication of components.

• FLD is used as a diagnostic tool for predicting failure, and hence, it is used as a
damage model in numerical simulation of the stamping processes.

• It gives the graphical representation of material failure tests by observing strain
path progression in the FLD curve, and hence, the failure strain state and the
cause can be identified.

1.2 Experimental Strain-Based Forming Limit Diagram

To ease of industrial forming operation, FLDs must cover as much strain domain as
possible. The maximum values of principal strains can be determined by measuring
the principal strains at necking or fracture on sheet metal covered with circular grid
marks with particular dimensions in a linear strain path. In order to generate
complete FLD, the load path ranging from equi-biaxial tension (ε1 = ε2) to pure
shear (ε1 = −ε2) should be generated. In normal practice, the state of strain in simple
uniaxial tension (ε1 = −2ε2, for isotropic material) is never exceeded in the blank
holder region. In order to get the complete shape of ε-FLD, many researchers came
up with different tests such as uniaxial tensile test, hydraulic bulge test (Olsen
1920), Hecker test (1975), Marciniak test (1971), Nakazima test (1968), Hasek test
(1973), etc. to get the different regions of ε-FLD. Among them, the Nakazima test
(1968) is a popular laboratory scale test by which FLD is generated. The used sheet
metal samples usually had the same length but different widths as shown in Fig. 1a.
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A pattern of circular grids of a definite size was applied on the surface of the
samples by electrochemical etching method. During the test, the samples were
deformed until fracture by a hemispherical punch. Major and minor principal strains
at fracture, in the vicinity of crack, were plotted for all specimen dimensions and a
forming limit curve was constructed. Different specimen sizes led to different
proportional strain paths as shown in Fig. 1b. This forming limit curve distinguishes
the range of strains between safe and failed regions in a sheet forming process. The
major and minor true strains were calculated from Eq. 1.

e1 ¼ ln 1þ u� d
u

� �
and e2 ¼ ln 1þ v� d

v

� �
ð1Þ

where u = deformed ellipse major axis length, v = deformed ellipse minor axis
length and d = initial circular grid diameter.

1.3 Factors Effecting the Forming Limit Diagram

FLD depends on the several crucial factors, and a slight change in these factors may
alter the formability limits greatly. The formability increases with the increasing
sheet thickness. A survey of a wide range of steels led to the Keeler-Brazier formula
(discussed later). The strain hardening exponent, n, is numerically related to the
uniform true strain (εu) during deformation. The uniform deformation is larger with
the increase of n resulting higher limiting strains in FLD. So the formability
increases which shift FLD upwards. It is found that higher Lankford anisotropy
parameter, r-value, has favourable effect on the limit strain values particularly in the
negative range of minor principal strain. It can be easily proved that for simple

Fig. 1 a Formed samples after failure, b FLD for various sample dimensions and strain path
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tension the slope of the strain path trajectory can be calculated by the following
expression; e2

e1
¼ Slope ¼ h ¼ � r

1þr; where r = Lankford anisotropy coefficient. It
follows from the equation that the larger is the anisotropy coefficient, the larger is
the slope of the straight strain path. With increase in the strain rate sensitive index
(m) value, the ductility of the material increases due to increase in the post-uniform
elongation. This increases the formability of the material (i.e. material is more easy
for forming) by shifting the FLD upwards. During the experiment, it is mandatory
to maintain proportional strain path, i.e. the strain path should be linear and the
straight line trajectory must be followed by a point in the principal strain plane until
reaching the limiting strain. Due to this reason, FLD is often termed as strain-based
FLD or ε-FLD. It is observed that the limiting strain depends on the strain path. The
shape and size have great influence on the FLD plotting as discussed in Nakazima
et al. (1968) earlier. Specimen with particular dimension follows particular strain
path while deforming the specimen. The experimental precision greatly affects the
final shape of the FLD. Few such experimental conditions are the precision of the
grid measurements, the frictional conditions between different pair of components,
temperature of the blank during experiments, accuracy of the press, etc.

Out-of-plane stretch forming and in-plane stretch forming are the two popular
methods of determining FLD experimentally. In out-of-plane stretch forming, the
deformation surface does not lie in a single plane. As discussed earlier, Hecker
(1975) introduced a new out-of-plane stretch forming approach to determine the
FLD. Out-of-plane stretch forming have certain important features such as (a) large
strain gradients are produced because of the presence of friction and curvature of
different surfaces. Hence, forming limits determined using the out-of-plane method
show a dependence on tooling geometry variables such as punch radius and die
radius; (b) failure occurs in the test specimen at specific locations that are dictated
by specimen and tooling geometry. The out-of-plane method is not very sensitive to
material defects. Another approach to evaluate forming limit is in-plane stretch
forming method. Here, deformation always takes place in uniform and proportional
manner within the plane of the sheet sample, without imposing any bending on the
specimen and avoiding friction effects. For this cause, in-plane forming limits can
be more sensitive to material defects and are not influenced to the same extent by
tooling geometry variables. But, it has certain advantages too, as the curvature and
friction effects are absent, large strain gradients can be avoided in the in-plane test.
Therefore, forming limits can be defined more accurately. Azrin and Backofen
(1970) generated in-plane forming limits for proportional strain paths ranging from
plane strain to a biaxial strain path. As defined earlier, Marciniak and Kuczynski
(1967) developed an ingenious technique to deform sheet specimens’ in plane
under balanced biaxial conditions. Raghavan (1995) developed modified Marciniak
and Kuczynski (MK) tests that allow the sample material to deform freely “in
plane” with less effect of tool geometry and friction. This in-plane stretch forming
process is very useful to give pre-strain of sheet metal.
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1.4 Path Dependency of Strain-Based Forming Limit

Problem arises when same FLD is used to predict pre-strained material behaviour.
All the theoretical and experimental works till discussed for constructing FLD,
assumed linear strain paths. By conducting an experimental study on aluminium-
killed steel, Matsuoka and Sudo (1969) investigated the behaviour of forming limits
in a two-stage forming process. They concluded that the forming limits increase
with increase in the first-stage strains, but for first-stage balanced biaxial tension,
the fracture strains get reduced significantly. This fact was confirmed by the study
of Kobayashi et al. (1972) on aluminium-stabilized-steel material. They also added
that for plane strain deformation in first stage the limiting strain was slightly
reduced. Muschenborn and Sonne (1975) performed their study on two different
materials: titanium-stabilized and aluminium-killed steels. They also confirmed that
uniaxial pre-staining shifts the FLD in a direction where major strains were
increased but biaxial pre-straining shifted the FLD in a direction where major strain
reduced. In 1978, Laukonis and Ghosh (1978) carried out an extensive study on
cold rolled annealed aluminium-killed steel and 2036-T4 aluminium alloy. Their
findings confirmed the downward shift of FLD on both materials for biaxial pre-
strain. However, the limiting strain was reasonably unchanged in case of plane
strain pre-straining of 2036-T4 aluminium.

Along with the experimental studies, sheet-metal-researchers also tried to sim-
ulate the effect of pre-straining on limiting strain theoretically. This effort was
pioneered by Rasmussen. He attempted to predict strain-based FLD for two-stage
forming process by using M–K theoretical model assuming isotropic hardening
models (Rasmussen and Wanheim 1981). He did further research on the forming
limit by including curvilinear strain paths (Rasmussen 1982) and concluded that the
reduction in limiting strain occurred when curvilinear path approaches to plane
strain condition. Another remarkable theoretical study on multiple strain paths was
done for isotropic, rate sensitive material by Barata da Rocha and Jalinier (1984).
They developed a model incorporating anisotropy of the material with strain path-
dependent FLD. A couple of researchers, Lu and Lee (1987), developed their
limiting strain model by incorporating both isotropic and kinematic hardening
model. They proposed that FLD calculations using isotropic hardening model were
comparatively easier.

Recent major experiment of Graf and Hosford (1993, 1994) showed the serious
limitation of stain FLD while subjected to various levels of initial pre-strain in
different orientations. They concluded that plane strain and uniaxial pre-strain
actually increase the limiting strain, whereas the biaxial pre-strain reduces the
forming limit and all the FLDs’ cusps or low points in the plane strain condition.
Hence, no single curve is there in principal strain space which may represent
forming limit universally whatever may be the initial pre-strain condition. There-
fore, finding a single path-independent curve to characterize the forming limits was
of the prime interest of the sheet-metal-researchers.
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1.5 Stress-Based Forming Limit Diagram

From the previous discussion, it can be concluded that characterization of forming
limits is a significant challenge in complex processes as the conventional strain-
based FLD is sensitive to strain path. Hence, it is very difficult to trace dynamic
FLD for each element. The most promising solution for dealing with strain path
effects in FLD is to use a stress-based FLD curve (σ-FLD). It was observed that
stress-based FLD is not affected by the strain path, and it can be applied without
modification to analyse of all forming problems. Since stress value cannot be
determined directly from the Nakazima et al. (1968) experiments, calculation of
plastic deformation is needed. Kleemola and Pelkkikangas (1977) reported that the
forming limits of mild steel, copper and brass depend on the magnitude and type of
pre-strain. Interestingly, the authors’ also reported that the observed shift was not
present when strain points were converted to stress point. Another group of
researchers Arrieux et al. (1987) reported a similar finding for pre-strained
aluminium. However, neither the knowledge of the discovery of a path-independent
stress-based forming limit is widespread nor its significance is appreciated. This
lack of awareness is partly due to the belief that the conventional FLD method is
satisfactory when limited to analysis of the first draw die, which generally receives
the most attention. Recently in 1999, Stoughton (2000) reintroduced this concept.
He converted the ε-FLD reported by Graf and Hosford (1993) to σ-FLD and
concluded that σ-FLD is not affected by changing of the strain path (Stoughton
2001; Stoughton and Zhu 2004; Stoughton and Yoon 2005). More recently,
Yoshida et al. (2007) concluded that if the material was described by isotropic
hardening model, the σ-FLDs were path independent.

Hence within the framework of constitutive assumptions, there exists a single
curve in principal stress plane which represents formability of sheet metal. The
prime assumption behind the construction of ε-FLD and σ-FLD is plane stress
condition (σ1, σ2 ≠ 0 and σ3 = 0), i.e. the through-thickness normal component of
stress, σ3, is neglected.

1.6 Extended Stress-Based Forming Limit Diagram

Another FLD which was developed recently to take care of normal component of
stress, σ3, is known as extended stress-based FLD (XS-FLD). A study by Koc and
Altan (2001) showed that during hydroforming operation necking/splitting of tube
takes place under the influence of not only in-plane stresses (σ1, σ2) but also
through-thickness compressive principal component of stresses (σ3). They also
explained that during hydroforming, due to internal pressure when the tube was
initially expanding, the stress state in the thin-walled tube could be considered as
plane stress. But, after the tube wall touched the die, a through-thickness com-
pressive stress due to the internal pressure acted along with in-plane stresses. Hence
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in these cases, prediction of failure by ε-FLD or σ-FLD is erroneous and leads to a
wrong prediction of formability. Recently, Simha et al. (2005, 2007) introduced a
new measure (XS-FLD) of forming limit to predict the onset of necking in sheet
metal underwent non-proportional loading, as well as under three-dimensional
stress states. They converted σ-FLD to XS-FLD with suitable assumptions and
concluded that XS-FLD could predict necking under a three-dimensional state of
stress. They used tubes of two alloys, EN-AW 5018 aluminium alloy and dual
phase DP600 steel. In one hand, XS-FLD is as robust as σ-FLD and in other hand it
is also taking account of stress in thickness direction.

2 Theoretical Models for Strain-Based FLD

Previous section it is seen that FLD depends on several factors. It is difficult to
verify experimentally the influence of each parameter individually since it is vir-
tually impossible to change only one parameter at a time. Moreover, experimental
determination of FLD for all materials is not only tedious but also expensive.
Therefore, an extensive effort was made to develop various mathematical and
analytical models to predict the forming limits of sheet metals theoretically. Dif-
ferent theoretical methods which were proposed to explain the localized necking of
steel sheets are discussed in this section. Al 2008 T4 material properties (Stoughton
2000) are used (strain hardening coefficient (n) 0.285, strength coefficient
(K) 539 MPa and Linkford anisotropy coefficient ð�rÞ 0.58) in this section to for-
mulate all the theoretical FLDs.

In 1952, Swift (1952) developed a theoretical model based on Considere’s
analysis (1885) in order to determine the limiting strain in biaxial tension region. It
predicts the onset of diffuse necking with the assumption that plastic instability
occurs at a maximum load (so-called Modified Maximum Force Criterion) for
proportional loading along the both principal directions. Critical major strain for
diffuse necking can be formulated by Eq. 2.

e1 ¼ 2nð1þ qþ q2Þ
ðqþ 1Þð2q2 � qþ 2Þ ð2Þ

where n = strain hardening coefficient and q is a strain ratio defined as:
q ¼ de2=de1.

Hill (1952) assumed that a local neck may forms with an angle to the direction of
the major principal stress and the angle of the neck ðaÞ with respect to loading axes
may be expressed as: a ¼ tan�1ð ffiffiffiffiffiffiffi�q

p Þ, where q is the strain ratio. Clearly, the
equation makes sense when the strain ratio is negative, i.e. the minor principal strain
should be negative. He also assumed that the necking direction is coincident with
the zero-elongation direction. The criterion for occurring instability is given by the

following equation: drde ¼ r
1þr, where r is the Lankford anisotropic coefficient. Using
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Hollomon power law of true stress–true strain relationship, the critical condition for
negative strain ratio is defined as: e1 ¼ n

1þq.
Figure 2 is the comparison between predicted forming limit by both of the FLD

models. It can be observed from the Swift FLD that diffuse necking is observed in
biaxial stretching, plane strain and uniaxial tension, when the major strain reaches
a maximum value. Interestingly, this maximum major strain value is equal to the
strain hardening exponent (n value) obtained from power hardening law. The
limiting strain measured by this method is always less than that of experimental
data especially in the second quadrant of the FLD. This disadvantage restricts the
use of Swift model for practical purpose. Also it can be seen that for Hill’s model,
under plain strain condition, localized necking occurs at e1 ¼ n, and it steadily
increases to e1 ¼ 2n, at pure uniaxial region. Thus, Hill’s model does not depend
upon different yield criteria but it depends on the different values of hardening
coefficients.

Stören and Rice (1975) proposed a FLD model based on the J2 deformation
theory of plasticity which says that localized necking is caused by the vertex
developed on the subsequent yield surface (Stören and Rice 1975). This method can
predict the localized necking over the entire range of FLD. However, it underes-
timates the limit for localized necking at the left-hand side of FLD. This drawback
was eliminated by Zhu et al. (1987) by incorporating the moment equilibrium in
addition to the force equilibrium condition adopted by Stören and Rice. They found
that the discontinuity of shear stress inside and outside of the localized band is
actually zero. The bifurcation analysis with vertex theory, proposed by Stören and
Rice, was later revised by Zhu et al. (2001). The modified vertex theory, which
involves a generalized material constitutive relation, is achieved by applying
Hosford’s higher-order yield criterion (Hosford 1979) and the concepts of plasticity
theory. Later, analytical expression of the theoretical FLD was developed by Chow

Fig. 2 Forming limit diagram
obtained by Swift theory and
Hill theory
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et al. (2003) with the adoption of Hosford higher-order yield criterion. Final the-
oretical form developed by Chow et al. (2003) is presented in Eqs. (3) and (4).

eLHSmajor ¼
ð1þ r0Þ½ac�2 þ r90ð1þ qÞð1� aÞc�2�f cðaÞ

ðc� 1Þð1þ qÞð1þ qaÞ½ac�2 þ ðr90 þ r0ac�2Þð1� aÞc�2� þ
ðc� 1Þn� 1
ðc� 1Þð1þ qÞ ð3Þ

eRHSmajor ¼
ð1þ r0Þ½ac�2 þ r90ð1� aÞc�2�f cðaÞ

ðc� 1Þð1þ qaÞ½ac�2 þ ðr90 þ r0ac�2Þð1� aÞc�2� þ
ðc� 1Þn� 1

ðc� 1Þð1þ qaÞ ð4Þ

where f ðaÞ ¼ 1

r90ð1þ r0Þ½ �1c
r90 þ r0 aj jcþr0r90 1� aj jc½ �1c.

a ¼ stress ratio, q ¼ strain ratio and γ = Hosford’s exponent, r0 and r90 are the
anisotropy coefficients in rolling direction and in transverse direction, respectively.
By using the above-mentioned equation, the theoretical FLD (shown in Fig. 3) is
computed with varying orders of yield function, i.e. γ = 2, 4 and 6.

Perturbation analysis is another method to predict plastic instability. In this
method, the sheet material is assumed to be homogeneous at the beginning of
deformation. However, after every increment of plastic deformation, a perturbation
is considered to affect the homogeneous flow. This concept was initially developed
to study the dynamics of flow in fluids, but it was adapted to the plastic flow in
solids by researchers such as Zbib and Aifantis (1989) in order to study shear bands
and localized necking of sheet samples deformed in uniaxial tension. In 1991,
Dudziniski and Molinari (1991) first suggested the concept of the effective insta-
bility and then successfully adopted the instability method to formulate the FLD.

Fig. 3 Forming limit diagram
obtained from Stören-Rice
model
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The effective instability analysis gives the basic trend of M–K model analysis
(discussed later in this chapter). The dependence of the limit strains on the value of
the instability intensity parameter is equivalent to the dependence of the limit stains
on the value of the initial defect in the M–K model analysis. Advantage of this
method is that an explicit expression for the critical strain can be obtained unlike
M–K model. However, linear perturbation theory can determine the forming limits
for some strain rate sensitive materials only. For steels, this theory under predicts
the forming limits.

In 1984, Jones and Gillis (1984) proposed a new theory (known as J–G theory)
for prediction of localized necking. He assumed that the material is homogeneous
till the maximum load and a strain concentration under constant load. After that the
localized neck formed due to rapid load decrease. Initially, this method was suitable
to predict right-hand side of FLD but Choi et al. (1989) extended this theory for
negative minor strain also. But due to computational difficulty, this method is not as
user friendly as M–K model. This sheet non-homogeneity model (M–K model) is
based on the hypothesis of the existence of imperfections in sheet metal. Marciniak
and Kuczynski (1967) developed this model, and it is well known as M–K damage
model. Initially sheet metal has geometrical imperfections (thickness variation
shown in Fig. 4) and/or structural imperfections (inclusions and gaps). In the
forming process, these imperfections progressively evolve and the plastic forming
of the sheet metal is almost completely localized in them, leading to the necking of
the sheet metal. The theoretical model proposed by Marciniak assumes that the
specimen has two regions: region “P” with a uniform thickness t0P, and region “Q”
with the thickness t0Q. The initial geometrical non-homogeneity of the specimen is
described by the so-called “coefficient of geometrical non-homogeneity”, f,
expressed as the ratio of thickness in the “Q” region to “P” region.

In the M-K model, the strain and stress states in the two regions are analysed and
the principal strain ε1Q in region “Q” in relation to the principal strain ε1P in
region “P” is monitored. When the ratio of these strains ε1Q/ε1P becomes too large
(infinitely large in theory, but greater than 10 in practice), one may consider that the
entire straining of the specimen is localized in region “Q”.

Fig. 4 Geometrical model of
Marciniak–Kuczynski theory
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This model was intensely used and developed by researchers due to the
advantages it offers: it has an intuitive physical background; it correctly predicts the
influence of different process or material parameters on the limit strains; the pre-
dictions are precise enough; the model can be easily coupled with finite element
simulation software for sheet metal forming processes. But in this model, the
prediction results are very sensitive to the constitutive equations used, as well as to
the values of the non-homogeneity parameter (f). Also, the shape and position of the
FLD depend on the value of the f-coefficient. If f = 1 (geometrically homogeneous
sheet), the curve becomes coincident with the first bisector. Thus, this theory cannot
model the strain localization for geometrically homogeneous sheets. M–K method
tends to give very high limit strain when the strain ratios near balanced biaxial
tension. In other words, the M–K method under predicts the limit strains near plane
strain deformation, but over predicts them in the equi-biaxial stretching regime.

Keeler and Brazier (1977) proposed an empirical relationship (Eq. 5) for cal-
culating the limit true strains corresponding to plane true strain, FLD0 (located in
the FLD where it crosses the major strain axis) using thickness and n-value of the
sheet material.

e1 ¼ FLDTrue
0 � e2; for e2\0 and

e1 ¼ ln½0:6� ðexpðe2Þ � 1Þ þ expðFLDTrue
0 Þ�; for e2 [ 0

ð5Þ

where FLDTrue
0 ¼ ln½1þ ð0:233þ 0:413� tÞ � nt �.

Here, n = strain hardening coefficient obtained from hardening laws and t = sheet
metal thickness. The empirical Keeler-Brazier curve is shown in Fig. 5.

Fig. 5 Forming limit diagram
obtained by Keeler-Brazier
theory

178 S. Basak et al.



2.1 Theoretical Models for Estimation of Stress-Based FLD

2.1.1 Phenomenological Approach

The important elements which are required to depict the plastic behaviour of a
material in a general stress state are as follows:

• A yield criterion expressing a relationship between the stress components at the
moment when plastic yielding occurs.

• An associated flow rule describes the manner in which plastic strain depends
upon a given combination of stress.

• A hardening rule describing the evolution of the initial yield stress during
forming process.

When stress reaches the yield point of the material, the transition from the elastic
to plastic state occurs. The yield point in uniaxial tension is established using the
stress–strain curve of the material. Yield surface generally defined as
f ð�r; YÞ ¼ �r� Y ¼ 0, where �r is the equivalent stress which is a scalar function of
deviatoric stress tensor and Y is the yield stress obtained from a simple test (tension,
compression or shearing). In this chapter Barlat-89 yield criterion is used in
combination with Hollomon, Swift and modified Voce hardening laws to convert
ε-FLD into σ-FLD.

2.1.2 Barlat-89 Yield Criterion

In 1989, Barlat and Lian (1989) proposed a yield criterion in the form of

f ¼ ajk1 þ k2jM þ ajk1 � k2jM þ cj2k2jM ¼ 2�rM ð6Þ

where a, c, h and p are material anisotropy constants related to r0 and r90. M is
chosen according to the crystallographic structure of the material. The best
approximation for the exponent was given by:M = 6 (for BCC materials) andM = 8
(for FCC materials).

k1 ¼ rx þ hry
2

; k2 ¼
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi��

rx � hry
2

�2

þ p2r2xy

�s

Using another identification procedure based on the coefficients r0 and r90 it is
obtained:

a ¼ 2� c ¼ 2� 2
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
r0

1þ r0

r90
1þ r90

r
; h ¼

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
r0

1þ r0

1þ r90
r90

r
:
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As in the present sheet forming experiments, the anisotropic thin rolled sheets
were considered, and the shear stress was assumed to be neglected so as to reduce
the complexity in the analytical formulation. Hence the parameters boil down to:

k1 þ k2 ¼ rx and k1 � k2 ¼ h � ry

For sheet metals, x is parallel to the rolling direction (RD), y in transverse
direction (TD) and z in the normal direction. If the anisotropic orientation of the
sheet metal coincides with the principal direction of stress tensor (Fig. 6), then for
plane stress condition r3 ¼ 0 (in sheet metal forming) the Eq. (6) reduces to:

f ¼ ajr1jM þ ajhr2jM þ cjr1 � hr2jM ¼ 2�rM ð7Þ

Applying flow rule, deij ¼ dk @�rðrijÞ
@rij

(where dk is a positive scalar that depends on

the stress state) in Eq. (7), and upon simplification the equation can be written in the
form of stress ratio n, defined as the ratio of effect stress (�r) to major stress (r1Þ as:

n ¼ �r
r1

¼ 1
2
faþ ajhajM þ cj1� hajMg

� � 1
M

ð8Þ

where a ¼ r2
r1
.

Again strain ratio q ¼ de2
de1

can be written in the form of a as,

q ¼ ajhajM�1 � chj1� hajM�1

aþ cj1� hajM�1 ð9Þ

From the definition of plastic work (�r � d�e ¼ r1 � de1 þ r2 � de2 þ r3 � de3Þ and
further imposing the plane stress condition (r3 ¼ 0), the effective strain can be
expressed in the form of Eq. (10):

�e ¼ e1
n
ð1þ qaÞ: ð10Þ

Fig. 6 Axis orientation in
sheet metal forming
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2.1.3 Hardening Laws

Strain hardening is the strengthening of a metal by plastic deformation. Three
hardening laws are considered in this work, namely Hollomon, Swift and modified
Voce model.

The Hollomon equation is given by

�r ¼ K � �enP ð11Þ

where �r and �eP are, respectively, the effective stress and plastic strain. K (known as
strength coefficient) and n (known as stain hardening exponent) are material
constants.

The Swift equation is given by

�r ¼ K � ðe0 þ �ePÞn ð12Þ

The parameters K, n and e0 are material constants.
Modified Voce equation is given by

�r ¼ A� B0 � eð�C��ePÞ þ B1 � �eP ð13Þ

where A, B0, B1 and C are the material constants. All these material constants can
be calculated by fitting the experimentally determined true stress–true strain curve.
B1 is approximately identified in this work as a half of yield stress value for each of
the investigated steels as defined by Panich et al. (2013).

2.1.4 Steps for Constructing σ-FLD from ε-FLD

The major and minor strain values after pre-strain are defined by ε1i and ε2i,
respectively, and that after step-II is defined by ε1f and ε2f, respectively. Amount of
effective plastic strain induced in the specimen during pre-strain was calculated
from the Eq. (10) by calculating the ratios such as ρ, α and ξ as formulated by the
Eqs. (8) and (9). Similarly, effective plastic strain increment was estimated during
step-II deformation by estimating different derived parameters such as q; n and a.
After calculating total effective plastic strain induced during forming, total effective
stress at the end of the step-II was calculated by hardening laws given by following
Eq. (14).

�r ¼ f f�eðe1i; e2iÞ þ �eðe1f � e1i; e2f � e2iÞg ð14Þ

Finally, principal stresses were calculated with the ratios ξ and α. These major
and minor principal stress values were mapped in stress locus to obtain σ-FLD.
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2.2 Theoretical Models of Extended Stress-Based FLD

Simha et al. (2007) introduced two assumptions to get XS-FLD from ε-FLD.

• The materials are assumed to follow isotropic hardening with the J2 deformation
theory of plasticity. Strain path proportionality is the main assumption behind
XS-FLD.

• They introduced two stress invariants, namely equivalent stress (plotted along
y axis) and mean stress (plotted along x axis). These two stress invariants
characterize the formability limit under plane stress loading and they are also
representative of the forming limit under three-dimensional stress states.

The principal stress pair ðr1; r2Þ can be calculated from corresponding principal
strain pair ðe1; e2Þ as shown by steps of the previous section using suitable hardening
laws. After that the two stress invariants can be calculated by the following formula:

Equivalent stress ¼
X ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi

ðr21 þ r22 � r1 � r2Þ
q

andMean stress ¼
X
hyd

¼ r1 þ r2
3

It should be noted that the through-thickness component of stress is not present
in case of sheet metal forming operation. Otherwise, mean stress and effective stress
should be calculated accordingly to take care of that component.

For validation and comparison of three damage models, data of as-received and
different pre-strain condition were collected from literature (Graf and Hosford
1993) for material Al 2008 T4 (Fig. 7a). All the ε-FLDs were converted to σ-FLD
incorporating Barlat-89 anisotropic yield criterion coupled with Hollomon hard-
ening law. The final σ-FLDs are shown for all pre-strain condition in Fig. 7b, and it
can be seen that all the scattered pre-strain ε-FLD curves merged into a single line.
From final principal stress value, XS-FLD was also computed. It is shown in Fig. 7c
and found to be equally effective as σ-FLD. Hence, the insensitivity of σ-FLD and
XS-FLD on strain path was verified.

Fig. 7 a ε-FLD (Graf and Hosford 1993) b σ-FLD and c XS-FLD for different pre-strain
conditions
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3 Motivation and Objective

Recently, automotive industries are interested in the use of various advanced high
strength steels (AHSSs) to fabricate light weight components with improved vehicle
performances. Among the AHSS family of steels, the DP steels are the most
favourite to the manufacturing industries due to their inherent combinations of high
strength and ductility.

However, sheet metal forming process requires several passes in different
forming operations to give the final shape of the product. The FLD shifts after each
of the forming operations in a total process. So, it is very difficult to predict the
nature of fracture or stress state into the material by strain-based FLD. For these
cases, σ-FLD is the convenient option as σ-FLD is robust and no significant
changes in it by changing the strain path. Clearly the change in formability in
multistage forming process of DP steel is very much critical and should be studied
thoroughly. Hence, the main goal of the present work was to experimentally design
a two-stage stretch forming set up to evaluate the forming behaviour of different
biaxial pre-strained DP steels. The σ-FLD was evaluated theoretically incorporating
Barlat-89 anisotropic yield criterion with different hardening laws. Finally, the
developed σ-FLD was implemented in the FEM to predict the forming behaviour of
pre-strained materials, and the results were validated with experimental results.
In this research work, the main interest was the capability of estimated σ-FLD to
predict the failure in the material deformed under complex strain path.

4 Experimental Procedure

4.1 Material Characterization

Commercial grade DP steel of a particular type, namely DP600 with a thickness of
1.2 mm, was investigated in this study. The material characterization was per-
formed by standard uniaxial tensile tests as per ASTM E8 M standard (ASTM
2003). The stress–strain response of the material was evaluated along three direc-
tions viz. 0, 45 and 90° with respect to rolling direction of the sheet. Various
properties, such as ultimate tensile strength, 0.2 % offset yield strength, total
elongation, r-value (plastic strain ratio) were evaluated and reported in Table 1.

Table 1 Uniaxial tensile properties of DP600 steel used in this study

Grades and
gauges

Yield strength
(MPa)

Ultimate tensile
strength (MPa)

% Total
elongation

Anisotropic
properties

r0 r45 r90
DP600 (1.2) 407 665 19.12 0.96 0.93 1.05
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The true stress–true strain data from uniaxial tensile test of DP600 were fitted
and extrapolated with the Hollomon, Swift and modified Voce hardening laws and
the different coefficient values for different hardening laws are determined by best
fitting curves. The different coefficient values were tabulated in Table 2.

4.2 Multistage Forming Experiment

Complex strain paths were induced in the sheet metal using combinations of two
linear strain paths. The biaxial pre-strain was induced to the sheet metal in the step-
I, and out-of-plane stretch forming operation was carried out to determine form-
ability in step-II. The details are mentioned below.

STEP-I: To induce pre-strain into the specimen

To conduct this test, an in-plane stretch forming set up (Fig. 8a) was conceptual-
ized, designed and fabricated. The sheet metal together with brass washer (Fig. 8a)
was together kept over the die. Thick film of lubrication was provided between the
punch and the washer before the flat punch deformed the test specimen. As the
punch moved down, the hole in the washer expands in radial direction inducing
radial friction forces in the contact region between the test piece and washer. This
friction prevents the test piece from getting fractured near the punch corner.

Table 2 Material constants evaluated incorporating different hardening models

Hollomon law Swift law Modified Voce law

K (MPa) n R2a ε0 K (MPa) n R2a A B0 B1 C R2a

1125 0.21 0.9836 0.005 1140 0.20 0.9980 839 361 202 10 0.9843
aHere, R2 is defined as the coefficient of determination which indicates how well data points fit a
line or curve

Fig. 8 Set-up for a biaxial pre-strain (Step-I), b out-of-plane stretch forming (Step-II)
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Circular grids of 2.5 mm diameter were marked on the blanks by electrochemical
etching technique to measure major and minor strains in the specimen after
deformation. Due to radial friction forces at the sheet-washer interface, it was found
that nearly equi-biaxial pre-strain was induced in the specimen. It is important to
note that the amount of pre-strain induced in the material was predicted by FE
simulations, and accordingly, the punch travel was planned in the experiment. Two
different levels of pre-strain, i.e. 6.3 and 10.9 % were planned in the first stage of
deformation.

STEP-II: Stretch forming operation on pre-strained specimen

After measuring the pre-strain, the bottom portion was trimmed by wire EDM. This
resultant blank was treated as input test piece for Step-II. The formability of the pre-
strained blank was evaluated in terms of LDH by stretch forming using a hemi-
spherical die punch set up as shown in Fig. 8b. The experiments were stopped when
a visible neck or initiation of fracture was observed on the specimens.

5 Finite Element Analysis

The success of the sheet forming numerical simulation lies in its ability to reproduce
the experimental data with proper selection of material model, boundary conditions
and forming limit (damage model). In this work, FE simulations of the both the
forming steps were carried out using LS-DYNA 971. All tooling surfaces such as the
die, punch and blank holder (or binder) were modelled as rigid bodies, and these
were meshed as 1-mm-thick shell elements taking proper care of the warp age angle
(20°) for the punch and die corner. The deformable blank and the washer were
modelled as four-nodded quadrilaterals Belytschko–Tsay elements (Hallquist 2003).
The quarter symmetry model was developed to reduce the computational time.
Barlat-89 yield criterion was used as the material model for the blank incorporating
the planar and normal anisotropy described in the Sect. 2.1.2. The die was fixed, and
both the punch and binder were allowed to move in the z direction (along the punch
axis). The coefficient of friction between the punch and blank was 0.01 in first step as
thick film lubrication was applied to prevalent biaxial straining in Step-I. However,
the friction value of 0.15 was assigned in all the dry conditions of the forming
operations. The modelling and simulations were done for two different pre-straining
cases: (i) 6.3 % pre-strain and (ii) 10.9 % pre-strain, and these simulations helped in
predicting the required punch displacement for experimental trial. The predicted
major and minor strain data points at each step of the deformation in the FE simu-
lation were interposed into the ε-FLD. In this work, the experimental ε-FLD for
DP600 with 1.2 mm sheet thickness was taken from the literature (Kilfoil 2007).
Calculated stress values in both principal directions were plotted on already esti-
mated σ-FLD obtained from experimental ε-FLD. The time step in which the strain
or stress value reached to the limiting value was referred to predict failure.
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6 Results and Discussion

6.1 Limiting Dome Height (LDH) Prediction

The final deformed dome obtained after the LDH testing of circular pre-strained
DP600 is shown in Fig. 9. It was observed in the case of both the materials that the
formability index-LDH decreased as the amount of pre-strain increased. The pre-
strain during the first stage of deformation exhausted some ductility of the material
reducing the limiting strains, hence the reduction in LDH during the second stage of
deformation as compared to a fresh as-received material. It is also observed that the
LDHs predicted by ε-FLD and σ-FLD are equal, and comparable with that of
experimental results for as-received material. Whereas in case of pre-strained
conditions, the result predicted by σ-FLD is closer to the experimental result
compared to the results predicted by ε-FLD as shown in Table 3. This fact can be
well explained through the nature of shifting of ε-FLD curve for pre-strained
condition. In case of DP600, nearly bi-axial strain path was observed during pre-
straining. It was already reported that the ε-FLD shifted downwards by lowering the
limiting strain, and this resulted smaller dome height. In order to get insight into the
formability changes in LDH tests of pre-strained materials, the deformation path
and the thickness distribution were analysed in the subsequent section.

6.2 Strain and Stress Path During Different Steps

The strain and stress path of the failed region obtained from FE results of both the
stages of forming of DP600 steel are shown in Fig. 10a with reference to its ε-FLD

Fig. 9 Comparison of LDH of DP600 at different pre-strain conditions

Table 3 Comparison of LDH of DP600 at different pre-strain conditions

Material Experimental data Predicted data (by LS-DYNA)

% of pre-strain Final dome
height (mm)

% of pre-strain Final dome height (mm)

Using ε-FLD Using σ-FLD

DP600 As-received 16.55 As-received 17.18 17.18

6.3 % 13.67 6.2 % 14.82 13.35

10.9 % 12.27 11.0 % 14.02 11.82
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and σ-FLD. Further it can be observed from Fig. 10b that Swift hardening law is
predicting better forming limit in comparison with that of Hollomon and modified
Voce hardening laws incorporating Barlat-89 yield criteria. Strain data are taken at
different time steps from LS-DYNA simulation. However, the final strain value was
measured from experiment and it found a good correlation with simulation data.

In Fig. 11, stain and stress paths have shown for 6.3 % pre-strain condition for
DP600. Also from the Fig. 11a, it can be noticed that the slope of the strain path
changes from first step to second step in ε-FLD. In the first step, the strain path is

Fig. 10 a Strain path and b stress path during forming of DP600 as-received material

Fig. 11 a Strain path and b stress path during forming of 6.3 % pre-strained DP600 material
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more towards biaxial side compared to second step. This is because a thick film of
lubrication was applied which reduced the friction in the first step and helped to
achieve nearly bi-axial pre-strain. On contrary, the second step stretch forming
operation was performed in completely dry condition. It can be observed that the
actual failure takes place far before the time step when ε-FLD predicts failure. The
σ-FLD is able to predict the correct time step when the failure occurs. It is clear
from these plots that ε-FLD is unable to predict formability in the present multistage
forming process. However, the σ-FLD is insensitive to the deformation history, and
hence it is suitable for complex forming process.

6.3 Validation of Load Progression and Thickness
Distribution

The load–displacement curves of the blank were obtained through data acquisition
system during stretch forming operation. For DP600, in case of biaxial stretch
forming operation, the load requirement for deformation increases with the increase
in punch travel distance. As punch travels more, the contact area between punch
and the blank increases which increase resisting force for deforming the sheet.
Load–displacement data are plotted for as-received material as well and pre-strained
material. For pre-strained material, the peak load requirement is less compared to
as-received condition. Similar trend was also predicted from FE simulation as
shown in Fig. 12.

The deformed cups of DP600 were cut along the rolling direction, and the
thickness variation was measured at different distances from the reference pole
(pole is defined as cup centre or the topmost position of the dome) shown in
Fig. 13a. The observed thinning pattern is symmetrical with respect to pole. The
thickness variation was measured and plotted as shown in Fig. 13a. Negligible
thinning was observed at the pole. As the tools (either punch or dies) were in direct
contact with blank, the frictional force between them did not allow thinning to

Fig. 12 Comparison of
load–displacement data of
as-received and 10.9 %
pre-strained DP600
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occur at the pole and flange. However, maximum thinning or failure has developed
at a certain distance away from the pole corresponding to the location where the cup
was starting to be out-of-contact with the punch. The location of the maximum
thinning development was measured in the case of all the pre-strain deformed cups
of both the materials, and the result was shown in Fig. 13b. It can be observed that
the location of failure depends on the level of pre-strain and types of material. The
area of contact between the punch and blank increases with the increase in LDH,
hence the location of maximum thinning development.

7 Outlook

In one word, “formability” is an outcome of complex interaction between consti-
tutive properties of sheet metal as well as external influencing factors associated
with a forming operation, being limited by the onset of localized necking. This
chapter deals with theoretical prediction of FLD which is affected by many complex
parameters such as strain hardening coefficient, modes of stretching, strain rate
sensitivity index, hardening laws and most importantly the strain path. Among the
theoretical models, M–K model is the most efficient and useful method to predict
the formability limit precisely. However, in the current study, the basic mechanical
and forming behaviour of DP600 is investigated experimentally and numerically.
Nonlinear strain path was introduced in the form of pre-strain to know the change in
formability limit at different pre-strain condition. Experimentally two-stage forming
processes were fabricated to analysis the formability of DP600 steel under different
levels of pre-strain conditions. Stress-based FLD and extended stress-based FLD
were formulated analytically to examine the effectiveness of them as a damage
model in numerical simulation. Finally, the forming behaviour in terms of LDH,

Fig. 13 a Thickness distribution in a 6.3 % pre-strained stretch formed cup b maximum thinning
location for different pre-strain DP600
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load displacement and thickness distribution was studied experimentally and
numerically. The followings are the major conclusions.

I. A serious restriction of ε-FLD is that it applies only for proportional loading
condition. For complex strain path operation, it gives a false prediction of
formability. This apparent path-dependent problem vanishes when forming
limit is calculated in stress co-ordinate both in σ-FLD and XS-FLD.

II. Stress-based FLDs were evaluated for different pre-strain conditions using
ε-FLD by Barlat-89 yield criteria and different hardening models, and it was
observed that it is insensitive to the deformation history and depends only on
the stress state.

III. LDH predicted by FE simulation incorporating ε-FLD is more as compared to
σ-FLD for bi-axially pre-strained DP600 specimens.

IV. Barlat-89 yield criterion coupled with Swift hardening law predicts formability
of pre-strain DP600 closely to the experimental LDH, thickness distribution
and load progression results
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Size Effect on Mechanical Behaviour
of SS304

J. Sahu and S. Mishra

Abstract Of the available micro-manufacturing technology, micro-forming draws
the attention of manufacturers and researchers due to its high precision, low energy
consumption and low cost products with better mechanical properties. However,
due to the size effect, the traditional macro-forming techniques cannot be applied to
micro-forming directly. Therefore, manufacturing of micro-components is a chal-
lenging field. When the parts are miniaturized, adhesive force and surface tension
play an important role. The microstructure, grain orientation, grain boundary and
surface integrity significantly influence the micro-forming process. Three FCC
materials (SS304) of 30, 50 and 90 µm thicknesses were selected as working
material to study the size effect. The effects of thickness, surface grain, cross-
sectional grain size on mechanical behaviour were investigated. The grain distri-
bution through surface and cross section was quantified. The effect of thickness on
YS and UTS at nearly same grain size was studied, and it was observed that the
strength decreases with increasing thickness from 30 to 90 µm.

Keywords Micro-forming � Size effect � Thickness � Mechanical behaviour

1 Introduction

There is currently a growing demand for micro-forming in the field of electronic
products, electro-mechanical systems (MEMS), medical equipment and sensor
technology. Examples of some typical products are micro-screw, IC carriers, fas-
teners, connecting elements, vehicle aircraft, packaging for consumable goods, cans
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for drinks and frames for TV/computer screens/monitors/displays, etc. (Engel and
Eckstein 2002; Razali and Qin 2013). Earlier to this lithographic technologies,
especially Lithographie, Galvanoformung and Abformung (LIGA) processes have
dominated in the manufacturing of micro-components. The LIGA process has good
accuracy, but the process is slow and costly. Therefore, this process is not suitable
for mass production (Wang et al. 2007). But micro-forming produces precise, low
energy consumption and low cost products with better mechanical properties. The
material surface topography and microstructure is invariant with the dimension of
the material. Hence, the ratio of dimension of part to the microstructure parameter
or surface topography parameter differs with miniaturization. These factors lead to
size effect (Saotome and Inoue 2000; Geiger et al. 1994). The size effect concerns
with the friction and material behaviour, which are generally relevant for almost all
forming processes. The flow stress variation due to the miniaturization is investi-
gated by geometrically similar tensile and upsetting tests. It is observed that when
the size is scaled down, flow stress decreases significantly (Kals 1999; Kocan and
Prejs 2000; Raulea et al. 1999; Picard and Michel 1999). Upsetting test for copper,
CuZn13 and CuSn6 specimen shows that flow stress decreases with scaling down
the size of material (Geiger et al. 1997; Miyazaki et al. 1979). This test is carried out
keeping grain size constant. Huang and Chang (2012) investigated the size effect of
pure iron steel of three different grain sizes and four different thicknesses. It is
observed from tensile test that for each thickness the flow stress decreases with
increasing grain size. Due to these effects, the conventional macro-forming phe-
nomena cannot be applied to micro-forming directly. When the parts are mini-
mized, the orientation, grain size, number of grain in cross section, grain
distribution, etc. play an important role. Therefore, manufacturing a micro-com-
ponent by micro-forming process is a challenging field and the grain and specimen
size effect study is needed for micro-forming.

2 Experimental Details

Commercially available materials (SS304) of three sizes 30, 50 and 90 µm are
considered for the present work. The sample for tensile test is prepared as dimension
gauge length 22 mm, width 5 mm and total length 50 mm, and the experimental
work is carried out that includes annealing, tensile test, microstructure analysis and
tensile test. Initially, the specimen was annealed in Muffle furnace at 1050 °C and it
was observed that the thin sheet was burnt out. Then, it was annealed at 800 °C for
15, 20, 25 and 30 min in order to get different grain sizes and the material was taken
out for air cooling. Instron 3345 single vertical column type tensile test machine of
capacity 5 kN is used for tensile testing with a strain rate of 10−4s−1. The micro-
structure image was taken by TSL OIMTM orientation imaging microscopy on a FEI
Quanta TM 200 Hv scanning electron microscopy (EBSD) and was analysed by TSL
OIM Analysis 7 software. All the video conditions were kept same for all scans, and
analysis is carried out by keeping CI 0.1 as CI is the important parameter. The EBSD

194 J. Sahu and S. Mishra



sample was prepared by mechanical polishing followed by diamond polishing and
electro-polishing. For mechanical polishing, 2500 grade paper was used followed
by diamond polishing by cotton cloth and 1 µm grade diamond paste. The electrolyte
used for electro-polishing is 80 % methanol and 20 % perchloric acid.

3 Result and Discussion

Tensile test was carried out to study the size effect on mechanical behaviour of
received material. Stress strain curve for all the thicknesses is shown in Fig. 1a–c.
For repeatability, three samples were tested for each condition. It is observed that
the total elongation of received SS304 is 2–3 % and flow stress is the range of
1300–1400 MPa. Due to very low elongation and very high load requirement, the
material cannot be used for further deformation. To find the cause of very low
elongation, the ESBD microstructure analysis is carried out. The EBSD results are
shown in Fig. 2, which shows that the grain size is very small and heavily cold
worked which cannot be indexed. Size effect is also observed for as-received
material as shown in Fig. 3. To study the effect of miniaturization, the indica-
tive curve is plotted between flow stress and thickness (Fig. 3). It is observed that
flow stress attains maximum at 50 µm thickness and decreases towards 30 and
90 µm thicknesses. But the flow stress of 90 µm thick is more than 30-µm-thick
materials. From this analysis, it is conformed that there is a mutual effect of grain
size and thickness on mechanical properties. Therefore, SS304 is annealed at
800 °C for 15, 20, 25 and 30 min to generate different grain sizes. The annealed

Fig. 1 a–c Tensile curve of received material

Fig. 2 Microstructure of SS304 (as received)

Size Effect on Mechanical Behaviour of SS304 195



sample of different thicknesses for various time is prepared for EBSD scan. The
EBSD scan is shown in Fig. 4.

The effect of annealing time on surface grain size of SS304 foils at 800 °C for
15, 20, 25 and 30 min is described in Fig. 5. It is observed that the surface grain is
increasing significantly with respect to time in case of 90 µm SS304, but for 50 µm
grain size, it decreases from 15 to 20 min and then increases. In 30 µm SS304, grain

Fig. 3 Effect of thickness on flow stress

Fig. 4 Surface grain modification by heat treatment of SS304 (15, 20, 25 and 30 min)

Fig. 5 Effect of annealing
time on surface grain
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size remains same for 15–20 min and then decreases for 25–30 min. Figure 5 shows
that cross-sectional grains are decreasing with respect to annealing time in case of
90 µm SS304, but for 50 µm grain size, it decreases from 15 to 20 min and then
increases 25 min and remains same for 30 min. In 30 µm SS304, grain size remains
same for 15–20 min and then slightly increases for 25–30 min. It is clearly observed
from Figs. 5 and 6 that the surface grains are larger than inside grains. Therefore,
the 3D structures of grains are elliptical in shape.

3.1 Effect of Annealing Time on Elongation

The percentage elongation with respect to annealing time is plotted in Fig. 7. The
percentage elongation decreases with increasing annealing time in 30 and 50 µm,
but in 90 µm SS304, the elongation decreases from 15 to 20 min, increases to
25 min and then decreases up to 30 min. The maximum elongations are 13, 25 and
30 % for 30, 50 and 90 µm and attain at 15, 15 and 25 min, respectively. Annealed
samples have very high elongation when compared to the received material elon-
gation as shown in Table 1.

Fig. 6 Effect of annealing
time on cross-sectional grain

Fig. 7 Percentage of
elongation with annealing
time
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3.2 Effect of Grain Size on Elongation

The total elongation of different thicknesses of specimen at different grain sizes is
shown in Fig. 8. There is no clear trend found between grain size and elongation,
but it is observed that the percentage elongation varies significantly for different
thicknesses. The maximum elongation is achieved at 2.7, 3.5 and 5 µm grain for 30,
50 and 90 µm, respectively.

3.3 Effect of Annealing Time on Flow Stress

The flow stress (MPa) of as-received and annealed sample for 15, 20, 25 and 30 min
at 800 °C is shown in Table 2 and plotted in Fig. 9. It is observed that the flow
stress decreases for 30 µm and increases for 90 µm SS304 with increasing

Table 1 Percentage of
elongation of as-received
material

Thickness % of Elongation

90 2.28

50 2.08

30 2.55

Fig. 8 Effect of grain size on
total elongation

Table 2 Flow stress of annealed and un-annealed SS304

Thickness (µm) Un-annealed 15 min 20 min 25 min 30 min

30 1368.97 761.31 606.25 539.63 561.25

50 1400.44 778.80 372.82 691.75 356.69

90 1381.66 639.82 678.66 846.37 766.36
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annealing time. For 50 µm, no clear trend was observed on flow stress. Sometimes
it is seen that the flow stress increases with increasing grain size. The behaviour
may be due to twining effect, grain orientation effect and thickness effect.

3.4 Grain Size Effect (Grain Size—YS and UTS)

The grain size effect on yield stress and UTS is shown in Fig. 10. The yield stress
and UTS are increasing with grain size for 90 µm SS304 and attain maximum at
5 µm grain size. In 50 µm SS304, maximum strength is achieved at 3–3.5 µm grain
size and beyond that strength decreases. The strength is maximum at 3 µm grain
size in 30 µm thickness SS304.

3.5 Thickness Effect (YS, UTS and GAM at Same Grain Size)

Three nearly same grain size are chosen for three different thicknesses as shown in
Table 3; the yield strength, UTS and GAM values are plotted against thickness for
SS304 (Fig. 11). It is observed that, strength is decreasing with increasing thickness
from 30 to 90 µm. EBSD is carried out to study microstructure of the three con-
ditions. Figure 12 depicts various microstructures. It is observed that the gauss

Fig. 9 Effect of annealing
time on flow stress

Fig. 10 Effect of grain size
on YS and UTS
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average misorientation (GAM) is increasing from 30- to 90-µm-thick SS304 and
30 µm sheet has single orientation grain ([101] orientation). The [101] orientation is
diluting in 50- and 90-µm-thick sheet.

4 Conclusions

In present research, a significant grain growth was encountered at 800 °C with
annealing time of 15, 20, 25 and 30 min. The surface grains are found to be larger
than cross-sectional grains. The total elongation and the flow stress have significant
variation with respect to grain size and sample size. The percentage elongation is
maximum for 2.5, 3.5 and 5 µm grain size at 30, 50 and 90 µm thickness of SS304,
respectively. The grain size effect on yield strength and UTS is observed, and it is
found that in 90 µm SS304 both strengths increase with increasing grain size. In 30

Table 3 Yield strength and UTS at nearly same grain size for different thicknesses

Thickness (µm) Grain size (µm) YS (MPa) UTS (MPa) GAM

30 2.659 553.76 761.31 0.530309

50 3.477 384.49 778.80 0.938186

90 2.445 301.02 639.82 1.03154

Fig. 11 Effect of thickness
on YS, UTS and GAM

Fig. 12 Microstructure of 30-, 50- and 90-µm-thick SS304 at grain size 2.659, 3.477 and
2.445 µm, respectively
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and 50 µm, no clear trend is found. The effect of thickness on YS and UTS at nearly
same grain size is studied. It is observed that the strength decreases with increasing
thickness from 30 to 90 µm as the texture diluting from 30 to 90 µm thickness.
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Prediction of Weld-Induced
Angular Distortion of Single-Sided
and Double-Sided Fillet Joints
by SAW Process

Arpan Kumar Mondal, Pankaj Biswas, Swarup Bag
and Manas M. Mohapatra

Abstract In the present work, a numerical elasto-plastic thermo-mechanical model
has been developed to predict the weld-induced angular distortion of single-sided
and double-sided fillet joints by submerged arc welding (SAW) process. The
welding was carried out by using recyclable flux-filled backing strip in single pass.
The angular deformations for both the cases have been measured experimentally. It
has been found that the maximum magnitude of angular deformation is lower in
case of double-sided fillet joint. A detail comparative study of the angular defor-
mation between single- and double-sided fillet joints has been presented in this
study. It has been observed that the developed elasto-plastic thermo-mechanical
model is well comparable with experimental results.

Keywords Submerged arc welding � Elasto-plastic � Thermo-mechanical model �
Single- and double-sided fillet weld joints � Single pass � Angular deformation

1 Introduction

Submerged arc welding (SAW) is well known for the high efficiency and high metal
deposition, and therefore, it is extensively used for fabricating large structural parts,
very thick sections, etc. Being a fusion welding process, SAW deposits large
amount of heat to melt the electrode as well as the work piece, due to which a
locally high thermal gradient generates and which is inevitable. The thermal
gradient causes residual stresses followed by the distortion of the welded part upon
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cooling and which also decides the final grain structure in different zones of the
welded plate, i.e. heat-affected zone and fusion zone. The distortion in welded joints
may be categorised as longitudinal, transverse and angular, while assembling
several parts, welding deformation is a serious concern. Referring to Deng et al.
(2011), angular deformation affects the structural integrity, dimensional accuracy as
well as the quality and performance of the final part and thus leads to an unstable
structure. Submerged arc welded stiffened panels are the part of any large structure
and can be seen in bridges, shipbuilding, etc. (Deng et al. 2011; Biswas et al. 2009).

The angular deformation created by localised thermal gradient during the
welding process reduces the proper functioning of the welded structure. Therefore,
it is essential to estimate the amount of angular deformation induced in a welded
structure to study the mechanism of weld-induced distortion. As several parameters
involve in this whole process, it becomes a complex and difficult phenomena to be
analysed by the theoretical and experimental processes only. The angular defor-
mation can be determined experimentally, or it can be predicted by using numerical
techniques (Biswas et al. 2009). Finite element (FE) analysis of welding is highly
effective in predicting thermo-mechanical behaviour. It has been more than four
decades ever since Ueda and Yamakawa (1971) proposed a thermal elastic plastic
FE method to analyse the thermal transient stresses induced in a butt and fillet weld
under a moving electrode. Following the pioneering work of Ueda and Yamakawa
(1971) and many researchers, various researchers (Deng et al. 2011; Biswas et al.
2009); Radaj 1992; Hong et al. 1998) have successfully developed a large number
of numerical models based on the FE method to predict temperature distribution,
analysing the welding residual stress and distortion both in 2D and 3D modes.

Teng et al. (2001) have investigated the residual stresses and distortion of T-joint
fillet welds using two-dimensional FE analyses. Tsai and Jung (2004) modelled the
angular distortion of T-joints using plasticity-based distortion analysis. Michaleris
and DeBiccari (1997) successfully predicted the distortions during fusion welding
using temperature-dependent material properties of the steel in the FE modelling.
Mahapatra et al. (2007) analysed the effect of tack position on angular deformation
in single-sided submerged arc welded fillet joints. Tsai and Cheng (1999) investi-
gated distortion mechanism and the effects of welding sequence on thin panel
distortion using FE analysis.

The works of the above researchers indicate that angular deformation in a
welded joint is a matter of real concern which strongly affects the performance of
the structure. However, it has been observed that adequate importance has not been
provided to the work related to comparative study of angular deformation between
the single- and double-sided fillet joints. The present study aims to develop a 3D
FE-based thermo-mechanical model to predict the residual stress and angular
deformation in submerged arc welded mild steel thick plates. The basic welding
mechanism of SAW is shown in Fig. 1. The numerical model considers elasto-
plastic response of material for predicting residual stresses and the angular defor-
mation, temperature-dependent material properties and latent heat of melting and
solidification. The numerical results have been validated with experimentally
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measured angular deformation to address the reliability of developed model.
Finally, the developed model has been utilised to do a comparative study between
single- and double-sided submerged arc welded fillet joints.

2 Mechanism of Welding Distortion

During the welding process, locally rapid melting and solidification occurs in
specific zones of the base plate (FZ and HAZ), and the existence of a high tem-
perature gradient in the weld zone creates a very high stress concentration in the
weld zone and nearby HAZ (Asim et al. 2011; Kong and Kovacevic 2012), which
generally exceeds the yield strength of the material. If the stresses generated from
thermal expansion/contraction exceed the yield strength of the parent metal,
localised plastic deformation of the metal occurs. Plastic deformation causes a
permanent reduction in the component dimensions and distorts the structure (Lucas
et al. 2014).

Initially, when the weld pool is formed upon the base metal, heat is transferred
rapidly and heat-affected zone is formed, but due to this extreme heating, the metal
at HAZ gets expanded and compressive stresses are formed in the surrounding cold
base metal to counter this expansion. But, tensile stresses arise upon cooling when
the contraction of the weld metal as well as the HAZ takes place and which is
resisted by the adjacent cold base metal. Presence of large amount of residual
stresses in the welded structure can evidently reduce the fatigue strength, can cause
crack generation and shorten the lifetime of the welded part (Arai et al. 1995;

Fig. 1 Schematic view of
submerged arc welding
system

Prediction of Weld-Induced Angular Distortion … 205



Kong and Kovacevic 2012). In a nutshell, the principle of the distortion can be
assumed as the material shrinkage during heating and cooling cycle of the welding
process (Weisman 1976). The change in temperature and stresses during welding
are explained by many researchers (Chen 2011). Let us consider a typical butt joint
(Fig. 2) where welding is being done by SAW, the welding plate can be divided in
three zones i.e. welded metal zone (A), weld poll zone (B) and the metal to be
welded (C). At the cooled region where the welding is yet to be done, the tem-
perature still has not raised therefore the temperature gradient will be almost zero
and the welding thermal stresses are zero.

The weld pool (zone B) will have the maximum temperature therefore the
temperature gradient at the center of the weld pool will be very high and the
distribution from center of the weld line to the away from the weld line will be very
steep in nature. As the metal is in molten state in this weld pool region it cannot
support any load, thus the stresses at the center of the weld pool (section 2–2) is
almost zero. But the stresses are compressive in the heat affected zone (HAZ) away
from the center of the molten weld pool region because the expansion of these areas
is restrained by surrounding colder metal.

If we consider a section (3–3) in the weld pool section slightly away from the
welding arc where welding is just completed we can see change in temperature is
less steep and the distribution is more even. In this region the weld metal and HAZ
is cooled enough, the resulting stress is tensile in nature in the weld line as they try
to shrink. The stresses are compressive in nature further away from the weld line.

Finally the last section (welded metal zone) where welding is already finished
long ago, which is located far away from the welding arc and due to this the metal
already cools down and again the temperature gradient due to welding is zero. At
this cooled region higher tensile stresses are present in the HAZ and compressive
stresses exist away from the weld line.

Fig. 2 Schematic diagram of the different weld zones during welding
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2.1 Types of Welding Deformations

The residual stresses resulting from the thermal gradients produce internal force
leading to the shrinkage of the material. Depending upon the shape and shrinkage
pattern of the final welded structure, the final deformations may be of different
types, e.g. bending, buckling and rotation. Generally, the welding deformations in
fillet joins (Awang 2002) can be found as shown in Fig. 3.

3 Finite Element Modelling

In submerged arc welding, the heat is supplied from the arc formed between the
electrode and the base plate. The heat source model in welding has an important
effect on the heat distribution pattern in the vicinity of the weld zone where fusion
zone and the HAZ are formed. As the plate thickness number for SAW is 0.88, the
heat flow can be considered as two-dimensional (Sorensen 1999). For the process of
submerged arc welding, the heat distribution of heat source may be characterised as
a distribution of heat flux on the weldment surface. In this study, the heat from the
welding arc is applied at any given instant of time as a normally distributed heat
flux which is expressed as

qsup rð Þ ¼ 3Q
p�r2

exp �3
r
�r

� �2
� �

ð1Þ

whereQ is heat input from arc and is equal to the multiplication of arc voltage, current
and efficiency; ‘r’ is the radial distance from the centre of heat source on the plate
surface; and �r is the effective arc radius that defines the region in which 95 % of heat
flux is deposited (Mahapatra et al. 2007; Friedman 1975; Pathak andDatta 2004). The
temperature-dependent material properties of mild steel (MS) used for the transient
heat transfer analysis and elasto-plastic analysis are given in Table 1. Temperature-
dependent enthalpy and yield stress for MS are given in Tables 2 and 3, respectively.
The melting and transformation temperatures of MS are 1495 and 723 °C,
respectively.

Fig. 3 Various types of welding distortions in fillet joints a angular deformation, b longitudinal
distortion (Awang 2002)

Prediction of Weld-Induced Angular Distortion … 207



Temperature-dependent material properties used for the transient heat transfer
and elasto-plastic analysis can be found elsewhere (Adak and Mandal 2003; Brown
and Song 1992). However, temperature-dependent convection coefficients and yield
stress for steel are considered from published literature (Adak and Mandal 2003).

3.1 Thermal Analysis of Submerged Arc Welding

Figure 4 shows the fillet joint arrangement with different axis. Distributed heat
source was applied to the weld zone, and convective heat loss was considered in the
remaining surfaces. The general governing equation for heat conduction for a

Table 1 Temperature-dependent material properties of mild steel (Adak and Mandal 2003;
Brown and Song 1992)

Temperature
(°C)

Thermal
conductivity
(W/m K)

Specific
heat (J/
kg K)

Thermal
expansion
coefficient (10−6/
°C)

Young’s
modulus
(GPa)

Poisson
ratio

0 51.9 450 10 200 0.2786

100 51.1 499.2 11 200 0.3095

300 46.1 565.5 12 200 0.331

450 41.05 630.5 13 150 0.338

550 37.5 705.5 14 110 0.3575

600 35.6 773.3 14 88 0.3738

720 30.64 1080.4 14 20 0.3738

800 26 931 14 20 0.4238

1450 29.45 437.93 15 2 0.4738

1510 29.7 400 15 0.2 0.499

1580 29.7 735.25 15 0.00002 0.499

3500 42.1 400 15.5 0.00002 0.499

Table 2 Temperature-dependent enthalpy for mild steel (Adak and Mandal 2003)

Temperature
(oC)

0 100 200 300 400 500 600 700 800 900 1000 >2500

Enthalpy
(MJ/m3)

0 360 720 1100 1500 1980 2500 3000 3700 4500 5000 9000

Table 3 Temperature-dependent yield stress for mild steel (Adak and Mandal 2003)

Temperature (K) 293 373 573 773 973 1073 1273 1473 1673

Yield stress (σy)
(MPa)

398 379 305 192 41 36 28 20 12
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homogenous, isotropic solid without heat generation in rectangular coordinate
system (x, y, z) is shown below.

@

@x
k@T
@x

h i
þ @

@y
k@T
@y

h i
þ @

@z
k@T
@z

h i
¼ qc@T

@t
ð2Þ

Equation (2) can be written as

qc
@T
@t

¼ � Lf gT qf g ð3Þ

where Lf gTT ¼ ~rT and Lf gT qf g ¼ ~r: qf g, Lf g ¼
@
@x
@
@y

@
@z

8><
>:

9>=
>; = vector operator.

Fourier’s law is used to relate the heat flux vector to the thermal gradient

qf g ¼ � D½ � Lf gT

where D½ � ¼
k 0 0
0 k 0
0 0 k

2
4

3
5 ¼ conductivity matrix.

Equation (3) can be written as,

qc
@T
@t

¼ Lf gT D½ � Lf gTð Þ ð4Þ

Boundary conditions
The governing equation (Eq. 2) of the thermal behaviour of submerged arc welded
plate is subjected to the following initial and boundary conditions.

Fig. 4 Schematic of the fillet joint with rectangular coordinate system
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Initial condition 1
A specified initial temperature is considered for the entire elements of the specimen
as

T ¼ T1 for t ¼ 0 ð5Þ

where T1 is ambient temperature. qsup represents the heat flux supplied to the work

surface in W�
m2 from an external welding arc. qconv represents heat loss from the

work surface at temperature, T by convection with a heat transfer coefficient and hf
into an external ambient temperature. qconv can be represented as

qconv ¼ hf T � T1ð Þ ð6Þ

It should be noted that heat flux qsup and convection loss qconv do not occur over the
same boundary segment. If heat loss by convection exists, then heat gain by qsup
does not or vice versa.

Let ~n is the unit outward normal vector represented as ~n ¼~ilx þ~jly þ~klz. The
quantity qn represents the component of the conduction heat flux vector normal to
the work surface and it is given as

qn ¼ �k~rT �~n ð7Þ

where ~rT ¼~i @T@x þ~j @T@y þ~k @T
@z . The normal component of the heat flux vector at the

surface becomes

qn ¼ �k lx
@T
@x

þ ly
@T
@y

þ lz
@T
@z

� �
¼ �k

@T
@n

ð8Þ

To develop the second- and third-boundary conditions, the energy balance
considered at the work surface as heat supply = heat loss.

Boundary condition 1
A specific heat flow acting over weld zone surface as

qn ¼ �qsup ) �k
@T
@n

¼ �qsup ð9Þ

Boundary condition 2
Considering heat loss due to convection over the surface except the weld zone
(Newton’s law of cooling)

qn ¼ qconv ) �k
@T
@n

¼ hf T � T1ð Þ ) �k
@T
@n

¼ �hf T1 � Tð Þ ð10Þ
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3.2 Mechanical Analysis

Thermal-induced expansion and shrinkage and phase transformation-induced volume
change are the main causes of the residual stress and distortion of welded parts (Kong
and Kovacevic 2012). By considering the elastic and plastic material properties, the
stress and strain relationships in submerged arc welded metal parts are given as
follows (Biswas et al. 2009). The stress–strain relationship can be represented as

frg ¼ ½D�feeg ð11Þ

where

frg ¼ stress vector ¼ ½rXrYrZrXYrYZrXZ �T,
[D] = stress–strain correlation matrix (stiffness matrix) and
feeg = elastic strain vector.

The elastic strain is given as:

ee ¼ e� eth � epl � eDv � eTrp ð12Þ

where e is total strain vector, eth is thermal strain vector, epl is plastic strain vector,
eTrDv is phase transformation-induced volume change strain vector, and eTrpl is
phase transformation-induced plastic strain vector. As phase transformation effect
was ignored in this study, the effect of eTrDv and eTrpl was ignored.

If we consider the plastic and thermal strain part, the elastic strain vector
becomes

eef g ¼ ef g � ethf g � epl
	 
 ð13Þ

e ¼ total strain vector ¼ eX eY eZ eXY eYZ eXZ½ �T ð14Þ

eth ¼ thermal strain vector ¼ DT aX aY aZ 0 0 0½ �T ð15Þ

DT ¼ Tn � T1 ð16Þ

Here, Tn is the instant temperature at a particular time; eX ey and ez are direct
strain in the X, Y and Z directions, respectively; eXY , eYZ and eZX are shear strain in
the X–Y, Y–Z and Z–X planes, respectively; and αX, αY and αZ are coefficient of
thermal expansion in X, Y and Z directions, respectively.

The structural analysis involved large displacements (strain) and rate-indepen-
dent thermo-elasto-plastic material model along with temperature-dependent
material properties. Kinematic work hardening was assumed in the analysis. This is
a common material model used in the welding analysis together with von-Mises
yield criterion and associated flow rules (Biswas and Mandal 2010; Lindgren 2001;
Wang et al. 2011; Fanous et al. 2003).
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4 Implementation of Numerical Procedure by Using APDL

In the present work, a numerical elasto-plastic thermo-mechanical model has been
developed for predicting thermal history and angular distortions of submerged arc
welded plates with fillet joint configuration. Moving distributed heat source is used
in the 3D FE modelling to make it more realistic. First of all, the heat transfer
analysis is carried out to find out the nodal transient temperatures over the entire
welded plate. Then, the nodal temperatures were applied as load for structural
analysis where residual stress and corresponding angular deformation have been
predicted.

The weld bead region during SAW is filled up by the filler material due to the
melting of the electrode. The effect of filler metal deposition has been taken into
account by implementing element death and birth technique to deactivate or reac-
tivate the selected elements (Biswas et al. 2009). Thus, the elements of the weld
bead will be non-existent before the welding and become existent after the welding.
During the death period, an elements’ stiffness value is multiplied by a large
reduction factor. The mass and energy of deactivated elements are also excluded
from the model. The strain value of an element is set to zero as soon as that element
is killed. Similarly, during the birth period, the elements are activated by returning
the stiffness, mass, element loads, etc., to their full original values (Biswas et al.
2009). von-Mises yield criterion and associated flow rules were considered as stated
in the literatures of Cheng (2005) and Alberg (2005).

The von-Mises yield criterion is as follows:

req ¼
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
1
2

r1 � r2ð Þ2þ r2 � r3ð Þ2þ r3 � r1ð Þ2
h ir

ð17Þ

where r1; r2; r3 are principal stresses and req is the equivalent one-dimensional
stress.

The boundary conditions which prevented rigid body motions are also incor-
porated in the modelling. Eight nodded brick elements are used for the thermal
analysis and similar eight nodded elements are used for structural analysis. The
plasticity is assumed as rate independent and is modelled by assuming bi-linear
isotropic hardening behaviour along with associated flow rule. Figure 4 shows the
schematic diagram of the single sided fillet weld joint considered for the 3D FE
modelling. Moving distributed heat flux of the welding arc is applied on the weld
zone. The remaining part of the butt joint surface is exposed to the atmosphere
where heat loss takes place due to convection. Figure 5 shows the meshed view of
the single-sided fillet joint.

The steps involved in the coupled thermo-mechanical analysis that carried out in
the present work are represented by a block diagram as shown in Fig. 6. The
solution was obtained using the ANSYS 14 package.
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Fig. 5 Meshed view of the single-sided fillet joint

Fig. 6 Steps involved in the coupled thermo-mechanical analysis
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5 Experimental Investigations

In the present investigation, a constant current SAW set-up, copper-coated MS
electrode of 3.1 mm diameter and granular flux have been used for carrying out the
experiments.

The MS plates used in this study were of dimension 8 mm thick
100 mm × 200 mm with web height of 50 mm for each half of the fillet joint. For
double-sided fillet welding, two sides were welded one after another and transient
thermal history was predicted accordingly. Figure 7 shows the ADORE submerged
arc welding set-up. Figure 8a, b shows the submerged arc welded specimens of
single- and double-sided fillet joints. The experiments conducted to study the
angular deformation for single-sided fillet joint and double-sided fillet joint. Before
welding the tack, welded samples were marked to measure the coordinates before
and after the welding to estimate magnitude of angular distortions. The angular
distortions are measured by a co-ordinate measuring machine (CMM) (Fig. 8c).

Fig. 7 Submerged arc
welding set-up

Fig. 8 Submerged arc welded fillet joints, a double and b single sided, c angular deformation
measurement
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6 Results and Discussions

A comparison of the predicted angular distortion from the FE analysis with the
angular distortion from the experimental analysis is shown in Table 4. The maxi-
mum magnitudes of angular deformation are considered both for fillet side and
opposite side. For both cases, the percentage deviation of the predicted results from
the experimental results lie in between 9.07 and 17.57 % and thus shows the
accuracy of the developed FE model. The developed numerical model is used to
simulate the residual stress and distortions both for single- and double-sided fillet
joints. This section provides the detailed analysis of obtained results and possible
conclusion on the comparison between single- and double-sided fillet joints. The
residual stress distribution pattern for fillet welding was validated with published
literature of Ma et al. (1995). Figure 9 illustrates the comparison between predicted
results and published data for longitudinal (Sx) and transverse (Sy) residual stress. A
good agreement can be observed in Fig. 9, and this indicates that the FE model for
present parameters set can be used in a reliable manner. After validating the present
study, the same have been used to study the welding residual stress distribution for
both single- and double-sided fillet welding.

The comparison of simulation results of single- and double-sided fillet welding
is shown in Figs. 10, 11, 12, 13 and 14. Figures 10 and 11 represent the longitudinal
and transverse residual stress distribution pattern, respectively.

Table 4 Comparison of angular deformation between simulation experiments

Angular deformation opposite side Angular deformation fillet side

Exp. (mm) Pred. (mm) Error (%) Exp. (mm) Pred. (mm) Error (%)

Single sided 0.082 0.071 15.49 0.745 0.683 9.07

Double sided 0.991 0.84 17.97 0.863 0.734 17.57

Fig. 9 Comparison of
residual stresses with
published literature (Ma et al.
1995)
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Fig. 10 Comparison between
longitudinal residual stresses

Fig. 11 Comparison between
transverse residual stresses

Fig. 12 Contour plot of
angular deformation of
double-sided fillet weld
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From Figs. 10 and 11, it was observed that within and closer to the welding
region, the residual stress is tensile in nature and away from the weld line, it is
compressive in nature.

The maximum value of longitudinal residual stress is 409 MPa (tensile) for
single-sided fillet weld but for double-sided fillet weld is 399 MPa. In case of
single-sided fillet joint, the residual stress is unbalanced in both sides. The maxi-
mum magnitude of transverse residual (Fig. 11) stress is very less than compared to
longitudinal residual stress. For single-sided fillet joint, it is 47 MPa, and for
double-sided fillet, it is 555 MPa.

Figures 12 and 13 show contour plots of double- and single-sided fillet joints,
respectively. It can be seen from Fig. 12 that within and closer to the welding

Fig. 13 Contour plot of
angular deformation of single-
sided fillet weld

Fig. 14 Comparison between
the angular deformations
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region, the amount of deformation increases with the distance perpendicular to the
welding line. In Fig. 13, the amount of angular deformation in the single-sided fillet
weld is very less in the opposite side of the fillet. The maximum value of angular
deformation in case of double-sided fillet weld is 0.215 mm, and in case of single-
sided fillet weld, it is 0.718 mm.

Figure 14 illustrates the distortions of the single- and double-sided fillet welded
MS plate. The distortions are taken perpendicular to the weld line from centre of
weld to both sides of the weld at the middle length of the weld line. The angular
deformation in weld is the product of the weld shrinkage force during cooling and
residual stress after complete solidification. It is clear from Fig. 14 that the maxi-
mum magnitude of the angular distortion both in single- and double-sided fillet
joints is almost same. However, in case of single-sided fillet joint, the angular
deformation is completely unsymmetrical in both sides of the fillet. As in case of
double-sided fillet joint, the welding is done in both sides of the fillet that is why the
angular deformation developed is well balanced in both the sides, but cumulative
value of the angular deformation is more in case of double-sided fillet joint.

7 Conclusions

A comparative study was done between the welding-induced residual stress and
angular deformation in single- and double-sided fillet joints’ configuration by
means of FE modelling and simulation. The following conclusions can be derived
from the present investigation:

• A three-dimensional FE model for predicting residual stresses for SAW has
been developed utilising the nonlinear transient thermo-mechanical analysis
assuming elasto-plastic behaviour of MS.

• The maximum value of angular deformation in case of double-sided fillet weld
is 0.215 mm, and in case of single-sided fillet weld, it is 0.718 mm.

• The angular deformation in single-sided fillet joint was unbalanced in both sides
of the fillet. The cumulative angular deformation was more in double-sided fillet
joint.

• The maximum value of residual stress is more in case of single-sided fillet joint
compared to that of double-sided fillet joint.

• The angular deformation of single-sided fillet joint was less than the double-
sided fillet joint, which implies the single-sided fillet joint may be preferred than
double-sided fillet joints, thus saving time and resources.

• The results obtained through analysis and those obtained from published liter-
atures compared fairly well with a variation of about 9–17 % only.
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Optimization of Process Parameters
in Submerged Arc Welding Using
Multi-objectives Taguchi Method

Abhijit Saha and Subhas Chandra Mondal

Abstract Submerged arc welding (SAW) is one of the oldest automatic welding
processes to provide high quality of weld. The quality of weld in SAW is mainly
influenced by independent variables such as welding current, arc voltage, welding
speed, and electrode stick out. The prediction of process parameters involved in
SAW is very complex process. Researchers attempted to predict the process
parameters of SAW to get smooth quality of weld. This paper presents an alter-
native method to optimize process parameters of SAW of IS: 2062, Gr B mild steel
with multi-response characteristics using Taguchi’s robust design approach.
Experimentation was planned as per Taguchi’s L8 orthogonal array. In this paper,
experiments have been conducted using welding current, arc voltage, welding
speed, and electrode stick out as input process parameters for evaluating multiple
responses namely weld bead width and bead hardness. The optimum values were
analyzed by means of multi-objective Taguchi’s method for the determination of
total normalized quality loss (TNQL) and multi-response signal-to-noise ratio
(MRSN). The optimum parameters for smaller bead width and higher bead hardness
are weld current at low level (12.186 A), arc voltage at low level (12.51 V), welding
speed at low level (12.25 mm/min), and electrode stick out at low level (12.29 mm).
Finally, confirmation experiment was carried out to check the accuracy of the
optimized results.
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1 Introduction

Welding is a process of joining different materials. It is more economical and is a
much faster process compared to both casting and riveting. In industries and
research organizations, most widely used welding methods are shield metal arc
welding (SMAW), gas metal arc welding (GMAW), gas tungsten arc welding
(GTAW), and submerged arc welding (SAW). SAW process is one of the oldest
automatic welding processes introduced in 1930s to provide high quality of weld.
This process gets its name from the fact that the welding arc, between the ends of a
copper-coated bare wire electrode and the work, is actually submerged under a layer
of granular fusible flux, which blankets the molten weld metal and the base metal
near the joint, and protects the molten weld metal from atmospheric contamination
as shown in Fig. 1.

The SAW process is widely used in heavy fabrication industries because it offers
high production rate, high melting efficiency, easy control of process parameters
and process variables, smooth bead geometry, ease of automation, and low operator
skill requirement (Apps et al. 1963; Kanjilal et al. 2006). Quality of welded joint is
judged by the weld bead geometry and also the mechanical properties, i.e., weld
quality is strongly characterized by the weld bead geometry, which plays an
important role in influencing the mechanical properties of welded joints (Aesh
2001; Bapat et al. 2009). The quality of weld in SAW is mainly influenced by

Fig. 1 Submerged arc welding
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independent variables such as welding current, arc voltage, welding speed, and
electrode stick out. The prediction of process parameters involved in SAW is very
complex process.

Researchers and practioners have several attempted to predict the process
parameters of SAW to get smooth quality of weld. Tarng and Yang (1998) applied
Taguchi method to the optimization of the SAW process. Taguchi method was used
to formulate the experimental layout, to analyze the effect of each welding
parameter on welding performance, and to predict the optimal setting for each
welding parameter. For the prediction and optimization of the weld bead volume for
SAW, a mathematical model was developed and also studied using the weld bead
geometry and shape relationship in SAW of pipes (Gunaraj and Murugan 1999a, b).
Chang et al. (2002) applied gray-based Taguchi methods for optimization of SAW
process parameters in hardfacing. They considered multiple weld qualities and
determined optimal process parameters based on gray relational grade from gray
relational analysis proposed by Taguchi. Sabbaghian and Roostaazad (2005) suc-
cessfully applied Taguchi method to optimize the process performance in the
production of lipase.

Dhas et al. (2007) elaborate the study of welding procedures generation for the
SAW process. Several research works have already been carried out in the field of
SAW for parametric optimization. Biswas et al. (2007) studied the effect of process
parameters on output features of submerged arc weld by using Taguchi method.
Bandyopadhyay et al. (2008) analyzed the gray-based Taguchi method for opti-
mization of bead geometry in submerged arc bead on plate welding. Taguchi’s
orthogonal array design and signal-to-noise ratio have been used to derive objective
functions which are optimized within experimental domain. The objective functions
have been selected in relation to parameters of bead geometry viz bead width, bead
reinforcement, depth of penetration, and depth of HAZ. Taguchi’ approach fol-
lowed by gray relational analysis has been applied to solve the multi-response
optimization problem (Mondal et al. 2013). The significance of the factors on
overall output features of weldment has also been evaluated quantitatively by
ANOVA. An optional result has been verified through additional experiment. This
indicates application feasibility of the gray-based Taguchi’s technique for continues
improvement in product quality in manufacturing industry. Benyounis and Olabi
(2008) while performing the study on optimization of different welding processes
developed mathematical relationship between welding input process parameters and
weld joint output parameters using statistical and numerical approaches and sug-
gested that these approaches are useful for determination of welding input
parameters which lead to desired weld quality.

Bhattacharya et al. (2012) has done experimental investigation for multi-
response optimization on plain carbon steel 200 × 75 × 12 mm as test material. The
multi-response from the observation was converted to gray analysis using MAT-
LAB code. Finally, they concluded that welding current is most significant for
maximizing depth of penetration and minimizing bead height and bead width. Shen
et al. (2012) performed a series of measurements on specimens of submerged arc-
welded plates of ASTM A709 Grade 50 steel. The bead reinforcement, bead width,
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penetration depth, HAZ size, deposition area, and penetration area increased with
increasing heat input but the bead contact angle decreased with it. The electrode
melting efficiency increased initially and then decreased with increasing heat input,
but the plate melting efficiency and percentage dilution changed only slightly with
it. Cooling time exhibited a very good linear relationship with the total nugget area,
heat transfer boundary length, and nugget parameter. Hari and Pandey (2013) have
shown from their work that HAZ width rises more effectively with wire feed rate.
With negative polarity, dilution rate decreases more than 20 %. HAZ area varies
linearly with heat input. Singh et al. (2013) have done a review study on the effect
of flux composition on its behavior and bead geometry. With the help of their
detailed review, they showed that flux constituents have a major effect on flux
behavior and bead shape geometry. The load carrying capacity of the welded joint
does not only depend on microstructure, but it is also affected by the physical
behavior of the flux and bead geometry. The main characteristics which are affected
by flux constituents are arc stability, slag detachability, capillarity, viscosity, and
basicity index.

In the present paper, multi-objective Taguchi method was applied to optimize
the welding parameters under simultaneous consideration of multiple weld quality
characteristic such as higher weld bead hardness and smaller bead width size. The
optimization approach starts with the calculation of total normalized quality loss
(TNQL) under simultaneous consideration of response weighting factor and fol-
lowed by the observation of multiple signal-to-noise ratio (MSNR). Finally,
experimental confirmation test was also conducted to validate the optimized
parameters.

2 Taguchi and Multi-objective Taguchi Method

Taguchi’s robust design is a simple, systematic, and more efficient technique for
optimizing the process parameters. In this method, main parameters which are
assumed to have influence on process results are located at different rows in a
designed orthogonal array (OA). With such arrangement, completely randomized
experiments can be conducted. An advantage of the Taguchi method is that it
emphasizes a mean performance characteristic value close to the target value rather
than a value within certain specification limits, thus improving the product quality.
In this present work, optimization of welding operations using Taguchi’s robust
design methodology with multiple performance characteristics is proposed. In order
to optimize the multiple performance characteristics, Taguchi parametric design
approach was not applied directly. Since each performance characteristic may not
have the same measurement unit and of the same category in the S/N ratio analysis.
Therefore, to solve problems of this kind, steps 1–3 followed first then the tradi-
tional Taguchi technique for single response optimization has performed.
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Step 1 Normalize the loss function corresponding to each performance charac-
teristics as follows:

yij ¼ Lij
L�i

ð1Þ

where yij is the normalized quality loss associated with the ith quality characteristic
at the jth trial condition, and it varies from a minimum of zero to a maximum of 1.
Lij is the quality loss or MSD for the ith quality characteristic at the jth trial, and Li*
is the maximum quality loss for the ith quality characteristic among all the
experimental runs.

Step 2. Apply a weighting method to determine the importance of each normalized
loss function. The TNQL function Yj in the jth experiment as given under:

Yj ¼
Xk
i¼1

Wiyij ð2Þ

where Wi represents the weighting factor for the ith quality characteristic and k is
the total number of quality characteristics.

Step 3. In multi-objective optimization, a single overall S/N ratio for all quality
characteristics is computed in place of separate S/N ratios for each of the
quality characteristic. This overall S/N ratio is known as multiple S/N ratio
(MSNR). Transform the total loss function into a MSNR as follows:

MSNR ¼ �10 log10 Yj
� � ð3Þ

Based on the MSNR, the optimal factors or level combination is determined like
the traditional Taguchi technique. Finally, the optimal process parameters are
verified through the confirmation experiment.

Usually, there are three categories of quality characteristic in the analysis of S/N
ratio: nominal the better, the lower the better (LB), and the higher the better (HB).
In this study, the LB and HB principles are considered to minimize the bead width
and maximize the bead hardness, respectively.

The summary statistics g(dB) of the HB performance characteristics is expressed
as follows:

g ¼ �10 log10
1
n

Xn
i¼1

1
y2i

" #
ð4Þ

where i = 1, 2, …, n.
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The summary statistics g(dB) of the LB performance characteristics is expressed
as follows:

g ¼ �10 log10
1
n

Xn
i¼1

1
y2i

" #
ð5Þ

where i = 1, 2, …, n.
This relation is used to determine the S/N ratio g(dB) for surface roughness.

3 Experimental Process SetUp and Procedures

In this study, experiment was conducted on “TECHNOCRATS PLASMA
SYSYTEMS PVT LTD,” MODEL-1000, automatic SAW equipment with a con-
stant voltage, rectifier-type power source with a 1000 A capacity was used to join
the two mild steel plates of size 200 mm length × 50 mm width × 12 mm thickness.
Copper-coated electrode Automelt EH-14, wire size: 3.20 mm diameter, of coil
form and basic fluoride-type granular flux were used. The welded sample, weld
bead measurement method, and hardness measurement method are shown in
Figs. 2, 3, and 4. The chemical composition of the work piece and flux is listed in
Tables 1 and 2. Three welding parameters such as welding current, arc voltage,
welding speed, and electrode stick out were selected for experimentation with two
levels of each factor. The value of the welding process parameter at the different
levels is tabulated in Table 3. Experimental process was conducted using L8
orthogonal array in Taguchi method which has nine rows corresponding to the

Fig. 2 Welded portion of the workpiece

Fig. 3 Measurement of the weld bead width
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number of experiments, and the experimental results for the weld bead geometry
using the L8 orthogonal array are shown in Table 4.

4 Multi-objective Optimization

From Table 5, quality loss values for different quality characteristics (higher is best
for weld bead hardness and smaller is better for bead width) in each experimental
run are calculated using Eqs. (4) and (5). These quality loss values are shown in
Table 6. The normalized quality loss values for both quality characteristics in each

Fig. 4 Measurement of
hardness by rockwell
hardness tester

Table 1 Chemical composition of the base metal IS: 2062, Gr.B

Element Carbon Manganese Silicon Sulfur Phosphorous

Percentage 0.16 0.76 0.24 0.022 0.028

Table 2 Chemical composition of the flux: Automelt, B 31

Compositions SiO2 + TiO2 CaO + MgO Al2O3 + MnO Ca + F2
Percentage 25 20 30 35

Table 3 Welding parameters
with different level Symbol Welding parameters Level 1 Level 2

A Welding current, A 300 360

B Arc voltage, V 25 28

C Welding speed, mm/min 900 1000

D Electrode stick out, mm 19 25
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experimental run have been calculated using Eq. (3) that is shown in Table 6. The
TNQL values and MSNR for multiple quality characteristics for weld bead hard-
ness and bead width have been calculated using Eqs. (2) and (1), respectively.

Table 4 Measured values from the test specimen as per L8 orthogonal array

Trial
no.

Welding
current
(A)

Arc
voltage
(V)

Welding
speed
(mm/min)

Electrode
stick out
(mm)

Bead
width
measured
(mm)

Measured
weld bead
hardness (kgf)

1 300 25 900 19 15 40.50

2 300 25 1000 25 14.7 51.00

3 300 28 900 25 16 50.00

4 300 28 1000 19 14.6 49.50

5 360 25 900 25 14.5 39.00

6 360 25 1000 19 14 43.50

7 360 28 900 19 19 41.00

8 360 28 1000 25 20 46.00

Table 5 Quality loss values
for weld bead width and weld
bead hardness

Trial
no.

A B C D Quality loss values (dB)

Bead
width

Weld bead
hardness

1 1 1 1 1 −23.5218 32.1491

2 1 1 2 2 −23.3463 34.1514

3 1 2 1 2 −24.0824 33.9794

4 1 2 2 1 −23.2871 33.8921

5 2 1 1 2 −23.2274 31.82129

6 2 1 2 1 −22.9226 32.76979

7 2 2 1 1 −25.5751 32.25568

8 2 2 2 2 −26.0206 33.25516

Table 6 Normalized quality
loss values Trial

no.
A B C D Normalized quality loss

values

Bead
width

Weld bead
hardness

1 1 1 1 1 1.0000011 0.94137

2 1 1 2 2 0.9925408 1

3 1 2 1 2 1.0238332 0.993944

4 1 2 2 1 0.9900202 0.992407

5 2 1 1 2 0.9874823 0.931771

6 2 1 2 1 0.9745241 0.959544

7 2 2 1 1 1.0872923 0.943247

8 2 2 2 2 1.1062334 0.972649
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These results are shown in Table 7. In calculating TNQL values, two equal weights
for weld bead hardness and bead width were used. The effect of different control
factors on MSNR is shown in Table 8. The optimum levels of different control
factors for higher weld bead hardness and lower bead width obtained are weld
current at level 1 (12.18654 A), arc voltage at level 1 (12.5112 V), welding speed at
level 1(12.24514 mm/min), and electrode stick out at level 1 (12.28851 mm).

5 Confirmation Tests

After obtaining the optimal level of the welding parameters, the next step is to
verify the improvement of the performance characteristics using this optimal
combination. After determining the optimum conditions, a new experiment was
conducted with the optimum levels of the welding parameters (A1B1C1D1). Then,
the predicted value of MSNR (ĉ) at the optimum parameter levels was calculated by
using the following equation:

ĉ ¼ cm þ
Xp
i¼0

�cj � cm
� � ð6Þ

Table 7 Total normalized
quality loss values (TNQL)
and multiple S/N ratios
(MSNR)

Trial
no.

A B C D TNQL MSNR
(dB)

1 1 1 1 1 0.485343 3.139514

2 1 1 2 2 0.498135 3.026528

3 1 2 1 2 0.504444 2.971868

4 1 2 2 1 0.495607 3.048627

5 2 1 1 2 0.479813 3.189277

6 2 1 2 1 0.483517 3.155882

7 2 2 1 1 0.507635 2.944486

8 2 2 2 2 0.519721 2.842301

Table 8 Multiple S/N
response (average factor effect
at different level)

Symbols Factors Mean of multiple S/N
ratio (dB)

Level 1 Level 2

A Welding current 12.18654a 12.13195

B Arc voltage 12.5112a 11.80728

C Welding speed 12.24514a 12.07334

D Electrode stick out 12.28851a 12.02997
aOptimum level

Optimization of Process Parameters in Submerged … 229



where cm is the mean MSNR, �cj is the average MSNR at the optimum level, and p is
the number of main welding parameters that significantly affects the performance.
Table 9 shows the results of the confirmation experiment using the optimal welding
parameters. The improvement in MSNR from initial parameter which is
A1B2C1D2 setting to the optimal parameters (A1B2C1D1) is found to be
1.017 dB. The results show considerable improvement in both the quality charac-
teristics (bead width and bead hardness) with the multi-response optimization used,
as compared the initial value of bead width and bead hardness.

6 Conclusions

Taguchi is interested in finding a “robust” solution to the experimental problem. It
seeks an answer that is insensitive to factor variations and noise. It does not predict
the best combination of factors to achieve desired goals. Taguchi analysis can
provide definitive information if there is only one response, but it does not deal with
situations where a number of responses are to be optimized. The time required for
conducting experiments using Taguchi method is almost half that needed for the
RSM. The technique adapted here can efficiently be applied in any manufacturing/
production processes for continuous quality improvement and off-line quality
control. In this work, an attempt was made to determine important welding process
parameters for multiple performance characteristics weld bead width and bead
hardness in the SAW process using Taguchi method. Careful attention is necessary
to select the welding parameters to obtain a desirable weld quality, and the major
key process parameters affecting the bead geometry are arc voltage, welding cur-
rent, welding speed, and electrode stick out. Based on the results of the present
study, the following conclusions are drawn:

(i) The optimum parameters for smaller bead width and higher bead hardness are
as follows: weld current at level 1 (12.18654 A), arc voltage at level 1
(12.5112 V), welding speed at level 1(12.24514 mm/min), and electrode stick
out at level 1 (12.28851 mm).

Table 9 Results of confirmation experiment

Initial machining parameters Optimal machining
parameters

Prediction Experiment

Setting level A1B2C1D2 A1B1C1D1 A1B1C1D1

Bead width 16 15

Weld bead hardness 39 40.5

Multiple S/N ratio (dB) 2.122 2.981 3.139

Improvement in multiple S/N ratio = 1.0176
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(ii) The confirmation test validated the use of multi-objective Taguchi method for
enhancing the welding performance and optimizing the welding parameters in
SAW process. The results confirm the efficiency of the approach employed for
optimization of welding parameters in this study.

This research definitely indicates some directions for future work. In future, this
study can be extended by developing and analyzing response surface methodology
and also various techniques such as ANN, genetic algorithm, and influence of flux
density on weld bead geometry and HAZ. In the study of HAZ, microstructure can
be applied for optimization of process parameter.
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Monitoring of Weld Quality in Friction
Stir Welding Based on Spindle Speed
and Motor Current Signals

Bipul Das, Sukhomay Pal and Swarup Bag

Abstract The process of friction stir welding passed more than two decades since
its invention in the year 1991 in TWI, UK. It involves complex physics and has not
been explored fully to understand its physical behavior. Due to the lack of precise
mathematical modeling and too many influencing factors that govern the welding
process, difficulty arises in direct monitoring of the process based on the process
parameters only. Moreover, the influencing parameters are so correlated that the
effect of one on the weld quality cannot be isolated from the others for effective
monitoring of the process. Thus, a need is realized to develop different methods for
the efficacious monitoring of the process with the acquired signals during welding
for better control over the outcome of the process. In this study, effectiveness of
spindle speed and main motor current signals is investigated for the development of
tools which will lead to real-time weld quality prediction.

Keywords Monitoring � Friction stir welding � Signal � Neural network � Weld
quality � Prediction

1 Introduction

Friction stir welding (FSW) is a solid-state joining process which results in joining
of two metals either similar or dissimilar without melting any one of them. FSW as
a welding process is quite new in the community, but still reached a diversified use
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in the field of automobile, railway, shipbuilding, and aerospace industries to name a
few. The abilities of the process which help this to penetrate in so many industrial
applications are successful welding of difficult-to-weld materials such as aluminum
and magnesium, lightweight applications (as no filler materials are required to
achieve the welding), environment friendly (as it does not emit any fume), more
flexibility in welding of workpieces of different thicknesses, less power con-
sumption as compared to other conventional, and advance welding processes.
Different weld configurations are possible with FSW process as in other welding
processes such as butt, lap, T-joint, and fillet joint.

As mentioned, the joining in case of FSW is achieved without melting of the
parent materials. The process of FSW is schematically shown in Fig. 1. Here, a
rotating tool is first plunged in the line of joining between the two workpiece
materials which are held together tightly by fixtures. During plunging, first the tool
pin is plunged completely into the material and once the pin plunging is over;
shoulder of the tool is plunged into the workpiece. The depth through which the
shoulder penetrates the material is called as the plunging depth. The tool is kept in
this position for a certain time, and this period in referred as the dwell time. After
this, the tool is traversed along the line of joining and retracted back once the
welding is over. Tool used in FSW process consists of a pin, shoulder, and shank
for holding. Different pin profiles can be used in FSW process such as straight
cylindrical, cylindrical threaded, and taper threaded. Schematic of a typical straight
cylindrical tool is shown in Fig. 2a. Tool in FSW performs two primary functions:
(a) localized heating and (b) material flow. In the initial stage of pin plunge, the
heating is a result from the friction between the pin and workpiece. Some additional
heating results from deformation of materials. The friction between workpiece and
shoulder results in the highest component of heating for the plasticization of the
material. The shoulder also provides the confinement for the heated volume to be
retained in the welding zone beneath the tool shoulder. The second function of
the tool is to stir and move the plasticized material around the tool. Pin facilitates
the stirring of the material around the tool and moves the material for proper
mixing.

Fig. 1 Schematic
representation of FSW
process
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FSW process involves many process parameters which influences the weld
quality. The two most influencing process parameters are tool rotational speed
(TRS) and welding speed (WS) (Mishra and Ma 2005). The key idea of joining in
FSW process lies in severe plasticization of the workpiece material. The major
component of heating for the plasticization of material is achieved from the fric-
tional heat generated due to the friction between the rotating tool and workpiece
material. This heat is again aided by the adiabatic heat generated due to plastic
deformation of the material because of the stirring action of the rotating tool
(Mishra and Ma 2005). The rotating tool mixes the plasticized material around the
tool. Traversing of the tool distributed the plasticized material behind the tool and
carried the heat for the plasticization of the material ahead the tool pin as the tool
progresses along the joining line. The material gets solidified during cooling
leading to the bond formation in FSW. Thus, it is evident that TRS and WS are
most influencing process parameters. Apart from these two parameters, shoulder
diameter of the tool, pin length, pin diameter, tool tilt angle, and plunging depth are
few process parameters which also play an important role in the joining process of
FSW, and all the mentioned parameters can be seen in Fig. 2a, b.

Advancing side and retreating side are the two most frequently used terms
associated with FSW process. The side of the weld where the tool rotation direction
is in the similar sense with the tool traversing direction is called the advancing side.
The side of the weld where the tool rotation direction is in the opposite sense of the
tool traverse direction is called the retreating side. These two can be seen in Fig. 1.
Threadgill (2007) had reported on standardization of language used to describe
FSW process. He proposed a few terms for the microstructural classification of
friction stir welded sample.

Fig. 2 a Typical straight
cylindrical FSW tool,
b process parameters
associated with tool
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Nugget zone: Frictional heating and intense plastic deformation during the FSW
results in generation of a recrystallized fine-grained microstructure within the stirred
zone. This zone is usually referred to as nugget zone or dynamically recrystallized
zone. In this zone, recrystallization occurs as the temperature reaches a critical value
above which the material crosses critical dislocation density for recrystallization.
Depending on process parameters, tool geometry, temperature, and thermal con-
ductivity of the workpiece, material shape and the nugget size can vary. In the
literature, two types of nugget shapes were reported. Basin-shaped nugget that
widens near the upper surface and the other is the elliptical nugget. The interface
between the recrystallized nugget zone and the parent material is relatively diffused
in the retreating side of the tool, but quite sharp on advancing side of the tool
(James et al. 1999).

Thermo-mechanically affected zone (TMAZ): This zone is the transition zone
between the nugget zone and the base metal. TMAZ is characterized by highly
deformed structure. Although TMAZ underwent plastic deformation, recrystalli-
zation does not occur in this zone due to insufficient deformation strain. It was
revealed that the grains in the TMAZ usually contain a high density of subboun-
daries (Sato et al. 1999).

Heat-affected zone (HAZ): Beyond TMAZ, there is a HAZ. This zone experi-
ences a thermal cycle but does not undergo any plastic deformation, and the grain
structure is same as the base metal.

The process of FSW is governed by too many process parameters. The choices
of combination of different process parameters need to be explored through proper
investigation to find the effects on the weld quality. Researchers have reported
different combinations of process parameter settings over different materials for
better yielding of joint quality in terms of ultimate tensile strength (UTS), yield
strength (YS), percentage elongation (E), and microhardness values of the welded
joints. The variation of UTS of 7075-T6 aluminum alloy-welded joints with TRS
was found in the work by Rezaei et al. (2011). With the increase in the TRS, UTS
and YS were found to increase up to a certain speed and then decreases as the TRS
increases. Liu et al. (2013) varied the WS keeping the TRS fixed and defined a
parameter named the revolutionary pitch (WS/TRS). UTS, YS, and E were reported
to increase with the increase in the revolutionary pitch and then decrease after a
certain value of the same. Similar reporting on the variation of weld quality in FSW
process can be found in the related works by different researchers (Li and Liu 2013;
Lim et al. 2004; D’Urso et al. 2009; Kamp et al. 2009; Buffa et al. 2013; Hamilton
et al. 2012; Miyazawa et al. 2012). Researchers have presented the effect of various
process parameters over the quality of the weld, but none has reported on the
inconsistency of the weld quality over the same range of process parameters. So a
complex process like FSW may not be effectively monitored using the process
parameters. This leads to the exploration of different indirect methods for the
monitoring of the FSW process, and mostly preference is based on the signals
acquired during the process.

In indirect monitoring methods, the process is monitored through the observation
of different influencing process parameters to predict their effects on the process.
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Signals related to different process parameters or the overall process could be
capable of yielding more relevant information for the monitoring of the process.
The use of force signals for monitoring FSW process was reported by different
researchers (Yang et al. 2008; Boldsaikhan et al. 2009; Fleming et al. 2008; Gibson
et al. 2014; Ramulu et al. 2013). In all the cases, force dynamometers were used for
the acquisition of the force signals to correlate the behavior of these signals with the
process parameters. In these research works, it is observed that Fourier transfor-
mation (FT) was the signal processing technique used for extracting the signal
features. Acoustic emission signals were acquired by a few researchers (Chen et al.
2003; Huang and Kovacevic 2011; Zeng et al. 2006; Yen et al. 2013) using acoustic
emission sensors where the signal features were used for the monitoring of the
process. Wavelet transformation (WT) was the signal processing technique used by
Chen et al. (2003) to characterize the acquired acoustic emission signal during FSW
process.

The question might arise at this point if acquisition of signal be sufficient enough
for developing an efficient monitoring system. The answer to this is obvious not
because signal as a whole cannot be used for monitoring of the system. Relevant
information from the signal needs to be presented to systems which may be capable
of predicting some output in an understandable way for realistic justification and to
develop decision models for the process. Modeling of FSW process for the pre-
diction of different weld characteristics was attempted by many researchers.
The most widely used tool is the artificial neural network (ANN) modeling.
Okuyucu et al. (2007) developed a single-hidden layer ANN for the prediction
of hardness, E, YS and UTS with TRS and WS as the two input parameters.
Prediction capabilities of ANN were compared with the response surface method by
Lakshminarayanan and Balasubramanian (2009) for the prediction of tensile
strength using three process parameters and signal features acquired from the force
signals. Mechanical and microstructural properties of friction stir welded joints
were predicted by Buffa et al. (2012) using ANN.

The above survey reveals that mostly force signals and/or acoustic emission
signals were acquired in FSW process monitoring and ANN was the most popular
method among researchers for the modeling of FSW process. Apart from these
signals, other signals may also be used for effective monitoring of FSW process.
The principle of FSW operation lies in the plunging of a rotating tool into the
workpiece material, and once the suitable plasticization and heat requirement is
achieved, the tool is traversed with a suitable speed for the welding. If the rotation
as well as traversing phenomena of the tool can be captured through signals, the
signals will give more direct information as compared to other signals which need
some advanced signal processing techniques before implementing it to any pre-
diction mechanism.
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2 Sensors and Signals During Friction Stir Welding

The necessity of incorporating signals for the efficient monitoring of the process is
realized from the above paragraphs. The need of selection of suitable sensors for
acquiring signals comes into picture. The question that needs to be answered is how
many sensors will be sufficient for the development of efficient monitoring system.
This can be seen in the context of a number of influencing parameters that need to
be monitored during the process. The more is the number of sensors, the more will
be the sensor data, i.e., signals, but all the acquired signals may not be useful for
monitoring the process. Signals should contain some worthy information regarding
the process and then only they will be useful for further analysis. The discussion
regarding signals and sensors will be restricted to those signals which will be
presented herewith. Different possible signals and related sensors were outlined in
the earlier section of this article. Apart from those signals, a few other signals can
also be acquired during the FSW process; the features of which can be effectively
correlated with the physical outcome of the process.

The FSW process is governed by mainly the rotational speed of the tool. If this
parameter can be monitored, it is expected to provide more straightforward infor-
mation for monitoring the overall process output. The current signal from the main
spindle motor which is responsible for the rotation of the tool is one of the signals
which were not considered by researchers. For the acquisition of this signal, Hall
effect current transducers are mostly used as these kind of sensors are not affected by
the change in the ambient conditions and produce output independent of rate of
detected field, which leads to less noisy signals. The other signal that can be acquired
is the current signal from the motor which is responsible for the traversing of the tool.
As WS also plays an important role in obtaining a competent welding, monitoring
this parameter is also expected to enhance the monitoring of the overall process. TRS
can also be monitored in terms of signals through rotational speed-detecting sensors
which can be an effective addition to the monitoring of the TRS along with the main
spindle motor current. Voltage signal is another solution for the monitoring of both
TRS and WS from the respective motors.

The data from the sensors need to be stored for further processing, and for this
purpose, data acquisition system is required. The prime objective of any data
acquisition system is to convert the analog input signals to digital input signals and
to store them for further processing. That is why sometimes data acquisition sys-
tems are also referred as analog-to-digital converter. The selection of data acqui-
sition system depends on the output signal type from the sensors. In signal
acquisition, sampling rate or sampling frequency is a crucial parameter. Analog-to-
digital converter converts an analog signal into stream of digital numbers, each
representing the analog signal’s amplitude, at a moment in time. Each number is
called a ‘sample.’ The number of sample per second is called as the ‘sampling rate,’
measured in samples per second. This sampling rate or sampling frequency has to
be selected based on the frequency of the signals to be acquired. According to
Nyquist–Shannon theorem, the sampling frequency of the signals should be at least
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two times of the frequency of the signals to be acquired (Shannon 1998). Mathe-
matically, if a signal is having a frequency of fs, then sampling frequency should be
Fs ≥ 2 fs, where Fs is the sampling frequency as per the theorem to avoid aliasing
error. A typical arrangement of different sensors with the FSW system is shown as
line diagram in Fig. 3. Figure 4a–d shows typical main spindle motor current signal,
TRS signal, feed motor current signal, and main spindle motor voltage signal
acquired during FSW process under same operating condition.

3 Analysis of the Signals

In the process of FSW, there are four significant stages which make this process
completely different from others. First is the plunging of the rotating tool in which
initially the tool pin is plunged completely, and then, the shoulder is plunged up to a
distance called as the plunge depth. Then, after a defined period called as the dwell
time, the tool is traversed along the joining line to achieve the welding. Once the
welding is over, the rotating tool is retracted back. All these stages carry notable
information for successful and competent welding in FSW process. So, if these
stages can be captured through some signals, then it would be of more importance
to analyze the process as a whole for desired output as anomaly in any of these
stages will surely affect the joining process and the quality of the weld
will deteriorate.

Fig. 3 Arrangement of different sensors in FSW process
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Fig. 4 Signals acquired
during friction stir welding
a main spindle motor current
signal, b tool rotational speed
signal, c feed motor current
signal, and d voltage signal
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As shown in Fig. 4a, main spindle motor current signal has the potential to
encapsulate the significant stages during FSW process both in trend and magnitude
of the signal. As the motor starts, it draws more current. This can be seen in the
figure as a sudden rise on the signal amplitude. The amplitude of the signal
increases further when there is a contact between the rotating tool and the rigidly
clamped material which is due to the resistance offered by the workpiece material to
the rotating spindle. To maintain the same rotational speed, main spindle motor
draws more current resulting in increasing magnitude of the current signal. This
increasing trend in the amplitude of the signal continues, and a sharp rise in the
amplitude of the signal can be noticed where amplitude of the signal grows to
maximum. This is because of the shoulder penetration to the material which offered
more resistance as compared to the tool pin due to the size difference between the
pin and the shoulder of the tool. Rotation of the tool introduces rubbing action
between the shoulder material and workpiece material which aid toward the gen-
eration of frictional heat, causing the material softening, and plasticization. As the
plasticization increases, resistance offered by the material decreases and this drop in
resistance can be noticed as a drop in signal amplitude in main spindle motor
current signal. During dwell period, the signal comes to a stable position and during
welding maintains more or less the same level of amplitude as in dwell period.
When the tool is retracted back after the welding, the resistance decreases gradually
and this gradual change can be seen as a gradual drop in current amplitude to the
level of starting current value.

The above analysis holds good for the TRS signal too where all these significant
stages were effectively seen both in signal amplitude and trend of the signal. In
Fig. 4b where TRS signal is shown, during the welding period, some irregular drops
in the signal can be noticed in the trend as well as magnitude of the signal. More
interestingly, these trends were also retained by the main spindle motor current signal
as shown in Fig. 4a. These trends of the signals give a clear indication that there must
be some oddity in the process during welding, which were effectively captured by
these two signals. Thus, the analysis of signals would provide more useful infor-
mation regarding the process and monitoring, by which a better and precise control
can be gained over the process. It is surprising to observe that the main spindle motor
voltage signal, even though it is acquired from the same main spindle motor, does not
reflect any of the significant stages during welding. The probable reason could be that
voltage signal is acquired between two phases of the motor, which is supposed to be
at a fixed value as the supply voltage. It is not quite astonishing that the significant
stages involved in the FSW process were not captured by the feed motor current
signal as this motor is switched on only during the welding period, so any prior
physical change cannot be expected here. Even though it is anticipated that the
abruptions as seen in main spindle motor current signal and TRS signal during the
period of welding will be enfolded by feed motor current signal, no such concluding
remarks could be made by simply looking at the signal as in other two signals. The
aforementioned analysis appraised the capability of different signals acquired during
FSW process other than those being considered by different researchers to explore a
new avenue for the monitoring of the process.
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4 Monitoring of FSW Process

Monitoring in a generic way can be defined as the procedure of observation of some
physical process or phenomenon and recording some valuable information through
which the performance of the process is evaluated periodically or continuously and
the output from it is predicted. Thus, this involves two crucial steps: one is recording
of valuable information through observation, and the other one is the estimation or
prediction of the output. Monitoring in case of FSW process can be implemented for
the process output prediction. The output from the process can be represented in
terms of the quality of the welds. Quality of the welds relates to the strength of the
welds and hardness distribution of the welds as compared to the base material
properties. To have better control over the outcome of the process, the monitoring
should be very effective to note every possible change in the process. As mentioned
in the earlier section, signals can effectively detect changes occurred in the FSW
process over time which gives a clear indication that monitoring for the prediction of
weld quality in FSW can be achieved with signals acquired during FSW process.
Moreover, acquired signals give a more direct representation of the physical process.
Since signals are sampled over time, time information of the signals can play an
important role in detecting any unusual event at some point of time occurred during
the process, which will undoubtedly enhance the monitoring process.

5 Feature Extraction from Signals

Signals are some sensor data collected with a specific sampling frequency and for a
finite period of time and cannot fetch any useful information on their own. The
information contained in signals should be presented in a comprehensive way to
work for any monitoring system based on signals. Most primitive threshold values
from signals can be obtained, and a database can be maintained through rigorous
experimentation for the evaluation of the process. Thresholds can be either
amplitude of the signals or the frequency of the signals. With this approach, dif-
ficulty arises when unknown operating conditions arrive for which database is not
available to compare with. To handle such cases, different techniques need to be
implemented in order to extract most salient and informative quantities referred as
features from the signal.

Features from a signal can be extracted in different context as well as depending
on the requirement and roughly can be categorized as follows: (i) features in the time
domain of a signal which is about computing average values, the shape of envel-
oping signal, changes in signal levels such as increments or decrements, crest factor
(ratio of peak to the root mean square value of the signal), and polynomial
approximation of the signal. These quantities can reveal overall information of the
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signals and can be computed with lesser efforts. (ii) Frequency domain where
spectral features were computed from a signal: Typical features in this category can
be total power level of a signal and the power in different spectral bands. The
advantage of frequency-domain approach is that it has the ability to render infor-
mation that is not possible with time-domain approach such as a signal can have
multiple frequency components more likely due to the presence of the noise which
cannot be observed in time-domain approach. This has the disadvantage that time
information of the signal is lost once converted to frequency domain which is
essential for detecting the occurrence of some undesired event in the process. For the
frequency-domain analysis of signals, most widely used technique is FT, where the
transformation of signals from time to frequency domain is achieved using a very
well-known algorithm called the fast Fourier transformation (FFT). Short-time FT
was the advancement proposed to this method for the elimination of the drawback of
losing time information of the signal, but it too suffers from other limitations offixed
window size, etc. (iii) Features in the statistical domain which is applicable to time-,
frequency-, and time–frequency-domain approaches: This domain includes features
such as root mean square, variance, skewness, kurtosis, coefficients of a time series
model used to describe the measured signal (autoregressive, moving average,
autoregressive moving average, etc.), and cross-correlation with a measuring cut,
etc. (iv) Features in time–frequency domain of the signal are exclusively performed
using WT and are more robust and flexible in feature extraction from a signal by
retaining its time information with frequency content.

The difficulties faced in FFT during signal analysis were eliminated by the
introduction of WT of signals. Wavelet analysis has been proved to be more flexible
and robust method for signal processing of non-stationary signals due to the
characteristics of the wavelet basis function as irregular, asymmetric, and of finite
time length. Wavelet transform of a signal is a function of two parameters, namely
time and scale, the latter being a key point of the WT. WT is a technique of
extracting coefficients comparing the original signal with the wavelet basis func-
tions. These wavelet basis functions were called as the mother wavelets. The
mother wavelet is contracted or dilated by changing the scale parameters. This
variation in the scale parameter not only changes the central frequency of the
signals but also the window length. In WT, a signal is split into two parts:
approximation which contains low-frequency, high-scale components, and details
which contain high-frequency, low-scale components. The approximation part is
again split into two new approximations and details, and the process is repeated.
Schematic representation of WT of a signal is shown in Fig. 5 up to third level of
decomposition. In WT, as the approximation part is only split for further approx-
imation and details. This does not guaranty that it will lead to effective features
extraction from the signals as details part might also contain some valuable
information. Another form of WT is the wavelet packet transformation. In wavelet
packet transformation, both the approximation and details part are split into further
approximation and details, which give a more rich way of analyzing a signal. This
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generates a tree composed of different nodes at the end of the final level of
decomposition where each node represents a particular frequency band of the
signals. Schematically, a three-level wavelet packet tree is shown in Fig. 6.

6 Correlation of Process Parameters with Signal Features

Signal features to be used for monitoring of the process should have some corre-
lation with the process parameters, as an indication that any change in the physical
behavior of the process is reflected through the extracted features. Figure 7a–d
shows the variation of four statistical domain features, namely root mean square,
variance, skewness, and kurtosis of the TRS signal, and the TRS and variation with
WS are shown in Fig. 8a–d. The variation of signal features with the TRS shows an
increasing trend. However, similar conclusive remarks cannot be drawn for the
variation of the statistical features with WS. The reason behind this could be that
these features were extracted from TRS signal, where the effect of WS is obviously
less as compared to TRS. The variation as depicted by the figures intimates a vivid
indication of definite correlation between signal features and process parameters.
This information conveyed through the above analysis reveal that signal features
can be effectively incorporated in monitoring of FSW process.

Fig. 5 Third-level wavelet
transformation of a sine wave
corrupted with white noise

Fig. 6 Schematic of wavelet
packet tree at third level of
decomposition
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Fig. 7 Variation of a RMS,
b variance, c skewness, and
d kurtosis with tool rotational
speed
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Fig. 8 Variation of a RMS,
b variance, c skewness, and
d kurtosis with welding speed
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7 Correlation of Process Output with Signal Features

For any monitoring system, the goal is to observe the performance of the system to
achieve desired output through better control over the process. For FSW process,
the output from the process is the quality of the welds in terms of tensile strengths
and hardness distribution as compared to the base material properties. It is inevi-
table that process parameters will surely have influence over these outputs from the
process. But the question is whether the extracted signal features will have definite
correlation with these outputs or not. Until and unless signal features show some
correlation with the process output, it would be difficult for any modeling system to
predict the process output using the signal features. Figure 9a–d shows the variation
of UTS with the four statistical domain features already mentioned in the earlier
section. UTS of the welds shows an increasing trend up to a certain value of the
signal features of the TRS signal, but after a certain value, it decreases dramatically.
This could be explained as with the increase in the rotational speed of the tool, heat
input to the material increases and the material undergoes more plasticization. Thus,
even at a low WS, material extrusion increases and the welds could not reach to a
perfect condition required for joining the workpiece material, which leads to
deterioration of the weld quality. Thus, presence of correlation between the signal
feature and process output from FSW process is proved and can be implemented in
modeling of the process.

8 Modeling of Weld Quality

Different approaches have been tested and effectively implemented by researchers
for the efficient modeling of the FSW process for the prediction of different weld
quality. Regression analysis (Jayaraman et al. 2009; Mohanty et al. 2012; Raja-
kumar et al. 2011a), response surface methodology (Lakshminarayanan and Bala-
subramanian 2009; Elatharasan and Kumar 2012; Palanivel and Mathews 2012;
Rajakumar et al. 2011b), and ANN (Ocuyucu et al. 2007; Boldsaikhan et al. 2011;
Ghetiya and Patel 2014; Chiteka 2014; Fahd 2014; Shojaeefard et al. 2013; Tansel
et al. 2010; Rezgui et al. 2013) are different tools used for the modeling of weld
strength. Among these, ANN was mostly used because of its robustness and
flexibility in modeling complex processes where precise mathematical formulation
is not available as FSW process.

ANN is data-driven modeling technique, which is more robust in mapping any
input–output relationship without much simplification and precise mathematical
formulation. It can be considered as nonlinear statistical data modeling tool. Var-
ious types of neural network are in use such as feed-forward neural network,
recurrent neural network, stochastic neural network, and modular neural network.
The most widely used neural network is multilayer feed-forward neural network. In
Fig. 10, typical multilayer feed-forward neural network architecture is shown. The
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Fig. 9 Variation of ultimate
tensile strength with a RMS,
b variance, c skewness, and
d kurtosis
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input and output layer neurons are connected to hidden layer neurons through some
weights. The universal approximation theorem of neural networks states that a
standard multilayer feed-forward neural network with a single hidden layer con-
taining a finite number of neurons with arbitrary activation function is a universal
approximator (Hornik 1991). Each working unit of a neural network is called as the
neuron, and it is activated through some functions called as the activation function.
This function maps the data from one space to other by some nonlinear mapping.
Linear, log–sigmoid, and tan–sigmoid are some activation functions; among them,
log–sigmoid is the most popular activation function. Neural network helps in
predicting output where input space data are not well correlated and cannot be
mapped linearly and where some precise mathematical relationship does not exist
between the input and output variables.

A network can be trained using supervised as well as unsupervised learning
algorithm. For training of neural network, incremental mode of training and batch
mode of training are the two methods for presenting the data to the network during
training. For a large data set, batch mode is preferred over incremental mode of
training. One of the notable limitations with neural network relies in its working
principle. It works on minimizing the error function generated during the training of
the network. Since for the minimization, gradient descent method is generally
implemented, the chances of solution to get trapped in local minima are high. This
can be reduced by selecting multiple starting solutions and adding momentum term.
For the training of the network, one most important and essential parameter is
learning rate which the user has to select. The more is the value of learning rate, the
faster is the convergence, but the network may become unstable, and the lower is
the value of learning rate, the slower is the convergence, but the network parameters
might get overtrained. So a trade-off has to be maintained while selecting this
parameter. Details of ANN can be found in an illustrative manner elsewhere
(Haykin 1999). To develop an ANN model, the data set needs to be divided into
training, validation, and testing before presenting it to the network. The training
data set is used to train the network during which weights’ values were updated
through any of the methods as gradient descent, conjugate gradient descent,

Fig. 10 Schematic
representation of multilayer
feed-forward neural network
with single output and single
hidden layer
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Lavenberg–Marquardt back-propagation, or quasi-Newton method by minimizing
the mean square error. Testing data set is presented to the network once the network
is fully trained. Validation data set is used for avoiding the overfitting as neural
networks are prone to overfit (Srivastava et al. 2014). The statistical features
extracted from the signals acquired during FSW process show prominent correla-
tion with the process output, so inclusion of these features will surely lead to more
accurate prediction of the weld quality.

9 Case Study

To represent the usefulness of different signal features in the modeling of UTS of
the joints, four statistical features computed from main spindle motor current signal
were used and regression models were developed. A total of 64 data sets containing
tool rotational speed (R), welding speed (W), and shoulder diameter (S) as process
parameters and RMS, variance (V), kurtosis (K), and skewness (Sk) as the com-
puted features were used to develop the regression models for modeling the UTS.
Equation 1 involves all the process parameters and the computed signal features.
Here, the goodness of fit obtained is 53.26. Equation 2 represents the UTS model
considering only the process parameters which yield goodness of fit as 24.59, and
Eq. 3 represents the UTS model considering the signal features only, which yield
goodness of fit as 16.49. Though the goodness of fit by including process param-
eters and signal features together was less, this gives a clear indication that inclu-
sion of the signal features in the regression model leads to the improvement of
prediction accuracy of the developed models.

UTS MPað Þ ¼ �1301:43� 0:09� R� 3:68�W þ 14:37� Sþ 9138:77

� RMS� 28; 808:3� V þ 1248:63� K � 34; 358:8� Sk

� 0:00016� R�W þ 0:0027� R� S� 2:260� R� RMS

þ 10:16� R� V þ 0:10� R� K � 2:68� R� Skþ 0:0027

�W � Sþ 50:85�W � RMS� 238:59�W � V þ 0:47

�W � K þ 25:40�W � Skþ 319:56� S� RMS� 2465

� S� V � 20:75� S� K � 129:19� S� Skþ 288; 955

� RMS� V � 12; 228:3� RMS� K þ 1:05594eþ 006

� RMS� Skþ 47; 544:2� V � K � 6:04652eþ 006� V

� Sk� 10; 247:1� K � Sk ð1Þ

UTSðMPaÞ ¼ 131:8� 0:02� R� 0:07�W � 2:45� S� 6:84264e� 005

� R�W þ 0:00105� R� Sþ 0:0065�W � S ð2Þ
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UTS MPað Þ ¼ 731:50� 8996:79� RMSþ 32; 004:3� V � 405:09� K

� 5784:49� Sk � 82; 987:8� RMS� V þ 5266:47

� RMS� K þ 144; 327� RMS� Sk� 0795:5� V

� K � 1:40944eþ 006� V � Skþ 1235:54� K � Sk ð3Þ

10 Conclusion

Possibilities of monitoring of FSW process with the acquired signals during
welding were presented in this research work. The capability of main spindle motor
current signal and TRS signal to capture significant stages involved in FSW process
was demonstrated, which gives a clear notion that signals can be considered for
effective monitoring of the system to achieve desired output through better control
over the process. The correlation of four time-domain features extracted from TRS
signal with the UTS of the welds reflects a vivid intimation that inclusion of signal
features to modeling tools can yield more satisfactory results as compared to
modeling only with the process parameters. At the end, ANN model is presented
that can be implemented as strength prediction mechanism which will lead to more
accurate prediction that will lead toward the development of tools for efficient
prediction of real-time weld quality, which is always desired in any manufacturing
process.

References

Boldsaikhan E, Corwin E, Arbegast W (2009) Detecting wormholes in friction stir welds from
welding feedback data. In: Midwest instruction and computing symposium 2009, South
Dakota, USA

Boldsaikhan E, Corwin EM, Logar AM, Arbegast WJ (2011) The use of neural network and
discrete Fourier transform for real-time evaluation of friction stir welding. Appl Soft Comput
11:4839–4846

Buffa G, Fratini L, Micari F (2012) Mechanical and microstructural properties prediction by
artificial neural networks in FSW processes of dual phase titanium alloys. J Manuf Process
14:289–296

Buffa G, Campanella D, Fratini L (2013) On tool stirring action in friction stir welding of work
hardenable aluminium alloys. Sci Technol Weld Joining 18(2):161–168

Chen C, Kovacevic R, Jandgric D (2003) Wavelet transform analysis of acoustic emission in
monitoring friction stir welding of 6061 aluminum. Int J Mach Tools Manuf 43:1383–1390

Chiteka K (2014) Artificial neural networks in tensile strength and input parameter prediction in
friction stir welding. In J Mech Eng Rob Res 3(1):145–150

D’Urso G, Ceretti E, Giardini C, Maccarini G (2009) The effect of process parameters and tool
geometry on mechanical properties of friction stir welded aluminum butt joints. Int J Mater
Form 2(1):303–306

Elatharasan G, Kumar VS (2012) Modelling and optimization of friction stir welding parameters
for dissimilar aluminum alloys using RSM. Procedia Eng 38:3477–3481

Monitoring of Weld Quality in Friction Stir Welding … 251



Fahd SM (2014) Artificial neural network model for friction stir processing. Int J Eng Res 3
(6):396–397

Fleming P, Lammlein D, Wilkes D, Fleming K, Bloodworth T, Cook G, Strauss A, DeLapp D,
Leinert T, Bement M, Prater T (2008) In-process gap detection in friction stir welding. Sens
Rev 28(1):61–67

Ghetiya ND, Patel KM (2014) Prediction of tensile strength in friction stir welded aluminium alloy
using artificial neural network. Procedia Technol 14:274–281

Gibson BT, Lammlein DH, Prater TJ, Longhurst WR, Cox CD, Ballun MC, Dharmaraj KJ, Cook
GE, Strauss AM (2014) Friction stir welding: process, automation, and control. J Manuf
Process 16:56–73

Hamilton C, Dymek S, Senkov O (2012) Characterisation of friction stir welded 7042-T6
extrusions through differential scanning calorimetry. Sci Technol Weld Joining 17(1):42–48

Haykin S (1999) Neural networks: a comprehensive foundation, 2nd edn. Prentice Hall
International Inc, New Jersey

Hornik K (1991) Approximation capabilities of multilayer feedforward networks. Neural Netw
4:251–257

Huang W, Kovacevic R (2011) A neural network and multiple regression method for the
characterization of the depth of weld penetration in laser welding based on acoustic signatures.
J Intell Manuf 22:131–143

James M, Mahoney M, Waldron D (1999) Residual stress measurements in friction stir welded
aluminum alloys. In: Proceedings of 1st international symposium on friction stir welding,
1999. Rockwell Science Center, Thousand Oaks, CA, USA, TWI, June 14–16

Jayaraman M, Sivasubramanian R, Balasubramanian V, Lakshminarayanan AK (2009) Mechan-
ical and microstructural properties prediction by artificial neural networks in FSW processes of
dual phase titanium alloys. J Sci Ind Res 68:36–43

Kamp N, Reynolds AP, Robson JD (2009) Modelling of 7050 aluminium alloy friction stir
welding. Sci Technol Weld Joining 14(7):589–596

Lakshminarayanan AK, Balasubramanian V (2009) Comparison of RSM with ANN in predicting
tensile strength of friction stir welded AA7039 aluminium alloy joints. Trans Nonferrous Met
Soc China 19:9–18

Li JQ, Liu HJ (2013) Effects of tool rotation speed on microstructures and mechanical properties of
AA2219-T6 welded by the external non-rotational shoulder assisted friction stir welding. Mater
Design 43:299–306

Lim S, Kim S, Lee CG, Kim S (2004) Tensile behavior of friction-stir-welded al 6061-T651.
Metall Mater Trans A 35A:2829–2835

Liu H, Maeda M, Fujii H, Nogi K (2013) Tensile properties and fracture locations of friction-stir
welded joints of 1050-H24 aluminum alloy. J Mater Sci Lett 22:41–43

Mishra RS, Ma ZY (2005) Friction stir welding and processing. Mater Sci Eng R 50:1–78
Miyazawa T, Iwamoto Y, Maruko T, Fujii H (2012) Friction stir welding of 304 stainless steel

using Ir based alloy tool. Sci Technol Weld Joining 17(3):207–212
Mohanty HK, Venkateswarlu D, Mahapatra MM, Kumar P, Mandal NR (2012) Modeling the

effects of tool probe geometries and process parameters on friction stirred aluminium welds.
J Mech Eng Autom 2(4):74–79

Ocuyucu H, Kurt A, Arcaklioglu E (2007) Artificial neural network application to the friction stir
welding of aluminum plates. Mater Des 28:78–84

Palanivel R, Mathews PK (2012) Prediction and optimization of process parameter of friction stir
welded AA5083-H111 aluminum alloy using response surface methodology. J Cent S Univ
19:1–8

Rajakumar S, Muralidharan C, Balasubramanian V (2011a) Optimisation and sensitivity analysis
of friction stir welding process and tool parameters for joining AA1100 aluminium alloy. Int J
Microstruct Mater Prop 6(2):132–156

Rajakumar S, Muralidharan C, Balasubramanian V (2011b) Predicting tensile strength, hardness
and corrosion rate of friction stir welded AA6061-T6 aluminium alloy joints. Mater Des
32:2878–2890

252 B. Das et al.



Ramulu PJ, Narayanan RG, Kailas SV, Reddy J (2013) Internal defect and process parameter
analysis during friction stir welding of Al 6061 sheets. Int J Adv Manuf Technol 65:1515–1528

Rezaei H, Mirbeik MH, Bisadi H (2011) Effect of rotational speeds on microstructure and
mechanical properties of friction stir-welded 7075-T6 aluminium alloy. In: Proceedings of the
institution of mechanical engineers, part C: journal of mechanical engineering science,
pp 1761–1773

Rezgui M, Trabelsi A, Bouzaiene H, Ayadi M (2013) Predictive models for the ultimate tensile
and yield stresses occurring in joints of untreated friction stir welded 2017AA (ENAW-
AlCu4MgSi) plates. Open J Met 3:7–18

Sato YS, Kokawa H, Enomoto M, Jogan S (1999) Microstructural evolution of 6063 aluminum
during friction stir welding. Metall Mater Tran A 30A:2429–2437

Shannon CE (1998) Communication in the presence of noise. Proc IEEE 86(2):447–457
Shojaeefard MH, Akbari M, Tahani M, Farhani F (2013) Sensitivity analysis of the artificial neural

network outputs in friction stir lap joining of aluminum to brass. Adv Mater Sci Eng 2013:1–7
Srivastava N, Hinton G, Krizhevsky A, Sutskever I, Salakhutdinov R (2014) Dropout: a simple

way to prevent neural networks from overfitting. J Mach Learn Res 15:1929–1958
Tansel IN, Demetgul M, Okuyucu H, Yapici A (2010) Optimizations of friction stir welding of

aluminum alloy by using genetically optimized neural network. Int J Adv Manuf Technol
48:95–101

Threadgill PL (2007) Terminology in friction stir welding. Sci Technol Weld Joining 12:357–360
Yang Y, Kalya P, Landers RG, Krishnamurthy K (2008) Automatic gap detection in friction stir

butt welding operations. Int J Mach Tools Manuf 48:1161–1169
Yen CL, Lu MC, Chen JL (2013) Applying the self-organization feature map (SOM) algorithm to

AE-based tool wear monitoring in micro-cutting. Mech Syst Signal Process 34:353–366
Zeng WM, Wu HL, Zhang J (2006) Effects of tool wear on microstructure, mechanical properties

and acoustic emission of friction stir welding of 6061 aluminium alloy. ACTA Metall Sin
(English Letters) 19:9–19

Monitoring of Weld Quality in Friction Stir Welding … 253



Coupled Electromagnetic–Structural
Simulation of Magnetic Pulse Welding

Angshuman Kapil and Abhay Sharma

Abstract The present study deals with the coupled magnetic–structural analysis of
magnetic pulse welding (MPW) process applied on a tubular workpiece. The study
investigates the various criteria required for a successful weld between the mating
members through a finite element model. The transient electromagnetic field
phenomenon is coupled sequentially with mechanical phenomenon. The coupling
between the magnetic field and the electrical circuit is formulated in the electro-
magnetic part of the model, whereas in the structural part, the impact velocities, the
effective plastic strain and the shear stress induced in the workpiece are found from
the numerical simulations. A viscoplastic material model with rate-dependent
material properties is considered in the structural part. The effect of varying process
parameters: input voltage and air gap between the two mating members on weld
quality are computed through numerical simulations. Based on the results of the
numerical simulations, an optimal weldability window is suggested.

Keywords Magnetic pulse welding � Coupled magnetic–structural analysis �
Finite element model � Weldability window

1 Introduction

Recent studies and advances in the welding fraternity have been made in order to
develop a newer process which enables us to achieve better quality and productivity
and is environment friendly. Magnetic pulse welding (MPW) is a step forward into
the future of welding. In the recent years, the welding of dissimilar and lightweight
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materials has been a topic of utmost interest for the researchers and industries.
MPW is a potential candidate for joining of dissimilar materials (Raoelison et al.
2013). The process is quite effective and reliable in terms of cost and performance,
respectively, having analogy to explosive welding (EXW) (Zhang et al. 2011). The
entire process is contactless wherein a magnetic field helps generate the required
magnetic pressure to drive the flyer tube/plate towards the base tube/plate by
change of energy in electrical form to its mechanical form. The flyer workpiece
driven with high velocities by the magnetic forces impacts against the base
workpiece, and a weld is created as shown in Fig. 1. The feasibility of the welding
depends upon the velocity of the flyer (Kore et al. 2010), the direction and mag-
nitude of the shear stress in the weld zone and severe plastic deformation occurring
on the surface of the mating members (Mousavi and Al-Hassani 2008). The weld
length in MPW process is usually less than 1 cm, time needed for the formation of
the bond is several microseconds, and the collision speed is of the order of several

Fig. 1 Schematic illustration of MPW process: a initial MPW set-up for flat plates, b deformed
geometry after the application of magnetic forces
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hundreds of metres per second (Stern and Aizenshtein 2002). The temperature at the
interface is always less than the melting point of the mating members.

There lies quite a few challenges for the modern day manufacturers; one of them
being able to produce joints of high strength economically and without violating the
strict environmental rules and regulations (Shribman 2007). One of the major
problems faced by the manufacturers is the difficulty in joining dissimilar materials
by the use of conventional joining processes. Dissimilarities in material properties
such as temperature of melting, specific heat and coefficient of thermal expansion
all prove to be a hindrance while attempting to join dissimilar materials. MPW is a
substitute to conventional welding processes as the achievable weld joint strength is
within the range of the strength of the weakest joining member (Weddeling et al.
2011).

With rapid advances in technology and demand for introduction of lightweight
material concepts, the practice of using a single material does not seem feasible in
many cases. Hence, a combination of different materials delivers the preferred
technological characteristics required for the industries (Tomas 2010). Even though
the process has been identified long back, there is a big scope for additional growth
and application.

Successful application of MPW for tubular geometries dates back to 1969
(Zhang et al. 2011). Development of the process has made welding of tubular
geometry highly successful and less cumbersome. In order to optimise the essential
process parameters such as frequency, voltage, discharge energy and equivalent
inductance, an electromagnetic field analysis is required. A finite element model
(FEM) can allow the user to select optimum values of the parameters and help
design the coil with suitable dimensions. The finite element modelling of MPW
process requires coupling between electromagnetic and structural models. Very few
works have been reported in the literature relating numerical modelling of tubes.
Haiping et al. (2014) studied the influence of field shaper on quality of the weld as
well as other process parameters such as air gap and input voltage. Zhidan et al.
(2013) numerically computed the impact velocity during MPW of Al–Fe tubular
geometry. Shim et al. (2010) investigated welding features taking into account the
distributions of magnetic forces on the weldment using FEM to identify the ideal
process parameters.

The present study deals with the numerical modelling of the MPW process
applied to the tubes. The electromagnetic and structural models were coupled using
FEM software ‘COMSOL Multiphysics’. The feasibility of welding was investi-
gated by studying three factors, viz. impact velocity, effective plastic strain and
shear stress acting in the welded zone/impact zone based on published literature
(Kore et al. 2010; Mousavi and Al-Hassani 2008). The impact velocity, effective
plastic strain and shear stress along the weld zone were all determined from the
numerical simulations. Based on the available literature, analytical calculations
were done to determine the minimum impact velocity required for a successful weld
to occur. The published literature also suggests minimum values of effective plastic
strain and shear stress along the weld zone to determine the weldability of the joint.
The feasibility of MPW of tubes was then ascertained by comparing the analytical
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values of impact velocities, effective plastic strain and shear stress with the
numerically computed values. The foregoing three criteria were calculated at
various levels of process parameters, viz. input voltage and air gap between the
mating members. Based on the varying process parameters and subsequent values
of impact velocity, effective plastic strain and shear stress along the weld zone
crossing a threshold value required for successful welding, a suitable weldability
window for producing high weld length was reached upon.

2 Magnetic Pulse Welding: Process Components
and Operating Principle

The MPW set-up consists mainly of four main units (Shribman 2007) with each unit
having one or more than one component. Table 1 lists all the units and components
of a general MPW set-up.

MPW is based on the principles given by Ampere which state that the force
prevailing between two long parallel conductors of infinite length, separated from
each other by distance ‘d ’ and carrying currents I1 and I2 may be written as follows
(Kore et al. 2007):

F ¼ l0
2pd

I1I2 ð1Þ

This force between the coil and the workpiece is repulsive in nature when the
currents I1 and I2 move in directions opposite to each other and vice versa.

MPW is a very fast process with usual time taken for a cycle to complete being
in microseconds. The process begins by charging the capacitors to the desired
energy level. The workpieces are then positioned in the electromagnetic coil, and
the trigger system operates the gap switch. Due to the closing of the switch, current

Table 1 Units and components of the MPW set-up (Shribman 2007)

Units Components

Pulse generator • Capacitor bank (inductance–capacitance circuit)

Control cabinet • Power supply (DC power supply)

• Spark gap (high voltage switch)

Workstation • Work coils (actuators)

• Workpieces

- Flyer plate/tube

- Target plate/tube

• Field shaper (optional)

• Electrical cables

Operational unit • PLC
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starts flowing rapidly through the coil, causing the magnetic flux to grow quickly
from the coil winding and outward. This generates a magnetic field around the
electromagnetic coil, and due to the secondary currents, i.e. eddy currents on the
workpiece surface, a second magnetic field of opposite nature is generated as shown
in Fig. 2.

The generated magnetic fields of opposing nature then interact with one other
leading to the creation of a magnetic force field in between the coil and the
workpiece. These magnetic forces, i.e. Lorentz forces, apply a magnetic pressure

Fig. 2 MPW set-up for two tubes: a before the application of pulsed current, b after application of
pulsed current
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and cause the flyer workpiece to collide with the base workpiece under very high
velocities ranging in between 250 and 500 m/s (Aizawa et al. 2007; Epechurin
1974, 1978; Chudakov et al. 1980). The high velocity impact leads to plastic
deformation of the mating members, and in certain circumstances, a solid-state weld
is generated between the same.

3 Modelling for Analysis

3.1 Materials, Geometry and Process Parameters

In order to examine the process of MPW, structural steel ASTM A36 tubes were
simulated as a 2D axisymmetric problem in the FEM. Table 2 shows the chemical
composition of the material used in the model.

The investigated welding tests were typically composed of a hollow flyer tube and
a hollow cylindrical base tube. The outer and inner diameters of the flyer tube were
adjusted to calibrate the required air gap and are denoted as D2 and D1, respectively.
The air gap between the tubes has been denoted by G. The arrangement of the flyer
and the base tubes along with specific dimensions is shown in Fig. 3.

The outer and inner diameters of the base tube were kept fixed at 19 and 15 mm,
respectively, for each of the test cases. The simulations were carried out at varying

Table 2 Chemical
composition of structural steel
ASTM A36 (ASTM Standard
A36/A36M 2012)

Element Composition (%)

Carbon, C 0.25–0.290

Copper, Cu 0.20

Iron, Fe 98.0

Manganese, Mn 1.03

Phosphorous, P 0.040

Silicon, Si 0.280

Sulphur, S 0.050

Fig. 3 Configuration of flyer
and base tubes for different air
gaps
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process parameters. The process parameters which were varied for performing the
simulations were air gap and input voltage. The input voltage was varied in steps of
0.5 kV from 6 to 9.5 kV and the air gap being varied from 0.5 to 2.5 mm in steps of
0.5 mm. The simulations were performed with a multi-turn copper coil. Properties
of the copper coil are listed in Table 3. Table 3 also lists the material properties and
dimensions of the flyer tube.

3.2 FEA Model of the MPW Process

The flowchart for a sequentially coupled Electromagnetic–Structural analysis is
illustrated in Fig. 4. The physical environments, viz. electromagnetic and structural
(electromagnetic coil, and flyer and base tubes, respectively) were established at
first. The electromagnetic environment was then solved, which calculated the
transient magnetic forces, i.e. Lorentz forces. These forces were fed as input load in
the structural module to calculate the flyer tube’s deformation at subsequent time
steps. Based on the updated geometry of the tube, the time-dependent magnetic

Table 3 Material properties and dimensions

Properties of flyer tube and target
tube

Density (kg/m3) 7850

Ultimate tensile strength (MPa) 400–550

Tensile yield strength (MPa) 250

Modulus of elasticity (GPa) 200

Bulk modulus (GPa) 140

Shear modulus (GPa) 79.3

Poisson’s ratio 0.26

Speed of sound (m/s) 4512

Threshold value of impact
velocity (m/s) (see Eq. 6)

297.7

Threshold value of plastic strain
Mousavi and Al-Hassani (2008)

0.35

Threshold value of shear stress
(GPa) Mousavi et al. (2005)

0.5

Properties of electromagnetic
coil—copper

Relative permeability 1

Resistivity (Ω m) 3.4 × 10−8

Inductance (H) 10−7

Dimensions—flyer tube Air gap
(mm)

Outer diameter
(mm)

Inner diameter
(mm)

0.5 24 20

1 25 21

1.5 26 22

2 27 23

2.5 28 24
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forces were found out at subsequent time steps. The electromagnetic module
consisted of the flyer and target tubes, the electromagnetic coil and a surrounding
air region, whereas the structural module was related to the flyer, the target tubes
and the coil. The structural module took into consideration the inertial effects
because of time-dependent stress.

3.2.1 Governing Equations

In the tube region, Eq. (2) stated below is reached upon by substituting the
constitutive equations into the equations given by Maxwell (Haiping and Chunfeng
2009):

r� 1
l
r�~A

� �
¼ ��

@~A
@t

ð2Þ

where μ represents the permeability of the medium (H/m), ϒ represents the con-
ductivity of the medium (S/m), �� ð@~A=@tÞ represents the current density (A/m2)
and ~A represents the magnetic vector potential.

The magnetic force~f in unit volume of medium, i.e. the magnetic force density,
is given by Maxwell’s equation as follows (Haiping and Chunfeng 2009):

~f ¼~J �~B ¼ 1
l

r�~B
� ��~B ð3Þ

Fig. 4 Simulation flow chart for a sequentially coupled electromagnetic—structural analysis
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where ~J represents the coil current density (A/m2) and ~B represents magnetic flux
density (T).

The forces applied on the tube due to the generated magnetic fields can thus be
calculated by substituting r�~A ¼ ~B and Eq. (2) into Eq. (3) and the input body
load in the structural module.

The load in the electromagnetic module is the current which passes through the
electromagnetic coil, and this current is approximately expressed as follows
(Haiping and Chunfeng 2009):

I ¼ U

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
C
L
exp �btð Þ sin xtð Þ

� �s
ð4Þ

where U represents the input voltage, C represents the capacitance, L represents the
inductance, β represents the damping exponent and ω is the angular frequency.

The constitutive behaviour of the tube material is described by the default
constitutive relation built in COMSOL, i.e. the Cowper–Symonds constitutive
model (Haiping and Chunfeng 2009).

r ¼ ry 1þ _e
P

� �m	 

ð5Þ

where ry represents the quasi-static flow stress, _e represents the plastic strain rate
(s−1), and P and m are specific material parameters.

3.3 Weld Validation Criteria

Three different criteria were investigated to ascertain the weldability of the joint,
namely:

(a) Impact velocity
(b) Effective plastic strain
(c) Shear stress

(a) Impact velocity

The determination of impact velocity is a very essential step during MPW. Impact
velocity determines the success of the weld. Available literature suggests analytical
relations that give threshold values of impact velocity. The weld occurs as an when
the threshold limit is crossed. Researchers have carried out extensive studies
regarding the effect of impact velocity on the occurrence of weld. Separate relations
have been suggested for similar and dissimilar material combinations.
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Due to the absence of any specific criterion for MPW and the process being
closely analogous to EXW, the criterion suggested by Kore et al. (2010) was used to
obtain the minimum impact velocity required for a successful weld to occur in case
of similar material combination. The relation is given as follows (Kore et al. 2010):

U ¼ rTU
S

� �1=2
ð6Þ

where U is the threshold velocity (m/s), rTU is the ultimate tensile stress (MPa) and
S is the velocity of sound in the material considered (m/s).

Similarly for the case of dissimilar material combination, a different analytical
relation was used to calculate the threshold value of impact velocity. The relation is
given as follows (Botros and Groves 1980):

P ¼ 1
2
ZeqU cosU ð7Þ

where U is the required impact velocity for the occurrence of a successful weld, Zeq
is the equivalent acoustic impedance of the mating members, P is the critical impact
pressure for jet formation and U is the critical angle for jet formation.

Zeq ¼ 2
1=Z1 þ 1=Z2

ð8Þ

where

Z1 ¼ q1s1 is the flyer tube acoustic impedance ð9Þ

Z2 ¼ q2s2 is the base tube acoustic impedance ð10Þ

where q1 and q2 are the densities of the material considered and s1 and s2 are the
speed of sound in the flyer and base tubes, respectively.

Apart from crossing the threshold impact velocity, there is a minimum value of
impact pressure that also needs to be crossed to attain a successful weld. This is
termed as the critical impact pressure and is determined by the relation (Botros and
Groves 1980):

P ¼ 5� Hugoniot elastic limit ðHELÞ ð11Þ

where HEL is given by the relation (Botros and Groves 1980):

HEL ¼ 1
2

K
G
þ 4
3

� �
Y0 ð12Þ

where K is the bulk modulus, G is the shear modulus and Y0 is the tensile yield
stress.
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In MPW, higher impact velocity leads to an increase in the impact pressure
which causes severe plastic deformation at the weld interface of the mating
members. The fundamental need of a successful weld is that the workpiece surfaces
are free from the presence of any contaminants and oxide layers. Velocity of impact
is the main parameter that causes variations in the bonding. Too high a velocity
leads to formation of intermetallics at the weld interface which subsequently leads
to brittle damage of the mating members. On the other hand at a very low velocity,
the jet formed is unable to eliminate the contaminants and oxide layer from the
workpiece surface leading to an unsuccessful weld.

The impact velocity is directly related to input voltage which in turn is related to
discharge energy. The relation between discharge energy and input voltage is given
in Eq. (13) (Raoelison et al. 2012). Increase in discharge energy leads to an increase
in the energy of the workpiece (flyer) which subsequently increases the impact
velocity.

E ¼ CU2=2 ð13Þ

where E represents the energy stored in the capacitors, C is the capacitance of the
MPW system and U is the input voltage.

For every material arrangement, there is a certain level of energy essential for
joining the metals and beyond a certain energy level weld does not occur (Kore
et al. 2008).

The impact velocity required to conduct a successful weld between two struc-
tural steel ASTM A36 tubes was calculated to be 297.7 m/s from Eq. (6).

(b) Effective Plastic Strain

Available literature (Mousavi and Al-Hassani 2008) on MPW as well as EXW
suggests that effective strain can be used as a possible criterion for bonding.
Literature suggests a threshold value of effective plastic strain for bonding to take
place. A value of 0.35 was suggested as the limiting value for bonding of steel to
steel (Mousavi and Al-Hassani 2008).

(c) Shear Stress

Available literature (Mousavi et al. 2005; Mousavi 2008) suggests that shear
stresses in the base and flyer tubes at the impact zone should be of opposite sign for
successful welding. If the shear stresses in the weld interface were of the identical
sign in the two mating members, welding was doubtful. A threshold value of
0.5 GPa was suggested to decide the weldability for stainless steel joints (Mousavi
et al. 2005).
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4 Results and Discussions

The numerical simulations to assess the weldability of the structural steel ASTM
A36 tubular assembly was carried out at various process parameters as mentioned
in the preceding section. The flyer tube was affected by both radial and axial forces
at a time, and thus, it suffered complicated stresses. The surface Von Mises stress
developed in the flyer tube increased continuously with time (Fig. 5a–d) and

Fig. 5 Surface Von Mises stress at different times (input voltage—8.5 kV, air gap—1 mm)
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reached the maximum value when the flyer tube collided with the target tube
Fig. 5e. A wavy interface at the impact zone can be seen at the time of impact. The
impact velocities, effective plastic strain and the shear stress at the time of impact
were recorded for the 40 cases. The resulting weldability window and process
mechanism are discussed in the succeeding section.

Figure 6a–c shows the comparison of three weldability criteria along the arc
length at varying input voltages and a constant air gap of 1 mm. The arc length is
the distance along the edge of the flyer plate at the impact zone. It can be observed
that the impact velocity criterion could not be satisfied at 8 kV (Fig. 6a), whereas
the effective plastic strain crossed the threshold at all the three input voltages
(Fig. 6b). On the contrary, the shear stress criterion crossed the threshold at 8 kV
but failed to do the same at 9 kV (Fig. 6c). The input voltage of 8.5 kV satisfied all
the three criteria. Thus, the existence of process parameters which can satisfy all the
three criteria in the MPW process was non-trivial.

The foregoing description was further extended to the remaining test cases and
consolidated in Fig. 7. The pairs of the input voltage and the air gap are marked for
the cases when an individual weldability criterion crossed the respective threshold
value. It is seen that the plastic strain was the most versatile criteria that crossed the
threshold limit followed by the impact velocity and the shear stress. The impact
velocity crossed the threshold value at moderate and higher values of the investi-
gated input voltage, whereas the same happened at moderate and lower values for
the shear stress. The moderate input voltage except the minimal air gap of 0.5 mm
was successful in crossing the threshold of the three criteria. Based on the above
discussion, a weldability window was reached upon, as shown in Fig. 7. This
window encompassed only those values of process parameters, where the impact
velocity, effective plastic strain and shear stress together crossed their respective
threshold values. The window identified the particular process parameters suitable
for conducting a successful weld.

The process parameters that characterised the three weldability criteria were
interrelated. The interrelation is explained through Fig. 8a–c that depicts the
influence of process parameters on the impact velocity, the effective plastic strain
and the shear stress, respectively.

From Fig. 8a, it is seen that the impact velocity increased with an increase in the
input voltage. However, a minimum input voltage of 7.5 kV was essential to cross
the threshold impact velocity. This is in agreement with the previously published
observations (Zhidan et al. 2013) that one of the simplest ways to increase the
quality of MPW is to increase the input voltage. At lower input voltages such as 6
and 6.5 kV, maximum impact velocity was obtained with the lowest air gap of
0.5 mm. A further increase in the input voltage at 0.5 mm air gap did not result in a
significant amount of change in the impact velocity and eventually the flyer plate
damaged at voltages ranging from 8 to 9.5 kV. The damage might be a result of low
strain rate and high stress level that occurred at the time of discharge leading to
crack initiation and propagation in the flyer (Raoelison et al. 2013). At a particular
value of the air gap, the velocity and kinetic energy of the tubes reached a maxi-
mum value. Below this particular value, the tubes were unable to attain the
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Fig. 6 Comparison of weldability criteria a impact velocity, b effective plastic strain, c shear
stress (air gap = 1 mm)
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maximum possible velocity. At lower values of the air gap, e.g. 0.5 mm in the
present case, the tubes collided well before the flyer attained the maximum velocity,
whereas in case of larger air gaps, the velocity reached a value lower than the
maximum at the time of the impact. The previously published experimental results
(Kore et al. 2007) are in agreement with the observed numerical results in the
present study.

As the input voltage was increased, the plastic strain induced in the members as
well as the shear stress, increased up to an extent as shown in Fig. 8b, c, respec-
tively. The increase of the input voltage led to an increase in the pressure acting
upon the flyer tube. The pressure in the impact zone was mainly due to two
phenomena: pressure induced due to the magnetic field and a pressure due to the
impact intensity (Raoelison et al. 2012). High impact velocities produced high
plastic deformation which subsequently resulted in higher levels of effective plastic
strain at the impact zone. The numerically computed results suggest the existence of
a plastic strain band, as well as a severely deformed impact zone with high values of
plastic strain. The values of plastic strain crossed the threshold value for input
voltages ranging from 6.5 to 9.5 kV suggesting that below 6.5 kV, the bonding
would not take place (Fig. 8b). As the air gap was increased, the plastic strain
values showed an increasing trend up to a certain value of input voltage and
subsequently the value decreased. This confirms the presence of an optimum air gap
(around 1.5 mm in the present case) between the members to achieve a good weld.
At the lower air gap, it would not be possible to create a weld due to pressure
deficiency, whereas at higher gaps, the impact would not take place.

The foregoing observation was also supported by the shear stress distribution
shown in Fig. 8c. The shear stress values had opposite signs for the flyer and target

Fig. 7 Weldability window for MPW of structural steel ASTM A36
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Fig. 8 Weldability criteria at different air gaps and input voltages a impact velocity, b effective
plastic strain, c shear stress
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tubes, respectively, for the cases where it crossed the threshold value of 0.5 GPa. At
an input voltage of 6 kV, the shear stress value was below the threshold value for all
the air gaps. From Fig. 8c, it can be observed that the shear stress crossed the
threshold value for almost all air gaps at voltages ranging from 7 to 8.5 kV. Beyond
this value of input voltage, the shear stress started to decrease and was unable to
cross the threshold value. This would limit the allowable range of input voltage in a
manner the impact velocity and the effective plastic strain would limit the allowable
air gap as mentioned earlier.

The results of the present investigation emphasise on the need for an all-inclu-
sive approach towards weldability criteria for MPW. Considering all, the three
criteria would provide a more reliable range of process parameters to work with.
Furthermore, use of FEM simulation would save the cost and the time spent in
development of a product.

5 Conclusions

1. The three weldability criteria, namely impact velocity, effective plastic strain
and the direction and magnitude of the shear stress studied in this investigation
have a significant role in MPW of tubular joint.

2. Existence of process parameters which can simultaneously satisfy the three
foregoing criteria is non-trivial. A comprehensive approach considering each of
the foregoing weldability criteria for MPW should be adopted.

3. The process parameters in MPW are interrelated. A moderate input voltage at an
optimum air gap could achieve a sound joint.

4. The demonstrated methodology of developing a weldability window through
FEM simulation would save cost and time spent in production of product using
MPW.
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Numerical Analysis of Heat Transfer
of Arc Welded Plate

Aniruddha Ghosh, Pawan Kumar and Arvind Kumar

Abstract In submerged arc welding process, the understanding of temperature
distribution is essential in order to control the dimension of heat affected zone and
to get the required weld bead shape and size. Moreover, the temperature profile is
required to estimate the stress distribution in thermo mechanical analysis of the
process. In this work, a numerical solution for moving heat source with Gaussian
distribution of heat flux density over the volume of oval shape is derived using
finite difference method. Heat transfer in welded plates during welding from fusion
zone to heat affected zone (HAZ) is assumed to be conductive heat transfer.
Convective and radiative heat losses are also considered for remaining zone of
welded plate. With the help of the numerical solution, transient temperature dis-
tribution is estimated. HAZ widths are also measured experimentally. Decent
agreements between predicted and experimental values are achieved.

Keywords Submerged arc welding � Gaussian heat distribution � Oval heat
source � Finite difference method
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l Mesh length, mm
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q Heat density, W/m3

Q0 Total heat input, W
t Time, sec
T Temperature, °C
T1 Ambient temperature, °C
U Travel Speed (cm/min)
V Voltage, Volt
x, y, z Coordinates, mm

Greek letters

α Thermal diffusivity, m2/sec
Δ Increment
ε Emissivity of the work piece
Η Arc efficiency
Ρ Density of workpiece, kg/m3

r Stefan–Boltzmann constant (=5.67 × 10−6 W/m2K4)
Τ Mesh Fourier number

1 Introduction

Critical investigation of the transient temperature distribution is important for main-
taining quality of the submerged arc welding of plates. Temperature history of welded
components has a significant influence on temperature distribution in the welded
plate. Such transient heat transfer problem having simple geometries with simplified
boundary conditions can be solved analytically. But many problems encountered in
practice involve complicated geometries with complex boundary conditions or var-
iable thermo-physical properties and cannot be solved analytically. In such cases,
sufficiently accurate approximate solutions can be obtained using numerical method.

Goldak et al. (1984) proposed double ellipsoidal heat source, and the welding
problem was analyzed by ASGARD, a nonlinear transient finite element (FEM)
heat flow program. However, they have not considered the convective heat loss. A
three-dimensional, steady-state thermal model of the GMA welding process with a
moving coordinate framework was formulated by Pardo and Weckman (1989) and
was solved by the finite element method. Kumar and Bhaduri (1994) developed a
3D finite element model to predict the transient temperature distribution in the work
piece for GMA welding process. Their results were validated with experimental
data. Ohring and Lunt (1999) investigated the gas metal arc weld pool considering
radiation, evaporation, and viscous stress in the deformable free surface boundary
conditions. Sabapathy et al. (2000) showed that numerical methods have ability to
assess the welding conditions for a safe welding of high-pressure gas pipelines.

274 A. Ghosh et al.



A new mathematical description of a heat source was obtained with the help of
experimental data. Lindgren (2001) discussed complexities involved in simulation
of welding process. Considering constant thermal properties, Yeh et al. (2003)
investigated numerically and experimentally the temperature distribution of alu-
minum plates welded by gas tungsten arc.

Klobcar et al. (2004) developed mathematical modeling with the help of finite
element method solving by ABAQUS computer code of GTA weld-surfacing
process. It was found that double ellipsoidal heat source assumption prevailed over
ellipsoidal heat source assumption in comparison with numerical results and
experimental data for welded shape and thermal welding cycles. Bianco et al.
(2004a) carried out two numerical methods for two- and three-dimensional models
evaluating transient conductive fields with moving heat source. Later, Bianco et al.
(2004b) investigated transient three-dimensional temperature distributions numer-
ically by COMSOL. Radiation and convection modes of heat transfer from work
piece surfaces as well as variable thermo-physical properties were taken into
account. Cho (2006) investigated 3D numerical simulation of arc welding by using
volume of fluid technique. Comparisons of weld bead hump and transient radius
and temperature distribution on welded plates were made with experimental data.
Mahapatra et al. (2006) used three-dimensional finite element analyses to predict
the effect of submersed arc welding process parameters on temperature distribution
and angular distortions in single-pass butt joints with top and bottom reinforce-
ments. Elsen et al. (2007) described the analytical and numerical solutions of the
heat conduction equation for a localized moving heat source for use in laser
material processing viz. layered manufacturing and laser alloying. Yeh et al. (2007)
employed Douglas–Gunn scheme to solve 3D transient heat conduction problem in
gas tungsten arc welded plates. In addition, experiment on aluminum plates was
conducted to verify the theoretical results. Scutelnicu et al. (2008) described several
results of theoretical and experimental investigations on heat transfer in copper-low
carbon steel welded joints of thin plates. Convection and radiation heat lost, and
temperature-dependent thermo-physical properties are considered in their model.
Measurements of the temperatures distribution have been made during welding
through infrared thermography. Using the finite element code ANSYS, Kazemi and
Goldak (2009) developed a three-dimensional finite element model to simulate the
bead geometry of welded plates. The transient temperature distribution as well as
the dimensions of the weld bead geometry during the welding process was calcu-
lated. Biswas and Mandal (2010) considered a numerical model and solved by the
finite element package ANSYS for single-pass single-side submerged arc welding
of square butt joints.

Esmaily and Shokuhfar (2010) claimed that finite element method with Eulerian
and Lagrangian formulation, namely Arbitrary Lagrangian Eulerian (ALE), is the
most suitable method for various simulation methods of processes having severe
plastic deformation. They analyzed the heat transfer process in friction stir welding
using ANSYS software and compared with the obtained measured data. In this
study, welding made of 7075-T6 Aluminum alloy and high carbon steel. Tem-
perature measurement for this process in the main sections was carried out by an
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accurate and special method during welding. They achieved very good agreement
between measured and calculated data.

Pang et al. (2010) presented a parallel numerical study of the heat transfer and
fluid flow of the weld pool; however, most of the cases current numerical studies
are only limited to serial simulations running on a single CPU. In present numerical
simulation effect of Marangoni force, buoyancy force, friction force of the mushy
zone region, and the effect of keyhole were considered. A combined keyhole
volume and surface heat source model was also considered. The coupled transient
heat transfer and Navier–Stokes equations were solved with a high-order accuracy
parallel projection method. It was found that 200 % speedup can be achieved on a
shared memory quad-core CPU using the presented parallel simulation system.
They achieved very good agreement between measured and calculated data.

Bag and De (2010) successfully demonstrated the heat source term in the frame
of conduction heat transfer analysis for a number of laser spot and linear welds.
They validated the quantitative estimation of the fluid velocity through order of
magnitude analysis. From their study, an improved physical understanding of laser
welding process that served as a basis for the design of welding process was found
out. Isiklar and Girgin (2011) developed a numerical method for modeling
underwater welding; they calculated transient temperature distribution of 3D plate
considering point heat source and simulating the arc and convective, radiative, and
boiling surface boundary conditions. To calculate transient temperature distribution,
they used finite volume method as numerical scheme. Good agreement was
achieved between predicted and measured data. Mohassela et al. (2013) described a
thermal model which was developed to investigate the effects of welding param-
eters on the distribution of temperature in wide gap aluminothermic rail welds.
Finite difference method (FDM) was employed to find out this. During numerical
solution, phase change and convective heat transfers in weld pool were considered.
A reasonable agreement was found between numerical and experimental results.
The effects of welding variables, such as preheating, initial liquid temperature and
weld gap on temperature distribution were studied. It was found from the modeling
results that the magnitude of weld gap had the greatest influence on thermal
behavior of the joint. Bag et al. (2012) described their work in two approaches. One
is an intrinsic mapping of the heat source geometry with the numerically computed
melt pool dimensions within the framework of modeling calculations in an iterative
manner. It was validated for the prediction of final weld dimensions in autogenously
gas tungsten arc welds with butt joint geometry. Another approach is an analytical
estimation of the volumetric source term as function of only the welding conditions
and the initial weld joint geometry and it was examined for the prediction of weld
pool dimensions and thermal cycles in tandem submerged arc welds with typical
groove joint geometry successfully. Bendaoud et al. (2014) described the numerical
simulation of an industrial case of hybrid laser–MIG welding of high thickness
duplex steel UR2507Cu with Y-shaped chamfer geometry using COMSOL multi
physics.
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Yaduwanshi et al. (2014) aimed to develop a heat transfer model of friction stir
welding process and to study on effects of influential variables on transient thermal
analysis. In their study, effect of transverse tool speed was neglected. It was
revealed from experimentation that the temperature distributions are not symmetric
with respect to welding line and maximum temperature occurs behind the tool pin.

In the present work, heat transport in submerged arc welding of steel plates is
investigated numerically, through finite difference method, and experimentally. It is
assumed that heat is distributed on welded plate in Gaussian distribution and shape
of heat source is oval type. The oval shape arises due to heat source and convection
in fusion zone. The aim of present work is to study how this heat from this oval
shape weld pool (fusion zone) is being transferred to remaining of the welded work
piece that forms heat affected zone. The mode of heat transfer is conduction for heat
transfer from fusion zone to heat affected zone. Parameters controlling the oval heat
source are obtained through the measurement of weld pool geometry. Variable
thermo-physical properties and convective and radiative heat losses are taken into
account in the proposed model. Previously no work was attempted to find out
transient temperature distribution through finite difference method and considering
convective and radiative heat loss, oval heat source,, and variable thermo-physical
properties. Practically during welding process, thermo-physical properties are not
constant and convective and radiative heat transfers have a vital role. Finally, a
simplified experiment is conducted to validate the numerical results.

2 Experiment

A semi-automatic welding machine with constant voltage and rectifier-type power
source with a 1200-A capacity was used to join two C–Mn steel plates as butt joint.
The C–Mn steel work piece (300 × 150 × 20 mm) is cut and V groove of angle 60°
as per the standards are prepared. The chemical composition of work piece material
is described in Table 1. One mm root opening is selected to join the plates in the flat
position keeping electrode positive and perpendicular to the plate. The job was
firmly fixed to a base plate by means of tack welding and then the submerged arc
welding was finally carried out. The welding parameters were recorded during
actual welding to determine their fluctuations, if any. The slag was removed and the
job was allowed to cool down. Welding is carried out for the square butt joint
configuration. Temperatures were measured at different points of the welded plates

Table 1 Chemical
composition of C–Mn steel
work piece (in weight %)

C Sn Mn P S

0.18 0.36 1.58 0.023 0.027

Cr Ni Mo Cu Al

0.06 0.03 0.01 0.04 0.05
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except welding line by infrared thermometers (OMEGA SCOPE OS 524E,
temperature range 2482 °C, accuracy is ±1 % or 2 °C whichever is greater, reso-
lution 1 °C, response time 10 ms). Finally, the welded plate was cut at the center of
the bead to obtain 10-mm-wide test specimens. The standard metallographic pro-
cess (i.e., metal polishing with a series of empty sheets and disk polishing using
diamond paste from 5 µm down to 0.5 µm) was carried out. The established color
etching procedure for steel was employed to identify different regions of the
weldment. An optical research microscope (NEOPHOT-32) was used for this
purpose. With the help of the microscope, HAZ widths were measured (Table 2).

3 Theoretical Modeling

3.1 Heat Source

For this study, it is assumed that heat is distributed on welded plate through
Gaussian manner (as shown in Fig. 1) and shape of heat source is oval type
(as shown in Fig. 2).The equation of this 3D oval shape becomes

ax2 þ by2 þ cz2
� �

emx ¼ 1 ð1Þ

Table 2 Submerged arc
welding conditions and HAZ S. no. Heat input (kJ/cm) HAZ width (mm)

1 30.88 2.37

2 43.24 3.45

3 39.71 2.63

4 55.59 3.93

5 17.50 2.19

6 24.50 2.27

7 22.50 2.25

8 31.50 2.39

Fig. 1 Sketch of the work piece for submerged arc welding process and Gaussian heat distribution
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where m = 0.2, measured from experimental data. The heat density q(x, y, z) at a
point (x, y, z) within oval shape is given by the following equation:

qðx; y; zÞ ¼ qoe
� ax2þ by2þcz2ð Þemx½ � ð2Þ

In Eq. (2), q0 is Gaussian heat distribution parameter and a, b, c, and m are oval
heat source parameters. If Q0 is the total heat input, then

2Q0 ¼
Z1
�1

Z1
�1

Z1
�1

qðx; y; zÞdx dy dz ð3Þ

Substituting Eq. (2) into Eq. (3) yields

q0 ¼ 2
ffiffiffiffiffiffiffi
abc

p

p3=2
� e�m2

4a � Q0 ð4Þ

Then, the oval shape heat distribution equation can be rewritten as follows:

qðx; y; zÞ ¼ Q0
2
ffiffiffiffiffiffiffi
abc

p

p3=2
e�

m2
4aþax2þ by2þcz2ð Þemx
� �

ð5Þ

In this study, Q0 is the heat input of the heat source which describes the heat flux
from the arc. It equals to ηVI, where η is the efficiency of the arc, V is the arc
voltage, and I is the welding current. Arc efficiency is taken as unity for submerged
arc welding process.

Let A, B, and C are the Oval Shape Bead Geometry parameters. It should be
pointed out that A is half of the major axis of oval shape, B stands for half of the
bead width, and C represents penetration. In addition, values of A, B, and C can be
measured from weld bead geometry. It is defined that the heat source energy at the
boundary between the molten pool and the base material equals 0.05 q(0). Thus, in
the x-direction:

Fig. 2 Oval heat source shape
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q ðA; 0; 0Þ ¼ q ð0Þe�aA2 ¼ 0:05 qð0Þ ð6Þ

Hence,

a ¼ ln 20
A2 ffi 3

A2 ð7Þ

Similarly, it is derived that

b ffi 3
B2 and c ffi 3

C2 ð8Þ

Considering a rectangular region in which heat conduction is significant in the x- ,
y- , and z-directions. Heat is distributed on the welded plates. Let heat density
expression be

_qðx; y; z; tÞ ¼ e�½aðx�vtÞ2þðby2þcz2Þemx� ð9Þ

where x, y, and z are the position of electrode at time t and v denotes velocity of the
moving heat source. Note that ax2 in Eq. (2) is replaced by a(x − vt)2 in Eq. (9)
since the electrode is moving.

3.2 Thermal Properties

In this study, thermal conductivity, specific heat, thermal expansion coefficient, and
Young’s modulus of the work piece are all temperature dependent. Due to the wide
temperature interval involved in the welding of C–Mn steel, from 30 to 2500 °C, it
is required to take this dependence into account. To facilitate computation, poly-
nomial relations were fitted from available experimental data (Biswas and Mandal
2010). The relations were derived in the temperature intervals indicated below:

kðTÞ ¼ 2� 10�5T2 � 0:0135T þ 52:2ðW/mK) ð10aÞ

when 20 °C ≦ T ≦ 800 °C

kðTÞ ¼ 0:0037T þ 23:8 ðW/mKÞ ð10bÞ

when 800 °C < T ≦ 5000 °C
For specific heat capacity,

CpðTÞ ¼ 4� 10�6T3 � 0:0034T2 þ 1:0143T þ 442:5 ð11aÞ
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when 20 °C ≦ T ≦ 720 °C

CpðTÞ ¼ 22;543T�0:501 ð11bÞ

when 720 °C < T ≦ 5000 °C.
For thermal expansion coefficient,

bðTÞ ¼ 0:0068T þ 10:094 ð12aÞ

when 20 °C ≦ T ≦ 550 °C

bðTÞ ¼ �2� 10�7T2 þ 0:0016T þ 13:04 ð12bÞ

when 550 °C < T ≦ 5000 °C.
The density of welded plates, ρ, is 7806 kg/m3, convective heat transfer coefficient,

h, is 15 W/m2 K, Stefan–Boltzmann constant, σ, is equals to 5:67� 10�8 W/m2 K4,
and the emissivity of the work piece, ε, is assumed to be 0.95. In addition, arc
efficiency, η, is taken as unity for this submerged arc welding process.

3.3 Boundary Conditions

A specified initial temperature covering the entire plate surface is

T ¼ T1 for t ¼ 0 ð13Þ

where T1 is the ambient temperature. During the welding process, heat is dissipated
into environment through convection and radiation heat losses on the top surface of
the welded plate. Convection and radiation heat losses are also assumed on the
bottom surface. The heat loss due to convection and radiation over these surfaces is
given by

�kðTÞ @T
@n

¼ h T � T1ð Þ þ er T4 � T4
1

� �
for t[ 0 ð14Þ

only convection heat transfer is considered for the lateral surface of the work piece,
i.e.,

�kðTÞ @T
@n

¼ hðT � T1Þ for t[ 0 ð15Þ
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3.4 Finite Difference Formulation

Generally reasonable accurate results can be obtained by replacing differential
quantities by sufficiently small difference.

From Fig. 3, it can be written as

df ðxÞ
dx

ffi f ðxþ DxÞ � f ðxÞ
Dx

ð16Þ

From Fig. 4, it can be written that

dT
dx

����
m�1

2

¼ Tm � Tm�1

Dx
ð17Þ

dT
dx

����
mþ1

2

¼ Tmþ1 � Tm
Dx

ð18Þ

d2T
dx2

����
m
¼

dT
dx

���
mþ1

2

�dT
dx

���
m�1

2

Dx
¼ Tm�1 � 2Tm þ Tmþ1

Dx2
ð19Þ

So steady-state two-dimensional heat conduction (without heat generation)
equation will be (comp. Fig. 5)

Tmþ1;n � 2Tm;n þ Tm�1;n

Dx2
þ Tm;nþ1 � 2Tm;n þ Tm;n�1

Dx2
¼ 0 ð20Þ

Fig. 3 The derivative of a function at a point represents the slope of the function at that point
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The explicit finite difference equations are determined on the basis of the energy
balance for the transient case expressed as follows:

X
allsides

_Qi þ eðx; y; z; _tÞVelement ¼ qVelementCp
Tiþ1

m;n;o � Ti
m;n;o

Dt
ð21Þ

In the present problem mode of heat transfer are conduction, radiation, and
convection. So, Eq. (21) can be written in the form:

Fig. 4 Schematic of the nodes and the nodal temperatures used in the development of the finite
difference formulation of heat transfer in a plane wall

Fig. 5 Representation of finite difference mesh
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When heat is generated from the block “ABCDabcd” (comp. Fig. 6), equation
will be written as follows:

h� Dx� Dy� ðT1 � Ti
m;n;oÞ þ r� e� Dx� Dy� ðT4

1 � ðTm;n;oÞ4Þ

þ kðTÞ � Dx� Dz
2
� Ti

m�1;n;o � Ti
m;n;o

Dy

 !
þ kðTÞ � Dy� Dz

2
� Ti

m;nþ1;o � Ti
m;n;o

Dx

 !

þ kðTÞ � Dx� Dz
2
� Ti

mþ1;n;o � Ti
m;n;o

Dy

 !
þ kðTÞ � Dx� Dz

2
� Ti

m;n�1;o � Ti
m;n;o

Dx

 !

þ kðTÞ � Dx� Dy� Ti
m;n;oþ1 � Ti

m;n;o

Dz

 !
þ _qðx; y; z; tÞ � Dx� Dy� Dz

2

¼ q� Dx� Dy� Dz
2

� CpðTÞ �
Tiþ1
m;n;o � Ti

m;n;o

Dt

 !

ð22aÞ

Let Dx ¼ Dy ¼ Dz ¼ 1, s = Mesh Fourier Number = aDt
Dx2, a = Thermal

Diffusivity = kðTÞ
qCpðTÞ
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Fig. 6 Description of meshes of the welded plate
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So Eq. (17) becomes

Tiþ1
m;n;o ¼ 1� 2hls

kðTÞ � 6s
� 	

� Ti
m;n;o þ

2hls
kðTÞ � T1 þ 2� r� e� ls

kðTÞ � T4
1 � ðTm;n;oÞ4


 �

þ s Ti
m�1;n;o þ Ti

m;nþ1;o þ Ti
m;nþ1;o þ 2Ti

m;n;oþ1


 �
þ _qiðx; y; zÞl2s

kðTÞ
ð22bÞ

Stability criteria for Eq. (22b) is

1� 4hls
kðTÞ � 6s

� 	
� 0

or Dt� l2

4hls
kðTÞ þ 6

 �

a

ð22cÞ

as, s = Mesh Fourier Number = aDt
Dx2; Dx ¼ Dy ¼ Dz ¼ 1.

When heat is generated from the block “GHJIghji” (comp. Fig. 6), equation will
be written as follows:

h� Dx� Dy� T1 � Ti
m;n;o


 �
þ r� e� Dx� Dy� T4

1 � ðTm;n;oÞ4

 �

þ kðTÞ � Dx� Dz
2
� Ti

m�1;n;o � Ti
m;n;o

Dy

 !
þ kðTÞ � Dy� Dz

2
� Ti

m;nþ1;o � Ti
m;n;o

Dx

 !

þ kðTÞ � Dx� Dz
2
� Ti

mþ1;n;o � Ti
m;n;o

Dy

 !
þ kðTÞ � Dx� Dz

2
� Ti

m;n�1;o � Ti
m;n;o

Dx

 !

þ kðTÞ � Dx� Dy� Ti
m;n;oþ1 � Ti

m;n;o

Dz

 !
þ _qðx; y; z; tÞ � Dx� Dy� Dz

2

¼ q� Dx� Dy� Dz
2

� CpðTÞ �
Tiþ1
m;n;o � Ti

m;n;o

Dt

 !

ð23aÞ

or

Tiþ1
m;n;o ¼ 1� 4hls

kðTÞ � 6s
� 	

� Ti
m;n;o þ

2hls
kðTÞ � T1 þ 2� r� e� ls

kðTÞ � T4
1 � ðTm;n;oÞ4


 �

þ s Ti
mþ1;n;o þ Ti

m;nþ1;o þ Ti
m;n�1;o þ 2Ti

m;n;oþ1


 �
þ _qiðx; y; zÞl2s

kðTÞ
ð23bÞ
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Stability criteria for Eq. (23b) is

1� 4hls
kðTÞ � 6s

� 	
� 0

or Dt� l2

4hls
kðTÞ þ 6

 �

a

ð23cÞ

When heat is generated from the block “CDEFcdef” (comp. Fig. 6), equation
will be written as follows:

h� Dx
2

� Dy� T1 � Ti
m;n;o


 �
þ r� e� Dx

2
� Dy� T4

1 � ðTm;n;oÞ4

 �

þ h� Dy� Dz
2

� T1 � Ti
m;n;o


 �
kðTÞ � Dx

2
� Dz

2
� Ti

m�1;n;o � Ti
m;n;o

Dx

 !

þ kðTÞ � Dy� Dz
2

� Ti
m;nþ1;o � Ti

m;n;o

Dz

 !
þ kðTÞ � Dx

2
� Dz

2
� Ti

mþ1;n;o � Ti
m;n;o

Dy

 !

þ kðTÞ � Dy� Dz
2

� Ti
m;n;oþ1 � Ti

m;n;o

Dz

 !
þ _qiðx; y; z; tÞ � Dy� Dx

2
� Dz

2

¼ q� Dy� Dx
2

� Dz
2

� CpðTÞ �
Tiþ1
m;n;o � Ti

m;n;o

Dt

 !

ð24aÞ

or,

Tiþ1
m;n;o ¼ 1� 4hls

kðTÞ � 6s
� 	

� Ti
m;n;o þ

2hls
kðTÞ � T1 þ 2� r� e� ls

kðTÞ � T4
1 � ðTm;n;oÞ4


 �

þ s Ti
m�1;n;o þ Ti

mþ1;n;o þ Ti
m;nþ1;o þ 2Ti

m;nþ1;o


 �
þ _qiðx; y; zÞl2s

kðTÞ
ð24bÞ

Stability criteria for Eq. (24b) is

1� 4hls
kðTÞ � 6s

� 	
� 0

or Dt� l2

4hls
kðTÞ þ 6

 �

a

ð24cÞ

When heat is generated from the block “IJKLijkl” (comp. Fig. 6), equation will
be written as follows:
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h� Dx
2

� Dy
2

� T1 � Ti
m;n;o


 �
þ r� e� Dx

2
� Dy

2
� T4

1 � ðTm;n;oÞ4

 �

þ h� Dx
2

� Dz
2

� T1 � Ti
m;n;o


 �
kðTÞ � Dy

2
� Dz

2
� Ti

m;nþ1;o � Ti
m;n;o

Dx

 !

þ kðTÞ � Dx
2

� Dz
2

� Ti
mþ1;n;o � Ti

m;n;o

Dy

 !
þ kðTÞ � Dx

2
� Dy

2
� Ti

m;n;oþ1 � Ti
m;n;o

Dz

 !

þ h� Dz
2

� Dy
2

� Ti
m;n�1;o � Ti

m;n;o


 �
þ _qiðx; y; z; tÞ � Dy� Dx� Dz

2

¼ q� Dy
2

� Dx
2

� Dz
2

� CpðTÞ �
Tiþ1
m;n;o � Ti

m;n;o

Dt

 !

ð25aÞ

or

Tiþ1
m;n;o ¼ 1� 6hls

kðTÞ � 6s
� 	

� Ti
m;n;o þ

2hls
kðTÞ � T1 þ 2� r� e� ls

kðTÞ � T4
1 � ðTm;n;oÞ4


 �

þ s Ti
mþ1;n;o þ Ti

m;nþ1;o þ 2Ti
m;nþ1;o


 �
þ _qiðx; y; zÞl2s

kðTÞ
ð25bÞ

So, stability criteria for Eq. (25b) is

1� 6hls
kðTÞ � 6s

� 	
� 0

or Dt� l2

6hls
kðTÞ þ 6

 �

a

ð25cÞ

3.5 Solution Procedure

In this work, the governing Eq. (21) and the boundary conditions Eqs. (13)–(15) are
transformed into a set of explicit finite difference Eqs. (22a, 22b, 22c)–(25a, 25b,
25c) and were solved numerically. The input data for this calculation included the
ambient temperature, the initial temperature of the specimen, the size of the spec-
imen and of the elements of the mesh, the initial position of the arc, the heat transfer
coefficient, and the parameters which characterized the arc. In order to ensure
stability of the calculations, the mesh size and time step has to be limited. Con-
sidering Eqs. (22a, 22b, 22c)–(25a, 25b, 25c), the dominant stability criterion for all
nodes is expressed as follows:
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Dt� l2qCpðTÞ
6 kðTÞ þ hl½ � ð26Þ

The stability condition is further given by

Dt� l2qCp;min

6ðkmax þ hlÞ ð27Þ

where Cp;min and kmax are, respectively, the minimum value of heat capacity and the
maximum value of thermal conductivity over the entire temperature range of
interest. The solutions of Eq. (16) subject to boundary conditions Eqs. (13)–(15)
give the temperature profile at each time step explicitly in terms of known infor-
mation from the previous time step. To assure the proposed explicit method to be
conditionally stable, the stability criteria Eq. (27) must be satisfied.

3.6 Grid Independence

A careful check for the grid independence of numerical solutions has been made to
ensure the accuracy and validity of the numerical schemes.

For this purpose, three grid systems, Δt = 0.01 s and Δx = Δy = Δz = 2 mm,
Δx = Δy = Δz = 1 mm, and Δt = 0.002 s and Δx = Δy = Δz = 0.5 mm are tested. It is
found the maximum relative error in the temperature at the center of the work piece
between the latter two solutions is within 1 %. Spatial increments, Δx, Δy, and Δz of
1 mm, and a time step Δt = 0.01 s are thus adopted in the calculation.

3.7 Study on Thermal Stress Distribution and Deformation
of Welded Plates at the Instant When Position of Moving
Heat Source (15, 0, 0)

Study on stress distribution and deformation of welded plates was also been made
with the easy finite element method software and by calculating temperatures on
different node points with the help of equation No. 1–27 and EASY F E M V1.0
software. Graphical representations of thermal stress distribution (unit of stress
N/m2) are shown in Fig. 7.

From Fig. 8, it has been revealed that when moving heat source is in midpoint on
the welded plates then deformation direction (shown by arrow) away from the
center of moving heat source that means maximum elongation or thermal stress,
thermal strain in the mid-position.

In an elastic body that is subject to a system of loads in three dimensions, a
complex three-dimensional system of stresses is developed. That is, at any point
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Fig. 7 Stress YY on the welded plates and vector plot of nodal displacements when electrode
position is on (15, 0, 0)

Fig. 8 Deformed meshes and vector plot of nodal displacements when electrode position is on
(15, 0, 0)
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within the body, there are stresses acting in different directions, and the direction
and magnitude of stresses changes from point to point. The von-Mises criterion is a
formula for calculating whether the stress combination at a given point will cause
failure. The equivalent stress is often called the von-Mises stress as a shorthand
description. It is not really a stress, but a number that is used as an index. If the von-
Mises stress exceeds the yield stress, then the material is considered to be at the
failure condition.

With the help of EASY F E M V1.0 software, von-Mises stress distribution on
welded plates is also found out (as shown in Fig. 9).

4 Results and Discussion

Heat is transferred from fusion zone to heat affected zone by conduction during the
welding process. But during heat flow from heat affected zone to remaining zone,
convective heat loss has also a vital role. It was found from experiment (refer
Fig. 10) that near weld line (i.e., at point x = 110 mm, y = 15 mm), temperature was
1437 °C (when electrode was nearest to this point) but after 11 s from reaching of
peak temperature (i.e., 1437 °C) temperature of this point was 1045 °C, after 29 s
the temperature was 958 °C, and after 38 s temperature was 919 °C; so rate of
cooling was initially high but it was decreasing with decrease of temperature of
welded plate. The convection heat loss is proportional to temperature difference

Fig. 9 Von-Mises stress
distribution on welded plates
and vector plot of nodal
displacements
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between welded plate and atmospheric temperature. Initially, temperature difference
between welded plate and atmospheric temperature was larger but after some time
temperature difference was smaller; so, convective heat loss was also low. It was
found from time–temperature curve of Fig. 5 that the rate of change of temperature
is high near the welding line as compared to that at a location away from the
welding line for the time range 0–50 s. This is due to convective heat loss and as the
electrode was reached at point x = 110 mm, y = 0 mm, z = 0 mm, just after 22 s from
starting point (0, 0, 0) (as shown in Fig. 1). Decent agreement between predicted
data and measured data has been achieved (refer Fig. 11).In present work, measured
range of heat affected zone width is 2.19–3.93 mm (as described in Table 2).
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Fig. 11 Comparison between measured and estimated data at x = 110 mm, y = 15 mm
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Fig. 10 Measured temperature variation with respect to time on welded plate
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5 Conclusions

To estimate the transient temperature distribution on welded plate in submerged arc
welding process, the heat source was assumed as oval in shape (oval shape raised
due to heat source and convection in fusion zone) and thermo-physical properties of
materials were considered as function of temperature. Convective and radiative heat
losses were also considered. The experimental measurement shows that the peak
temperature was higher and the cooling rate was larger for a work piece closer to
welding path with respect to other part of welded plate as convection heat loss is
proportional to temperature difference between welded plate and atmospheric
temperature. The numerical solution for oval shape heat source was used to
calculate transient temperatures at selected points on C–Mn steel plates which were
welded. The estimated temperature distribution obtained through finite difference
method and those obtained from experimental measurements compared fairly well
with variation up to 3 % for the peak temperatures. It was observed that the HAZ
widths increase with increase in heat input or arc energy. Because of high heat input
the heat removal rate is insufficient through convection cooling, and as a result
temperature near the welded zone remains higher than the recrystallization tem-
perature of welded plate for a sufficient time.

The validated numerical predictions indicate that the present solution could offer
a good prediction for transient temperatures near the weld pool, as well as away
from welding path. The newly developed heat source model has predictive potential
for various welding simulations.
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Development and Analysis of Butt
and Lap Welds in Micro-friction Stir
Welding (µFSW)

Shuja Ahmed, Abhishek Shubhrant, Akash Deep and Probir Saha

Abstract Manufacturing of the ever smaller components, be it mechanical,
electronic, etc., is being chased now a days. Likewise in friction stir welding
(FSW), when the thickness of the joining plates is reduced to less than 1 mm, i.e.
micro-friction stir welding (µFSW), the application areas relate to joining thin-
walled structures in electrical, electronic and micro-mechanical assemblies and in
the packaging industry. The advantages of FSW like it being a solid state process, it
not requiring any shielding gases or fluxes and its possibility to weld dissimilar and
different thickness alloys emphasize the use of it to weld micro-thickness plates. In
the present work, commercial grade AA6XXX series aluminium alloys of thickness
0.44 mm have been welded together in both butt and lap fashion. Tests have been
conducted to measure the joint’s tensile strength (by conducting both transverse and
longitudinal tension tests) and the micro-hardness. The use of lap welds in appli-
cation areas of µFSW has been established.
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1 Introduction

In the year 1991, The Welding Institute (TWI), UK, invented a new technology for
joining materials using the frictional heat. Therein, the heat is generated using a
rotating tool that aids in joining which is unlike the process of friction welding
where the rotating shafts are themselves joined. Termed as ‘friction stir welding’
(FSW), this technology very soon gained importance for its ability to join all series
of aluminium alloys which are used to a large extent in the aerospace, shipping,
railroad and automobile industries.

For aluminium alloys, fusion welding process is not suitable due to its high
thermal expansion coefficient. The high heat transfer rate makes the laser welding
difficult, and due to high electrical transfer, the use of resistant welding is also a
restriction. The weldability for aluminium alloys can be improved by using FSW.
The process being a solid state eliminates problems related to fusion welding.
Recrystallized microstructure having better mechanical properties can be obtained.
The environment friendly nature of the process, which being the need of the time,
goes on adding to its advantages.

In FSW, a non-consumable rotating tool with a probe is plunged into the joining
area. The tool after reaching the required plunge depth undergoes dwell (rotation at
the plunge depth for few seconds) which softens the workpiece material ahead in
translation, making welding easier. The heating is achieved due to friction between
the tool and the workpiece, and by the plastic deformation of the workpiece. Next is
the rotation plus translation of the tool along the weld line which leads to the
stirring action all along the joint line. During stirring, the material moves from the
advancing side to the retreating side of the tool and undergoes plastic deformation
at high temperature which produces fine and recrystallized grains. Figure 1 shows
the schematic representation of the process and the parameters it is associated with.

Joint configurations for FSW include square butt, edge butt, T-butt, lap, multiple
lap, T-lap, etc. In the application areas of µFSW, butt as well as lap joints can be
used. Research works done in joining of micro-thickness plates have mainly
focused on the butt joint configurations. However, lap joints can also be used as a
replacement of fasteners and specifically at places where modifications in the
current parts are not necessary. Workpieces of different thickness can also be easily
friction stir welded when in lap joint configuration.

Tool rotation speed and tool traverse speed are two important process parameters
that govern the quality of the joint. Using multi-objective optimization and analysis
of variance (ANOVA), it can be shown that the tool rotational speed is a highly
significant factor (Vijayan et al. 2010). The alloy used by the authors was AA 5083,
and it was welded in ‘butt’ joint configuration. Further it is observed that there is an
optimum value of FSW process parameters (spindle speed, welding speed, plunge
force/depth) for which the weld quality is the best (Lakshminarayanan and
Balasubramanian 2008; Peel et al. 2003; Hirata et al. 2007). At other combinations
of these parameters, the resulting weld is comparatively poor. The analysis in the
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present work has been carried out using such combinations of process parameters
that gave good quality of the weld.

Limited work has been done in joining of micro-thickness plates by using
µFSW. Scialpi et al. (2007) did a mechanical analysis of ultra-thin FSW and joined
sheets with dissimilar and similar materials. µFSW was used for producing only
‘butt’ welds on 0.8-mm-thick sheets of 2024-T3, 6082-T6 materials and of dis-
similar 2024-6082 alloys. The results showed that the joints had excellent
mechanical properties, and the tensile failure occurring in the welded zone was
because of irregularities in the thickness rather than by any defect. A successful
feasibility study of µFSW was taken up by Nishihara and Nagasaka (2004) on
AZ31 magnesium alloy. Sattari et al. (2012) welded sheets of AA 5083, 0.8 mm
thick, in ‘butt’ joint configuration and studied its mechanical properties as well as
the temperature distribution during welding. It was concluded that with higher
speed, the resulting weld was having microscopic defects and welds obtained
between 430 and 510 °C were defect free. On welding 0.8-mm-thick alloys of
2024-T3 and 6082-T6, Scialpi et al. (2008) observed the formation of two distinct
stirred zones, one for each alloy.

The study of lap joints in µFSW is still an open area of research. For applications
as in joining of lid to make an airtight (hermetically) sealed package, which is one
common requirement of high-reliability electronics, ‘butt’ as well as ‘lap’ weld
geometries can be used to join materials having similar or dissimilar cross sections.
On investigating the influence of process parameters on the metallurgical and

Fig. 1 Schematic
representation of the FSW
process (TMAZ thermo-
mechanically affected zone;
HAZ heat-affected zone; TAZ
thermally altered zone)
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mechanical properties of friction stir welded lap joints of AA 2198-T4 aluminium
alloy, it was shown that to produce effective FSW lap joints, the nugget area should
be kept as wide as possible considering at the same time, the nugget integrity (Buffa
et al. 2009). Further, the influence of tool geometry on the structural and
mechanical properties of the lap joint of 5456 aluminium alloy was studied by
Salari et al. (2014), and the result indicated that the stepped conical thread pin
improved the joint’s integrity and mechanical properties by improving the mate-
rial’s flow during FSW. The mounting of specimens for lap joint configuration was
also taken care of by the authors during welding. To investigate the effect of pin
profile on the friction stir processed zone formation in AA 2219 aluminium alloy,
‘straight cylindrical, tapered cylindrical, threaded cylindrical, triangular and square’
were the five profiles that were used to fabricate the joints at three different rota-
tional speeds (Elangovan and Balasubramanian 2007). It was found that the square
tool pin profile produces mechanically sound and metallurgically defect free welds
as compared to other tool pin profiles. Fujii et al. (2006) studied the effect of tool
shape on mechanical properties and microstructures of welded aluminium plates.
Based on the results, an optimal tool shape was suggested for high melting tem-
perature metals such as steels. Parida et al. (2014) surveyed that complicated tool
profile wears out after a few number of runs specially while working with higher
tensile strength materials. In the present work, the study was carried out using
simple tool geometry—a straight cylindrical pin profile with flat shoulder.

2 Experimental Procedure

Commercial grade aluminium alloys of thickness 0.44 mm were joined using a
rotating tool made of H13. The composition of the aluminium alloy and the tool is
as shown in Tables 1 and 2, respectively. The rotating tool was plunged into and
traversed perpendicular (zero tilt-angle) to the base material along the joint line of
the faying surfaces. To begin with, a large number of joints were prepared at certain
feeds (traverse speed) and rotations (spindle speed). Comparatively, better joints
(according to visual inspection) were recorded at some particular parameters.
Further tests have been conducted on samples prepared only at these parameters and
which are as shown in Table 3.

Table 1 Composition of Al
alloy Element Al Si Mg Cr Fe Cu

%Weight 97.62 0.80 0.42 0.06 0.72 0.38

Table 2 Composition of H13
tool Element Cr Mo Si V C Mn

% Weight 4.98 1.32 1.05 0.98 0.40 0.38
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2.1 Development of Tool

FSW at macro level requires a sufficiently hard welding tool which can soften the
material without itself being deformed. Similarly, while making an approach to
weld materials at micro-level, hardness play a vital role. The tool material must also
retain its strength and hardness at the temperature of welding. The temperature
reached during welding is up to 90 % of the melting point temperature of the
material being joined. In the past, researchers have used tool materials such as H13
(52 HRC) and 56NiCrMoV7-KU (24.2 HRC) for welding aluminium alloys
(Scialpi et al. 2007, 2008; Sattari et al. 2012). The tool material used for the present
study was H13. Development of the tool geometry having dimensions in hundred of
microns was achieved through micro-turning on DT-110 (high precision multi-
purpose machine tool). The micro-turning operation was performed at 100 rpm
spindle speed and a manual feed in sub-millimetres. Some deburring operations
(sanding, facing and straight turning) were also performed after welding three to
four samples. This was necessary as there were some burr formations observed on
the tool, which would hamper the joint quality if proper care was not taken.
Figure 2 shows the tool geometries that were used for welding the aluminium alloys
in ‘butt’ and ‘lap’ configurations. The tool dimensions were chosen as per the
literature survey.

2.2 Development of Fixture

µFSW requires very high precision. The fixture plays a very crucial role in this
technique. The sheets should be aligned very accurately to avoid any deflection at
the top surface. It has to be held very tightly so that by nullifying its movement
during welding we get joints without defects. Also due to high heat conduction rate
of aluminium, the heat loss can make it very difficult to soften the sheets. So, the
fixture must be made up of heat-resistant materials. The fixture consisted of two
major components—one was backing plate and the other was top clamps. To begin
with, acrylic sheets of 10 mm thickness were used both as backing plate and as top
clamping. But, it was observed that the welding samples got deflected at 1200 rpm
of tool rotation speed. Also, due to high heat dissipation during welding operation,
low-quality welds were obtained. Some improper welded samples and their reasons
are as shown in Fig. 3.

Table 3 Process parameters used in µFSW joints

Process parameters Tool rotation speed (rpm) Tool traverse speed (mm/min)

Joint configuration

Butt weld 1650 25

Lap weld 1700 25
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One potential reason among these was poor clamping of aluminium sheets.
Therefore, a new fixture design was proposed in order to have better clamping
during welding operation. Here, the clamping force was concentrated over the
plates using two bolts creating a couple of forces in opposite direction at different
lengths, hence providing the net downward moment to the clamps where they
touched the sheets. Figure 3 shows the corresponding µFSW experimental
setup. The backing plate used was of heat-resistant material Bakelite and this
further minimized the effect of heat loss, which was more dominant in case of
earlier used acrylic material.

2.3 Welding Operation

The aluminium sheets were cut as per the required dimensions on wire-EDM so as
to have precise cutting, which would aid in better clamping of the samples at and
around the faying surface. The welding operation was performed using the micro-
machine DT-110. This machine provides high precision motion transmission with
negligible backlash, low deformation and negligible vibration in order to achieve
high accuracy in the welded component. The rotating tool was mounted on the
spindle using a suitable collet. The sheets to be joined were clamped onto the

Butt-weld tool Lap-weld tool

Fig. 2 Geometry of the H13
tool used for µFSW
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backing plate in such a way that any movement of the sheets could be avoided
during welding. With the help of ‘contact probe’, the tool pin was made to touch the
sheets at the weld line, and the co-ordinates were set to zero at that point (work
reference system). Next, the G- and M-codes, where the rotational speed, plunge
depth, transverse speed and weld length, which were set beforehand, were executed
serially as mentioned below for performing the welding operation:

1. Choose co-ordinate system (absolute)
2. Select work reference system as defined
3. Start tool rotation at certain RPM
4. Rapid motion of tool to a certain safe height (z)
5. Rapid motion to point (x = 0, y = 0)
6. Linear interpolation of tool to z = 0.1 at certain feed
7. Linear interpolation of tool up to plunge depth at certain feed
8. Dwell for a few seconds
9. Linear interpolation up to weld length at certain traverse feed

10. Exit of tool from workpiece at certain feed
11. Stop tool rotation

Fig. 3 Some failures observed during the welding. a Failure due to improper contact of shoulder
and sheets. b Failure due to excessive thinning. c Failure due to deflection of sheets from the fixture
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While performing lap welding, it was taken care that the advancing side of the
probe was located near the top sheet edge (Salari et al. 2014). An overlap width of
about 10 mm was used. The µFSW experimental set up is shown in Figs. 4 and 5
which shows some of the weld specimens prepared.

3 Results and Discussion

The results of longitudinal tension test, transverse tension test and micro-hardness
test on both of ‘butt’ and ‘lap’ joint configurations are described in subsequent
subsections.

3.1 Tensile Test

Tensile tests were conducted to assess the mechanical properties of the joint. The
transverse tension test, where the applied load is orthogonal to the weld direction
investigates the joint’s efficiency by studying its mechanical behaviour. The

Fig. 4 µFSW experimental set up

Joints for transverse tension test Joints for longitudinal tension test 

Fig. 5 Weld specimens prepared using µFSW
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longitudinal tension test, where the applied load is along the direction of the weld, is
used to study the mechanical behaviour of the weld zone subjected to stirring. The
results obtained from these tests were compared to with that of the base material.
Table 4 gives some mechanical properties of the aluminium alloy we have used.

To ensure the accuracy of the measurement, the tests were conducted on three
welded samples. First, the welded samples of specific weld length were produced
using this technology and then these were cut on wire-EDM as per the specifica-
tions of the standard test method for tension testing, ASTM-E8 as shown in Fig. 6.

The tensile tests were performed on UTM machine. Figure 7 shows the engi-
neering stress–strain curve of the base metal, butt weld and lap weld in transverse
tension test, and Fig. 8 shows the engineering stress–strain curve of the same in
longitudinal tension test.

Table 4 Mechanical
properties of Al alloy Yield tensile strength (MPa) 90

Ultimate tensile strength (MPa) 110

% Elongation 8

Vickers hardness (HV) 46

Fig. 6 (i) Dimensions (in mm) of the transverse tension test specimen as per ASTM standard (ii)
Dimensions (in mm) of the longitudinal tension test specimen as per ASTM standard

Fig. 7 Stress–strain curve for transverse tension test
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Through the plots, it can be seen that the lap welds are having better tensile
properties than the butt welds in both transverse and longitudinal tension tests.
Failure of the lap joint in transverse tension was observed to be in the thinner upper
weld instead of at the nugget between the sheets revealing thinning of material as
the reason for failure. Longitudinal tests for lap joints showed convincing results.
Higher yield point was observed in longitudinal tension tests as compared to
transverse tests. Figure 9 shows the corresponding longitudinal tensile test failure
on one of the lap welded samples.

The joint efficiency defined as the tensile strength of the weld divided by the
tensile strength of the base material is a measure of the welded joint’s strength. The
joint efficiency for transverse welds was observed as 65 % for lap joints and 44 %
for butt joints, and for longitudinal welds, the observed joint efficiency was 91 and
66 % for lap and butt joints, respectively.

3.2 Micro-Hardness Test

Hardness tests are performed to test the material’s ability to resist plastic defor-
mation, usually by penetration and at places also due to scratching or cutting. The

Fig. 8 Stress–strain curve for longitudinal tension test

Fig. 9 Failure cross section after longitudinal tensile test on lap weld
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present micro-hardness test was performed using a Vickers penetrator under a load
of 100 gf for 10 s which was as found in some literatures (Scialpi et al. 2007, 2008;
Sattari et al. 2012). The samples were polished with emery papers of different grit
sizes. Readings were taken on cross sections orthogonal to the welding direction at
distances of 0.25 mm apart. The obtained curve for hardness profile is as shown in
Fig. 10.

It can be observed that the stir zone (SZ) has more or less a constant value of
hardness. A slight drop was found when moving from SZ to TMAZ with a mini-
mum somewhat at the junction between TMAZ and HAZ. Hardness value again
increased in the HAZ and became constant for the base metal. Ductile failure near
the joint end was observed relating it with lower hardness values there. No sig-
nificant difference between lap and butt joint hardness trend could be observed
other than a little lower minimum value for the lap joint which could be attributed to
its having better ductility at the time of tensile test failure.

4 Conclusions

In this work, using µFSW, 0.44-mm-thick aluminium alloys have been successfully
welded in both ‘butt’ and ‘lap’ joint configurations. In application areas where there
is possibility of butt as well as lap configuration of joints, joining the materials in
lap fashion would produce better joint strength in the mentioned aluminium alloy.
Increase in thickness, near and along the joint line, when producing lap weld is a
demerit in its application areas as this occupies comparatively more space. It was
observed that the more the material is available for stirring, the stronger is the joint.
For the given alloy, having thickness approximately less than 0.5 mm, it is better to

Fig. 10 Cross-sectional micro-hardness of ‘butt’ and ‘lap’ µFSW
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opt for lap welding where the thickness increase at the joint would increase the
material available for stirring, and hence improve the performance measures of
µFSW.

Some of the future challenges that remain are in fabrication of complex tool
geometry at such small scale to study its effect on the heat generation and distri-
bution during welding. Further development in fixture is possible which could lead
to more precise clamping all along the weld length. This would again improve the
joint quality.
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Numerical Modeling of Impact
and Solidification of a Molten Alloy
Droplet on a Substrate

Rajesh Kumar Shukla, Sateesh Kumar Yadav, Mihir Hemant Shete
and Arvind Kumar

Abstract Most of the studies reported for droplet impact and spreading on a
substrate in a thermal spray coating process assume that droplet material solidifies
as a pure substance, i.e., phase change occurs at a fixed temperature. The alloy-type
behavior of the droplet impact where it solidifies within liquidus and solidus
temperature is not well reported. The role of formation of mushy zone and species
composition variation during the coating layer formation while using a multi-
constituent alloy material is not established. This work investigates the spreading
and solidification characteristics of an alloy droplet impacting on a substrate. Two-
dimensional axisymmetric model has been used to simulate the transient flow and
alloy solidification dynamics during the droplet impingement process. Volume of
fluid (VOF) surface tracking method coupled with the alloy solidification model
within a one-domain continuum formulation is developed to describe the transport
phenomena during the droplet impact, spreading, and solidification of an alloy
droplet on a flat substrate. Using the model, the characteristics of alloy solidification
in coating formation are highlighted.

Keywords Droplet impact � Solidification � CFD � Mushy zone � Coating
Nomenclature

c Specific heat capacity (m2 s−2 K−1)
C Solute concentration (kg kg−1)
D Solute mass diffusivity (m2 s−1)
Do Initial droplet diameter (mm)
fl Weight fraction of liquid (kg kg−1)
fs Weight fraction of solid (kg kg−1)
F Volume of fluid function
Fvol Continuum surface tension force source term (N m−3)
~gr Acceleration due to gravity vector (m s−2)
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k Thermal conductivity (W m−1 K−1)
kp Equilibrium partition coefficient
K Permeability of mushy zone (m2)
L Latent heat of fusion (J kg−1)
mL Liquidus slope (°C wt%−1)
p Pressure (N m−2)
t Time (s)
T Temperature (K)
Tm Melting point of pure substance (K)
~u Continuum velocity vector (m s−1)
U0 Initial droplet velocity (m s−1)

Greek symbols

ρ Density (kg m−3)
μ Dynamic viscosity (kg m−1 s−1)

Subscript

d Droplet
subs Substrate
air Air
alloy Alloy
eff Effective
l Liquid
s Solid
0 Initial

1 Introduction

The impact of a drop of molten liquid on a solid surface is currently receiving much
attention by industries. The study of impact of molten droplet on substrate can be
utilized in many industrial applications such as spray cooling of hot surfaces, ink jet
printing, spray painting, fire suppression using sprinkler systems, spray forming,
deposition of solder bumps on printed circuit boards, thermal spray coating, soil
erosion by rain drops, ice accumulation on electric wires, and aircraft. There are
many physical phenomena during the molten droplet impact which are still to be
addressed. Such phenomena are given as follows: tracking of free liquid surfaces,
motion of a liquid–solid–air contact line, wetting of solid surfaces, and fluid
instabilities that cause formation of fingers around the droplet periphery, eventually
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detachment of satellite droplets. The complexity is further increased if droplets
solidify while spreading. This study primarily focuses on the thermal spray depo-
sition process. The coating formed by thermal spray is widely used to protect
components exposed to corrosion, wear, and heat.

In thermal spraying coating processes, powder materials are injected into a high-
temperature flame where they are melted and propelled toward the surface of a
substrate. The individual molten particles impact, spread, and solidify to form a
coating deposit on the substrate’s surface. Prior to the coating development, the
process involved is impact of the droplet and its flattening and solidification on the
substrate (Fig. 1). The quality of the coating is directly related to the particle
impingement process in which individual particles are flattened and solidified on
the substrate forming the individual splats (Kamnis and Gu 2005; Kumar et al.
2012a). It is essential to have a clear understanding of the physics of droplet
impingement on the surface of substrates for better control of the generation of
splats and the structure of coating. Experimental investigations provide a link
between factors related to droplet impact and final coating morphology and quality.
Numerical simulations provide further insights into the mechanism of droplet
impingement and coating layer formation. It also provides an idea about tuning the
process parameters to suit different coating applications. Computational fluid
dynamics (CFD)-based volume of fluid (VOF) method is utilized in many cases to
track the deformation in the surface of molten droplet during its impact on a
substrate.

Many studies have been carried out for modeling droplet impact on surfaces.
Madejski (1976) developed a simple model that predicted the maximum extent of
spread of a molten droplet impacting on a solid surface, which agreed within an order
of magnitude with the size of splats formed by dropping tin and lead droplets on a
fiat plate. Liu et al. (1993) numerically studied the deformation, interaction, and
freezing during impact of molten droplets on a substrate in plasma spray processes
and reported that the final diameter and total freezing time of the splat depend on the

Substrate

D
U0 U0

y

x

Post - impact

Pre - impact

Fig. 1 Schematic of the problem of interest
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initial droplet velocity, droplet temperature, and substrate temperature. Bennett and
Poulikakos (1994), Kang et al. (1994) studied droplet deposition assuming that
solidification starts only after complete spreading of droplet in the form of a disk.
Theoretical and experimental studies done by Bennett and Poulikakos (1994)
showed that the thermal conductivity of the substrate significantly influences the
cooling rate of the splat. Inada and Yang (1994) photographed the underside of a
lead droplet as it landed on a quartz plate and observed solidification at the droplet–
substrate interface. Waldvogel et al. (1996) deposited a eutectic tin–lead solder
droplet with diameter of about 50 mm on a composite substrate. The detailed study
of final solidified shapes and flow field at the onset of phase change indicated a
strong coupling of the droplet fluid dynamics to the freezing behavior.

Rangel and Bian (1997) developed a heat transfer model to study the mechanism
of substrate remelting and the interactions of relevant parameters during the process
of single metal droplet deposition and solidification. Fukumoto and Huang (1999)
studied the transition behavior of flattening nickel particles sprayed onto a flat
substrate. They showed that splashing is less when there is good wetting between the
particle and substrate. Wang et al. (1999) conducted numerical studies of the cooling
and solidification, calculated the temperature history of the splat and the substrate,
and generated the data for maximum melting depth of the substrate for various
process parameters. Bussman et al. (2000) used a three-dimensional CFD code to
model droplet impact and splashing. They initiated the growth of fingers in their
simulations by introducing a sinusoidal perturbation into the velocity field imme-
diately after impact. They speculated that in reality protrusions on the surface disturb
liquid flow, with the amplitude of the perturbation proportional to the magnitude of
surface roughness. Aziz and Chandra (2000) studied the effect of varying impact
velocity and substrate temperature during impact of molten tin droplets on a stainless
steel plate. They photographed the deformation of impinging droplets and measured
surface temperature variation during impact. Attinger and Poulikakos (2001) studied
the molten micro-droplet impact and solidification on a cold flat substrate that can
melt and they reported the melted volume as a function of time for various
combinations of thermal and fluid dynamics parameters. Shakeri and Chandra
(2002) studied the splashing of molten tin droplets on a rough steel surface. Ahmed
and Rangel (2002) numerically studied the impingement and solidification of an
aluminum droplet on uneven substrates, using a two-dimensional axisymmetric
model. Their results show that droplet impact onto an uneven substrate is almost
always accompanied by splashing. However, the degree of splashing decreases with
the increase in surface roughness height. Li et al. (2004) developed a numerical
model to study the integrated effect of droplet solidification, and melting and
resolidification of the substrate during thermal spray coating. Hong and Qiu (2005)
studied the mm-sized molten droplet impacting on a substrate of the same material. It
was found that the thermal contact resistance affects not only the droplet spreading
but also the substrate remelting volume and remelting front configurations.

Kamnis and Gu (2005) developed a numerical model to investigate the
impingement of tin droplets on a flat stainless steel plate. In this, they reported that
the solidification of droplets is significantly affected by the thermal contact
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resistance/substrate surface roughness. Kamnis et al. (2008) studied the sequential
tin droplet impingements on a stainless steel substrate using a 3D numerical
simulation. Fukumoto et al. (2011) studied the effects of substrate temperature and
ambient pressure on flattening and solidification behavior of free falling droplet.
Tabbara and Gu (2012) studied the impingement phenomena for molten tin droplets
with low to high velocities on a steel substrate and reported that the solidification
process may consist of up to three stages: planar solidification, uneven solidifica-
tion, and wave mixing. Kumar et al. (2012a) compared the impingement behavior
of a hollow ZrO2 droplet and an analogous continuous droplet onto a substrate.

Most of the studies reported assume that droplet material solidifies as a pure
substance, i.e., phase change occurs at a fixed temperature, during its impact and
spreading on a substrate. The impingement of an alloy droplet onto a substrate and
its spreading behavior can differ fundamentally from a pure metal droplet. In this
connection, the investigation of the impact of an alloy droplet onto a solid substrate
is of scientific and applied importance. The current work aimed at modeling the
impact, spreading, and segregation of species of a Pb–Sn alloy droplet on a stainless
steel substrate. A sound understanding of the alloy droplet impingement behavior
onto a substrate will improve the knowledge of coating formation by multi-con-
stituents materials in thermal spray coating.

2 Model and Governing Equations

The impact of a molten Sn–10 % Pb alloy droplet with a diameter of 1.1 mm at an
initial uniform temperature of 519 K is made on a stainless steel substrate with a
velocity of 4 m/s. Figure 2 shows a schematic of the computational domain. Since
the physical geometry undertaken is axisymmetric, we have considered a 2D
axisymmetric computational domain which has been shown in Fig. 2. The solidi-
fication of the binary alloy is considered in this study which occurs by the formation
of a mushy zone. The phase diagram of the binary alloy considered is shown in
Fig. 3. The thermophysical property data used in the simulations for the Sn–10 %
Pb alloy are shown in Table 1 (Bellet et al. 2009).

The numerical methodology is based on a previously validated model for a dense
droplet impact on a substrate (Kamnis and Gu 2005). The dense droplet
impingement model reported in reference Kamnis and Gu (2005) was validated
with the experimental measurement of tin droplets (Shakeri and Chandra 2002). In
the present model, unsteady fluid flow dynamics is considered during the impact of
droplet and spreading onto the substrate. Heat transfer along with solidification is
considered using the volume of fluid surface tracking method (VOF) coupled with a
solidification model within a one-domain continuum approach based on the
classical mixture theory (Kamnis and Gu 2005; Kumar et al. 2012a, b). However,
an alloy solidification model is implemented in the current study as compared to a
pure substance solidification model in Kumar et al. (2012a, b). The mushy zone, the
solidification kinetics, and the species transport, as applicable for a binary alloy, are
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considered in the current model. Shrinkage due to solidification is neglected
ðqs ¼ qlÞ. The density for alloy phase is defined as follows:

qmixture ¼ ð1� glÞqs þ glql ð1Þ

Due to shrinkage being neglected, the volume fraction (gk) is equivalent to mass
fraction (fk). The solid phase velocity is zero, ~us ¼ 0. Accordingly, the mixture
velocity is given as follows:

~u ¼ fl~ul þ fs~us ¼ fl~ul ð2Þ
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A VOF method is used to track of the alloy–air interface. The volume of fraction
(F) can range from zero to unity. F = 0 indicates the cell containing only air, and
F = 1 indicates the cell containing only alloy. 0 < F < 1 corresponds to cell
containing the alloy–air interface. The volume of fraction function is evaluated
using the velocity field and the transport equation.

VOF equation:

@F
@t

þr � u!F
� � ¼ 0 ð3Þ

The properties appearing in the transport equation are evaluated by the presence
of component phases in each control volume. For example, the density in each
control volume is given as follows:

q ¼ Fqalloy þ ð1� FÞqair ð4Þ

Table 1 Thermophysical properties

Properties Value

Impinging droplet material Sn–10 % Pb alloy

Substrate material Stainless steel (SS)

Gas phase (the droplet surrounding medium) Air (air)

Droplet initial temperature 519 K

Substrate initial temperature 298 K

Melting point of pure substance (Tin) 505 K

Initial concentration (Pb) 10.0 (wt%)

Thermal conductivity 55 W (m K)−1

Thermal conductivity (SS) 14.9 W (m K)−1

Thermal conductivity (air) 0.0242 W (m K)−1

Density (liquid alloy) 7000 kg (m)−1

Density (SS) 7900 kg (m)−1

Density (air) 1.225 kg (m)−1

Droplet surface tension 0.566 N (m)−1

Viscosity (liquid droplet) 0.0022 kg (m s)−1

Viscosity (air) 1.7894 × 10−5 kg (m s)−1

Specific heat capacity (solid and liquid phase) 260 J (kg K)−1

Specific heat capacity (SS) 477 J (kg K)−1

Specific heat capacity (air) 1006.43 J (kg K)−1

Latent heat of fusion 58500 J (kg)−1

Eutectic composition 38.1 (wt%)

Equilibrium partition coefficient 0.0656

Liquidus slope −1.286 (°C wt%−1)
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The flow is assumed to be Newtonian and incompressible; the governing
conservation equations are given below:

Continuity:

r �~u ¼ 0 ð5Þ

Momentum conservation:

@

@t
q u!� �þr � q u! u!� � ¼ �rpþr � l

q
ql
r u!

� �
þ qgr

!þ Fvol
��!� S u! ð6Þ

S u!¼
ll~u
K F ¼ 1
0 F\1

�
ð7Þ

K ¼ K0
f 3l

ð1� flÞ2
ð8Þ

For computational cells which are undergoing phase change (solidification), the
solid–liquid interaction in the momentum conservation (Eq. 6) is considered using
Darcy’s model of viscous flow through a porous medium using the source term Su
(Eq. 7) (Kamnis and Gu 2005). Permeability is defined by the Carman–Kozeny
formula (Eq. 8). Momentum conservation equation (Eq. 6) also accounts for surface
tension effects at the free surface, which is considered by a continuum surface force
model using the term Fvol (Kumar et al. 2012a).

Energy conservation:

@

@t
qceffTð Þ þ r � q u!ceffT

� � ¼ r � keffrTð Þ þ Sh ð9Þ

keff ¼ Fkmetal þ 1� Fð Þkair ð10Þ

ceff ¼ Fcmetal þ 1� Fð Þcair ð11Þ

Sh ¼ �L @
@t qflð Þ þ r � q u!fl

� �� 	
F ¼ 1

0 F\1

�
ð12Þ

The momentum and the energy conservation equations (Eqs. 6 and 9) are
coupled. The source term Sh (Eq. 12), for handling the solidification phase change,
appearing in the energy conservation (Eq. 9) is active only for the computational
cells filled with molten droplet (F = 1).

Species transport equation:

@

@t
qClð Þ þ r � q u!Cl

� � ¼ r � DþrClð Þ þ Sc ð13Þ
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where

Dþ ¼ q fsDskp þ flDl
� � ð14Þ

Sc ¼ @

@t
qfsClð Þ � kpCl

@

@t
qfsð Þ ð15Þ

Species segregation is governed by lever rule model (Eq. 16). The solidification
path (according to lever rule) is given by the following equation:

fl ¼ 1
1� kp

1� mLC0

T � Tm


 �
ð16Þ

T ¼ Tm þ mLCl ð17Þ

The mode of heat transfer in the substrate is considered by conduction only.
A constant value of thermal contact resistance of 1.8 × 10−6 m2 K W−1 is
considered corresponding to a substrate roughness of 0.06 μm (Kumar et al. 2012a).
The heat transfer in the substrate is governed by the following equation:

@

@t
qsubCsubTð Þ ¼ r � ksubrTð Þ ð18Þ

The computational domain, shown in Fig. 2, consists of 220,000 structured
computational cells with a refined grid at the substrate surface.

3 Results and Discussion

A 1.1-mm-diameter Sn–10 % Pb droplet is impinging with a velocity of 4 m/s on a
stainless steel substrate. The thermophysical properties are given in Table 1. In the
following, the characteristics related to impact, flattening, and solidification of the
alloy droplet are studied and discussed in detail. The initial flattening and impact is
mainly dominated by the inertia of the impacting alloy droplet. The flattening and the
spreading of the droplet can be seen in Fig. 4 which show the VOF function of the
alloy phase. At the periphery, the spreading droplet solidifies due to heat transfer
with the substrate as shown in Fig. 5. The droplets material at the edge of the splat is
found to separate from the spreading droplet. This causes the splat to become dis-
continuous. Such discontinuous splat can influence the coating quality adversely.

Due to solidification occurring between liquidus and solidus, there is a formation
of mushy zone as seen in Fig. 5. This also causes an increase in the solidification
time as compared to pure metal droplet. The mushy zone formed is disordered and
wavy in shape. The disordered mushy zone offers significant resistance to the
droplet material to spread during subsequent flattening process. For better clarity of
the mushy zone, zoomed images are shown in Fig. 6.
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t = 0.02 ms

t = 0.23 ms
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t = 1.00 ms

t = 1.93 ms

1.1 mmVOF

Fig. 4 Droplet impact and spreading pattern

t = 1.93 ms

t = 1.00 ms

t = 0.40 ms

t = 0.23 ms

t = 0.02 ms

1.1 mm

Liquid fraction

Fig. 5 Solidification pattern and formation of mushy zone at various times
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After the initial impact, most of the potential energy of the alloy droplet gets
converted into kinetic energy. At the region of initial impact and then toward the
periphery during the subsequent flattening process, the droplet velocity becomes
significantly high, i.e., around 8 m/s as depicted in Fig. 7. Such high velocities
combined with disordered mushy zone and rapid freezing at the advancing edge
lead to break up of droplet material along the advancing front creating thereby a
discontinuous splat. This phenomenon is known as freezing-induced breakup in the
solidifying splat which occurs at the periphery (Chandra and Fauchais 2009).

It can be observed in Fig. 7 that spreading velocity is very high just after the
impact. This suggests that the motion just after the impact is primarily governed by
inertia forces. Further the velocity decreases due to viscous drag and surface ten-
sion. Figure 8 shows the temperature contours during the droplet spreading at
different instants. During the spreading of the molten droplet, heat exchanges
among surrounding air, droplet, and the substrate. Temperature of the molten
droplet decreases and the substrate temperature begins to increase due to heat
exchange between the droplet and substrate. This can be seen from the temperature
contour (Fig. 8). Figure 8 shows that the droplet temperature is higher in the center
region and lower in the vicinity of the spreading front in the entire spreading
process. This is because high-temperature fluid is continuously supplied to the
center region, whereas at the outer region there is higher heat transfer due to low
temperature of the substrate.

Figure 9 shows snapshots of species distribution (mass fraction of Pb). Signif-
icant variation in Pb concentration is observed due to macrosegregation caused by
the fluid flow in the flattening droplet. The wavy species variation pattern is in tune
with the wavy mushy zone as observed in Fig. 5. A clearer look of the species
distribution can be seen in Fig. 10 where zoomed images are shown. The prediction
of species distribution in our model is possible by solving the species transport

t=0.40 ms

t=1.00 ms

Liquid fraction

Fig. 6 Zoomed images of mushy zone in rectangular portions marked in Fig. 5
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equation that includes solidification kinetics and macrosegregation of a binary
alloy. There is a built up of Pb concentration at the edge of the splat. This built up is
caused by transport of solute toward the periphery by the high velocity at the
periphery.

Velocity magnitude (m/s) 

t = 0.03 ms

t = 0.23 ms

t = 0.40 ms

1.1 mm

Fig. 7 Spreading velocity at different instants
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t = 0.03 ms

t = 0.23 ms

t = 0.40 ms

t = 1.00 ms

t = 1.93 ms

Temperature (K)

Fig. 8 Temperature distribution at different instants
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t = 0.23 ms 

t = 0.40 ms

t = 1.00 ms

t = 1.93 ms

t = 0.02 ms 

1.1 mm

Mass fraction (Pb)

Fig. 9 Snapshots of species distribution (Pb)

t= 0.40 ms

t= 1.00 ms

Mass fraction (Pb)

Fig. 10 Zoomed images of species (Pb) distribution in rectangular portions marked in Fig. 6
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4 Conclusions

Pure substance solidifies at a constant temperature but in case of alloy it solidifies in
a range of temperature with formation of mushy region (solid–liquid region).
Comprehensive CFD-based model of alloy droplet deposition on a cold substrate is
developed. Alloy droplet spreading and solidification is very different from a pure
metal droplet spreading and solidification. The mushy zone formed in case of alloy
droplet is disordered and wavy which is very different from the ordered solidifi-
cation interface formed, as usually reported in the literature, in case of pure metal
droplet. The presence of disordered and wavy mushy zone along with the high
spreading velocity near the periphery causes breakup in the flattening droplet which
finally produces a discontinuous coating/splat. Significant species variation is found
to occur due to macrosegregation caused by fluid flow in the flattening droplet.
Such inhomogeneous species composition in the splat can influence the mechanical
properties of the coating.

The macrosegregation developed in the coating can significantly influence the
coating strength and its properties. In future, the flow in the mushy zone, its shape,
and relation with coating morphology are important issues to look upon.
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Hybrid Friction Stir Welding of Similar
and Dissimilar Materials

Deepak Kumar Yaduwanshi, Swarup Bag and Sukhomay Pal

Abstract Hybrid friction stir welding is an innovative solid-state joining tech-
nology which has great potential to produce effective and defect-free joint for
similar materials and dissimilar materials irrespective of high chemical affinity and
completely different physical and mechanical properties like aluminium and copper.
Among the possible preheating source, plasma arc provides unique combination of
high arc stability, concentrated energy density and low equipment cost. Plasma arc
usually coupled with various manufacturing system in order to enhance the per-
formance of conventional machining and bonding processes. Hence, plasma-
assisted friction stir welding (P-FSW), as a hybrid system, is investigated in order to
improve the weld joint quality and joint efficiency. Preheating effect using plasma
arc, the P-FSW of aluminium alloy and other high-strength alloys enables to
decrease the plunging force and enhance mechanical properties of welded joint. The
integration of plasma arc on FSW tool also aids to decrease the probability of
formation of welding defects. In present work, an overview of plasma-assisted
friction stir welding (P-FSW) is presented by means of experimental investigation
and prediction of it through numerical modelling. Finite element-based simulation
using ABAQUS is carried out to evaluate the temperature profiles. A comparative
study of mechanical and macro-microstructural characterizations of weld joint by
conventional FSW and P-FSW processes has been conducted on similar (AA1030)
and dissimilar (AA1100-pure copper) materials joining. Overall, the influence of
preheating acts quite homogeneously throughout the structure as compared to
conventional FSW. However, the results reveal that the development of P-FSW is
still in initial stage and needs to improve in various aspects. Although P-FSW
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process is quite effective to improve mechanical properties and reduction of
plunging forces, it needs to investigate the potentiality for relatively harder mate-
rials and dissimilar materials joining.

Keywords Hybrid friction stir welding � Preheating � Finite element method �
Numerical model � Heat transfer � Friction model � Dissimilar material joining

1 Introduction

Friction stir welding (FSW) is one of the recently developed solid-state joining
processes where similar or dissimilar type of materials is joined by plasticization.
The process consists of a rotating tool which is plunged into the interface of two
plates tightly abutted along a line, and the line is then traversed by the rotating tool
(Thomas et al. 1991). During the process, heat is generated by plastic deformation
as well as by the friction between the tool and the workpieces. The workpieces are
ultimately joined by the stirring action of the softened material with excellent
combination of mechanical properties (Rai et al. 2011; Kima et al. 2010; Grujicic
et al. 2010). This method is often preferred due to low residual stress, low energy
input and fine grain size compared to the conventional fusion welding process
(Chao et al. 2003). Hence, the understanding of the heat transfer mechanism in the
workpiece is helpful to predict thermo-mechanical interactive phenomena, thermal
history during the welding process and the mechanical properties of the weld joint
that finally evaluate the weld joint quality.

FSW technique has encountered a number of challenges in widespread appli-
cation of similar and dissimilar joints. The relatively high downward force on the
tool produces the heat required to initiate the weld. However, applications in high-
strength alloys remain limited due to large welding force, consequent tool wear and
low welding speed (Fernandez and Murr 2004). To overcome these drawbacks, the
concept of preheating is stated by Sinclair et al. (2010). The authors reported that
preheating the workpiece results in a significant (43 %) reduction in the axial force
experienced by the tool for a wide range of welding parameters. On the other hand,
the patent developed by Cao and Kou (2004) claims a preheating system with a
tungsten inert gas (TIG) welding torch and extends the range of FSW to harder
materials such as copper (Scutelnicu et al. 2008) and mild steel (Ferrando 2008).
Oeystein et al. (1999) used a preheating source by applying a moving induction coil
as the primary heat source to plasticize the material of the adjacent members. Palm
(2001) developed a laser-supported FSW method to overcome the drawbacks of
conventional FSW by using laser as preheating source. Due to preheating, friction
stir weld joint comprises a refined grain structure having grain size of less than
about 5 μm so that joint efficiency and joint quality are improved (Litwinski 2004;
Murphy et al. 2008; Zaeh et al. 2008). Liu et al. (2012) develop hybrid FSW set-up
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assistance by microplasma arc. Preheating temperature is adjusted by changing arc
current and tool travel speed.

In many emerging applications, the joining of dissimilar materials is required to
take the advantages of their properties by different joining methods especially by
FSW. Due to different chemical, mechanical and thermal properties of materials,
dissimilar materials joining pose more challenging problems than similar materials
joining (Kimapong and Watanabe 2004). However, when joining dissimilar
materials by FSW, the problems not only arise from a material properties point of
view, but also from the possibility of the formation of brittle inter-metallic and low
melting point eutectics (Xue et al. 2010).

In this context, FSW is an impeccable method to weld materials that are hard to
be joined by the conventional fusion welding methods such as Cu–Al with opti-
mum combination of process parameters. Murr et al. (1998) first reported sound
welds without any defect which were difficult to obtain using FSW. Afterwards,
Ochi et al. (2004) investigated the formation of inter-metallic compounds (IMC) at
interface of Cu–Al joint and effect of IMC on joint strength. Many authors have
detected the existence of IMC compound layers in Cu/Al dissimilar metal with
FSW process. Sahin (2010) determines the phases that occurred during welding as
grey layer observed at the fracture surfaces of welded parts. However, this layer
decreases the strength of the joints. Galvao et al. (2011) performed a thorough
macro- and microstructural analysis of Al–Cu welded joint. It was concluded that
the formation of inter-metallic phases deeply influences the weld crown morphol-
ogy, which remains one of the main concerns in Al/Cu joining by FSW. These
factors also contribute to asymmetry in both heat generation and material flow
during FSW (DebRoy and Bhadeshia 2010). However, when FSW has been
adopted to join dissimilar materials with a high difference in melting points, it is
difficult to produce sound joints with satisfactory strength as applicable due to their
significantly different plastic deformation and material properties (Murr et al. 1998;
Liu et al. 2012).

To overcome above-mentioned problems, researchers investigated on the
application of hybrid friction stir welding to join dissimilar materials with the aid of
external heat source. Merklein and Giera (2008) studied laser-assisted friction stir
welding of steel to aluminium alloy in butt joint configuration. The laser beam takes
the role of preheating the steel blank to overcome asymmetry in heat generation and
enhance the weldability. Bang and Bang (2010) and Bang et al. (2012, 2013)
reported laser- or GTA-assisted friction stir welding of steel to aluminium alloy.
The joint strength was achieved *90–93 % with reference to Al alloy as compared
to *60–78 % without the effect of external heat source. Furthermore, it was
demonstrated that tool life and decrement of applied load were expanded during
joining of dissimilar materials with the aid of external heat source.

The objective of present work is to develop a plasma-assisted friction stir
welding (P-FSW) system and demonstration of the process by means of experi-
mental investigation and numerical modelling for joining similar and dissimilar
materials. P-FSW as a hybrid system is developed to improve the joint efficiency
and weld joint quality by integrating the preheating source with FSW process.
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A low-cost plasma arc is utilized to develop the hybrid system. Figure 1 sche-
matically presents the P-FSW process. Adding an additional heat source, the base
materials are preheated and some remarkable advantages are obtained such as faster
and better plasticization of the base material, reduced FSW tool wear and clamping
forces, faster welding speed and improved weld quality. In case of dissimilar joint,
the additional heat source is located in the harder material side ahead of the tool in
the welding direction, provides adequate metal flow around the tool and simulta-
neously prevents the formation of a large amount of brittle IMC. Although the
preheating technique in FSW process is quite effective to improve mechanical
properties and reduction of plunging forces, it needs to investigate from various
directions.

2 Theoretical Background

FSW involves complex synergistic interaction of the physical phenomena during
welding of various similar or dissimilar materials that are of practical significance
by exploring and understanding the underlying physics of the process. Hence, this
chapter aims at important physical insights into the mechanism of the process in
terms of heat generation and heat transfer during FSW process. A three-dimensional
heat transfer model for P-FSW is developed by considering temperature-dependent
thermal properties. The heat input is linearly proportional to the distance from the
centre of the tool, the contact condition between the rotating tool surfaces is con-
sidered, and the heat generation is due to work done by the friction force and plastic
deformation.

2.1 Mathematical Model

In P-FSW, the heat generation in solution domain is due to plasma arc as well as
friction and plastic deformation by FSW tool. Plasma arc preheats the workpiece
ahead of FSW tool to influence the plasticization of material and improves material
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Fig. 1 Basic principle of
plasma-assisted friction stir
welding of dissimilar joint
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flow during welding. The heat generated by FSW tool is considered by means of
friction and due to plastic deformation where heat is transferred into the workpiece
following the Fourier’s law of heat conduction. The transient temperature field
T which is a function of time t and the spatial coordinates (x, y, z) is estimated by
solving three-dimensional nonlinear heat transfer equation where the FSW tool
moves with positive y-direction and is expressed as

@

@x
kx
@T
@x

� �
þ @

@y
ky
@T
@y

� �
þ @

@z
kz
@T
@z
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@T
@t

� VT
@T
@y

� �
ð1Þ

where ρ, Cp and k refer, respectively, to density, specific heat and thermal con-
ductivity of the workpiece material; _Q is the rate of heat generation; and VT is the
transverse speed of the tool. However, the interface thermal resistance between two
plates is neglected here.

2.2 Heat Generation Model for FSW

Total heat generation involved in hybrid friction stir welding process (Qtotal) is
equivalent to the input by plasma arc (Qpre) and FSW tool (QFSW).

Qtotal ¼ Qpre þ QFSW ð2Þ

The heat that is transferred to the workpiece by preheating source is determined
by

Qpre ¼ gIV ð3Þ

where η is the thermal power efficiency, I is the welding current, and V is the
welding voltage. The heat generated at the interface of tool and workpiece due to
friction is Qf and due to plastic deformation is Qp. Therefore, total elemental heat
due to friction and plastic deformation is given by

dQFSW ¼ dQf þ dQp ð4Þ

The total amount of heat in FSW is QFSW, generated by the tool due to sliding
and sticking friction conditions. Therefore, the heat energy generated at the contact
interface between a rotating FSW tool and a stationary workpiece is subdivided into
Q1, Q2 and Q3, i.e. on the tool shoulder’s surface, tool pin’s side surface and tool
pin’s tip surface, respectively. The analytical estimation of heat generation from the
shoulder is expressed as (Neto and Neto 2013),

Hybrid Friction Stir Welding of Similar and Dissimilar Materials 327



Q1 ¼ Z2p

0

ZRshoulder

Rprobe

xscontactr
2 1þ tan að Þdrdh ð5Þ

Heat generation from the probe is expressed as

Q2 ¼ Z2p

0

ZHprobe

0

xscontactR
2
probedrdh ¼ 2pxscontactR2

probeHprobe ð6Þ

Q3 ¼ Z2p

0

ZRprobe

0

xscontactr2drdh ¼ 2
3
pxscontactR3

probe ð7Þ

Therefore, the total heat generation due to sliding friction is estimated as

Q ¼ 2
3
pxscontact R3

shoulder � R3
probe

� �
1þ tan að Þ þ R3

probe þ 3R2
probeHprobe

� �
ð8Þ

The material flow and heat generation are characterized by the contact conditions
at the interface and are described as sliding, sticking or partial sliding/sticking
(Askari et al. 2001). The contact condition under the shoulder can be described by
sliding friction, using a friction coefficient μ and interfacial pressure p, or sticking
friction, based on the interfacial shear strength at an appropriate temperature and
strain rate. It is convenient to define a contact state variable δ, which relates the
velocity of the contact workpiece surface with the velocity of the tool surface. The
contact state variable (δ) is assumed to change linearly with the distance from
the centre of the pin. Based on these assumptions and geometrical aspects of the
deformation zone, the contact state variable can be expressed as

d ¼ Vmatrix

Vtool
ð9Þ

where Vmatrix is peripheral velocity of workpiece and Vtool is peripheral velocity of
tool. A 100 % sticking condition at the pin/material interface is assumed, i.e. same
as tool velocity. The velocity of the material is equal to zero at the outer edge of the
deformation. The contact shear stress is then

scontact ¼ sy ¼ ryffiffiffi
3

p ð10Þ

The expression of heat generation, assuming the sticking condition with convex
shoulder, is

QFSW;sticking ¼ 2
3
px

ryffiffiffi
3

p R3
shoulder � R3

probe

� �
1þ tan að Þ þ R3

probe þ 3R2
probeHprobe

n o
ð11Þ
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where α is conical angle of shoulder surface in case of convex shoulder. Coulomb’s
friction law to describe the shear stress estimates the critical friction stress necessary
for a sliding condition:

scontact ¼ lp ð12Þ

QFSW ¼ d � QFSW;sticking þ ð1� dÞ � QFSW;sliding ð13Þ

For a flat shoulder and straight cylindrical tool, the total heat generation is
expressed as

QFSW ¼ 2
3
px dsy þ 1� dð Þlp	 


R3
shoulder � R3

probe

� �
þ R3

probe þ 3R2
probeHprobe

n o

ð14Þ

2.3 Initial and Boundary Conditions

Boundary condition for FSW thermal model is specified as surface interaction of
the solution domain. At time zero, a uniform temperature in the workpiece is
assumed. The initial condition for the calculation is expressed as

T x; y; z; 0ð Þ ¼ Ti ð15Þ

where Ti is the ambient temperature at time t = 0.
The boundary interaction of the solution domain is schematically represented in

Fig. 2. At the free surface of the workpiece, natural convective boundary conditions

Fig. 2 Schematic illustration of thermal boundary condition used in heat transfer model
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are considered except top surface with radiation. Mathematically, the boundary
condition is expressed as

P-FSW: k
@T
@n

¼ h T � T0ð Þ þ dh T4
0 � T4� �� qs � qa ð16Þ

where n is the normal direction vector of boundary, h is the convection coefficient,
qs is heat flux between tool and workpiece, qa is the heat flux from plasma arc, k is
the thermal conductivity of workpiece, T is temperature of workpiece, T0 is initial
temperature, δ is the emissivity of surface, and θ is the Stefan Boltzmann constant.

2.4 Hybrid Heat Source Model for P-FSW

A hybrid heat source model is developed by combining FSW tool and plasma arc.
Preheating source is ahead of FSW tool with some lead distance on centre line in
case of similar material joint. But in case of dissimilar joint, preheating source is
offset towards hard material and FSW heat source is offset towards soft material
from centre line. Lead distance and offset distance of heat source are not constant,
but it depends on welding condition. Figure 3 illustrates the distribution of heat flux
for FSW heat source over the plate surface due to the tool shoulder, on pin–
workpiece interface due to tool pin, and due to tool pin bottom surface which is
given as (Schmidt et al. 2004),

qshoulder ¼ 3Q1r
2pR3

shoulder
; ð17Þ

qpside ¼ Q2

2pRprobeHprobe
; ð18Þ

qpbottom ¼ Q3

pR2
probe

ð19Þ

where scontact and d in the expression of Q1, Q2 and Q3 are applied according to
sliding or sticking friction conditions (Neto and Neto 2013). Therefore, total heat
flux from the FSW tool is expressed as,

qs ¼ qshoulder þ qpside þ qpbottom ð20Þ

To model the preheating source, a circular surface heat source with effective
radius ð�rÞ is considered. The effective radius of heat source depends on nozzle
diameter of plasma torch and its stand-off distance from plate surface. However, the
heat flux follows a Gaussian distribution and is expressed as
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qaðrÞ ¼ 3Qpre

p�r2
e�3 r

�rð Þ2 ð21Þ

where qaðrÞ is the surface flux at radius r and �r is the effective arc radius over which
95 % energy falls.

A moving heat source with heat distribution for P-FSW of similar and dissimilar
joints is illustrated in Fig. 4a, b, respectively, and is used in the heat transfer
analysis. Moving heat source is a combination of FSW tool and plasma arc as
surface heat source. Heat distribution for plasma arc is exponential with maximum
heat density in centre and radial heat distribution for FSW with maximum heat
density at outer radius. Similarly, in P-FSW, heat source is aligned and moves on
weld centre line in welding direction. But in dissimilar P-FSW, plasma arc heat
source is offset from weld centre line in hard material (Cu) to improve plasticized
state as compared to soft material (Al) and whether FSW tool is offset depends on
process conditions.

Fig. 3 Schematic illustration
of heat flux distribution in
moving heat source model for
FSW

Fig. 4 Schematic illustration of moving heat source model for P-FSW a similar material and
b dissimilar material joining
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2.5 Material Properties for Dissimilar Joint

In hybrid friction stir welding of dissimilar joint, two different materials are plasti-
cized and mixed together to form weld joint. Heat generated by tool due to friction
and plastic deformation to plasticize the material and cause plastic flow of material at
material–tool interface by stirring action. With forward motion of rotating tool on
workpiece, two materials are mixed and form thick layer of inter-metallic compound
which have mixed property of both material. There is a change in material properties
of weld zone due to mixing which depends on forward motion of tool. For better
estimation of thermal history of heat transfer model of the dissimilar materials, the
concept of time-varying functionally graded material (FGM) is applied to define
welding zone. In real FSW process, the weld nugget zone increases in size with time
as the tool travels along weld line of the specimens (Li et al. 2009). This phenom-
enon is simulated by increasing the size of the FGM area, while the welding tool is
moving forward. The rate of growth of the FGM region is estimated from the
rotational and forward velocities of the tool illustrated in Figs. 5 and 6.

For joining copper with aluminium, workpiece is divided into three zones, i.e.
advancing side (left) for copper, retreating side (right) for aluminium and middle
trapezoidal zone for weld nugget as shown in Fig. 7. The time variation of material
properties in weld zone depends on movement of tool axis, and these phenomena
are implemented by “USDFLD” subroutine in ABAQUS. Upgrade material

Fig. 5 Formation of functionally graded material during plunging of tool at a 2 mm, b 3 mm and
c 5 mm plunging depth

Fig. 6 Formation of functionally graded material during welding and forward motion of tool
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properties are assigned to location of this region at each time increment during
simulation. In the no-weld region, two different material properties are assigned for
different materials that do not change during the simulation.

According to the mixture rule of FGM (Kingery et al. 1976; Mahjmoud 2003),
the FGM material properties such as thermal conductivity, specific heat and mass
density can be estimated by using the following relations

k ¼ k1 1þ 3ðk1 � k2Þv2ð Þ= 3k1v2 þ k1 þ 2k2ð Þ 1� v2ð Þð Þ½ � ð22Þ

c ¼ c1q1v1 þ c2q2v2ð Þ= q1v1 þ q2v2ð Þ ð23Þ

q ¼ q1v1 þ q2v2 ð24Þ

Equation (22) is the expression of thermal conductivity of FGM area in terms of
material 1 (Cu), material 2 (Al) and the volume fraction of material 2 (V2), and
Eqs. (23) and (24) are the specific heat and mass density, respectively. Figure 7
represents schematically the application of FGM concept in welding zone of dis-
similar joint. The variation of material properties in FGM depends on the volume
fraction of material 2 if V1 = 0, then it indicate pure material 2. If the value of v2 is
between 0 and 1, it implies that the material is within FGM region. Thermal
conductivity and the specific heat are not linear function of the volume fraction,
while mass density is the linear function of the volume fraction.

2.6 Solution Methodology

The heat transfer analysis of the P-FSW process for establishing the numerical model
is performed using commercial software ABAQUS. The solution domain of the
model is assumed as rectangular plate. Solution domain has three partitions during

Fig. 7 Schematic illustration of applied functionally graded material concept in welding zone of
dissimilar material joining
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dissimilar material joint, while middle section is weld zone and other two is base
material. During simulation of similar materials, joining only two partitions of the
solution domain with similar material properties is considered. The convective heat
transfer coefficient is used for the top and sides of the workpiece, which is typical for
natural convection between aluminium and air (Schmidt et al. 2004). Also, the
higher convective heat transfer coefficient is used for the bottom surface of the plate
which is typically considered as natural convection between steel and air.

The procedure of modelling is adopted based on the actual experimental proce-
dure in order to obtain the numerical solution, such as temperature profile of the
solution domain. The workpiece is meshed using eight nodded brick elements of
type DCC3D8. The temperature is considered as single degree of freedom at each
node with fine meshing in the weld zone. The heat source model is coded in
“DFLUX” user subroutine. The time variation of material properties is applied by
“USDFLD” subroutine in dissimilar joint to update the material properties of that
location. The plunge-in velocity of 0.12 mm/s and plunge-out velocity of 1.16 mm/s
are considered in present simulation. The temperature-dependent thermal properties
of the aluminium alloy and pure copper are incorporated in the analysis that makes
the analysis nonlinear iterative solution.

3 Experimental Investigation

Experiment is conducted under different welding conditions for joining of similar
(AA1100) and dissimilar (AA1100-Pure Cu) materials in butt joint configuration.
The chemical composition of AA1100 aluminium alloy (wt%) is reported in
Table 1. Two rectangular plates of 200 mm × 100 mm size are butt joined by
P-FSW process. The plate surface is cleaned by acetone prior to welding. In this
study, a vertical milling machine with 7.5 hp motor capacity is used to perform
experiment as described in Fig. 8. The welding tool is made of H13 with the
shoulder and pin diameters of 20 and 6 mm, respectively. The rotating tool is
perpendicular of the plate with 0° tilt angle with fate shoulder. The pin length is
slightly less than the thickness of workpieces, with 5.65 mm tool pin length. The
edges of the test pieces are machined to obtain a neat square butt. They are clamped
to the horizontal bed with zero root opening. As shown in Fig. 8a, the preceding
plasma torch is placed 13 mm away from the shoulder edge with an angle of 60°
adjacent to the joint which ensures less effect of arc on tool and enhanced the
material flow during welding. The aluminium alloy plate is located on the retreating
side (RS) and the copper plate on the advancing side (AS). The melting temperature

Table 1 Chemical composition of aluminium alloy (wt%)

Cu Fe Si Mn Mg Zn Cr Ti Al

0.15–0.40 0.70 0.40–0.80 0.15 0.80–1.20 0.25 0.01–0.35 0.15 Bl
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of pure copper and AA1100 is considered as 1083 and 660 °C respectively. Five
welding conditions are considered with variable preheating current, and the
experimental conditions are described in Table 2.

Fig. 8 a Experimental set-up for P-FSW; b closer view of fixture and set-up for dissimilar
material joint; c closer view of fixture and set-up for similar material joint

Table 2 Process parameters of P-FSW

Exp. no. Process parameter for FSW Preheating current (amp)

Transverse speed
(mm/s)

Rotational speed
(RPM)

AA1100 AA1100-Cu

1 1.05 815 0 0

2 1.05 815 15 25

3 1.05 815 25 35

4 1.05 815 35 45

5 1.05 815 45 55
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For measurement of tool plunging force, a fixture with four strain gauges at four
hexagonal supporting members of backing plate as shown in Fig. 9a is used which
convert force into corresponding voltage. This voltage is measured by data aquatint
system with amplifier and multiplies it with calculated factor. Transient temperature
is recorded at the regions near the top surface; eight different locations during P-
FSW process using 36 grade K-type thermocouples are placed. All the temperature
measurements are made in four on the AS as well as four on RS of welds. Ther-
mocouples are used at the middle length of the plate along the longitudinal direction
as shown in Fig. 9b. Vickers hardness test and tensile test are carried out to find
effect of preheating on mechanical properties of weld joints. The Vickers hardness
was measured along the transverse cross section of the welded specimen using a
load of 0.1 Kgf and dwell time of 10 s (Fig. 10). Tensile test of the welded
specimens was conducted based on ASTM E8 M-04 standard.

Fig. 9 Layout of thermocouple point during welding: a similar material joint and b dissimilar
material joint

Fig. 10 Schematic illustrations of weld cross section for hardness measurement
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4 Results and Discussion

P-FSW of similar and dissimilar materials is investigated on the aspects of thermal
behaviour and mechanical properties of welded joints. In thermal analysis, pre-
heating phenomena in FSW include thermal history and variation of cooling rate. In
mechanical properties, the preheating effect is carried out on the basis of tensile
strength, hardness and fractography analysis.

4.1 Thermal History and Cooling Rate

Comparative effect of preheating on temperature profile for similar material joining
(Table 2) with time is shown in Fig. 11a, b, respectively, for AS and RS with
preheating (Exp. 2) and without preheating (Exp. 1). It is observed that the peak
temperature at the weld centre line is asymmetrical due to plastic flow of material.
The area under the curve of thermal history represents total heat input during
welding which is higher in case of preheating. This additional heat input due to
plasma arc makes an effect on rate of change of temperature during welding that
may improve the weld joint properties. This additional heat also increases the
temperature of material around the weld zone so that material tends to lose some of
its mechanical strength and facilities the ease of welding. The experimental method
reveals that the peak temperature reached in the case of the hybrid welding is
around 320–385 °C at a distance of 13 mm from weld centre line.

Preheating is more effective during FSW of dissimilar material than similar
material; it minimizes the difference of thermo-mechanical properties of two dif-
ferent materials. As shown in Fig. 12, AS (Cu) temperature at TC 1 is 21 °C higher
than RS (Al) in case of Exp. 1 without preheating, but temperature difference
increases to 58 °C in case of Exp. 2. Elevated temperature difference in the weld

Fig. 11 Comparison between temperature profiles of Exp. 1 and 2 for joining similar materials at
13 mm away from weld centre line: a advancing side and b retreating side
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reduces plasticized state temperature difference of two different materials. This
result indicates that the sufficient plastic flow and partial annealing effect in weld
joint by plasma preheating on the copper side result in significant increase in joint
quality.

The cooling rate is estimated by change of temperature with respect to change of
time � dT=dtð Þ for a fixed thermocouple location. It is obvious form Fig. 13 for
similar joint and Fig. 14 for dissimilar joint that there is wide variation of cooling
rate when the FSW tool is nearer to thermocouple location and asymptotically
approaches to zero value when the tool is away from the fixed point. The preheating
effect due to plasma arc decreases the variability and magnitude of cooling rate as
compared to conventional FSW process. Preheating builds up heat in the metal, and
it takes little longer time for it to cool down. Since the maximum cooling rate is less

Fig. 12 Comparison between temperature profiles of Exp. 1 and 2 for dissimilar material joint at
15 mm away from weld centre line: a aluminium side and b copper side

Fig. 13 Comparison of cooling rate of Exp. 1 and 2 for similar material joining: a advancing side
and b retreating side
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than 17 K/s in case of similar joint and 13 K/s in case of dissimilar joint, the
diffusional transformation will occur and this transformation is more stable for P-
FSW process due to less variation of cooling rate (Sinclair et al. 2010). However,
this much variability in cooling rate may influence the grain coarsening rate in this
temperature range (Askari et al. 2001). Since the average cooling rate or temper-
ature gradient � dT=dxð Þ from the top surface to the bottom surface decreases, it
may influence the hardness distribution. Less variability of hardness distribution is
expected for P-FSW process than FSW process. During dissimilar joint, cooling
rate variation affected aluminium side, but the copper side not affected due to low
operating temperature.

4.2 Characterization of Weld Joint

The effect of preheating is more prominent in characterization of mechanical
properties such as microhardness, ultimate tensile strength, elongation and bending
strength of the welded joints.

4.2.1 Micro Hardness

The hardness profiles measured along the transverse cross section of welded
specimen at three different lines along centre, bottom and top of the weld zone
corresponding to welding condition in Table 2. In the case of similar P-FSW welds
of Exp. 1, hardness profile is strongly affected by work hardening rather than grain
size in the weld and it is dominantly governed by the grain boundary strengthening
and the dislocation strengthening. This hardening mechanism leads the case of
irregular profile of hardness depicted in Fig. 15a. In the case of P-FSW welds
(Exp. 2) as shown in Fig. 15b, the hardness profile is relatively uniform and

Fig. 14 Comparison of cooling rate of Exp. 1 and 2 for dissimilar material joining: a aluminium
side and b copper side
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comparatively less variation is observed. There are significant differences in the
hardness distribution between RS and AS. The hardness within the stirring zone is
higher on the AS than the RS, i.e. the hardness distribution in the FZ is asymmetric
with respect to the tool rotation axis. It is attributed by the fact that the strain rate
change due to the high-temperature deformation of pure aluminium depends on
stress and temperature. This determines the steady-state deformation due to the
effect of preheating and left more uniform finer grain throughout the structure.

The microhardness distribution profile on the transverse cross section of dis-
similar joint for Exp. 1 and Exp. 2 of Table 2 is shown in Fig. 16a, b, respectively,
as per hardness points illustrated in Fig. 10. The average hardness values of base
metals Al and Cu are 46 and 130 HV, respectively. An inhomogeneous distribution
of hardness values is observed in the nugget zone. The higher hardness value in the
nugget zone relative to Al base metal is primarily associated with the formation of
very fine recrystallized grains and the Cu-rich dispersed particles, corresponding to
the effect of preheating observed in Fig. 16b. It is worth noticing that an abrupt

Fig. 15 Hardness distributions on the transverse cross section for a Exp. 1 and b Exp. 2 in Table 2
of similar material joining

Fig. 16 Hardness distributions on the transverse cross section for a Exp. 1 and b Exp. 2 of
dissimilar material joining
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change in hardness value occurs adjacent to the interface. The values at the interface
of top, middle and bottom are reached to 172.4 and 195.3 HV, which are far higher
than the base metals.

4.2.2 Tensile Strength and Fracture Behaviour

The comparison of tensile strength of welded joints corresponding to welding
condition of Table 2 is described by Fig. 17a. For these range of parameters, the
tensile strength of Exp. 2–5 weld is *5–8 % higher than that of Exp. 1 welds
without preheating. The maximum tensile strength of P-FSW welds obtained at
preheating current of 35 A is 134 MPa which is *95 % of base metal tensile
strength. This is mainly due to strain ageing by plastic deformation and dispersion
strengthening by fine Al2O3 particles at stirred zone. Although with the Al2O3

particle addition, the ultimate tensile strength increases marginally, and further
increase of tensile strength is attributed to the grain structure difference and the
Orowan strengthening due to stirring of finely dispersed aluminium oxide particles.
Overall, the recovery and continuous dynamic recrystallization for aluminium refine
the grain size over the base material with the expense of heavily deformed work
hardened material (Martin 1980).

Figure 17b shows the percentage of elongation for tensile test specimens. There
is markedly difference in elongation of friction stir welded specimens as compared
to base material. This is due to the fact that in P-FSW, the material undergoes
continuous dynamic recrystallization, and as a result, a fine grain structure is pro-
duced with Al2O3 particles at stirred zone. The deformation in coarse-grained
aluminium is known to have steep strain gradient in the vicinity of grain boundary
and the centre of the grain. As the grain size decreases and strain increases, the
deformation becomes more homogeneous. Therefore, the preheating does not
improve its elongation much and the elongation is around *9 ± 2 % for all cases.

Fig. 17 Tensile strength and percentage of elongation at different welding conditions depicted in
Table 2 for similar material joints
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This happens in case the base metal has high thermal conductivity and thermal
diffusivity which leads the intuition that the effect of preheating may work quite
homogeneously for highly thermal conductive materials.

The comparison of tensile strength and percentage elongation of joints welded at
different preheating current corresponding to Table 2 is shown in Fig. 18. The
tensile strength of joint produced at relatively low and without preheating current is
rather weak with average value of 46–65 MPa. However, the maximum strength of
joint fabricated at 45 amp preheating current reached 107.2 MPa, representing joint
efficiency of 75.6 % with reference to Al alloy (Fig. 18a). The results indicate that
the tensile strength of P-FSW welds is improved with increase in preheating current
up to some optimum value. Figure 18b indicates that there is little improvement of
ductile fracture behaviour in case of P-FSW. This result also indicates that the
improvement of material flow and partial annealing effect in dissimilar materials by
P-FSW significantly increases elongation and improves joint strength between
aluminium alloy and pure copper when preheating occurs towards copper side.

It is noteworthy that without preheating, the weld joint shows brittle fracture
behaviour. Also, a large number of voids are observed without preheating due to
lack of proper material flow caused by insufficient stirring and heat generation. In
case of P-FSW, increase of tensile strength and elongation is caused by additional
heat input due to preheating towards copper side in case of dissimilar joint.

4.2.3 Bending Strength

Bending properties are tested to determine the flexural strength of similar and
dissimilar joints which are always required in industrial application. The bending
tests are carried out as per ASTM E08 for welded specimen. The dimensions for the
bending specimen are 100 × 20 × 6 mm. The experimental bending results for
different combinations of process parameters are listed in Tables 3 and 4 for similar
and dissimilar joints, respectively.

Fig. 18 Tensile strength and percentage of elongation at different welding conditions depicted in
Table 2 for dissimilar material joints
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The appearance of the sample after the root surface bending test is shown in
Fig. 19a, b for similar and dissimilar joints, respectively. The bending load is
applied in the weld centre and is obvious in Fig. 19. The results indicate that the
joint bending strength is increased with increase in preheating current. Crack is
observed on the outer surface, and the bending strength and bending angle increase
with the effect of preheating in both cases. Increase in preheating current allows
weld joint to bend at higher bend angle which shows improvement in ductility of
weld joints in dissimilar joint due to improvement in plastic flow. But temperature
is not enough to soften the base material (Cu) at low current or without preheating.
The materials are not sufficiently plasticized to be stirred and forged easily and
resulting in lesser bending strength. Defect is in the root for all the joints that are
observed, and this defect is known as the tunnel hole defect. Although the
appearance of the welded surface seems to be good, tunnel defects can be observed
at the AS of stirred zone in the weld.

Table 3 Bending strength for different welding conditions of Table 2 for similar material joints

Exp. no. Ultimate load
in N

Disp. at Failure
in mm

Max. disp.
in mm

Bend angle
in deg.

1 1120.17 2.04 3.68 140° 50′

2 1365.11 2.31 4.85 140° 50′

3 1380.95 2.70 5.01 140° 50′

4 1770.28 3.21 7.42 140° 50′

Table 4 Bending strength for different welding conditions of Table 2 for dissimilar material joints

Exp. no. Ultimate load
in N

Disp. at failure
in mm

Max. disp.
in mm

Bend angle
in deg.

1 812.93 1.84 3.51 5° 40′

2 818.31 1.91 4.64 12° 26′

3 829.45 2.10 3.56 13° 09′

4 1019.04 2.33 4.86 16° 56′

Fig. 19 Specimens after the bending test: a similar material joint and b dissimilar material joint
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5 Validation of Numerical Model

Estimation of thermal history during P-FSW is based on analytical expressions of
generated heat that provides the amount of heat generated on active surfaces of the
welding tool. A comparison between the estimated maximum temperature obtained
using the proposed model and the experimental results is depicted in Fig. 20. It is
observed that the calculated and measured thermal histories for all thermocouple
locations of advancing and retreating side of the weld show decent equivalent
result. The results indicate that the calculated profile and the measured profile are of
the same shape and that the maximum temperatures on both curves are of the
approximately same value, which implies that the present model can accurately
predict the heat transfer process in FSW.

A three-dimensional transient thermal analysis is performed using symmetric
heat source profile to compare the results corresponding to Exp. No. 2 in Figs. 21
and 22 for both similar and dissimilar joints, respectively. Simulation result shows
that the temperature distributions are not symmetric around welding line and
maximum temperature occurs behind the tool pin. At the same time, the highest
temperatures are always found in the workpiece material right below the tool
shoulder and the temperatures progressively decrease from this region as a function
of the distance in the radial and through-the-thickness directions. There is non-
symmetric heat generation in stirring zone due to high thermal conductivity of
copper which causes not as much of effective material flow during welding. To
overcome heat loss due to high thermal conductivity of copper, a preheating source
is used in copper side as shown in Fig. 22. Symmetric heat distribution in string
zone is found in case of P-FSW with improvement in peak temperature about
37 °C.

Figure 23 shows the calculated isotherms of the peak temperatures in the
welding zone compared to the experimentally obtained microstructure morphology

Fig. 20 Comparison between
experimental and calculated
time–temperature profile at
TC 5 on the retreating side of
Exp. 2 in Table 2 for similar
joint
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of similar P-FSW joint. Weld zone demonstrated the grains within the stir zone
which are roughly equiaxed and often an order of magnitude smaller than the grains
in the parent material due to high temperature between 538 and 495 °C. It is
obvious that the temperature isotherm provides useful information about various
microstructural zones of weld cross section and this can be linked with dimensions
of weld nugget.

Fig. 21 Temperature distribution of similar material joining for Exp. 2 in Table 2 at welding time
a 65 s, b 95 s and c 125 s

Fig. 22 Temperature distribution of dissimilar material joining for Exp. 2 in Table 2 at welding
time a 65 s, b 95 s and c 125 s

Fig. 23 Comparison of experimental and simulated isotherms for similar material joint of Exp. 2
in Table 2
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Joining of dissimilar materials irrespective of high chemical affinity and com-
pletely different physical and mechanical properties like aluminium and copper is
quite difficult. Although these factors contribute to the asymmetry in both heat
generation and material flow, these drawbacks may be overcome by introducing
additional local heating to preheat the copper side up to 200 °C and the optimum
location of the tool to provide adequate metal flow around the tool. Figure 24 shows
cross-sectional view in transverse direction of Exp. 2 in Table 2. The preheating
source makes up heat loss due to high thermal conductivity in copper side and
reduces the asymmetry in both heat generation and material flow. The micro-
structure morphology is related to the local thermal history. The calculated iso-
therms of the peak temperatures in the welding zone are compared with the
experimentally obtained macrograph.

6 Conclusions

In this chapter, the P-FSW for similar and dissimilar materials is presented. The
effects of preheating on the mechanical properties and the structure of a joint are
described by means of experiments. The following conclusions can be derived from
the present investigation:

• Plasma arc heat is used to preheat the workpiece at a localized area ahead of the
rotating probe and thus to enhance the plasticization of local volume of material
ahead of the probe. The preheating source basically enhances metal flow around
the tool and reduces the plunging force over present range of process
parameters.

• The high temperature ahead of the rotating tool softens the workpiece and
enables joining without strong clamping fixtures. Less force is needed to move
the welding tool forward; hence, wear is reduced. A further advantage of plasma
arc energy for this process is the ability to weld at higher rates without causing
excessive wear to the welding tool.

Fig. 24 Comparison of experimental and simulated isotherms for dissimilar joint of Exp. 2 in
Table 2
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• In general, P-FSW of similar and dissimilar materials joining, UTS of welded
joint increases with increases in heat input. For joining of similar materials, the
microhardness in HAZ and nugget zone is approximately uniform throughout
the weldment even with increase in heat input.

• An inhomogeneous distribution of hardness values is observed in the nugget
zone during dissimilar joint. The values of hardness in weld zone in some point
are far higher than Al and Cu due to formation of hard inter-metallic
compounds.

• The joint bending strength is increased with increase in preheating current due to
the enhanced plastic flow and partial annealing effect in both cases. But dis-
similar joint bending strength is increased when the plasma arc is attached in
harder material side.

• A finite element models are developed which pretend the welding of P-FSW
process to join both similar and dissimilar materials and are validated with
experimentally measured temperature distribution and macrograph of welded
joint. Hence, the numerical model provides reasonably good prediction of
temperature distribution using a hybrid heat generation model for P-FSW.

Although the preheating technique in FSW process is quite effective to improve
mechanical properties and reduction of plunging forces, it needs to investigate from
various aspects. The preheating in FSW (P-FSW) can be potentially used for rel-
atively harder materials and joining of different dissimilar materials.
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Solid-State Joining by Roll Bonding
and Accumulative Roll Bonding

Suprim Sardar, Atanu Mandal, Surjya K. Pal and Shiv Brat Singh

Abstract This chapter is intended to present the basic concept of roll bonding (RB)
and accumulative roll bonding (ARB) of light-weight ductile metals. For this
purpose, a discussion on previous research works on RB and ARB has been
incorporated in this chapter. The general mechanisms of joining after rolling and
several applications of RB and ARB have also been discussed. In the present study,
an investigation on influence of various parameters on joint strength was conducted.
Preheat temperature and percentages of thickness reduction are found to influence
joint strength in a significant manner. The influence of annealing temperature and
annealing time on mechanical properties of roll-bonded products in terms of con-
trolling parameters has also been discussed here. The significant influence of pre-
heat temperature and corresponding thickness reduction on the bond strength has
been thoroughly discussed with a mechanism of peel testing. An attempt has been
made to establish the mechanism behind failure along the joining line during peel
testing of bond strength of solid-state welding through rolling.
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1 Introduction

Previous research on mechanical properties and behavior of a material reveals that
not only the chemical compositions and chemical bonding of materials but also the
grain size have a significant influence on the overall mechanical behavior of
materials. Most of the mechanical properties, viz. yield strength, hardness, ductility,
malleability, formability, brittleness, etc., can be improved by refining the grain
size. By the change of modern civilization, the demand of light-weight high-
strength materials is increasing day to day. The ultra-fine-grained (UFG) materials
have a large range of applications to date such as, in the field of aerospace, defence,
automotive, interior decoration, household appliances, food processing, and
chemical industries. As materials are processed through high-speed super-plastic
deformation at elevated temperature, they change into UFG microstructure (Saito
et al. 1998). Through these processing, fabricated products, having refined grain
structure, exhibit excessive high strength and hardness. The modern non-traditional
manufacturing processes such as cryogenic metal forming, chemical vapor depo-
sition, mechanical alloying, rapid solidification, and intense plastic straining are
used to produce UFG microstructure (Saito et al. 1998). Due to limited research
works done on intense plastic straining out of other modern manufacturing pro-
cesses, the current research work should investigate to find out the new techniques
for industrial application. Through the intense plastic straining, macro-sized grained
materials are transformed into UFG structured materials. As a result, refined
microstructure exhibit and consequently high strength and toughness at ambient and
elevated temperatures are achieved. The widely proposed methods of rolling were
chosen for their superiority as intense plastic straining, due to their cost-effective
mass production in nature. The RB and ARB are the solid-state welding processes,
applied to bond similar or dissimilar metals by modified rolling; and these processes
are the easiest and low-cost fabrication methods for the mass production of sheet
metals. Through the various repetitive rolling processes, it can be identified that, the
strength increases by 200–300 % for ultra-low carbon steel which are processed
through ARB at 500 °C, while ductility decreases from 75 to 4 % after 32 passes
(Krallics and Lenard 2004). At the surface region, the shear stress reaches the
maximum value under compressive force. As a result under the action of high stress
on the surface region, the grains are refined more (Costa et al. 2006). Following the
subsequent passes of ARB cycle, ultra-grain refinement occurs along the thickness
in the center region. On account of this action, the parabolic grain size distribution
profile is seen along the thickness, due to development of shear strain. For every
fabricated sample, the local grain size and hardness distribution follow the Hall–
Petch relationship. It has been seen that grain refinement and hardness have direct
relationship with shear strain of ARB-processed materials. Therefore, ARB is a
very promising method to produce UFG. With the help of this process 80-nm grain
can be produced with AA5083 (Toroghinejad et al. 2013). Milner et al. (2013)
reached to the conclusion of transformation of micro-size of commercially pure
Ti to the average grain size of 100 nm after seven cycle of processing at 450 °C.
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Ultra-fine-grained 3003 alloy having mean grain size of 700–800 nm can be
produced by ARB at 250 °C (Xing et al. 2002). The average grain sizes of samples
were decreased very much from 10.2 μm to 700–800 nm after 6 cycles of ARB. In
another experiment of ARB, the average grain size of pure copper (99.9 %)
resolved into <100 nm after eight cycles of rotation (Shaarbaf and Toroghinejad
2008). By the cyclic action of accumulative rolling, the strength increased from 210
to 430 MPa; however, elongation decreased from 50 to 2 %. The average peel
strength increases with the increase of annealing temperature from 200 to 400 °C
(Jamaati and Toroghinejad 2010). As a result, entire material is contained with
ultra-fine grains with high-angle boundaries. It has been clearly seen that, in
accordance with tensile strength, the peel strength also increases with percentage of
thickness reduction (Manesh and Taheri 2004). In general, the effects of annealing
temperature and annealing time have been studied after rolling in various research
works (Jamaati and Toroghinejad 2010; Yoda et al. 2011; Su et al. 2013).

Authors feel that there is a requirement of detailed presentation of these findings
and further experiment for improve the readability of researches in this field. For
this purpose, a detailed discussion containing solid-state bonding, diffusion bond-
ing, RB and ARB, controlling factors of RB and ARB, Advantages of RB and ARB,
literature review, and a case study on RB are made thoroughly in this chapter. The
finding suggests that the pre-annealing increases the strength initially and the bond
strength is very much dependent on preheating temperature and thickness reduction.

2 Solid-State Bonding

Welding is a widely used technology in metal fabrication field. The solid-state
welding or solid-state bonding was introduced in the middle of twentieth century.
The metals, which are difficult to weld with traditional fusion welding, tend to
respond well in diffusion welding. Solid-state bonding is a diffusion welding or
diffusion bonding process applied to join similar and dissimilar metals. Kazakov,
one of the eminent soviet researchers, investigated and explained the basic method
of diffusion bonding (Kazakov 1985a, b, c). According to his theory, the devel-
opment of permanent joint can also be possible through interatomic bonds between
workpiece under the action of localized or overall heating or plastic deformation or
simultaneous action of both. On the accomplishment of above statement, the
workpieces are definitely to be brought together to a close proximity. The surface
geometry, chemical conditions, and physical state play an important role in
assembling two surfaces at an atomic spacing. The interdiffused atoms travel across
the interface of the weld zone on the action of applied bonding pressure. As a result,
bonding takes place.

Diffusion bonding can be defined as adhesion and cohesion of atoms between
two separate bodies due to short-range mobility of atoms through the surface area,
by which two separate bodies can be transformed into a single entity. The migration
of atoms across the interface of two closely attached bodies occur due to
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concentration gradients, which generates driving force of diffusion. The two sep-
arate materials are deformed under the action of compressive force together at an
elevated temperature generally between half and three-fourth of the melting tem-
perature for warm and hot working. The compressive force is applied to reduce the
voids and air film, which may tap in joint surface interface. The tendency to cling
toward similar or dissimilar type of atoms is activated among high thermal energy
with high pressure. The diffusion bonding occurs only when minimum and essential
energy of bonding overcomes the initial energy barrier of atoms. Lemus-Ruiz et al.
(2011) explained the mechanism of diffusion bonding. Contemporary adhesion of
close proximity between two regions of nearer surfaces produces interfacial joining.
Klomp and Van De Ven (1980) asserted that temperature, pressure, and time are
pivotal parameters affecting solid-state bonding process. It has been seen that
adherence between lead and indium does not alter with increasing bonding tem-
perature. On the other hand, the adherence of the aluminum and alumina bonds
enhanced with increasing bonding temperature. Calvo et al. (1988) showed that the
solid-state diffusion happened between iron and copper at elevated temperatures
along with bonding pressure, which produced microstructural change in bond
interface. A closer interlayer eutectoid substance was formed to the base iron, when
bonding between iron and copper took place at a temperature higher than 900 °C. A
narrow interlayer substance of precipitated copper ε-phase formed in the base iron
in between 800 and 900 °C. Chen et al. (2012) applied low-temperature solid-state
bonding techniques to fabricate electrodeposited Ni micro cones with an Au anti-
oxidation layer with the application of pressure among Sn-capped Cu bumps.
Interconnected bonding of Sn and electrodeposited Ni cone layer was developed as
solid-state bonding with sufficient shear strength. In the solid-state welding, the
bond strength was found to vary with respect to diffusion time (Cooper and
Allwood 2014). The solid-state diffusion welding obeys the first and second Fick’s
laws of diffusion.

Therefore, temperature, pressure, and time are the three vital parameters, which
govern the solid-state bonding of diffusion process. The diffusion of solid-state
bonding produced interlayer bonding substances, which possesses same or different
crystallographic structure with base metals. The joint interface of two surfaces
exhibits adequate shear strength or bond strength in micro- and macro-level of
bonding. There are numerous other solid-state welding processes in use, such as,
projection welding, spot welding, seam welding, friction welding, and friction-stir
welding.

3 RB and ARB

Roll Bonding is a plastic deformation process. Through this deformation process,
solid-state welding is performed for similar and dissimilar types of metallic strips.
Moreover, the essential five steps of the common RB process involves (i) dimen-
sioning, (ii) surface preparation, (iii) riveting or clamping, (iv) preheatingin furnace
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(for hot working), and (v) rolling. All steps of RB are performed in rolling mill
arrangement. A 2-HI rolling mill specified with alloy forged steel work roll of
Ø320 mm × L300 mm barrel can be seen in Fig. 1. A brief clarification of RB steps
has been discussed as follows. At first, dimensioning is the cutting of metallic
sheets with required dimension, i.e., width × length (where as the thickness of the
sheets should be specified, at the time of material selection). However, the final
thickness of roll-bonded sheet should be chosen before the start of experiment.
Surface preparation is the second stage. Before the bonding, surface preparation is
an important and essential part of the process. Generally, surface roughness
enhancement and contaminant layer removal from the surfaces are necessary two
important steps of the surface preparation. Common processes to increase surface
roughness are wire brushing, scratching, filing, or knurling. Both surface roughness
increase and the removal of the contaminant layers take place at the same time.
However, in knurling operation, the surface roughness can be increased as per
requirement just by changing the knurling tools; but removal of contaminant layers
is very less or sometimes not possible. The contaminant layers are mainly oxide and
age-hardened strong layers, whereas loose layers are hydrocarbon. The hydrocar-
bon layers are oil, grease, and other lubricants which can be removed easily by
application of chemicals such as weak acids, alcohols, and acetone. The strong
bond layers like oxides can only be removed by wire brushing, scratching, filing,
sand blasting or grid blasting, and some other metal removal processes such as
turning and shaping with the special arrangement of sheet holding devices. In the
third step, riveting is done just by folding the metallic sheets at both the sides or
spot welding at one side. Except riveting, clamping may also be done, with the help
of a wire or pin. The fourth and the most important step is the preheating(only for
hot working process). The preheating is the heating operation, which is done

Fig. 1 2-HI rolling mill with
capacity of maximum 75-ton
roll separating force
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immediately before the rolling, with the help of electric furnace. Sometimes
automatic conveyers, attached with furnace, can carry the hot metallic sheets to the
rolling mill. Following that, rolling is done. After proper adjustment of the roll gap
and setting of the roll speed, the metallic sheets are passed through the rolls. The
required pressure is produced by the rolls during the rolling process. The schematic
representation of RB can be seen in Fig. 2 with the essential steps.

Accumulative Roll Bonding: Recently it has been revealed that ultra-fine grains
of average diameter of less than 1 µm can be achieved with intense plastic straining
process. The intense plastic straining processes technically belong to severe plastic
deformation (SPD) process. Therefore, the UFGs can be obtained by intense plastic
straining SPD, which is widely a proposed method to produce materials with UFG
microstructure. In SPD, the most precise and determined study has been completed
on ARB, throughout the last decade. Applying the roll bonding process, it is
possible to manufacture the fine and ultra-fine-grained products. The ARB pro-
cesses can accomplish both UFG and high-strained finished product simultaneously
with or without preheating. Through the high straining, the manufactured materials
exhibit 3–5 times more strength with respect to parent metals. ARB was first
published by Saito et al. (1998). In ARB, the basic fundamental experimental steps
are same as the RB process, except cyclic repetition. In addition to the experimental
proceedings, the last step is the cyclic repetitions of the products. Those steps are
practised with main common five steps of the RB process, i.e., from (i) to (v).
Alternatively it can be stated that after the first cycle, all the steps are repeated in
cyclic manner infinitely (theoretically). Nevertheless, the cyclic process is closed
when surface cracks are found on the metallic surfaces. The schematic represen-
tation of general ARB process is shown in Fig. 3.

Fig. 2 The schematic of RB
process with essential
working steps,
(i) dimensioning, (ii) surface
preparation, (iii) riveting or
clamping, (iv) preheating in
furnace, and (v) rolling
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4 Controlling Factors of RB and ARB

The key controlling factors of RB and ARB are annealing temperature, annealing
time, preheat temperature, rolling temperature, applied pressure, thickness reduc-
tion, rolling speed, surface roughness of parent metals, coefficient of friction
between work piece and rollers, roll diameter, initial grain size of parent metal,
ultimate strength, and ductility of parent metals. Recently, research works are being
carried out controlling annealing temperature, annealing time, preheat temperature,
percentage of thickness reduction, and number of cycles of ARB. Furthermore, it
has already been revealed with various research works that the plastic deformation
and severe plastic deformation performed in RB and ARB, respectively, for rela-
tively light-weight ductile metals (Saito et al. 1998; Krallics and Lenard 2004;
Costa et al. 2006; Toroghinejad et al. 2013; Milner et al. 2013; Xing et al. 2002;
Shaarbaf and Toroghinejad 2008; Jamaati and Toroghinejad 2010; Saito et al. 1999;
Tsuji et al. 1999).

4.1 Grain Size Factor

The scope of the ARB experimental work is to investigate and record the possi-
bilities for involvements of SPD by producing of UFG with the help of ARB. The
achievable range to manufacture fine grains (average diameter <10 µm), ultra-fine
grain (average diameter <1 µm), sometimes nano grains (<100 nm in size) can be
obtained through ARB (Toroghinejad et al. 2013; Milner et al. 2013; Shaarbaf and
Toroghinejad 2008).

(e)

(d)

(a)

(c)

(b)(f)

Fig. 3 Schematic diagram of various steps of accumulative roll bonding, a parent sheet metal,
b cutting into two equal halves, c roughing and degreasing, d stacking of two strips, e preheating
in furnace, f roll bonding
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4.2 Strength and Hardness Improvement

The main intention of RB and ARB is to join the materials, and consequently,
grains are refined. Grain refinement causes strengthening and enriches other
mechanical properties during ARB for each cycle of material processing. According
to literature, the refinement and strengthening occur simultaneously through high
straining with SPD techniques. Saito et al. (1999) have conducted the experiment
on AA1100, AA5083, and IF steel. The results indicate that the strength of AA1100
increased from 84 to 304 MPa after 8 cycles, and the elongation was decreased
from 42 to 8 %. The strength of AA5083 increased from 319 to 551 MPa after 7
cycles, and the elongation reduced from 25 to 6 %; but for IF steel, the strength
increased from 274 to 751 MPa after 5 cycles, and the elongation decreased from 57
to 6 %. Mean grain sizes of 1100 pure aluminum, 5083 Al–Mg alloy, and IF-steel
materials before rolling were 37, 18, and 27 µm, respectively, and it got trans-
formed to metals with final grain sizes of 670, 280, and 420 nm, respectively (Tsuji
et al. 1999). The metals and alloys having UFG exhibit exceptional mechanical
properties, such as high strength, high toughness, and super-plasticity at low
temperatures, etc. The increment in hardness through RB happened not only due to
strain hardening but also for grain refinement. This is the usual theory behind
transformation of mechanical properties during traditional rolling process with
respect to accumulative rolling process applied with preheat temperatures, on light
metal such as commercially pure aluminum and other aluminum alloys.

4.3 The Mechanism Involved in RB

To discuss the mechanism of RB, the main focus has been given to mechanical
interlocking, interfacial bonding, captivating of energy barrier, and recrystallization
during annealing of the roll-bonded sheet metals which are the leading causes of RB
(Manesh and Taheri 2004). Manesh and Taheri proposed a model (Manesh and
Taheri 2004) for enlightenment on mechanism for cold roll welding which revealed
that contact surfaces consisted of hard and relatively brittle layers. During rolling, the
relative movement between two layers faced high friction. After that, scratch-brushed
layers were fractured and it formed debris of scattered blocks. The mechanical
interlocking happened when parent metal went through the roller. The work-hard-
ened scratched and brushed layers split up and the same to form coherent blocks
along the interfacial surface. While the rolling pass goes on, the underlying base
metal is exposed in between two harder blocks; as a result, the base metal clings to the
hardened layer of blocks (Wright et al. 1978). Eizadjou et al. (2009) conducted
experiment and commented that with scratch-brushing, the covering surfaces of
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parent metals were transformed to work-hardened and brittle ones. During rolling, by
the action of roll force, the scratch-brushed brittle surface layer breaks up coherently,
due to surface expansion. As a result of increasing surface area, the surface cracks and
fissures are generated on the contact surface. It has been found that the direction of
these cracks and fissures is transverse to the rolling direction. As the rolling defor-
mation increases over the deformation zone, generated surface cracks and fissures
become wider, and therefore, the distance between each coherent block increases.
Simultaneously, the virgin metal, staying under the hardened layer, extrudes through
the coherent broken blocks and meets with opposite surface of hardened blocks or
with virgin base metals, by which bonding is done.

5 Advantages and Disadvantages of RB and ARB

Merits of RB—RB is a cost-effective solid-state fabrication method, by which two
separate sheet metals are transformed into a single body. Through the RB process,
materials are strained well and the strength of the material increases. RB process
can join similar and dissimilar materials with the formation of reduced grain size.

Demerits of RB—Joint failure rate is more in RB with respect to other welding
processes. Since materials get strain-hardened, ductility decreases. Annealing is
needed to recover the ductility after rolling.

Merits of ARB—ARB can produce UFG materials. High straining is possible to
be achieved through ARB process. Strength of the materials increases enough.
ARB can produce micro-grains and nano-grains through the entire volume of bulk
material. This process requires relatively lower force and cheaper forming tools
such as rollers, with respective to the other SPD processes, e.g., equal channel
angular extrusion, continuous confined strip shearing, continuous cyclic bending,
cyclic extrusion compression, repetitive corrugation and straightening, high pres-
sure torsion, and mechanical milling. Composite materials can be easily created
with the help of ARB processing.

Demerits of ARB—This process is applicable only to light-weight ductile
materials. Through the ARB, strength of processed materials increases over the
cycles; however, ductility decreases drastically with number of cycles. ARB shows
better result only for the thin sheets.

6 Literature Review

To facilitate the present research work, a detailed literature study has been made on
RB and ARB processes. The evaluation of RB processes applied on bi-layered
aluminum–aluminum strips and copper strips, bi-layered bi-metallic alloys, bi-
layered and tri-layered composites has been discussed in this section.
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6.1 RB on Bi-Layered with Same Metals

In the characteristic examination with commercial pure aluminum AA1100, the
experiment was conducted to find out the threshold deformation and bond strength
of material having surface roughness of 4.2 µm through cold roll bonding (Shaarbaf
and Toroghinejad 2008). The effects of annealing time, annealing temperature,
hardness, and coefficient of friction on bond strength have been examined thor-
oughly. It has been clearly observed that bond strength increases with the increase
in annealing time, annealing temperature, and coefficient of friction. However, bond
strength decreases with the increase in hardness of parent metals.

With the aid of simulation and rolling test of 6111 aluminum alloy, Hong-zhi
found that the heat generation increases with the increase in rolling (Hong-zhi
2006). Contact time decreases with the speed, as a result bond strength decreases.
Bond strength will increase as the entry temperature increases. The three important
parameters such as entry temperature, annealing temperature, and rolling speed
control the bond strength.

In an extensive study on bond strength in cold pressure welding, Wright et al.
(1978) conducted experiment on commercially pure aluminum composites to
achieve 75 % deformations in rolling to measure the ultimate shear strength of the
welded samples. Metallographic observations revealed that below the threshold
deformation, the non-welded surfaces consisted of the actual scratch-brushed areas
and the regions of the underlying base metal, due to the presence of contaminants.
A theoretical relationship between weld strength and rolling deformation had been
developed. The weld strength is a function of interfacial area bonded and the
ultimate shear strength of each bonded junction.

Eizadjou et al. (2009) conducted experiment with commercial pure aluminum
for 60 % deformation and reached to the conclusion that scratch-brushed layers are
fractured coherently after entering roll gap. In that experiment, 21 % deformation
was set as the threshold deformation by adjusting roll gap at ambient temperature.
Hosseini and Kokabi performed peel testingon 5754 aluminum alloy to calculate
the weld efficiency (Madaah-Hosseini and Kokabi 2002). They established a rela-
tion between the surface expansion and rolling pressure on the weld efficiency.

6.2 RB on Bi-Layered Bi-Metallic Metals

With the experiment on chromized interlayer of MS90 (CuZn10) alloy strips and
steel sheets, Tolaminejad and Arabi (2008) commented that strength and the area
fraction of the blank bond are two controlling factors of bond strength. It concludes
that the bond strength of block bond is eight times less than the bond strength of the
blank bond. This indicates that the overall bond strength depends on area fraction of
the blank bond and its strength.
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6.3 Bi-Metallic Composite Through RB

Zhang and Bay (1997) experimentally developed a shear testing system for mea-
suring weld strength. Here, five different metal combinations such as Al–Al,
Cu–Cu, steel–steel, Al–Cu, and Al–steel; and seven different surface preparation
methods such as anodizing of Al, semi-bright electrolytic Ni plating, electroless Ni
plating, heat-treated electroless Ni plating, electrolytic hard Cr plating, scratch
brushing, and degreasing with acetone were used to cold-rolled welding tests. It was
found that different surface preparation methods had a significant effect on weld
strengths.

Roll bonding techniques were applied to form metal–metal composites.
Roll-bonded laminates, hot-pressed sheet, and roll-bonded rod were produced with
the bi-metallic composite of Al–steel and Ti–steel sheet (Moore et al. 1981). To
produce these bi-metal composites, the optimum fabrication processes were
developed. The bond strength was measured in between matrix and reinforcement
carefully. Conversely, the produced composites were controlled through the pro-
cessing of another plastic deformation process. The production cost of metal–metal
composite was relatively low, and it was ready to further forming operation with
high strength but low weight in terms of mechanical properties.

6.4 Tri-Layered Composite Through RB

The research work carried out by Manesh and Taheri (2003) explored the effect of
annealing heat treatment on mechanical properties of aluminum-claded steel sheet.
The main focus of that research work was to find the effects of annealing tem-
perature and time on mechanical properties, bond strength and threshold defor-
mation percentage of aluminum-claded steel sheet. The results revealed that
bonding strength between the clad layer and base metal, and formability attained
their maximum values at an optimum annealing temperature and optimum
annealing time. The brittle intermetallic layer at the intimate interface of the claded
layers decreased on the application of optimum annealing temperature and
annealing time. It has been observed that bond strength is directly proportional to
the total thickness reduction of Al-claded steel sheets. The annealing temperature
up to 500 °C at constant annealing time promoted the formation of intermetallic
phase in between intimate surfaces of aluminum and steel at high level. The
research work suggested that the optimum annealing condition was at 450 °C for
16 h, which was able to decrease the work-hardening effect under cold rolling and
reduce intermetallic phase thickness.

In an experimental study, aluminum-based metal matrix composites were
performed at different thicknesses on the bond strength of Al–Ni–Cu layers
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(Shabani et al. 2012). Additionally, to identify the effect of reduction in thickness
on the bond strength and optimum parameter in rolling to form Al/Cu/Ni com-
posites, a post-rolling annealing was evaluated. Surprisingly, it had been observed
that bond strength was reduced due to the presence of Ni-coated Cu in Al–Cu strips,
during peel testing. On the other hand, the bond strength increased with increase in
thickness of coating, and then, bond strength reached to its high value in com-
parison with uncoated Al strips, although, the post-rolling annealing heat treatment
reduced the bond strength. In addition to this, the bond strength increased with the
decrease of thickness during rolling.

Heat treatment process has been performed on the Al/Cu roll-bonded material,
and the interfacial bond strength study has been done (Sheng et al. 2011). The
results signify that low-temperature heat treatment is able to develop better bond
strength and Al/Cu interfacial morphology. Nevertheless, in long time heat treat-
ment and higher temperature produce Al2Cu intermetallic compound, which is one
of the main causes of decreasing bond strength. In addition to this, Al2O3 particle
precipitated along the interface, thereafter. The experiment suggests that to get
better result, heat treatment should be limited to 200 °C at 20 h for claded sandwich
sheet of Al/Cu/Al.

Wire brushing has a significant effect on roll bonding for cladding the aluminum
sheets (Kim et al. 2012). The waviness and crack formation lead to an incompatible
deformation between the clad and core which may strengthen the bonding in non-
brushed sheets.

Laminated metal composites of Mg and Al prepared by roll bondingwere reg-
ularly used in various applications such as in aerospace (Liu et al. 2012). In both the
laminated metal composites, Mg shows a complete dynamic recrystallization and
the Al layers show a decrease in grain size, the increment of dislocation volume
fraction with increase in roll bonding reduction. No intermetallic compound was
found in Mg/Al interface. In comparison with two types of laminated metal com-
posites such as Mg/Mg and Mg/Al/Mg, both the laminated metal composites
showed an elongation of 35 %. Nevertheless, Mg/Al/Mg shows higher elongation at
every reduction ratio and Mg/Mg shows higher bonding toughness at lower rolling
ratio due to delamination mechanism. The properties of a laminated composite
prepared by roll bonding had significantly affected by rolling reduction and rein-
force particles (Masoumi and Emadoddinm 2013). Lap shear and Erichsen cup test
showed that formability and bond strength of two- and three-layer Al/SiCp sheets
decreased with the increase in number of layers. The reinforce particle on each layer
and the number of layers depict the formability property. A bond criterion was
developed for laminated composites and simulated by using finite element method.
7075 Al/AZ31B Mg/7075 Al-laminated composites were prepared by hot rolling
with various reduction ratios and temperatures (Zhang et al. 2011).

362 S. Sardar et al.



7 Case Study

A detailed two-stage experiment is conducted, the first one is, to study the effect of
annealing on the strength of roll-bonded strips, and the second, the effect on the
bond strength of the rolled strip by changing preheatingtemperature and thickness
reduction.

7.1 Materials and Rolling Parameter Selection

Commercially pure aluminum AA1100 is soft and ductile, and it has the property of
excellent workability, after annealing. It is better for complicated forming
operation, because it work-hardens more slowly than other alloys. It is the most
weldable among aluminum alloys; therefore, solid-state bonding is possible. It has
excellent properties for corrosion resistance and is commonly used in the field of
food processing and chemical industries. It also produces super-finished products.
The aluminum AA1100 which has thickness (t0) = 1.2 mm, surface area of length
(l) = 150 mm × width (w) = 25 mm, was taken as the parent metal. The temper-
atures 360, 400, 440, and 480 °C were chosen as annealing temperatures, and
annealing time was varying from 1- to 7-h experiment. In second part, RB fabri-
cation was done in the temperature range from 200, 300, and 400 °C with AA1100
for understanding the effect of preheat temperature and thickness reduction on peel
strength. The metal samples were heated up to the above-mentioned temperature so
that easy investigation could be done on the variety of fabrication having improved
bond strength.

7.2 Experimental Setup

In the present work, the common RB process was practised with the help of 2-HI
laboratory-scale rolling mill with rollers having 320 mm diameter and 300 mm roll
length, respectively. At first, two sheets with the same dimensions and materials
were taken. After that, the cleaning, roughing, and degreasing were done on sur-
faces, which were to be joined. The rolling temperature has been taken same as the
preheat temperature, because the time elapsed between preheated metallic sheets
taken out from the furnace and kept into roll gap was less than 2 s. For that reason,
no heat loss was considered. Instantly, sheets were passed through the roller and roll
bonding was done.
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7.3 Part-I: Effect of Pre-Annealing Temperature and Time
on RB Test

The experiment conducted on the annealing effect after rolling has been discussed.
In this part of case study, the study of annealing before rolling is made. For this
reason, the annealing can be termed as pre-annealing. The strips of AA1100 were
prepared with proper dimension for this test. For the pre-annealing purpose, the
samples were heated in furnace separately up to 360, 400, 440, and 480 °C and kept
for 30 min each for soaking and then cooled for 3 h in furnace. To study the
annealing time effect, the annealing time was selected as 1, 2, 3, 4, 5, 6, and 7 h
only for 440 °C annealing temperature. By varying the annealing temperature and
annealing time, annealed samples were prepared. RB was then conducted at 300 °C
rolling temperature with 50 % thickness reduction. After completing the RB, the
tensile test samples were prepared according to ASTM specifications. The tensile
test was carried out in 100-kN electro-mechanical controlled universal testing
machine (INSTRON 8862) and the samples were loaded at a crosshead velocity of
0.1 mm/min.

7.3.1 Outcome of Annealing Effect on Strength and Ductility

In Figs. 4, 5, and 6, a graphical representation of the effects of annealing temper-
atures on the mechanical properties of Al–Al sheet is presented. The annealing
temperature is held constant.

• UTS and YS both increase with the increase in annealing temperature initially
400 °C and decrease beyond 440 °C.

• The % elongation of the Al–Al roll-bonded sheet decreases with the increase in
annealing temperature till 440 °C, and increases beyond 480 °C.

Fig. 4 Effect of pre-
annealing temperature on
UTS of Al–Al sheet at
constant annealing time of 3 h
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Static and dynamic strain aging of Al–Al sheet at annealing temperature of less
than 400 °C and overaging of Al–Al sheet with increasing the annealing temper-
ature to 480 °C is observed (Manesh and Taheri 2003; Taheri et al. 1995).

The variation of UTS, yield strength, and % elongation of Al–Al annealed at a
temperature of 440 °C with different time duration between 1 and 7 h are plotted in
Figs. 7, 8, and 9, respectively.

The observable fact is that the static and dynamic strain-aging processes of Al–
Al sheets have been seen at annealing time between 1 and 3 h. Overaging also takes
place, during the annealing time between 3 and 7 h.

Fig. 5 Effect of
pre-annealing temperature on
YS of Al–Al sheet at constant
annealing time of 3 h

Fig. 6 Effect of pre-
annealing temperature on %
elongation of Al–Al sheet at
constant annealing time of 3 h
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7.4 Part-II: Effect of Preheat Temperature and Thickness
Reduction on Peel Strength Test

For the peel test experiment, some portions (50 mm × 25 mm) were smeared with
grease AP3 in one side along length of the both metallic strips. The smeared
surfaces of two sheets were placed one upon another, and then, riveting was done
with tearing and folding only once in the opposite side along length. Next the
stacked sheets were preheated and rolled. The schematic representation of RB is
shown in Fig. 10.

Fig. 7 Effect of pre-
annealing time on UTS of
Al–Al sheets that were
pre-annealed at 440 °C

Fig. 8 Effect of pre-
annealing time on YS of
Al–Al sheets that were
pre-annealed at 440 °C
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In this study, 20, 50, and 80 % reductions on thickness were done for samples
with the preheat temperatures of 200, 300, and 400 °C, respectively. Preheated
sheets were then rolled separately in a 2-HI rolling mill having rolling speed of
10 m/min in non-lubricating condition of rollers. Subsequently, in the same manner
roll bonding was done at other preheat temperatures. Therefore, eighteen samples
were prepared for bond test experiment on roll bonding.

Peel testing is a method to measure the bond strength. It is a suitable character-
ization technique of bonding strength or shear bond strength of tape, adhesives, and
flexible substrates and metallic materials where diffusion can occur. The peel test is
generally done on rubber band, biomaterials, dental materials, medical packaging
organic films and inorganic films, adhesive joint with wood or metals etc.

With the help of a strip cutter, all successful roll-bonded sheets were cut to a
length of 80 and 25 mm in width. Out of 80, 40 mm was gauge length; 35 mm on
each side was outstretched in a same straight line which was perpendicular to the
gauge length, and the radius of curvature in between gauge and grip was 5 mm. The
schematic representation of peel testing has been shown in Fig. 11. Along the gauge
length, the point where grips were spread out is called grip-side or arm-side; and the
reverse side is called end-side; this grip-side and end-side can be seen in Fig. 11.
The real specimen peel test has been shown in Fig. 12a. Figure 12b is clearly
representing gauge length and grip lengths of 40 and 35 mm, respectively. The
bond strength test has been performed in 100-kN electro-mechanical controlled
universal testing machine, INSTRON 8862. Crosshead speed of the machine was
set as 0.1 mm/min.

Fig. 9 Effect of
pre-annealing time on %
elongation of Al–Al sheets
that were pre-annealed at
440 °C
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7.4.1 Outcome of Bond Strength Study

In the present experiment, the bond or joining strength of roll-bonded AA1100
aluminum sheets with different parametric combinations has been shown in Table 1.
Except the first combination, i.e., rolling at 200 °C with 20 % thickness reduction,
all combinations produced successful joining. From Table 1, it is seen that

Fig. 10 Schematic diagram of roll bonding for joining strength measurement
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presenting minimum bond strength is 21 N/mm, for the combination of 20 %
thickness reduction at 300 °C, and the maximum bond strength is 92 N/mm for
80 % thickness reduction at 400 °C combination.

Microstructural study has been conducted on different samples to clarify the
bonding phenomenon. In this microstructural study, a very thick line of trapped air,
along the rolling direction (RD), is depicted in Fig. 13a, which represents the
microstructure of roll-bonded joint produced at 200 °C with 50 % thickness
reduction. Whereas Fig. 13b shows the microstructure of roll-bonded joint pro-
duced at 300 °C with 50 % thickness reduction, more bonding is found along the
joining line which is comparatively less thick. Positions of trapped air are shown
here by three white arrows. However, in the upper portion along the RD, this line is

Fig. 11 Schematic diagram of peel testing for bond strength measurement

Fig. 12 Peeling test samples with dimensions, a isometric view of a sample before peeling,
b view of an actual sample, which indicates gauge and grip lengths
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not found. It may happen due to the increase in preheat temperature from 200 to
300 °C. Consequently, an increment in the bond strength is also found from
46 N/mm to 50 N/mm, according Table 1. A very thin line along RD is found in
Fig. 13c, which represents the microstructure of roll-bonded joint produced at
400 °C with 50 % thickness reduction. In the similar way, the bond strength
increases to 59 N/mm according to Table 1. Therefore, it may be concluded that the
bond strength increases with an increase in preheat temperature for a constant
thickness reduction.

Figure 14a–c represent the microstructures of roll-bonded joints produced at 20,
50, and 80 % thickness reduction and a constant 300 °C preheat temperature,
respectively. The joining lines are found to be thin, thinner, and thinnest for
Fig. 14a–c, respectively. The joining lines are pointed with black arrows in these
figures. The bond strengths for roll-bonded joints produced with 20, 50, and 80 %
thickness reductions with 300 °C preheat temperature are 21, 50, and 73 N/mm,
respectively, and presented in Table 1. It is also found from Fig. 15a–c that the
bonding separation decreases with the increase in percentage of thickness reduction
by keeping the same preheat temperature. Consequently, the bond strength
increases with an increase in percentage reduction for a constant preheat
temperature.

Similarly, the microstructures, acquired at 500× magnification, of roll-bonded
joints produced with 20, 50, and 80 % thickness reductions at a constant preheat
temperature of 400 °C are shown in Fig. 15a–c, respectively. The similar phe-
nomenon, such as 300 °C preheat temperature, can also be observed here.

7.4.2 Discussion

Through the present study, it can be observed that the bond strength is increasing
with the increase in preheat temperature by keeping percentage of thickness
reduction the same and with the increase in percentage of thickness reduction by
keeping preheat temperature the same. These phenomena are explained as follows.
After the application of external tearing force on two arms of peel test samples, the
grains along the common surface line present in bending portion of the inner
and outer surfaces of the arm root are under tensile force, compressive force,

Table 1 Bond strength of roll-bonded AA1100 sheets

Bond strength (N/mm)

Thickness reduction (%) Rolling at 200 °C Rolling at 300 °C Rolling at 400 °C

20 Not joined 21 32

50 46 50 59

80 65 73 92
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Fig. 13 a Optical micrograph
of RB at preheat temperature
200 °C and 50 % reduction,
100× magnification.
b Optical micrograph of RB
at preheat temperature 300 °C
and 50 % reduction,
100× magnification. c Optical
micrograph of RB at preheat
temperature 400 °C and 50 %
reduction, 100× magnification
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Fig. 14 a Rolling with 20 %
reduction at preheat
temperature 300 °C,
200× magnification. b Rolling
with 50 % reduction at
preheat temperature 300 °C,
200× magnification. c Rolling
with 80 % reduction at
preheat temperature 300 °C,
200× magnification
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Fig. 15 a Optical micrograph
of RB with 20 % reduction at
preheat temperature 400 °C,
500× magnification. b Optical
micrograph of RB with 50 %
reduction at preheat
temperature 400 °C,
500× magnification. c Optical
micrograph of RB with 80 %
reduction at preheat
temperature 400 °C,
500× magnification
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respectively, which is explained in Fig. 16. The upper half segment of the neutral
fiber, which is closer to concave curvature, is under compressive stress and the
other segment, which is closer to convex curvature, is under tensile stress.

High-stress field is generated around the cleavage of lips of air-trapped flaw.
With the simultaneous action of tensile stress, crack spreads and it produces an
increase in the surface area of the side of the flaw. By this action of crack propa-
gation along the joining line, each crack is conglomerated with the adjacent
enlarging cracks, as shown in Fig. 17. Therefore, the specimen having more tiny
air-trapped flaws produces low peel strength. Tiny air-trapped flaws are less in
number for the roll-bonded joints produced with more percentage of thickness
reduction and more preheat temperature. Consequently, the peel strength is higher
due to the less flaw propagation along the joining line of two metallic strips for
these roll-bonded joints.

Fig. 16 Schematic of
instantaneous stresses at
bending corner of a peel test
sample along RD throughout
duration of testing
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8 Concluding Remarks

This chapter discusses about the important aspects of the solid-state joining by
using roll bonding and accumulative roll bonding processes. The mechanisms
involved in RB and ARB are thoroughly discussed here. Merits and demerits of RB
and ARB are also presented in this chapter.

An experimental study about the influences of process parameters on bond
strengths of roll-bonded joints has been discussed in a systematic manner. From this
study, it can be concluded that the bond strength or peel strength increases with an
increase in percentage of thickness reduction and preheat temperature.

Fig. 17 Electron micrograph of a sample; roll-bonded at 200 °C with 50 % reduction
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