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Theoretical and Experimental Analysis
of the Energy Dissipation at Fatigue Crack
Tip Under Cyclic Loading with Constant
Stress Intensity Factor

O. Plekhov, A. Vshivkov and A. Iziumova

Introduction

Fatigue crack propagation in metals is one the important problems of fracture
mechanics. During pretty wide range of crack rates the kinetics of a crack growth
can be described by correlation with a value of current stress intensity factor
(Paris’s law). This correlation is the result of the approximation of many experi-
mental data and doesn’t explain the physical nature of this process. Many authors
proposed other correlations of the fatigue crack rate and different
mechanical-structural parameters. For instance the J-integral, the work of plastic
deformation, the size of the zone of a plastic deformation, the amount of dissipated
energy were used as a parameter determining the crack propagation rate [1, 2].

The infrared thermography has been considered as a most effective method for
estimating of the power of the heat sources in the process of mechanical testing.
The main problem of application of this technique to the study of heat dissipation is
caused by the uncertainty of solution of inverse problem. The principal solution of
the problem of determination of energy dissipation under deformation can be
obtained by the development of the additional system for direct monitoring of a heat
flow. Such system based on the Seebeck effect was developed in ICMM UB RAS
[3]. The system allows one to carry out quantitative measurements of a heat flow
from the deformed sample within an area given by the dimensions of the used
Peltier element.

The previous study of the authors was focused on crack growth problems under
constant stress amplitude [3]. The experiments with constant stress intensity factor
for the first time were reported in [4]. It has been shown that heat dissipation
measured by contact heat flux sensor decreases during the crack propagation with
the constant stress intensity factor.
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Institute of Continuous Media Mechanics UB RAS, 614014 Perm, Russia
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To propose a theoretical explanation of this effect we derived an equation
describing the evolution of plastic work at the crack tip. Following by the idea [5]
we divided the plastic work and, as a consequence, heat dissipation at crack tip into
two parts corresponding to reversible (cyclic) and monotonic plastic zones.
Analysis of this approximation has shown the independence of heat dissipation in
cyclic plastic zone from the crack advance. The dissipation in monotonic plastic
zone is a function of both crack rate and characteristic diameter of the yield surface
and gives well know correlation between fatigue crack rate and dissipated
energy [3].

To confirm the proposed approximation we compare it with the results of fatigue
crack propagation test in flat samples made from stainless steel AISE 304. The
obtained results are in a qualitative agreement with the experimental data.

Experimental Setup

A series of samples made from stainless steel AISE 304 were tested. The detailed
description of mechanical properties, geometry of the samples and test conditions
are presented in [3, 4]. The samples were subjected to cyclic loading of 20 Hz with
the constant stress intensity factor and loading ratio R = −1.

To analyze the dissipated energy at the crack tip a contact heat flux sensor was
designed and constructed. The detailed description of the sensor is presented in [3].
The proposed sensor is based on the Seebeck effect, which is the reverse of the
Peltier effect. The Peltier effect is a thermoelectric phenomenon, in which the
passage of electric current through conducting medium leads to the generation or
absorption of heat at the point of contact of two dissimilar conductors. The quantity
of heat and its sign depend on the type of materials in contact, the direction and the
strength of the electric current. A thermal contact between the sample and the
sensor is provided by the introduction of the thermal paste. These sensors were
calibrated using a device reproducing the sample under study with a controlled heat
flux.

The experimental program includes four tests with the constant stress intensity
factor. The constant stress intensity factors are equal of 15, 17.5, 20, 22.5. The
crack rates were 2.0076, 6.6391e−08 m/cycle, 1.0245, 1.7177e−07 m/cycle, cor-
respondingly. Each experiment includes first part with constant stress amplitude to
initiate the fatigue crack with the length of 1 mm and the second part with the
constant stress intensity factor which was kept up to the 8 mm crack length.

It is important to note that similar experimental program was realized in
ICMM UB RAS. The detailed description of mechanical properties, geometry of
the samples and test conditions are presented in [3]. The similar steel (Russian
analog) with different sample geometries was tested with the loading ratio R = 0.
The stress intensity factors were equal to 25 and 30 MPa m1/2 (for crack rates of
1.4, 1.65e−07 m/cycle, correspondingly). The results of the both experimental
programs are.

2 O. Plekhov et al.



Results of Fatigue Experiments

The typical results of the test are presented in Fig. 1.
The test includes stress amplitude part up to 2200-th second. We can observe the

stable accelerated crack propagation from 500-th to 2200-th second of the test
accompanying by the increase of the heat dissipation. Form 2200-th second the
stress intensity factors was kept constant. It leads to the decrease of the stress
amplitude (Fig. 1a) and heat dissipation and nearly uniform crack propagation
(Fig. 1b).

Theoretical Analysis of the Heat Dissipation

Following the idea proposed in [5], we can start from a relation between elastic and
real deformation at the crack tip:

eefij ¼ G=Gsð Þ12eelij ; ð1Þ

where G—the shear modulus, Gs—secant shear modulus.
Equation (1) was originally proposed by [6] as a result of photo elastic exper-

iment data treatment. Using the Ramberg-Osgood relation c ¼ s=GþA s=s0ð Þn; we
can write a following estimation for octahedral stress and link it with an elastic
solution

soct ¼ seloct 3þ 2ð1þ mÞBnn�1� �1
2
.
3 1þBnn�1� �

; ð2Þ

where A; s0; n—material constants, B ¼ GA=s0 se=s0ð Þn; n ¼ soct=se; se—elastic
limit.
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Fig. 1 The stress intensity factor and applied load (a), heat dissipation and crack length
(b) histories during the whole test (The experiments were carried out at Bundeswehr University
Munich)
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To analyze plastic deformation at the crack tip under cyclic loading we need to
divide energy dissipation in cyclic and monotonic plastic zones at the crack tip
Utot

p ¼ Ucyc
p þUmon

p :

The energy of representative volume at cyclic zone can be estimated as

Ucyc
p ¼ 3=2seccpc; ð3Þ

where sec—characteristic size of the yield surface, cpc—amplitude of plastic
deformation under an assumption of the validity of Ramberg-Osgood relationship,
soct;c—stress change in the representative volume.

The full energy of cyclic plastic zone can be calculated as a double integral over
the region (S) bounded on the outside of the monotonic plastic deformation zone
and inside of the fracture zone

Ucyc
p ¼

Z

S

Zp

0

3s2ec G�1
S � G�1� �

soct;c
�
sec � 1

� �
rdrdh: ð4Þ

The simple approximation of cyclic-monotonic plastic zone boundary can be
given by r ¼ rp;cfe, for cyclic-fracture zone boundary—r ¼ rp;cfesec=sfr.

The energy increment in cyclic plastic zone can be written as

dUcyc
p

.
dN ¼ 3s2ec G�1

S � G�1
� � Z

S

Zp

0

dsoct;c
�
dseloctds

el
oct

�
dNrdrdh ð5Þ

The direct calculation of Eq. (5) gives dUcyc
p

.
dN ¼ 0. It means that dissipation

in cyclic plastic zone doesn’t depend on the crack advance and fully determined by
the applied load.

The energy dissipation in monotonic plastic zone can be estimated as
Umon

p ¼ 3=2secp. The energy increment per one cycle can be written as

dUmon
p

.
dN ¼ 3se G�1

S � G�1
� � Z

S1

Zp

0

soctdsoct
�
dseloctds

el
oct

�
dldl=dNrdrdh ð6Þ

Solution of (6) for the case of drp
�
dl ! 0 presented in [5].

For the following analysis it is important that dUtot
p

.
dN is a function of crack

rate (dl=dN). Finally, Eqs. (5) and (6) allows us to propose the following
approximation for energy of plastic deformation at the fatigue crack tip

4 O. Plekhov et al.



dUtot
p

.
dN ¼ W1 A2

s ; rp
� �þW2 A2

s ; rp
� �

dl=dN ¼ a1A
2
s þ a2A

2
sdl=dN; ð7Þ

where As—applied stress amplitude which determines the diameter of yield surface.
The process of heat dissipation is determined by the plastic work. This relation

could be complex due to the peculiarities of energy storage in material structure but
taking into account the simplicity of Eq. (7) we will use the linear dependence of
heat dissipation versus energy of plastic deformation for the first approximation of
experimental results.

Figure 2 presents the comparison of approximation (7) and results of the contact
heat flux sensor. Equation (7) gives a good qualitative description of peculiarities of
heat dissipation in both regimes with the constant stress amplitude and constant
stress intensity factor. For constant stress amplitude the plastic work and, as a
consequence, energy dissipation at the crack tip is determined by crack rate as is
shown [2] but for constant crack rate we can observe the regimes with the decrease
of the heat dissipation caused by the decrease of the applied stress amplitude.

Conclusion

In this work the experimental and theoretical study of energy dissipated at fatigue
crack tip in AISE 304 steel were carried out. The experiments include two regimes
of crack propagations: constant stress amplitude and constant stress intensity factor.
It has been experimentally shown that for constant stress amplitude we can observe
the increase of the heat dissipation correlated with the fatigue crack tip. The crack
propagation with the constant stress intensity factor is accompanied by the decrease
of the heat dissipation. This effect was observed independently in two different
experimental programs.
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To propose one of the possible explanations for the observed results a theoretical
analysis of plastic work at fatigue crack tip taking into account the evolution of both
monotonic and cyclic plastic zones has been carried out. This analysis allows us to
propose a simple approximation for the heat dissipation at fatigue crack tip. The
theoretical results give a good qualitative description of peculiarities of the heat
dissipation in both regimes with the constant stress amplitude and constant stress
intensity factor. For the constant stress amplitude the plastic work and, as a con-
sequence, energy dissipation at the crack tip is determined by the crack rate but for
the constant crack rate regime the scenarios with a drop in the heat dissipation takes
place.
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A Study of Progressive Milling Technology
on Surface Topography and Fatigue
Properties of the High Strength Aluminum
Alloy 7475-T7351

Miroslav Piska, Petra Ohnistova, Jana Hornikova
and Charles Hervoches

Introduction

Machining process in aerospace industry is often characterized by high material
removal up to 95%. Many of the primary and secondary aircraft structures such us
spars and ribs have to be lightened by milling operations because of the strict
weight reduction requirements and according the trend in design preferring the
monolithic parts to the assembled parts. However, during machining process, the
surface layer of the component is subjected to elastic-plastic deformation and
heating, what result in different thickness of the machined walls, residual stresses,
strain hardening, structural changes and surface topography changes which are
having important impact on the fatigue properties, esp. in thin-walled parts [1–3].

It is well known that fatigue life and tensile strength are highly dependent on the
final surface quality because the micro-cracks are usually initiated on the free
surfaces where the stress concentrations are the highest [4], what can be observed in
cyclic loading. Consequently, a set-up of some inappropriate cutting conditions
may affect the surface quality and related fatigue properties of the machined
components. In aircraft industry the need for optimal cutting conditions should be
selected correctly with respect to the fatigue properties of the machined and
exposed parts.
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Several studies have been already focused on the effect of cutting conditions on
the surface quality and related fatigue life. For example, Sasahara [5] in his paper
presents the effect of residual stresses and surface hardness on the fatigue life of the
steel (0.45%C) resulting from different cutting conditions of turning. Suraratchaï [6]
studied the influence of the surface integrity on the fatigue performance of an
aeronautical aluminum alloy 7010-T74511 while using different cutting conditions
of the face milling. Gómez [7] studied an influence of cutting conditions of the
turning process on the fatigue performance of the aluminum alloy A92024-T351.
Sunday [1] presented a study of the influence of machining parameters on the
fatigue life of end milled aluminum alloy 2024. However, the effect of the cutting
conditions of shoulder milling strategy on the surface quality and related fatigue life
of thin walled components has not been fully examined in the previous studies, so
this presents a contribution the problematic.

Theory of Milling

Chip Formation During Shoulder Milling

During shoulder milling operation, the cutting is accomplished by a peripheral flute
of a cutter and the rotational axis of the cutter is always parallel to the machined
surface. Chip formation is therefore performed by the peripheral cutter and is
variable in time and over the position at the cutting edge. Chip cross section can be
derived from the analysis of the helical conoid and can be determined for each flute
(tooth) and its geometry. During shoulder milling operation, the motion of the tooth
and associated variation of the chip cross section area at each point can be observed.
Together with the time change the specific cutting forces, the total loading of the
workpiece surface and related cutting performances vary [8].

Force Loading of the Shoulder Milling

Determination of the force loading during shoulder milling operations can be
predicted theoretically and verified experimentally. All theoretical calculations are
based on the specification of the chip cross section which corresponds to the
analysis of a helical conoid and specific cutting forces [8]. Force loading of the
milling cutter can be therefore defined as an indefinite integral with the hyperge-
ometric function (1, 2) including a material constants c0, mc and angle of
engagement u:

8 M. Piska et al.



Fc ¼
Zu2

u1

dFc ¼ co:
Zu2

u1

sin1�mc u : du: ð1Þ

The cutting force can be used for calculation of the specific cutting energy kc:

kc ¼ Fc=AD ¼ ðco=ðap:aeÞÞ:
Zu2

u1

sin1�mc u : du; ð2Þ

where AD is the un-deformed chip cross-section, ap and ae the axial and radial
depths of cut. Workpiece loading and its deflection, however, depends not only on
cutting force Fc mentioned above but also on the force perpendicular to the cutting
force that is acting in the radial direction to the cutting tool. This force is known as
FcN and its prediction is difficult because of its dependency on the macro and micro
geometry of the tool, tribology of the interface tool-chip-workpiece and on the tool
wear. Its magnitude and orientation vary significantly with the tool wear similarly
as the orthogonal passive force Fp [8].

For these reasons, the experimental measurement of the instantaneous force
loading corresponding to the maximal chip cross section is inevitable. Precise
analyses of the force loading make the base for specific cutting energy calculations
which are dominant for presence of residual stresses after machining.

Surface Quality After Machining

Machining process is determining for the final state of the workpiece surface [9].
Surface morphology after a machining operation contributes to the surface integrity
which integrates several different aspects such as surface topography, surface
microstructure, mechanical properties, residual stresses, corrosion resistance and
life of a part [10].

Surface topography is defined by the 2D and 3D parameters [11]. The two
dimensional parameters are further divided into many roughness amplitude
parameters such as for example Rq, Rt, Rz, Rp and Rv, waviness parameters such
as Wa, Wq, Wt and Wz and into the parameters defined by the Abbot-Firestone
curve (specifying the percentage of the material of the profile elements at a defined
height level relative to the evaluation length). Analysis of this curve is significant
mainly for a prediction of initial wear, a wear evolution during operation or the
ability to retain liquids in the operational use [12, 13].

In various publications, the average surface roughness Ra was used to evaluate
the influence of surface topography on the fatigue life [14, 15]. However relatively
large variance in fatigue results have been observed. With booming use of optical or
other advanced measuring devices the other surface parameters are subjects of
studies frequently.

A Study of Progressive Milling Technology on Surface … 9



Residual Stresses After Machining

The stresses imposed by the elastic-plastic deformation, heat treatment, strain
hardening or even heat softening during mechanical processing of the raw material
are commonly known as residual stresses [16]. These stresses vary in depth,
magnitude and orientation and can have a very significant effect on the fatigue
properties of the machined component. These stresses can be tensile or compressive
and the stressed layers vary in depth according to the used cutting conditions, work
material, tool macro and micro geometry and other conditions of the interface
tool-chip [17]. Compressive residual stresses are usually beneficial at the free
surface and they decrease with increasing depth. Compressive stresses generally
improve fatigue performance of the machined component because in some case
prevent fatigue crack nucleation or slow down its propagation. Further increase in
the depth results frequently in the tensile residual stresses which accelerate the
degradation and fracture damage [18, 19].

Experimental

Material of Workpiece

Aluminum alloy 7475-T7351 was selected as a workpiece material because of its
real use in aerospace industry today especially for structural parts which are sub-
jected to the cyclic loading during flight. The aluminum alloy 7475 is an alloy with
the so-called controlled toughness, developed by the producer ALCOA, providing a
combination of high strength, good fracture toughness and high resistance to the
fatigue crack propagation—Tables 1 and 2. The alloy 7475 is a refinement of
the alloy 7075 and its fracture toughness for plates are almost 40% greater than for
the previous version 7075 at the same temperature. The prevalence in some
properties is a result of the reduction of the Fe, Si and Mg contents and is as
influenced by thermo-mechanical and heat treatments procedures. The material
7475 is recommended when a high fracture toughness of a part (typically the
aircraft wings or wing spars) are considered. The application of T7351 heat treat-
ment provides also optimal resistance to the stress corrosion cracking [20].

Cutting Tools, Machine

The SECO end-milling tool ∅ 16 � 55 � 115 JS513160D3C.0Z3-NXT (SMG
N11, (Ti,Al)N coating) for the thin-wall machining was used. Tool micro-geometry
was analyzed with Alicona Edge Master/ALICONA-IF G4. The cutting experiments
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were carried out at the 5-axis milling center MCV 1210/Sinumerik 840D. Cutting
experiments were performed for various cutting speeds and feeds—Fig. 1.

Force Loading Measurement

The force loading during milling was measured with the stationary KISTLER
9575B/SW and analysed with SW DynoWare. Mean values of the maximal
instantaneous force loadings in X, Y and Z direction for determination of the
resultant force F1M and its decomposition to the force loadings Fc and FcN and
calculation of specific variables for up and down milling.

Surface Topography Measurement

A very complex measurement of the surface topography was performed on the rigid
samples using high resolution optical device ALICONA-IF G4. A single mea-
surement contained 30 million of data giving information about 2D and 3D
parameters of the scanned surface of 5 � 5 mm2. Surface topography was mea-
sured in two directions X and Y corresponding to the coordinate system of the
measurement device ALICONA-IF G4. Axis X corresponded to the direction of
the tool axis, direction Y is perpendicular to the previous and corresponds to the
direction of the tool movement. Measured values were processed using of one-way
analysis ANOVA.

Table 1 Chemical
composition of 7475-T7351
[20]

Element Weight content (%)

Si 0.10 max.

Fe 0.12 max.

Cu 1.20–1.90

Mn 0.06 max.

Mg 1.90–2.60

Cr 0.18–0.25

Zn 5.20–6.20%

Ti 0.06 max.

Others, each 0.05 max.

Al Balance

Table 2 Mechanical
properties of
7475-T7351 [20]

Thickness of the sheet (mm) 25–38 50–63 75–89

Tensile strength (MPa) 490 476 448

Yield strength (MPa) 414 393 365

Elongation (%) 9 8 8
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Fatigue Testing and Fracture Surface Analysis

First objective of the fatigue testing was to simulate tensile high cycle loading of the
thin-walls separating pockets of the wing panels. Second objective was to examine
the influence of the cutting conditions of the shoulder milling and corresponding
surface quality on the fatigue life based on the S/N curve of un-notched

7475-T7351 plate from MMPDS (Metallic Materials Properties Development
and Standardizations) the following specifications and parameters of the fatigue
testing were used:

• an axial testing machine BISS,
• the flat un-notched fatigue specimen according to ASTM-E466 and EN 6072

with the minor adjustments of the clamping area of the sample,
• the fluctuating tensile cycle R = 0.1, f = 10 Hz.

In order to examine the influence of the cutting conditions, three series of the
specimens according to the cutting conditions (fz = 0.05 mm, fz = 0.10 mm and
fz = 0.15 mm), just corresponding with the surface quality were used for every
stress level. The electron microscope Tescan MIRA 3 equipped with EDS probes
was used to evaluate the source of the crack nucleation (SEM/AEM).

Fig. 1 Experimental set-up of the measurements
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Residual Stresses

Residual stress analysis was performed at Neutron Physics Laboratory of CANAM
infrastructure of Nuclear Physics Institute, Řež near Prague, Czech Republic
according to the neutron diffraction method [21]. Two-axis diffractometer SPN-100
[22] placed at thermal neutron source (reactor LVR-15, which belongs to Research
Centre Řež) was used for mapping of residual strains inside the material
7475-T7351. Principle of the measurement was based on the accurate evaluation of
positions of a selected diffraction peak from small material volume defined by a set
of input and output slits according to Hutchings [23]—Fig. 2. Positioning of flat
specimens in dimensions 370 � 35 � 5 mm was ensured by the six-axis robotic
arm allowing more flexible manipulation.

Results and Discussion

For both milling strategies (up and down milling) have been found, that an increase
of feed speed resulted in a higher cutting force Fc and higher ratio Fc/FcN. On the
other hand, the increase of the cutting speed did not result in a significant growth of
the force loading neither of the specific cutting energies (in the tested interval of
cutting speeds). However, the down-milling milling strategy for all the experiments
is analyzed more in detail here because of its superior results.

Surface topography measurement confirmed that the increase of the feed speed
lead to an increase of roughness and waviness parameters. Increase of the feed by
three times was followed by increases of the Ra from 0.31 to 0.80 lm (by 158%),
Rv from 1.24 to 1.91 lm (by 54%) or Wt from 1.23 to 1.92 lm (by 56%).
The effect of the cutting speed on the surface topography wasn’t statistically

Fig. 2 A scheme of the residual stresses measurement by the thermal neutron diffraction
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significant (a = 0.05) in the tested interval of cutting speeds. The higher Rpk
parameter values were observed with increase of the feed speed so more progressive
wear of the workpiece surfaces can be expected while using higher feeds. The
analysis of the orthogonal residual stresses showed relatively low values of for all
tested conditions and measured samples—Fig. 3.

Results of the fatigue testing are presented in the S-N graph (see Fig. 4). The
metallographic cross-sections proved that for the defined machining conditions of
shoulder milling of aluminum alloy 7475-T7351, the thickness of layer affected by
machining was approximately 1 µm and values of the roughness (Ra = 0.815 µm,
Rt = 5.34 µm a Rv = 2.06 µm) showed not to be crucial to cause fatigue crack
nucleation—Fig. 5.

Fig. 3 Residual stresses along the longitudinal axe (Path “A”) of a sample. Stress X: Q Normal,
Stress Y: Q Transverse, Stress Z: Q Longitudinal

Fig. 4 S-N curve for un-notched machined sample made of aluminum alloy 7475-T7351
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Conclusions

The hard complex inclusions Fe-Cu-C-O were crucial for disturbing the material
integrity and production of local stress risers and suppressed the role of surface
roughness or selection of cutting conditions in the analyzed ranks. Neither the
surface topography nor the imposed specific cutting energies were the key factors
affecting the fatigue performance of the machined aluminum alloy 7475-T7351.
Fatigue fracture analysis showed that the material inclusions dispersed in the
adherent machined surfaces trigger the fatigue crack initiations and propagations.
The next research is focused on the analysis of the mechanism in direct SEM tensile
test observations and elimination of the material inhomogeneities.
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Fig. 5 Fatigue fracture
surface analysis
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Study and Design of a New Range
of Composite Based Shock Absorbers
for the Automotive Sector

J. Niez, M. Ben Amara, J. Capelle, V. Bouchart and P. Chevrier

Introduction

In the automotive sector, the absorption of the energy released during an impact is
partly achieved by the plastic deformation of metallic systems [2]. However, with
the tightening of laws on greenhouse gas emissions, the automotive sector seeks to
reduce the mass of vehicles and thus to limit consumption and the production of
harmful gases.

The new composite materials with mechanical properties similar to metals have
the advantage of having better performances in terms of energy absorption and a
lower density than those of current materials, while being recyclable [5]. For
composites, energy absorption is in particular due to numerous phenomena of
damage (rupture, delamination, etc.) and not to plastic deformation [3]. Mastering
the breakdown of composite systems is therefore essential: the understanding of the
real crush scenario enables to optimize the geometry and type of composite used to
maximize the energy absorbed. Indeed, a large number of parameters related to the
structure have an important influence on the quantity of final energy absorbed [8]:
geometry, type of materials, orientation of the folds, etc. It is therefore essential to
study and to correctly determine the values of these different parameters from the
scientific literature but also from experimental tests.

At the scale of the ply, the rupture of the fibers, the matrix break and the fibers/
matrix delamination are responsible for the ruin of the material [7]. This results in
macroscopic two phenomena we can see during the crush of the absorber: a flare
due to interlaminar delamination and a fragmentation of the composite in numerous
debris. These ruptures coupled with the friction induced between the material and
the support allow to absorb a greater or less amount of energy [1]. In order to
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maximize the number of breaks, different orientations of fibers, geometries and
triggers (local overstressed areas) were chosen. First, it is important to note that
since the 1990s, a large number of scientific studies have been carried out in order
to exploit the capacity of composites to absorb a large amount of energy. However,
these studies focus on thermosetting matrix composites [1]. For industrialization
purposes, the use of thermoplastic matrix is preferred in this project. The majority
of the studies also demonstrate a better energy absorption capacity for thermoplastic
matrix composites than for thermosetting matrix composites [6].

It has therefore been decided to use a laminated composite of glass fibers and
acrylic-based resin because of the interesting characteristics of its two constituents:
high mechanical performance, processability, cost…

The use of triggers, to allow rupture in a specified area, will be tested, once the
“basic” geometry have been determined. In the literature [4], the design of chamfer
or a change of thickness on the system or the use of external triggers on the support
side such as a conical guide is possible.

Materials

Two kinds of the glass/thermoplastic composite are studied: a unidirectional and a
non-crimp fabric composite. Quasi-static (elongation rate of 10−3 s−1) tensile tests
have been carried out on a Zwick Z250 machine (Fig. 1) following the ISO 527-5
on 0°, 90° and 45° directions on 250 * 25 mm samples. Quasi-static compressive

Fig. 1 Zwick Z250 test
machine
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tests have also been made according to the ASTM D3410/D3410M standard on the
same three directions on 120 * 20 mm specimens. For these tests, unidirectional
strain gauges have been used to measure the elastic deformation of the samples and
so, to calculate the elastic compressive modulus on the three direction. Thanks to it,
the mapping of the two versions of the composite has been established.

Besides the mechanical properties, the tensile and compressive tests also bring to
light an interesting behavior of one of our glass reinforcements.

Under a compressive solicitation, with 0° oriented fibers, after a linear step, a
sudden break is observed due to local bowings of the fibers (Fig. 2). On the con-
trary, ±45° non-crimp fabric allows the fibers and the matrix to deform: the fibers
begin to move then the delamination between fibers and the matrix occurs; after
that, ruptures in the matrix and fractures of the deformed fibers appeared. This
behavior enables a greater deformation of the specimen under high stress level
before global break.

Tensile tests actually show this interesting behavior of the [−45°/45°] non-crimp
fabric in terms of energy absorption. Indeed, to optimize the amount of absorbed
energy, the couple stress-strain has to be maximized. After a first linear phase, the
non-crimp fabric version presents a second phase of pseudo-plastic behavior with
an interesting stress level and an important strain grade (Fig. 3). The compression
tests confirmed this behavior. Combination of multiple kinds of fractures allows the
piece to absorb an important amount of energy.

Fig. 2 Tensile and compressive test on UD 0° at 10−3 s−1 solicitation
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Experimental Tests

Due to these results, a new phase of tests was made to compare NCF square section
tubes and aluminum absorbers. On the Zwick Z250 machine, quasi-static com-
pressive tests have been ruled on these structures to measure the amount of energy
absorbed during the test and compare the behavior of the tubes. Dynamic solici-
tations (elongation rate of 10 s−1) were also ruled on Zwick HTM 16020 machine
(Fig. 4) to simulate realistic scenarios. To check the different phenomena of fracture
during dynamic tests, a high-speed camera is used to take 30,000 pictures by
second.

Fig. 3 Tensile and compressive test on NCF ±45° at 10−3 s−1 solicitation

Fig. 4 Zwick Amsler HTM
16020 dynamic test machine
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For quasi-static solicitation (Fig. 5), in terms of global behavior, a first initial
peak is illustrated. The camera brings to light that this “peak” is corresponding to
the initiation of the ruptures of the corners (fibers and matrix breaks) due to the
swelling of the structure. The next phase corresponds to constant propagation of the
fractures of the matrix, fiber ruptures and delamination between fiber and matrix.
The last phase represents the increase of stress due to the compression of the
resulting composite debris. These macro-fractures cause the early ruin of the
specimen and so a low level of energy absorption.

With a dynamic solicitation, this 3-steps behavior is not clear (Fig. 6). Indeed,
due the speed test, the material doesn’t have time to deform and is forced to break
several times; resulting in a larger number of small fractures (Fig. 7). However, the
amount of absorbed energy is similar regardless of speed test.

Fig. 5 Comparison of aluminum and NCF composite absorbers

Study and Design of a New Range of Composite … 23



Fig. 6 Influence of speed of compressive tests on square section composites and aluminum tubes

Fig. 7 Compressive test at 20 m s−1 on aluminum (a) and composite (b) specimen
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In comparison of actual absorbers, the square system made of our NCF com-
posite can absorb 25% less energy of the crash. As literature shows it, different
triggers allow creating local over stressed areas and so bring best control of the start
of fractures. The corners of the square sections act like triggers but they are not
enough numerous to create a sufficient number of fractures.

Numerical Simulation

Thanks to the previous results, searching to maximize the fractures of the specimen,
two geometries (“square-sinus” section called “proto 1” and “square-right angle”
section called “proto 2”) was developed through a numerical model on Abaqus.
First, we check the precision of this model with the experimental results on square
absorbers on dynamic solicitation (Fig. 8). The main observable difference is due to
the limit of the sensor to record a high level of force during the initial peak during
the experimental test.

Then, with the same model, we test the two geometries to see the influence of
“corners” and so fractures on the absorption of energy. The behavior of the two
“proto” absorbers is similar to the square absorber one, but the amount of energy is
higher, that is to say about 15% more than aluminum absorber for the “proto 2”
(Fig. 9).

Fig. 8 Comparison of numerical model and experimental results
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Discussions

As we have seen it above, the non-crimp fabric presents an interesting high level
couple stress-elongation. Thanks to the number of different fractures and the level
of elongation, the absorption of energy during compression of this material is really
good. The geometry of the specimen has to enabling the full potential of this
material. The “simple” square section brings macro-ruptures since the start of the
tests and the specimen is rapidly ruined. New kinds of sections have been inves-
tigated numerically to allow a greater amount of energy absorption. Regarding these
results, studies are still led to optimize the geometry with the possibility of the use
of different kinds of triggers.
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A New High-Cycle Fatigue Criterion
Based on a Self-consistent
Scheme for Hard Metals Under
Non-proportional Loading

Kékéli Amouzou and Eric Charkaluk

Introduction

In the railway industry (axle, wheel, rail), the aeronautical industry (turbine blades,
turbine disks), the petroleum industry (forge linings), the nuclear industry (pres-
surized water reactors) and the automotive industry (cylinder heads), the largest
single cause of mechanical components failures is high-cycle fatigue (HCF).
Initially, several empirical approach [1–4] taking as a starting point of the uniaxial
HCF criteria, are elaborated to predict the fatigue limit. During the second half of
the 20th century, Dang Van [5], thanks to Orowan’s fatigue pioneering model,
initiated the micro-macro fatigue criterion based on critical plane concept and the
elastic shakedown theory. Empirical criteria and critical plane type criteria are
integrated into solid fatigue designed tools (FemFat, Fe-Safe, MSC.Fatigue,
nCode), widely used by fatigue design offices that offer solutions to several
industries. Nevertheless, these criteria have mostly been elaborated in the case of
proportional cyclic loads, and their use to design components under out-of-phase
loading is generally unsatisfactory. In the latter case, the integral approach criteria
of Papuga and Růžička [6], Liu-Zenner [7] and Papadopoulos [8, 9] gives better
prediction. Among these integral criteria, only the Papadopoulos’s criterion is based
on micro-macro approach. This criterion is more optimal in terms of calculation
time and the number of elementary tests to be carried out for the determination of its
parameters. Furthermore, this criterion is reduced to a simple analytical formula
when applied in the single frequency in phase or out-of-phase sinusoidal loading,
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which avoids errors resulting from compute integrals in multiple dimensions.
However, this criterion, like most of high-cycle fatigue criteria, does not taking into
account the material anisotropy which has a very great influence on fatigue [10].

In this paper, we propose to introduce the elastic anisotropy of crystals in the
Papadopoulos’s integral approach [11] by using the self-consistent scheme of Bui
[12]. This scheme is the extension of Kröner’s scheme to anisotropic materials. The
predictions of the new criterion are compared with the experimental data for hard
steels which microstructure contains ferrite inclusions.

A Two-Scale Approach for Polycrystals Fatigue

The Papadopoulos’s integral criterion is based on the Lin-Taylor scheme which
makes it possible to link the macroscopic stress tensor R� , the elastic strain tensor E�
of the representative elementary Volume V surrounding a point O to the meso-
scopic stress tensor r� , strain tensor e� , strain plastic tensor e�

p of the grain or crystal

(see Fig. 1). Let us consider further a cut of V, that is a plane D passing though the
point O. This plane is defined by its unit normal n� . Let us consider these less

resistant crystals of V are so oriented that one of their easy glide planes coincide
with D. The easy glide directions m� of these slip planes are directions of D. Any m�
direction will be located through the angle v, formed between m� and an arbitrary,

but fixed on D, axis n, see Fig. 2 (see Dang Van and Papadopoulos [11]):

nx ¼ sin h cosu ny ¼ sin h sinu nz ¼ cos h ð1Þ

mx ¼ � sinu cos v� cos h cosu sin v my ¼ cosu cos v� cos h cosu sin v

mz ¼ sin h sin v
ð2Þ

Fig. 1 Macroscopic and mesoscopic scales of material description [11]
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To extend this criterion to the case of anisotropic materials, we invoke Bui’s
self-consistent scheme [12]:

r� ¼ A� : R� � 2lð1� bÞ e� p
� �

ð3Þ

where A� the localization tensor is written:

A� ¼ c� : I� þ P� : ð c� � C�Þ
� ��1

: ðC�Þ
�1" #

ð4Þ

With P� the fourth order Hill tensor, under assumption of a spherical inclusion, is

expressed as:

P� ¼ f1 I� � f2 J� ð5Þ

Fig. 2 Spherical coordinates
(/, h) of n. Location of a glide
direction m with the help of
angle v [11]
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with constants f1, f2 and the spherical J� fourth order tensor, the deviator K� fourth

order tensor, the identity I� fourth order symmetric identity tensor are written in the

basis ei� � ej�
� ek� � el� (dij is the Kronecker delta):

f1 ¼ 3kþ 8l
15l kþ 2lð Þ f2 ¼ 3kþ 3l

15l kþ 2lð Þ ð6Þ

J� ¼ 1
3
dijdklei� � ej�

� ek� � el� K� ¼ I� � J� ð7Þ

With c� the elastic modulus of the inclusion is defined by three independent

constants c11, c12, c44:

c
�
¼ c12dijdkl þ c44ðdijdjl þ dildjkÞ

�
þðc11 � c12 � 2c44Þdpidpjdpkdpl

�
ei� � ej�

� ek� � el�
ð8Þ

And C� the macroscopic elastic modulus of V is defined as:

C� ¼ 3kJ� þ 2lK� ð9Þ

With the k bulk, the l shear and the k Lamé’s first modulus depend on the
Young modulus E and the Poisson’s ratio m of the material:

k ¼ E
3 1� 2mð Þ l ¼ E

2 1þ mð Þ k ¼ Em
1þ mð Þ 1� 2mð Þ ð10Þ

Using this scheme, the integral criterion of Papadapoulos is extended to the
anisotropic material by the following new criterion (Eqs. 11–21):

ffiffiffiffiffiffiffiffiffiffi
K2h i

p
� b� aaniRH;ani ð11Þ

where
ffiffiffiffiffiffiffiffiffiffi
K2h i

p
the generalized anisotropic shear stress amplitude and RH;ani the

quantity reflecting the effect of the hydrostatic stress amplitude RH;a and the mean

value
ffiffiffiffiffiffiffiffiffiffiffi
N2
m

	 
q
of the normal stress N� ¼ ðn� � R� � n�Þn� acting on D, are introduced

as:

ffiffiffiffiffiffiffiffiffiffi
K2h i

p
¼

ffiffiffi
5

p
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
1
4p

1
2p

Zu¼2p

u¼0

Zh¼p

h¼0

Zv¼2p

v¼0

K u; h; vð Þð Þ2dv sin hdhdu

vuuut ð12Þ
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RH;ani¼ f1RH;aþ-

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
9f1
10

2ffiffiffi
3

p � 1þ f�1

5t�1

� �
sinuxxþ sinuyyþ sinuzz

� �� �


s ffiffiffiffiffiffiffiffiffiffiffi
N2
m

	 
q
ð13Þ

With Kð/; h; vÞ and
ffiffiffiffiffiffiffiffiffiffiffi
N2
m

	 
q
are given by:

K u; h; vð Þ ¼ Ta u; h; vð Þ

þ 1� f2
f3

� �
nxmxRxx;a sinuxx þ nymyRyy;a sinuyy þ nzmzRzz;a sinuzz

� �
ð14Þ

ffiffiffiffiffiffiffiffiffiffiffi
N2
m

	 
q
¼

ffiffiffi
5

p
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
1
4p

Zu¼2p

u¼0

Zh¼2p

h¼0

Nmðu; hÞð Þ2sin hdhdu

vuuut ð15Þ

In the case of cyclic loading with period P, Tað/; h; vÞ, RH;a, and Nmð/; hÞ are
defined by:

Ta u; h; vð Þ ¼ 1
2

max
t2P

n� � R�ðtÞ � m�
� �

� min
t2P

n� � R�ðtÞ � m�
� �� �

ð16Þ

RH;a ¼ 1
2

max
t2P

RHðtÞ � min
t2P

RHðtÞ
� �

ð17Þ

Nm u; hð Þ ¼ 1
2

max
t2P

n� � R�ðtÞ � n�
� �

þmin
t2P

n� � R�ðtÞ � n�
� �� �

ð18Þ

The anisotropic constants f1; f2; f3 are given by:

f1 ¼
2c12 þ c11

3kq1
f2 ¼

c11 � c12
2lq2

f3 ¼
c44
lq3

ð19Þ

q1 ¼ 1þ f1 � f2ð Þ 2c12 þ c11 � 3kð Þ q2 ¼ 1þ f1 c11 � c12 � 2mð Þ
q3 ¼ 1þ 2f1 c44 � mð Þ ð20Þ

To calculate the mean value of normal stress (Eq. 15), we choose to use L2-
norm. This choice requires using the sign symbol - in the proposed criterion to take
into account in the case of negative loads:
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- ¼ þ 1; if Rxx;m þRxx;m þRxx;m � 0
�1; otherwise

�
ð21Þ

The parameters b; aani are calculated by Eq. (22) using the fatigue limit in fully
reversed torsion test t−1 and the fatigue limit in fully reversed bending (or fully
reversed tension-compression) f−1 test:

b ¼ t�1 aani ¼
3 t�1
f�1

� ffiffiffi
3

p� �
f1

ð22Þ

Applications

The applications of the proposed HCF criterion Eq. (11) are performed in the
bending–torsion ([13], Lempp data reported by Zenner et al. [13]) and biaxial–
triaxial [14, 15] out-of-phase fatigue tests in the single frequency sinusoidal
loading:

RijðtÞ ¼ Rij;a sin wt � cij
� �þRij;m i; j ¼ 1; 2; 3 ð23Þ

where w ¼ 2p
P is the frequency, P is the period, cij is the phase difference, Rij;a is the

amplitude and Rij;m is the mean value of Rij.
By analogy to plasticity criterion, an equivalent stress can be introduced:

Req ¼
ffiffiffiffiffiffiffiffiffiffi
K2h i

p
þ aaniRH;ani ð24Þ

For the four fatigue tests, the error index I

I ¼ Req � b
b

ð25Þ

are calculated (see last column of Tables 1, 2, 3 and 4). If the fatigue index I below
zero, the criterion predict safe domain or does not predict fracture. The relative error
|I| between the prediction of the proposed criterion and the fatigue test is the
absolute value of I. For all simulations, the Poisson’s ratio m = 0.3 and the elastic
anisotropy coefficients c11 = 230 GPa, c12 = 136 GPa, c44 = 117 GPa are the
same. These data are also summarized graphically in Fig. 3. In this figure, it can be
observed that error |I| is ±10%, which shows that the proposed criterion is
satisfactory.

In addition, attention was paid to the phase differ-ence of the shear stress on the
proposed criterion by noting the values of Req in the case of Simbürger tests
(Table 4). The Fig. 4 shows that Req does not change monotonically when cxy
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Table 1 Zenner et al. [13] fatigue test data

Steel 34Cr4, E = 205 GPa, t−1 = 256 MPa, f−1 = 410 MPa

Rxx;a

(MPa)
Rxy;a

(MPa)
cxy
(°)

Rxx;m

(MPa)
Rxy;m

(MPa)

ffiffiffiffiffiffiffiffiffiffi
K2h ip

(MPa)
RH;ani

(MPa)
I (%)

1 314 157 0 0 0 239.82 104.84 −0.55

2 315 158 60 0 0 240.91 104.17 −0.10

3 316 158 90 0 0 241.35 105.50 0.08

4 315 158 120 0 0 240.91 104.17 −0.10

5 224 224 90 0 0 258.65 74.07 5.15

6 380 95 90 0 0 239.08 125.67 0.37

7 316 158 0 0 158 241.35 187.34 4.68

8 314 157 60 0 157 239.82 186.16 4.02

9 315 158 90 0 158 240.91 187.01 4.50

10 279 140 0 279 0 217.94 218.96 −8.22

11 284 142 90 284 0 221.52 222.88 −6.70

12 355 89 0 0 178 223.45 210.73 −1.00

13 212 212 90 212 0 248.93 166.37 −0.99

14 129 258 90 0 0 268.53 42.66 7.27

Table 2 Lempp fatigue test data reported in Zenner et al. [13]

Steel 42CrMo4, E = 210 GPa, t−1 = 260 MPa, f−1 = 398 MPa

Rxx;a

(MPa)
Rxy;a

(MPa)
cxy
(°)

Rxx;m

(MPa)
Rxy;m

(MPa)

ffiffiffiffiffiffiffiffiffiffi
K2h ip

(MPa)
RH;ani

(MPa)
I (%)

1 328 157 0 0 0 245.99 107.46 4.19

2 286 137 90 0 0 214.56 93.70 −9.13

3 233 224 0 0 0 261.29 76.33 7.30

4 213 205 90 0 0 239.06 69.78 −1.84

5 266 128 0 0 128 199.92 153.95 −9.38

6 283 136 90 0 136 212.58 163.70 −3.65

7 333 160 180 0 160 250.13 192.60 13.37

8 280 134 0 280 0 209.97 218.28 0.21

9 271 130 90 271 0 203.42 211.27 −2.93
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increases. It is deduced that the phase difference of the shear have no influence on
the limiting fatigue endurance.

Table 3 Mielke [14] fatigue test data

Steel 25CrMo4, E = 205 GPa, t−1 = 256 MPa, f−1 = 410 MPa

Rxx;a

(MPa)
Rxx;m

(MPa)
Ryy;a

(MPa)
Ryy;m

(MPa)
cyy
(°)

Rxy;a

(MPa)
cxy
(°)

ffiffiffiffiffiffiffiffiffiffi
K2h ip

(MPa)
RH;ani

(MPa)
I (%)

1 261 340 261 170 0 0 0 150.69 365.42 −7.62

2 275 340 275 170 60 0 0 201.64 221.98 4.40

3 240 340 240 170 90 0 0 203.20 185.00 2.43

4 196 340 196 170 180 0 0 196.00 194.27 −0.06

5 220 340 0 170 0 110 60 168.03 267.02 −7.09

6 233 340 0 170 0 117 90 178.28 271.32 −2.30

7 155 340 0 170 0 155 60 178.98 245.53 −3.84

8 159 340 0 170 0 159 90 183.60 246.85 −1.72

Table 4 Simbürger [15] fatigue test data

Steel CK45, E = 200 GPa, t−1 = 287 MPa, f−1 = 423 MPa

Rxx;a

(MPa)
Rxx;m

(MPa)
Rxy;a

(MPa)
Rxy;m

(MPa)
cxy
(°)

ffiffiffiffiffiffiffiffiffiffi
K2h ip

(MPa)
RH;ani

(MPa)
Req

(MPa)
I (%)

1 400 0 0 200 0 230.94 238.90 303.32 5.68

2 0 417 241 0 0 241.00 190.25 298.64 4.05

3 292 0 167 0 60 237.30 97.48 266.83 −7.03

4 304 0 174 0 90 247.15 101.48 277.89 −3.17

5 277 277 159 0 0 225.52 218.85 291.82 1.68

6 250 250 144 0 90 203.89 197.52 263.72 −8.10

7 285 0 163 163 0 231.61 181.01 286.45 −0.19

8 288 0 165 165 90 234.25 183.07 289.71 0.94
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Fig. 3 Comparison of fatigue limits test data with the criterion prediction

Fig. 4 Equivalent stress against phase difference for Simbürger test data
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Conclusion

The extension of the HCF integral criterion of Papadopoulos to anisotropic mate-
rials has been proposed using the self-consistent scheme of Bui. The application of
the new fatigue design criterion to hard steels under non-proportional loading is
satisfactory. A first study of the effect of the phase difference of the shear stress on
this criterion shows the no influence of this parameter on the limiting fatigue
endurance, which is in good agreement with experimental observations. Other
effects such as effects of frequency difference; mean normal stress, wave form and
stress gradient will be studied later. The proposed criterion can be used to design
rails, wheels, axles of highly anisotropic steels such as eutectoid R260 or R7T
widely used in the railway industry.
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Characterization and Evaluation
of a Railway Wheel Steel in the HCF
and VHCF Regimes

Henrique Soares, Pedro Costa, Mário Vieira, Manuel Freitas
and Luís Reis

Introduction

Fatigue studies are of the utmost importance for any system subjected to dynamic
loadings. This type of failure is one of the most common and unpredictable and may
happen in any range from low to very high number of cycles [1]. Therefore,
acknowledging the material fatigue resistance provides a more reliable and secure
mechanical system, structure or component. Several fatigue tests may be produced
depending on the type of loading and on the number of cycles of interest. For the
low cycle fatigue (LCF) and high cycle fatigue (HCF) regimes, conventional
servo-hydraulic machines are usually used, where the rate of cycle application is not
very high (below 50 Hz) but easily applicable and controllable. In the very high
cycle fatigue (VHCF) regime, between 10E6 and 10E9 cycles, a conventional
machine would take an unpractical time to achieve sample fracture. Therefore, an
ultrasonic fatigue testing machine may be used, as the ones applied in [2–4].

In ultrasonic fatigue testing, a specimen is excited at its natural frequency in
order to achieve high stresses on a certain high frequency setting. Mason was the
first researcher to achieve a working system in 1950 [4], establishing the frequency
standard of this fatigue testing method of 20 kHz. Since then, many researchers
have worked in the development of new types of ultrasonic fatigue testing in the
VHCF regime. Bathias is one of the most renown researchers of the field due to his
high number of contributions, whereas many can be read on his book [5].

In this work, a railway wheel material is set under evaluation using both con-
ventional and ultrasonic fatigue testing in order to evaluate its response on the two
fatigue regimes. The HCF regime was studied using the servo-hydraulic machine
with standardized specimens for the first one. For the VHCF regime, an ultrasonic
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fatigue machine with a specimen specifically designed to have a natural frequency
of 20 kHz, for the second one. All the material specimens were machined from the
railway wheel, as shown in Fig. 1.

Materials and Methods

The component in study is a worn-out railway wheel that was supposedly fabricated
according to the EN_13262+A1-2009 standard. The material’s Young Modulus and
density were also evaluated. The machined that was used for conventional testing is
an Instron 8874 equipped with a 25 kN load cell.

While loads are directly applied on a specimen in the conventional fatigue
testing, the ultrasonic fatigue testing imposes a free vibration condition on the
specimen. A piezoelectric transducer capable of inducing vibrations around 20 kHz
is used. This transducer is connected to a booster, a horn and then to the material
specimen, as it can be observed in Fig. 2. The booster and the horn are also
projected to have a similar natural frequency at around 20 kHz, with their purpose
being to amplify the displacement provided by the transducer. The specimen has a
throat that promotes stress concentration and guarantees the achievement of rele-
vant stresses using the low power ultrasonic transducer. This ultrasonic fatigue
testing system used was created at Instituto Superior Técnico, at the IDMEC lab-
oratories [6].

The control method also differs between both testing machines. While the
servo-hydraulic controls the force or the displacement applied on the specimen, the
ultrasonic testing controls the power induced on the piezoelectric transducer or the
displacement on the free end of the specimen using a vibrometer, as showed in
Fig. 2.

In order to define a specimen geometry with a natural frequency of 20 kHz, the
differential equation for general three-dimensional isotropic elastic body is devel-
oped—Eq. (1), thus having:

Fig. 1 Representation of the specimen’s location on the railway wheel
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U00ðxÞþ S0ðxÞ
SðxÞ U

0ðxÞþ k2UðxÞ ¼ 0 ð1Þ

where U(x) is the displacement at x, U′(x) is the speed at position x, U″(x) is the
acceleration at position x, k is the wave vector, S is the cross-sectional area at
position x and S′ is the rate of change of area at position x.

Considering a hyperbolic throat profile, and following the parameters according
to Fig. 3, Eq. (1) results in:

yðxÞ ¼ R2; L2\ xj j\L
yðxÞ ¼ R1 cosh(axÞ; xj j\L2

�
ð2Þ

where y is the diameter of specimen at position x and:

L ¼ L1 þ L2 ð3Þ

a ¼ 1
L2

arccosh ðR2

R1
Þ ð4Þ

Using the boundary conditions in Eq. (3), the specimen’s resonance length is
obtained through Eq. (5):

Fig. 2 Ultrasonic fatigue test scheme

Fig. 3 Ultrasonic specimen’s
dimensions
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L1 ¼ 1
k
arctan

1
k

b coth bL2ð Þ � a tanh aL2ð Þð Þ
� �

ð5Þ

where:

b ¼
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
a2 � k2

p
ð6Þ

A hyperbolic profile is used to simplify the equation. The error between both
profiles for the general size of the specimens is negligible, being around 1.8%, as
Bathias shows in his book [5]. The chosen dimensions and the calculated terms are
presented in Table 1.

After the analytical calculation of the specimen’s geometry, a finite element
analysis is conducted in order to check the resonance frequency, allowing also for
geometry improvements. The specimen for the conventional fatigue test follows the
standard ASTM E606 (2003) for axial fatigue tests. Figure 4 shows both speci-
mens’ final geometries and the correspondent dimensions.

In the conventional servo-hydraulic test, force control method was applied whilst,
or the ultrasonic test, a displacement control method was used. In order to transform
the force applied by the conventional machine to resulting stress, the Hook law was
applied by measuring the smallest cross section radius of the specimen with a caliper.
For the ultrasonic test, the highest stress was calculated through Eqs. (7) and (8):

eðxÞ ¼ A0u L1; L2ð Þ b coshðbxÞ coshðaxÞ�a sinhðbxÞ sinhðaxÞ½ �
cosh2ðaxÞ

rðxÞ ¼ EdA0u L1; L2ð Þ b coshðbxÞ coshðaxÞ�a sinhðbxÞ sinh ðaxÞ½ �
cosh2ðaxÞ

(
; xj j � L2 ð7Þ

Being A0 the measured displacement, Ed the dynamic modulus of elasticity and
u L1; L2ð Þ:

Table 1 Chosen dimensions and calculated terms

R1 (mm) R2 (mm) L2 (mm)

1.5 5.0 30.0

a b w(rad/s) c k L1 (mm)

124.921 122.461 125663.7 5094.47 24.97 15.15

Fig. 4 a Conventional fatigue specimen. b Ultrasonic fatigue specimen
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u L1; L2ð Þ ¼ cos kL1ð Þ coshðaL2Þ
sinhðbL2Þ ð8Þ

All the equations related to the ultrasonic axial test presented in this paper are
explained in detail on the Bathias book [5].

Results and Discussion

The number of cycles necessary for fracture the specimen were registered for every
tested specimen. With these results, an S-N curve was plotted, see Fig. 5. Figure 6
shows the fracture surface and the crack initiation site highlighted by an arrow and
as an illustrative example of both tests, on the HCF and VHCF regimes. Figure 7
shows the materialography results in two different magnifications in order to
evaluate the grain structure. Through the observation of the Fig. 7b, a ferrite-perlite
structure was found.

Final Remarks

In this work, a material retrieved from a worn-out rail wheel was tested regarding its
mechanical properties and fatigue behavior. An S-N fatigue curve was obtained for
the material using two different methods: a conventional fatigue testing machine in
HCF and another one with an ultrasonic testing machine in VHCF, both at the
uniaxial stress state.

The fracture surfaces of the specimens obtained from both types of tests are
considerably similar and, even using a microscope, the difference is not clear. In
both specimens, crack initiation occurred on the surface of the specimen.
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Further work is being carried out on fatigue characterization, namely on the
production of a more detailed S-N uniaxial curve at both regimes, HCF and VHCF.
The composition of the material will be assessed and a comparison will be made
between the present material and the respective Standard. Moreover, fatigue tests
regarding biaxial stress states will also be performed.
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UID/EMS/50022/2013. Financial support from Portuguese Fundação para a Ciência e Tecnologia
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Fig. 6 Fracture surface and crack initiation site highlighted by an arrow: a conventional fatigue.
b Ultrasonic fatigue

Fig. 7 Microscopy results. a 200x and b 500x
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High-Temperature Low Cycle Fatigue
Resistance of Inconel 713LC Coated
with Novel Thermal Barrier Coating

Ivo Šulák, Karel Obrtlík, LadislavČelko, David Jech and Pavel Gejdoš

Introduction

Inconel 713LC was developed in the early 1950s and is still widely used in power
generators especially because of favourable price in conjunction with satisfying
properties such as high-temperature fatigue and creep resistance and surface sta-
bility. Incessant call for more efficient high-temperature facilities can be satisfied by
an increase in operating temperature. The importance of surface protection against
high-temperature and hostile environment thus increases rapidly. The substrate
surface can be modified in several different ways. Diffusion coatings based on
simple and modified aluminides are widely used and thoroughly investigated type
of coatings with excellent corrosion and oxidation resistance [1–5]. However, these
coatings do not fully meet industrial requirements. Thermal barrier coating
(TBC) systems combine the corrosion and oxidation resistance with temperature
insulation [6–9]. They comprise mainly a metallic CoNiCrAlY bond coat (BC) and
a ceramic insulating top coat (TC) [10] mostly based on yttria-stabilized zirconia
(YSZ). Even though YSZ TBC coatings are known for decades, only a little work
has been done to investigate their impact on fatigue properties of substrate material
[11–13]. Moreover, their effect on fatigue life is disputable. Effect of YSZ coating
on low cycle fatigue of Inconel 713LC was studied by Obrtlík et al. [12]. The
results showed the insignificant effect of the coating on the fatigue life in
Coffin-Manson representation and the decrease of fatigue life in Basquin repre-
sentation. Study of Kuba et al. [14] reported the beneficial effect of TBC coating on
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the fatigue life of Inconel 738LC. On the other hand, Ray et al. [11] showed the
detrimental impact of TBC coating on C263 superalloy in the high stress amplitude
domain and positive effect for low strain amplitudes. Recently, a promising family
of eutectic oxide TBCs has stepped into the scope of interest [15–18]. Fatigue data
on the eutectic TBC are, however, very rare. Obrtlík et al. [17] reported the fatigue
behaviour of Inconel 713LC coated with ZrO2 + SiO2 + Al2O3 eutectic TC.
Obtained results showed higher fatigue life in high strain amplitudes and negligible
effect of TBC in lower strain amplitudes compared to uncoated Inconel 713LC.

This article is devoted to high-temperature low cycle fatigue resistance of
Ni-based superalloy Inconel 713LC coated with complex thermal barrier coating
system. The present results are a part of a more complex research program aiming
to the development of modern and advanced TBC systems for aero and industrial
applications. Fatigue behaviour of substrate material Inconel 713LC with and
without TBC coatings has been studied [12, 17, 19–23].

Material Characterization

Nickel-based superalloy Inconel 713LC was supplied by PBS Velká Bíteš, a.s. in
the form of button-end samples made by investment casting. The chemical com-
position of used melt in wt% is as follows: 11.98Cr–4.1Mo–0.06C–6.4Al–0.59Ti–
1.82Nb–0.05Ta–0.06Zr–0.008B–bal. Ni. The substrate material is typical of a
coarse dendritic structure with average grain size of 0.66 mm, set by linear inter-
section. Casting defects and shrinkage pores were present. Microstructure consists
of c matrix channels, c′ precipitates, c + c′ eutectics and carbides evenly distributed
within interdendritic areas and at grain boundaries (Fig. 1a). Prior to the deposition
of TBC coating, 10 specimens were grit blasted with alumina particles (Al2O3).
Rough surface obtained by grit blasting provides higher mechanical bonding of
TBC coating. It was proven that this process has the insignificant effect on the low
cycle fatigue life at elevated temperature [20]. Figure 1b represents BSE image of
TBC coating of the as-sprayed specimen. TBC system consists of CoNiCrAlY BC
deposited by air plasma spraying and a ceramic TC sprayed with water stabilized
plasma spraying. Insulating TC is a mixture of conventional YSZ (8% wt. Y2O3)
and a eutectic nanocrystalline ceramic Eucor made of zirconia (ZrO2), alumina
(Al2O3) and silica (SiO2)—in the ratio of 50/50 wt%. The average thickness of BC
and TC found by image analysis system StreamMotion was 201 and 215 lm,
respectively. Small pores and cracks are present in the TBC coating and it is
believed to enhance its strain tolerance [9]. The porosity of the TC and BC is 4.3
and 0.6%, respectively. Microstructural investigations were accomplished by means
of the scanning electron microscope (SEM—TESCAN Lyra3 XMU) equipped with
the energy dispersive X-ray (EDX) spectroscopy analyser.
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Low Cycle Fatigue Tests Specification

Low cycle fatigue tests were performed on servo-hydraulic testing machine MTS
810 in fully reversed triangular wave form (Re = −1) under total strain control
conditions with the constant strain rate of 2 � 10−3 s−1 at 900 °C in air. The tests
were carried out on cylindrical specimens with the gauge length and diameter of 15
and 6 mm, respectively. We used 9 specimens in as-cast condition and 10 speci-
mens sprayed with TBC coating. Heating was provided by three zone resistance
furnace. The temperature was controlled by three thermocouples attached to an end
of the gauge length and to both ends of the specimen. The temperature gradient
within the gauge length of the specimen was ±1.5 °C. The total strain was con-
trolled with sensitive extensometer with 12 mm long base. The extensometer
equipped with 11.7 cm long ceramic tips was placed outside the furnace and air
cooled to avoid the influence of high temperature. Details of high-temperature low
cycle fatigue testing and tests evaluation could be found elsewhere [17].

Results and Discussion

Microstructure Stability

Polished cross sections of selected specimens representing the whole fatigue lifetime
range were observed in order to reveal substrate and TBC degradation under
high-temperature cyclic loading. Strengthening c′ precipitates having an L12 crys-
tallographic structure are coherently embedded in the disordered fcc c matrix as
shown in Fig. 1a. The application of a macroscopic external strain during
high-temperature low cycle fatigue tests involves an anisotropic misfit relaxation led
by dislocations motion. This process results in microstructural instability of c′

Fig. 1 a SEM micrograph of c′ precipitates (L12) coherently embedded in the disordered c
matrix; b BSE image of YSZ + (ZrO2 + Al2O3 + SiO2) + CoNiCrAlY thermal barrier coating
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strengthening precipitates called rafting. SEM micrograph (Fig. 2a) of a metallo-
graphic section of specimen fatigue to failure with sprayed TBC coating shows well
developing directional c′ rafting. The similar degradation of microstructure was
observed in all examined specimens. Cubic c′ precipitates are effective obstacles that
prevent movement of dislocations. Directional coarsening of c′ precipitates
decreases the ability to prevent dislocations movement. Dislocations mobility is
higher and thus macroscopic mechanical properties are decreased. High-temperature
degradation of TBC coating is mostly connected with increasing internal stresses
that are attributed to the formation of thermally growth oxides (TGO) at the TC/BC
interface [24, 25]. As a consequence of TGO formation delamination of the ceramic
TC in the vicinity of TC/BC occurred as shown in Fig. 2b. Fatigue crack initiation
from the TC surface occurred frequently. These cracks are mostly stopped at the TC/
BC or BC/substrate interface and only some of them break through to the substrate
material. Fatigue cracks grow perpendicular to the loading axis. As a general trend
with an increase in strain amplitudes, the number of cracks increases as well as a
diversity of crack initiation sites [26, 27]. The number of cracks per millimetre in
coated Inconel 713LC is approximately 10 times higher compared to uncoated
superalloy.

Cyclic Stress Response

The diagram of the stress amplitude versus the number of elapsed cycles shown in
Fig. 3 depicts the stress response of coated and uncoated Inconel 713LC during
cyclic loading at 900 °C. The cyclic hardening/softening curves vary with the strain
amplitude, and they are similar in both the coated and the uncoated material. Low
amplitude cycling results in the saturated stress response, while weak softening up

Fig. 2 Polished sections of a specimen fatigued to failure at 900 °C (ea = 0.40%, ra = 346 MPa)
a Rafting of c′ strengthening precipitates; b delamination and cracking of TBC coating
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to the end of the fatigue life is found in the high amplitude domain. Cyclic soft-
ening, the decrease in stress amplitude with the number of elapsed cycles, is
connected with changes of c′ morphology.

Fatigue Life

Plastic strain amplitude eap versus Nf is plotted in bilogarithmic representation in
Fig. 4a. The values of eap were established as the half-width of the hysteresis loop
at half-life. Experimental data were fitted by the Coffin-Manson law:

log 2Nf ¼ 1
c

� �
log eap � 1

c

� �
log e0f ð1Þ

with e0f being the fatigue ductility coefficient and c is the fatigue ductility exponent.
The parameters were evaluated by regression analysis using least squares fitting.
Values of e0f and c for uncoated (coated) Inconel 713LC are 0.294 ± 0.081
(0.178 ± 0.114) and −0.796 ± 0.033 (−0.709 ± 0.072), respectively. Data

Fig. 3 Hardening/softening curves a uncoated and b TBC coated Inconel 713LC

Fig. 4 a Coffin-Manson fatigue life curves; b Fatigue life curves in total strain representation
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presented in Fig. 4a show a positive impact of complex TBC coating on fatigue life
for low amplitudes and the curves meet each other at high amplitude domain.
Increasing trend in fatigue life can be seen with the decrease in total strain amplitude.
A higher number of cracks in the coated Inconel 713LC promotes a homogeneous
distribution of plastic strain. The plastic strain is evenly distributed over the full
gauge length and it is not only concentrated in highly localized areas. Therefore, the
fatigue life of the coated superalloy can increase in this representation compared to
the uncoated material [17, 27].

The diagram represented by the plot of ea versus Nf (Fig. 4b) is the basic fatigue
life curve because ea was kept constant during high-temperature low cycle fatigue
tests. The numbers of cycles to failure for both coated and uncoated Inconel 713LC
are very close. The minor beneficial effect can be observed in high amplitudes and
vice versa is valid for low amplitudes. The transient number of cycles is 3647.

Conclusions

High-temperature low cycle fatigue resistance of TBC coated and uncoated Inconel
713LC has been studied. The main conclusions can be drawn as follows:

(a) The application of a macroscopic external cyclic loading at 900 °C resulted in
directional coarsening of c′ strengthening precipitates.

(b) Microstructural changes of substrate material are responsible for weak cyclic
softening throughout the whole fatigue life.

(c) The complex TBC coating has a positive effect on fatigue life in the strain
control test conditions. The Coffin-Manson curve shows the longer fatigue life.
The total strain representation shows the transient number of cycles.
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The Effect of Pearlite Banding
on the Mechanical Anisotropy of Low
Carbon Steel

M. Beltrán, J. L. González, D. I. Rivas, Felipe Hernández
and Héctor Dorantes

Introduction

The API-5L pipe-line steel, used to hydrocarbon transportation, is usually regarded
as an isotropic and homogeneous material. However, the steel shows directionality
and orientation dependence on the mechanical properties. This anisotropic behavior
can lead to an incorrect or overestimated results, in the assessments of mechanical
integrity.

Generally, the mechanical behavior of the steel is related directly to its manu-
facturing processes and the resulting microstructural properties; such as inclusion
content, microstructural heterogeneities and crystallographic texture [1]. In low
carbon steel, with ferrite-pearlite microstructure, the pearlitic phase alignment is
presented in banding form along the rolling direction, which represents
microstructural anisotropy in the material [2]. Moreover, an oriented microstructure
with elongated grains has been shown to cause variations in the tensile and impact
properties according to the direction relative to the elongated structure [3]. This
behavior is more pronounced in ductile fracture regime [4]. On the other hand,
previous studies on pipeline steel suggest that crystallographic textures have an
important function on toughness anisotropy; however, detailed discussions about
the relationship between crystallographic textures and anisotropic fracture tough-
ness are rare [5].

Nowadays, special attention has been paid to the fracture behavior, due to its
importance in safety design of pipelines and pressure vessels [6]. However, the
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fracture analysis criteria considers the material as isotropic and homogenous. Hence,
this consideration leave out the anisotropy in the fracture behavior of the steel and can
compromise the safety of the component [7]. Therefore, it is necessary to understand
themechanical behavior ofAPI-5L steel integrally and adequately describe it, in order
to produce safe structures and pipelines of low cost and high efficiency.

The objective of this work is to determine the effect of the pearlite banding on
the anisotropic mechanical behavior of two API-5L steels, as well as correlate the
microstructural and crystallographic features to the variation in the mechanical
properties between a low banded and a high banded steel.

Materials and Methods

Chemical Composition

The evaluated steels were named as S-A and S-B, which were extracted from two
API X46 steel tubes. The nominal diameters were 24 in and a wall thickness of
0.875 and 1 in respectively. The experimental chemical composition obtained can
be seen in Table 1.

Microstructural Analysis

The Microstructure was evaluated in the longitudinal direction by optical micro-
scopy (OM) and by electron backscattered diffraction (EBSD) using Oxford HKL
system incorporated on a field emission scanning electron microscope 7000F JEOL.
The specimens were prepared according to the standard procedures contained in
ASTM E-3 [8]. The data were interpreted by CHANNEL5 analysis software pro-
vided by Oxford Instruments HKL.

Tensile Tests

Tensile specimens were prepared as illustrated in Fig. 1, according to sheet type
specimen contained in the ASTM E-8 [9] standard. The specimens were orientated

Table 1 Chemical composition table

Chemical composition of api-5 l steel (wt%)

Element Fe C Mn P S Ti

S-A 98.0 0.117 1.05 0.019 0.019 0.001

S-B 98.1 0.175 1.27 0.044 0.018 0.002

API-5L X46 steel
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in the longitudinal (L), 45° and circumferential (C) directions. The tests were
conducted at ambient temperature and humidity, using crosshead speed of
5 mm min−1 using a 10t Shimadzu machine.

Charpy Impact Tests

Charpy impact tests were performed on V-notch specimens (CVN), with a
10 mm � 10 mm � 55 mm size each with a 2 mm-deep V-notch, according to
ASTM E-23 [10]. Figure 2 shows the specified orientations of the specimens in the
L, 45° and C directions. The tests were conducted in ambient temperature of 28 °C.

Fig. 1 Orientation of the
tensile tests samples

Fig. 2 Orientation of CVN
impact tests specimens
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Results and Discussion

Microstructure

Figure 3a, b shows an optical micrograph of the inclusions content of the API-5L
X46 steel in the longitudinal, section. It can be seen the type and distribution of the
inclusions, with the presence of non-metallic particles with spherical shape.

Figure 4 shows the microstructure of the API-5L X46 steel in the L section
etched by 3% NITAL.

The microstructure is composed of ferrite grains and pearlite colonies which
exhibited the characteristic banded microstructure of low carbon steels after rolling

Fig. 3 Inclusions content in the longitudinal section of the API-5L X46 steel. a S-A, b S-B

Fig. 4 Ferrite-pearlite microstructure of the TA and TB steels in the longitudinal section. a S-A,
b S-B
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and recrystallization. Banding is associated with chemical segregation, particularly
manganese, inherited from the solidification stage and spread into layers by the
rolling deformation. Manganese is known to play a prominent role in the devel-
opment of bands because transformation to allotriomorphic ferrite occurs first in
Mn-depleted regions so that the residual austenite becomes enriched in carbon, to
transform subsequently into pearlite depending on the rate of cooling experienced
by the steel. The banding degree (Ai) and microstructure orientation grade (X12)
were calculated for the three sections according to the ASTM E-1268-99 standard
[11]. Results indicate that longitudinal section has a low banding degree but, in
comparison, in the transversal and normal sections there is a random and
not-oriented distribution of the microstructure. The sample has an almost homo-
geneous grain size in all sections, just with a slight increase in the longitudinal
section. The pearlite fraction content is larger in the longitudinal section than in
transversal and normal sections. The quantitative analysis of the microstructural
characteristics of the steel is presented in Table 2, this results were calculated for
the three directions.

Texture Analysis

The texture analysis was realized by the CHANNEL5 software. Figure 5 shows the
obtained results for the experimental measurements of the 45° ODF section for the
API-5L X46 steel S-A and S-B. According to results, for both samples, it is observed
an almost isotropic random texture typical of a hot rolled low carbon steel [12].

EBSD Analysis

The results of the EBSD analysis of the API-5L X46 steel, in the longitudinal
section, are provided in Fig. 6 for the S-A and S-B samples. It can be seen the color
coded orientation map along with the inverse pole figure from which a qualitative
view of texture cam be made.

From the inverse pole figures, it can be seen that in both sections the sample
orientation distribution do not favour the formation of preferential orientations of
notable manner and that there is not an orientations clustering.

Table 2 API-5L X46 microstructural characteristics of S-A and S-B samples

Sample Ai Ω12 SB Grain size G %
Inclusion

%
Ferrite

%
Pearlite

S-A 1.50 0.24 3.54 6.4 0.035 85.11 14.87

S-B 4.08 0.065 0.98 9.2 0.20 59.09 40.91
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Tensile Properties

Room-temperature tensile properties were obtained as listed in Table 3.
The both steels showed a yield strength (Ys) over 339 MPa (49 ksi), satisfying

the strength requirements of API X46 grade pipeline steel. According to the tensile
tests, the C direction has the higher yield and tensile strengths than the L direction,
but lower elongation. On the other hand, he C direction does not show the yield
point phenomenon, whereas the L direction do. Kim et al. [13] explained the yield
behavior in terms of presence and amount of secondary phases contained in the
acicular ferrite structure. They reported that the quasi-continuous yield behavior
occurred with increasing volume fraction of the polygonal ferrite.

Charpy Impact Properties

Charpy impact tests results, of all the specimens in the longitudinal and circum-
ferential orientations, are shown in Table 4. The CVN energy in the CL direction is
lower than the LC direction. According to the CVN results, the fracture toughness
values (KIC–CV) were calculated in order to estimate the fracture resistance differ-
ence between the CL and LC directions, it could be seen a (KIC–CV) difference
larger than 10%.

Fig. 5 The ODF 45° section for the API-5L X46 steel. a S-A, b S-B
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(a)

(b)

Fig. 6 Color coded map,
longitudinal section of
API-5L X46 steel. The results
are presented relative to the
normal direction (ND) and
rolling direction (RD). a S-A,
b S-B

Table 3 Tensile mechanical
properties of API-5L X46
steel for S-A and S-B samples

Direction Ys
(MPa)

UTS
(MPa)

%
Elongation

UTS/
Ys

S-A

L 339 504 35.3 1.48

45° 396 516 35.7 1.30

C 428 533 32.3 1.80

S-B

L 354 534 37.9 1.50

45° 335 521 36.3 1.31

C 422 557 33.4 1.54
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Conclusions

A low and a high banding degree steels, with API-5L grade X46 specification, were
evaluated. It was observed that a higher degree of microstructural banding results in
lower fracture toughness values. Although the two steels are X46 specification and
met the tensile strength requirements, the fracture toughness variation between the
less bare steel and the more bare steel is up to 50%. In contrast, the properties of
uniaxial tension do not present significant variations, since the differences between
steels are around 5%.

The steels presented anisotropy in their mechanical properties amongst direc-
tions. It was observed that both tensile and fracture toughness vary to approxi-
mately 30%. For both properties (tension and fracture toughness), the L direction
has the lowest values. This behaviour was observed in the two studied steels. The
yield stress varies between 10 and 25% amongst directions, while fracture tough-
ness varies between 6 and 24%.
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Analysis of Mechanical Behavior
of the Underlying Soft Tissue to Ischial
Tuberosities Using Finite Element Method

Diana Alicia Gayol-Mérida, Víctor Manuel Araujo-Monsalvo,
José de Jesús Silva-Lomelí, Víctor Manuel Domínguez-Hernández,
Marcos Martínez-Cruz, Elisa Martínez-Coría, Martín Luna-Méndez
and Aylenid Alemán-Pérez

Introduction

Pressure injuries according to National Pressure Ulcer Advisory are defined as “a
localized damage to the skin and/or underlying soft tissue usually over a bony
prominence or related to a medical or other device. The injury can present as intact
skin or an open ulcer and may be painful. The injury occurs as a result of intense
and/or prolonged pressure or pressure in combination with shear. The tolerance of
soft tissue for pressure and shear may also be affected by microclimate, nutrition,
perfusion, co-morbidities and condition of the soft tissue” [1].

Patients with neurological problems that disrupt the sensitivity and mobility are
prone to develop pressure injuries. In the world are estimated that 7.4 million people
are suffering pressure injuries, excluding developing countries [2]. The subjects who
suffer spinal cord injury due their sensitivity and mobility restrictions have tendency
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to develop pressure injuries. At Instituto Nacional de Rehabilitación Luis Guillermo
Ibarra Ibarra (INRLGII) (CDMX, Mexico) was carried out a study about incidence
of pressure injuries in subjects with spinal cord injury; the results are 61% of subjects
with spinal cord injury had records of pressure injuries [3]. Pressure injuries are
quality indicator of healthcare systems; every year, it is assigning resources for their
treatment [4]. According to Sociedad Iberolatinoamerica Úlceras y Heridas
(SILAUE) 95% of pressure injuries are prevented [5]. A strategy wide spread to
prevent pressure injuries is to use support surfaces like wheelchair cushions or
mattress; they are manufactured in several materials (gels, foam, filled with air or
water), these surfaces redistributed the body weight in order to avoid high stresses in
areas prone to develop pressure injuries like sacrum, heel and ischial tuberosities. In
order to assess surfaces the interface pressure is measured between subject and their
surface, these measurements do not guaranteed to avoid internal tissue damage. The
internal high stresses can be precursor of Deep Tissue Injury (DTI), it is characterize
by an intact or non-intact skin with an area of persistent non-blancheble deep reed or
purple discoloration, but subcutaneous tissues are severely damage, and can be fatal
due health complications (tissues infection, cellulitis, osteomyelitis or sepsis) [1];
according to Xio et al. [6], this injury is clinically challenging because the damage
cannot be notice until it propagates to the skin surface. Gefen et al. [7] propose the
use of computational models to simulate behavior of internal tissue loads in order to
design support surfaces that reduce internal tissue stresses.

The present study approaches in behavior of stresses and strains generated in
underlying soft tissue to ITs, applying FEM, in order to know the mechanical
conditions that influence in development of pressure injuries.

Method

The CAD pelvis model was built from tomographic slices from a pelvis epoxy resin
copy of a male subject cadaver, with 70 kg of weight and 1.70 m of high.
364 tomographic slices and 0.635 mm between of them were obtained. The images
were in DICOM format (Digital Imaging and Communication in Medicine) so they
can be processed in SolidWorks (Dassault Sistems, Vélizy-Villacoublay, France)
and the keypoints were obtained.

The keypoints were imported to COMSOL Multiphysics Inc., Burlington, MA,
USA Version 5.2 to obtain 3D model (Fig. 1). The soft tissue underlying ITs, was
simulates by two blocks of 60 � 80 � 32 mm. The simulation conditions were: the
tissues (bone and soft tissue) were assumed linear and isotropic: bone (E = 17E to
4MPa, t = 0.38) and soft tissue (E = 20 MPa, t = 0.42) [6, 8, 9]. The model was
built with Solid92 elements (tetrahedrons of 10 nodes), the model contains 276,449
elements with 461,655 nodes (Figs. 1 and 2).

The condition load was 450 N, it is corresponding weight trunk of a man of 70
weight [10], and was applied in the sacrum´s base; the contact elements were
between soft tissue blocks and ITs; the restriction was applied in the bottom of soft
tissue blocks (Fig. 3).
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Every soft tissue block contained a cylinder of 20 mm of diameter and 36 mm of
high (17 mm were soft tissue underlying ITs; 17 mm were soft tissue over skin
layer; 2 mm were skin layer), these cylinders simulated pressure injury (Fig. 3).
The cylinders were located underlying to ITs. The right cylinder was the health

Fig. 1 Building 3D CAD pelvis model. a Epoxic Resine model. b Tomographic slice c Keypoints
d Areas to build volumes e 3D CAD f Meshing model

Fig. 2 Load applied in the
sacrum’s base

Fig. 3 Soft tissue block of
60 � 80 � 32 mm, the
cylinder simulated a pressure
injury
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side, and the left cylinder was the injured side. Six cases of injuries were simulated
(Fig. 4):

Case 1: Both sides were healthy.
Case 2: Right side was healthy; left side simulated a part of soft tissue damaged

underlying IT without included skin layer.
Case 3: Right side was healthy; left side simulated all soft tissue damaged

without included skin layer.
Case 4: Right side was healthy; left side simulated all soft tissue damaged

included skin layer.
Case 5: Right side was healthy; left side simulated skin layer damaged.
Case 6: Right side was healthy; left side simulated skin layer and part of soft

tissue over skin damaged.

Fig. 4 Six cases of pressure injuries
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Results

In Fig. 5 it is observed maximum strains for all cases. We put into the graph healthy
side (Right) versus damage side (Left).

In Fig. 6 it is observed maximum von Mises stresses for all cases. We put into
the graph healthy side (Right) versus damage side (Left).

Fig. 5 Maximum strains

Fig. 6 Maximum von Mises stresses

Analysis of Mechanical Behavior of the Underlying Soft Tissue … 71



The strains in Cases 2, 3 and 4 are increasing, until damage in tissue are
increasing. In Cases 5 and 6, strains are less than Cases 2, 3 and 4, but they are
higher than strains recorded in healthy side.

The stresses are higher in the cases that injured tissue is near to IT, this behavior
is similar to strains behavior, but in Case 4 it is observed that stress decreases. In
Cases 5 and 6, these injuries are similar to external pressure injuries, according to
NPUAP Stage 1 or 2; the stresses are than healthy side (Right).

Discussion

The strains and stresses are higher when the injury is near to IT, this injury gen-
erates high stresses in early stage, and it could damages more quickly internal soft
tissue, without it noticed by physician this is the case of DTIs. In Cases that injured
tissue is closer to skin layer or it is skin layer, stresses are lower than healthy tissue,
it could be influence in the Interface Pressure measurements; this result should be
study further.

In other hand, the studies developed with physics models indicated that stress
point in under IT; Gefen and Levine [11] reported maximum stresses between 5 and
11 times higher than external maximum stresses. In our FEM simulation the internal
maximum stresses are 4.54–6.26 times higher than external maximum external
stresses, this highlight is agree with Gefen and Levine [11] experiment.

The used of FEM in order to study the mechanical behavior in internal tissue can
apply to design surface that to relieve internal stresses and strains.
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Study of the Endurance Limit of AA7075
Aluminum Produced by High-Pressure
Vacuum Die Casting Analyzed
by Classical Whöler Curve

David Levasseur, Jimmy Simard, Francis Breton and Lotfi Toubal

Introduction

Casting 7075 with the high pressure vacuum die cast (HPVDC) process poses many
difficulties due to the high die soldering tendency of the alloy. Further, the
microstructure of the as cast parts contains many defects, some caused by the
process itself, but others due to the solidification path of the alloy. The defects that
are inherent to the HPVDC process are oxide film entrainment, and externally
solidified particles. Porosity, which is known to plague high pressure die cast parts,
is mitigated by the application of vacuum. However, shrinkage porosity and hot
tearing tendency are inherent to the alloy solidification process. Defects in con-
ventional high pressure die casting (without vacuum assistance) such as porosity,
intermetallic particles and oxide films are well known fatigue crack initiation sites
[1]. Porosity is among the most detrimental defect to fatigue life of part produced
from all casting processes [2, 3]. Surface or sub-surface porosity act as local stress
concentration and accelerates the crack initiation phase. It is often assumed that the
crack initiation time can be ignored in castings because of the presence of porosity
[4]. However, the surface of aluminum high pressure die casting parts is dense due
to the high solidification rate at the mold interface and porosity is not the dominant
initiation site of fatigue cracks in such parts. In A356 aluminum produced by
conventional high pressure die casting the fatigue, crack was found to initiate from
sub-surface eutectic microconstituent [5]. The presence of micro-pores (5 µm
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average diameter) near the surface of conventional high pressure die casting alu-
minum parts, due to dissolved hydrogen in the melt, were found to initiate fatigue
cracks [6]. The maximum pore size and the dendrite arm spacing (DAS) were
reported as the most significant factors influencing the fatigue life of aluminum
castings [7].

This study will focus on the fatigue behavior of HPVDC 7075 alloy in the T73
condition as well as the effect of grain refiner on the fatigue life and microstructure
of the cast 7075.

Experimental

The HPVDC Process

The 7075 aluminum alloy used in this study had the chemical composition given in
Table 1.

The alloy was melted in a 500 lbs clay-graphite crucible in an electric furnace
that was also used for holding the melt at the process temperature during the trials.
The molten alloy was degassed with a rotary degasser using argon and a reduced
pressure test was performed to validate the hydrogen level lower than 0.07 ml/
100 g.

The trials were carried on a Bühler Evolution 26D die casting machine (Bühler,
Switzerland) using a prototype plate mold that is used mainly for alloy develop-
ment. Figure 1 shows the part that was cast in this study.

The mold was evacuated with a vacuum unit (Castool, Canada), and ther-
moregulation is maintained by hot oil flowing through the mold. Grain refiner
(GR) was added to the melt in the form of 5:1 TiB2 master alloy rod. Two levels of
GR were cast: 0 and 50 ppm. The HPVDC process was set into steady state
operation by pouring 20 parts. Following the warm up casting, 20 parts were
produced for each level of GR in the melt. The main process parameters were a gate
velocity of 50 m/s, die temperature of 200 °C and melt temperature of 760 °C.
Unusually high melt temperature was used to avoid formation of externally
solidified particles in the shot sleeve due to the small shot weight and heavy shot
sleeve section.

Table 1 Aural™2 composition determined by Optical Emission Spectrometry

Alloy Si Fe Cu Mn Mg Zn Cr Ti Sr

Cast 7075 0.12 0.26 1.55 0.27 1.96 5.50 0.20 0.004 0.014

7075 spec 0.4 0.5 1.2–2.0 0.3 2.1–2.9 5.1–6.1 0.18–0.28 0.2 0.05
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Heat Treatments

The casting structure in the as cast condition is composed of aluminum alpha grains
and solute rich interdendritic compound. This segregation of solute to interdendritic
regions can be homogenized during the solution treatment due to the high diffusion
rate experienced at the solution treatment temperature. Therefore, the solution
treatment duration was determined based on the time needed to homogenize the
parts. The solution treatment temperature for HPVDC parts is a critical parameter as
it should be as high as possible to produce a supersaturated solid solution upon
quenching; however, to avoid blistering, the solution treatment temperature and
time are typically low. Solution temperatures of 450 and 480 °C were tested for 1–
16 h. Blistering was difficult to avoid completely and in order to minimize it, the
solution treatment temperature that was selected was 450 °C. The solution treat-
ment time was set at 16 h to improve the homogeneity of the cast structure. The
T73 artificial aging treatment for 7075 consisted in a two-step heat treatment: 8 h at
107 °C followed by 27 h at 163 °C.

Sample Extraction and Size

Tensile test bars were extracted from the castings based on the ASTM E8 standard
geometry. Each casting yielded 2 tensile bars that were tested in the F and T73
conditions to evaluate the yield strength (YS), tensile strength (UTS) and elongation
(EL) of HPVDC 7075 alloy. The tensile test were done on a Tinius Olsen Superl—
120 press using displacement control to maintain a strain rate of 0.03 po/min from
stress level of 50–430 MPa and a strain rate of 0.1 po/min from 430 MPa to failure.
The tensile test results were averaged out of a sample size of three tensile bars.

The uniaxial tensile fatigue test samples were machined from the castings
according to the geometry given in ASTM E466 standard. The fatigue specimen
dimensions are given in Fig. 2.

Fig. 1 Prototype plate 65 � 220 � 3 mm
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The uniaxial tension-tension fatigue tests were performed on a MTS machine
equipped with MTS FlexTest 40 digital controller using load amplitude ranging
from 3.2 kN (170 MPa) to 6.2 kN (329 MPa) and with R = 0.05.

Microstructure Observation

Samples for microstructure observation were cut from the grip section of tensile test
bars using a SiC abrasive wheel with coolant. The samples were mounted in resin,
ground and polished using appropriate procedures for metallography. The grains
were revealed using immersion etching in 2 g NaOH, 5 g NaF and 93 ml water (2–
3 min) and cross-polarized light microscopy. An image analysis software (Clemex,
Canada) was used to measure the grain size in the center of the plate thickness. The
grain size measurements were all taken at least 200 µm under the surface of the
casting to avoid the very fine surface layer.

The fatigue crack initiation site was observed on the fracture surface of failed
samples using a scanning electron microscope (Hitachi SU-3500).

Results and Discussion

Homogenisation and Microstructure Observation

The microstructure shown in Fig. 3 is the 7075 without GR both in the as cast
(F) and heat-treated (T73) condition (450 °C, 16 h + aging).

In the F condition, the microstructure contains large solute enriched inter den-
dritic regions, however the amount and size of solute rich regions decreases after
the 16 h solution treatment as can be seen in Fig. 2b. The EDS analysis (not shown
in this paper) revealed that both in the F and T73 conditions, Cu, Zn, Mg, Si, Fe, Cr
segregation was present in the interdendritic regions as compared to the primary
phase.

To assess the extent of the homogenisation during solution treatment, electrical
conductivity measurements were obtained from each solution treatment time as
presented in Fig. 4.

Fig. 2 Uniaxial tensile fatigue specimen size
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The conductivity measurements varied from 23.56 to 23.91%IACS in the as cast
condition, 24.36–25.03 after 16 h and 29.6–31.46 after 24 h solution treatment at
450 °C. The conductivity of 7075 T73 and 7075 T6 was reported as 37.6%IACS
and 32.0%IACS respectively and both were brought to 41–42%IACS after 1 h
annealing at 315 °C. The observed increase in electrical conductivity is unusual for
a solution treatment. Typically, the electrical conductivity is inversely proportional
to the amount of solute trapped into solid solution. However, since the solute rich
regions form a continuous network at grain boundaries in the as cast state, there is
no path of least resistance. As the homogenization proceeds, the resistance
decreases. The electrical conductivity was the highest after 24 h solution treatment,
however the castings were distorted and blistering defects was worst than for the
16 h trials. Therefore this condition was excluded for the mechanical test.

The grain size was measured as a function of solution treatment time to assess
grain growth. The measurements are reported in Fig. 5.

The grain size after up to 16 h solution treatment at 450 °C was between 13 and
15 µm. These values are within experimental error of the grain size after 1–8 h

Fig. 3 a As cast microstructure observed in backscattered electron mode, b T73 microstructure
using a solution treatment temperature of 450 °C for 16 h
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solution treatment. The integration of 50 ppm TiB2 in 7075 produced by HPVDC
did not decrease the grain size. The rapid cooling in the die cavity is responsible for
the fine grain size (<20 µm), and the addition of TiB2 could not reduce it further. As
such, the amount of nucleation sites added with 50 ppm TiB2 was not substantially
higher compared to the nucleation sites formed during the injection and solidifi-
cation of HPVDC 7075.

Mechanical Properties

A tensile test map of the yield strength and elongation obtained in the F condition
and the T73 condition for each solution treatment time is shown in Fig. 6. Note that
only the results of tensile specimens without defects are presented. Since defect free
samples were not obtained for the 2 and 4 h solution time for both GR level, neither
for the 8 h solution treatment for the no GR alloy, they are not represented on
Fig. 6.

The tensile properties obtained in the F condition was a YS of 206 MPa, a UTS
of 255 MPa and elongation of 2%. The tensile properties of the alloy in the as cast
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condition are superior to all common secondary HPDC alloys, and could be further
improved by the T73 heat treatment.

The solution treatment duration did not have a strong influence on the YS or the
elongation of the 7075 cast with 50 ppm TiB2, however there was a difference in
tensile properties between the grain refined and non grain refined alloys. The YS
and EL results obtained in the T73 condition ranged from 380 MPa (No GR) to
432 MPa (50 ppm TiB2) and 2.84% (50 ppm TiB2) to 5.04% (No GR) respec-
tively. More results are needed to assess statistically the effect of TiB2 on the
mechanical properties of HPVDC 7075.

The cycles to failure are presented in the form of Whöler curves in Fig. 7 along
with reference data for wrought 7075-T6.

The samples tested had a fatigue life in line with the reference data, but lower
than 7075 TMP (Thermomechanical processed). Analysis of the fracture surface
was done to assess the failure mechanisms.

Fractography

The fracture surfaces of two samples tested with the same alternating load are
compared in Fig. 8.

The crack initiation sites are identified with an arrow. The crack initiation site
appears to be located in the center of the sample, where most casting defects are
present in HPVDC. The backscattered electron image of the fracture initiation site
in the sample with no GR reveals a slightly darker area (circled) which could be due
to the presence of oxide film or segregation of heavier solute elements. Both
samples presented the same defect and fracture initiation site away from the surface.
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It is known that the surface layer (the “skin”) of HPVDC parts is denser and has
better properties than the core of the casting. This is due to the very fast solidifi-
cation of the aluminum that first contact the mold surface. Since the casting used in
this study is thin (3 mm wall thickness), it has a strong contribution from the
surface layer to the overall mechanical strength of the part. The fatigue life of a part
is influenced by its surface condition (roughness, hardness, defects), and it could
explain the fatigue life obtained that is comparable to wrought alloy.

Figure 9 show another sample that failed after 250 k cycles at a load of
207 MPa.

The fracture initiation site was located closer to the surface because of the
presence of a blister as shown in Fig. 9b. Observation of the fracture surface of all
samples revealed that the fracture propagation path preferentially followed
shrinkage defects and interdendritic regions as suggested by Fig. 10.

(a) (b)

(c) (d)

Fig. 8 a Fracture surface of a HPVDC 7075 alloy without GR in the T73 condition,
b Microstructure of a fracture surface of a HPVDC 7075 alloy with 50 ppm TiB2 in the T73
condition, c crack initiation site in a, d crack initiation site in b
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Summary

The HPVDC process was used to produce 7075 prototype plates to assess the alloy
mechanical properties and the effect of grain refiner on the fatigue life. The process
was found to yield good parts but shrinkage and hot tearing defects inherent to the
alloy could not be avoided. Moreover, the defects associated with the HPVDC
process were found to be better crack initiation site compared to shrinkage porosity.
The crack propagation was found to follow the interdendritic region and shrinkage
defects. The addition of GR to the melt was not found to decrease grain size, but
increased the tensile strength at the expanse of lower elongation. The GR did not
have noticeable effect on the fatigue life or failure mechanism.

Fig. 9 a Fracture surface of HPVDC 7075 with 50 ppm TiB2 showing a linear defect, b blister
present under the surface that initiated the fatigue crack

Dendrite tips

Fig. 10 Fracture surface of
HPVDC 7075 showing the
presence of many dendrite
tips
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Life Prediction of a Mono Contact
Aluminum/Steel at Constant and Variable
Amplitudes Loading in Fretting Fatigue
Configuration

A. Belloula, A. Amrouche and M. Nait-Abdelaziz

Introduction

Fretting can be referred as a material damage caused by small oscillatory move-
ments between the contacting bodies. Combined with cyclic fatigue loading, the so
called fretting-fatigue loading can induce catastrophic damages, which critically
reduce the endurance of assemblies or structures [1]. Due to the contact a local
stress and strain concentrations are induced in the bodies and the stress state in the
contact zone is multiaxial and consequently leads to a decrease of the fatigue
resistance of materials compared to the uniaxial loading [2].

In addition, fretting fatigue experiments aim to represent industrial problems and
most of them endure variable loadings. Being able to assess lifetime of structures,
especially for variable loading applied for very high number of cycles, is essential
as experimental validation is often too expensive.

Crack nucleation risk is usually investigated by applying multi-axial fatigue
criterion. Predictions were improved by considering the severe stress gradients
imposed by the contact loading, using non-local process volume stress averaging
strategy [2–4] or equivalent critical distance [5]. Hence, that allows to compute the
estimated life under fretting fatigue. Some researchers have used continuum dam-
age mechanics (CDM) approach and lifetime up to crack initiation can be estimated
using bulk material properties [6].
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Materials—Experiments—Simulation

The studied material is a 6082-T6 aluminum alloy (E ¼ 70GPa, t ¼ 0:33,
r0:2% ¼ 278MPa); it exhibits an important scattering of the grains size varying
from approximately 30–130 lm [2]. The fatigue response of this material is
modeled with the Basquin law 1180(N)−0.139. The material was then tested under
various fretting fatigue conditions, using a cylinder/plane contact configuration,
with a cylinder of 12.7 mm radius, a normal force P = 1 kN being applied on the
flat specimen. The cylinder was made of Z160CDV12 steel (E = 207 GPa,
t ¼ 0:3). The fretting fatigue test device is shown in Fig. 1a. It consists in two
hydraulic actuators which allows controlling independently the normal force P and
the applied fatigue stress (r). The fretting actuator imposes a purely sinusoidal
cyclic fatigue stress r(t) on the specimen, generating an cyclic tangential load Q(t)
on the contact surface. During the test, normal force P and tangential force Q were
recorded. As crack nucleation was to be investigated, the displacements were kept
small enough to maintain partial slip conditions. All tests were performed at con-
stant normal force P. The frequency was fixed at 20 Hz, high enough to investigate
a long test condition and low enough to guarantee test control stability. The fretting
stress ratio was R = 0.1. The crack initiation is assumed to occur when a certain
limit of the amplitude variation of displacement has been reached, which leads to
the detection of a crack of about 1 mm length. For more detailed information,
readers are referred to reference [2].

Finite element analysis was carried out using Abaqus 6.9 software. A 2D plain
strain model of the fretting fatigue test was generated (Fig. 1b). The dimensions and
boundary conditions reproduce the experimental conditions. The model was
meshed with CPE3-type linear triangular elements, except in the contact zone
where CPE4R-type linear quadrilateral elements were used; this zone was also
meshed more densely than the other regions (squares of 5 lm length).

Surface-to-surface discretization with small sliding was adopted for contact
accommodation. The Lagrange multiplier was selected as the contact algorithm.
The friction coefficient of the contact l was determined experimentally using the
variable loading technique described by Belloula et al. [2], l = 0.5. Based upon test

Fig. 1 Fretting fatigue test device, a Experimental b Simulation
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results obtained by Borregois [7] on a 6082-T6 alloy, the Armstrong–Frederick’s
nonlinear kinematic hardening plastic model [8] was used to model the cyclic
behavior of the material.

Multiaxial Criterion

Smith-Watson-Topper (SWT)

SWT parameter can be used to predict fretting fatigue crack initiation life. It is
defined as the product of the normal strain amplitude, ea, and the maximum normal
stress rmax. The parameter proposed by Smith et al. [9] can be expressed as a
function of number of cycles to initiation (N) as:

SWT ¼ rmax � De2 ¼ r2f
E

2Nð Þ2b þ rf ef 2Nð Þbþ c ð1Þ

Cracking Energy Density (CED)

The cracking energy density (Wc) proposed by Mars [10] for the analysis of fatigue
crack nucleation under multiaxial loading in the case of rubber materials, is
expressed as follows:

DCED ¼ dWc ¼~r �~e ¼ ~rT � r� �
de �~r� � ¼ f Nð Þ ð2Þ

where~r is a unit vector that defines the normal to the virtual crack plane, ~r is the
stress tensor and~e is the strain tensor increment.

This parameter was used to estimate fatigue life when dealing with fretting
fatigue [2].

Continuum Damage Model

Linear Miner’s Rule

Failure of a component subjected to different fatigue loadings is supposed to occur
if the cumulative damage sustained by the component equals or exceeds unity [11].
Cumulative damage is the sum of the damage fractions (D) due to each individual
fatigue loading undergone by the component.
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D ¼ D1 þD2 þ � � � þDi�1 þDi ð3Þ

where Di ¼ ni

N is the damage fraction due to an individual fatigue loading. The
rupture occurs when D = 1.

The Non-linear Damage Stress Model (DSM)

The Damaged Stress Model (DSM) which was developed and detailed in [12] is
regarded as having many advantages such as taking into account the loading history
and the non-linear damage accumulation. This damage indicator is easily connected
cycle by cycle to the (S-N) curve.

The expression of the DSM indicator gives the increase of damage Di due to a
given applied stress ri and is defined as follows:

Di ¼ red � ri
ru � ri

ð4Þ

where red is the damage stress; ri is the applied stress and ru the ultimate stress.
A detailed description of the damage stress model is given in [12].

Results—Discussions

The obtained values for the constant amplitude loading case are compared with the
reference curve given by the high cycle fatigue under uniaxial tension (S-N curve).
The results clearly show that the data obtained, when calculated on a material point
on the contact surface, strongly deviate from the reference curve. To address this
issue, it was suggested to average the mechanical quantities (stresses and strains) in
a so-called process zone and then apply the fatigue criteria by using these quantities.
The optimum value of the effective size was found of about 30 lm [2].

In the variable loading conditions, two blocks of different fretting fatigue loading
were applied. The aim of this set of tests is to determine the influence of increasing
(225–250 MPa) or decreasing (250–225 MPa) loading conditions on lifetime and
to determinate the fretting fatigue lifetime under variable block loading.

For fretting fatigue loading, we introduce a modified damage stress model
(MDSM), and defined as the ratio increment of parameter value Pred due to stress
damage over the difference between the parameters due to ultimate stress Pru and
the applied stress Pri . The damage MDSM indicator is therefore defined as:

Di ¼ Pred � Pri

Pru � Pri
ð5Þ
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Figure 2 represents the fatigue damage evolution for two configurations; they
show the evolution of the damage according to the number of cycles for damage
stress model, Miner’s model and the experimental results calculated by the sum of
fractional damage (Miner law). The damage evolution given by Miner rules is
linear; the curve is composed of straight portions associated to the elementary loads.
The DSM model evolves in a nonlinear way. This model allows to take into account
the loading history.

Figure 3 presents the evolution of the damage according to the number of cycles
using the uniaxial fatigue curves obtained with SWT and CED parameters.

During the total lifetime of specimens and for different types of loading
increasing (Fig. 3a) and decreasing (Fig. 3b), the evolution of the damage deter-
mined by the modified DSM model is below than that obtained by Miner rule’s.
This difference comes from the nonlinearity and the loading history accounted for
in the DSM model.

Fig. 2 Damage evolution as a function of number of cycles

Fig. 3 Damage evolution as a function of number of cycles: a Increasing and b Decreasing
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Conclusion

The crack initiation of fretting fatigue was investigated both experimentally and
numerically. A finite element analysis was used to obtain the stress and strain states
at the zone of contact thus to predict crack initiation. The result shows the existence
of a local influence on the initiation of the cracks due to the severe gradients present
in the contact zone. Averaging stress and strain within a process zone and use these
quantities to compute the multiaxial fatigue parameters allows to lessen this strong
effect.

To predict the fretting fatigue lives, two multiaxial fatigue parameters, namely
Smith-Watson-Topper “SWT”, and Crack Energy Density “DCED” were coupled
with damage laws. The first one is the linear law developed by Palmgren-Miner and
the second one is a nonlinear Damage Stress Model (DSM). The estimates obtained
with the modified (DSM) model are in good agreement with the experimentally
measured ones and seem very promising to predict fatigue life under conditions of
fretting fatigue.
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Influence of Microstructure on Fatigue
Crack Formation and Growth
in a Low-Carbon Steel

Donka Angelova, Rozina Yordanova and Svetla Yankova

Introduction

In the present work investigations of microstructurally-short fatigue crack propa-
gation are done at tension-tension (T-T), rotating-bending (RB) and pure-bending
(PB) loading conditions in clarifying relationship between the typical features of the
studied microstructure and the specific behaviour of crack growth through it. The
microstructural features can act as stress raisers or can cause shielding effect at the
crack tip. The microstructural barriers can reduce the effective driving force for
crack propagation and that is why short crack growth is so microstructurally sen-
sitive; all the variations in the microstructure surrounding the crack tip are
responsible for its specific growth behaviour [1, 2]. Three different groups of
specimens are used: two groups of hour-glass specimens [3] and one group of flat
specimens notched by Focused Ion Beam (FIB) technique [4, 5]. The obtained data
are presented by combining microstructural photos, and plots “Crack length—
Cycles”, “Crack growth rate—Crack length”, “Crack growth rate—Effective stress
intensity factor range”; newly modified and new mathematical models of fatigue
crack propagation are introduced.

Experimental Procedure: Material Specimens and Testing

A rolled low-carbon, low-alloyed steel, ROLCLAS, marked as 09Mn2 Steel
(ac-cording to the Bulgarian Construction Steel Standard), used mostly for offshore
applications and in shipbuilding, was subjected to T-T, RB and PB fatigue.
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The chemical composition of ROLCLAS and its mechanical and microstructural
characteristics are shown in Table 1. ROLCLAS was available in sheets of 8 mm
thickness. Its microstructure revealed a sequence of long and uniform pearlite and
ferrite bands, Fig. 1a. The bands are wider in the middle of the sheet but loose and
thinner close to the surface.

Two groups of hour-glass specimens were under investigation: Group A for T-T
fatigue, Fig. 1b; and Group B for RB fatigue, Fig. 1c. Shape and sizes of notched
flat specimens for PB fatigue (Group C) are shown in Fig. 1d, [5]. These specimens
have four micro-notches machined by FIB technique in different positions in the
microstructure, Fig. 2a, b; the notch geometry is presented in Fig. 2c, d. Three of
the notches are central; the forth one is an edge notch aligned with the top notch
from the group of the central notches. The distance between notches is 200 lm.

The T-T tests were carried out on Amsler Fatigue Machine (Institute of Metals
Science, Bulgarian Academy of Sciences) at the following loading conditions:
applied stress range Dr = 396 MPa; stress ratio R = 0.1; frequency—190 Hz. The
RB tests were conducted on a table model Fatigue Rotating-Bending Machine,
FATROBEM-2004 (Fracture and Fatigue Laboratory, UCTM-Sofia [4]); the
loading conditions were: Dr = 580 MPa and 620 MPa; R = −1; f = 11 Hz. The
PB-tests were carried out on Schenk Fatigue Machine (Erich Schmid Institute of
Materials Science, Austrian Academy of Sciences, Leoben) under constant stress
control at: stress level 580 MPa, R = −1, f = 5 Hz [5]. The surface short-crack
propagation on the hour-glass specimens was monitored by acetate-foil replica

Table 1 Chemical composition, mechanical and microstructural properties of ROLCLAS 09Mn2

Chemical composition

C
(%)

Si
(%)

Mn
(%)

Cr
(%)

Ni
(%)

P
(%)

S
(%)

Cu
(%)

Al
(%)

As
(%)

0.09 0.28 1.63 0.05 0.04 0.017 0.026 0.13 0.12 0.014

Mechanical and microstructural properties

Tensile
strength rB

(MPa)

Proof strength
r0,2 (MPa)

Cross section
contraction w
(%)

Hardness HB
(MPa)

Average grain
size (lm)

482 382 62.3 148 25.6

Fig. 1 Microstructure of cross section of ROLCLAS specimens (a); hour-glass fatigue specimens
for tension-tension (b); and rotating-bending fatigue (c); notched flat fatigue specimen for
rotating-bending fatigue (d); all dimensions are in mm
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technique during a fixed interval of fatigue cycles, and observed on the replicas by
an optical micro scope used as well for measuring of surface crack lengths. The
short fatigue-crack experiments with notched flat specimens included test inter-
ruptions at every 1000 cycles for (in situ) examination of specimen surface with
optical and SEM-microscopy. The crack lengths were measured by using an image
analyzer [5].

Results and Discussion

Data obtained from the conducted fatigue experiments with specimens from Groups
A, B, C—the crack lengths a, at the corresponding numbers of cyclesN are plotted as:

– functions “Crack length, a—Number of cycles, N”, {a−N}, in log-log scale,
shown in Fig. 3a;

– functions “Number of cycles, N—Crack length, a”, {N−a}, in semi-log scale,
N in log scale and a in ordinary scale; they are presented in Figs. 3b, 4, 5, and 6;

– functions “Crack growth rate da/dN—Crack length a”, {da/dN−a}, in semi-log
scale, (N in log scale and a in ordinary scale, Figs. 4, 6, and 7) represented by a
Parabolic-Linear Model, PLM, proposed and described in detail in [6, 7] and
newly modified in [8, 9]; PLM consists of three sections—two parabolas and a
linear part—and is applied to the data of all presentations {da/dN−a}, Figs. 4
and 7; the three sections of PLM are located in the following a-intervals [0, d1],

Fig. 2 FIB-machined micronotches in a specimen of Group C: central notches (a), edge notch
(b); notch geometry (c), (d); cracks starting from notches at stress range 580 MPa (e); two parts of
the fracturing crack according to the axis perpendicular to the top central notch (f)—right part with
cracks 1, 2 (started from the edge notch aligned with the top central notch) and crack 3 (started
from the top central notch), and left part with crack 4 (started from the top central notch); crack
bifurcation at point A and crack merging at B
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[d1, d2], [d2, a]) where d1, d2 are known as microstructural barriers connecting
with microstructural influence on crack propagation;

– functions “Crack growth rate da/dN—Effective stress intensity factor range
DKeff = f(Dr)a1/2”, {da/dN−DKeff}, in semi-log scale (N in log scale and a and

Fig. 3 Plots {a−N} for cracks from Groups A, B, C—T-T, RB, PB—(a); {N−a} for cracks 1, 2,
3, 4 from Group C specimen—PB—(b); {N−a} Plot from (b) uses a coordinate system with N-axis
located in the middle of the central notches specifying left and right cracks propagation

Fig. 4 Group C: Microstructural paths of a crack 4 (which is the left part of the two-parts
notch-specimen fracturing crack, Fig. 2f) and b part of crack 1, crack 2 and part of crack 3 (which
together form the combined right part from the 2-parts notch-specimen fracturing crack, Fig. 2f)
with their corresponding growth rates in {da/dN−a} terms, propagation in {N−a} terms, and PLM
applied to all data of {da/dN−a} Plot; here a part of crack 1 reaches the bifurcation point A, and a
part of crack 3 reaches the merging of cracks 2 and 3 at point B
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DKeff in ordinary one) represented by a new Linear Model, LM, Fig. 5; DKeff is
calculated in the same way as DK describing data from long fatigue-crack tests,
f—the geometry factor in DK, Dr—the applied stress range.

Propagation of the observed short cracks through the microstructure is presented
in Figs. 2e, f, 4, 5, and 6.

The first analysis begins with a notched specimen from Group C. This specimen
shows appearance of 8 cracks started from the notches, Fig. 2e, f [5]. Our main
interest is focused on cracks 1, 2, 3, 4 which fracture the specimen, Figs. 2f, 3, 4,
and 5. The longest crack is crack 2, which originates from crack 1 as its branch at
N = 15,000. At this moment crack 1 has a length of 107,73 µm and higher da/dN
than the others, Fig. 3b, but later on it becomes a non-propagating crack and stops
at N = 27,000 with final length of 367,36 µm. After a bifurcation at point A,
Fig. 2f, crack 2 grows faster and more differently than the other cracks during the
rest of fatigue lifetime, Fig. 3b; it causes the specimen failure, merging with cracks
3 (point B) and 4 which start from the top central notch. (In the beginning of its
propagation crack 2 starts with permanently increasing da/dN, when the other

Fig. 5 Group C: Microstructural paths of crack 4 (a); the combined crack consisting of part of
crack 1, crack 2 and part of crack 3 (b); and the whole fracturing crack of the notched specimen
(c); microstructure is presented with crack corresponding growth rates in {da/dN−DKeff} terms,
propagation in {N−a} terms, and LM applied to all data of {da/dN−DKeff} Plot

Fig. 6 Combined plots {da/dN−a & N−a} in semi-log scale for Group A (a); and Group B at
Dr = 580 MPa (b) and Dr = 620 MPa (c); d1 and d2 are the microstructural barriers in PLM [8,
9]
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cracks show mostly decreasing da/dN due to an intensifying crack closure effect. In
detail as it is described in [5] the micronotch surfaces do not contact during the
loading, hence in the beginning the propagating crack is open during the complete
load amplitude, even at R = −1; with the growth of crack length, new-generated
fracture surfaces come to an effective contact and crack closure load increases.) The
central top notch is machined in the ferrite band, so that its right side is very close to
the next pearlite band, Fig. 2a, f. Thus the crack 3 starts its growing through the
pearlite band at the very early loading cycles without significant retardation. On the
other side of the top central notch, crack 4 begins its growing into the ferrite band;
in the beginning its growth is slower than that of crack 3. Afterwards both cracks
continue to grow faster and faster through the microstructure having higher da/dN
than those of the other central-notches cracks, Fig. 2e. It can be clearly seen in
Figs. 4 and 5 that short fatigue crack growth data exhibit considerable fluctuations
and scattering, and alternating decreases and increases in crack propagation rates.
This effect is caused by the interactions between the crack tip and associated
microstructural obstacles, and crack geometry. Such a behavior and data can be
described by both the models: the newly modified PLM shown in Figs. 4 and 7,
and the new LM which is applied only to the notch specimen and can be seen in
Fig. 5; the adequacy of PLM is proved in [8, 9]. The equations of lines from LM
are shown in Fig. 5; the lines include all fatigue data, but the corresponding cor-
relation coefficients are low (in the range [0.48–0.58]). So, in this case of
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preliminary notched specimen, the microstructure influence is very strong, domi-
nating notch effects, which means that only PLM is suitable for describing the
propagation of all the cracks initiated from the notches.

According to the microstructure influence on crack propagation, the most
interesting data are obtained at PB fatigue where the fracturing crack consists of left
& right parts, Fig. 2. These data show higher da/dN (dominated by the interaction
with ferrite and pearlite grain boundaries and interfaces, ferrite grains, pearlite
colonies and non-metal inclusions) and shorter fatigue life in comparison with the
specimens subjected to RB fatigue. In general da/dN at PB fatigue decrease in the
vicinity of (i) interface between ferrite and pearlite bands when a crack propagates
into the ferrite or pearlite colony, (ii) ferrite-ferrite or pearlite-pearlite grain
boundary, (iii) obstacles, where a crack changes its propagation direction or
bifurcates. In this case, the observed rows of longitudinal nonmetal inclusions
(MnS) increase da/dN serving as crack paths. The registered T-T data represent the
lowest da/dN, due to much lesser loading than that applied at RB and PB fatigue.

Some of the minimums of da/dN in Figs. 4 and 5 are connected by arrows with
the corresponding elements of the microstructure which slow down cracks propa-
gation. The same elements are connected by other arrows with the corresponding
crack lengths from the newly inserted Plots {N−a}, built in semi logarithmic scale
to correspond to real crack growth through the microstructure. In Fig. 4 there are
examples of a perpendicular dash line to the a-axis, which connects a minimum of
da/dN from {da/dN−a} Plot with the corresponding crack length from {N−a} Plot.
The dash line is a resulting line which fixes the projection (on the a-axis) of the
crack-length increase (between two successive interruptions of the cycles); usually
crack propagates at an angle to the a-axis. Only in the case when a crack increase is
perpendicular to the a-axis the resulting dash line coincides completely with the
two arrows, Fig. 4.

Analyzing all fractured specimens [Groups A and B (Fig. 6)], [Group C (Figs. 4
and 5)], two important things have to be marked: (1) All da/dN minimums from
{da/dN−a} Plot, connected by resulting lines (dash lines) with the corresponding
crack lengths from {N−a} Plot show change in direction of propagating crack
presented in {N−a} Plot. So when there are not direct observations of a crack
propagation through the microstructure, the combined plots “Crack growth rate da/
dN—Crack length a” & “Number of cycles, N—Crack length, a”, {da/dN−a & N
−a}, can give some information about presence of obstacles or specific elements in
the microstructure, Fig. 4 [8, 9]. This is of the special interest for the interval [crack
initiation, d1], Figs. 4, 5 and 6, as in this interval the influence of microstructure on
crack propagation is the most pronounced one; the interval [d1, d2] (see Figs. 4, 5,
and 6) is interesting too, as in this interval cracks change their mode from shear to
tensile. In this sense Fig. 4 includes only one deep minimum which coincides with
d1; all the previous minimums do not influence significantly crack 2 propagation, as
they belong to the primary growth of crack 1, from which crack 2 branches. In the
interval [crack initiation, d1], crack 1 develops from the edge notch and is not so
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sensitive to the microstructure influence; (2) When cycle intervals (Nm and Nm+1)
corresponding to two successive crack lengths (am and am+1) are almost equal and
(am+1 − am) is significantly bigger in comparison with the other crack length
intervals, it means that there is probably a big real change in crack propagation
direction—nearly at 90°, Fig. 4 [8, 9].

Conclusions

Three groups of specimens made of low-carbon steel with ferrite and pearlite
microstructure are subjected to T-T, RB and PB fatigue. The obtained data at PB
fatigue show higher crack growth rates (dominated by the interaction with ferrite
and pearlite grain boundaries and interfaces, ferrite grains, pearlite colonies and
non-metal inclusions) and shorter fatigue life in comparison with the specimens
subjected to RB fatigue. The registered T-T fatigue data present the lowest crack
growth rates, due to much lesser loading than that applied at RB and PB fatigue.

The newly inserted Plots “Number of cycles, N—Crack length, a” in semi
logarithmic scale are a basis for using combined presentations “Crack growth rate
da/dN—Crack length a” & Microstructure & “Number of cycles, N—Crack
length, a” for more successful analyzing of microstructural crack paths together
with fatigue characteristics; also for getting some useful information even without
detailed microstructural observations.

The applied modified PLM can describe and predict more adequately
microstructurally short crack behaviour under conditions of T-T, RB and PB
fatigue (even in notch specimens) than the newly introduced LM; the model of
parabolic-linear functions allows comparison between fatigue characteristics at
different kind of loading.
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Determination of the Region
of Stabilization of Low-Cycle
Fatigue HSLE Steel from Test Data

Bojana Aleksić, Vujadin Aleksić, Abubakr Hemer,
Ljubica Milović and Aleksandar Grbović

Introduction

The most important role in fracture of the materials of machine parts and structures
has various types of fatigue. The fatigue life of reliable components of engineering
elements, such as bearings, which are exposed to variable load over the life of
exploitation, can be estimated by the analysis of the behaviour that includes pro-
cessing of the data on loading, geometry and the material selected for manufacture
of the bearings, both by simulation and experimentally [1–5].

Steel, NN-70, selected in this study to investigate the experimental behaviour
affected by fatigue loading, among other things, is used in shipbuilding and for
manufacture of pressure vessels as well. The experiment was conducted using
smooth round specimens made of steel NN-70 as parent material (PM). When
selecting stabilized hysteresis as a representative of all of stabilized hysteresis for
one strain level, and for the further processing of low-cycle fatigue test results, the
recommendations of standards [6, 7] have been used as well as the methodology

B. Aleksić (&)
Innovation Centre of Faculty of Technology and Metallurgy,
Karnigijeva 4, 11120 Belgrade, Serbia
e-mail: baleksic@tmf.bg.ac.rs

V. Aleksić
Institute for Testing Materials—IMS Institute, Bulevar vojvode Mišića 43,
11000 Belgrade, Serbia

A. Hemer � L. Milović
Faculty of Technology and Metallurgy, University of Belgrade,
Karnigijeva 4, 11120 Belgrade, Serbia

A. Grbović
Faculty of Mechanical Enginnering, University of Belgrade,
Kraljice Marije 16, 11120 Belgrade, Serbia

© Springer International Publishing AG 2018
R. R. Ambriz et al. (eds.), Proceedings of the 17th International Conference on New
Trends in Fatigue and Fracture, https://doi.org/10.1007/978-3-319-70365-7_12

101



based on which linearity of the stabilization regions of low-cycle fatigue was
numerically determined [8].

Background and Characteristics of Steel NN-70

Parent material (PM) used to make the test specimens was a plate of the dimensions
(45 � 205 � 353) mm made of low-alloy high-strength steel NN-70 with prop-
erties shown in Tables 1 and 2.

Steel NN-70 is the Yugoslav version of American steel HY-100 and is intended
for manufacture of ship structures, submarines and pressure vessels by welding,
where the required toughness is extremely important. The technology of manu-
facture and thermomechanical processing (TMCP steels [10]) of the steel called
Nionikral-70 is the result of joint research work of the metallurgists of Military
Technical Institute in Žarkovo (VTI) and the steelworks “Jesenice” from Jesenice
[11], in the early 90s of the last century. It was made in the electric furnace, cast in
brams, subsequently rolled into slabs and finally the sheets of various thicknesses.
Due to some of its characteristics, it is classified among the fine-grained steels. The
process of hardening is the combination of classical improvement (quenching and
tempering) with grain refinement in accordance with selected chemical composi-
tion, by micro-alloying and appropriate deposition [12]. In determining the limit
values of carbon and other alloying elements for the analysis, bearing in mind the
purpose of the steel, care was taken to meet the requirements for the combination of
characteristics such as strength, ductility, resistance to crack initiation and propa-
gation, the stability of these properties at low temperatures, good resistance to
fatigue and stress corrosion, and good workability and weldability [12]. Steel
NN-70 is intended to be shaped by welding, so that after it was successfully
mastered, its suitability for welding was also subjected to assessment [11].

Table 1 Chemical
composition of NIONIKRAL
70, %wt [8]

C Si Mn P S Cr

0.106 0.209 0.220 0.005 0.0172 1.2575

Ni Mo V Al As Sn

2.361 0.305 0.052 0.007 0.017 0.014

Cu Ti Nb Ca B Pb

0.246 0.002 0.007 0.0003 0 0.0009

W Sb Ta Co N –

0.0109 0.007 0.0009 0.0189 0.0096 –
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Testing of Steel NN-70 at Low-Cycle Fatigue

From the necessity to assess the low-cycle fatigue life, and in order to determine the
fatigue characteristics of the material, the test of resistance of the parent material
(PM) of steel NN-70 to low-cycle fatigue was carried out. Preparation of the test of
resistance of steel NN-70 to low-cycle fatigue consisted of making smooth cylin-
drical specimens, Fig. 1 item 1, and tool for placing the specimens in the
tearing-machine jaw, Fig. 1 items 2 and 3, and check of the target static tensile
properties of steel NN-70, Table 2.

The procedure for determination of the low-cycle fatigue characteristics and
geometry of cylindrical smooth specimen as well, Fig. 1 item 1, is defined by the
ISO 12106:2003(E) [6] and ASTM E 606-04e [7] standards.

Fatigue test was conducted on a universal MTS system (Material Testing
System—Universal hydraulic dynamic tearing machine of 500 kN) for the material
testing, schematically presented by photos in Fig. 2.

Table 2 Mechanical properties of NIONIKRAL 70 [8]

Property PM

Ultimate tensile strength, MPa 855, rounded value

Yield strength, MPa 815, rounded value

Elastic modulus, GPa 221.4, dynamic, LCF

Impact toughness, J 97, rounded value, 20 °C

E initiation, J 40, rounded value, 20 °C

E propagation, J 57, rounded value, 20 °C

HV30, plate of PM 257, mean value, plate of PM

HV10, stick for LCF specimen [9] 257, mean value, specimen of LCF

Fig. 1 Specimen and specimen holder for testing LCF of steel NN-70 [8]. Item 1, LCF specimen,
NN-70, D = 7 mm; item 2, Jam nut, 42CrMo4; item 3, Grip holder, 42CrMo4.
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Used MTS force-feeding device, Fig. 2 item 2a, with linear characteristics
F½kN� ¼ F½V� � 10, and MTS extensometer with measuring length of L0 = 25 mm,
Fig. 2 item 2b with linear characteristics e½%� ¼ e½V� � 0:2, are graphically pre-
sented in Fig. 2.

Low-cycle fatigue tests were performed on a series of smooth specimens made
of steel NN-70, with semi-amplitudes of controlled and fully reversible strains, Δe/
2 = 0.35, 0.45, 0.50, 0.60, 0.70 and 0.80 (Δe/2 = const, Re = emin/emax = −1).

Numerical Determination of the Region of Stabilization

Most of the materials, at low-cycle fatigue and at a certain level regulated strain,
achieve a so-called stabilized condition. It is a condition when the height of the
hysteresis loop expressed through a range of force of loading or stress slightly
changes, Fig. 3 item 9.

The most common methods for determination of the number of cycles to crack
initiation, Nf, are defined by the standards [6, 7]. New methods [8] for determi-
nation of the beginning and end of the crack initiation and establishment of linearity
of stabilization regions are based on experimental data, by arbitrary selection of
three cycles on the basis of which we can establish linearity that we maintain by
filtering the data in the programme EXCEL, toward the beginning and end of the
test. The results of established linearity in the areas of stabilization for steel NN-70
are shown in Table 3.

In this way we determine the initial, Nbs, and final, Nes, cycle of stabilization, i.e.
the beginning and end of the crack initiation, Fig. 4a. Stabilized hysteresis, Ns1,
Fig. 4b, is located in the middle of the region 9, Fig. 3, and is determined by the
formula, Ns1 = Nbs + (Nes − Nbs)/2. This method of determination of the stabilized
hysteresis, Ns1, is called “Method of the middle stabilization (ms)” [8]. In a similar

Fig. 2 MTS universal system for the material testing, 1—Hydraulic aggregate, 2—Pulsating
device, 2a—MTS force-feeding device, 2b—MTS extensometer, 3—Control system, 4—A/D
convertor, 5—PC
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way, we can establish a cycle of appearance of a crack of 1 mm2 surface area [13],
which can be identified by the NDT methods, which is called the “threshold NDT
method (tNDT)” [8], and then the cycle of stabilized hysteresis, Ns2, Fig. 4b, which
is located in the middle of the region 3, Fig. 3, so that Ns2 = Nbs + (NtNDT − Nbs)/
2. This procedure was applied to other specimens as well, i.e. other strain levels, Δe/
2 = 0.35, 0.45, 0.50, 0.60, 0.70 and 0.80.

The accuracy of determination of the exponents and coefficients of cyclic
stress-strain curve (CSSC) and basic curve of low-cycle fatigue (BCLCF) depends
on accuracy of determination of linearity of stabilization region (for 7 samples,
determination coefficient, R2 = 0.85–0.98, Table 3) and for chosen method for
determination of the stabilization curve it ranges as follows: for CSSC (for ms
method for determination of n′ and K′ it is R2 = 0.66, and for tNDT method it is
R2 = 0.62, Table 4, while for BCLCF (for ms method for determination b and rf′ it
is R2 = 0.77, and tNDT it is R2 = 0.78, Table 4) (for ms method for determination
of c and ef′ R

2 = 0.72 and for tNDT method R2 = 0.68, Table 4).
After processing of registered data from all stabilized hysteresis of interest

obtained using the methodology described, the curves of low-cycle fatigue for steel
NN-70 are defined [14]:

Fig. 3 Regions of low-cycle fatigue. 1—Adjustment of tearing machine, 2—Adaptation of
tearing machine, tools and specimen, 3—Crack formation up to threshold of NDT, 4—Stabilized
state, 5—Force drop of 25 % (ISO 12106:2003(E)) [6], 6—Force drop of 50 % (ASTM E 606-04)
[7], 7—Force drop to F = 0, 8—Stoppage of tearing machine, 9—Height of hysteresis loop,
Nstart—Test start up, F=max, Nbs—Beginning of stabilization, A0, mm, NtNDT—threshold of the
NDT, Af2, mm, Nes—End of stabilization, Af1, mm, Nestimated—force-drop assessment of an
operator, Nend—Test termination, A0—initial cross-section of the specimen (css), Af1—css at the
end of stabilization, Af2—css at the threshold of the NDT
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Cyclic stress-strain curves,

De
2

¼ Dr
2E

þ Dr
2K0

� � 1
n0
:

for Ns1 :
De
2

¼ 1
221378

� Dr
2
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;
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� Dr
2

þ 1
887:2

� Dr
2

� � 1
0:032

ð1Þ

and
Basic curves of low-cycle fatigue,
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Fig. 4 a The region of
stabilization, N = 210 to 1354
and b stabilized hysteresis in
cycles Ns1 = Ns(ms) = 782
and Ns2 = Ns(tNDT) = 373
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Processing and Presentation of Test Results

As a result of low-cycle fatigue test on one specimen (one amplitude level of strain)
there is a record in the program EXCEL which, using the tools available in EXCEL,
can be further processed according to our requirements [8]. Before processing of the
results it is possible to roughly determine the cycle in which there is a significant
drop of force, Nestimated. To determine the indicators of low-cycle fatigue of the
material presented by cyclic stress-strain curve (CSSC) and basic curve of
low-cycle fatigue (BCLCF), the following analyses of the results of low-cycle
fatigue tests were made:

1. For each amplitude level of strain (each specimen), by filtering the data, extreme
values of the load forces and number of cycles were paired, and thus we
eliminated the excess data. Both positive and negative values of the load forces
were filtered.

2. The diagrams of extreme values of the load forces and number of cycles (F-N
curves) were drawn for each amplitude level of strain.

3. The diagrams of determination of the areas of stabilization, Fig. 4a, were drawn
(positive part of the F-N curves, the area of stabilization, was determined by
linearization of the data on maximum tensile forces of load in low-cycle fatigue
tests for each amplitude level of strain, Table 3). The areas of low-cycle fatigue
and characteristic hysteresis were defined after the following:

a. Determination of maximum force and starting cycle Nstart,
b. Determination of the cycle of start of stabilization, Nss, end of stabilization,

Nes, threshold of NDT, NtNDT and area of stabilization,

5. The characteristic data of stabilized hysteresis curves, Fig. 4b, for each ampli-
tude level of strain were defined:

a. Extreme values of load force Fsmax and Fsmin were read.
b. The spots of intersection of the hysteresis curve and positive part of strain

axis were established in EXCEL (coefficients of the straight line, m and b [8]
were determined). This can be done graphically [4], too, in some of the
programmes for precision drawing. Δep/2, Δee/2, A0 = D2 ∙ p/4 (3),
Fmean = (│Fsmak│ + │Fsmin│)/2 (4) i Δr/2 = Fmean/A0 � 1000 (5) values
were calculated.

6. The data on all amplitude levels of strain were classified, cyclic stress-strain
curves and basic curves of low-cycle fatigue were constructed [8, 15] and cyclic
versus monotonous stress-strain curves compared, Figs. 5 and 6:

a. The exponents and coefficients were determined using linearized step
function, n′ and K′.

b. The exponents and coefficients were determined using linearized elastic
component, b and r′f. The exponents and coefficients of linearized plastic
component, c and e′f, were determined.
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7. The data on cyclically stress-strain curves, Fig. 5a, b, and basic curves of
low-cycle fatigue, Fig. 6a, b, were classified for the group of selected stabilized
hysteresis, Ns1 and Ns2, in order to construct them [8], and finally,

8. Transition life, NfT, was determined for a group of selected stabilized hysteresis,
Ns1 and Ns2, Fig. 6a, b and Table 5 [8].

Conclusions

The theoretical, experimental and numerical research of the behaviour of low-alloy
high-strength steels exposed to loading induced by low-cycle fatigue that are
described in this paper are very complex research task. Extensive theoretical studies
have required synthesis of knowledge in multiple engineering fields and disciplines,
and numerical and experimental studies are an important part of this work. One of
the goals of the research imposed itself during the processing of the results of
experimental investigations, and is expressed through improvement of the
methodology and methods of processing of the test results in order to establish a

(a) Nf = Nf1 (End of stabilization [8])

(b) Nf = Nf2 (threshold of NDT [8])

Fig. 5 Comparison of cyclic
(CSSC) and monotonous
stress-strain curve of PM of
NN-70 steel
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universal methodology for assessment of the behaviour of materials affected by
low-cycle load. The results of experimental investigation have given us important
information about the understanding of fatigue behaviour of HSLA steel, NN-70,
and the newly applied methods and recommendations of standards as well have
enabled the precise determination of characteristic stabilized hysteresis for each
strain level. From certain characteristic stabilized hysteresis, based on defined

(a) Nf = Nf1 (End of stabilization [8])

(b) Nf = Nf2 (threshold of NDT [8])

Fig. 6 Basic curve of low-cycle fatigue of PM of NN-70 steel

Table 5 Transition life of PM of steel NN-70

PM, NN-70 E, MPa 221378 Elastic part Plastic part

Nf Ns b r′f c e′f NfT

Ns1 = Nps + (Nks − Nps)/2 Nks = Nf1 Ns1 −0.061 1130.1 −0.564 0.0612 140

Ns2 = Nps + (NpNDT − Nps)/2 NpNDT = Nf2 Ns2 −0.065 1132.7 −0.695 0.0881 92

Transition life
NfT ¼ e0f �E

r0f

� � 1
b�c

(6)

NfT is transition life of PM of steel NN-70, and we calculated it for two different methods
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criteria, the data necessary for determination of the equations of characteristic
curves of low-cycle fatigue have been collected, which show the difference between
the values of exponents and coefficients defined by presented methodology
depending on the method applied for the determination of stabilized hysteresis.

The results obtained represent practical contribution to estimation of the beha-
viour of low-alloy high-strength steel NN-70 exposed to the effects of low-cycle
fatigue.
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Study of a Stud Bolt Wrench Failure Due
to an Inadequate Heat Treatment

Sandra L. Rodriguez-Reyna, Francisco G. Perez-Gutierrez,
J. Luis Hernández-Rivera, Jorge Zaragoza-Siqueiros and Christian
J. Garcia-Lopez

Introduction

Forensic engineering (FE) relates engineering and scientific facts to re-build the
events sequence that leaded a mechanical component to failure. Its objective is to
propose modifications to fabrication or operation procedures and standards to avoid
future failures [1]. FE is supported by several disciplines such as: chemical met-
allurgy, materials science and engineering, mechanics, manufacturing processes,
design, and finite element method, among many others. Nowadays, the reasons for
a mechanical component to fail are well known and these could be: wrong material
selection, wrong design, wrong fabrication and/or treatment, material imperfections,
wrong assembly, wrong operation conditions.

FE has had progress during the last decades, which has allowed a perfect
understanding of the most common causes that produce material failures. However
it is still not possible to accurately predict how a component will fail, when it is
subjected to mechanical and/or thermal stress, different strain rates and any other
mechanism that modifies its internal structure. Even the most sophisticated simu-
lation testing cannot adequately duplicate the varied factors and the many unan-
ticipated events that may lead to failure [2]. The objective of this work is to provide
a better understanding of the events that leaded the stud bolt wrench to fracture, so
that necessary actions are taken to avoid the same problem in the future.
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Materials and Methods

The first step was to perform a historical study of the part to know the fabrication
process and operation conditions while failure occurred. The company which
produces this assembly was the source of such information. Once this information
was collected, a chemical analysis was carried out to figure out the type of steel
used to make the part. Later, in order to figure out the most probable region for
failure, metallographic, tensile strength and hardness tests were carried out.

A stud bolt wrench is an “L” shape tool used to easily apply a torque and remove
or tighten the stud bolts from a vehicle’s wheel. It was made of two components:
the lever and the wrench connector (Fig. 1). To perform the assembly, the wrench
connector was heated to expand the material, which allowed easy coupling between
the lever and the connector. Later, when the connector cooled down, it was posi-
tioned between both lever’s stoppers. Finally, the complete assembly was subjected
to a normalizing heat treatment. During the tests to validate the production, the
wrenches were subjected to a torque of approximately 180 Nm. The failure that was
analyzed in this work occurred during these tests in several pieces in the
lever-wrench connector as it is shown in Fig. 2.

The pieces that failed showed a fracture in the same region, just next to the hole
where the lever was inserted. Two groups from different production batches were
analyzed in order to make comparison between their properties. Three samples were
tested on each group. All the wrenches in the first group showed the mentioned
fracture while the second group did not show any failure.

For a microstructural analysis, test pieces from batches with and without failure
were cut, polished, attacked with 3% Nital and prepared for metallographic analysis
according to the ASTM E3-01 standard [3]; observations were done using an
Axiotech Zeiss optical microscope equipped with an Axio Cam at 500x and 1000x
magnification. In addition, 3 samples 0.5ʺ in diameter and 2ʺ long were cut from
samples with and without failure according to the ASTM E-08 standard [4] in order
to carry out tensile tests and determine the yield stress and ultimate tensile strength
(UTS). A head velocity of 0.5 mm/min was used. Such tests were carried out using

Fig. 1 Stud bolt wrench
assembly
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a 10 kN AG-1 SHIMADZU universal testing machine. Rockwell C hardness tests
were carried out using a Zwick ZU250 hardness tester equipped with a diamond
indenter and a 1500 kN load.

Results

Chemical Composition

Table 1 shows the chemical analysis for the samples with and without failure. It can
be observed that there was no significant difference between samples. The greatest
difference was the magnesium content, which was not critical for the purposes of
this study. Based on these results, it was suggested that it can be a medium carbon
steel with silicon and copper content lower than 1.65 and 0.60%, respectively. Due
to the fact that the total content of alloying elements was less than 5%, it was a
low-alloy steel.

Fig. 2 Photograph which
shows the region on which the
failure occurred

Table 1 Chemical composition of the test pieces (wt%)

C Mn S P Si Cu Ni Mo Al

Without
failure

0.45 0.6 0.06 0.02 0.26 0.48 0.025 0.005 0.002

With failure 0.46 0.67 0.06 0.02 0.27 0.46 0.025 0.003 0.002
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Mechanical Properties

During the machining of the test pieces for tensile tests, some pieces from the batch
with failure showed difficulties with the tools and the final roughness, which can
indicate that the machinability was poor. Such initial observation allowed sus-
pecting that there could be hardness gradients along the part. Figure 3 shows the
results obtained from the tensile tests for pieces with and without failure. It can be
observed that, for the part that failed, the UTS (760 MPa) and yield stress
(600 MPa) are higher compared with the samples that did not (590 and 400 MPa,
respectively). In contrast, the elongation of the first is slightly lower compared to
that of the second. Based on these mechanical properties values and the chemical
composition analysis, the material seems to be a 1045 steel.

Figure 4 shows pictures of the entire length of the part where hardness mea-
surements were obtained. Figure 5 shows the comparison of the results for parts
that failed and parts that did not fail. The piece that did not fail showed relatively
uniform hardness values distribution between 20 and 28 HRC along the entire
connector, while the piece that failed showed discontinuous hardness values
ranging from 20 and 60 HRC, being the higher values in the region next to failure
zone while the lower hardness values were found near the opposite side. Such
observation provided reasons to believe that this was the region where the fracture
was originated.

It is clear from Fig. 5 that after indentation 4, hardness values for the sample
with failure are higher than those for the piece without failure by a factor of three.
Since both samples had the same global chemical composition, such a significant
difference in hardness values can be explained if the microstructure in both pieces is
examined in detail.

Fig. 3 Stress-strain curves
obtained during tensile tests
for test pieces with and
without failure
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Metallographic Tests

Figure 6 shows SEM images obtained from the surface of the fracture. It was found
that there was very little evidence of plastic deformation, i.e. there was no material
yielding, which means that the connector experienced brittle fracture. The
appearance of Fig. 6b supports this fact since there were very few areas with
dimples which are characteristic of a ductile fracture. In contrast, it can be seen that
most of the fracture surface contains characteristics of intergranular fracture (flat
brightly surfaces). The fracture began next to the hole (bottom part) and propagated

Fig. 4 Regions where hardness was measured

Fig. 5 Hardness profile obtained in samples with (squares) and without (circles) failure
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rapidly towards the exterior of the component (top part). In fact, Fig. 6a shows a set
of radial lines, which are called “Chevron lines” [5]. These lines are also the result
of the intersection and connection of cracks that propagated in different zones. In
other research about failure analysis of open end wrenches, the fractographic
inspection of the failure surfaces indicated brittle overload. A chevron pattern was
present on the fracture surface, which indicated that the fracture initiated at the edge
of wrench face [6], in a similar way to this research study. On the other hand,
Nasrazadani [7] have observed the disadvantage of applying a deficient heat
treatment when a wrench socket fails during service. In this case, the observed
failure was of ductile nature in low carbon steel produced by powder metallurgy.

Figure 7 shows the microstructure of the sample that did not fail. Figure 7a
shows the microstructure of a hipoeutectic steel (C content lower than 0.77%),
which shows primary ferrite a (white regions) and perlite (dark regions). This type
of microstructure was formed when the steel was cooled and the austenite was
transformed into pearlite through an eutectic reaction [8]. Figure 7b shows the same
microstructure at a higher magnification. The temperature required for austenite
formation onset is 770 °C, being ferrite (a) formed around the austenite phase
during cooling.

Fig. 6 SEM micrographs
that show the details of the
piece with failure
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The lever rule was used to determine the amount of each phase present in the
steel that did not fail. Using a temperature below the eutectic reaction, it was found
that the weight fraction of pearlite was approximately 57 and 43% for the primary
phase a if it is considered that this is a 1045 steel. This structure makes the steel
resistant due to dispersion-hardened pearlite, even though it is still ductile due to the
presence of primary ferrite. According to the literature [9], for steel with 0.45%
carbon content, the yield and the ultimate tensile strength must be 400 and
600 MPa, respectively, with a perlite and ferrite microstructure. These data are very
similar to those obtained experimentally (yield strength = 400 MPa y
UTS = 590 MPa) for this investigation.

Figure 8 shows the microstructure of the sample that failed, where laths of
martensite can be observed. This phase forms during a transformation in the solid
state without diffusion, opposite to the pearlite, whose transformation does depend
on diffusion. Martensite is very hard and brittle phase, which forms when the steel
is cooled rapidly from the stable austenite region. The presence of this phase may
explain the fracture observed and the mechanical properties values. Grange et al.

Fig. 7 Microstructure of the
sample without failure
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have established that when martensite forms in low alloy steel with 0.45% carbon
content, it exhibits an approximated hardness value of 61 HRC [10], which agrees
with the experimental values measured in this study.

Conclusions

Hardness profiles obtained along the parts tested showed a difference up to a factor
of three between samples with and without failure, which means that the samples
had different microstructures, given that both had the same chemical composition.

Tensile tests results support the argument that the samples had different
microstructures since the components that failed exhibit a yield strength of
600 MPa and an UTS of 760 MPa while the sample without failure displayed yield
strength of 400 MPa and an UTS of 590 MPa.

Fig. 8 Microstructure of the
sample with failure
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Martensite was found in the region of the part where the torque was applied. The
type of failure found was a brittle intergranular fracture, which was confirmed with
Chevron marks. Therefore, it is concluded that the part failed because it was sub-
jected to an incorrectly applied heat treatment.
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Council for Science and Technology (CONACyT) in Mexico.
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Multiaxial Fatigue of Rubbers:
Comparative Study Between
Predictive Tools

G. Ayoub, M. Naït Abdelaziz and F. Zaïri

Introduction

Rubbers exhibit large strains and highly non-linear but quasi-reversible mechanical
behavior [1, 2]. Among the multitude of criteria developed in the literature the
maximum principal stretch kmax [3, 4], the maximum principal Cauchy stress rmax

[5, 6] and the strain energy density (SED) W[7, 8] are the most reported.
Based on critical plane approaches, the cracking energy density (CED) and the

configurational mechanics are more sophisticated criteria that were introduced to
account for the damage mechanisms which could not be captured by the other
criteria. The cracking energy density (CED) Wc initially proposed by Mars [9] and
modified by Zine et al. [10] is defined as follows:

dWc ¼ 1

RT
hC

�1Rh
RT

hSdEðFTFÞ�1Rh ¼ RT
hSdEC

�1Rh

RT
hC

�1Rh
ð1Þ

With Rh ¼ cos h; sin h; 0ð Þ is the unit vector in the un-deformed configuration (h
is the crack orientation angle), S;E;F and C are the second Piola-Kirchoff stress
tensor, the Green Lagrange strain tensor, the deformation gradient and the right
Cauchy-Green strain tensor, respectively. The criterion stipulates that cracks
nucleate in the plane where the CED is maximum.

Verron and Andriyana [11] based on the configurational mechanics proposed an
alternative criterion. In their approach, Eshelby tensor is considered to be the
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predictor for crack nucleation and is then defined as b ¼ WI� CS. It can be
considered as a potential energy which must be minimized. Therefore the criterion
is written as follows:

b� ¼ min bið Þi¼1;2;3; 0
h i��� ��� ð2Þ

More recently, the cracking equivalent stress (CES) was proposed, the criterion
combining the continuum damage mechanics (CDM) and the cracking energy
density (CED) [12, 13]. The criterion is developed to account for multiaxial
loadings by using a generalized incompressible Ogden strain energy density of nth
order. The developed multiaxial stress fatigue predictor is defined by the following
equation:

Seq ¼ 1

cos2 hþB�2 sin2 h
� � S21k1 cos

2 h
@S1=@k1

þ S22Bk1 sin
2 h

@S2=@k2
þ �S3S2B3k41 sin

2 h
@S3=@k3

� �

ð3Þ

where B ¼ k2=k1 is the biaxiality ratio defined as the ratio between the second and
first principal stretches and, S1; S2 and S3 are the principal components of the
second Piola-Kirchhoff stress tensor S. The fatigue criterion is considered to be
equal to the difference between the CES and a threshold value. The threshold is
noted Sth, accounts for the loading limit below which there is no crack initiation due
to fatigue, this further.

The aforementioned criteria requires a cumulative damage law to be able to
predict the fatigue life of variable loading conditions, e.g. a Miner or modified
Miner models are used. Ayoub et al. [12, 13] proposed a combined criterion and a
cumulative model. The predictive capabilities of three cumulative models are
examined in this work.

Materials—Experiments

In order to assess the capability of these above mentioned multiaxial criteria,
experimental tests combining tension and torsion loading paths were performed on
a carbon-filled styrene-butadiene rubber (SBR). The SBR cylindrical
hourglass-shaped specimens, present curvature radii equal to 2 and 42 mm and
respectively denoted called AE2 and AE42 in the following [12].

The specimens were subjected to tension, torsion or combined tension-torsion
loadings achieved under displacement or angle control, both in constant and vari-
able amplitudes. All tests were performed at ambient temperature under frequencies
ranging from 3 up to 5 Hz. The amplitudes were selected in order to cover a wide
range of fatigue lives. Fatigue life is defined as the number of cycles for which the
first crack or group of cracks of 1 mm length occurs. The finite element (FE) MSC.
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Marc code was used to calculate the required mechanical quantities. Figure 1 shows
the meshed specimen. A second order Ogden strain energy density is used:

W ¼
X2
i¼1

li
ai

kai1 þ kai2 þ kai3 � 3
� � ð4Þ

In this equation, lI and ai are the parameters to be identified via monotonic tests
and ki are the principal stretches (the Eigen values of the strain gradient tensor). The
same material constants than those identified by Ayoub et al. [12] have been used in
this work.

Results-Discussion

The capability of the different criteria to predict the fatigue life under multiaxial
loading was assessed using the experimental data we have collected. A more
extended and detailed analysis can be found in [13]. In a second step, we will
examine how damage laws can capture the effects of two blocks loadings.

Fatigue Criteria

The evolution of the fatigue life as a function of the selected parameters is shown in
Fig. 1. It is clearly highlighted that the CES parameter given by Eq. 3 allows
capturing the multiaxial loading effect since the data are aligned along a straight line
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Fig. 1 Fatigue life as a function of the fatigue parameter: a cracking equivalent stress,
b configurational stress
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in logarithmic coordinates. In contrast, the configurational stress is not able to unify
the experimental data corresponding to tension and torsion tests.

Damages Rules

Under regular operation conditions, structures are subjected to random and/or
multilevel loadings, therefore, an estimation of the damage is generally required to
estimate the fatigue life under such loading conditions. The Miner linear damage
rule, mostly used in multilevel ladings, is based upon a damage parameter defined
as follows:

D ¼ N
Nf

ð5Þ

where D is the current damage (evolving from 0 to 1), N is the actual number of
cycles and Nf is the fatigue life for a given deformation level. According to the
Miner law, the damage can be written in the following form:

D ¼
Xn
i¼1

Di ¼
Xn
i¼1

Ni

Nfi
¼ 1 ð6Þ

in which i is the current deformation level, n is the number of deformation levels.
Generally, this linear rule is sufficient to get quite satisfactory estimates for rubbers.

The continuum damage mechanics framework [8, 12, 13] allows simultaneously
defining the fatigue life criterion and estimating the damage level. Indeed, the
damage variable Di can be estimated step by step and for a given amplitude loading,
it can be written as follows:

Di ¼ 1� 1� Di�1ð Þ1þ a� 1þ að Þ Seq
A

� �a

Ni

� � 1
1þ a

ð7Þ

where a and A are damage parameters to be identified using fatigue data obtained
under tension loading. For n blocks, the fatigue life Nf ¼ Nn can be extracted from
the following general equation:

ZDf¼1

D0¼0

1� Dð ÞadD ¼
Xn�1

i¼0

ZNiþ 1

Ni

Seq iþ 1ð Þ
A

� �a

dN ð8Þ

Figure 2 shows a comparison between the experimental fatigue life and the
estimates given by the Miner linear rule (Fig. 2a) and the continuum damage
mechanics (Fig. 2b).
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It is clearly highlighted that CDM based model gives less scattered results than
the linear rule, perhaps because the Miner law does not discriminate low-high and
high-low loadings.

Conclusion

In this work, we have shown that the CDM based model derived from the cracking
energy density parameter allows getting satisfactory results in terms of multiaxial
fatigue life estimates. When dealing with variable loadings, the CES parameter can
be combined with the Miner rule but, since this parameter was developed in the
framework of CDM, a direct evaluation of the damage can be derived. We have
shown that, taking this approach, a good agreement between experimental data and
estimates was pointed out.

(a) Miner rule 

(b) CDM 
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Laboratory Study of Fatigue in Water
Conveying HDPE and PVC Pipes Subject
to Extreme Hydraulic Transient Pressures

René Autrique Ruiz and Eduardo Antonio Rodal Canales

Introduction

In previous papers [1, 2] the authors have proposed, for extruded pipes of high
density polyethylene pipes (HDPE pipes), used in the transportation and distribu-
tion of potable water, S-N curves that can be representative of HDPE materials (PPI
3608 and PPI 4710 resins). In these curves, the applied loads or stresses, relative to
its nominal or design values, are represented versus the number of times that the
material resists the applied loads or the applied stresses. In these graphs, we can
distinguish a crack initiation curve, a failure or rupture curve, and a crack devel-
opment region between the curves (Fig. 1).

The first experimental curve [1], which was obtained from a very long test (106

cycles) and two other short tests (100 and 103 cycles), was equivalent to the S-N
fatigue curves obtained for typically elastic materials [3], such as steel and other
metals. Further experiments [2], in which the pipe samples, altered with triangular
grooves of different depths machined in its external surface were brought to failure
through the application of repeated cycles of hydraulic transient overpressures, are
shown in Fig. 2.

R. A. Ruiz (&)
Policonductos, Cracovia 54, C.P. 01000 San Ángel, Ciudad de México, Mexico
e-mail: rautrique@prodigy.net.mx

E. A. R. Canales
Instituto de Ingeniería, UNAM, Ciudad Universitaria, C.P. 04510 Coyoacán
Ciudad de México, Mexico

© Springer International Publishing AG 2018
R. R. Ambriz et al. (eds.), Proceedings of the 17th International Conference on New
Trends in Fatigue and Fracture, https://doi.org/10.1007/978-3-319-70365-7_15

129



Viscoelasticity

High density polyethylene (HDPE) and PVC are viscoelastic materials. These
materials respond to the application of loads with an instantaneous elastic defor-
mation, followed by a slow and continuous deformation, known as viscous flow or
creep. When the load disappears, there is an instantaneous recovery of the elastic
deformation, and an inverse viscous flow recovering gradually the viscous defor-
mation (Fig. 3a [4]).

According to the Boltzmann superposition principle [4], if two loads or stresses
are superposed, its corresponding deformations are equally superposed (Fig. 3b).

In our fatigue studies, the pipe samples are subject to an initial internal pressure
that gives rise to an elastic deformation and to the viscous flow mentioned above.
The application of cyclic overpressures caused by waterhammer will produce a new
deformation curve, above the viscous flow curve. The deformations due to these
transient loading and unloading cycles will be located between these two curves
(Fig. 3c).

Fig. 1 S–N curves, Ref. [3]

Fig. 2 S–N curves for HDPE PPI 4710 [2]
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The theoretical curves shown in Fig. 3c were obtained experimentally in an
HDPE pipe sample and are shown in Fig. 4. The lower curve corresponds to the
measured outside pipe diameter and its growth due to the viscous flow or creep
caused by the permanent internal pressure. The upper curve corresponds to the
instantaneous deformation caused by the application of the transient pressures
shown in Fig. 5. The constant separation between the curves shows that the
deformation and recovery are purely elastic.

Fig. 3 a and b Viscoelastic material deformations under stresses and superposed stresses [4].
c Deformations under transient overpressures

Fig. 4 Outside diameters
measured during steady and
transient flow
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Glass Transition Temperatures

Polymers, or plastics, go through different types of mechanical behavior, depending
on its temperature and specifically, as solids, on its glass transition temperature, Tg,
which is a transition temperature below which a plastic behaves as a glass, and
above which it behaves as a rubber. This characteristic behavior is shown in Fig. 6,
where the Young modulus E is plotted versus the dimensionless absolute temper-
ature T/Tg [5]. It can be seen that the modulus of elasticity, and correspondingly the
design stress for internal pressure, are reduced drastically when the material goes
from the glassy to the rubbery state.

Glass transition temperature for PVC is 90 °C, and −90 °C for HDPE. Figure 7
shows the E-T and S-T curves for PVC and HDPE, showing that, for the typical
ambient temperatures, 0–40 °C, PVC is clearly in the glass plateau, and HDPE is
clearly in the rubber plateau, behaving accordingly. The Young modulus E and the
design stresses S are shown in its real values, as they are used for the design of
pipes that convey water under pressure.

Fig. 5 Transient pressures
and opening and closing cycle
of the valve

Fig. 6 Young modulus,
linear polymer [5]
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Experimental Installation

The experiments were conducted in the city of San Luis Potosí, in a model con-
sisting of a 277 m long steel pipe, diameter of 100 mm and thickness of 1.5 mm, D/
t ratio of 67, with two hydropneumatic tanks in the extremes, acting as constant
head and as pressure wave reflecting bodies (Fig. 8). Pressure wave celerity is
1120 m/s. In both ends of the steel pipe, upstream and downstream, 6–12 m of
HDPE or PVC test pipes can be installed, and subject to extreme transient pres-
sures, made possible by the high wave celerity of the steel pipe. Butterfly valves are
installed at the upstream and downstream ends, with 0.2 s closure time. The valve
has also a mechanical counter, which accumulates the number of valve cycles. This
experimental installation is located in San Luis Potosí, Mexico, and was built under
the technical advice of the Institute of Engineering of the Universidad Nacional
Autónoma de México (UNAM), in the frame of an industry–university collabora-
tion. The installation is available for research projects of universities and institutes.

Fig. 7 Glass transition temperatures, PVC and HDPE

Fig. 8 Experimental set up
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Experimental Results

The aim of the experiments reported in this paper is to obtain S-N curves for PVC
and compare them with those obtained for HDPE in a previous paper [2].
Several PVC pipe samples, 6 m long, were subject to cycles of extreme transient
pressures, which were higher than the internal design pressures of the pipes P
(calculated as P = 2S/(SDR − 1), where S is the design stress and SDR is the D/t
ratio) and higher than the maximum pressures allowed by the codes during
waterhammer events. For HDPE, the pipes are allowed pressures as high as 1.5
times its design pressure for recurring events, and 2 times its design pressure for
occasional events [6]. The HDPE pipe final design thickness will be therefore the
same as that calculated for steady state conditions. For PVC, the pipes must be
calculated for the specific transient pressures that can occur during their lifetime [8],
meaning that the pipe final design thickness will be generally greater than that
calculated for steady state conditions.

The extreme pressure cycles, shown in Fig. 11, were continued until the failure
of the pipe. Different pipe samples were tested, for different values of the D/t ratio,
also known as Standard Dimensional Ratio (SDR). For HDPE, SDR’s 41, 32.5, 26
and 21 had been tested [2]. For PVC, SDR’s 51, 41, and 32.5, were tested.
A “sanitary” grade (SDR 51) was also tested. Outside diameter of the PVC pipes is
100 mm. The pipe samples were prepared with triangular grooves, machined in its
external surface, 30 mm long, parallel to the pipe axis, with depths from 10 to 40%
of the nominal thickness, with an angle of 60°, similar to those cut in the round bar
samples used in the standard fatigue tests (Fig. 9), with the aim of provoking the
development of cracks in those weakened pipe sections (Fig. 10).

The same type of experiments made with HDPE pipe samples [2] were repeated
with PVC pipe samples. Initial pressures were between 0.7 and 1.7 times (1.3–1.9
times for HDPE) the design pressures of the pipes, and the average water hammer

Fig. 9 Typical test specimen
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overpressures were between 2.1 and 2.7 times (3.5–4.4 times for HDPE) the design
pressures of the pipes. The typical load cycles to which the pipes were subjected are
shown in Fig. 11. Peak frequency is 0.3 Hz.

A total of 11 experiments were made, in which all pipe samples were brought to
failure. In all cases, the failures occurred with a big burst and started in one of the
grooves made with the purpose of provoking the failure. Contrarily to the case of
HDPE pipes, where the failures were localized, fixed in length, and stable, that is,
without propagation during the experiment, as shown in Photos 1–3 [2], the PVC
pipe failures propagated very rapidly from the initial groove failure, destroying
completely the pipe, as shown in Photos 4–9.

The results of the 11 experiments are shown in Fig. 12, in which the logarith-
mically adjusted curves for HDPE and PVC are compared. The normalized max-
imum pressure applied, Pmax/P, was calculated with the average overpressures in
each cycle and the design pressure of each pipe sample, according to its real
average thickness and SDR. In Fig. 12, three points in the PVC curve were added
for N values of 104, 105 and 106, from Ref. [7], which summarizes a number of
conventional fatigue studies made with large numbers of load cycles, and which
correspond very well with our smaller load cycles experiments with real pipes.

In addition, virgin PVC pipe samples, not previously subject to internal pressure,
were also tested under the quick burst test (ASTM D 1599 99R05), in which the
pipe samples are sealed with blind flanges and subject, inside a water tank, to an
increasing internal pressure, until the moment in which the pipe fails, recording the
maximum pressure reached. The average of these maximum pressures, normalized,
is also plotted in Fig. 12, as was for HDPE.

Fig. 10 Groove detail and pattern in pipe test samples
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Fig. 12 Experimental results and S-N fatigue curves (logarithmic adjustment)

Fig. 11 Typical load cycles, PVC pipes, for different SDR’s
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Photo 1. HDPE SDR 41 Photo 2. HDPE SDR 32.5 Photo 3. HDPE SDR 26

Photo 4. PVC pipe failure Photo 5. PVC pipe failure Photo 6.  PVC pipe failure

Photo 7. PVC pipe failure Photo 8. PVC pipe failure Photo 9. PVC pipe failure

Conclusions

Curves S–N for HDPE pipes and PVC pipes were presented, resulting from
experiments in which test pipes were subject to extreme transient pressures and
where the transient cycles were maintained until the failure of the pipes.

The experiments confirmed that failures in pipes are caused by small cracks that
appear in its weak sections, and develop gradually, under cyclic loads or transient
overpressures, until the moment in which the failure happens.

It was shown that, contrarily to HDPE pipes, which have a very high resistance
to fatigue and high pressures and whose failures are localized and do not propagate,
PVC pipes do not have a high resistance to high pressures, and that its failures are
brittle and propagate very rapidly, destroying completely the pipes.

The difference in the behavior of the two materials can be explained considering
their respective glass transition temperatures, which show that for the normal
ambient temperatures PVC behaves as a glass and HDPE behaves as a rubber.
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Probabilistic Assessment of Nuclear Piping
Integrity by Considering Environmental
Fatigue and Stress Corrosion Cracking

Seung Hyun Kim, Md Nasimul Goni and Yoon-Suk Chang

Introduction

Most of the operating nuclear power plants (NPPs) were designed with original
permission period of 40 years but extension of their lives has been considered
world widely. To achieve this goal, structural integrity against aging mechanisms
such as fatigue, thermal aging, primary water SCC (Stress Corrosion Cracking) and
boric acid corrosion etc. should be assured. Among them the fatigue has been
known as very important aging mechanisms defining component lives and, par-
ticularly, environmental effects were controversy since 1990s [1]. On the other
hand, probabilistic assessment codes have been developed for determining failure
probabilities of structural components. PINTIN (Piping Integrity Inner flaws) was
developed due to limitations of other codes [2].

In this paper, the effects of the aging mechanism and evaluation method were
confirmed by applying PINTIN to a typical reactor coolant system. Piping failure
probabilities with small and big leak probabilities are assessed in the typical reactor
coolant system. Subsequently, sensitivity analyses were also performed to find out
parameters significantly affecting to the integrity of piping.
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Evaluation Methods

Fatigue Crack Initiation and Growth

Since we know that the values of Fen can be obtained from the Argonne National
Laboratory fatigue life model, where Nair defined as the ratio of life in air at room
temperature and Nwater is in water at service temperature. The fatigue life, N, of SS
is represented by Eq. (1) [3].

ln Ni xð Þ½ � ¼ 6:449� 1:808 ln ea � 0:151ð Þ ð1Þ

The environmental fatigue correction factor is Eq. (2) as follow:

Fen ¼ exp 0:702� 0:101S�T�O� _e�ð Þ ð2Þ

Environment has significant effect on crack growth period. In water environ-
ment, it reduces the fatigue life and increases the fatigue growth rate. The fatigue
crack growth rate, da/dN, of the SS is characterized in terms of the range of the
applied stress intensity factor, ΔK. This characterization is generally in the form of
Eq. (3) [4],

da
dN

¼ C0DKn ð3Þ

where n and C0 are parameters dependent on the material and environmental
conditions, n is slope of the log (da/dN) versus log (ΔK) curve, n is 2.25 and C0 is
parameter which accounts for the effect of a number of variables on crack growth
rate. The fatigue crack growth rate of the material is affected by R ratio (Kmin/Kmax)
and environmental conditions. These variables are accounted for in C0 as defined
below in Eq. (4) [4]:

C0 ¼ CSTSRSENV ð4Þ

where constant, C is 9.10 � 10−6 mm/cycle for SS. ΔKth is defined as
1.10 MPa m0.5. Besides, ST is the parameter defining the effect of temperature on
crack growth rate.
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SCC Initiation and Growth

Garud developed an SCC initiation model for application to an engineering eval-
uation of SCC initiation in primary water conditions. In this model, the duration of
SCC initiation is a function of stress, temperature, environmental factors and
material strength. The Garud’s SCC initiation model was used for PINITN as
follows [5]:

ti ¼ ankeIn Að Þ In
A� Z

Su=Sy � Z

� �
=ln

A� Z
1� Z

� �� �
ð5Þ

where ti is time, an is normalized resistance factor, ke is material environment factor
including the Arrhenius temperature dependence, A and Z are material constant. Su
and Sy are ultimate tensile strength and tensile yield strength respectively.

Now, for the SCC growth model of PINITN, below equation was used for the
evaluation of SCC growth [6]:

da
dt

¼ exp �QCGR

R
1
T
� 1
Tref

� �� �
a1 K � Kthð Þb1 ð6Þ

where da/dt is crack growth rate at temperature T, QCGR is thermal activation
energy for crack growth, R is the universal gas constant, T is coolant temperature,
Tref is room temperature, a1 is crack growth amplitude, K is stress intensity factor,
Kth is crack tip stress intensity factor threshold and b1 is exponent.

Monte Carlo Simulation

The Monte Carlo simulation technique shown in the figure is adopted to predict the
leak probability of the nuclear plant piping. First, the initial crack size or crack size
during growth is defined as coordinates in the sample space. The next step is to
determine the crack size using a stratified sampling scheme and calculate the
probability (Pm) that the crack is in the cell [5].

PðtF � tÞ�
XM

m¼1

NFðtÞ
Nm

Pm ð7Þ

where M is total number cells, Nm is number of samples from m-th cell, Pm is
probability of an initial defect having coordinates within the boundaries of m-th cell
(Fig. 1).
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Analysis of Piping Integrity

Analysis Condition

Leak probabilities were calculated by PINTIN the aging mechanisms (fatigue, SCC,
fatigue + SCC). An analysis target is hot leg of the reactor coolant system, pipe
diameter and thickness are 878.84 and 71.12 mm. Input conditions were summa-
rized by Table 1 for calculation of small and big leak probabilities. In order to
evaluate the effect of each parameter, heat-up/cool-down frequency, the oxygen
concentration and coolant temperature were evaluated by complex aging mecha-
nisms (fatigue and SCC). The small and big leak probabilities were calculated by
increasing the heat-up/cool-down frequency, oxygen concentration and coolant
temperature. Figure 2 shows the user friendly input window of the PINTIN.

Fig. 1 Flow chart of Monte Carlo simulation for PINTIN [2]

Table 1 Conditions for PFM analysis

Fatigue crack growth properties Fatigue constant, C 9.14 ⨉ 10−12

Fatigue exponent, n 4.0

Heat-up/Cool-down frequency 5/year
7/year

9/year

Water chemistry and conditions
that affect SCC

Oxygen concentration 0.05 ppm
0.07 ppm

0.09 ppm

Duration of plant heat-up 5 h

Coolant conductivity 0.2 ls/cm

Operating conditions Operation pressure 15.51 MPa

Plant life time 40 years

Coolant temperature 319.39 °C
344.39 °C

369.39 °C
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Analysis Results

Figure 3 shows the small and large leak probability due to aging mechanisms of the
hot leg. The maximum difference of leak probability between fatigue and SCC
occurred about 17%. In the case of complex aging mechanism (fatigue and SCC),
when the life of nuclear power plant was 40 years, the leak probability was
increased by 2 times, approximately.

Figure 4 shows leak probabilities when heat-up/cool-down frequency in the hot
leg are 5, 7 and 9 per year. The oxygen concentration was 0.05 ppm and the coolant
temperature was 319.39 °C, respectively. When heat-up/cool-down frequency was
increased from 5 to 9 per year, the leak probability was increased up to 104 times.
The difference in the leakage probability according to heat-up/cool-down frequency
was constantly increased.

Figure 5 shows the leak probability according to the change of oxygen con-
centration. The heat-up/cool-down frequency was 5/year, and the coolant temper-
ature was 319.39 °C, respectively. As the oxygen concentration was increased from
0.05 to 0.09 ppm by 0.02 ppm, the leak probability was increased up to 104 times,

Fig. 2 Main window of PINTIN [2]
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and the leak probability trend of the hot leg was similar to that of the heat-up/
cool-down frequency.

Figure 6 shows the leak probability according to the change of coolant tem-
perature. The heat-up/cool-down frequency was 5/year, and the oxygen concen-
tration was 0.05 ppm, respectively. As the coolant temperature was increased from
319.39 to 369.39 °C by 25 °C, the leak probability was increased up to 105 times.

Fig. 3 Effect of aging
mechanism on the leak
probabilities

Fig. 4 Effect of heat-up/cool-down frequency on the leak probabilities
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Conclusions

In this study, small and big leak probabilities according to the aging mechanisms in
the hot leg were calculated, and effects of key parameters on fatigue and SCC were
evaluated through sensitivity analyses.

(1) Dominant factors influence on the leak probability were fatigue and coolant
temperature from degradation mechanisms and analysis parameters standpoints.

(2) When heat-up/cool-down frequency and oxygen concentration increased 40
and 80%, the leak probabilities increased 10 and 104 times approximately.

Fig. 5 Effect of steady state oxygen concentration on the leak probabilities

Fig. 6 Effect of coolant temperature on the leak probabilities
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The Inspections, Standards and Repairing
Methods for Pipeline with Composite:
A Review and Case Study

M. Hadj Meliani, O. Bouledroua, Z. Azari, A. Sorour, N. Merah
and G. Pluvinage

Introduction

An accident free pipeline operation is the dream of every player in oil and gas
industry, but corrosion by nature is a contending issue in this regard. Corrosion has
been around for all recorded history and causes the degradation of the mechanical
properties of pipeline system due to chemical reaction with the operational fluid and
environment.

The paper initially inspects some points of view on the burst pressure standards
calculation on pipeline with external corrosion defect. A real test will be presented,
and a comparison on the two methods to repair the pipeline will be focus on the
second part. A FEM simulation should be a good tool to estimate the safety factor
on both parts. For the first part, an inspection is given for a real pipe exhibiting a
surface corrosion defect. Details are given in Section “Clock Spring Pipe
Repairing”. The data collected by the intelligent pig are regrouped with the critical
pressure establish by different codes ASME B31G [1], DNV RP F-101 [2],
PCORRC [3], SHELL 92 [4], RSTRENG [5], Barlow’s equation [6], Modified
B31G code [7], the Netto et al. method [8], the Choi’s method [9] and the average
shear stress criterion method [10]. Effect of corrosion length and depth are studied.
Additionally, in Section 3.2, a Finite Element Method, FEM has been used to
compute the different Stress at defect tip and semi-elliptical defects were consid-
ered: diagonally, horizontally and vertically. The interest of the paper is to give
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some critical about the more conservatives result given by the different standards in
the literature. A proposal method to repair pipeline after inspection were presented
in detail in Section “History of the Pipe, Inspection of Defects and Experimental
Burst Test”. Two methods, ISO/TS 24817 and ASME PCC-2, are supposed to be
the able to given the more safety.

History of the Pipe, Inspection of Defects and Experimental
Burst Test

In the aim to anticipate the operational regime maintaining on the GG1 gas pipeline
under optimal safety conditions, analysis on a highly corroded tube are conducted
by the DRC and the MNI project at the Boukeroues base on 20 April 2011. To
study the behavior of API 5L X60 steel, corrosion lords of the bursting test and thus
checking the safety of the standards requested. This test was limited to tubes
referenced No. 12510 taken from PK 266.895 of the pipeline GG1. The test was
carried out in two stages, firstly checking the extent of corrosion against the results
of the intelligent tool and then testing the burst and analyzing preliminary data.

An example of a risk-based inspection planning method is given for a subsea oil
export pipeline installed in 1981. Table 1 shows general information about the
target pipeline, with inspection results of the corrosion defect in 2011. By an
internal pipeline inspection using the Magnetic Flux Leakage (MFL) intelligent pig
tool, collected corrosion zones can be measured with the locate, size and assess
anomalies along the full length. The data collected were downloaded and processed
for evaluation of the entire length of the pipeline, details of a subsea pipeline, such
as segments and corrosion locations, as shown in Fig. 1.

Measurements of the instances and penetration depth of corrosion on the inner
side of operating pipelines were collected. A total of 67 measurements were
available for the present study, categorized as depth, width and length, Fig. 2.

All defects reported were evaluated in according to the different standards. This
approach used the axial length, the circumferential extension as well as the depth

Table 1 General information about the target pipeline

Type of pipeline Crude oil pipeline, operating

Diameter (mm) 42 in.

Wall thickness (mm) 11.91–12.7

Length (km) 437

Material grade API 5L X 60

Max. allowable operating pressure (MAOP) (MPa) 69 bars

Max. actual pressure (Design) 73 bars

Date pipeline was commissioned (year) 1981

Report date 20.04.2011
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for the determination of the new safety pressure. Example of burst test are prepared
from the tube No. 12510 with a pressure according to Fig. 3. In the API 5L X60
with design and operational burst pressures of 73 and 69 bars, respectively, the
pressure recorded was 95 bars with a defect of 75.6% of depth, Fig. 4. The result
has highlighted the more conservative of the current standards used. And the rec-
ommendation that further testing be conducted to a database required for optimal
integrity management.

Fig. 1 Information on weld location and segment of a subsea pipeline
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For regions of external corrosion where the deepest penetration is less than 80%
of the wall thickness, an ASME B31G or RSTRENG evaluation of acceptable
defect length (L) can be conducted. The acceptable circumferential extent (c) of the
collected defects are evaluated in Fig. 5, with the standards API RP 579, where
(t) is the nominal pipe wall thickness, (d) is the maximum defect depth, and (D) is
the nominal pipe diameter. Pipe that is not severely corroded enough to fail either of
the criteria for acceptable defect length and the criterion for acceptable defect
circumferential extent requires no repair except recoating and backfilling.

Clock Spring Pipe Repairing

In this part a numerical study of the pipe repair using with the Clock Spring method
is presented. This method of reparation is using in Algeria. A composite sleeve
manufactured from E-glass fibers and polyester resin is used. The fibers are oriented
in order to run around the hoop direction of the pipe and to maximize the strength in
this direction. The sleeve is colored in yellow in the picture, Fig. 6. A methacrylate

Fig. 3 Preparation of tube No. 12510 from GG1 for the bursting test (a) and the pressure
recording (b)

Fig. 4 Resistance of all the corrosion nest (a) and state of scratcher (b) at 95 bars of pressure
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adhesive is used to secure the repair. The adhesive is colored blue in the picture,
Fig. 6. The model of repaired pipe is presented and the effect of sleeve number on
the stress value has been studied. The maximum stresses is localized at the defect
tip and presented in Fig. 7. We note that the sleeve number has an effect on the
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Fig. 6 Clock Spring® sleeve being applied to a damaged, steel pipe

Fig. 7 Stress distribution at the inside repaired defect a Two Sleeve, b Eight sleeves
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maximum stress value. Figure 8 presents the maximum principal stress evolution
with sleeve number. This result indicates that after Clock Spring repair, the max-
imum principal stress decreases, with sleeve number. This maximum principal
stress has a value 413 MPa for 8 sleeves close to yield stress (ry = 415 MPa), this
stress diminution is about 34%.

Failure Assessment Diagram

The failure assessment diagram (FAD) methodology replaces the three fracture
mechanic parameters relationship (fracture toughness, defect size and loading) by a
two parameters, one in order to have a plane representation where non dimensional
crack driving force kr and non-dimensional applied stress Lr are the coordinates.
The non-dimensional crack driving force kr is defined as the ratio of applied stress
intensity factor, Kapp, to the fracture toughness of material, KIc.

kr ¼ Kapp

KIc
ð1Þ

An improvement was made by introducing the J integral or crack opening
displacement as:

kr ¼
ffiffiffiffiffiffiffiffi
Japp
Jmat

r
or kr ¼

ffiffiffiffiffiffiffiffi
dapp
dmat

s
ð2Þ

where, Japp, dapp are the applied J integral and crack opening displacement and Jmat
and dc are fracture toughness in terms of critical value of J integral or critical crack
opening displacement of the material. Non dimensional stress Lr is described as the
ratio of the gross stress rg over flow stress (chosen as yield stress rY, ultimate stress,
rU or classical flow stress r0 ¼ ry þ rul
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Lr ¼ rg
r0

ð3Þ

The FAD exhibits a failure curve as the critical non-dimensional crack driving
force kr,c versus the critical non-dimensional stress or loading parameter Lr,c. This
curve kr,c = f(Lr,c) is obtained from fracture toughness data measured from speci-
mens tested under high levels of stress triaxiality (deep crack associated with
bending). Such conditions ensure conservative conditions. Local stress distribution
ahead of the crack tip is assumed to be plane strain with high constraint. However,
for real structures, defect tip constraint is reduced by small thickness, blunt defect or
tensile loading and real fracture toughness increases. The failure assessment curve
kr,c = f(Lr,c) delineates a fracture design curve according to the available codes, e.g
SINTAP [9], R6 [10] and RCC-MR [11]. The failure curve for the basic level of the
SINTAP procedure is given by Eq. (4). The fracture toughness, yield strength and
ultimate strength of the material are required for this level.

kr;c ¼ 1ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
1þL2

r;c=2
q : 0:3þ 0:7exp �l:L6

r;c

� �h i
for 0�Lr � 1 ð4Þ

kr;c ¼ f Lr ¼ 1ð Þ:L N�1=2Nð Þ
r for 1�Lr �Lr;max ð5Þ

and Lr;max ¼ 0:5: ry þrul=rul
� �

with

l ¼ min 0:001E=ry
� �

; 0:6
	 


N ¼ 0:3: 1� ry=rul
� �� �

The assessment point of a component can be highlighted by a point of coordi-
nates kr

* and Lr
*. If this point is inside of the boundary lines of the diagram which is

limited by the failure assessment curve; the structure is safe Fig. 9. If not, failure
occurs, and the assessment point is situated outside of the interpolation curve.
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In case of corrosion defect, non-dimensional defect driving force is obtained by
Volumetric Method [12]. Assessment points have been determined for the fol-
lowing conditions: (i) the pipe made of API 5L X60 steel with the following
dimensions: 600 mm diameter, 12.7 mm wall thickness with a pressure service
conditions 70 bars for a gas pipe, Two aligned defects in the circumferential
direction with d/t = 30%, W = 10 mm and L = 100 mm, separation distance dl mm
and two aligned defects in the circumferential direction with d/t = 30%, W = 10 mm
and L = 100 mm, separation distance dc mm. In other hand two aligned defects in
the circumferential direction with d/t = 30%, W = 10 mm and L = 100 mm, sep-
aration distance dl mm with repairing (number of sleeves 1–8) are used. The dif-
ferent assessment points are seen in Fig. 10. Table 2 gives the safety factors versus
the number of sleeves. One notes that the defect lead to failure under service
pressure and the pipe is safe after repairing. The safety factor increases with number
of sleeves. However, with eight sleeves the safety factor is far from the value of 2
which ensures security.
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Fig. 10 FAD for corrosion defects with and without repairing. Influence of sleeve number

Table 2 Influence of sleeve number on SF on API X60 pipe steel with 7 bars in the pressure

Sleeve
number

Without 1 2 3 4 5 6 7 8

Safety factor 0.96 1.03 1.08 1.13 1.17 1.19 1.20 1.27 1.41
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Discussion

In this study, the expected numerical results confirm the strong influence of
geometry and position of defects on the service life of high pressure pipes. Single
base corrosion defects (length, width and depth) geometry affects markedly the
local stress and strain distributions, playing a critical role in the failure pressure
prediction of pipelines. Corrosion defect depth values are more “restrictive” than
the length ones. The obtained results will permit establish a comparative analysis in
order to discuss the interaction of two defects in both longitudinal and circumfer-
ential directions with a service pressure. Based on the opening stress, as a dominant
stress and responsible on the probable failure of pipe, critical distances are given in
the two senses, given the started points to consider separate or colony defects. It is
essential information taking into account in the engineering application to use the
standards to repair probable failure pipe. Corrosion defect affects the safety of pipe
under service pressure. Repairing using Clock Spring sleeves increases the safety
factor determined by Failure Assessment Diagram. However, before repairing it is
necessary to ensure that the assessment point is in the security domain i.e. the safety
factor is greater than 2. This gives an indication of the limit of this repair technic.

Conclusion

An accident free pipeline operation is the dream of every player in oil and gas
industry, but corrosion by nature is a contending issue in this regard. Corrosion has
been around for all recorded history and causes the degradation of the mechanical
properties of pipeline system due to chemical reaction with the operational fluid and
environment. Therefore, pipeline companies need to determine critical distance
between defects for making decisions about repairing the defects or leaving them
for further service. Finite element analysis (FEA) can improve the corrosion,
integrity assessment process and also evaluate the effect of defect geometries on the
operating pressure. It is a good tool, to optimize the experimental tests in the aim to
provide the assessment techniques in order to investigate the repairing methods and
their capabilities. In the same way, the monitoring techniques via ameliorating can
be enhanced by the testing methods or making more input data by establishing the
required grid.
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Effect of Microstructure on Tension,
Charpy and DWTT Properties on Two
API X70 Plates

Fernando Guzmán, Moisés Hinojosa and Eduardo Frias

Introduction

The current demand of petroleum and natural gas is increasing, as shown in Fig. 1,
which includes the consumption of these products from 1985 to the present and the
expected demand up to 2035, the most efficient way to transport these products is
by welded pipeline, this means that the demand for pipeline will continue
increasing in the next years. An important part of the manufacturing process is the
reception of raw material, which must meet API (American Petroleum Institute [1])
standards. In this study, we compared two API X70 PSL2 steels from different
suppliers, looking to understand the effect of chemical composition and
microstructure in the tension, CVN and DWTT test.

The microstructure of these steels varies according with the TMCP parameters
used by the supplier, as discussed in the work by Byoungchul et al. [2], where the
TMCP parameters were manipulated in twelve different ways for three different
chemical compositions in a API X70 steel, manipulating parameters such as the
rolling temperatures and cooling rates. A variety of ferrites with small percentages
of martensites and bainites were obtained giving different mechanical properties
under tension, Charpy impact and DWTT. A phenomenon called inverse fracture
was observed in DWTT, denoted by a cleavage morphology in the fracture surface
on the side opposite to the notch, this phenomenon was explained in terms of high
strain rate generated by the impact of the pendulum hitting the sample. This
phenomenon occurs more in microstructures with higher density of polygonal
ferrite (PF) and a lesser amount of acicular ferrite (AF). In a similar work,
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Byoungchul et al. [3] manipulated TMCP parameters focusing on Charpy impact
tests and confirmed that the best toughness was associated to microstructures with
high AF percentage whereas the lower toughness corresponds to large PF. In a
recent study, Tian Yong et al. [4] studied the mechanism of ductile and brittle
fracture in X70 and X80 steels processed by UFC (Ultra-Fast Cooling), different
microstructures and thus different mechanical properties were obtained, noting that
the microstructure of both steels was composed of polygonal and acicular ferrites,
some bainite and some martensite islands, with more polygonal ferrite in the X70
and more acicular ferrite in the X80 steel. The model shown in Fig. 2 was proposed
for the propagation of a crack in a polygonal or acicular ferrite matrix where we can
see that in the polygonal ferrite the crack propagates in a transgranular manner on
the BCC structure <100> cleavage planes [5, 6], whereas the crack propagation is
chaotic in acicular ferrite and does not follow the cleavage planes.

Fig. 1 Prediction of consumption of petroleum and natural gas up to 2035 [10]

Fig. 2 Fracture mechanism in acicular ferrite proposed by Yong Tian et al. 2015 [4]
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Experimental Procedure

Specimens taken from one end of the plate were prepared to perform tension,
Charpy (CVN) and DWT tests, specimens to analyze the microstructure were also
obtained. In Fig. 3 we can see the sketch of the position and direction in which the
specimens were taken also assigned a number for subsequent location, taking
samples of transverse tension in the center of the plate, transverse CVN in a quarter
and also transverse DWTT in other quarter of the plate, these positions defined by
the API 5L 45 ed. [1], being these samples for accreditation process of material, the
other longitudinal samples and 45° were taken for the purpose of analyzing the
material behavior at different positions, as well taking samples as the possible in
center and the most extreme possible of the plate, to see the effect of plate cooling
in the process on the microstructure and later in the mechanical properties, in Fig. 3
section 6 you can see a cluster of CVN samples were collected for testing CVN at
different temperatures from 10 to −70 °C and observing its mechanical behavior
and toughness.

Results

Starting with the chemical composition of the two steels indicated in Table 1 which
was extracted from quality certificates provider by the supplier we can see a sig-
nificant difference in Cr, which tells us that is the supplier 1 steel should have
higher percentage of ferritic phases since chromium is a ferrite phase stabilizer [7],
the other relevant elements such as C, Mn, Ni, and the sum of Nb + V + Ti show
no significant differences.

Fig. 3 Sketch of location and direction of the samples taken from the plate (all in inches)
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Microstructure

The metallographic preparation of the pieces consisted of polishing with sandpaper
from 320 grid to 1200 grid following the ASTM E-3 [8] standard, mirror finish was
obtained using a cotton cloth and 1 lm alumina: The specimens were etched with
3% Nital during 10–15 s obtaining the microstructures shown in Fig. 4 where we it
can be seen that in the steel 1 (a) there is a mixture of quasi polygonal and acicular
ferrite along with some bainite, in the steel 2 (b) there is a greater quantity of
quasipolygonal ferrite, bainite, a lesser quantity of acicular ferrite and second phase
particles, which are presumably carbides that could serve as cracks initiators.

100 µm 100 µm

(a) (b)

Fig. 4 Microstructure of Supplier 1 (a) and Supplier 2 (b)

Table 1 Chemical composition of the steel according to the quality certificates

Supplier 1 Supplier 2

C 0.056 0.060

Mn 1.690 1.710

P 0.007 0.015

S 0.001 0.003

Si 0.280 0.220

Al 0.033 0.040

Cu 0.010 0.020

Cr 0.240 0.020

Ni 0.010 0.020

Mo 0.010 –

Ti 0.008 0.015

Nb 0.043 0.034

V 0.001 –
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Charpy Impact CVN

Charpy impact tests were conducted under ASTM E23 [8] and API 5L 45 ed. [1]
standards with a V-notch in 1/1 sample size, tests were performed in the raw material
at a temperature of −10 °C according with the API method, in addition, a transition
curve was made from −70 to 10 °C. Figure 5a shows the results of the CVN test
at −10 °C, where a homogeneous behavior for supplier 1 steel is observed regardless
of the test direction, the behavior of the steel from supplier 2 is very heterogeneous.
In Fig. 5b we can see strong differences in the ductile to brittle transition, with the
toughness of the steel from supplier 2 beginning to fall at −30 °C and exhibiting
heterogeneity whereas that from supplier 1 hold its properties down to −60 °C with a
homogeneous behavior.

Fig. 5 a CVN at −10 °C.
b CVN at different
temperatures
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Tension

Tension tests were carried out according to ASTM E8 [9] and API 5L 45 ed. [1]
standards in specimens cut along the longitudinal, transverse and diagonal direction
in the locations indicated in Fig. 3, at the center and one end of the plate. We can
see a fairly constant behavior in the steels regardless of their direction or location in
Fig. 6, with a similar strain to fracture in the two steels, reaching greater level of
stress for Supplier 2 steel, but this one continues having an heterogeneous behavior
in comparison with Supplier 1 steel, both steels meet the requirements imposed by
the API 5L 45 ed. [1] confirming its cataloging as API X70 steel.

DWTT

The DWTT was performed under the API 5L 45 ed. [1] standard, at a temperature
of 0 °C. The main purpose of this test is to determine the ductile or brittle character
of the fracture surface generated by the tearing of the specimen, in some reports it
may present inverse fracture [2]. In our case a completely ductile fracture surface
was observed as no specimen was completely broken, concluding that this material
behaves quite well in this test and these conditions.

Discussion

Microstructure

As stated before, supplier 1 steel has a higher content of Cr, which is a ferrite
stabilizer [6], although its percentage is not very high, we could see an effect on the

Fig. 6 Comparative longitudinal, transverse and diagonal directions for both steels
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microstructure. Obviously, these materials did not have the same TMCP parame-
ters, nevertheless a higher percentage of ferrite was observed in the microstructures
of Supplier 1 steel, whereas in Supplier 2 steel we observed bainite and second
phase particles which may be carbides or retained austenite, this phase favored by
the percentages of Mn in both steels as this element is known as an austenitic
stabilizer [6], promoting the formation of phases such as retained austenite and
bainite. The microstructures did not exhibit evidence of the rolling direction except
for slight texture which had some effect on the tension tests.

Charpy Impact CVN

In the CVN tests at −10 °C we can observe variation in the supplier 2 steel for the
different directions and locations, this is maybe due to the presence of second phase
particles which may nucleate crack that later propagate in different ways depending
on the material texture. The lower values toughness in this material compared to
that of supplier 1 may be due to the difference in the microstructure, which exhibits
more quasi polygonal ferrite in supplier 2 along with the nucleating second phase
particles which favor the nucleation of cracks that can propagate over the cleavage
planes in the quasi polygonal ferrite, moreover the homogeneous behavior in
Supplier 1 is associated to the fact that it not has a preferential texture, the high
toughness values are explained by the lower percentage of polygonal ferrite in the
microstructure and by the absence of second phase particles.

The CVN tests at the different temperatures confirms the already discussed effect
of microstructure, with higher toughness values for supplier 1 steel down to tem-
perature of −60 °C, whereas supplier 1 steel hold it only down to −30 °C
structures.

Tension

The tension test clearly reveals difference in these two steels, as it can be seen in
Fig. 6. Steel from supplier 1 exhibit higher strength than that from supplier 2 steel,
this behavior can be explained by the presence of second phase particles, such as
carbides, or retained austenite, as these serve as anchors to the dislocation motion in
the case of carbides, and in the case of retained austenite it transform to martensite
with the deformation thus hardening the material. And interesting result is that both
steels have a similar deformation percentages although supplier 2 steel has second
phase particles, comparing results we observed that these particles do not influence
significantly the tension test result but their effect is strongly evident in the Charpy
impact tests.
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Conclusions

Both steels meet the requirements imposed by the API 5L 45 standard [1], Supplier
1 steel having better performance in CVN testing as standard and at different
temperatures. Both steels behaved as expected in tension test, with better properties
for supplier 2 steel. In DWTT both steels showed a 100% ductile character,
although they have differences in the microstructure and in the chromium content.
We conclude that the supplier 1 steel is the best because it has better toughness and
good ductility which is desirable in these steels as they can work in different
temperatures including sub-zero environments.

A higher quantity of acicular ferrite was observed in the steel from supplier 1,
whereas higher densities of quasi polygonal ferrite, bainite and second phase par-
ticles were present in supplier 2 steel. Thus supplier 1 steel had a better performance
at low temperatures by reducing brittle crack propagation by the high density of
acicular ferrite and low percent of quasi polygonal ferrite
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Fatigue Analysis in a Bellow Expansion
Joint Installed a Heat Exchanger

I. Villagómez, J. L. González, J. J. Trujillo and D. Rivas

Introduction

The expansion joints are employed in piping system to absorb different thermal
expansion while containing the system pressure. They are successfully utilized in
refineries, chemical plants, fossil and nuclear systems, heating and cooling systems,
and cryogenic plants [1].

Any pipe connecting two points is subject to numerous types of loads which
result on stresses on the pipe (Fig. 1).

Some of the causes of these stresses are:

• Internal or external pressure at working temperature
• Weight of the pipe itself and the parts supported
• Movement imposed on the pipe sections by external restraints
• Thermal expansion

The stress on the piping wall is related to the force or movement exerted on it by
external resistance and the flexibility of the pipe itself.

When either the value of the stresses or that of the external forces or movements
exceeds the maximum allowable ones, the flexibility of the pipe must be increased
artificially. This can be done by altering the layout of the pipe or by inserting high
flexibility sections. This is precisely the function of expansion joints [1].

In this work, the failure analysis of a bellows expansion joint installed in a heat
exchanger is a U-shaped corrugated type gasket made of Alloy ASTM B127 grade
400. The design pressure of the joint expansion is 13:50 kg/cm2 192 psið Þ and the
design temperature is 110 �C 230 F�ð Þ [2].
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Methodology of Failure Analysis

The failure analysis was performed with the methodology developed by the
GAID-IPN by Dr. Jorge Luis González Velázquez, which is in accordance with the
ASTM E 2332-04 standard [3].

Visual Exam

Figure 2 shows the 8″ diameter bellow expansion joint in the condition that was
received, for its study in the Laboratories of Engineering in Metallurgy and
Materials of the National Polytechnic Institute. The expansion joint is a U-shaped
corrugated linear bellows and was welded to two sections of carbon steel tube by
fillet welding on the edge of the overlapping sleeve of the joint over the outer
diameter of the pipe. It should be noted that the junction of the expansion joint and
the pipe exhibits a variation in the wall thickness. The expansion joint presented
three fasteners welded to the tube body.

Figure 3 shows a circumferential fracture of approximately 190 mm in length,
located on the fusion line of the weld expansion joint with the tube. The fracture is
simple with no branching or secondary cracks and its path follows the contour of
the weld bead line but one end of the crack deflects at an oblique angle towards the
center of the expansion joint. No plastic deformation associated with the fracture
was observed. The body of the expansion joint has a metallic appearance, with a
gloss and a polished finish, although rust residues and some dents and light scrapes
are observed.

Fig. 1 Refinery expansion joint
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Chemical Analysis

The chemical composition of the expansion joint manufacturing material and that of
the bellows pipe sections were determined by X-ray fluorescence spectrometry. The
experimental chemical composition obtained can be seen in Table 1.

Hardness Test

The hardness testing of the bellows fabrication material was performed by
micro-indentation on the Vickers (HV) scale, testing was performed in accordance
with ASTM E384 [4]. Rockwell B hardness tests were performed on the pipe

Fig. 2 Expansion joint in the condition as it was received for study in the Laboratories of the
DIMM-IPN

Fig. 3 Fracture in 8″
diameter bellow expansion
joint

Fatigue Analysis in a Bellow Expansion Joint … 167



T
ab

le
1

C
he
m
ic
al

co
m
po

si
tio

n
ta
bl
e
of

ex
pa
ns
io
n
jo
in
t
an
d
pi
pe

Sp
ec
im

en
C

Si
M
n

S
P

C
u

C
r

N
i

M
o

V
Fe

E
xp

an
si
on

jo
in
t

U
U

1.
06

U
U

30
.2
8

0.
53

65
0.
14

U
2.
5

A
ST

M
B
12

7
40

0
N
S

N
S

2.
0m

ax
N
S

N
S

28
–
34

N
S

N
S

N
S

2.
5m

ax

Pi
pe

0.
12

8
0.
28

1
1.
07

0.
03

2
0.
01

1
0.
06

7
0.
03

6
0.
04

1
0.
02

8
0.
03

6
B
al

A
ST

M
A

10
6

gr
ad
e
B

0.
30

m
ax

0.
10

m
in

0.
29
–

1.
06

0.
03

5m
ax

0.
03

5m
ax

0.
4m

ax
0.
4m

ax
0.
4m

ax
0.
15

m
ax

0.
08

m
ax

B
al

U
:
U
nd

et
er
m
in
ed
;
N
S:

N
ot

Sp
ec
ifi
ed
;
B
al
:
B
al
an
ce

168 I. Villagómez et al.



welded to the bellows, tests were performed in accordance with ASTM E-18 [5].
Table 2 shows the test result, including the equivalent value of tensile strength.

Microstructure

Figure 4 shows the bellows microstructure formed by equiaxial grains with
annealing twinning. The microstructural condition corresponds to a condition of
sheet worked in cold and annealed. In the case of the pipe, a microstructure of
ferrite matrix with lamellar pearlite colonies is observed; the microstructural con-
dition corresponds to a normalized heat treatment.

Macroscopic Examination for Failure Analysis

In Fig. 5, the cross-section of the sample of the failure zone is observed where the
fracture is adjacent to the weld bead and has a straight path. In addition, the welding
is of the fillet type and does not present macroscopic defects like fusion faults,
porosity, undermined or entrapped slags.

Table 2 Hardness values table of expansion joint and pipe

Specimen Scale Average
Value

Minimum
Value

Maximum
Value

UTS
(ksi)

Expansion
joint

Vickers 223 218 232 107

Pipe Rockwell
B

82 81 83 77

Fig. 4 Microstructure a Bellow expansion joint, b Pipe
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Microscopic Examination for Failure Analysis

The scanning electron microscopy, shows the presence of thin lines in the form of
grooves, parallel to the crack propagation front, that are identified as microscopic
striations, typical of fatigue fractures. Also, the surface is free of deposits of cor-
rosion products and no evidence of selective attack, melting of material, or heat or
mechanical damage is observed. This is shown in Fig. 6.

Results and Discussion

(1) The chemical composition and microstructure of both the expansion joint and
the pipe match its material specification. (ASTM B127—Expansion joint/
A106-C-Pipe) [2, 6].

(2) The failure mode of the bellows-type expansion joint was identified by the
fractographic examination as a fatigue fracture.

Fig. 5 Cross section of the fracture zone (The arrow points to the line of the fracture)

Fig. 6 Microscopic striations, typical of fatigue fractures (Expansion joint section)
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(3) A conservative estimate of the magnitude of stress concentration for a 1 mm
thick tube, attached to an 18.4 mm thick tube and subjected to axial stress is 1.5
times. That is, the stresses in the expansion joint increase by 50% in the welded
joint.

(4) Now, it is known that the number of fatigue failure cycles of the Monel 400
alloys obeys a power law represented by the following equation:

Nf ¼ 1:35� 106r�0:111

rDP ¼ 19:2 ksi �! Nf ¼ 972; 475 cycles

rSC ¼ 1:5ð19:2 ksiÞ ¼ 28:8 ksi �! Nf ¼ 2; 912 cycles

(5) Improper installation of the expansion joint caused a concentration of stress in
the system. It is recommended according to manufacturers, connect it with
flanges or nipples.

Acknowledgements The authors would like to acknowledge the National Polytechnic Institute
(IPN), the National Council of Science and Technology (CONACYT) and the Analysis Integrity of
Pipelines Group (GAID-IPN) for the support to carry out this research.
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Failure Analysis of Stress Corrosion
Cracking of a Ball Valve in Service

I. Mortera, J. L. González, A. Casarrubias and D. Rivas

Introduction

The ball valves are used to let or not pass a fluid (ON-OFF). Otherwise, if left
partially open, the fluid and the pressure thereof will wear parts of the valve.
According to the latter and depending on the operating conditions
(fluid-pressure-temperature), the interior of the valve will fail, resulting in unde-
sirable leaks [1].

When the flow in the valve is horizontal, the rod must be in horizontal position
with the pressure from the right. The two adjusting screws of the gasket must be
gently tightened in the direction of the watch with an Allen wrench and turn each
screw to the same tightening torque [2].

The failed component, analyzed in this work, was installed in a 3 in nominal
diameter pipeline. The valve was installed in 2013 and was operating at 29 kg/cm2;
the service temperature was 23 °C. The line transported condensate and liquids,
with 0.44% Vol. H2S and 0.58% Vol. of CO2.

The objective of this work is to perform a failure analysis of the ball valve, to
know the failure mechanism.
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Materials and Methods

Failure analysis was performed using a methodology developed specifically for
GAID-IPN by Dr. Jorge Luis González Velázquez, which is in accordance with the
standard ASTM E 2332-04 “Standard Practice for Investigation and Analysis of
Physical Component Failures” [3].

Visual Inspection

During visual inspection of the valve, it was noted that the bonnet seat seal was
broken and a metal material adhered. The main feature observed in the failed valve
was the fracture of the four screws holding the bonnet with the valve body. Also, it
was observed that the fracture zone presents a strongly adhered oxide layer that
precludes a detailed observation of the characteristics of the fracture.

Chemical Analysis

The contents of carbon (C), sulfur (S), silicon (Si), manganese (Mn), chromium
(Cr), molybdenum (Mo) and phosphorous (P) were determined, for the screws, by
spectrophotometry by the atomic absorption technique.

Hardness Test

In order to carry out the hardness test, the “J” bolt (see Fig. 1) was selected. This
test was based on ASTM E-18 [4], using the Rockwell C scale and following the
guidelines described here. The test conditions were: 120° Diamond Tip Indentor, a
preload of 10 Kgf and a total load of 150 Kgf.

Metallographic Study

A metallographic sample was prepared from the cross section of bolt “I” (see
Fig. 1), by thinning and polishing until the mirror finish for microscopic observa-
tion. To reveal the microstructure of the steel, the sample was etched with the
reagent “Nital 3”, and it was observed in the metallographic microscope with the
“clear field” technique.
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Fracture Surfaces

To examine the fracture zone of the screws, the screws were cut, cleaned and
observed by a stereoscopic microscope.

Results and Discussion

Visual Inspection

In reviewing the seal, it was observed that the polymeric material of manufacture is
in good condition and the metallic material appears to be a type of filler for leakage
control by the method known as caulking. Figure 2 shows the seal and a piece of
the metal caulking material.

Fig. 1 Disassembling the
bonnet, the elements named
G, H, I and J, correspond to
the failed screws

Fig. 2 Fractured bonnet seat
seal and caulk leak seal
material
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Figure 3 shows the fracture surface of the bolts on the body side and bonnet side
of the valve, in the condition as they were found at the time of the present failure
analysis.

It can be seen that two of the screws have a brittle and flat fracture, while the
other two screws exhibit a ductile fracture type cup and cone.

Chemical Analysis

The results of the chemical analysis are presented in Table 1, as well as the
specified values of the ASTM A-193 [5].

Hardness Test

The hardness tests results are shown in Table 2, together with the specified value
for steel ASTM A 193 [5].

Right side view
of the ball valve

Bottom view of the
ball valve 

Screws

Fig. 3 Condition as received
from ball valve DN 80 mm
NPS 3″ in GAID-IPN
laboratories

Table 1 Results of chemical analysis in% weight of steel

Element C Mn P S Si Cr Mo

Screw 0.304 0.752 0.016 0.01 0.262 1.042 0.203
ASTM A
193 B7,
B7M

0.37–0.49 0.650–1.10 0.035 max 0.04 max 0.15–1.20 0.75–1.20 0.15–0.25
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Metallographic Study

Figure 5 shows the microstructure of the steel, which corresponds to a matrix of
annealed martensite.

Fracture Surfaces

The images of Fig. 6 show that the screws I and J exhibit brittle fracture. The
images of Fig. 7 show the screws G and H, which present ductile fracture, with area
reduction of 8.6% and presence of cutting lip.

Conclusions

1. The failure mechanism, observed on the screws of the NPS ball valve, was
identified as stress corrosion cracking, and it was generated as a consequence of
a leak in the seal of the valve cap seat.

Table 2 Rockwell hardness values on C scale

No. of
indentations

Middle
value

Minimum
value

Maximum
value

Uncertainty HB
approximate

10 40 39 41 ±2.13 381

ASTM A 193
B7, B7M

Max 35 HRC, 321 HB

Fig. 5 Steel microstructure of the “I” bolt, consisting of a welded martensite matrix.
Metallographic microscope “clear field”, 1000X cross section
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2. It is inferred that the presence of caulking material in the valve seat, is due to an
attempt to control a leak caused by the rupture of the O Ring seal of the cap seat.
However, it was not possible to seal the leak completely; hence, the working
fluid continued in contact with the cap screws, allowing the SCC to be
developed.

3. The SCC occurs gradually and is not detectable to the naked eye. Therefore, the
cracking propagated until cause a brittle fractures in the screws J and I.
Subsequently, as a result of the failure of these screws, the other two end up
failing by overload.

Acknowledgements The authors would like to acknowledge the National Polytechnic Institute
(IPN), the National Council of Science and Technology (CONACYT) and the Analysis Integrity of
Pipelines Group (GAID-IPN) for the support to carry out this research.

I J

Fig. 6 Surface of fracture screws I and J, showing a brittle, flat and smooth fracture

HG

Fig. 7 Fracture surface of the screws G and H, showing a fracture with ductile fracture
characteristics
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Assessment of Danger Due to Cracks
in Structural Elements of Different Shapes
and Geometry

Orest Bilyy

Introduction

This is known that a problem of man-caused and environmental safety of the critical
objects of industrial infrastructure becomes more and more important and actual for
many industrial countries as well as for the whole world [1].

Technical diagnostics and exploitation experience of critical structures and
technological equipment showed that in such objects the number of so-called
“non-traditional” damaging increases. These types of damages are not predicted by
the current instructions or codes and they occur because of long-term exploitation
or as a result of different deviations from the standard mode of the equipment
operating regimes [2]. Such damages have mainly a corrosion-mechanical nature
and exist at the sites of higher stress concentration caused by specific features of
design or manufacturing technology of the structural component [3].

Such fracture, in physical sense, is a multistage localised process of initiation
and propagation of crack-like defects (sharp-tipped stress concentrators) to a critical
size. Here the physicochemical factors of the interaction between stressed metal and
operating environment play a determinant role: they principally change the kinetics
of material damaging and as result significantly accelerate its fracture [4].

Samples of typical damages and defects in elements of long-term operation
structures in different branches of industry are: heat-and-power; pipeline transport;
chemical industry; mechanical engineering [2].
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Material and Procedures

In the paper [5] an analysis of the ratios for determining oft the stress intensity factor
(SIF) for specific structural elements—hollow cylinders under the internal pressure
has been carried out. With their help it is convenient to model pipeline systems of the
oil and gas industry, which are mainly loaded under the influence of internal pressure.
However, this analysis does not provide always a clear answer for the rapid analysis of
various piping systems in the presence of defects of differences shapes and geometries.
Also it is given an answer with a somewhat delayed effect when the structural element
in particular the pipeline is on the verge offracture on the evaluation of the durability of
specific structural elements. In thiswork are used the analytical relations for SIFKI and
the speed of his change dKI=da at the peak of the crack size a in the investigated
pipeline systems (here a—the depth of the crack-like defect) to apply a certain pro-
cedure for express analysis of damaging pipelines systems.

This analytical framework is serviced to assess the rate of change in the SIF KI

depending on the different sizes of damaged pipelines according to the presented
models in the proposed index of “resistance of the structural element of the crack
growth” [5]. The basis of this analysis is the dependence of the characteristic depth
of the defect on a particular parameter of the pipe sizes characterized by the ratio R=t.

To implement this approach are considered four typical cases—hollow cylinder
under internal pressure with axial crack on internal surface; hollow cylinder under
internal pressure with axial crack on external surface; hollow cylinder under
internal pressure with semielliptical crack on external surface; hollow cylinder
under internal pressure with off-set embedded elliptical crack, of which models are
presented in Figs. 1, 2, 3 and 4.

These models are chosen for the analysis of existing crack-like defects of
pipeline systems.

Fig. 1 Hollow cylinder under internal pressure with axial crack on internal surface: a – depth of
crack; Ri – internal radio of cylinder; t – wall thickness of cylinder; p – internal pressure
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Analytical Relationships

For Case I (Fig. 1), SIF is calculated by the formulas [6]

KI ¼ 2p
R2
a

R2
a � R2

i
F

ffiffiffiffiffiffi
pa

p ð1Þ

who

F ¼ F2 þ t
Ri

� X2

� �
F1 � F2

X1 � X2

� �
; Ra ¼ Ri þ a:

For

Ri

t
[ 0, 1: F1 ¼ 1:1202þ 0:44395

a
t

� �
þ 2:7289

a
t

� �2
þ 2:5313

a
t

� �3
;

F2 ¼ 1:11432þ 1:54228
a
t

� �
þ 1:5241

a
t

� �2
þ 5:480

a
t

� �3
; X1 ¼ 0:2; X2 ¼ 0:1:

For Case II (Fig. 2), SIF is calculated [7] as in (1), except

Ra ¼ Ri þ t � a:

For Case III (Fig. 3), SIF is calculated by the formulas [8]:

KIa ¼ Fr
ffiffiffiffiffiffi
pa

p
0:97

R2
a þR2

i

R2
a � R2

i
� 1þ 0:5

ffiffiffi
a
t

r� �
t
Ri

1:07 ð2Þ

Fig. 2 Hollow cylinder under internal pressure with axial crack on external surface: a – depth of
crack; Ri – internal radio of cylinder; t – wall thickness of cylinder; p – internal pressure
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who

F ¼ M1 þM2
a
t

� �2 þM3
a
t

� �4
ffiffiffiffi
Q

p ; r ¼ pRi

t
; M1 ¼ 1:13� 0:09

a
c
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M2 ¼� 0:54þ 0:89
0:2þ a
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; M3 ¼ 0:5� 1
0:65þ a

c

þ 14 1� a
c

� �24
;

Q ¼1þ 1:464
a
c

� �1;65
:

For Case IV (Fig. 4), SIF is calculated by the conditions and formulas:
0� e � 0.5t ; t � (a + e) � 0.4t; a

c � 1; Ri
t � 5 [5]:

Case 

Fig. 3 Hollow cylinder under internal pressure with semielliptical crack on external surface: a –

depth of crack; 2c – width of crack; Ri – internal radio of cylinder; t – wall thickness of
cylinder; p – internal pressure

Fig. 4 Hollow cylinder under internal pressure with off-set embedded elliptical crack: 2a – depth
of crack; 2c – width of crack; Ri – internal radio of cylinde; 2t – wall thickness of cylinder; e –

eccentricity of crack; p – internal pressure
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KIa ¼ Far
ffiffiffiffiffiffi
pa
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r
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a
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Discussion

The criterion for the assessment of strength and reliability of structures with
crack-like defects is proposed on the base of the concept “resistance of structural
element to crack growth” z� ¼ ða=tÞ�, characterising the stress intensity factor
(SIF) rate variation at the crack tip during its development in a considered structural
element.

It has been found that there is some defect size a�, beginning from which the rate
of SIF KI variation significantly increases. This size of defect is considered to be a
characteristic for the assessment of strength and reliability of structural elements
with crack-like defects. A defect for which the value of a� is the lowest one was
accepted as the most hazardous from the viewpoint of fracture risk.

For many cases values a� are lower than critical size of defect ac. Therefore it
can be concluded that within the range a� � a� ac of defect size the specific zone of
increased risk of fracture exists. In some cases this “red zone” should be omitted
under calculation of the residual durability of the defected structural component.

Based on the dependence of parameter z� ¼ ða=tÞ� on the geometry of structural
element and its loading mode, and also on the shape and location of crack-like
defects, it is possible to assess the fracture risk of structures or their components and
also to formulate the requirements to the procedure of technical diagnostics of
structures during their operation.
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In order to improve the rapid analysis of piping systems the dependences of the
characteristic defect size on the ratio of the characteristics of pipe sizes are con-
structed. Such dependencies are constructed for all of the above cases, and, if the
first two cases are given in comparison with each other (Fig. 5a), cases III, IV are
given for defects of various forms (Fig. 5b, c).

Cases I and II are almost identical, but it should be noted that the ratio of
standard sizes R=t is the most dangerous for values 35–40 and therefore pipelines
should be more monitored for the presence of longitudinal internal and external
cracks defects. In Case III, it was considered that defects with smaller ratios a=c are
more dangerous than defects with larger ones. There are some differences in case
IV. If the graph with the ratio gradually decreases to a=c ¼ 1, then in other situ-
ations considered there is a leap value. Moreover, this jump, as in the cases of I and
II, is observed for values between 30 and 40. Therefore, such pipelines should be
subjected to more detailed monitoring of available cracks defects.
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a/c = 0.8; 0.9; 1
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Conclusions

The strength and durability assessment of structures with crack-like defects are
presented based on the concept of index of structural element resistance to crack
growth. This index is a characteristic of the SIF rate at the crack tip during its
propagation in a considered structural element.

The received data may be used in the field of design, technical diagnostics and
operation of the critical structures in different branches of industry (mechanical
engineering, power generation industry, pipeline transport, etc.).
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Formation of Preferential Paths
in Cracked Hele-Shaw Cells by Water
Injection—An Experimental Study

S. de Santiago, I. V. Lijanova, C. O. Olivares-Xometl and
N. V. Likhanova

Introduction

The efficient recovery of remnant oil (approximately 50%) is an important world
problem regarding brownfields [1–3], and offshore oil [4, 5], for the primary and
secondary recovery exploitations are at declining stages.

Up to now, water injection has been the main method for oil recovery due to its
simplicity, availability, and cost. The efficiency of this method is determined by
intrinsic factors such as hydrocarbon properties, the efficient oil displacement
through pores, rock-oil properties and reservoir heterogeneities. The characteristics
of the chemical composition of crude oil, water, and rocks play a major role in their
interactions, for the reservoir rocks can be more wettable either by oil or water and
in some cases, these rocks display mixed wettability [6–10]. Any of these factors
can limit the oil extraction if they are not analyzed at the beginning of the reservoir
exploitation [11, 12].

When a study is carried out in capillary or porous media, experiments to obtain
information that can help understand these phenomena are performed [5, 13].
Generally, porous medium systems on glass cells are used, which enable the direct
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observation of the imbibition process; an example of these elements is the
Hele-Shaw cells, which allow the construction of simple physical models in order to
see the spontaneous or forced oil displacement by water. A Hele-Shaw cell consists
of two flat parallel glass plates with a thin gap between them through which fluids
flow [14, 15]. Hele-Shaw cells were studied as idealized systems by Saffman and
Taylor [16] who were the first to report the interactions between two immiscible
and different-density fluids.

Experimentation in this kind of cells has helped the oil industry to acquire a
better understanding of the flow through cracked porous media, for with these
experiments, it is possible to appreciate the low or zero flow zones. In the study of
oil recovery using Hele-Shaw cells, it has been found that with surfactant solutions,
the displacement depends on two main factors: the displacement coefficient and
interfacial tension. If these two variables are in equilibrium, a maximum oil dis-
placement is obtained [17, 18].

Feder [19], who mentioned that the viscous fingering problem in porous media is
very important for the oil industry and a very interesting one for hydrodynamics and
porous medium physics, showed, like other authors, that the flow rate in porous
media is governed, in principle, by Darcy’s law, which depends on the viscosity,
permeability, pressure and gravity in the case of vertical cells. He also found that
the interfacial pressure between two fluids is controlled by the capillary forces. In
his experimental development with Hele-Shaw cells.

But reports on the interactions of these agents, comparing heterogeneous (porous
with a cracked) and homogeneous (porous media), and particularly with Mexican
oil, in idealized systems, such as the cracked Hele-Shaw cells, were not found.

According to the aforementioned, the present research work is based on the
observation and analysis of fingering formed by unstable fronts in heterogeneous
and homogeneous media. The cell configurations of the cited authors change with
respect to the one used in this work, for the main aim was focused on the non-swept
zones when locating strategically the holes simulating the injection and production
wells. With the cracked (scratches on the glass), the changes in the fingering
formations would be appreciated; it would also be possible to observe how these
cracked affects the oil production.

Materials and Methodology

The experiments were carried out at room temperature (approximately 21 °C) and
the materials were selected to idealize the physical model as well as possible
according to their properties.

Deionized water with q ¼ 998 kg/m3 and l ¼ 0:001 Pa s was used to sweep
Mexican oil with q ¼ 872 kg/m3 and l ¼ 0:02 Pa s. Viscosities were measured
with a Brookfield viscometer.
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The oil was trapped in a Hele-Shaw cell. The commercial glass plates were
arranged to form three different cells with different characteristics regarding the
contact surfaces. The rough medium cell had u ¼ 0:373 and
K ¼ 367 mDð3:621� 10� 13 m2Þ. The cracked rough medium 1 and cracked
rough medium 2 cells had similar characteristics to those of the rough medium cell,
but with perpendicular and parallel cracked to the fluid flow, respectively, see
Fig. 1.

The purpose of the surface cracked is to analyze, during each experiment, the
effect exerted by the medium physical properties on the oil sweep and contrast the
results in order to establish if the medium modifications affect the oil recovery.
According to the literature [16, 20], a change in the medium geometry, like the
cracked in the cells, would be responsible for the preferential water paths.

The characterization of the porous medium was carried out by the stereology
method [21–24]; for this purpose, a Hitachi SEM (Scanning Electron Microscope)
was used, which scanned the materials and showed glass surface images; after-
wards, by means of the software 3D image viewer (v.1.01 by the Denshi Kougaku
Kenkyusyo Company), administered with the SEM, the surface images were ana-
lyzed, obtaining a 3D mapping of the material surfaces, generating surface graphs
along a line, which helped establish the porosity and pore radius.

The pieces of equipment used to carry out the experiments featured in the
present work are described according to their main characteristics as follows: water
was pumped by means of an ELDEX Optos pump 2SM, which kept constant
the injection rate. Illumination was possible using LED lamps, which have the
advantage of not generating heat from their internal elements. Beakers were used to
collect oil-deionized water mixtures. Hoses and fittings by Festo were used in the
test systems. All the procedures were recorded with a video camera Panasonic H85.

Rectangular glass plates (0.290 m � 0.390 m and 0.006 m in thickness), which
were frosted to produce a rough surface on one of their faces, were used.

Fig. 1 The units in the schematic representation of the glass plates forming the cell are in meters
(m). To left hand the dash-dot line shows the cracked position perpendicular to the holes
representing the wells. To right hand the dash-dot line shows the cracked position parallel to the
holes representing the wells
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Afterwards, a hole with a diameter of 0.006 m was drilled at 0.030 m of each edge
to place the hoses that would simulate the injection and production wells. The
cleaning process was carried out using a (10% soap—90% water) solution. After
drying, the glass plates were immersed for 6 h in a (3% nitric acid—97% deionized
water) solution.

The glass plates were put together by the rough surfaces to form porous and
cracked porous media (depending on the experiment). Then, the four edges were
sealed in order to have flow only through the wells. It is worth noting that there was
no separation between the faces; only that formed by the roughness of the plates.
The employed hoses were joined to the cell holes to simulate the injection (inner
diameter of 0.001 m) and production (inner diameter of 0.004 m) wells. The
injection hose was connected to the continuous flow pump and the production hose
was connected to a container to collect oil, see Fig. 2.

Experimental

Characterization of the Cracked Porous Media

The characterization of the porous media was performed by the stereology method
[22, 25, 26], which consists in a SEM mapping over the cell rough surfaces using
the SEM equipment software. The surface with a transversal cracked was analyzed
randomly, showing its crests and valleys, which were exported and analyzed by
means of a CAD program. The transversal areas of the rough samples on the surface
and on the transversal section of the cracked or scratch were obtained.

The medium porosity and hydraulic radius were obtained according to the
methods reported in the literature [27–29], using random samples of the rough
surface based on the pore transversal areas and the materials used in the
experimentation:

Fig. 2 Schematic
representation of the
experimental arrangement
using a cracked Hele-Shaw
cell
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With the porosity and hydraulic radius data obtained by the stereology method,
the Carman-Kozeny equation can be used to calculate the permeability, for con-
ditions such as laminar flow (Re = 54.032 at the cell inlet) and no electrochemical
reactions are satisfied as mentioned by Carrier [30] as follows:

K ¼ ðD2u3Þ=180ð1� uÞ2 ð1Þ

where, K is the medium permeability as a function of the pore diameter (D) and the
medium porosity (u).

From Eq. 1, the permeability of the porous medium, which was formed by the
rough surfaces of the glass plates used in the experiments featured in this work, was
K ¼ 3:621� 10�13 m2 ¼ 367 mD. By comparing this value with the information
available in the literature [27, 31, 32], it was possible to confirm that the medium
permeability is similar to that of sandstone found in oil reservoirs

Oil-Swept-By-Water Experimentation

The physical characteristics of the Mexican oil and deionized water used in the
experiments were mainly two: density and viscosity, which were measured with a
Brookfield viscosimeter at room temperature. The characteristics of the cells, which
were made with commercial glass, were discussed previously.

The experiment began by placing the cell as shown in Fig. 2. Once the porous
medium was saturated with oil, deionized water started to be injected, using beakers
every 15 min to collect the oil/water mixtures in order to separate them and
quantify the recovered oil volume. The whole procedure was recorded to analyze
the formation of fingers or preferential water paths.

Figure 3 shows the formation of unstable fronts which produce the fingering.
Since this is not a uniform radial front, oil drops end up trapped and cannot be
moved by water.

The results obtained from the experiment series are shown in Fig. 4, where the
average secondary recovery of the experiments carried out with imbibed oil in three
types of media (rough, cracked rough medium 1 and cracked rough medium 2) is
also shown. Three experiments were performed in every case. Figure 4 shows that
the oil recovery is around 45% of the total oil imbibed in the cell with a water
sweep time of 135 min for the rough medium experiments. It can be seen that there
is a higher oil recovery of 56.6% but with more time (195 min) for the cracked
rough medium 1 and cracked rough medium 2 experiments.
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Fig. 3 Experiment using a Hele-Shaw cell saturated with oil: a shows the injection of water after
10 s, and b shows the formation of preferential paths after 150 s

Fig. 4 Comparison of the average experimental results
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Conclusions

The analysis of porous media proved that the permeability, porosity, and wettability
obtained by means of the Hele-Shaw cells used in the present work can be con-
sidered to characterize an idealized system testing the oil recovery.

From the experimental results, it can be observed that the oil recovery corre-
sponds to the worldwide production percentages and resemble brown reservoirs,
where it is necessary to apply the EOR to produce 45–55% of the remnant oil. With
the experiments, it was possible to find the best time to start the enhanced recovery
procedure, which varies according to the geometry of the medium, i.e., if it is a
rough medium, it is proposed to start the enhanced recovery after 90 min; if they
are cracked rough medium 1 and cracked rough medium 2, it is proposed to start the
enhanced recovery after 120 and 105 min, respectively. The EOR results will be
supported with a numerical solution in a future work, where the experimental
parameters will be viscosity, density, interfacial tension of the fluids and porosity
and permeability of the porous medium.
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Smith Watson and Topper Model
in the Determination of the Fatigue Life
of an Automotive Steel

F. F. Curiel, R. R. Ambriz, M. A. García, M. C. Ramírez and S. García

Introduction

Fails due to fatigue are an issue in automotive components that are subjected to
cyclic loading during its operations. The presence of high loads and variation for
long times leads to crack formation and propagation because of the local damage
occurred in the vicinity of the cracks [1]. Some of the main components used in the
automotive industry include frames, crank shafts, axles etc. The design for this parts
involves not only metallurgical properties, but the use of tools such high cycle
fatigue (HCF), low cycle fatigue, (LCF) and mathematical models to predict the
fatigue life [2, 3]. The safety of the components depends on the degree of intensity
of the loads to which it will be exposed throughout its operation [4]. It’s well
known that HCF and LCF can predict the fatigue life in the elastic and plastic
regime respectively [5]. Nevertheless, it was necessary to develop mathematical
models to combine both the HCL and LCF to have a better context on the fatigue
life of components subjected to completely reversible loads [6]. In this regard, L.F.
Coffin and S.S. Manson developed a mathematical form called Coffin-Manson
relationship that contemplates the elastic-plastic behavior of the components, giving
us a more successful panorama of the elastic-plastic transition and fatigue life [6].
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On the other hand, the Smith Watson and Topper (S.W.T.) model predicts the
fatigue life of components with a mean stress equal to zero [7].

This study seeks to determine the fatigue life of an automotive steel by the use of
LCF, HCF and S.W.T. tools.

Experimental

Material Characterization

The chemical composition of the material used in this study is show in Table 1.
Figure 1 shows a microstructure of the initial material used in this study. It can be
seen that the material is composed of ferritic microstructure whit pearlite islands
aligned along the rolling direction.

Monotonic Test

In order to determine the initial parameters for HCF and LCF test, a tensile test was
performed according to ASTM E646 [8]. The true stress, r = r(1 + є), and the true

Table 1 Chemical composition of the steel in the fatigue life study

C Cr Mn Mo Ni Si Fe

1.4 0.08 0.83 0.055 0.18 0.53 Bal

Fig. 1 Microstructure of the base metal used for fatigue life testing
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strain, є = ln(1 + є), were calculated from the engineering stress-strain data. The
sample was tested at 10 mm/min in displacement mode.

Fatigue Tests

Fatigue test were carried out in the stress amplitude and strain amplitude. The
specimens were machined to the final dimensions according to ASTM E466
standard in order to perform the high cycle fatigue (HCF) and low cycle fatigue
(LCF) tests [9]. Figure 2 shows the dimensions of the specimens.

High Cycle Fatigue Tests

For stress amplitude, HCF tests were performed on a MTS-370 machine equipped
with 250KN MTS load frames and calibrated cells. The tests were carried out
according to the requirements of ASTM E466. The frequency used for this study
was 12 Hz and stress ratio R = −1 at room temperature in air. The specimens were
tested until reach the failure during the positive and negative load application.

Low Cycle Fatigue Tests

Strain tests (LCF) were performed according to the specifications of ASTM E606 at
0.5 Hz. An extensometer of 25 mm gage was attached during the strain tests and a
MTS software was used to acquire the data.

Fig. 2 Samples used for the HCF and LCF tests
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Fracture Observation

After failure, several samples were cut and prepared for fracture observation. The
samples were analyzed in a JEOL JSM-7600F field emission scanning electron
microscope equipped with EDX analyser. The microstructure was observed with
secondary electrons.

Results and Discussion

Monotonic Test

Samples of 1.4 C steel, 0.250 in diameter were tested to investigate the monotonic
properties of the material used in this study. The mechanical properties are listed in
Table 2. Yield strength at 0.2% offset, tensile strength and fracture strain were
calculated directly from the plot (433 MPa, 743 MPa and 0.37 MPa respectively),
The Elastic modulus (208 GPa) was calculated in the slope of the elastic portion of
the curve in Fig. 3.

Table 2 Mechanical properties of the MB studied

Yield
strength
(Mpa)

Tensile
strength
(Mpa)

Fracture
strain

Elastic
modulus
(GPa)

Strain
hardening
exponent

Strength
coefficient
(MPa)

433 743 0.37 208 0.241 1065.19

Fig. 3 Stress-strain curve of the base metal
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On the other hand, the strength coefficient (K = 1065.19 MPa) and the strain
hardening exponent (n = 0.241) were determined from the true stress-strain curve
regression and analysis. Ramber-Osggod relationship describes the mathematical
representation of stress-strain curve, which can be written as [10].

e ¼ eelastic þ eplastic ¼ r
E
þ r

K

� �1=n
ð1Þ

High Cycle Fatigue Properties

The results obtained from the HCF test are summarized in Table 3. A set of 8
specimens were placed in the load control fatigue test and 7 fail during the trials,
only one continued without failure. The reversals to failure were gathered with
different levels of applied load.

The data obtained from the stress tests were used to plot the S-N curve for the
material used in this study. The fatigue failure of this material may occur beyond 107

cycles, this is, fracture occurred between 105 and 107 cycles. This plot can decreases
usually from megacycle to gigacycle range. The data obtained from the stress tests
from Fig. 4 were used to plot the S-N curve for the material used in this study.

From the plotted data the stress life properties were calculated by means of the
data regression. The stress life exponent (b = −0.7137), stress life coefficient
(A = 1607 MPa) and fatigue strength coefficient (r′f = 1689 MPa) are shown in
Table 4.

Low Cycle Fatigue Properties

In order to determine the fatigue life of the steel, mechanical behaviour due to the
low cyclic load was determined. Low cycle fatigue test specimen of 6 mm in
diameter were polished and prepared for been testing. For this, strain-controlled
fatigue tests were carried out at different levels.

Table 3 High cycle fatigue data for the steel

Sample Stress amplitude (MPa) Applied load (kN) Reversals to failure Notes

01 350 11.390 142,380 Failure

02 350 11.270 102,072 Failure

03 325 10.617 194,901 Failure

04 325 10.714 430,304 Failure

05 300 9.869 1,392,017 Failure

06 300 9.823 1,278,208 Failure

07 275 9.051 4,196,994 !
08 250 8.123 6,133,923 Failure
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Table 5 summarises de cyclic data obtained from the strain-controlled tests. In
here, the highest strain amplitude range (0.02334) reaches only 133 cycles until the
fail, meanwhile the value for the lowest strain range (0.00694) reaches 7414 cycles.

With this data, the e-N curve was built in order to obtain the cyclic properties.
Figure 5 shows the strain versus reversals to failure plot generated from the data

of LCF tests. From this plot, the fatigue ductility coefficient and the fatigue ductility
exponent were calculated doing a regression analysis of the log-log linear plot.

Fig. 4 Stress amplitude
versus reversal to failure plot

Table 4 Stress life properties Fatigue strength coefficient r0
f 1689 MPa

Stress-life coefficient A 1607 MPa

Stress-life exponent b −0.07137

Table 5 Low cycle fatigue
data for the steel

Sample Strain
amplitude

Reversals to failure Notes

01 0.00694 7414 Failure

02 0.00694 7112 Failure

03 0.00972 3150 Failure

04 0.00972 3380 Failure

05 0.00948 2056 Failure

06 0.00948 2138 Failure

07 0.01861 570 Failure

08 0.01861 423 Failure

09 0.02334 358 Failure

10 0.02334 133 Failure
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On the other hand the elastic modulus and cyclic yield stress were calculated
from a portion of the hysteresis loop, 170 Gpa and 105 Mpa were obtained
respectively.

On the other hand the elastic modulus, cyclic yield stress were calculated from a
portion of the hysteresis loop, 170 Gpa and 105 Mpa were obtained respectively.

Beyond the elastic portion of the hysteresis loop, the cyclic strain hardening
coefficient (K′ = 862 MPa) and the cyclic strain hardening exponent (n′ = 0.048)
were calculated in the plastic region of the loop.

The strain life properties are show in Table 6.

Smith Watson and Topper

The Smith Watson and Topper parameter is a model based on the damage induced
on the material and the inherent properties determined from LCF tests [11]. The
determination of this parameter in fact is due to the ratio, R = −1, which is an
energy criterion. This approach can be used for determining the fatigue damage
induced in components subjected to complete reversal loads.

Fig. 5 Strain amplitude
versus reversals to failure plot

Table 6 Strain life properties Cyclic elastic modulus E 170 GPa

Cyclic yield strength r0
y 105 MPa

Cyclic strain hardening exponent n0 0.048

Fatigue ductility coefficient e0f 0.157

Fatigue ductility exponent c −0.310

Fatigue strength exponent b −0.07137

Cyclic strain hardening coefficient K0 862 MPa
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The S.W.T. parameter is also used usually as Ramber-Osgood and
Coffin-Manson equations for structures or components tested under stress control
[12, 13].

The relationship that defines the SWT parameter is described by:

rmaxea ¼
r0f

� �2

E
2Nf
� �2b þ r0f e

0
f 2Nf
� �bþ c ð2Þ

This approach assumes that the life for any situation of mean stress depends on
the product, this parameter was calculated with the fatigue life properties at rm = 0.

The S.W.T. parameter was determined for each sample at the failed cycle [14].
Figure 6 is a plot of the above equation. The points represent the experimental

data. The best fit for the data are plotted in the blue line. The coefficient and the
exponent of the Smith Watson and Topper parameter were determinate from a
log-log linear regression of the data showed in the graph, such data are
C = 203.5 MPa and c = −0.381 respectively.

Fractography

Figure 7 shows the fracture surfaces obtained from the failed specimens for the HCF
test. In Fig. 7a it can be appreciate the crack initiation in the edge of the specimen, the
appearance is flat and forms a semi-ellipse, but the fracture becomes a little rough.
A radial ridge pattern parallel to the crack propagation is formed through the fracture
[15]. A fish-eye is observed in the center of the sample, suggesting that the fatigue
crack could takes place at an inclusion located inside the material tested. On the other
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Fig. 6 S.W.T. curve for the
steel
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hand, Fig. 7b shows the fracture near the fish-eye displaying elongated and quite flat
shear dimples as well as decohesion along grain boundaries of elongated grain. Crude
steps have formed, suggesting that some degree of pulsation occurred during the test.

The surface fracture for the LCF tests is shown in Fig. 8. Extrusion and intru-
sions at the surface can be seen. Due this material contains ferrite-pearlite
microstructure, fatigue crack can initiate trough the ferrite and the stronger pearlite
colonies tended to retard the crack growth.

Figure 9 shows another region of the fracture were striation-like and
cleavage-like are observed. This feature could be caused due to the rubbing of the
surfaces as the test push and pull was performed (R = −1) [16].

Fig. 7 Fracture surface of the HCF specimen

Fig. 8 Fracture of the LCF specimen
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Summary

The SWT parameters were calculated from LCF and HCF tests carried out in a
carbon steel. The fatigue live properties of LCF and HCF were used in the SWT
relationship where the coefficient and the exponent are C = 203.5 MPa and
c = −0.381 respectively.

The range of the fatigue live for the steel is between 105 and 107 cycles for HCF.
Nonetheless, the range for LCF is between 133 and 7414 cycles.

Fish-eye fracture was observed in HCF suggesting that the failure occurred in an
inclusion. For LCF cleavages-like facets were observed in the fracture surface due
to the push-pull process during the fatigue test.
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Influence of Weld Parameters
and Filler-Wire on Fatigue Behavior
of MIG-Welded Al-5083 Alloy

Vidit Gaur, Manabu Enoki, Toshiya Okada and Syohei Yomogida

Introduction

Most of the experimental studies on fatigue behavior of metal alloys containing
defects revealed the crack initiation from pores, specifically located at or near to the
surface [1, 2]. Nearly all of these studies were done at constant R-ratio and less data
is available on influence of mean stress on fatigue behavior and damage mecha-
nisms for fatigue cracks initiating from natural defects [3, 4]. While the fatigue
behavior of welded structures has been studied extensively, but the combined
influence of weld-parameters, filler-wire and mean-stress is lacking. Thus aim of
this study is to contribute to this gap. 50 mm thick Al-Mg alloy (Al-5083) plates
with different groove angles (70° and 90°) of double-V type butt joint were welded
using single pass and double pass MIG welding and using two different filler-wire
materials: Al-5183 (commonly used) and Al-5.8%Mg (special hardened alloy).
Load-controlled fatigue tests were conducted on the cylindrical specimens taken out
from the weld bead, at different stress ratios (R-ratios = rmin/rmax), followed by
fracture surface examination. Using the experimental data, the performance of
well-known fatigue life model, Walker’s model [5], was analyzed and it was found
that the model was not best suited to capture the observed mean stress effects. Thus,
an alternative criterion based on Walker’s model was proposed with best predic-
tions of fatigue lives and endurance limits.
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Material and Procedures

The material investigated is Al-5083 alloy welded with Al-5183 alloy and Al-5.8%
Mg alloy. The respective tensile properties are reported in Table 1. The average
grain sizes under respective weld conditions are also reported in Table 1. The
material exhibit a dendritic type micro-structure with nearly spherical magnesium
(Mg) precipitates. Different weld conditions induced an impact on average grain
size. No significant texture could be observed in longitudinal or cross-sectional
direction. Pores with an average size of 45 lm were found in the weld region. The
distribution of these pores was not affected by change in welding conditions
investigated in this study. These pores were often responsible for fatigue crack
initiation as illustrated and discussed later.

Cylindrical specimens of diameter 5 mm (Fig. 1a) were cut along the weld bead
in longitudinal direction from the welded plates under different cases of welding.
Load-controlled push-pull fatigue tests were done using sinusoidal waveform at
30 Hz at different R-ratios (−1, −0.5, 0.1 and 0.5) in air. The tests were stopped at
107 cycles and the corresponding stress amplitude was considered as the endurance
limit for that R ratio. Fracture surfaces of broken specimens were observed using
JEOL JCM-6000 SEM. The fatigue life data obtained from experiments were used
in Walker’s model to study its performance:

Table 1 Tensile and micro-structural properties of weld under different conditions of welding
(different filler material, groove angle and welding passes)

Material-groove angle-Pass Tensile strength (MPa) Average grain size (lm)

Al-5083/5183-70°-1 284 64

Al-5083/Al-5.8%Mg-70°-1 289 78

Al-5083/5183-90°-1 291 55

Al-5083/5183-90°-2 281 58

Fig. 1 a Geometry of cylindrical specimen used for fatigue tests. bWöhler curve (S-N curves) for
different welding conditions: code: Material-Groove angle-Number of pass, Markers code:
‘triangle’ is for R = −1, ‘diamond’ is for R = -0.5, ‘square’ is for R = 0.1 and ‘circle’ is for
R = 0.5
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1� R

� �c

¼ A Nf
� �b ð1Þ

where ‘R’ is the R-ratio, ‘c’ is the walker’s parameter and ‘Nf’ is the number of
cycles to failure. ‘A’ and ‘b’ are constants. The parameters ‘A’, ‘b’ and ‘c’ were
identified by performing the multiple linear regression analysis using the experi-
mental fatigue life data. The performance of this model is discussed later.

Experimental Results

Both the endurance limit and the fatigue lives tend to decrease with increasing
R-ratio (Fig. 1b). Difference in weld groove angle, welding pass and filler material
did induce some scatter in fatigue lives but not significant enough and could be
fitted within same scatter band. The detrimental effect of R-ratio was negligible for
R = −0.5. The slopes of S-N curves varied non-monotonically: first increases then
decreases. The SEM examination of fracture surfaces revealed the influence of
mean stress on crack initiation sites: dominated surface-induced failures for R < 0.1
(Fig. 2a) while, for R � 0.1, defect-induced failures were dominant (Fig. 2b). The
typical size of the crack-initiating pores was between 40 and 160 lm. The pores
responsible for fatigue failure were always located on/near to the surface.

The shapes of these entire defects were nearly spherical suggesting the gas
porosities. The fracture surface in the initiation region around the pore or surface
was rough (crystallographic). Some topographic measurements were done around
the initiation are to estimate the approximate inclination of facets around the ini-
tiation area and an average inclination of 45° ± 8° was found: suggesting a shear
driven stage-I type crack initiation. But as the crack grew, the crack propagation
plane became normal to the loading axis, suggesting a stage-I to stage-II transition.

Fig. 2 SEM images of fracture surface a Surface-initiated fracture. b Defect-initiated fracture
from pore at surface (size approx. 100 lm)
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Discussion

The fracture surfaces of specimens of different welding conditions revealed no
difference in crack initiation or crack growth mechanisms. The fraction of fatigue
failures that initiated from defects tends to increase with increase in R-ratio: 25%
for R = −1, 69% for R = −0.5, 87% for R = 0.1 and 100% for R = 0.5. Similar
influence of mean stress on crack initiation sites (with pores) was also reported in
Cr-Mo steels [6] and Ti-8Al-1Mo-1V titanium alloys [7]. Most of the defects that
initiated fatigue cracks were often located on/near to the surface. A symmetrical
model of a cylinder containing half of a pore of size 100 lm was studied in
ABAQUS using quadratic tetrahedron elements (C3D10) (Fig. 3a). The pore
position was defined using the ratio of distance of its center from the surface (r) to
its radius (R): r/R = 0 means surface cutting hemispherical pore and r/R = 1 means
surface touching pore. The estimation of stress concentration factor (Kt) for dif-
ferent positions of pore (r/R) revealed higher Kt values for sub-surface pores as
compared to internal ones (Fig. 3b). For a specific case with r/R = 1.1, typical for
most of the experimentally observed pores, 500 load cycles were simulated and
plastic strain was estimated at the edge of pore after the end of first peak load. The
values of plastic strain were higher for higher mean stress, suggesting mean tensile
stress induced plastic flow occurred during ramp load of high R-ratio fatigue tests.

The size of defects responsible for fatigue failures was comparable to mean grain
size and thus fracture mechanics approach is questionable [8, 9]. Fatigue striations
were easily visible at lower R-ratios (R < 0.1) while for higher R-ratios, they were
very difficult to locate; probably because of low stress intensity factor range (ΔK) at

Fig. 3 a ABAQUS 3D meshed model of ½ of a pore. b Evolution of stress concentration factor
(Kt) with different positions of pore with respect to surface (r/R): where r is the distance of center
of pore from surface and R is the pore radius
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higher R-ratios, thus implying role of plasticity-induced crack closure in crack
growth. Fracture surface roughness also appeared (under SEM) to vary with mean
stress: rougher surface for higher R ratio.

Different welding conditions did not change fatigue live significantly, thus
combined fatigue data was used to analyze performance of Walker’s model.
Figure 4a shows the S-N curve predicted by Walker’s model (described earlier).
Although, the predictions of fatigue lives were acceptable but it predicts monotonic
decrease in slope of S-N curves; contradictory to experimental observations. Thus,
an additional term was introduced in the walker’s equation (Eq. 1) as:

rar ¼ e�
xþ x2

2

� �
ra

1
1� R

� �c

ð2Þ

x ¼
ffiffiffiffiffiffiffiffiffiffi
rmra

p
ru

ð3Þ

where ra and rm are the amplitude and mean stress while ru is the ultimate tensile
strength of the material. An average value of ru (285 MPa) was used. The term ‘x’
induced the non-monotonic variation of slope using the stress state parameter which
is the product of mean stress and stress amplitude. Figure 4b shows the predicted
S-N curve which is more accurate and compliant with experimental observations of
non-monotonic behavior of slopes and thus, the fatigue life prediction as better than
Walker’s model (by comparing the respective correlation coefficient values i.e. R2).
The applicability of the proposed model on different materials is in progress so as to
check the robustness of the proposed model.

Fig. 4 The S-N curves (solid lines) predicted by aWalker’s model. b Proposed model, against the
experimental fatigue data (denoted by markers, for code refer to Fig. 1)
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Conclusions

• Nearly no effect of weld groove angle (70° and 90°, double-V type butt joint),
number of welding passes (single pass and double pass) and filler material
(Al-5183 and Al-5.8%Mg) on fatigue lives and endurance limits could be
observed.

• Increase in mean-stress had detrimental effect on fatigue lives; attributed to
higher stress concentration factors for sub-surface pores thus higher local cyclic
plasticity and the crack closure effects. A non-monotonic trend in slopes of S-N
curves was observed: first increased and then decreased. Higher R-ratios pro-
moted higher fraction of fatigue failures from pores.

• Proposed fatigue model captures the mean stress effect much better than the
Walker’s model. However, analysis on robustness of the proposed model is in
progress.
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Mechanical Evaluation of IN718-AL6XN
Dissimilar Weldment

R. Cortés, R. R. Ambriz, V. H. López, E. R. Barragán, A. Ruiz
and D. Jaramillo

Introduction

Ni-Cr-Fe alloys have a wide variety of applications in aircraft, power generation,
and petrochemical industries due to their excellent mechanical properties at cryo-
genic and high temperatures as well as corrosion resistance in aggressive envi-
ronments. The Ni-Cr-Fe alloys hardened by precipitation are used when corrosion
resistance and mechanical strength at high temperatures are needed [1]. On the
other hand, superaustenitic stainless steel AL6XN is a relatively new material that
owing to its high contents of Cr, Ni, Mo, and N exhibits a good resistance to
chloride corrosion and stress corrosion cracking. Also, the AL6XN presents a high
resistance as well as excellent ductility and formability, due to that the AL6XN has
a wide variety of applications [2, 3]. Recently, the application of Ni-Cr-Fe alloys
and superaustenitic stainless steel AL6XN has been increased because of the
aforementioned. As consequence, the welding metallurgy became an active field of
research, especially because these materials are used in fundamental components of
gas turbines in aeronautic, nuclear power, oil and food industries [2–4].

Several welding processes can be used to weld Ni-Fe-Cr alloys and super-
austenitic stainless steels. However, some metallurgical problems related with the
fusion zone (FZ) and heat affected zone (HAZ) could be presented. Solidification
cracking, undesirable secondary phase formation and segregation of elements such
as Nb and Mo are the most important weldability problems in the FZ. Whereas, for
the HAZ, the liquation cracking, Laves precipitation, d phase and carbides formation
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are the principal phenomena to decrease the reliability of the welded joints. For
instance, precipitation of secondary phases in Inconel 718 (IN718) and the formation
of Mo depleted zones in AL6XN are caused by the Nb and Mo segregation during
solidification, respectively. This behavior tends to increase with Fe presence in the
matrix [1]. Additionally, the presence of Laves phase and NbC in the welded joints
tends to produce low strength, low ductility and increase the fracture tendency in the
FZ [5]. On the other hand, the precipitation of NbC in the HAZ reduces the available
Nb for the c″ formation [6]. Even when the IN718 weldments are subjected to an
annealing treatment, the NbC presence is not suppressed because those carbides
precipitate during the aging treatment [7]. Another factor that decreases mechanical
properties in the HAZ is the reversion of precipitates which partially dissolves the c′
and c″ phases due to the temperatures reached during welding [8].

This article is concerning with the microstructural and mechanical properties of
IN718-AL6XN dissimilar GTAW welded joints. Results are reported considering
the as-welded and hardening recovery provided by post weld heat treatment
(HRPWHT) conditions.

Experimental

IN718 and AL6XN plates of 1500 � 150 � 6.35 mm were used. The material was
supplied in annealed condition with the following mechanical properties: Vickers
hardness number of 236.4 ± 5.2 (IN718) and 203.3 ± 3.5 (AL6XN), yield
strength of 430.3 ± 5.7 MPa (IN718) and 396.3 ± 16.9 MPa (AL6XN), tensile
strength of 842.9 ± 15.3 MPa (IN718) and 725 ± 5.7 MPa (AL6XN), elongation
of 51.4 ± 0.7% (IN718) and 62.6 ± 1.5% (AL6XN). Metallographic samples of
60 � 10 � 6.35 mm of base material were mirror polished using conventional
techniques. The microstructure was revealed by immersion of the samples in a 67%
HCl + 33% HNO3 solution for IN718 and CuCl2 (2g) + 40%HCl + 60% C2H5OH
solution for the AL6XN. Optical microscopy was used to analyze the structure of
the material as well as the different zones of the welded joints. The chemical
composition of the base and filler metals is shown in Table 1.

Table 1 Chemical composition of the materials used (wt%)

Material C Cr Fe Mn Ni Mo Ti Al Other

Inconel 718 0.05 18.2 Bal. 0.07 52.97 2.89 0.65–
1.15

0.57 Nb
4.98

ERNiFeCr-2 0.05 17.7 20.3 0.08 51.7 3.1 0.98 0.45 Nb
5.45

AL6XN 0.02 21 Bal. 1.0 24.5 6.5 – – Si
0.5
N
0.22

Determined by optical emission spectroscopy (OES)
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Plates of 150 � 75 � 6.35 mm of base material were machined to obtain a
single V-groove joint according to dimensions shown in Fig. 1.

Before welding, the IN718 plates were hardened by precipitation, which is the
typical condition to use the IN718 alloy. The plates were heat treated by solubi-
lization at 1065 °C for 1 h, aged at 720 °C for 8 h and finally furnace cooling. This
treatment provided a Vickers hardness number of 408.5 ± 3.2, yield strength of
822.7 ± 9.6 MPa, tensile strength of 1090.3 ± 4.6 MPa and elongation of
41.2 ± 3.9%. After welding, some plates were subjected to the HRPWHT by using
the same treatment conditions mentioned before. No heat treatment was used for the
AL6XN plates.

A semiautomatic gas tungsten arc welding (GTAW) process was used to weld
the IN718-AL6XN plates. An ER NiFeCr-2 with 1.1 mm in diameter was added by
a semi auto feeding mechanism (at 170 mm s−1). The GTAW torch was located at
approximately 15° with respect to the normal of the plates. A mixture of H2 (2%),
CO2 (0.12%), He (30%) and Ar (67.88%) was used as shielding gas at a flow rate of
16.50 dm3 min−1. Alternating current and tungsten-thorium electrode were used in
conjunction with the following welding parameters: voltage of 29 V, current of
356 A, travel speed of 4 mm s−1. These parameters provided a heat input of
1806.7 J mm−1; considering a thermal efficiency of 70%.

After welding, optical and scanning electron microscopes were used to analyze
the microstructure of the welded joints in as welded condition as well as HRPWHT.

For the microstructural analysis, transversal weld profiles were cut from the
welded joints. The FZ, partially melted zone (PMZ) and HAZ was analyzed to
determine the microstructural characteristics of the welds. Additionally,
energy-dispersive X-ray spectroscopy (EDS) was used to determine the chemical
composition of the matrix and some secondary phases. This technique was also
used to obtain elemental concentration maps in certain areas to observe the dis-
tribution of some elements. X-ray diffraction was used to identify secondary phases
at the microstructure by using Cu Ka radiation and 2h angle from 30° to 120° with
steps of 0.02° and 2 s at each step.

Vickers microhardness measurements were performed to analyze the hardness
variation along the weld profile. The indentations were realized by using a load of
1.0 kg (9.81N) and dwell-time of 15 s. The distance between indentations was
500 µm and the length of the profiles was 25 mm approximately (12.5 mm from
the middle the welding bead to both sides).

Fig. 1 Single V-groove joint
used
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Tensile tests of the welded joints were performed on standard specimens (sub-
size specimens), according with ASTM E8M [9]. The cross-head travel speed was
1 mm min−1. The length increment during the test was measured by using and
extensometer with a gauge length of 25 mm.

Results and Discussion

The microstructure of the IN718 alloy in annealed and aged conditions and AL6XN
as received is shown in Fig. 2. In both alloys, an austenitic matrix c with equiaxed
grains and the presence of twinning was observed. This microstructure was
produced by the mechanical deformation during rolling and annealing treatment.
Annealing twins are very common in materials with FCC crystallographic structure
[10]. Additionally, it is possible to observe the presence of secondary phases in
form of dispersed precipitates at IN718.

An EDS analysis showed the presence of C, Mo, Ti and Nb in localized areas,
which provided the evidence of MC and M6C type carbides. The presence of these

Fig. 2 Base material microstructure a IN718 in annealed condition. b IN718 in aged condition.
c and d AL6XN as received
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secondary phases could be produced because the Nb and Mo tend to segregate
during the solidification [1]. In addition, due to the partition of these elements, the
Laves phase formation is possible. The precipitation of Laves is promoted by the Fe
contents in the austenitic matrix, which is related with the formation tendency of
this secondary phase [11–13].

Figure 3 shows the transversal profile of the dissimilar IN718-Al6XN weld. It is
possible to observe that there was full penetration of the weld, the geometry of the
top was not excessive. A complete lateral fusion and no evidence of porosity or
defects of the weld bead was observed. The distortion was prevented constraining
the plates during welding.

The peaks shown in Fig. 4 corresponding to 37.36° and 40.68 as well as 34.73°
and 40.32 represent the Laves and NbC secondary phases, respectively. This is
similar with the results found by others in IN718 [14, 15]. It is evident that the
peaks intensity is lower at the weldments with HRPWHT in comparison with the
welded joints that were not subjected to this treatment. The greater presence of the
Laves and NbC in the FZ of the weldments without HRPWHT explains why the
failure appeared in this region during the tensile test, similar behavior was found by
Hirose et al. [5].

The structure of the fusion zone of the IN718-AL6XN is observed in Fig. 5a.
The characteristic dendritic columnar microstructure was observed. Different
growing directions of the dendrites are present in the FZ, this is produced because

5 mm

AL6X IN718

Fig. 3 Profile of dissimilar
weldment IN718-AL6XN

Fig. 4 XRD profile at FZ in
IN718-AL6XN weldments:
as-welded (CS) and with
HRPWHT (TTS)
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during solidification there are some favorable directions for growing than others.
For IN718 (fcc structure) the easy growth directions are 〈100〉. The aforementioned
mechanism is known as columnar competitive growth [16].

Figure 5b shows the morphology of the interface between the fusion zone and
the AL6XN. As can be observed, there is an unmixed zone. This region was formed
owing to the differences in chemical composition and melting point between base
material and filler material. In this case, the melting point of the AL6XN material is
higher than the filler material (ERNiFeCr-2). Under these conditions, convection
currents were unable to produce an adequate flow and mix of the molten material at
the interface. The unmixed zone tends be wider if differences in chemical com-
position and melting points of the material are higher [17].

The hardness profile on the IN718-Al6XN in both conditions, with and without
HRPWHT is shown at Fig. 6. Owing to the welding process, it was observed a
severe decreased of microhardness at the HAZ and FZ in the IN718 side of the
weldment (Fig. 6a). In the case of the FZ the factor that contributes to the hardness
decrement is the Nb segregation during solidification, which produces the NbC
precipitation, decreasing the Nb amount for the formation of the c″ phase [6].
Whereas, for the HAZ the decrease in hardness was associated to the reversion of
precipitates, that generates a partial dissolution of the secondary phases in the
region close to the FZ. In this zone, the peak temperature is higher than the pre-
cipitation temperature of the c′ and c″ phases. This behavior was previously
described for Hirose et al. [8]. At the AL6XN side there was no significant change
among the hardness of the FZ and the base material. There was a slight decrease at
the interface of the FZ and HAZ, which corresponds to the unmixed zone, however,
the hardness values tend to reach the hardness values of base material.

Figure 6b shows the hardness distribution in the plates subjected to the
HRPWHT. The hardness values practically were fully recovered at the FZ after the
heat treatment. In the HAZ an increment in hardness was observed, however, these
values did not reach the hardness of the base material in aged condition

Fig. 5 a Microstructure of the FZ in the IN718-AL6XN weldment. b Unmixed zone at the
interface between FZ and AL6XN
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(408.5, ±3.2). This behavior could be attributed to the reverse of precipitate
mechanism and that even when the plates were solubilized the NbC precipitate
during the ageing treatment. These two factors and their negative impact were
discussed previously. Besides, the Nb segregation is not totally suppressed because
it is considered that solid state diffusion of substitutional elements is negligible [1].

Tensile behavior of the welded joints is shown in Fig. 7a. The samples in
as-welded condition presented the necking phenomenon in the HAZ due to the
plastic deformation; however, the failure was presented in the FZ. It was observed
that this area did not present an evident plastic deformation as in the HAZ. This
behavior is not consistent with hardness results obtained for this condition, because
the lowest hardness values were obtained for the HAZ of the IN718 side and the
fracture was expected on that area. The failure occurs in the FZ due to the presence
of brittle secondary phases that act as fracture starting points. A similar behavior
was found by Hirose et al. [5]. Figure 7a also shows the tensile behavior of the
welded joints with HRPWHT the average yield stress (385.5 MPa ± 3.5) and
maximum stress (723.5 MPa ± 10.5) are very similar with the values of the base
material AL6XN (396.3 ± 16.9 and 725 ± 5.7, respectively) as can be observed in

Fig. 6 Hardness distribution of the welded joints a microhardness profile for as-welded condition,
b microhardness profiles for HRPWHT condition

Fig. 7 Conventional stress-strain curves for a dissimilar welded joints in as-welded and
HRPWHT conditions and b IN718 and AL6XN base materials
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Fig. 7b. After the heat treatment, secondary phases are partially solubilized as
shown in Fig. 4, in addition, both, the FZ and BM increase their hardness values.
Thus, these samples failed in the AL6XN side along the fusion line between BM
and FZ (that correspond to the unmixed area) which is the weakest region of the
dissimilar weldment owing to the conditions in the interface described before, the
failure was ductile type.

It is evident that the yield stress (*426 MPa as-welded and *385 MPa with
HRPWHT) and maximum stress (*690 MPa as-welded and *738 MPa with
HRPWHT) are close in both conditions. The most important difference is the
percentage of elongation (*14%) in the as-welded samples which is higher than
the samples with HRPWHT. On the other hand, the energy absorbed by the
weldments is inferior in comparison with the base materials due to the loss of
ductility. This reduction was attributed to the brittle secondary phases formed
during the welding process and to the increment in hardness.

Conclusions

Tensile mechanical properties of the IN718-AL6XN dissimilar weldments are
severely reduced; they can be improved by hardening recovery provided by the post
weld heat treatment. However, this heat treatment does not have any effect on the
AL6XN side. After the HRPWHT the values of yield stress and maximum stress are
very similar. Therefore, the application of a post-weld heat treatment can be sup-
pressed without sacrificing the mechanical resistance of the IN718-AL6XN
weldment.
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Fatigue Life of Resistance Spot Welding
on Dual-Phase Steels

J. H. Ordoñez Lara, R. R. Ambriz, C. García, G. Plascencia
and D. Jaramillo

Introduction

Dual-phase steels are composed by a ferrite matrix and martensite as second phase.
This characteristic allows to obtain an excellent combination of high strength and
ductility, which is very attractive for the automotive industry to reduce the total
weight of the vehicles. Resistance spot welding (RSW) is commonly used in the
automotive industry to join the automobile parts, i.e. a vehicle has around three
thousand welding points. However, due to the welding process (heat input),
microstructural changes can be induced, which affects the mechanical behavior of
the welded joints. In this context, several studies have been carried out [1–4].
Nayak et al. [1] studied the soft zone generated in the heat affected zone (HAZ) in
RSW in dual-phase steels. They observed a tempering of the martensite in the HAZ,
which affects the tensile properties of the joints. Additionally, Farabi et al. [5]
analyzed the microstructure and mechanical properties of dissimilar laser welding in
dual-phase steels. It was found that a microstructural change (almost 100%
martensite) in the fusion zone (FZ) increases the hardness (50 HV), also they
observed that the failure zone after tensile tests was presented in the soft zone
formation in the HAZ. In contrast, the fatigue failure was attribute to the stress
concentration effect produced by the nugget zone. Mediratta et al. [6] studied the
influence of ferrite and martensite microstructure in fatigue life considering low
cyclic fatigue. They found that the different microstructure of the material exhibits a
cyclic hardening effect. The lower hardening occurs when there is a uniform
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distribution of dislocations due to the dispersion of martensite. In contrast, fine
grains and continuous martensite around the ferrite grains present the best perfor-
mance for the fatigue life. Pouranvari [2] performed a study on the susceptibility to
interfacial failure in RSW of DP600 dual phase steel. He found a transition from
interfacial failure to pullout failure which depends of the size of the melting zone.
The high carbon content of the steel promotes the martensite formation, as well as
the propagation of cracks through the melting zone. There is no direct correlation
between the equivalent carbon and the tendency to interfacial fracture in shear
tensile test. Dancette et al. [4] carried out a study on the tensile shear fracture of
advanced high-strength steel spot welds. They identified two fracture mechanisms,
the first one was related with the localized deformation in the base material, the
second one was associated with the ductile shear at the interface of the nugget zone.
Giri and Bhattacharjee [7] studied the fatigue life in DP590 steel; they reported that
the stress concentration generated in the fusion zone reduces the fatigue life of the
welded joints. In contrast, Sherman and Davies [8] conducted a study of the effect
of martensite content on fatigue life in dual-phase steels, reporting that the strength
of the joints tends to improve when the martensite volume increases.

This work reports a comparative scenario between the DP590 and DP980 steels
welded by RSW. The results are reported in terms of microhardness, shear and
fatigue tests. The fatigue life of the joints and the analysis of the fracture surface
also are reported.

Experimental Procedure

Materials and Welding

DP590 (r0 = 362 MPa ru = 596 MPa, and e = 23.5%), and DP980
(r0 = 930 MPa ru = 1135 MPa, and e = 11.5%) steel sheets were used (chemical
composition shown in Table 1). Conventional techniques of cutting, machining,
grinding and mirror polishing were used to obtain metallographic samples of the
materials. The grain structure of the materials is presented in Fig. 1. As it can be
observed, the microstructure of the DP590 steel presents a lower volume of
martensite in comparison to the DP980, also an important difference in terms of
grain size was observed. These characteristics provided an important difference in
hardness.

Resistance spot welding (RSW) equipment with alternating current was used.
A current of 9.5 kA, with a frequency of 60 Hz and force of 40 kN were used to
perform RSW lap joint according with the standard dimensions dictated by the
AWS D8.9 specification. Uncoated copper electrodes were used during the welding
process. Tips of the electrodes were machined to obtain a circular section of 5 mm
in diameter with an angle of 120°.
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After welding Vickers microhardness measurements with a load of 0.5 kg and
dwell-time of 15 s were taken following the scheme shown in Fig. 2.

Tensile shear tests were performed for the welded joints with head-cross dis-
placement of 0.25 mm min−1. An extensometer with a gage length of 25 mm was
used. The specimen dimensions for tensile shear and fatigue tests were 105 mm �
45 mm � 1.22 mm with an overlap of 35 mm. These dimensions were established
according with the AWS D8.9 specification. Fatigue tests were performed with a
cyclic loading sinusoidal wave form at a stress ratio of R = 0.1 by using a frequency
of 30 Hz and room temperature (*22 °C). After fatigue tests, some specimens
were analyzed by using a scanning electron microscope to observe the fracture
surface.

Results and Discussion

Microstructure

Figure 3 shows the macro and microstructure of the cross-section resistance spot
welding points obtained. From this figure it is possible to observe the fusion zone
(FZ), the heat affected zone (HAZ), and the base material (BM). In both welded

Fig. 1 Dual-phase steel optical microstructure showing a ferrite and martensite phases, a DP590
and b DP980

Fig. 2 Schematic welding profile and virtual mesh for microhardness measurements
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joints (DP590 and DP980) the heat input produced during welding produces an
evident microstructural change. The FZ is formed by martensite with a lath mor-
phology, which is characteristic for steels with low carbon contents. In the HAZ a
grain size refinement was observed with an increment in volume of martensite,
especially for the DP980 steel (Fig. 3b).

Microhardness

Figure 4 shows the hardness profile for the DP590 and DP980 spot welds.
According to figure it is possible to observe a hardness increment in the center of
the FZ, which represents approximately 130 HV0.5 and 120 HV0.5 for the DP590
and DP980 steels in comparison with the base material hardness. This hardness
tends to increase as function of distance from the center of the FZ to the HAZ,
reaching values (near to the interface between HAZ and FZ) at about 370 HV0.5 and
430 HV0.5 for DP590 and DP980 steels, respectively [1]. Considering that the

Fig. 3 Microstructure of resistance spot welds a DP590 and b DP980 steels
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applied current during welding in both materials is similar, as well as the
thermo-physical properties, we can consider that the cooling rate in both materials
is also similar. Thus, the increase in hardness on the FZ can be attributed to the
chemical composition of the materials [9, 10], as well as the fast cooling rate, i.e.
the cooling rate curve traverses the martensitic transformation line of the continuous
cooling transformation. Later, a hardness decrement is observed reaching the base
material hardness for the DP590 steel. However, in the case of the DP980 steel, a

Fig. 4 Microhardness profiles for a DP590 and b DP980
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soft zone formation [5, 11] with hardness values below of that of the base material
(320 HV0.5) have been observed. This zone was attributed to the weld thermal cycle
producing a tempering process (tempered martensite).

Shear Testing

Figure 5 shows the representative (average of three samples) shear
load-displacement curves for the DP590 and DP980 steels welded joints. As can be
seen, the maximum load is similar in both welded joints (Fmax * 18 kN).
However, an important difference in terms of displacement was observed for the
DP590 (*1.73 mm) joints in comparison to the DP980 (*0.9 mm) joints. This
aspect can be attributed to the microstructural transformation, which tends to
increase tensile strength but a decrement in ductility [4, 12, 13] for the DP980
welds. Then, an improvement in fracture energy (fracture toughness) can be
deduced for the DP590 welds. In addition, it is possible to note a pullout failure
mode after shear testing.

Fig. 5 Shear load-displacement curves for resistance spot welding in DP590 and DP980 steels
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Fatigue Behavior (Wöhler Curves)

Resistance spot welds were subjected to a cyclic loading as previously indicated.
Figure 6 shows the experimental results obtained for the RSW in DP590 and DP980
steels and its respective comparison with the Wöhler curve found in the literature.

Fig. 6 Experimental Wöhler curves obtained for resistance spot welding in DP590 and DP980
steels and its respective comparison with the base material found in the literature [14]
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The experimental data found were fitted to the traditional Basquin’s equation:

rmax ¼ ANb
f ð1Þ

where A and b are the experimental constants.
Considering the results shown in Fig. 6, it is possible to observe an important

effect of the spot welding geometry on the fatigue life with respect to the base
material. It is to say that the stress concentration factor is the dominant aspect to
decrease the fatigue life of the joints. This aspect was observed in both materials
(DP590 and DP980). Thus, it is important to note that the high resistance of the
DP980 steel should not be consider as a predominant aspect to design welded
structures subjected to cyclic loading. On this context, the authors are carrying out
experiments related with overloads to induced compressive residual stresses to
improve the fatigue resistance of the RSW in DP980 steel.

In terms of fatigue cracks, it was observed that all the samples tested nucleated
the crack at the fusion zone (stress concentration factor), and grew trough the HAZ
to the base material, as shown in Fig. 7.

From Fig. 7, two predominant fracture modes can be observed. Mode I from
which the crack nucleated and propagates due to the stress concentration produced
by the spot welding and the interface between both sheets. Then it changes to
Mode III, in which the crack grows throughout the interface between the FZ and the
HAZ perpendicular to the applied load across the thickness of the joints [15].

The fracture surface of the joints is shown in Fig. 8. Five sites of the fracture
surface were analyzed as indicated by details a1–a5, b1–b5.

The fracture appearance reveals that the crack was nucleated at the interface
between sheets (rectangle marked as position 5 in Fig. 8). Later, the crack propa-
gated across the thickness and surface of the sheets in a combination mode I/III.
During the propagation of the crack striations were detected, which represents the
steps of the cyclic load applied during the fatigue test. On the other hand, micro-
cracks also were observed, which can be attributed to the martensitic microstructure
(hard and brittle phase). A larger number of microcracks can be observed in the case
of DP980, which can be attributed to the higher volume of martensite, compared to
DP590.

Fig. 7 General fatigue fracture appearance for a DP590 sample and b DP980 sample
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(a) DP590 fractography (b) DP980 fractography 

Fig. 8 Fracture surface appearance
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Conclusions

The welding parameters have a great importance in the mechanical behavior of the
resistance spot welds. The microstructural transformation in DP980 steel is higher
severe than for the DP590 steel. This change was attributed to thermal input, which
affects directly the mechanical properties of the material. In the case of DP980 steel
a soft zone in the heat affected zone was detected, which is produced by the
chemical composition of the material and the cooling thermal cycle of the resistance
spot welding process. On the other hand, the tensile shear test shows a similar
resistance in both steels, however, the displacement is higher than for the DP590
steel. It was observed that the stress concentration factor produced by the spot weld
is the predominant aspect to decrease the fatigue resistance of the joints. A better
fatigue behavior was observed for the DP590 steel.
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Failure Analysis by Hot Cracking
Root HAZ in Welding SMAW Type

M. Arzola, J. L. González, S. J. García, D. I. Rivas and E. Sandoval

Introduction

This research aims to identify the damage mechanism experienced by a elbow
welded to a class 600 flange, which were removed from the Spool of a 20 in.
pipeline.

During the inspection of the component, there were cracks in the weld bead of
the long radius elbow and flange, located at three hours of technical hours. The
pipeline operates at 18 kg/cm2, with a maximum historical pressure of 52 kg/cm2,
an operating temperature of 30 °C and a maximum historical temperature of
100 °C. The elbow is 90°, with 20 in. in diameter, a thickness of 0.938″; and its
material of manufacture is carbon steel (MS SSP75WPH 65). The flange is of class
600 carbon steel; this type of accessories are usually made of steel ASTM A 105
(Fig. 1).

Experimental

The present failure analysis was performed under the methodology developed
specifically for GAID-IPN by Dr. Jorge Luis González Velázquez, which is in
accordance with the approach and procedure described in the standard ASTM E
2332-04 [1] “Standard Practice for Investigation and Analysis of Physical
Component Failures” and consisting of the following activities:
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1. Collection of Evidence and Failure Information.
2. Tests of the failed component:

2:1 Visual examination for verification of dimensions and condition “as
received”, photographic record, identification of physical characteristics,
cleaning and preparation of samples.

2:2 Chemical analysis.
2:3 Mechanical tests: Hardness tests (ASTM E10 [2]) and uniaxial stress

(ASTM E8 [3]).
2:4 Metallographic examination: according to standards: ASTM E3 [4], ASTM

E1122 [5] and ASTM E1382 [6].
2:5 Fractographic and superficial examination.

3. Analysis of results:

3:1 Mechanisms that led to component failure.
3:2 Failure sequence (by events and in timeline).
3:3 Physical cause, intrinsic and extrinsic factors that contributed to the failure.

4. Conclusions

Results

Visual Examination

The sample is observed in Fig. 2 in the condition as received for its study. The
piece consists of a section of the elbow and flange connected by field welding with
the coated electrode welding process (SMAW). The significant measurements are
as follows: 49.6 cm (19.52″) long, 18 cm wide (7.08″), The thickness of the elbow
is 28 mm (1.102″) and reduced in the bevel to 21 mm (0.826″), the thickness of the

Fig. 1 Long radio elbow removed from Spool due to cracking
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flange is variable, the lowest in its neck and adjacent to the weld is 18 mm (0.708″),
the main feature observed in the sample, is a radial cracking adjacent to the weld
bead.

The fracture is simple, without branching, without secondary or multiple
cracking, the fracture plane is in the circumferential direction, there is no plastic
deformation associated with the fracture, no localized or generalized metal losses
are observed, no deposits of products of corrosion. The cracking length was esti-
mated to be 30 cm delimited by inspection by penetrating liquids. Figure 3 shows a
close-up of the cracking, it can be seen that this is given adjacent to the weld, on the
side of the flange.

Fig. 2 Section of elbow and flange containing failure in condition as received for study by
GAID-IPN

Elbow

Flange
Fracture

Weld

Fig. 3 Detail of the fault
zone showing the location of
the cracking
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Chemical Analysis

The carbon (C), sulfur (S), silicon (Si), manganese (Mn) and phosphorus (P) contents
of the elbow and flange steel were determined by spectrophotometry using the atomic
absorption technique. Table 1 shows the results of the chemical analysis and what is
established in the specification ASTM A-105 and in MMS-SP75.

Hardness Tests

Rockwell hardness tests were performed on the B scale on elbow and flange steels.
The test conditions were as follows: carbide indenter of 1/16 tungsten, preload of
10 kg and a total load of 100 kg. Table 2 shows the results.

Uniaxial Tensile Tests

Tension tests were performed on specimens drawn from the elbow and flange,
following the guidelines described in ASTM E 8M. The tests were performed at
room temperature in laboratory air, using an electromechanical machine equipped
with extensometer and controlled with application software. The results are pre-
sented in Table 3. And are compared with ASTM specifications A-105 and MMS-
SP75.

Table 1 Results of chemical analysis in weight%

ID C Mn S P Si Cr Cu Mo Ni Nb V

Flange 0.075 1.193 0.026 0.014 0.285 0.193 0.075 0.131 0.399 0.041 0.081

ASTM
A105

0.35
max

0.6–
1.05

0.04
max

0.035
max

0.10–
0.35

0.30
max

0.40
max

0.12
max

0.4
max

NE 0.08

Elbow 0.168 0.884 0.021 0.011 0.190 0.083 0.006 0.016 0.028 0.028 0.007

MSS
SP-75

0.30
max

1.60
max

0.06
max

0.05
max

0.5
max

0.25
max

1.50
max

0.25
max

1.0
max

0.10
max

0.13
max

Table 2 Rockwell hardness values on scale B

Sample Number of
identations

Average Minimum
value

Maximum
value

Uncertainty

Flange 10 91 91 92 ±1.78

Elbow 79 78 80 ±2.01
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Metallographic Analysis

The Fig. 4 show the non-metallic inclusions present in the materials, which were
characterized as D type, globular oxides, in both cases.

Subsequently, the samples were etched with the nital reagent 3, to reveal their
microstructure, and were observed in the image analyzer. The results are shown in
Fig. 5, the steel microstructure is constituted by a matrix of fine grains of ferrite
with the presence of a second phase with grains coarse and dissimilar in size (large
and multiple small grains). The condition of heat treatment corresponds with a
thermomechanical treatment of controlled rolling to obtain a fine grain. As part of

Table 3 Uniaxial tensile strength properties

Sample Direction Area reduction
(%)

Elongation
(%)

Yield stress
(psi)

UTS
(psi)

Flange Longitudinal 77 28 71,693 91,127

ASTM A 105 NE 22 min 36,000 min 70,000 min

Elbow Longitudinal 77 38 47,835 68,253

MSS-SP75-WPG-46 NE 20 min 46,000 63,000

Flange LongitudinalFlange Transversal

Elbow-Trasversal Elbow-Longitudinal

Fig. 4 Non-metallic inclusions present in steel making the flange and elbow respectively,
globular oxides
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the metallographic study, a quantification of the stereological parameters of the
microstructure was performed, the results are presented in Table 4.

Analysis of the Failure Zone

The center of the fracture was cut, in order to observe the fracture surface. Figure 6
shows the result in a macro-view and in a detail seen under the microscope
stereoscope. It is not observed a high degree of plastic deformation. On the other
hand, fine steps distributed throughout the surface, which are marks closely parallel

Elbow-Transversal

Flange-LongitudinalFlange Trasversal

Elbow-Longitudinal

Fig. 5 Microstructure of the pipe section steel, consisting of a ferrite matrix, 500X fine-grained

Table 4 Stereological parameters of the microstructure

Sample Direction Inclusion
content

Inclusion
type

Ferrite
(%)

Second
phase (%)

Grain size
ASTM

Flange Transversal 0.25 D 82.85 17.25 10

Longitudinal 0.47 80.18 19.85

Elbow Transversal 0.93 66.02 33.98 9

Longitudinal 0.83 69.24 30.76
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to the direction of cracking are observed. Also, the fracture plane initially is the
circumferential direction and represents approximately the 40% of the fracture
surface. This zone corresponds to stage 1 (nucleation) and 2 (stable propagation) of
the general fracture model [7]. As the cracking propagates, there is a deflection
closely Oblique towards the longitudinal direction, without representing a total
change in direction and corresponding to step 3 (unstable propagation) representing
the remaining 60% of the fracture surface; On the other hand, a layer of red and
brown corrosion products adhering to the surface is observed, which prevents
microscopic observations with scanning electron microscopy (SEM).

The sectioning was continued, and a section cross-section was prepared for
metallography containing the cracking just at its end, Fig. 7 shows the result, it can
be seen that the onset of cracking occurs just in the ZAC of the root of the cord Of
welding on the side of the flange and that it propagates by the wall thickness,
entering the deposited metal advancing in it, and culminating towards the crown.
The images of Fig. 8 show close-up of the crack seen under the optical microscope,
it is possible to observe the presence of microscopic cracks adjacent to the main

Stage 1 and 2

Stage 3

Fig. 6 Surface of fracture in a macro view and under microscope stereoscope, note the steps and
layer of corrosion products

cm

Elbow Flange

Fracture

Heat affected
zone HAZ

Deposited
metal

Fig. 7 Cross section containing cracking, observe its location and feed path
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ZAC

DM

DM

ZAC

Fig. 8 Trajectory and morphology of cracking, observe tiny micro cracks adjacent to the main
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crack, the crack is observed to be staggered, the cracking path through the
microstructure is granular and not Notes that it follows preferential guidance.

Analysis of Results

The chemical, metallurgical and mechanical characteristics (Tensile strength and
hardness) observed in the flange making steel generally comply with an ASTM
A105 steel, only a slightly high manganese content is observed, although this is not
necessarily transcendental in the Cause of failure. However this type of materials
commonly are manufactured in steel ASTM A105; The yield strength and the
maximum strength observed in this steel are high and well above that recommended
in ASTM A105, therefore this material surpasses the intended design needs. The
elbow material generally meets MSS SP-75 grade WPHY42 steel, which differs
from that indicated in the elbow bending, which refers to a steel MSS SP WPHY65,
yield strength values and Maximum strength do not meet the specified minimum of
65 KSI at yield and 77 KSI at maximum, for this type of steel, therefore the material
of the elbow was characterized as a low carbon MSS SP75 grade WPHY42.

The damage consisted of a closely radial cracking that started in the heat affected
area of the root of the weld bead joining the elbow and the flange, this is a weld
defect that is generated during the construction, is known as Cracking in the
heat-affected area at the root of the HAZ (Cracking Root). As welding cracks are
known, they can have their origin, in solidification points, high stresses present in
the joint, presence of hydrogen and bad practices of the welding process.

In this case, to be a cracking that starts in the zone affected by the heat at the root
of the weld could be thought of a problem of weldability however the carbon
equivalent in the material of the flange was 0.36 the reference standard ASTM
A105 indicates that the CE must be a maximum of 0.48; With respect to the elbow
the value of the equivalent carbon was estimated at 0.35, in the reference standard
MSS SP 75 the maximum value of CE is 0.45, therefore both materials have an
adequate weldability taking as reference what is recommended by the regulations.

A weldability problem is not expected because it has an extremely hard material
or a high carbon content. The hardness in both materials is in order for structural
steels without special heat treatments. Both materials have chemical characteristics
(low carbon content) and metallurgical characteristics, which rules out the problem
of weldability.

From the foregoing it is inferred that the failure of the welding occurred as a
consequence of the application of the process itself, for one of the following rea-
sons: an inadequate working temperature between passes, a delay in time during the
anchoring and the passage Hot, differences in height of weld beads and use of old or
wet electrodes.

The sequence of events leading to the weld failure joining the flange and elbow
of the Spool of the 20″ line can be listed as follows:
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During the welding process and the cooling of the joint there is the formation of
a cracking in the area affected by the heat in the root of the side of the flange.

There is a stable propagation of the fracture which represented approximately
40% of the fracture surface.

Under normal service conditions unstable and lost ligament propagation
occurred because the loads provided by the working fluid generated stresses high
enough for the weld material to reach its fracture toughness and propagate in a
manner Unstable and there was loss of ligament, then there was the lack of tightness
in the union and emanation of the working fluid.

Conclusions

The type of failure was a fragile circumferential fracture in the area affected by the
HAZ heat at the root of the H (HAZ).

Flange fabrication was characterized as ASTM A105 carbon steel, during which
the elbow material was characterized as MSS SP75 grade carbon steel grade
WPHY42.

The weldability of the materials was considered adequate since the equivalent
carbon in both cases was within the permissible limits indicated in the specification
of the materials.

The source of the damage was an incorrect application of the welding process.
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Effect of Electromagnetic Field
on the Microstructure and Mechanical
Properties of the Dissimilar 2205/316L
Welded Joint

S. L. Hernández-Trujillo, V. H. López-Morelos,
R. García-Hernández, M. A. García-Rentería, A. Ruiz-Marines
and J. A. Verduzco-Martínez

Introduction

Welding of dissimilar stainless steels has been increasingly considered in many
applications in the petrochemical, pulp and paper, chemical and oil industries as
well as in power and desalination plants due to several benefits including reduction
of material costs and improvements in design and components [1–3]. The practice
of welding dissimilar materials represents a major challenge owing to the differ-
ences in physical, mechanical and metallurgical properties and the use of a filler that
may does not match the chemical composition of any of the parent plates. Thus, a
deeper understanding of the behavior of dissimilar welded joints is needed and
assessment of their performance is being carried out to establish the relative benefits
of welding two different stainless steels based on cost, weight, mechanical prop-
erties and corrosion resistance to fulfill safety and structural requirements. Proper
selection of the filler metal is an important aspect to evaluate in the design of a
dissimilar weld for a satisfactory performance in service [4].

On their own, ASS and DSS are widely used in many engineering applications.
These steels present excellent combination of corrosion resistance, ductility,
toughness and mechanical strength. Weldability studies of DSSs and ASSs have
been extensively carried out, but only a few studies have been reported on dis-
similar welds between these alloys [2–4]. ASS grade 316L is one of the most
popular stainless steels due to its excellent weldability and reduced susceptibility to
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localized corrosion in virtue of its metallurgical design with low carbon content and
significant amounts of Cr, Ni and Mo [5]. The 316L has a small thermal conduc-
tivity and a large coefficient of thermal expansion and it is prone to produce residual
stress and deformation upon welding [6]. DSSs are compositionally formulated and
thermomechanically processed to provide a two-phase microstructure with nearly
equal proportions of ferrite and austenite. The outstanding properties of these alloys
strongly depend on their phase balance. Welding of DSS yields a HAZ with a
microstructure very different to the base metal due to elevated temperatures reached
in this zone. Heating up of the alloy leads to a fully ferritic region with grain growth
and precipitation of austenite during cooling. However, the time for the regenera-
tion of austenite is not sufficient to restore the initial phase balance and the HAZ is
prone to corrosion as the fillers for welding DSS are designed to enhanced for-
mation of austenite during cooling [7]. Recent studies have shown some benefits
when welding 304 ASS and 2205 DDS with the simultaneous application of an
external magnetic field [8–11]. In principle, this practice induces an electromagnetic
stirring (EMS) of the weld pool and affects the solidification mode. In the solid
state, it generates vibration of the crystal structure and alters diffusion processes in
short distances so that sensitization in the HAZ may be avoided [12]. This study is
addressed to evaluate the effects on the microstructure and mechanical properties of
the application of an external axial electromagnetic field of low intensity during
welding plates of 2205 DSS and 316L ASS.

Materials and Experimental Methods

The plates employed in this study were 150 mm � 70 mm � 6.35 mm of 2205
DSS (UNS 31803) and 316L ASS (UNS S31603). Table 1 lists the chemical
composition of the base materials along with the filler wire used for welding. The
plates were machined to a single V-groove butt joint configuration (30° bevel,
1.5 mm root face and 2.5 mm root gap). Gas metal arc welding (GMAW) was
performed in a sole pass with reverse polarity and a heat input of 1.2 kJ/mm (75%
efficiency). An ER-2209 filler wire, 1.2 mm in diameter, fed at 160 mm/s was used
along with the mixture 95% Ar + 3% N2 + 2% O2 as shielding gas flowing at 19 L/
min. Welding was performed normal to the rolling direction of the plates at
3.6 mm/s with a stick out of 10 mm. The experimental setup for welding with the
application of an external axial magnetic field is shown elsewhere [9, 10]. Briefly, it
consists of a coil placed around the joint fed with an external power supply to

Table 1 Chemical composition of the base materials and filler wire employed (wt%)

Material C Mn P S Si Cr Ni Mo N Cu Fe

2205 0.01 1.81 0.03 0 0.54 22.5 5.7 3.1 0.16 0.21 Bal.

316L 0.02 1.15 0.03 0 0.54 16.69 10.03 2.02 0.05 0.46 Bal.

ER-2209 0.012 1.75 0.02 0.01 0.5 23 8.8 3.2 0.14 0.1 Bal.
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induce a magnetic field of 3 mT. This magnetic field interacts with the magnetic
field inherent to the welding process and both generate an electromagnetic inter-
action of low intensity (EMILI).

The microstructural features were characterized in the optical microscope by
preparing metallographic samples with standard procedures and chemical etching
with Glyceregia reagent (15 cc HCl +10 cc Glycerol + 5 cc HNO3). Vickers
microhardness profiles were generated applying a load of 100 g during 15 s across
transverse sections of the welds at the mid height of the welds. Three microhardness
scannings were performed in each weld with a separation of 200 lm between line
and punctual measurements. Dog bone shape specimens were machined from the
base materials and welded joints to perform tensile testing with a cross head speed
of 0.016 mm/s.

Results and Discussion

Figure 1 shows the characteristic microstructure in the rolling direction of the base
materials in the as-received condition. The microstructure of the 2205 DSS, Fig. 1a,
consists of elongated grains of austenite and d-ferrite with an approximate fraction
of 55 and 45%, respectively, approaching the ideal 50/50 ratio for the optimum
mechanical and corrosion behavior. The 316L presents equiaxed grains of austenite,
as seen in Fig. 1b, with a grain size of 15.11 ± 5.73 lm. It is also observed bands
of residual d-ferrite oriented in the rolling direction. The presence of this phase is
due to segregation of chromium that promotes its precipitation during solidification
and thermomechanical secondary processing [7].

The geometry of the welded joints is shown in the images of Fig. 2. Fully
penetrated welds with no observable macro defects were obtained for both welding
conditions. Chemical etching disclosed the profile of the weld bead and the HTHAZ
of the 2205 DSS. The straight lines depict the initial configuration of the joint. Area
measurements revealed that the size of the HTAZ of the 2205 DSS reduced from
6.77 to 4.04 mm2 for the welds without and with magnetic field, respectively.

Fig. 1 Microstructure of the as-received base materials; a 2205 DSS and b 316L ASS
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This effect is related to the EMS induced during welding [10, 13]. It promotes
detachment of partially molten base material with its subsequent incorporation into
the weld pool.

Figure 3 shows some details of the microstructure of the welds at the fusion line
of every side of the welds. Figure 3a, b compare the side of the 2205 DSS without
and with magnetic field, respectively. The microstructure in the HTHAZ for both
welds is the typical one characterized by a ferritized region with austenite precip-
itating mainly in the limits of the coarse grains of ferrite. Measurement of the ferritic
grain size, in equivalent locations in the HTHAZ, indicated a reduction of 10 lm in
the average grain size and a reduction in the range size when using magnetic field.

Fig. 2 Macrographs of the transverse views of the welded joints; a 0mT and b 3mT

Fig. 3 Optical micrographs of the microstructure at the fusion line of the welds; a–b 2205 DSS
and c–d 316L. Left 0 mT and right 3 mT
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A complex phenomenon involving magnetization and diffusion of substitutional
elements may restrict coarsening of the ferritic matrix [14, 15]. In the fusion zone,
the weld metal solidifies from the partially molten coarse ferritic grains of the
HTHAZ growing toward the thermal gradient within the weld pool. The content of
austenite in the weld metal is abundant owing to the high content of gammagenous
elements in the metallurgical design of the filler wire. On the counter side, Figs. 3c,
d compare the microstructure at the weld metal/316L ASS interface without and
with magnetic field, respectively. This side of the welds is composed by a coarser
microstructure in the fusion zone (as compared to the side of the 2205 DSS), a thin
band of partially molten grains and the HAZ characterized by irregular grain
growth. The bands of ferrite are clearly seen in the austenitic matrix. Figure 4 shows
that grain growth in the HAZ occurred mostly at the mid height of the 316L plates
where the concentration of stresses and ferrite caused by rolling of the plates is
larger. In this zone, the size of the grains increased to an average value of
75 ± 29 lm. The presence of these large grains delimited the width of the HAZ up
to 3 mm. Physical properties may revert to the previous state before cold-working
caused by the welding thermal cycle. Such restoration results from two different
processes that occur at elevated temperatures: recovery and recrystallization, may
be followed by grain growth [16].

The variations in microhardness along the transverse section of the welds is
shown in Fig. 5. In the side of the 2205 DSS, the results indicate that depending on
the distance, the values are kept approximately constant at 258 ± 10 HV100, lightly
increasing in the HTHAZ to 272 ± 2 HV100 (closely to the as-received 2205 DSS).
In the fusion zone, the values exhibited a slight decrease to 248 ± 7. Hardness of
DSS is determined mainly by three factors; (i) nitrogen in solid solution in
austenite. The content of 3% N2 in the shielding gas compensates for the nitrogen
loss during welding. (ii) The precipitation of hard secondary phases such as the
nitrides, carbides and sigma phase may significantly increase hardness of DSS.
(iii) The content of ferrite and its grain size. Ferrite is considered a strengthening
phase in DSS and it is hardened by solution of alloying elements such as Cr and
Mo, increasing the probability of precipitation of detrimental phases.

1mm

Fig. 4 Microstructural transitions of the weld at the side of the 316L ASS
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The HTHAZ of 2205 DSS exhibited the highest microhardness values may be
due to a combination of the following factors: (a) ferrite grains supersaturated with
Cr and Mo and an increased ferrite content; (b) precipitation of hard Cr2N; and
(c) more nitrogen in solid solution in the primary austenite and the precipitation of
Widmanstätten and acicular austenite [17]. The HAZ of the 316L ASS decreased its
microhardness 18.5% (174 ± 8) as compared to the alloy in the as-received con-
dition (215 ± 8).

Typical stress versus strain curves of the tensile test of the as-received base
materials and welded joints are plotted in Fig. 6. The results of these tests are listed
in Table 2. As expected, a higher mechanical strength is shown by the 2205 DSS
whereas the 316L ASS exhibits significantly larger toughness. The welded joints
essentially presented the same behavior independently of the welding condition
with failure consistently occurring far away from the weld bead and beyond the
HAZ. The mechanical strength of the dissimilar welds was slightly above the value
of the 316L ASS with an elongation close to the 2205 DSS. These results mean that
sound metallurgical dissimilar welds were obtained and an evaluation in corrosion
properties is needed to further assess the effect of the application of the magnetic
field during welding.

Fig. 5 Microhardness profiles along the different zones of the welds; a 0 mT and b 3 mT
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Conclusion

Sound dissimilar 2205 DSS/316L ASS welded joints were obtained by the GMAW
process with and without the application of an external axial magnetic field. In
terms of microstructure, the use of the magnetic field during welding reduced the
size of the HTHAZ of the DSS. The hardest region of the welded joints was the
HTHAZ of the DSS irrespective of the welding condition. The thermal affection in
the 316L ASS resulted in a moderate reduction in hardness and irregular grain
growth at the mid height of the plates. Despite this effect, failure of the welds
consistently occurred in the 316L ASS beyond the softened zone with a strength
slightly above that of the base material in the as-received condition.

Fig. 6 Stress versus strain curves of the tensile specimens of the as-received base materials and
welded joints

Table 2 Mechanical properties of base materials in the as-received condition and welded joints

Material Yield stress (MPa) Tensile strength (MPa) Elongation % HV100

2205 DSS 558 ± 6.4 765 ± 1.5 55 ± 2 272 ± 9

316L ASS 344 ± 9.6 635 ± 9 81 ± 2.6 215 ± 8

Weld, 0 mT 358 ± 4 643 ± 5 50.7 ± 2 –

Weld, 3 mT 368 ± 15 644 ± 2 48.4 ± 2 –
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Heat Input Effect on the Mechanical
Properties of Inconel 718 Gas Tungsten
Arc Welds

N. K. Rodríguez, E. R. Barragán, I. V. Lijanova, R. Cortés,
R. R. Ambriz, C. Méndez and D. Jaramillo

Introduction

Inconel™ 718 is a precipitation hardened Nickel based alloy, which is widely used
in gas turbines and aerospace engines due to its excellent mechanical properties
from cryogenic to elevated temperatures (−253 and 700 °C) [1, 2]. Elements such
as Nb is added to form the c″ metastable phase (Ni3Nb) whereas Ti and Al are
added to precipitate in the form of c′ intermetallic phase. Other phases found in
Inconel 718 include carbides like Nb(Ta)C, TiC and M6C, TiN, Laves and sigma.
The Nb(Ta)C, TiC and TiN phases tend to increase the corrosion resistance, as well
as the high temperature resistance. Laves and sigma phases are brittle intermetallic,
which decrease the mechanical properties [3].

As a consequence of the corrosive environment and high temperatures that the
alloy is exposed, the mechanical behavior of the components tend to present some
problems related with cracking or wear. To repair damaged components, it is
possible to use welding processes such as gas tungsten arc welding (GTAW) [4, 5].
Nevertheless, after welding process some metallurgical problems related with the
fusion zone (FZ) and heat affected zone (HAZ) could be presented. Cracking
solidification and undesirable secondary phase formation are the most important
weldability problems in the FZ, as well as in the HAZ [6, 7].
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This work reports some results in terms of mechanical behavior in Inconel 718
joints welded by GTAW. The heat input effect produced by two welding conditions
was analyzed in terms of microstructure, tensile, microhardness and instrumented
impact Charpy results.

Experimental Methodology

An Inconel™ 718 plate was used. It was supplied in annealed condition with the
following mechanical properties: Vickers hardness number of 236.4 ± 5.1, yield
strength of 537 MPa, tensile stress of 850 MPa and elongation of 47.5%.
Metallographic samples of base material of 25 � 7� 6.35 mm were obtained by
using conventional metallographic techniques. The microstructure was revealed by
immersion of the samples in 15 ml HCl, 10 mm CH3C2H and 10 ml HNO3 reagent.

Optical microscopy was used to analyze the microstructure of the base material,
as well as the different zones of the welded joints. Plates of 115 � 75 � 6.35 mm
of base material were machined to obtain a single V-groove preparation with an
angle of 60°. Later, the plates were fixed by mechanical press to form a butt joint
with 2 mm in separation. Before welding, the plates were hardened by precipitation
(solubilization at 1065 °C for 1 h, aged at 720 °C for 8 h, and finally furnace
cooling). This treatment provided a Vickers hardness number of 408.5 ± 3.2, yield
strength of 809 MPa, tensile stress of 1080 MPa and elongation of 38.5%.

A semiautomatic gas tungsten arc welding (GTAW) process was used to weld
Inconel™ 718 plates. An ER NiFeCr-2 with 1.1 mm in diameter was fed automati-
cally (at 170 mm s−1) by a gas metal arc welding (GMAW) torch. A mixture of H2

(2%),CO2 (0.12%),He (30%) andAr (67.88%)was used as shielding gas at aflow rate
of 14.15 L s−1. Alternating current (tungsten-thorium electrode) was used. Two dif-
ferent heat input welding conditions were used with the parameters shown in Table 1.

After welding, optical and scanning electron microscopes were used to analyze
the microstructure. Additionally, energy-dispersive X-ray spectroscopy (EDS) was
used to determine the chemical composition of the matrix and some secondary
phases. The samples were obtained from the transverse direction of the welding
bead.

Table 1 Operative
parameters used in welding
joints

Condition C1 C2

Feed speed, mm s−1 169 122

Current AC AC

Gas flow, L s−1 14.15 14.15

Voltage (V), V 29 29

Intensity (I), A 356 356

Travel speed (v), mm s−1 4 8

Thermal efficiency (η) 0.7 0.7

Heat input (q), J mm−1 1806.7 903.3
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Mechanical properties of welds were determined by microhardness measure-
ments and tensile test according with the ASTM E8M-04 [8].

Results and Discussion

Microstructure

Figure 1 shows the base material microstructure in annealed and aged condition.
An austenitic matrix c in both conditions was observed characterized by equiaxed
grains. In Fig. 1a (annealed condition), the presence of twinning can be appreciated
and secondary phases in form of dispersed precipitates. Figure 1b shows that the
number of twinning after heat treatment decrease because of the hardening heat
treatment (dispersed phases in the c matrix are observed).

Figure 2 shows the elemental concentration obtained from the EDS element
mapping of base material. It is possible to observe the c matrix with contents in Cr,
and secondary phases in form of dispersed precipitates showing precipitates MC (M
could be Ti and Nb), M6C (M could be Fe, Cr, Mo, W and Nb) due to Mo
segregation with Nb during solidification. Laves precipitates could be present
because they have the same composition as MC and M6C precipitates.

Welding profiles for both welding conditions is shown in Fig. 3. From this
figure, it is possible to observe the fusion zone (FZ), the heat affected zone
(HAZ) and the base material.

Figure 4 shows the microstructures for the welding condition C1. A traditional
competitive columnar dendritic microstructure produced by the solidification during
welding (Fig. 4a)was observed.Also, partiallymelted grainswith an epitaxial growth
in the interface of the FZ and HAZ (Fig. 4b) was detected. In the case of the C1
condition with PWHT the optical microstructure obtained does not present an
important differencewith respect to the as-welded condition (C1). For this reason only
the C1 without PWHT condition is shown. However, it is well known that precipi-
tation process due to the PWHT increases the hardness as is possible to observe in the
microhardness profiles (Fig. 7).

Fig. 1 Inconel 718 microstructure, a annealed condition, and b aged condition
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The microstructure for the C2 condition is shown in Fig. 5. A grain size
improvement in the FZ can be appreciated (Fig. 5a) in comparison with the C1
condition. A dendritic equiaxed microstructure was observed with an absence of
carbides formation. Figure 5b shows the partially melted zone with an epitaxial
columnar solidification from partially melted grains of base material. In HAZ

Fig. 2 Elemental concentration of IN718 base material in aged condition a SE, b C, c Cr, d Fe,
e Mo, f Nb, and g Ti

Fig. 3 Gas tungsten arc welding profiles for an Inconel™ 718 alloy, a C1 (only one pass of
welding), and b C2 (three welding passes)

Fig. 4 Microstructures of Inconel 718 welds obtained for the application of only one welding pass
(C1 condition)
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(Fig. 5c) a lower amount of secondary phases can be observed due to the solubi-
lization effect by the application of multiple welding beads.

Hardness and Tensile Test

The microhardness distribution of the Inconel™ 718 welded joints is presented in
Figs. 6 and 7. It has been observed different zones of hardness due to the heat input
produced by the welding process.

For both conditions (C1 and C2) in as welded condition (Figs. 6) a remarkable
difference in hardness with respect to the base material in aged condition
(HV0.1 = 408.5 ± 3.2) for the FZ (HV0.1 * 250) and HAZ (HV0.1 * 220) was
observed. In the case of the HAZ this hardness values are produced by the
microstructural transformation of c″ and c′ precipitates. Whereas for the FZ in
as-welded condition, the ageing hardening is not present, instead the only hardening
mechanism was provided by solid solution and grain size refinement generated by
the solidification process.

On the other hand, it is possible to identify that hardness increased after the
PWHT (Fig. 6b, d). In the case of the FZ, the hardness reached values between 400
and 450 HV0.1, which was generated by the hard disperse and brittle phases such as
c″ and c′. Even though a recovery was observed for the HAZ, the hardness was not
similar than for the FZ or even the base material. This aspect, was more remarkable
for the C1 welding condition (Fig. 6b), where the hardness increment was lower
than for the C2 welding condition (Fig. 6d). This phenomenon can be referred to
the NbC phase, which precipitate during the ageing process, as well as to the very
limited Nb segregation in solid state. Thus, we can infer that the application of
multipass welding beads in Inconel™ 718 welds tend to be less severe in terms of
microstructural changes, and obviously it increases the mechanical behavior of the
welded joints.

Conventional stress-strain curves for Inconel™ 718 base material and welded
joints are presented in Fig. 7. A summary of the obtained tensile results is presented
in Table 2.

Fig. 5 Microstructures of Inconel™ 718 welds obtained for the application of three welding
passes (C2 condition)
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Fig. 7 Conventional
stress-strain curves for
Inconel™ 718 base material
and welded joints

Fig. 6 Microhardness distribution of the Inconel 718 welded joints, a C1 condition (as-welded,
one welding bead), b C1 condition after post weld heat treatment, c C2 (as welded, three welding
beads), and d C2 after post weld heat treatment
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From Fig. 7 and Table 2 we can observe a tensile properties decrement in both
welded joint conditions. For instance, the yield strength for the as welded joints in
C1 and C2 conditions, decreased in more than 54 and 34% in comparison to the
base material (annealed condition), respectively. Also, it is possible to observe that
the PWHT increases the resistance of the joints. In this context, we can note that
yield and tensile strength of the welded joints in C2 condition tend to be similar
than the base material (aged condition), however, the joints performed with the C1
condition presented the lowest resistance, but a better ductility, i.e. the joints in C2
condition are more brittle than C1 condition.

Conclusions

The use of low heat input during welding (multiple welding beads) in Inconel™
718 alloy increases the strength of the joints. According with the results obtained
the use of only one welding bead precipitated fragile phases in the material as a
result of heat input induced by the welding process. In contrast, a heat input
reduction tends to avoid the carbides formation that prevent the precipitation of
hardening phases in the base material that deteriorates the mechanical resistance of
HAZ.

Acknowledgements The authors thank to CONACyT-Mexico and SIP-IPN for funding this
research. Nadia Karina Rodríguez Rodríguez thanks CONACyT-Mexico for the scholarship
provided.

Table 2 Tensile test results

Inconel™ 718
base material

Inconel™ 718
welded joints

Annealed Hardened C1 C1
PWHT

C2 C2
PWHT

r0, MPa 537 809 371 719 528 770

rmax, MPa 850 1080 660 988 804 1044

Energy to
fracture, MJ m−3

372.3 430.2 147 246 106 115.8

Elongation, % 47.5 38.5 25.7 26.8 16.2 16

r0/rmax 1.58 1.33 1.77 1.37 1.52 1.35
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A Case Study of Corrosion Fatigue
in Aluminium Casing Bolt Holes

Siew Fong Choy

Background

An aluminium alloy (A2618) casing belonging to a large civil engine was sent to
the laboratory for investigation after cracks were found around 56 of the 58 bolt
holes in the casing during an overhaul service visit. These bolt holes were
responsible for securing steel outlet guide vanes (OGV) to the casing. Thirty pre-
vious instances of cracking around the bolt holes have been reported but the number
affected in this instance was the highest.

Visual Examination

The casing was returned in the dirty condition (Fig. 1). Square regions of epoxy
paint around the affected bolt holes on the inner surface of the casing had been
removed, presumably for localized fluorescent penetrant inspection (FPI). Visual
examination found cracks around 56 of the bolt holes, with most of the cracks
parabolic-shaped and concentrated on the 11 o’clock and 1 o’clock positions of the
bolt hole inner face; 12 o’clock being the forward direction.

Close examination revealed contact witness marks (with the OGV outboard
surfaces) for the majority of the bolt holes. The completeness of these witness
marks varied from bolt hole to bolt hole, possibly a result of the manual grinding
process performed to remove the epoxy paint coating prior to FPI. Within and in the
periphery of these contact witness markings, black scale and fibrils of suspected
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corrosion products were seen extending outwards (Fig. 2). Some of these fibrils
followed the direction of surface machining marks but others did not. However,
most of the cracks were located within the region of contact witness marks.

Fractography

The four longest cracks were identified using FPI and forced open for fractographic
examination. Figures 3 and 4 shows the surface view and opened fracture surface of
a typical crack. All fracture surfaces appeared dull, fairly rough and facetted, with
multiple arrest bands and some radial marks pointing to multiple origins. It was
noted that all cracks had initiated from the inner surface of the casing, and not from
the bore of the bolt hole, even if the crack had breached the bolt hole.

SEM examination of forward growing crack around bolt hole #24 found a badly
oxidized fracture surface, particularly at the crack origins (Fig. 5). A relatively flat,
feathery fracture exhibiting multiple arrest banding was observed on the cleaner

cracks

Witness marks

Fig. 1 Overview (left) and close-up (right) showing contact witness mark and fretting around the
vane bolt holes. The typical parabolic shape of the cracks was also shown

Fibrils

Periphery of contact witness
mark with OGV

Fig. 2 Corrosion fibrils
observed around the contact
witness mark around the
cracked bolt holes
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parts of the fracture. Closer examination within the bands found no resolvable
fatigue striations even though aluminium is known to striate easily [1]. Instead,
irregularly spaced micro-bands suggestive of a high cycle fatigue mode of propa-
gation were observed (Fig. 6). Alternate light and dark bands indicate possible
passage through two or more alternating transient fatigue modes. However, due to a
lack of comparative engine data, quantitative fracture analysis with regards to crack
propagation life was not possible. On some cracks, localized patches of corrosion
pitting were observed (Fig. 7).

crack

FWD

Fig. 3 Top view of crack on
bolt hole #24

Arrest bands

origins

Fig. 4 Fracture surface of
crack on bolt hole #24
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Metallographic Examination and EDX Analysis

A micro-section of the crack in bolt hole #24 was hot mounted in Clarocit and
polished through the origin for metallographic examination. Black corrosion pits
with *1.6 wt% of chlorine (via EDX) were observed propagating inwards from the
fracture surface (Fig. 8) while no pitting was seen on the adjacent break-open
surface. EDX elemental mapping revealed chlorine (Cl) and oxygen (O) only within
the pits, which suggested chlorine was trapped within the oxide in a Cl-related
corrosion process. Immersion etching with Kellers Reagent revealed elongated
grains with copper-rich precipitates lined up in the long direction of the grains
(Fig. 9).

Corrosion
products

Fatigue banding

Fig. 5 Copious oxidation/
contamination observed on
fracture surface (#24)

Fig. 6 Multiple micro-bands
with alternate light and dark
bands suggestive of HCF
observed near crack front
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Discussion and Conclusion

The location of the crack origins on inner surface of the bolt hole (rather than the
bore) suggests that failure was not stress-related. Instead, corrosion [2, 3] appeared
to have played a significant role in the cracking of the bolt holes examined. The
presence of black corrosion scale/fibrils in the crack region, badly oxidized frac-
tures as well as the corrosion pits/fissures observed were all indicative of corrosion.
The level of chlorine (*1 wt%) and its presence only within the pits indicated that
it was not a post-contaminant. Fractographically, the presence of multiple arrest
bands and micro-banding observed suggest a HCF mode of propagation. It was
considered likely that the cracks had initiated due to corrosion pitting [2], which
reduced initiation life, and subsequently propagated via HCF.

Fig. 7 Localized regions of
corrosion pitting observed on
some parts of the fractures
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r
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e

Corrosion pits/fissures

Fig. 8 Micro-section
showing corrosion pits
propagating inwards
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Study of the Modal Effect of 1045 Steel
Pre-stressed Beams Subjected to Residual
Stress

Erasto Vergara Hernández, Brenda Carolina Pérez Millán,
Juan Manuel Sandoval Pineda and Luis Armando Flores Herrera

Introduction

The frequencies at which vibration naturally occurs, and the modal shapes, which
the vibrating system assumes, are properties of the system, and can be determined
analytically by using modal analysis. Analysis of vibration modes is a critical
component of design structural elements, inherent vibration modes in structural
components or mechanical support systems can reduced the life of the equipment,
and cause premature or completely unanticipated failure. Detailed fatigue analysis
is often required to assess the potential for failure or damage. Detailed modal
analysis determines the fundamental vibration modes and their corresponding fre-
quencies. Different fatigue-analysis approaches are available, i.e. vibration-fatigue
analysis is one that is very suitable when the stress response occurs mainly as a
consequence of structural dynamics [1–4].

Experimental Details

AISI 1045 steel beams were used; their square sections were of 12.5 mm (side) by
300 mm (length). In order to eliminate the previous stresses, the steel beams were
heat treated at 660 °C for 60 min and cooled to room temperature (23 °C) inside of
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the furnace. To avoid any oxidation and decarburization, the beams were packed in
stainless steel sheets.

To induce stresses into the treated beams, they were placed in a four-point
flexural test bench and subjected to different loads up to 125 kN. Five different
beams labelled B1, B2, B3, B4 and B5 were obtained. The B1 sample had no
previous history or residual stresses. The specimens were pre-strained at 5600 le
for B2 specimen, 9000 le for B3, 9,600 le for B4 and 16,000 le for B5. At one end
of each beam, it was placed a Kistler 8632C accelerometer, and it was attached on
the free end of the laminate using small portion of wax by firmly pressing it down.

Experimental Results and Discussion

The first three modes of vibration of each of the beams were studied by the finite
element method and experimentally, in Table 1 the results obtained for B1 beam are
observed.

The results by the finite element method and the experiments coincide with the
vibration modes of a bar attached at one of its ends. Figure 1 shows the values of
the first vibrational mode of the beams, while in Fig. 2, the second mode is shown
and finally in Fig. 3 the third vibrational mode.

The vibration frequencies for the first mode of the beam, where the results
obtained indicated a maximum change of 4 Hz between the frequencies of the
sample free of residual stress with respect to the beams of 9600 and 9000 le,
reduced for the other two specimens to a maximum of 2 Hz. These results show that

Table 1 Vibrational modes
for B1 beam

Mode number Numerical analysis Experimental

Frequency (Hz)

1° 850 848

2° 1277 1276

3° 2618 2620

844

845

846

847

848

849

850

851

Experimental

 B1
 B2
 B3
 B4
 B5
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ec

ue
nc

y 
(H

z)

FEM

Fig. 1 First vibrational mode
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there is no change in the natural frequency of the beam in the first mode of
vibration. In the second mode of vibration it is has been observed a better behavior
between the two methods. In addition, there is only one change of 0.005 kHz
between the frequency of a beam free of residual stresses and others with a field of
induced residual stresses. Both methods are validated with respect to each other by
their proximity. They does not change the frequency of vibration of the specimen
with residual stresses and the specimen without previous history. Finally, by
evaluating the frequency of the third mode of vibration, there is a maximum change
of 8 Hz between the test beam free of residual stress and without previous history,
which were subjected to a pre-strain of 5600, 9600 and 16,000 le.

Conclusions

The residual stresses present in the mechanical components play a very important
role in the design, planning and manufacture of mechanical parts. They can play a
positive or negative role in the applications where the importance of prior knowl-
edge of them is used. The evaluation of the frequencies of the three main modes of
vibration of a 1045 steel was carried out through an external excitation in the stable
state, and with the aid of a system of acquisition and treatment of signals. The
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Fig. 2 Second vibrational
mode
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Fig. 3 Third vibrational
mode
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values of these fundamental frequencies of vibration which can generally have
negative effects on the mechanical components. The experimental results were
compared with the finite element method (FEM), with errors less than 5% between
values with both methods. The results show that the natural frequencies do not
present a significant change when there are fields of residual stresses and predic-
tions of different magnitude in the material. In addition there is a better behaviour of
the value of the natural frequency as the residual stress field change.
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Experimental Analysis of Fatigue Cracks
Emanating from Corner Notches
in the Presence of Variable Residual
Stress Fields

J. L. Cuevas, C. Garcia, A. Amrouche, R. R. Ambriz and D. Jaramillo

Introduction

The study of fatigue of engineering materials has been motivated by the occurrence
of catastrophic accidents over the history. For instance, the DeHavilland Comet [1],
the Boeing 737 of Aloha’s Airlines [2] and the F-15C fighter jet of the Missouri
National Guard [3]. A fatigue crack growth process from local stress raisers was
among the reasons for the occurrence of these accidents. The fatigue crack growth
is an irreversible physical process produced by cyclic loading of engineering sys-
tems and components. The result of the fatigue crack growth is a reduction of the
carrying load capacity for the engineering materials.

An undesirable consequence of traditional thermo-mechanical processes is a
negative distribution of residual stresses within the manufactured pieces. The
residual stresses are locked-in and at equilibrium within the engineering materials
despite the absence of any type of external load or temperature gradient [4].
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The relevance of the residual stress fields is their ability to modify the mechanical
behavior of the engineering materials. The residual stress fields modify the mean
stress in a mechanical component subjected to a fatigue process, as well as the
fatigue crack growth rate [5]. Tensile residual stress fields increase the fatigue crack
growth rate, while a reduction of the fatigue crack growth rate is produced by
compressive residual stress fields [6].

A combination of fracture mechanics theory and empirical data from fatigue
crack growth tests is the traditional approach for the analysis of damaged compo-
nents with the presence of a dominant crack. The effects of residual stresses have
been included into this traditional approach by means of either a superposition
assumption [7] or a crack closure effect [8]. Both approaches are based on an
estimation of the stress intensity factor K. The superposition considers a total stress
intensity factor that considers the applied external load and the residual stress field.
The crack closure effect uses an effective stress intensity factor that considers the
local stiffness of the cracked component. Several works in the literature had
reported numerical models based on the superposition approach for the inclusion of
residual stress effects into fatigue crack growth. Fewer results are reported for
numerical models based on the crack closure effect. However, most of the models
have considered a constant residual stress fields through the thickness of the
mechanical component or specimen. The results of Beghini et al. [9, 10] showed
that the superposition approach provide inadequate estimations of the fatigue crack
growth rate in variable residual stress fields. Stuart [11] also used a superposition
approach for variable residual stress fields. Stuart reported that for cracks emanating
from corner notches, the crack shape evolution seemed to play a significant role for
the estimation of the residual stress effects in the fatigue crack growth rate. Corner
cracks are traditionally developed in the real structures, but the crack shape evo-
lution is regularly not considered by the stress intensity factor computation. Instead,
the crack front is regarded as a simple straight line. LaRue and Daniewicz [12]
compared numerical models based on a superposition assumption and a crack
closure effect, but they considered a straight line for the crack front. Both models
showed adequate fatigue crack growth rate estimation, but the residual stresses were
constant through the thickness of the specimen.

The present work presents the fatigue crack growth process from corner notches
in an specimen with a variable distribution of residual stresses. The specimen was
subjected to a cold worked operation prior to a fatigue crack growth test. The cold
worked operation produced a variable residual stress distribution through the
thickness of the specimen.

Materials and Methods

A 6061-T6 aluminum alloy plate of 6.35 mm (1/4 plg) thick was used for the
fabrication of the specimen. Figure 1 presents the details of the specimen of
200 mm length, 100 mm width and 6.35 mm thick. The results from a tensile test
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of a dog-bone specimen of the 6061-T6 Al alloy plate indicated an elastic modulus
of 70 GPa, a yield strength of 200 MPa and a tensile strength of 250 MPa. The
Poisson’s ratio for the 6061-T6 Al alloy is 0.3.

The specimen with a 6.35 mm diameter was subjected to a customized cold
worked operation via a conical mandrel that was passed through the hole along the
thickness of the specimen. The maximum diameter of the mandrel was 6.32 mm.
The entrance face of the specimen as indicated in Fig. 1 corresponded to the
specimen side touched by the mandrel first during the cold work operation.
Meanwhile, the exit face designation corresponded to the opposite side of the
specimen. Further details of the customized cold worked operation had been already
reported in the literature [13]. Figure 2 presents the distribution of the residual
stresses in the specimen determined via a finite element simulation and the hole
drilling method [13].

Corner notches of approximately 1 mm depth were machined at the hole’s edge
with a jeweller saw cut after the cold worked operation. The left and right side of
the hole were machined with the corner notches (Fig. 1) for the prevalence of a
symmetry condition during the fatigue crack growth test. A servo-hydraulic fatigue
testing machine was used for the fatigue crack growth test of the specimen. The
maximum load capacity of the fatigue testing machine was of 100 kN. Both sides of
the specimen were hydraulically clamped by the machine grips with a pressure of
approximately 15 MPa. The fatigue crack growth test was conducted under con-
stant amplitude loading cyclic and sinusoidal wave form conditions at a frequency
of 20 Hz. The maximum load applied was of 36 kN. The loading ratio was of 0.1.
The initial crack length was of 4.28 mm for the left side and 4.23 mm for the right
side. A pre-cracking fatigue test was previously conducted under the same fatigue
crack growth test conditions, except for a maximum load of 42 kN. The
pre-cracking fatigue test was conducted until an increment of 0.75 mm was

Entrance Face

Left Right

Fig. 1 Geometry details of
the 6061-T6 Al alloy
specimen. Entrance face is a
reference for the cold worked
operation. Left and right are a
reference for the corner
notches
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measured for the fatigue crack length. The fatigue crack length was measured with a
traveling optical microscope.

Results and Discussion

The entrance and exit face were monitored during the pre-cracking fatigue test to
detect the appearance of the initial crack. In spite that the corner notches were
machined at the entrance and exit face sides of the specimen, the fatigue crack was
firstly produced on the entrance face side of the specimen. Afterwards, the crack
was only monitored for the entrance face. The initial crack length was 4.28 and 4.23
for the left and right hole’s edge positions, respectively. The crack length during the
fatigue test was measured from the center of the expanded hole. Figure 3 presents
the crack length as a function of the number of cycles (a vs. N curve) for the
6061-T6 specimen with residual stresses. Both a versus N curves for the left and
right hole’s edge position were determined.

The final fatigue crack length was of 28.5 mm with a corresponding number of
cycles of 2.8 � 106. A narrow difference in the fatigue crack length was observed
between the left and right hole’s edge position, but in general the initiation and
propagation stages of the fatigue crack were symmetrical between both hole’s edge
positions. For instance, the fatigue crack length at the left and right position was of
approximately 7.9 and 5.9 mm at 1.5 � 106 cycles. The narrow differences in the
number of cycles for the fatigue crack length between the left and right positions
can be associated with local microstructural features. The symmetrical fatigue crack

Fig. 2 Residual stress distribution induced by a customized cold worked operation into the
specimen [13]
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growth has several implications with respect to the residual stress field and the
fatigue crack propagation mode. Regarding the initial residual stress condition, the
symmetrical growth is an indication of a uniform residual stress distribution around
the hole in the specimen (annular direction). The uniform residual stress distribution
in the annular direction is an advantage of the customized cold work operation,
because the applied load is not restrictive to a specific angular direction. On the
contrary, a uniform annular residual stress distribution allows for an arbitrary
direction of the external applied loads. The annular direction should not be con-
fused with the thickness direction where a variable residual stress distribution was
presented because of the cold worked operation. Regarding the fatigue crack
propagation mode, the symmetry is an indication of a dominant mode I loading
condition.

Figure 4 presents the fatigue crack growth rate as a function of the fatigue crack
length (da/dN vs. a curve) for the left and right hole’s edge positions. The fatigue
crack growth rate was below 0.1 µm/cycle during the initial 20 mm of the fatigue
crack length. This fatigue crack length corresponded to the stable regimen of the
fatigue crack growth, which for the current specimen with residual stresses repre-
sented 2.7 � 106 loading cycles.

After the 20 mm fatigue crack length, the da/dN rate increased up to approxi-
mately 0.6 µm/cycle. This region corresponded to the final stage of the fatigue
crack growth, where the final fracture is imminent. This interval of the final stage of
the fatigue crack growth represented less than 5% of the total fatigue life for the
specimen with residual stresses.

Fig. 3 Crack length versus number of cycles curves for the 6061-T6 Al alloy specimen with
residual stresses. As a reference, initial crack length is shown

Experimental Analysis of Fatigue Cracks Emanating … 277



Figure 5 presents a macrofractography of the fatigue failure corresponding to the
right hole’s edge position of the specimen with residual stresses. The entrance face,
exit face and expanded hole references are shown in Fig. 5. The corner notches at
the entrance and exit face locations are observed in the macro. The beach markings
may possible to detect the crack origin at the corner notch of the entrance face side
(see arrow in Fig. 5). In addition, a preferential propagation occurred along the
entrance face and the expanded hole directions that resulted in an irregular crack
front as schematically indicated by the black line. Also, the fracture surface
exhibited several peaks and valleys that indicated different transitions for the fatigue
crack path. It seemed that the fatigue crack propagated in a tortuous manner because
of the residual stress field, which may be a result of local mode loading transitions.

Fig. 4 Fatigue crack growth rate as a function of the crack length for the 6061-T6 Al alloy
specimen with residual stresses

Entrance face

Exit face

Ex
pa

nd
ed

ho
le Right

2 mm
Crack origin

Fig. 5 Macroscopic view of the fracture surface
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Conclusions

• Variable residual stress fields along the thickness direction were generated by
the cold worked operation. The variable residual stresses resulted in an irregular
crack front as demonstrated by the macroscopic view of the fracture surface. The
fatigue crack origin was traceable to the corner notches located at the hole’s
edge of the entrance face side of the specimen.

• Symmetry conditions between the left and right fatigue cracks emanating from
the corner notches prevailed during the fatigue crack growth. This indicate also
a symmetry distribution of the residual stresses in the specimen between the left
and right hole’s edge positions.

• The stable fatigue crack growth stage represented 95% of the fatigue life for the
specimen with residual stresses, introduced by the cold worked operation. The
fatigue crack growth rate over this period of fatigue life were below 0.1 µm/
cycle. The low fatigue crack growth rates associated with beneficial compressive
residual stresses in the specimen resulted in a fatigue life of 2.8 � 106 cycles.
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Fatigue Crack Initiation and Growth
on Welded Joints of 2205 Duplex Alloy:
The Effect of Electromagnetic Interaction
During Welding

J. Rosado-Carrasco, J. González-Sánchez, V. H. López-Morelos
and G. R. Domínguez

Introduction

Austenite-Ferrite duplex stainless steels (DSS) offer superior mechanical properties
and resistance to localized corrosion than austenitic and ferritic stainless steels.
However, during fusion welding, these alloys undergo thermal cycles which induce
severe microstructural transformations, affecting the phase distribution and balance
in the different regions of the welded zone. The microstructural evolution affects the
fracture toughness, the mechanical strength and the resistance to localized corrosion
[1]. The welding thermal cycles also promote the grain growth of the ferritic phase
(d) due to the total or partial dissolution of the austenitic phase (c) in the high
temperature heat affected zone (HTHAZ) [1–4]. It is well know that r phase can
nucleate and growth in the HTHAZ reducing impact toughness and the resistance to
localized corrosion due to the Cr and Mo depleted zones created adjacent to this
phase [4–6]. Another undesirable phase that could decrease the fracture toughness
is the CrN which precipitates within the d phase grains and along the d-d and d-c
grain boundaries owing to the high affinity of N by Cr [1, 2, 4, 7]. It has been
reported that the pitting corrosion resistance (PCR) decrease at the HTHAZ of DSS
welds due to the increase of d phase in this region, which has lower pitting resis-
tance equivalent number (PREN) than austenite [2, 4, 7].
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The regeneration of austenite in the HTHAZ must be enhanced in order to
reduce the volume fraction of d ferrite because in this phase is more possible the
nucleation and growth of brittle Cr-rich phases increasing the susceptibility to
attack nucleation and growth.

Material and Procedures

Plates of AISI 2205 DSS (6.35 � 70 � 150 mm) with a single V groove config-
uration were joined using the GMAW process with an ER-2209 filler wire, 1.2 mm
in diameter, fed at 160 mm/s and a shielding gas mixture of 98% Ar + 2% O2

flowing at 17 L/min. The welding torch was displaced at 3.6 mm/s with a stick out
of 10 mm. A constant voltage power supply was used with direct current-electrode
positive. The welding parameters were adjusted to obtain an approximate heat input
of 1.4 kJ/mm considering an efficiency of 75% for the GMAW process. The
experimental setup for welding with the application of EMF using an external
power supply consisted in placing a coil in the same plane of the plates to be welded
as reported elsewhere [7]. The EMF applied was 3 mT and other welds were made
without EMF for comparison. The chemical composition of the base metal
(BM) and filler wire are listed in Table 1.

Cylindrical samples of diameter 5.1 mm and length 70 mm were cut transverse
to the weld bead as shown in Fig. 1.

The fatigue tests were performed in a rotating bending machine Gunt Hamburg
WP-140 with the parameters indicated in Table 2. The specimen was placed in the
machine as shown schematically in Fig. 2.

Load-controlled rotating bending fatigue tests were conducted using a sinusoidal
waveform at 60 Hz in air. To obtain the load for the test, the Eq. 1 was used,

ra ¼ Mb

wb
¼ 32

a

pd3
F ð1Þ

where ra is the stress amplitude, Mb is the flexural moment and wb is the moment
of resistance, d is the diameter of the specimen and a is the distance from the
bending point to the load application.

In order to follow the crack initiation and growth, the samples were subjected to
grinding with abrasive SiC paper and polished to mirror surface finish. Acetate

Table 1 Chemical composition of base metal (AISI 2205) duplex stainless steel and filler metal
(ER-2209)

Material C Cr Ni Mo N Fe

2205 0.030 22.94 5.62 3.015 0.17 Bal

ER-2209 0.012 23.00 8.80 3.20 0.14 Bal
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Fig. 1 a First cut from AISI 2205 duplex stainless steel welded plates. b Geometry of cylindrical
specimens along with extensions for assembling to the fatigue machine

Table 2 Experimental parameters for the rotating bending fatigue tests

Condition rmax (MPa) rmin (MPa) R F (N) f (Hz) a (cm) d (mm)

Metal base 337.9 −337.9 −1 62.8 60 7 5.1

0 mT 337.9 −337.9 −1 62.8 60 7 5.1

3 mT 337.9 −337.9 −1 62.8 60 7 5.1

Fig. 2 Schematic diagram of
experimental setup during
fatigue test
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replicas were obtained after every 20,000 load cycles. The fracture surface of
samples at the end of the fatigue tests were analyzed by stereoscopic microscopy.

Experimental Results

The crack growth rate (da/dN) was calculated as a function of the crack length
(a) and the diagram is shown in Fig. 3a where the blue line corresponds to the weld
with the EMF and the black line to the conventional weld. The values of fracture
toughness (KIC) are listed in Fig. 3b and they were calculated using Eq. 2 and the
last crack length measured, before the final fracture, as critical length.

KIC ¼ br
ffiffiffiffiffi

pa
p ð2Þ

where b is the geometric factor of the specimen, r is the applied stress in MPa and
a, is the crack length in m.

The cracks propagated on the surface of the specimen following a transgranular
path, along the d-c grain boundaries of the welding pool, as it can be observed in
the pictures shown in Fig. 4, obtained using acetate replicas during testing.

Discussion

The crack growth behavior in the diagram in Fig. 3a revealed, first for both welding
conditions two slope changes, the first one indicates a decrease in the growth rate,
this is due to phase boundaries that represent an efficient barrier to crack propa-
gation, this mechanism is characteristic in duplex stainless steel as reported by
Marinelli et al. [8, 9].

Fig. 3 a Crack growth rate as a function of crack length, the blue line represent the welding with
EMF. b Fracture toughness values for comparison
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The 3a diagram shows that, for 3 mTweld condition, there exist a decreased crack
growth rate and a larger critical crack length before final fracture than 0 mT, this
indicates a better endurance than conventional GMAW.This can be correlatedwith an
influence of the grain refinement, austenite regeneration and electromagnetic stirring
in thewelding pool, due toEMF reported byGarcía et al. [4] in a former researchwork.

The electromagnetic stirring also increases the grain misorientation, which, in
further investigations, Krupp et al. [9, 10] reported as significative microstructural
barriers for crack growth and this improves the fatigue life of the duplex stainless steel.

By calculating the value of fracture toughness, an increase for 3 mT weld in
comparison with 0 mT weld, was noticed as it was expected and analyzing the
surface pictures of Fig. 4, it can be observed that for the same number of cycles, the
crack separation between the new created surfaces is wider for 0 mT weld than
3 mT. This is strongly correlated with the behavior shown in the diagram of crack
growth rate and the fracture surfaces of specimens of different welding conditions
shown in Fig. 5a, b, revealed that the fast fracture zone is bigger for 0 mT weld
than 3 mT weld, this is an evidence of the improved fracture toughness of the latter
condition.

Fig. 4 Cracks propagating along the d-c grain boundaries in the welding pool of the
a conventional weld and b the weld with EMF of 3 mT. Pictures taken after N = 60,000 cycles

Fig. 5 Fracture surface observed with stereoscopic microscopy. a Corresponds to a 0 mT weld
condition and b is the 3 mT weld. The dotted lines delimit the different zones of the surface
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Conclusions

• The crack growth rate was decreased when and EMF of 3 mT was applied
during GMAW in comparison with a conventional GMAW (without EMF).

• Due to the microstructural evolution such as grain refinement and c regenera-
tion, the fracture toughness of the 3 mT weld condition was increased and
therefore the fatigue life was increased too.

• For both welding conditions, the cracks propagated on the surface of the
specimen following a transgranular path, along the d-c grain boundaries of the
welding pool.
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Nondestructive Monitoring of Rail Surface
Damage Via Barkhausen Noise Technique

M. Neslušan, K. Zgútová, I. Maňková, P. Kejzlar and J. Čapek

Introduction

Large axle loads of the trains usually cause serious wear and structure transfor-
mations of the rails. Near surface region of the rail surface appears white under the
metallographic observation [1–3]. For this reason this region is named white
etching layer (WEL). Origin of WEL was widely discussed. Newcomb and Stobbs
reported that WEL is initiated by the repetitive and severe plastic deformation [4].
On the other hand, phase analyses reveal retained austenite which indicates that
WEL is thermally initiated process when the near surface region undergoes heating
above austenitizing temperature followed by rapid self—cooling [1–3, 5]. Such
process hinders full transformation of austenite to pearlite and certain volume of
austenite retains in the WEL. WEL was subjected to many studies in which variable
techniques were employed to identify stress state, phase composition, chemical and
other alterations [1–5]. It was reported [1] that WEL is a product of rolling-contact
fatigue caused by the alternating stresses associated with rolling contact bodies.
Operation of the rails containing WEL regions may be risky with the respect to
possible rails macro cracking initiated by micro cracks in the WEL. Furthermore,
rails are subjected to grinding process in order to remove damaged layer and surface
asperities [3].
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For these reasons the suitable nondestructive method would be beneficial to
revelation of the surface damage degree. Magnetic Barkhausen noise (MBN) is
sensitive to microstructure and stress state [6–10]. Being so, this study deals with
sensitivity of MBN technique for such purpose. MBN originates from irreversible
and discontinuous Bloch Walls (BW) motion during the cyclic magnetization. The
main reason can be viewed in pinning strength of variable microstructure features
interfering with BW in motion. Irreversible and discontinuous BW motion produces
acoustic as well as electromagnetic pulses. Electromagnetic pulses propagate
towards free surface and can be detected by the use of a suitable pick up coil. It is
well known that MBN is a function of stress state as well as microstructure.
However, stress state affects mainly the domain and corresponding BW alignment
whereas microstructure affects the free path of BW motion [7]. Microstructure of
matrix can be expressed in many terms and it is worth to mention that BW interferes
with all crystalline defects. Being so, in many studies MBN is studied as a function
of dislocation density [9], carbides precipitation [10], grain size or presence of
non-ferromagnetic phases [7]. Transformations in WEL are very complex and fully
change character of the matrix. Being so, MBN could be a promising technique for
monitoring of surface state of rails in operation. This pilot study reports about
monitoring of surface damage in the rail by the use of MBN.

Experimental Part

The experimental study was carried out on hot rolled rail steel R220 (strength
785 ± 50 MPa, hardness 215 ± 35 HB) of chemical composition indicated in
Table 1.

The rail was subjected to the 20 years accumulated passing tonnage about
0.8 million tons per year. Figure 1 shows a photo of the rail profile with indication
of the analyzed zone. The rail surface was measured and analyzed within the whole
rail width in which the possible contact of the rail and wheel can be expected.
Metallographic observation, micro hardness alterations, XRD and MBN measure-
ments were carried in certain points regularly distributed within the rail width
(distance between the neighboring points is kept 6 mm).

MBN was measured by the use of RollScan 350 and software lScan 500
(magnetizing voltage 5 V, magnetizing frequency 125 Hz, 10 bursts, sensor type
S1-18-12-01, frequency range of MBN from 10 to 1000 kHz). MBN values were
obtained by averaging 10 MBN bursts (5 magnetizing cycles). MBN refers to the
rms (effective) value of the signal. Estimated sensing depth of the MBN signal is

Table 1 Chemical composition of the rail steel R220 in wt%

Fe C Mn Si Cr Ni Cu P

Bal 0.60 1.05 0.21 0.12 0.13 0.07 0.02
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about 50 lm. Magnetization of the rail surface was carried out in the direction of
traction. Except conventional MBN parameter (rms value of the signal) also Peak
positions were analyzed. Peak position of MBN refers to the position of magnetic
field in which MBN envelope attains the maximum (corresponds to the magnetic
hardness of the body). Units for Peak position are indicated as arbitrary units (a.u.)
since measuring system normalize the scale of magnetic field (±100 a.u.). For this
reason calibration was executed. This supplementary measurement found that the
normalized scale of magnetic field ±100 a.u. corresponds to the real scale
±5.83 kA m−1 at magnetization frequency 125 Hz and voltage 5 V.

Residual stresses and phase analysis were measured via X-ray diffraction tech-
nique (XRD) ({211}, a-Fe, CrKa, 40 kV, 30 mA, average sensing depth approx.
5 lm, X’Pert PRO). Except stress state also Full Width at Half Maximum (FWHM)
was analyzed since this parameter is closely connected with micro hardness of the
matrix. To reveal the microstructure transformations induced by severe plastic
deformation 10 mm long pieces were routinely prepared for metallographic
observations (etched by 3% Nital for 8s). Microstructure was observed in the
direction longitudinal with the track direction.

Vickers micro hardness readings were conducted by Zwick Roel ZHm
micro-hardness tester by applying the force 50 g for 10 s. Micro hardness was
determined by averaging 3 repetitive measurements (3 micro hardness profiles
spaced 0.1 mm). All measurements were conducted at 7 points within the rail
surface region indicated in Fig. 1. The first position was placed 3 mm from the left
side. The following positions were spaced 6 mm each to other (also bulk structure
was investigated).

Results of Experiments

Figure 2 illustrates microstructure of the rail surface at different positions. Bulk
microstructure is entirely composed of pearlite with the equiaxed grains whereas the
sub surface regions exhibit preferential orientation of the pearlite matrix due to hot
rolling process. WEL is superimposed on this preferentially oriented matrix.
Figure 2 also shows that thickness of WEL varies within the investigated rail width.

Fig. 1 The rail cross section with indication of measured width
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Thin and discontinuous WEL can be found on the left side of the rail width
(distance 3 mm) whereas thick and continuous WEL is located at the distance 9 and
especially 15 mm from the left side of the rail. Distances 21 and 27 mm also exhibit
thin and discontinuous WEL whereas positions 33 and 39 mm indicate no WEL in
the surface region.

(a) distance 3 mm

(b) distance 15 mm

(c) distance 15 mm -detail

Fig. 2 Metallographic
observation of the rail surface
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It can be easily understood that the main rail load is positioned in the zones of
thick and continuous WEL. Micrographs also indicate that the rail surface is pol-
luted the long term oxidation. Oxides initiated on the rail free surface contaminate
not only WEL region but also the whole rail width and process of plastic defor-
mation dips oxides into the deeper layer beneath the free surface. Micrographs also
reveal surface cracking since WEL regions becomes hard and brittle. Further
loading of such structure together with oxidizes initiate micro cracking contributing
to the remarkable irregularities in the rail surface profile. The rail height varies due
to pulling out small micro particles entirely surrounded by microcracks as that
illustrated in details of the rail surface (at the thick WEL).

Surface oxidation can be verified by phase analyses executed by the use of XRD
technique. Table 2 indicates that all regions contain Fe2O3 and first 3 regions also
FeO. Table 2 also shows that bulk structure is entirely composed of pearlite phase.
On the other hand, thick WEL regions contains martensite matrix of high tetrag-
onality mixed with retained austenite whereas the right side of the rail width is
composed of ferrite (low degree of lattice tetragonality) without retained austenite.
Phase analyze verifies that WEL is thermally induced structure since retained
austenite indicates that the near surface region undergoes heating above the
austenitizing temperature. Table 2 and Fig. 3 also indicate that original pearlite
structure is completely decomposed. Cementite lamellas are broken into very fine
particles and certain volume of carbon is dissolved in the matrix [2, 5], see also
SEM pictures in Fig. 3. Moreover, SEM technique clearly distinguishes between
near surface WEL and deeper untouched structure.

High hardness of the WEL (see Fig. 4) corresponds with the high tetragonality
of matrix (see Table 2) and associated dislocation density. Such matrix is due to
rapid self—cooling from austenitizing temperature and results into remarkable
surface hardening [1, 2, 5]. Thick and continuous WEL corresponds with quite deep
extend of high hardness for distances 9 and especially 15 mm. On the other hand, it
is worth to mention that micro hardness profiles for distances 3, 21 and 27 mm are
debatable since WEL in these areas are discontinuous; they can occur in the form of
localized spots thus indentation results can remarkably vary especially in the near

Table 2 Phases on the rail
surface indicated by XRD
technique

Dis.
(mm)

Fe
a

Fe
c

Fe3C Fe2O3 FeO C Fe
fct

3 – ● – ● ● ● ●+

9 – ● – ● ● ● ●+

15 – ● – ● ● ● ●+

21 – – – ● – ● ●+

27 – – – ● – ● ●−

33 – – – ● – ● ●−

39 – – – ● – ● ●−

Bulk ● – ● – – – –

●+—high degree of lattice tetragonality
●−—low degree of lattice tetragonality
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surface region. Being so, it could be considered that microhardness for distances 3
and 27 mm could also attain microhardness approximately 800 HV as that for
distance 21 mm, see Fig. 4.

As it was expected, compressive stresses can be found within the whole rail
width, see Table 3. The left side exhibits the higher magnitude of compressive
stresses compared to the rest of the rail surface. Analyzing the correlation between
residual stresses and WEL thickness (on the base of data from Fig. 5 and Table 3) it
can be found that the residual stresses exhibit poor sensitivity against the thickness
of WEL since the thick WEL gives nearly the same residual stresses as the regions
containing thin discontinuous WEL or regions free of WEL. Pearson coefficient
correlation between WEL thickness ad residual stresses is only 0.356. The main
reasons can be found as follows:

(a) bulk (b) WEL zone

Fig. 3 SEM observation of the rail surface
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– sensing depth of XRD technique is too low (about 5 lm) compared with
thickness of WEL; thus stress state cannot distinguish between thin and thick
WEL,

– surface cracking releases the stresses in the WEL and other regions,
– due to long term cyclic loading WEL region undergoes repetitive periods of

surface hardening followed by the matrix dynamic recovery and the corre-
sponding stress relaxation [2].

On the other hand, FWHM is more sensitive to the structure alterations; thus
regions containing thick WEL exhibit high values of FWHM a vice versa, see
Fig. 5 and Table 3. The high values of FWHM correspond to high hardness and
associated high dislocation density. Compared to the stress state, relationship
between WEL thickness and FWHM exhibits better correlation (expressed in the
term of Pearson coefficient of correlation 0.555).

Figures 5 and 7 illustrate very good sensitivity of MBN (rms value of signal)
versus WEL thickness. Relation between MBN and WEL thickness is nearly linear
and increasing WEL thickness can be directly linked with decreasing magnitude of
MBN signal. The main reasons can be found as follows:

– much higher sensing depth of MBN technique (compared with XRD technique),
– martensite matrix of the high degree of lattice tetragonality containing carbon in

the supersaturated state, high dislocation density and the corresponding high
hardness associated with high magnetic hardness,

– retained austenite in the WEL strongly hinder BW motion,
– oxides (FeO and Fe2O3) as hard ferromagnetic particles embedded in the

martensite matrix strongly pin BW motion,
– microcracks such as defects not producing MBN emission.
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Figure 7 shows that thickness of WEL can be obtained from MBN signal; thus
damaged rail layer can be monitored in a non-destructive manner.

An alternative parameter for nondestructive monitoring of the rail damage via
MBN can be viewed in Peak position. Figure 6 shows that the high hardness in the
thick WEL correspond with the high Peak positions a vice versa. Expressed in other
words, stronger magnetic fields are needed for irreversible BW motion in thick
WEL compared to thin WEL or surface free of WEL. Information about Peak
positions can be obtained directly from lScan software or MBN envelopes as that
reported in the previous study [11]. An alternative parameter for nondestructive
monitoring of the rail damage via MBN can be viewed in Peak position. Figure 6
shows that the high hardness in the thick WEL correspond with the high Peak
positions a vice versa. Expressed in other words, stronger magnetic fields are
needed for irreversible BW motion in thick WEL compared to thin WEL or surface
free of WEL. Information about Peak positions can be obtained directly from lScan
software or MBN envelopes as that reported in the previous study [11].

Conclusions

Micro cracking in the hard and brittle WEL arises from the cyclic long term loading
and potentially can initiate rail macro cracking. For this reason, rails should be
subjected to the re-grinding process in order to remove the damaged layer and
refresh the surface state. MBN technique could be potentially employed for the
assessment of WEL thickness as a layer removed by grinding. Finally, this is the
pilot study which would suggest a possible concept for prevention of unexpected
rails deformation (or cracking) due to their thermal dilatation (and the corre-
sponding stresses) initiated by the ambient temperature fluctuations via MBN
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technique. However, MBN emission initiated by external stresses superimposes
with MBN from the accumulated damage of the rail surface due to its cyclic severe
loading.
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Failure Analysis of Stress Corrosion
Cracking of Two Tees in a Pressurized
Drainage System

D. Rivas, J. L. González, A. Casarrubias and M. Beltran

Introduction

The circuit where the specimens were located presented component substitutions in
the years 2011 and 2012. On January 12th 2016, the Tee E-277 presented cracking,
while the Tee E-182 presented a leak at February 5th 2016. The schemes shown in
Fig. 1 indicate the location of the samples. The operating conditions are shown in
Table 1.

Materials and Methods

The present failure analysis was performed under the methodology developed by
the procedure described in ASTM E 2332-04 “Standard Practice for Investigation
and Analysis of Physical Component Failures”.

A visual examination of the Tee E177 and E182 was realized, where the
dimensions are the following; Tee E177: diameter 4.445 cm (1.750″), wall thick-
ness of 8.28 mm (0.303″) and a length of 12 cm (7.72″) also has a section of
welded tube 13.5 cm long (5.31″); the Tee E 182, diameter 4.445 cm (1.750″), wall
thickness of 7.874 mm (0.310″) and a length of 13 cm (5.11″); As shown in Fig. 2.

Subsequently, a chemical analysis of the steel was performed by spectropho-
tometry, using the atomic absorption technique. The samples were prepared fol-
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lowing the procedure described in ASTM E3, for afterwards observe by optical
microscope. Finally, it analyzed the fault zone and the deposits by E.D.S., Rockwell
hardness tests were carried out on the B scale. Hardness tests were developed based
on ASTM E-18.

Fig. 1 Location of study samples, in an isometric view

Table 1 Technical information on the valve control

General data

Circuit description Pressurized module in 2″ Ø

Operating pressurea 0.80 kg/cm2 (1109.4 psi)

Operating temperaturea 27 °C (95 F)

Work service High pressure condensate
aValue provided by operating data

Fig. 2 Tee E177 and E182 in as received conditions
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Results

Visual Examination

The general characteristic observed in both samples is the fracture in a perpen-
dicular direction to the straight side. The fractures propagation for the Tee E177 and
the Tee E182 were of 16 and 15.5 cm respectively. For both samples, the fracture
plane is in the circumferential section, the plastic deformation associated to the
fractures is null, there are no abrupt changes of the fracture planes, only steps are
observed and the fracture surfaces are close to smooth. However, on the fracture
surfaces, a layer of corrosion products by aqueous attack, as well as oxides of
weathering are observed. The images of Fig. 3 show the fracture surfaces.

Chemical Analysis

Table 2 shows the results of the chemical analysis and the specified values of the
ASTM A 234 WPB standard.

Fig. 3 Fracture surface observed on Tee E177 and Tee E182 respectively. Note the steps and the
null plastic deformation in both samples

Table 2 Shows the results of the chemical analysis in %W

ID C Mn P S Si Cu(1) Cr(1) Mo(1) Ni(1) V

E177 0.248 0.722 0.023 0.041 0.383 0.288 0.055 0.019 0.045 0.015
E182 0.181 0.765 0.007 0.018 0.322 0.057 0.084 0.015 0.059 0.006
ASTM A
234
WPB

0.30
max.

0.29–
1.06

0.030
max.

0.035
max.

0.10 min. 0.400
max.

0.400
max.

0.150
max.

0.400
max.

0.08
max.

Specified residual elements, the maximum total of these elements must be less than 1%
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Hardness Tests

Table 3 shows the results of the hardness tests.

Metallographic Examination

The results of the microstructure are presented in Table 4, which is constituted by a
matrix of ferrite crystals and pearlite colonies. The distortion of the microstructure
is related to its forging process.

Analysis of the Failure Zone

Figure 4 shows the failure zone, where the steps and grooves are closely parallel to
the propagation direction of the crack and perpendicular to the propagation front.
A layer of corrosion products (possibly aqueous) covering the fracture surface was
observed. This layer prevents further observations, as indicated in the visual
inspection. Non significate plastic deformation associated to the fracture was
observed.

Table 3 Rockwell hardness values in B-scale

Specimen No. of
indentations

Middle
value

Minimum
value

Maximum
value

HB UTS
ASTM
[KSI]

Uncertainty

E177 10 99 98 99 234 114 1.41

E182 99 98 99 234 114 1.57
aThe value of UTS is assumed approximate to be quantified by correlation with the hardness test

Table 4 Stereological parameters of the microstructure

Specimen Volume fraction of
inclusions

Type of
inclusion

%
ferrite

%
pearlite

ASTM grain
size

E 177 0.63 D 76.50 23.50 9

0.77 74.65 25.35

E 182 0.38 84.15 15.85

0.48 82.19 17.81
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Analysis of Deposits by E.D.S.

The corrosion products in the internal wall of the two Tee were removed, in order to
realize a chemical characterization of the sample by the use of the Energy
Dispersive X-Ray Spectroscopy (EDS) technique. The results are shown in Fig. 5,
where it can be seen that the corrosion products are formed primarily of iron,
oxygen and sulfur. These elements are the constituents of chemical compounds
such as iron oxide and iron sulfide.

Analysis of Results

The chemical and metallurgical characteristics observed in the steel of both Tee’s
meet the design specifications. However, the mechanical strength of the steel, in
both cases, was found to be well above than that specified for an ASTM A234 grade
WPB steel. This specification indicates (Point No. 9) that the fittings should not
exceed 197 HB (Brinell Hardness). However, as seen in Table 3, the hardness value
reported in laboratory was estimated as 234 HB. At this hardness value, the
maximum strength of these steels would be approximately 114 KSI, which is well
above the maximum specified strength for an ASTM A-234 WPB steel (65–85
KSI).

Fig. 5 Energy spectra EDS, of solid products removed from the inner wall of the two Tee’s

Fig. 4 Fracture surfaces are observed in both parts, the steps and the null plastic deformation
associated to the fracture are observed
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The form of damage consisted of a brittle fracture characterized by null plastic
deformation and the presence of steps and grooves at the macro level. The fracture
mechanism was identified as a corrosion cracking and efforts (SCC). The SCC is a
form of fracture that occurs through the interaction of a corrosive environment,
susceptible material and a stress high enough to propagate the cracking.

The EDS characterization of the corrosion products, show that the chemical
composition of the oxides and sulphides deposits are formed by the presence of H2S
and H2O. The H2S reacts with the iron of the steel, forming the iron sulphide which
is deposited in the wall. Initially, the deposits of corrosion products tends to protect
the steel. However, the deposit layer is porous, changing its cathodic character to
the anodic. This behavior promotes the cavities formation; these cavities are sites
for nucleation and initiation of cracking.

According to the macroscopic observations and the EDS results of the corrosion
products, the hypothesis of the presence of hydrogen (H) inside the samples was
proposed. In order to demonstrate the H presence, sections close to the fracture (of
approximately 2 cm � 2 cm), were submerged in glycerin for heating at 60 °C.
The objective was to promote the absorbed H displacement inside the steel.
Figures 6 and 7 show bubbles in the steel surface, whose quantity increase as
increasing the temperature. As known, the H is the only chemical species able to
diffusing inside the steel in its atomic form, as a consequence of its lower

Fig. 6 Sample removed near the fracture of the tee E177; notice bubble formation from the
material’s surface

Fig. 7 Sample removed near from the fracture of the tee E182; notice bubble formation from the
material’s surface
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atomic radius. The effect of the H presence within the steel has not been completely
understood, however it has been demonstrated that the embrittlement of the material
is one of its effects. The H absorption is generated in sour media; with the presence
of hydrogen sulphide, CO2 and water; as the one that contains the pressurized
drainage circuit.

Conclusions

• The failure mechanism, observed in T E177 and E182, is identified as stress
corrosion cracking in the presence of hydrogen, in a hard material.

• The steel of both Tee’s has a high hardness, this type of steels are susceptible to
stress corrosion cracking.

• The presence of hydrogen was determined empirically and qualitatively.
• The effect of adsorbed hydrogen is the embrittlement of the material.
• The manufacture material of the both Tees partially meets with the specifications

of the steel ASTM A234° WPB.
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Fatigue Life Extension of 2205 Duplex
Stainless Steel by Laser Shock Processing:
Simulation and Experimentation

V. Granados-Alejo, C. A. Vázquez-Jiménez, C. Rubio-González
and G. Gómez-Rosas

Introduction

Laser Shock Processing (LSP) has been successfully utilized for extending the
fatigue life of critical engineering components [1–4]. Through LSP it is possible to
delay the fatigue cracks initiation and growth by introducing a compressive residual
stresses field. According with the iteration of radiation with matter, the laser beam is
directed and focused on the sample surface as shown in Fig. 1. When it touches the
surface, a thin layer of the surface is vaporized. Consequently, due to high energy
concentration in a reduced area, the temperature increases rapidly and the gas is
ionized, giving rise to the formation of plasma between sample surface and con-
fined medium (thin water layer). Over time, the plasma expands and generates a
high pressure on the material surface in the order of GPa [5]. This pressure
transmits shock waves into the material plastically deforming the surface and
inducing a compression residual stresses field.

In the last decade, the prediction of residual stress field introduced by The LSP
technology through Finite Element Analysis software which involves the simula-
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tion of the metal behavior and the pressure profile of the shock waves, has been
used to optimize the process [6–11]. In this work, FEM software ABAQUS was
employed in order to analyze the treatment and predict its beneficial effects on
cyclic response and residual stress fields of 2205 DSS. The 3D model was verified
by comparing simulated surface residual stress with experimentally measurements
and then, the commercial code FE-Safe was used to predict fatigue lives of samples.

Materials and Methods

2205 DSS notched samples (flat plate) of 100 � 40 mm with radius notches of
5 mm were employed. The chemical composition is: 22.13 Cr, 5.56 Ni, 3.08 Mo,
1.22 Mn, 0.42 Si, 0.19 Cu, 0.188 N, 0.14 Co. The offset tensile yield stress is
520 MPa, ultimate tensile strength is 710 MPa and elastic modulus is 190 GPa.
The LSP experiments were performed using a Q switched Nd:YAG laser operating
at 10 Hz with a wavelength of 1064 nm and FWHM of 6 ns. The experimental
set-up of LSP is shown in Fig. 2. A convergent lens was used to deliver 0.85 J/
pulse. The spot diameter was 1 mm and the pulses density was 2500 pulses/cm2.

Fatigue tests were performed on a MTS 810 servo-hydraulic system at room
temperature in the air. Load ratio R = Pmin/Pmax was maintained at R = 0.1

Fig. 1 Laser shock penning
principle

Fig. 2 Schematics of experimental set up of LSP
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with 20 Hz. Each specimen was tested to maximum stress applied of 275 MPa. The
residual stress was measured using the strain gage rosettes CEA-06-062UL-120 by
the hole drilling method according to ASTM 837 standard.

Modelling: Finite Element Analysis

FEA analysis of the LSP treatment was performed using the Abaqus software. The
model is shown in Fig. 3 in which 224,826 C3D8R linear hexahedron elements
were used. Encastre boundary condition was applied on the specimen border while
LSP was applied on the front face and then the process was applied on the back
face.

The simulated loading condition was a pressure pulse on 25 � 25 mm square,
with time evolution given in Table 1. Peak pressure of 5.21 GPa according with
[12–15].

The material model used to simulate the behavior of the material under the shock
conditions was the Johnson-Cook model with parameters material constants: A
(MPa) = 520 MPa, B = 840.5 MPa, C = 0.0124, n = 0.1904, m = 0.965, e0 _¼1
[16, 17].

Fatigue lives under constant amplitude loading were correlated by the Coffin–
Manson equation:

De

2
¼ r0f

E
2Nf
� �b þ e0f 2Nf

� �c ð1Þ

The maximum principal strain analysis is a critical plane multi-axial fatigue
algorithm; this algorithm uses the strain-life curve defined by Eq. 1. Maximum
shear strain analysis is a critical plane multi-axial fatigue algorithm [18]. Several
relations to estimate Coffin-Manson parameters from monotonic properties have
been proposed in the literature [19–21]. Life Principal Strain and Maximum Shear

Fig. 3 Finite element model
of the specimen
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Strain Stress theories for fatigue analysis are considered with the Morrow and SWT
correction for mean stress.

Results and Discussion

Residual stress profiles as a function of depth with LSP treatment are shown on
Fig. 4a. It is noted the similitude of hole drilling technique and FEM simulation
result in samples treated with LSP. The maximum tensile stress for material as
received is 260 MPa, while for the treated samples; the maximum compressive
residual stress is 780 and 720 MPa for the experimental and simulation, respec-
tively. Figure 4b shows the fatigue life results. The experimental results for
untreated specimen was 836,700 cycles to failure, whereas for the treated specimen
was 4,318,000, which corresponds to 416% improvement.

Figure 5a shows the residual stress distribution induced by LSP. Figure 5b show
the number of cycles to fatigue crack initiation.

Figure 6a, b show details of the striations and FCG for untreated and treated
samples, respectively. Figure 6c shows that the FCI starts at the surface for
untreated sample. While for treated sample the FCI stars in the centre of thickness
(Fig. 6d).

The average of striation length for specimens with LSP treatment is 0.16 lm,
while for untreated specimens is 0.213 lm. The striation length is directly related
with the fatigue crack growth rate and represents the distance of the crack growth

Table 1 Load distribution

Time (ns) 0 3 5 7 9 12 15 19 26 33 59 80 120 178 200

Pressure
(GPa)

0 0.7 1.4 2.9 4.8 5.2 5.1 4.2 2.7 2.1 1.3 1.0 0.57 0.19 0

Fig. 4 Comparison of untreated and treated samples for a residual stress and b fatigue life
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per cycle. Thus, according to striation length measured for specimens with LSP, the
crack growth rate is reduced in comparison with untreated specimen. This decreases
of fatigue crack growth rate is attributed to superficial residual stress induce by
LSP. Similar observations have been reported in Titanium and Aluminium
alloys [22].

Fig. 5 Simulations results of a residual stress distribution after LSP, b cycles to failure for
untreated specimens

FCGFCG

Striations

Striations

FCI FCI

(b)(a)

(c) (d)

Fig. 6 Fracture surface images: a striations of untreated sample, b striations of untreated sample,
c FCI of untreated sample and d FCI of treated sample
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Conclusions

The effect of LSP treatment on residual stress and fatigue life of 2205 DSS was
studied. FEM simulation and experimental data were correlated. Both exhibited an
extension of fatigue life due to the compressive residual stress induced by LSP. It is
observed that the compressive residual stresses field decreases the effect of external
load near-surface and according with SEM analysis and FEM simulation, the
fatigue crack initiation zone is changed to the centre of thickness delaying signif-
icantly the fatigue crack initiation.
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Fracture Toughness of Fiber Metal
Laminates Through the Concepts
of Stiffness and Strain-Intensity-Factor

Jesús Gerardo Martínez Figueroa and Perla Itzel Alcántara Llanas

Introduction

There is no a great amount of bibliography regarding the fracture toughness of Fiber
metal laminates (FMLs). Authors have focused to obtain critical fracture parame-
ters. Fracture toughness has been experimentally determined in terms of the
J-integral and the Crack Tip Opening Displacement (CTOD).

In the work of Rios [1] for carbon epoxy with aluminum 6061, it is concluded
that the elastic-plastic approach seems to be suitable to examine the behavior of this
type of materials. Castrodeza et al. [2] used the parameter Jc to estimate a critical
crack length, and experimentally validated this proposal, showing that the fracture
toughness of the Laminate is higher than those of each constituent evaluated sep-
arately. Afaghi et al. [3] studied the effect of stress concentrators and the adhesion
inter-lamina on the crack propagation stability throughout the laminate. For the
evaluation of the dynamic fracture behavior, Tarpani et al. [4] has used the Charpy
pendulum in Titanium-Graphite FMLs, in that work the energy of crack propaga-
tion is reported. Among other studies in dynamic behavior of FML, Garcia [5]
analyses the sensibility of structural elements to high-speed projectile impact and
preloads.

The main purpose of this document is to describe a simple general methodology
to analyze the fracture of FMLs based on a twofold approach: the use of a stiffness
model and a Strain Intensity Factor concept, assuming linear elastic fracture
mechanics (LEFM).

The laminate studied in this document is made of a composite carbon-epoxy
DA-4518, called woven. It consist of plane weave of carbon fibers embedded in an
epoxy resin. The second material is an aluminum alloy 2024-T3, consisting of
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sheets of 0.32 mm width, chemically treated (P2 etching) to assure optimal surface
condition for adhesion with the woven resin. The woven is considered especially
orthotropic with the same properties in the z and y directions. Both materials were
tested separately to obtain their elastic constants, shown in Table 1.

The laminate was stacked-up in vacuum bag following the sequence [[0°/0°/0°/
Al/0°/0°] s] s, where the 0° is the woven warp direction woven, and the rolling of
the aluminum. The arrangement was cured in autoclave. The thickness of the cured
laminate is 6.4 mm. A number of Single Edge Notch Bending (SENB) specimens
were extracted and a slit that simulates the central crack. The specimen’s dimen-
sions are (Fig. 1):

• Total length: 100 mm (woven warp, x-direction)
• s = 80 mm
• a = 10 mm
• W = 20 mm

Table 1 Elastic properties,
density of each material of the
laminate

Carbon-epoxy woven Aluminum 2024-T3

Ex (GPa) 49.816 66.902

Ey (GPa) 53.34 66.902

mxy 0.048 0.3

Gxy (GPa) 3.51 25.731

q (kg/m3) 1505.8 2780

Fig. 1 Detail of
woven-aluminum laminate
specimen
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Analysis Approach: Stiffness Model
and Strain Intensity Factor

Stiffness Model

FMLs are composed by alternated thin laminae. Here, it is assumed that each
lamina supports a portion of the mechanical load and that all laminae of the same
material behave similarly if the load on the specimens is distributed evenly
throughout the laminate thickness. The expression of the Stress Intensity Factor
(SIF) in modeI [6]:

KI ¼ F
C1

B
ð1Þ

where F is the force applied, B is the specimen thickness and C1 is a specimen
shape constant:

C1 ¼
f a

W

� �
ffiffiffiffiffi
W

p ð2Þ

According to [7] the SIF in function of the CTOD is:

KI ¼ CTOD Ceð Þ C2ð Þ ð3Þ

Ce is the elastic constant proposed in [7] and C2 is a typical r-singularity function
for LEFM:

C2 ¼ pffiffiffiffiffiffiffiffi
2pr

p ¼ 1
2

ffiffiffiffiffiffi
2p
r

r
ð4Þ

Equating expressions (1) and (3), the force received by the specimen, F is:

F ¼ CTODð ÞCe Bð ÞC2

C1
ð5Þ

The product Ce(B), is designed the Crack Tip Stiffness (CTS), as it represents the
force necessary to open the Crack tip by 1 length unit. Expression (5) is analogous
to the linear spring model, where the spring deflection is substituted by the CTOD,
and a convenient range of r should be defined. When two or more springs are
connected in parallel, the total stiffness of the ensemble is the sum of the individual
stiffness and the force received by each spring is proportional to its individual
stiffness. The behavior of FML specimens can be investigated as an ensemble of
linear springs, each spring representing the particular elasticity and total laminae
thickness of each material. Consider the SENB specimen loaded in
three-point-bending in Fig. 2, composed by many laminae of 2 different materials
A and B, each material having a particular stiffness CTSA,B.
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The thickness of each spring is split in the material’s total number of laminae.
The total specimen’s rigidity is the sum of the two particular rigidities. The total
force Ft can be separated into two forces. If a common CTOD is imposed the next
formulae can be proposed:

FA;B ¼ CTODð ÞCTSA;B C2

C1
ð6Þ

FA þFB ¼ Ft ð7Þ
FA

FB
¼ CTSA

CTSB
ð8Þ

The model can be extended for three or more materials. The CTOD substitutes the
typical displacement d of the force-application point and must be the same for both
materials. Expressions (6)–(8) are the reference stiffness model proposal of this work.

Strain Intensity Factor for Isotropic and Especially
Orthotropic Plane Stress

The Strain Intensity Factor Ke in this work is a parameter to be related to the SIF of
each material of the FML. In front of the crak tip (h = 0°) the crack-plane-normal
strain profile, eI is defined as:

eI ¼ Keffiffiffiffiffiffiffiffi
2pr

p ð9Þ

The constitutive stress-strain equations for isotropic materials in plane stress [8]:

ex ¼ rx

E
� m
E
ry; ey ¼ ry

E
� m
E
rx; cxy ¼

sxy
G

ð10Þ

Fig. 2 SENB specimen of a 2-material laminate, modeled as two springs in parallel
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In LEFM mode I, there is no shear stress in the crack plane. Also the x and
y normal stresses are:

rx ¼ ry ¼ KIffiffiffiffiffiffiffiffi
2pr

p ð11Þ

Combining Eqs. (10) and (11), the strain profile is:

eI ¼ KIffiffiffiffiffiffiffiffi
2pr

p 1� m
E

� �
ð12Þ

A similar arrangement for especially orthotropic materials in plane stress [8]:

ex ¼ rx

Ex
� myx

Ey
ry; ey ¼ ry

Ey
� mxy

E
rx; cxy ¼

sxy
Gxy

ð13Þ

According to [9], being the x-direction normal to the crack plane, the principal
stresses are:

rx ¼ KIffiffiffiffiffiffiffiffi
2pr

p ; ry ¼ r0rx ð14Þ

where r′ is an orthotropic stress ratio. The Strain profile in plane stress expressed by
combining Eqs. (13) and (14) is:

eI ¼ ex ¼ KIffiffiffiffiffiffiffiffi
2pr

p 1
Ex

� r0myx
Ey

� �
ð15Þ

Having defined Ke in (9), it can be expressed in terms of KI as:

Ke ¼ KICe ð16Þ

Ce ¼ 1� m
E

Isotropic plane stressð Þ ð16:1Þ

Ce ¼ 1
Ex

� r0ð Þmyx
Ey

Especially orthotropic plane stressð Þ ð16:2Þ

The term Ce is called here constitutive coefficient. Equations (11) and (14) come
from the assumption of a crack in an infinite elastic field. In praxis the ratio ry/rx is
different from 1 so an r′ for m is required in (16.1); it also differs from the ideal
orthotropic r′ by [9]. This is due to finite-geometry restrictions in real practice.
However, the following expression of Ce is easily deduced:
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Ce ¼ Ke

KI
¼ eI

rI
ð17Þ

In this manner, constitutive coefficients can be obtained empirically as the ratio
of the reference stress and strain in front of the crack tip.

Finite Element Analysis

Model, Load and Restraints Description

The Finite Element Model, made in ANSYS® is presented in Fig. 3. A SENB
specimen described in Section “Introduction” was modeled with 4-node quadrilat-
erals and plane stress option declared with the total thickness of each material. There
are two sets of elements and nodes overlapped with the same exact mesh, located in
the same coordinates. Material 1 is the woven, modeled as an especially orthotropic
solid. Material 2 is the isotropic alloy 2024-T3. The elastic properties and density are
declared as in Section “Introduction”. The reference parameters used in this analysis
are listed in Table 2. Five load cases were run for every run the supporting nodes
were restraint in x and y direction as shown in Fig. 3. The first load case (Lc1)
applies loads to the woven and aluminum separately, each one receiving the pro-
portional force fraction from a total force Ft of 500N. In load case 2, a displacement
d is imposed at the two application nodes obtained from the Load case 1
(−1.14819 � 10−4 m in y). Also a node-to-node coupling (each pair of nodes in the
same location) in the x and y degrees-of-freedom is applied to both models. This
assures the same displacement field for both geometries, including the CTOD.

Load cases 3–5 have the same restrictions and couplings as Lc2, except that the
displacements d were calibrated to correspond to higher values of Ft:

• Lc3: −2.29638e−4 m for Ft = 1000N
• Lc4: −3.44457e−4 m for Ft = 1500N
• Lc5: −4.59276e−4 m for Ft = 2000N

Fig. 3 FEA model geometry, load and restrictions

318 J. G. M. Figueroa and P. I. A. Llanas



Figure 4 shows the crack tip mesh and the nodes used to trace the profiles of
stress, strain and CTOD. The crack is a 0.4 mm width slit with a semicircle-shaped
tip. This is because specimens used in this work have this geometry. The meshing
has been validated to behave according to LEFM in background work [7].

FEA Results

A comparison between Lc1 (the two materials deforming freely) and Lc2 (coupling,
perfect bonding) is presented in Fig. 5a, b showing the effect of the coupling on
stress and CTOD profiles. The stiffness model straightforwardly predicts the same
CTOD for both materials as they have equal parameters C1, and C2.

The dotted lines are the reference profiles from the stiffness model and param-
eters of Table 2. Deviations (errors) are reported with respect to these references.
The nodal coupling creates an increase in the woven stress profile. The error of the

Table 2 Reference
parameters of the two
materials comprising the
laminate FEA model

Carbon-epoxy
woven

Aluminum
2024-T3

C1 (√m) 75.3068 75.3068

Ce (GPa) 12.8752 33.451

B (m) 0.00512 0.00128

CTS (N/m) 6.5921E+07 4.2817E+07

F(N) 303.132 196.878

KI (MPa √m) 4.458578 11.58302

Ce (Pa−1) 1.9144E−11 1.0463E−11

Fig. 4 Crack tip mesh detail
and nodes used to outline
stress, strain and CTOD
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free case (Lc1) ranges from −3.5 to −18% with increasing r, the coupling effect
(Lc 2) offsets this error to a range from 20 to −5%. The effect on aluminum is an
important decrease: from a free case error range from 8.7 to −15%, the coupled
stress error varies from −27.3 to −35.7%. The free CTOD of the woven is around
2% higher than the reference, the free aluminum CTOD, by 6%. The coupled
CTOD is smaller than the reference profile, by 6.3%. The force expected to be taken
for each material can be predicted from the stress profiles by combining Eqs. (3),
(5) and (12), and from KI using Eq. (1), as presented in expression (18), remarking
the independence from the material elastic properties of the relation of F to rI and
KI. This force prediction is shown in Fig. 6a. The error percentages of the forces
and KI are the same as those in the stress profiles.

F ¼ BrI
C1

ffiffiffiffiffiffiffiffi
2pr

p
¼ BKI

C1
ð18Þ

The stress profiles from the diametrically opposed CTOD presented in Fig. 6b
are obtained according to the simplified form reported in [7]:

Fig. 5 Coupling effect in a stress profiles. b CTOD profiles

Fig. 6 a Forces from nodal stress profiles. b CTOD-derived stress profiles
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rI ¼ CTOD Ceð Þ
2r

ð19Þ

From the stress profiles obtained from the CTOD, it can be noted that the
reduction of stress and eventual force and KI calculated from it will remain small
and at a constant variation of −6% for both materials.

This is consistent with the decrease of CTOD due to the coupling observed in
Fig. 5b. However, it is not with respect to the stress and force offsets observed in
Figs. 5a and 6a.

Strain Analysis

The nodal strains eI from lc1 and lc2 are presented in Fig. 7a. The very good
coincidence in the coupled strain profiles is in accordance with the displacement
field imposed by the coupling: The free strain profiles are taken to a single trace
in-between, which can be used to obtain a single strain intensity factor.

Constitutive coefficients, obtained using the direct nodal stress-strain ratio are
shown in Fig. 7b. For both materials, maximum Ce values are higher than the
reference (25% for aluminium, 4% for woven), approaching to it as r increases. For
a single value of Ke useful for woven and aluminum, Eq. (10) is used and the nodes
selected are those of the minimal difference of this value between both materials
(1%): the nodes at r = 1.5415e−4 m, Ke = 1.05678e−4 √m.

The results of the next load cases are listed in Table 3. With the selected value of
Ke, an exact proportionality for load cases 3–5 has been verified. The load appli-
cation forces match well the stiffness model reference, but the supporting forces are
redistributed: the woven takes an extra fraction of the total force that would cor-
respond to the aluminum, for lc2 is 44.36N (8.8% of the total force).

The CTOD does not seem to be appropriate to predict Stress profiles and fracture
parameters for the coupled materials: it is not consistent with the rest of results
because only a slight reduction of about 6% of stress and loads for both materials is

Fig. 7 a Coupling effect in strain profiles. b Constitutive coefficients comparison
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predicted due to the coupling. The stress and strain profiles, and the reactions
queried, suggest an important redistribution of the load with respect to the stiffness
model: an increase estimated between 15 and 20% for the woven, and a decrease of
between 23 and 35% for the aluminum. The FEA quantification of the coupling
effect can be considered a conservative baseline, as the real interlaminate adhesion
is not perfectly rigid: actual behavior can be reasonably placed between the ideal
free-material reference and the nodal coupling described.

Experimental Activities

Static Fracture Toughness Procedure and Results

A total of 5 SENB specimens were tested according to standard ASTM1820 [10] in
an Instron 8872 machine. Each specimen was placed in the fixture base using dough
to avoid slipping, as shown in Fig. 8. The load applied slowly at the mid-span edge
of the specimen was recorded along with the displacement of the applying roller.
The results are presented in Fig. 9 and Table 4. These tests had previously been
simulated and analyzed in Section “Strain Intensity Factor for Isotropic and
Especially Orthotropic Plane Stress” for Ft values of up to 2 kN.

According to the ASTM standard, the fracture toughness is the value of KI using
Eq. (1) and a critical force, FQ interpreted as the limit beyond which the crack tip
region loses LEFM validity and the specimen starts collapsing. One single value of
KI for each FQ is not reported. Instead, there is one single value of Ke related to the
SIF of each material using the corresponding Ce. The FEA results briefed in Table 3

Fig. 8 Machine and fixture for quasi static tests
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are extrapolated in order to obtain a single value of Strain Intensity Factor for each
specimen FQ, so it can be considered the Strain Fracture Toughness, as KeC (√m) in
Table 4.

The strain fracture toughness has an average value of 4.567e−4 √m. This value
and references Ce gives a SIF for aluminum of 43.65 MPa √m and 23.86 MPa √m
for the woven. The stiffness model using the average FQ as Ft predicts 50.056 for
the aluminum and 19.2675 for the woven. The effect of the rigid coupling is now
observed in each material being −12.8 and +23.8% respectively. This variation
should be considered as a maximum expected because of two reasons. First: the
rigid coupling is not realistic as it has been already discussed, and second: Ce

constants used are the theoretical values from each materials’ elastic properties, but
they have been shown to be slightly increased as described in the previous section.

If Eq. (1) is used to obtain a comparative SIF with the specimens width
(6.4 mm) and the average FQ (2160.78N) a single KIC of 25.425 MPa √m is
obtained. It is important to recall the need of plane strain conditions to assure that
the specimens fracture toughness be considered a property of the material tested. In
this case there is no way to comply with this condition as the specimen is made of
thin laminae of two different materials.

Fig. 9 Load-displacement
plots of quasi-static tests

Table 4 Results of static
fracture toughness tests

Specimen Fmax (N) FQ (N) KeC (√m)

1 1910.2 1910.2 4.0373E−04

2 2137.8 2063 4.3603E−04

3 2193.7 2193.7 4.6365E−04

4 2602.7 2370 5.0091E−04

5 2486.9 2267 4.7914E−04

Strain fracture toughness
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Dynamic Fracture Toughness Procedure and Results

Four specimens were examined in Hopkinson bars in three-point-bending (3 PB)
configuration. The schematic of the experimental device is shown in Fig. 10. The
pressure bars (1800 mm) and the striker bar (156 mm) are made of 19.05 mm
diameter high strength steel (Maraging C300, E = 190e9 Pa, m = 0.29,
q = 8000 kg/m3). The specimens were placed between the bars and rapidly loaded
in dynamic regimen at the same locations as in the static tests. A strain gage is
carefully cemented close to the notch tip of each specimen, 1 mm up and 1 mm to
the left to the slit tip. The strain gages signals were conditioned, visualized and
stored into an oscilloscope, recorded at a sampling rate of 1 ls. Recent work [7, 11]
shows that the use of the incident bar tip speed in the FEM yields less scatter than
the bar tip force, in the results obtained by this methodology. This speed is cal-
culated as:

V1 ¼ C0 �ei þ erð Þ ð20Þ

C0 is the elastic wave speed of the bars (4873.4 m/s), and ei and er are the
experimental incident and reflected pulses on the incident bar. The FEM of
Section “Stiffness Model” has been complemented to extract the evolution of Ke
during the dynamic tests. Standard contacts have been declared in the bars tips
locations using their profile lines.

V1, is then applied to a pilot node directing the incident bar tip profile line. The
transmitter bars are modeled as links elements with the cross-section of the bar and
the same tip lines, as shown in Fig. 11. Each experiment was simulated in transient
analysis during 100 ls. The analyses of these simulations showed loss of contact
with the three bars, in a very similar manner as reported in background studies [7,
11]. Ke was obtained with the progression of nodal strain eI at r = 1.5415e−4 m, the
same location as in Section “Stiffness Model”, and the values of eI are also prac-
tically the same for both materials. The velocity V1 and the evolution of Ke for each

Fig. 10 a Experimental device for dynamic tests. b Specimen with strain gage
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experiment are presented in Fig. 12a, b respectively. The strain fracture toughness
is the value of Ke at the instant of specimens’ strain gage signal drop
(time-to-fracture).

The projectiles speed, time to fracture and strain fracture toughness (KeD) of the
dynamic tests are presented in Table 5. The average KeD is 4.619 � 10−4 √m. This
is a very similar value to the one obtained in quasi static tests, so there seems to be
no influence of the load rate on the fracture toughness evaluated in this laminate.
The corresponding SIF for each material can also be obtained with the corre-
sponding values of Ce. However, it is important to consider that this coefficients
may be load-rate dependent as they are function of each materials elastic properties.

Fig. 11 FEM for dynamic fracture toughness tests

Fig. 12 a Incident bar tip speeds. (b) Evolution of Ke
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Conclusions

This document investigates the fracture behavior of a woven-aluminum FML by a
twofold approach. A stiffness model and the concept of strain intensity factor.

This proposal remains in the LEFM domain and is useful if precise behavior and
interactions among laminae (shear forces, delamination, interlaminate cracks) are
not needed. The values reported are considered high because of a number of
remarks: plane stress conditions have been assumed; the adhesion interlaminates is
considered perfectly rigid and ideal constitutive coefficients have been used.

In the other hand, Ke is defined to be translated to KI for each material of the
Laminate, and it is not an equivalence of the concept of KI to formally describe
strain fields around the crack tip.

Finite Element Analyses have been used to verify this approach. Being the
stiffness model the reference, the adhesion among laminas, modeled as nodal rigid
coupling is a conservative assumption. This condition is observed to cause a
redistribution of the load, transferring about 9% of the total force from the alu-
minum to the woven. This redistribution causes a SIF variation of −13% for the
metal and +24% for the composite.

Experimental activities were carried out to obtain the fracture toughness as the
critical value of Ke. The quasi-static tests show an average of 4.567 � 10−4 √m. For
the dynamic tests, the average value of KeD is 4.619 � 10−4 √m, so there seems to
be no difference between the static and dynamic fracture toughness for this FML.

The methodology to obtain fracture toughness in SENB specimens remains the
same as for typical monolithic materials. The stiffness approach provides a
straightforward estimation of the load distribution and SIF for each material. The
Strain Intensity Factor proposed is useful as a single indicator of the fracture
toughness of the FMLs examined for static and dynamic regimes and can be
associated to the SIF of each constitutive material. Accordingly, the activities
described in this document provide a useful proposal to perform baseline mea-
surements of fracture toughness for FML.

Table 5 Results of dynamic fracture toughness tests

Specimen Projectile speed (m/s) Time to fracture (ls) KeD
6 16.86 44 4.0800 � 10−4

7 16.63 45 4.7530 � 10−4

8 17.23 51 5.0516 � 10−4

9 15.45 48 4.5925 � 10−4
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Uncertainty Quantification of Fatigue Life
Prediction in Welded Structures Using
Microstructure-Based Simulations

Takayuki Shiraiwa, Fabien Briffod and Manabu Enoki

Introduction

Fatigue performances of welded structures are affected by many factors such as
loading, materials properties, microstructures, geometry and boundary conditions.
Under such background, various numerical simulation techniques related to fatigue
in the welded joints have been proposed. The phase field method is one of the
promising methods to predict the complex microstructure, and the crystal plasticity
model which accounts for the physical deformation mechanisms such as crystal-
lographic slip and twinning have been received considerable attention in recent
years. The prediction of the fatigue crack initiation life based on the microstructure
and crystal plasticity have been conducted actively. The extended finite element
method (X-FEM) is a powerful and widely used tool to predict the fatigue crack
propagation. However, most of these studies have not explicitly taken account of
the uncertainty such as data uncertainty, model uncertainty and error. It is essential
to systematically account for these sources of uncertainties in order to ensure the
scattering in fatigue life of welded structures. The objective of this study is to
develop an extensible framework for uncertainty quantification of fatigue life pre-
diction in welded structures by integrating aforementioned computational tech-
niques. The computing system that automatically executes a series of these
calculations has been constructed. As an example, a fatigue problem in widely used
butt joint with low carbon steel (0.15% C) was assessed by the proposed method.

T. Shiraiwa (&) � F. Briffod � M. Enoki
Department of Materials Engineering, The University of Tokyo,
Tokyo 113–8656, Japan
e-mail: shiraiwa@rme.mm.t.u-tokyo.ac.jp

© Springer International Publishing AG 2018
R. R. Ambriz et al. (eds.), Proceedings of the 17th International Conference on New
Trends in Fatigue and Fracture, https://doi.org/10.1007/978-3-319-70365-7_38

329



Analytical Methods

Overview of proposed method for predicting fatigue life of welded joints is shown
in Fig. 1. In the first part of the proposed method, various material properties were
calculated from chemical composition, using commercial software JMatPro v9.0.
The continuous cooling transformation (CCT) diagram, density, specific heat,
thermal conductivity, Young’s modulus, Poisson’s ratio, coefficient of thermal
expansion, yield stress, and hardening slope were derived from the chemical
composition shown in Table 1. The second step is a welding simulation to analyze
the residual stress and the microstructure distribution. A two-dimensional finite
element model was created by Abaqus CAE 6.14 based on the shape parameters
such as plate thickness and the toe radius. The heat input distribution was defined
by the Goldak’s double-ellipsoidal heat source model [1]. The heat source traveled
along the center line of the plate at a speed of 1 mm/s. The total amount of the heat
input was defined by 1.5 kJ/mm. After the single-pass welding is completed, the
butt joint was allowed to cool down to room temperature. In the phase transfor-
mation analysis, diffusion type and martensitic type phase transformations were
predicted by Kolomogorov-Johnson-Mehl-Avrami (KJMA) model [2] and
Koistinen-Marburger (KM) model [3], respectively. The distribution of Vickers
hardness was also derived from the chemical composition and the cooling rate at
700 °C (Vr) according to the following empirical equations [4]. The austenite grain
size was also calculated by the incremental equation proposed by Leblond and
Devaux [5]. After the heat transfer analysis coupled with the phase transformation,
thermal-elastic-plastic analysis was performed to calculate the residual stress based

Fig. 1 Overview of proposed method for predicting fatigue life of welded joints
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on the temperature distribution and phase transformation histories calculated by the
heat transfer analysis. The third step is the macroscopic stress analysis. The input
data of this step were hardness distribution, residual stress distribution obtained
from the previous step, and loading condition. Based on the hardness distribution,
the finite element model used in the previous step was divided into 10 regions, and
different stress-strain curves were given to each region. The stress-strain curves
were calculated by rule of mixtures. Before loading, all components of residual
stress were introduced into the model. The model was subjected to 10 cyclic
loadings with a stress ratio R = −1 and seven different stress amplitudes: 100, 150,
200, 300, 400, 500, and 600 MPa.

The forth step is analysis ofmesoscopic stressfield and crack initiation using crystal
plasticity finite element method (CP-FEM). The geometry of the model was cut out
from the region around the highest stress location in the macroscopic model. This
region was assumed to be martensite single phase because the volume fraction of
martensite was predicted to be approximately 100% in the second step. The average
grain size of prior austenite was determined by referring to the grain size distribution
calculated in the second step. The synthetic grain morphology was generated by a
tessellation technique described in the previous paper [6]. In order to simulate the
elastic-plastic deformation behavior of the microstructural model, the phenomeno-
logical constitutive law proposed by Hutchinson [7] was used within the Düsseldorf
advanced material simulation kit (DAMASK) [8]. A non-linear kinematic hardening
is alsomodeled byArmstrong–Frederick hardening law [9]. The elastic constant and a
part of the crystal plasticity parameters were taken from the literature [6, 10]. The
boundary condition of this simulation was defined by the displacement field of
the macroscopic model. The crack initiation analysis was carried out based on the
Tanaka-Mura model [11] which considers the irreversible energy accumulated over
the slip band. The number of cycles for crack initiation, Ni, is calculated by

Ni ¼ 8GWs

p 1� mð Þd Dsa � 2sac
� �2 ð1Þ

where G is the shear modulus, Ws is the fracture surface energy per unit area, m is
the Poisson’s ratio and d is the length of the slip band. The fracture surface energy
was defined as Ws = 2.0 kJ/m2 according to Hoshide and Kusuura [12]. The value
of Ni was evaluated by averaging over the potential crack path defined parallel to
the slip line. This analysis procedure follows the previous study [6]. Additionally,
seven different microstructural models were randomly created using the same
procedure and the same average grain size in order to evaluate the scattering in the
crack initiation life.

Table 1 Chemical composition of 0.15C steel (mass%)

C Si Mn P S Mo Al N O

0.15C steel 0.151 0.013 1.53 0.007 0.0020 0.193 0.028 0.0021 0.0021
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The last step is the fatigue crack propagation analysis using X-FEM. The
position and length of the initial crack obtained in the previous step was introduced
into the macroscopic model. The crack growth rate was calculated from Paris’ law.
The stress intensity factor was computed by the virtual crack closure technique [13]
within Abaqus. The constants were defined as C = 2.7 � 10−11 m/cycle and
m = 2.75 according to the fatigue design recommendation for welded steel struc-
tures [14]. The system that automatically executes a series of calculations from the
first step to fifth step has been constructed by python scripts.

Results and Discussion

A cumulative plastic shear strain in each slip system when the applied stress range
was 300 MPa is illustrated in Fig. 2. Overall, the cumulative shear plastic strain
showed a high value in the vicinity of the weld toe. As shown in the figure, the
plastic strain exhibited quite heterogeneous distribution due to the difference of the
crystal orientation. The value of Ni was evaluated by Eq. (1) for all slip planes and
slip directions of each grain, and the crack is assumed to initiate at the slip system
having the minimum Ni. In many cases, the crack initiation occurred from the
surface near the weld toe. A series of simulations were conducted for a total of 49
times with a combination of seven stress levels and seven different microstructural
models. All the results are plotted in Fig. 3. The open circle symbols are the crack
initiation, and the closed symbols are the total number of cycles to failure. The
fatigue design curves of the class C recommended by Japanese Society of Steel
Construction (JSSC) [14] are also shown in the figure. The class C is classification
of the butt joint with finished weld toe. The squared symbols are experimental

Fig. 2 Example of cumulative plastic shear strain in each slip system (Dr = 300 MPa)

332 T. Shiraiwa et al.



results in the JSSC recommendation book [14]. Compared to the experimental
results, the simulation provided the prediction of longer life than experimental
results. This is because the current simulation assumed the completely smooth weld
toe, while there is a complex shape or defects inducing stress concentration in
the actual situation. As a result, the simulation predicted the fatigue life on the
non-conservative side. In a different perspective, the scattering of the fatigue life
increased with decreasing the stress level. Under the high stress range, the effect of
the microstructure is relatively small because the most of the lifetime is spent on
crack propagation. On the other hand, large scattering appeared in high cycle
region. The proportion of Ni occupying Nf (number of cycles to failure) increased
with the fatigue life. This indicated that the scattering in fatigue life is mainly due to
the crack initiation. Similar trends were observed in the experiments of fillet welded
specimens [15]. Thus, the possibility of evaluating the scattering of fatigue life
using the proposed framework was demonstrated.

Conclusions

In this work, an extensible framework for uncertainty quantification of fatigue life
prediction in welded structures was proposed and applied to the butt welding joint
with low carbon steels. The following conclusions were drawn.

1. The proposed framework to predict the fatigue life has been developed by
implementing the advanced computational techniques such as welding simula-
tion, CP-FEM and X-FEM.

Fig. 3 Predicted fatigue life and the fatigue design curve recommend by JSSC [14]
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2. The mesoscopic stress field was calculated by CP-FEM and the crack initiation
life was evaluated by the Tanaka-Mura model. The plastic shear strain exhibited
a heterogeneous distribution due to the crystal orientation. The crack initiation
was predicted at the vicinity of the weld toe.

3. Further improvement of this framework is expected by implementing uncer-
tainty quantification and propagation analysis.
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Prediction of Fatigue Life Induced
by Defects Considering Crack Initiation

Ryota Sakaguchi, Takayuki Shiraiwa and Manabu Enoki

Introduction

Fatigue is the principal cause of mechanical failure and defects such as inclusions
and void can be the origin of fatigue failure particularly in welding and casting
materials. It is not practically possible to always avoid the defects and it is
important to consider the effect of the defects on the fatigue properties. A large
number of experiments are required to obtain a statistically representative distri-
bution of the fatigue properties. Therefore the prediction of fatigue properties by
representing characteristic variations of defects with probability distribution func-
tions has been investigated [1]. In the case of the fatigue life, defects have been
considered as pre-existent crack and the crack propagation laws have been used to
predict the fatigue life in the conventional approach [2]. Most of the prediction
methods of fatigue life have not considered the life spent in crack initiation.
However, it is suggested that the crack initiation may consume considerable part of
the total fatigue life in high cycle fatigue even if the fatigue failure is induced by
defects [3].

The objective of this research is to improve the prediction of fatigue life arising
from the defects by considering the crack initiation. Two models were supposed
and only the life of crack propagation was predicted by Paris law in one model
while the life of crack initiation as well as propagation was predicted by Tanaka and
Mura model [4] in the other model. These models were applied to four types of
steels and compared with the experimental results in the literature [2, 5].
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Analytical Methods

Voids in ductile cast iron,MnS in Cr–Mo steel, Al2O3 in S35C andAl2O3 in quenched
S35C are supposed as defects in base materials. Only in cast iron and Cr–Mo steel, the
data of fatigue test and the size distribution of defects were obtained in the reference
[2, 5]. The probability distribution function of √area for voidswas generalized extreme
value distribution where the location, scale and shape parameter are 0.501, 0.181 and
0.334 mm. The probability distribution function of √area for MnS was lognormal
distributionwhere the average is 2.75 lmand the standard deviation is 0.387 lm.The
number of voids andMnSwas assumed 98 and 26. In the case of S35C and Al2O3, the
size and number of defects were supposed same as Cr–Mo steel and MnS.

Table 1 shows the parameter for finite element model (FEM), Tanaka and Mura
model and Paris law. Young’s modulus (E) and Poisson ratio (m) of cast iron, MnS
and Al2O3 were quoted from the literature [2, 6, 7] and the others were assumed.
Shear modulus (G) was calculated by E and m. The fatigue limit (rw) was calculated
as the half of the tensile strength. The tensile strength of ductile cast iron and
Cr–Mo steel was quoted from the literature [2, 5] and the others were assumed. The
constants m and C were quoted from the literature [2, 8, 9].

Initial defects model (model A) followed the algorithm in Fig. 1a. Murakami
et al. [10] proposed the formula for the stress intensity factor of defects by using
√area and this formula was translated into the following formula [11] by using
equivalent diameter which was the diameter of a circle having the equivalent area.

DKI ¼ QDr
ffiffiffiffiffiffiffiffiffi
paeq

p ð1Þ

where Q is 0.61 or 0.47 for surface or interior defects, Dr is the applied stress range
and aeq is the equivalent diameter. In this study, the stress intensity factor was
calculated by the Eq. (1). On the basis of Kitagawa diagram [12], the threshold size
of defects was given by

Table 1 Young’s modulus, Poisson ratio and parameters of Paris law

Young’s
modulus (GPa)

Poisson
ratio

Shear
modulus
(GPa)

Fatigue
limit (MPa)

m C

Ductile
cast iron

136 0.25 54.4 187 4.4 9.4 � 10−14

Cr–Mo
steel

205 0.28 80.8 839 3.32 4.79 � 10−12

S35C 200 0.3 76.9 225 2.75 1.5 � 10−11

Quenched
S35C

200 0.3 76.9 650 2.75 1.5 � 10−11

Void 0.001 0.3 – – – –

MnS 120 0.24 – – – –

Al2O3 372 0.232 – – – –
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a0 ¼ 1
p

DKth

QDrw

� �
ð2Þ

where DKth is the threshold stress intensity factor range. The life of the crack
propagation was predicted by the integrated Paris law, Eq. (3).

Np ¼ 1
C(QDr

ffiffiffi
p

p
)m

Zaf
aini

dx
(Y 0 ffiffiffi

a
p

)m
ð3Þ

where aini is the initial crack length, af is the fracture crack length and Y’ is the
shape factor [13]. It was assumed that aini is the size of defects, af is the size of the
specimen (W) and the life of crack propagation equaled the fatigue life. If a0 > amax

and DKmax > DKth, the life of crack propagation was predicted by Eq. (3) for
aini = a0 and af = W. If DKth > DKmax, it was assumed that fatigue fracture did not
occur.

Crack initiation model (model B) followed the algorithm in Fig. 1b. The crack
initiation life was predicted by the following formula,

Ni ¼ 8GWc

pð1� mÞd kt DrM � 2 rw
M

� �2 ð4Þ

where Wc is the fracture energy per unit area (Wc = 2 kJ/m2 [14]), d is the length of
the slip band, kt is the stress concentration factor and M is Taylor factor. On the
basis of Tanaka and Mura model, the formula was derived in reference to Chan’s
research [15]. The length of the slip band was assumed to equal the mean grain size
(50 lm). The Taylor factor was assumed 2.5. The stress concentration factor was

Fig. 1 a Calculation algorithm of model A, b Calculation algorithm of model B
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simulated by 2D FEM for the elastic response. The shape of defects was assumed as
ellipse and the approximate formula for the arbitrary angle and aspect ratio was
obtained by multiple regression analysis. The probability distribution function of
the aspect ratio was assumed as normal distribution. In the case of voids, the
average was assumed 0.5 because the casting voids are typically round. The
standard deviation was assumed 0.05. In the case of MnS, the average was assumed
0.3 to represent the elongated MnS in rolled steels. The standard deviation was
assumed 0.05. The probability distribution function of the angle was assigned
uniform distribution.

If amax > a0 and DKmax > DKth, the life of crack propagation was predicted by
Eq. (3) for aini = a0 + 50 lm and af = W under the assumption that the crack of
50 lm occurred. The fatigue life arising from each defect was calculated by adding
the life of crack initiation to that of crack propagation. The output of model B
equaled the minimum of them. In other cases, the fatigue life was predicted by the
same way as model A.

Results and Discussion

The results of the fatigue life prediction by model A were presented in Fig. 2a, b. In
the case of ductile cast iron including voids, the fatigue life predicted by model A
was within the range of the experimental scattering. In the case of Cr–Mo steel
including MnS, the fatigue life was not consistent with the experimental results
under high and low stress. In this regard, it is assumed that it is incorrect to consider
MnS as pre-existent crack. In the case of S35C and quenched S35C including
Al2O3, there is no experimental data and the predicted fatigue life arising from
Al2O3 was compared to the predicted fatigue life from the matrix. In the case of
S35C, the fatigue life from Al2O3 was more than the fatigue life from the matrix.
This means that defects in S35C does not influence on the fatigue failure. On the

Fig. 2 Fatigue life predicted by model A in a cast iron (void), b Cr–Mo steel (MnS)
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other hand, in the case of quenched S35C, the fatigue life arising from Al2O3 was
less than the fatigue life arising from the matrix. From these facts, it is indicated that
the defects in the high strength steel are likely to influence on the fatigue failure.

The results of the fatigue life prediction by model B were presented in Fig. 3a, b.
Compared with the fatigue life predicted by model A, the fatigue life predicted by
model B did not change in the case of ductile cast iron because the life of the crack
initiation was far less than that of the crack propagation due to the high stress
concentration factor in the range of loaded stress. In the case of Cr–Mo steel
including MnS, the fatigue life predicted by model B mostly showed a better
agreement with experimental results than the fatigue life predicted by model A. In
addition, the result that the origin of the fatigue failure was the surface defect in the
high stress range and the origin was the interior defect in the low stress range was
also obtained. In the high stress range, the origin was the surface defect whose
coefficient of the stress intensity factor applied to Paris law was higher than that of
the interior defect due to Q of Eq. (1). In the low stress range, the origin was the
interior defect whose stress concentration factor was stochastically higher than the
surface defect and the life of crack initiation arising from the interior defect is less
than that of the surface defect. In this model, the effect of the crack initiation
increases as the loaded stress range decreases and the change of the origin occurred.

Conclusions

(1) Model A which predicts the fatigue life arising from defects by Paris law and
model B which predicts the fatigue life by Tanaka-Mura model and Paris law
were proposed.

Fig. 3 Fatigue life predicted by model B in a cast iron (void), b Cr–Mo steel (MnS)
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(2) In the case of ductile cast iron including voids, there was little difference in the
fatigue life predicted by both models due to the high stress concentration factor
of voids.

(3) From the results of the predicted life arising from S35C and quenched S35C, it
was indicated that defects in the high strength steel were likely to influence on
the fatigue failure.

(4) In the case of Cr–Mo steel including MnS, the fatigue life predicted by model B
mostly showed a good agreement with experimental results. The result that the
origin of the fatigue failure was the surface defect in the high stress range and it
was the interior defect in the low stress range was also obtained.
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Peridynamic Modeling of Cracking
in Ceramic Matrix Composites

Yile Hu, Erdogan Madenci and Nam Phan

Introduction

In the design of Ceramic Matrix Composites (CMC), the ability to promote crack
growth only through the interphase and prevent fiber cracking is utmost important.
In the presence of a weak interphase (coating) between the fibers and matrix, matrix
cracks propagate through the dense matrix and are deflected around the fiber
through the interphase region. Deflection of matrix cracks at the interphase depends
on the relative strengths of the matrix, interphase and fiber and the bonding char-
acteristics between the constituent layers. By selecting optimized strength ratio
between matrix and interphase, it is possible to double the load carrying capacity of
a SiC/SiC CMC with BN interphase [1]. Under axisymmetric fiber/matrix model
loaded in tension, debonding or cracking at the interphase is expected to occur if the
fiber is stiffer than the matrix [2]. In many cases, it is observed that the debonds or
cracks in the interphase occur at some distance in front of a primary crack, and these
cracks arrest or retard the growth of the primary crack [3–6]. Cook et al. [7]
explained the mechanism of crack deflection as a result of the stress component
parallel to the crack plane. Braginsky and Przybyla [8] employed the extended finite
element method XFEM available in ABAQUS to study fiber/matrix crack deflec-
tion in SiC/SiC CMC with a BN fiber interphase. However, the model does not
allow for crack coalescence; it is a major limitation when multiple cracks attempt to
interact and coalesce. Therefore, this study focuses on simulating complex crack
propagation/deflection in CMC by using peridynamics.
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Peridynamics

As an alternative to the classical continuum mechanics, the peridynamic
(PD) theory introduced by Silling [9, 10] and later reviewed by Silling and Lehoucq
[11] converts the existing governing equations from their local form to a nonlocal
form by introducing an internal length parameter. This length parameter defines the
domain of interaction of a material point. The main difference between the PD
theory and classical continuum mechanics is that the former is formulated using
integral equations as opposed to the classical differential form of the governing
equations. This feature allows crack initiation and propagation at multiple sites
without requiring external crack growth criteria. In the PD analysis, the damage at a
material point can be introduced by removing the interactions between material
points. These removed interactions may align themselves along surfaces that form
cracks, but the equations of motion remain valid regardless. The direction and path
of crack growth emerges from the PD equations of motion and the constitutive
model. All of these features are predicted without the need of any special tech-
niques; crack growth in the PD theory is unguided.

As in any computational analysis, the choice of criteria for crack nucleation and
propagation in a structure strongly influences the predictions. The most commonly
used failure parameter in PD is the critical stretch. The stretch, which is analogous
to strain in classical continuum mechanics, is monitored between the PD material
points. When the stretch reaches its critical value, the interaction between these
material points is terminated. Silling and Askari [12] derived an analytical
expression for the critical stretch by equating the energy required to create a unit
fracture surface in PD to the critical energy release rate. The ability of PD to predict
failure initiation and propagation has been well established. The non-uniform PD
discretization can be generated using standard finite element mesh generation
software that enables the construction of computational models to represent specific
geometries.

Silling et al. [10] derived the ordinary state-based PD equilibrium equation in the
form

q xð Þ €u x; tð Þ ¼
Z
Hx

t u0 � u; x0 � x; tð Þ � t0 u� u0; x� x0; tð Þð Þ dVx0 þ b x; tð Þ ð1Þ

where the region Hx defines the range of interaction for material point x. Its extent
is specified by d; referred to as the “horizon.” The integrand in this equation does
not contain any spatial derivatives; thus, it is valid everywhere regardless of the
presence of discontinuities. However, this equation is not usually amenable for
analytical solutions. Therefore, its solution is constructed by using numerical
techniques for spatial and time integrations. The spatial integration is performed by
using a meshless collocation method due to its simplicity. The numerical integration
is performed by dividing the domain into a finite number of specific volumes
associated with the integration (material) points. Therefore, this equation can be
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rewritten in discretized form with NðiÞ representing the number of material points in
the family of material point xðiÞ as

qðiÞ€uðiÞ ¼
XNðiÞ

j¼1

tðiÞðjÞ uðjÞ � uðiÞ; xðjÞ � xðiÞ; t
� ��

� tðjÞðiÞ uðiÞ � uðjÞ; xðiÞ � xðjÞ; t
� ��

VðjÞ þ bðiÞ ð2Þ

where uðiÞ is the displacement vector and bðiÞ is the body load vector at the material

point xðiÞ. Each point occupies a finite volume, VðiÞ, and is located at its centroid.
The vector tðiÞðjÞ represents the force density that material point xðjÞ exerts on
material point xðiÞ, and tðjÞðiÞ represents the force density that material point xðiÞ
exerts on material point xðjÞ. The domains of interaction (family) of material points
xðiÞ and xðjÞ are denoted by HxðiÞ and HxðjÞ , respectively, as shown in Fig. 1. As
illustrated in this figure, the material point xðiÞ interacts with the material points in
its family HxðiÞ , and it is influenced by the collective deformation of all these
material points. Similarly, material point xðjÞ is influenced by deformation of the
material points in its own family, HxðjÞ . With respect to a Cartesian coordinate
system, the relative position vector between these points is defined as
nðiÞðjÞ ¼ xðjÞ � xðiÞ.

The PD family size is an important parameter. The size and shape of each family
can be different. Each material point xðiÞ has its own horizon size, dðiÞ, and its extent
is dictated by the nature of discretization. The horizon size dðiÞ is specified as
dðiÞ ¼ mDðiÞ with m being an integer, and with the characteristic length DðiÞ is
defined as

Fig. 1 Nonlocal interactions between material point xðiÞ and its family member xðjÞ
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DðiÞ ¼
ffiffiffiffiffiffiffiffiffiffiffiffi
VðiÞ=h

q
2-Dffiffiffiffiffiffiffi

VðiÞ3
p

3-D

8<
: ð3Þ

where h is the thickness of a two-dimensional model.
As shown in Fig. 2, the collection of material points encompassed by the

horizon of material point xðiÞ establishes the domain of interaction, HxðiÞ ; with an
arbitrary size and shape. If the centroid of a finite volume is included within the
horizon, it is included in the family of xðiÞ. As a result of the discretization, material
points xðiÞ and xðjÞ may or may not be part of their families as a paired interaction. It
can be resolved by deleting the material point xðiÞ from the interaction domain of
material point xðjÞ or vice versa.

As suggested by Madenci and Oterkus [13], the force density vectors, tðiÞðjÞ and
tðjÞðiÞ can be of the form

tðiÞðjÞ ¼ tðiÞðjÞ
yðjÞ � yðiÞ

yðjÞ � yðiÞ
��� ��� ð4aÞ

and

tðjÞðiÞ ¼ tðjÞðiÞ
yðjÞ � yðiÞ

yðjÞ � yðiÞ
��� ��� ð4bÞ

where the magnitudes of the vectors are defined as

tðiÞðjÞ ¼ 2
dðiÞ
nðiÞðjÞ

dðiÞahðiÞ þ bðiÞðjÞnðiÞðjÞsðiÞðjÞ
� � ð5aÞ

Fig. 2 Irregular domain of
interactions for material
points xðiÞ and xðjÞ
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and

tðjÞðiÞ ¼ �2
dðjÞ
nðiÞðjÞ

dðjÞahðjÞ þ bðjÞðiÞnðiÞðjÞsðiÞðjÞ
� � ð5bÞ

in which the stretch between material points xðiÞ and xðjÞ is defined as

sðiÞðjÞ ¼
yðjÞ � yðiÞ
��� ���� xðjÞ � xðiÞ

�� ��
xðjÞ � xðiÞ
�� �� ð6Þ

In this equation, ðxðjÞ � xðiÞÞ and ðyðjÞ � yðiÞÞ represent the relative position
vectors between material points xðiÞ and xðjÞ in the undeformed and deformed states,
respectively.

The parameter a is a material constant related to modulus K and shear modulus
G as

a ¼
1
2 K � 5

3G
� �

; with K ¼ E
3ð1�2vÞ for 3D,

1
2 K � 2Gð Þ; with K ¼ E

2ð1�vÞ for 2D plane stress,
1
2 K � 2Gð Þ; with K ¼ E

2ð1�2vÞð1þ vÞ for 2D plane strain,

8><
>: ð7Þ

where E and v are the Young’s modulus and Poisson’s ratio, respectively. In the 3D
case, modulus K represents the bulk modulus j. Through calibration against the
classical SED by considering a simple loading condition of isotropic expansion, the
two parameters, dðiÞ, and bðiÞðjÞ can be determined as

dðiÞ ¼ trðIÞ
dðiÞ
PNðiÞ

m¼1 VðmÞ
ð8aÞ

and

dðiÞbðiÞðjÞ þ dðjÞbðjÞðiÞ ¼ trðIÞ
nðiÞðjÞ

K
2
� a

� 	
dðiÞdðiÞ þ dðjÞdðjÞ
� � ð8bÞ

The final form of the PD equation of motion is stated as

qðiÞ€uðiÞ ¼ 2
XNðiÞ

j¼1

adðiÞdðiÞhðiÞ þ adðjÞdðjÞhðjÞ
þ nðiÞðjÞ dðiÞbðiÞðjÞ þ dðjÞbðjÞðiÞ

� �
sðiÞðjÞ


 �
VðjÞ
nðiÞðjÞ

yðjÞ � yðiÞ

yðjÞ � yðiÞ
��� ��� þ bðiÞ: ð9Þ
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In the derivation of this equation, the degree of interactions among the material
points is controlled by the non-dimensional influence function, wðiÞðjÞ as

wðiÞðjÞ ¼
dðiÞ

xðjÞ � xðiÞ
�� �� ¼ dðiÞ

nðiÞðjÞ
ð10Þ

When a failure criterion is satisfied, the PD interactions between the material
points are removed to describe damage initiation and growth [12]. An energy-based
failure criterion is used in this study, although other criteria can be used with this
approach. Associated with an interaction between two material points xðiÞ and xðjÞ,
the force component, fnðiÞðjÞ normal to a given crack surface can be expressed as

fnðiÞðjÞ ¼ tðiÞðjÞ � tðjÞðiÞ
� �

cos bðiÞðjÞVðjÞVðiÞ ð11Þ

where bðiÞðjÞ is the angle between the unit normal to a crack surface and the direction
of force density vector, as shown in Fig. 3. Similarly, the displacement component
unðiÞðjÞ normal to that crack surface can be evaluated as

unðiÞðjÞ ¼ sðiÞðjÞnðiÞðjÞ cos bðiÞðjÞ ð12Þ

Therefore, the strain energy arising from the opening deformation mode of a
crack surface can be expressed as

UnðiÞðjÞ ¼ 1
2
fnðiÞðjÞunðiÞðjÞ ¼ 1

2
tðiÞðjÞ � tðjÞðiÞ
� �

sðiÞðjÞnðiÞðjÞ cos2 bðiÞðjÞVðjÞVðiÞ ð13Þ

Fig. 3 Interactions across a potential crack surface
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The strain energy DU required to eliminate all interactions across a new crack
surface DA can be related to the mode-I critical energy release rate GIc as

GIc ¼ DU
DA

¼
Pi2Xþ

i¼1

Pj2X�
j¼1

1
2 tðiÞðjÞ � tðjÞðiÞ
� �

sðiÞðjÞ nðiÞðjÞ cos2 bðiÞðjÞVðjÞVðiÞ
DA

ð14Þ

The crack surface area DA can be determined from the discretized model as
illustrated in Fig. 3. The strain energy DU required to generate a crack surface DA
is a summation of the strain energy of the interactions between regions Xþ and X�.
Under an isotropic expansion s the critical total stretch sc can be obtained as

sc ¼
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi

2GIcDA

trðIÞK Pi2Xþ
i¼1

Pj2X�
j¼1 dðiÞdðiÞ þ dðjÞdðjÞ

� �
cos2 bðiÞðjÞVðjÞVðiÞ

� 
vuut ð15Þ

The critical stretch needs to be evaluated at different regions of the model
because it has dependence on the local mesh density.

Numerical Procedure

The solution of PD governing equations can be achieved by employing both
implicit and explicit algorithms. Under a quasi-static loading condition, the inertial
term on the left side of Eq. (2) is zero. Therefore, the PD equilibrium equation can
be expressed as

L uð Þþ b ¼ 0 ð16aÞ

where the internal force vector can be expressed in the form of

LðiÞ ¼
XN
j¼1

tðiÞðjÞ � tðjÞðiÞ
� �

VðjÞeðiÞðjÞ ð16bÞ

with

eðiÞðjÞ ¼
yðjÞ � yðiÞ

yðjÞ � yðiÞ
��� ��� ð16cÞ
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The tangent stiffness matrix is defined as

KT ¼ @L
@u

ð17Þ

For linear analysis, the incremental equilibrium equations can be expressed in a
recursive form,

Kn
TDu

nþ 1 ¼ Dbnþ 1 ð18Þ

where Kn
T ¼ KTðunÞ, Dunþ 1 ¼ unþ 1 � un; Dbnþ 1 ¼ bnþ 1 � bn, and

n ¼ 0; 1; 2; . . .. At each incremental step, the tangent stiffness matrix is obtained
from the previous known state un and is used to solve for the unknown state un+1 in
the next step. Imposing the boundary conditions reduces the size of the tangent
stiffness matrix Kn

T and renders it to be positive definite. Subsequently, the reduced
linear system is solved by a Generalized Minimal Residual (GMRES) algorithm.

When the removal of an interaction is detected as part of the implicit solution,
the analysis is switched to the explicit time integration, 4th-order Runge-Kutta
(RK) method. The equilibrium equation Eq. (2) is modified to reflect the removal of
an interaction by introducing a failure (status) parameter l as

q€unðiÞ ¼
XNðiÞ

j¼1

lðiÞðjÞ tnðiÞðjÞ � tnðjÞðiÞ
� 

VðjÞenðiÞðjÞ þ bnðiÞ ð19Þ

where unðiÞ ¼ uðxðiÞ; tnÞ and superscript n indicates the step number. If constant

velocity constraints are applied as boundary conditions, the reaction force density
FR can be expressed as

Fn
RðiÞ ¼ �

XNðiÞ

j¼1

lðiÞðjÞ tnðiÞðjÞ � tnðjÞðiÞ
� 

VðjÞenðiÞðjÞ ð20Þ

For the 4th Runge-Kutta method, the 2nd-order differential equation, Eq. (19) is
converted to a system of two 1st-order equations as

_unðiÞ ¼ vnðiÞ ð21aÞ

and

_vnðiÞ ¼ gn unðiÞ; u
n
ðjÞ; u

n
ðkÞ; . . .; x

n
ðiÞ; x

n
ðjÞ; x

n
ðkÞ; . . .; t

� 
ð21bÞ
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with

gn ¼ 1
q

XNðiÞ

j¼1

lðiÞðjÞ tnðiÞðjÞ � tnðjÞðiÞ
� 

VðjÞenðiÞðjÞ þ bnðiÞ

 !
ð21cÞ

where v is the velocity vector. The Runge-Kutta algorithm requires two initial
conditions on unðiÞ and vnðiÞ: the first is obtained from the implicit solution and the

second is obtained by the 2nd-order central difference formula

vnðiÞ ¼
unþ 1
ðiÞ � un�1

ðiÞ
2Dt

ð22Þ

where unþ 1
ðiÞ and un�1

ðiÞ are also computed by the implicit algorithm.

Numerical Results

The numerical results concern first the investigation of a matrix-interphase-fiber
microstructure, and second prediction of complex cracking path in densely dis-
tributed fibers in matrix. The computational model of a matrix-interphase-fiber
microstructure is shown in Fig. 4. The length of the model is L ¼ 40 lm, width of
the model is specified to W ¼ 40 lm, the thickness of the interphase is set to
h ¼ 1 lm. On the right edge of the model, an initial crack with length 2a ¼ 5 lm is
inserted. For this model, uniform discretization is suitable with in-plane grid
spacing set to Dx ¼ Dy ¼ 0:2lm. The material points along the axis of symmetry is
fixed in axial direction, but free to move in radial direction. Tensile displacement
constraints are applied to the material points on top and bottom edges. The ceramic
fiber, matrix and interphase are modeled individually with distinct material prop-
erties. The material properties of HiPerComp SiC-SiC CMCs are presented in
Table 1 [14]. It is known that the relative strength of the matrix and interphase has
the greatest influence on the crack propagation and interaction with the interphase
[8]. Hence, variation of fracture toughness is considered to investigate the main
mechanism of crack deflection for six different fracture toughness,
Gc ¼ 5; 10; 15; 20; 25 and 30 J/m2.

Figure 5 shows the PD displacement prediction before any damage occurs in the
structure. Due to the presence of an edge crack, discontinuity in the axial dis-
placement can be observed, as shown in Fig. 5a. Due to the presence of a weak
interphase between fiber and matrix, discontinuity in radial displacement can be
observed as well in Fig. 5b. Figure 6 shows the damage evolution in the CMC
composite under axial tension. Crack growth initiates from the tip of the primary
pre-crack as presented in Fig. 6a. Subsequently, a secondary crack emerges at the
interphase, in front of the crack tip of the primary crack, as illustrated in Fig. 6b.
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Due to the presence of a secondary crack, the primary crack is arrested and its
growth rate reduces, as shown in Fig. 6c. With the increase of loading, the sec-
ondary crack continues to propagate along the interphase (Fig. 6d). Various fracture
toughness values are considered to investigate the propensity of primary crack
deflection. The distance of the primary crack tip from the interphase versus the ratio
of the interphase to the matrix fracture toughness is given in Fig. 7. It is observed
that the primary crack is arrested further away from the interphase with the
reduction in the ratio of interphase to matrix fracture toughness.

The CMC model with multiple fibers distributed throughout the matrix is shown
in Fig. 8. The dimensions of the computational model are length L ¼ 584:797 lm,
width W ¼ 524:132 lm and thickness h ¼ 1:0 lm. An initial crack is inserted to
the top edge with initial length a ¼ 100 lm. The model is generated with an
irregular mesh using 64,825 material points. The horizon size is adaptive to the
local mesh density, d ið Þ ¼ 3DðiÞ and it results in 511,072 interactions. Tensile

Fig. 4 Cross section of ceramic matrix composite material

Table 1 Material properties of HiPerComp SiC/SiC CMCs

Fiber Matrix Interphase

Young’s modulus E ¼ 380 GPa E ¼ 360 GPa E ¼ 10 GPa

Poisson’s ratio v ¼ 0:185 v ¼ 0:185 v ¼ 0:05

Fracture toughness Gc ¼ 36 J/m2 Gc ¼ 36 J/m2 Gc ¼ 5 J/m2
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Fig. 6 Primary and secondary crack initiation and propagation in a matrix-interphase-fiber
microstructure (Deformation is exaggerated)

Fig. 7 Distance between the primary crack tip and the matrix-interphase interface for varying
ratio of interphase/matrix fracture toughness

Fig. 5 Displacement field prediction before any damage occurs
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displacement constraints are applied to the left and right edges in the horizontal
direction. Figure 9 shows that the initial crack propagates from the edge towards the
other side. Due to the weak interphase between matrix and fiber, the crack deflects
to the closest interphase from its crack tip and propagates along the interphase
regions. As the load increases, crack jumps to the nearby interphases; thus forming

Fig. 8 Computational model of CMC

Fig. 9 PD displacement and damage predictions (deformation is exaggerated)
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very complex damage patterns and highly arbitrary crack paths. These observation
are representative of the experimental observations, and verifies the capability of the
present PD approach.

Conclusions

This study presents a new nonuniform discretization capability in peridynamics to
investigate crack propagation in CMCs in the presence of a fairly dense matrix, and
with fine discretization of the interphase (coating) regions. Damage prediction is
based on the critical energy release rates. The PD model captures the effect of
relative strengths of the matrix, interphase and fiber on damage propagation path. In
the presence of a weak interphase between the fibers and matrix, it predicts the
propagation of cracks through the interphase regions very similar to the experi-
mental observations available in the literature.
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Evaluation of Stress Intensity Factors
(SIFs) Using Extended Finite Element
Method (XFEM)

Bojana Aleksić, Aleksandar Grbović, Abubakr Hemer,
Ljubica Milović and Vujadin Aleksić

Introduction

Finite element analysis is a numerical method that makes it possible to solve very
complex problems. This method uses physical discretization of domains, so that
complex spatial structures in the calculations are considered as discrete systems.
The development of engineering structures presupposes the existence of very
precise calculations, which provide optimum weight, load capacity and structural
safety. The idea of division of domains into a number of subdomains is very old,
but the intensive development of the method of finite elements is only foreboded in
the middle of the twentieth century.

The finite element is defined by its shape, number and position of the adjacent
nodes. Calculation by the finite element method begins with discretization con-
sisting of the selection of interpolation functions (element shape functions) as well
as the selection of refinement of the finite element mesh. Interpolation functions
(shape functions) approximately determine the true field of variables at any point
within an element, interpolating the values of the variables in the nodes of that
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element. By solving formed differential equations for the finite element mesh, the
required magnitudes are calculated (displacement, strain, internal forces, stress) [1].

The finite element method is very often used to calculate the structures with the
cracks-pre-cracked structures.

In addition to the classical finite elements, there is an extended Finite Element
Method (XFEM) that will be discussed in this paper. The basic characteristic of
XFEM is that it allows the modeling of a discontinuous physical field indepen-
dently of the generated network of finite elements. Unlike the classic finite element
method, where the cracks growth process requires the successive generation of a
network to be able to monitor the increasing geometric discontinuity, the XFEM
does not require a comfortable mapping between the network and the discontinuity
geometry.

In this paper, a simulation of the central-crack propagation was conducted using
the example of a finite-dimension plate, and a comparative overview of the results
obtained using Abaqus and the FRANC2D/L software presented.

3D Simulation of the Central-Crack Propagation
on the Finite-Dimension Plate

It is a plate of constant thickness (t = 25.4 mm) and slightly larger dimensions
(508 � 254 mm), but with a central initial crack 254 mm long (Fig. 1). The model
of the central-crack plate is defined in the CATIA v5 [2] software, from where it
was exported to Abaqus. The initial crack in CATIA v5 is defined as a surface
without thickness, while Abaqus defines the characteristics of the material

Fig. 1 Dimensions of the plate with central crack, used for 3D simulation of propagation
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(steel with Young’s modulus of elasticity 206,800 MPa and Poisson’s coefficient
0.3), uniform tensile stress (value 6.89 kPa) on the upper and lower surface of the
plate and the corresponding boundary conditions (Fig. 2).

In Abaqus, two meshes of finite elements—mesh with hexahedra (Fig. 3) and
mesh with tetrahedra (Fig. 4) are defined to compare the results obtained for dif-
ferent types of elements. In Figs. 3 and 4 it can be seen that in the areas through
which the crack propagates a very “thick” mesh is generated, in order to increase
the accuracy of the values obtained by calculation using a larger number of nodes.
The Figs show the outlook of the meshes that gave the best results and that came
after several iterations through which the meshes were gradually improved. The
final mesh consisting of hexahedral elements had 128,190 elements, while the
tetrahedral mesh consisted of 917,880 elements.

Figures 5 and 6 show the values of von Mises stress around the crack on the
hexahedral mesh after the first step of the calculation (crack opening displacement).
The maximum value of the stress adjacent to the crack tip was 0.703 MPa, which is
quite a low value, but it should not be surprising since the applied tensile stress at
the ends of the plate was only 0.00689 MPa.

Such a low stress value was adopted to study the variation in the value of the
stress intensity factor in the case of low external stress, as well as to compare the
value of the stress intensity after the crack opening displacement with the value
given in the literature [3], which was also obtained by the extended finite element

Fig. 2 Loading of the 508 � 254 mm plate with central crack (Abaqus model)
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method, but in 2D analysis. Otherwise, the value of the KI intensity factor in the
case of the plate with central crack can be determined by the formula:

K teor:ð Þ
I ¼ r � f a

W
;
L
W

� �
� ffiffiffiffiffiffi

pa
p ð1Þ

where factor of correction f a
W ; LW
� �

is determined from the tables of the values that
also can be found in literature [4]. In this case a

W ¼ 254
508 ¼ 0:5; L

W ¼ 254
508 ¼ 0:5; then

Fig. 3 The finite-element mesh of the model of pre-cracked 508 � 254 mm plate (hexahedral
elements)

Fig. 4 Finite-element mesh of the model of pre-cracked 508 � 254 mm plate (tetrahedral
elements)
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f(0.5, 0.5) � 1.9, so that theoretical value of KI is: KI
(teor.) = 261.08

KPa mm0.5 = 0.26108 MPa mm0.5

The values of KI obtained from the 2D analysis ranged from 239.08 KPa mm0.5

to as much as 405.99 KPa mm0.5, and were obtained for different size of the

Fig. 5 Stress state (von Mises) of the plate after crack opening displacement (hexahedral
elements)

Fig. 6 Stress state (von Mises) of the plate after crack opening displacement (hexahedral elements
—magnified presentation)
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integration domain (relative to the length of the crack) and using different methods
(classical FEM and XFEM were used) [5]. The XFEM gave far better predictions,
since the average deviations from the theoretical value (for different sizes of the
integration domain) amounted to only 1%. The average value of KI, obtained after
the crack opening displacement on the 3D model with hexahedral elements (Figs. 5
and 6), was 288.3 KPa mm0.5, which is about 10% above the theoretical value and
the values from [3]. However, this is the mean value obtained based on 64 stress
intensity factors calculated at the same number of points on the front of the 3D
crack, while the theoretical value and the value from the 2D analysis using FEM
were calculated at only one point of the crack tip. As for the plate with tetrahedral
elements, a slightly lower value of KI (281.1 KPa mm0.5) was obtained.

Figures 7 and 8 show the values of von Mises stress around the crack on the
tetrahedral mesh after the first step. The maximum stress (1.032 MPa) is slightly
higher than that of the plate with hexahedral elements.

In the available literature, however, the values of the stress intensity factor
obtained by applying the XFEM to further crack propagation after the “opening” of
the initial damage 254 mm-long cannot be found. In the NASGRO base of standard
samples, there is an example of a plate with a crack in the middle, but the values of
the stress intensity factor obtained in the NASGRO v4 software cannot be used to
verify the solutions obtained using XFEM in Abaqus, because the NASGRO uses a
plate of infinite length for a calculation.

Plate dimensions significantly affect the accuracy of the results obtained using the
FEM so that, in order to verify the results, the values obtained for the 2D plate model
calculated in the FRANC2D/L software had to be used here. In Figs. 9 and 10, the

Fig. 7 Stress state (von Mises) of the plate after crack opening displacement (tetrahedral
elements)
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stress state of the plates with hexahedral and tetrahedral elements after 18 crack
propagation steps is shown, while Fig. 11 shows the appearance of the mesh of the
central-crack plate generated in the FRANC2D/L software.

The model in FRANC2D/L was loaded with the same tensile stress at the ends of
the plate as well as the model in Abaqus, and the same boundary conditions and

Fig. 8 Stress state (von Mises) of the plate after crack opening displacement (tetrahedral elements
—magnified presentation)

Fig. 9 Stress state (von Mises) of a plate after 18 steps of crack propagation (hexahedral
elements)
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material characteristics were applied (plate thickness is one of them), too. The final
appearance of the deformed mesh of elements in Fig. 12 confirmed that all the
crack-propagation parameters were well defined, since the mesh is very similar to
the deformed 3D meshes shown in Figs. 9 and 10. The crack shape shown in
Fig. 12 was obtained after a 20 propagation step (crack opening displacement +19

Fig. 10 Stress state (von Mises) of a plate after 18 steps of crack propagation (tetrahedral
elements)

Fig. 11 The appearance of the mesh of elements of the central-crack 508 � 254 mm plate in the
FRANC2D/L software
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propagations), so that the appearance of the plate is slightly different than in Figs. 9
and 10, because in the 3D simulations 18 steps of propagation of a maximum value
of 2.5 mm were carried out in both crack tips. The final crack length, therefore, was
339 mm for the 3D model, and 349 mm for the 2D. In both simulations (2D and
3D), the option for free crack propagation was used, that is, they were not “forced”
to move in the plane. However, in all three cases, cracks propagated exclusively in
the horizontal plane.

Table 1 gives the values of the stress intensity factor obtained by simulation of
crack propagation on the plate with hexahedral elements, while the values given in
Table 2 were obtained on the plate with tetrahedral elements.

What can be observed is that the differences between the minimum and
maximum values and the equivalent stress safety factor of Mode I are now sig-
nificantly lower than in the first case, which confirms the conclusion that the
shape and density of the mesh have a significant effect on the accuracy of the results
obtained using the extended finite element method.

In the model of the central-crack plate, it is easier to make a quality mesh of
elements since it has no hole that is the source of the stress concentration and
around which the mesh must be carefully generated to prevent the occurrence of
unrealistically high or low stress values.

The values in Table 1 show that on the mesh with hexahedrons the number of
the front points in which the values of Kekv and KI were calculated was constant
almost all the time and was 64 (in a few steps it was somewhat larger, 66 and 68),
and that calculated mean values of the equivalent stress intensity factor and
stress intensity factor of Mode I in all steps were almost identical. This shows

Fig. 12 The appearance of the deformed mesh of elements in the FRANC2D/L software after 20
steps of crack propagation
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that the values of the stress intensity factors of the Modes II and III were either
negligibly small or negative, that is, that these modes do not occur at all during the
crack propagation. And indeed, by inspecting the files in which Abaqus kept all
calculated values during the propagation step, enough arguments were found to
confirm the previous conclusion.

Through the analysis of the values presented in Table 2 (case of the plate with
tetrahedral elements) one can come to the same conclusion as in the case of the
plate with hexahedral elements: the difference between the mean values of the
equivalent stress intensity factor and the intensity factors of Mode I is almost
negligible in all steps, indicating the absence of Modes II and III during crack
propagation. Unlike the hexahedral plate, the number of the front points on the
tetrahedral plate steadily increased from step to step, from 254 points (as it was at
the beginning) to 339 points (as it was in the last propagation). It is assumed that
this is a consequence of the very shape of the tetrahedral element through which the
crack propagates, and here we can mention another fact that additionally clarifies
the great difference in the number of front points: the number of finite elements on

Table 1 The value of the equivalent stress intensity factor and stress intensity factor Mode I in the
case of the model with hexahedral elements

Hexahedral elements

The value of the
equivalent stress intensity
factor, Kekv (MPamm0.5)

Stress intensity factor
Mode I, KI (MPamm0.5)

Step Length of the
crack (mm)

Number of
front points

Max Min Mean
values

Max Min Mean
values

1 254 64 0.2926 0.2823 0.2884 0.2923 0.2822 0.2883

2 259 64 0.3015 0.2944 0.2981 0.3012 0.2942 0.2978

3 264 64 0.3076 0.3056 0.3069 0.3073 0.3055 0.3067

4 269 64 0.3177 0.3143 0.3159 0.3174 0.3142 0.3156

5 274 64 0.3265 0.3238 0.3252 0.3264 0.3236 0.3249

6 279 64 0.3364 0.3332 0.3346 0.3361 0.3332 0.3343

7 284 64 0.3471 0.3427 0.3448 0.3469 0.3427 0.3445

8 289 64 0.3562 0.3534 0.3657 0.3559 0.3533 0.3542

9 294 64 0.3684 0.3632 0.3755 0.3681 0.3631 0.3654

10 299 64 0.3769 0.3739 0.3879 0.3766 0.3735 0.3753

11 304 64 0.3915 0.3848 0.3879 0.3913 0.3847 0.3876

12 309 64 0.4000 0.3956 0.3982 0.3997 0.3952 0.3978

13 314 64 0.4151 0.4082 0.4114 0.4148 0.4080 0.4111

14 319 66 0.4241 0.4196 0.4224 0.4238 0.4194 0.4221

15 324 64 0.4390 0.4332 0.4363 0.4386 0.4330 0.4360

16 329 66 0.4499 0.4472 0.4482 0.4496 0.4469 0.4479

17 334 66 0.4661 0.4596 0.4629 0.4656 0.4594 0.4625

18 339 68 0.5121 0.5048 0.5087 0.5118 0.5046 0.5084
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the plate with tetrahedrons is significantly higher than the number of elements on
the hexahedral plate—917,880 versus 128,190, which is a ratio of 7:1.

The graph in Fig. 13 shows that the differences in the values of the equivalent
stress intensity factors obtained on the plates with these two types of elements are
almost negligible, although it is evident that the values obtained on the tetrahedral
plate are in all steps lower than those on the hexahedral plate. Taking into con-
sideration the results obtained in the FRANC2D/L software as well, it is possible to
draw a new diagram (Fig. 14) which shows that the values of the stress intensity
factor obtained by the 2D analysis are slightly lower than the values obtained using
the hexahedral and tetrahedral elements.

The value of the stress intensity factor of Mode I after the crack opening dis-
placement obtained in the FRANC2D/L software was 0.2715 MPamm0.5, which is
close to the theoretical value of 0.26108 MPamm0.5 obtained by formula (1).
During crack propagation in the FRANC2D/L software, the value of KI was con-
tinuously increasing and—unlike the plates with hexahedral and tetrahedral ele-
ments—in the 18th step there was no sudden jump of the value (Fig. 14). The jump

Table 2 The value of the equivalent stress intensity factor and stress intensity factor of Mode I in
the case of the model with tetrahedral elements

Tetrahedral elements

The value of the
equivalent stress intensity
factor, Kekv (MPa mm0.5)

Stress intensity factor
Mode I, KI (MPa mm0.5)

Step Length of the
crack (mm)

Number of
front points

Max Min Mean
values

Max Min Mean
values

1 254 190 0.2871 0.2711 0.2814 0.2870 0.2707 0.2811

2 259 208 0.2927 0.2844 0.2893 0.2925 0.2838 0.2890

3 264 222 0.3006 0.2946 0.2982 0.3008 0.2938 0.2980

4 269 226 0.3074 0.3045 0.3059 0.3087 0.3039 0.3056

5 274 217 0.3194 0.3110 0.3158 0.3193 0.3100 0.3155

6 279 212 0.3259 0.3215 0.3242 0.3259 0.3210 0.3240

7 284 227 0.3348 0.3291 0.3330 0.3342 0.3255 0.3324

8 289 208 0.3460 0.3382 0.3434 0.3456 0.3276 0.3420

9 294 216 0.3543 0.3500 0.3529 0.3544 0.3364 0.3515

10 299 212 0.3688 0.3596 0.3631 0.3640 0.3525 0.3602

11 304 212 0.3794 0.2701 0.3743 0.3753 0.3649 0.3721

12 309 199 0.3938 0.3814 0.3845 0.3871 0.3810 0.3831

13 314 203 0.4026 0.3934 0.3970 0.3982 0.3906 0.3955

14 319 184 0.4120 0.3960 0.4082 0.4126 0.3908 0.4069

15 324 155 0.4223 0.4136 0.4186 0.4216 0.4066 0.4167

16 329 152 0.4354 0.4246 0.4308 0.4351 0.4232 0.4301

17 334 126 0.4566 0.4453 0.4496 0.4547 0.4405 0.4476

18 339 107 0.5122 0.4951 0.5026 0.5110 0.4953 0.5025
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of the value of KI on the 3D plates is a consequence of the fact that the crack on
them has emerged from the area of high density of the mesh, which is another
contribution to the thesis that the quality of the mesh is crucial when the accu-
racy of the results of simulation is concerned.

Finally, Table 3 gives a comparative overview of the values of KI obtained in the
FRANC2D/L and Abaqus software on the plate with tetrahedrons, which gave more
accurate results than the hexahedron (which is the result of the much larger number

Fig. 13 Graph of variation of the values of equivalent stress intensity factor on the 3D plate with
central crack for various types of finite elements

Fig. 14 Graph of variation of the values of stress intensity factor of Mode I on the 3D plate with
central crack (hexahedral and tetrahedral elements, Abacus) and 2D plate (FRANC2D/L)
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of finite elements generated on the tetrahedral plate, too). As one can see in Table 3,
the differences in the KI values in steps are not large (from 1.04 to 5.29%), with the
exception of the last step (11.10%) already explained (cracks emerging from the
area of higher density of the elements). The values obtained definitely indicate that
3D simulation—if the generated mesh is a quality mesh—can also provide suffi-
ciently good values of the stress intensity factors, which can then be used in
determining the number of cycles that will lead to the crack propagation from the
initial length to its final size.

The estimation of the number of cycles can also be obtained within Abaqus
which, based on calculated values of Kekv per steps and introduced values of Paris
coefficient (n), Paris exponent (C) and stress ratio (R), calculates the number of
cycles using a modified Paris law on crack propagation, given by the equation.

da
dN

¼ C DKð Þn
1� Rð Þ Kc� Kmaxð Þ : ð2Þ

In the case of a central crack on the plate 508 � 254 mm, the value of the
exponent n = 2.26 and coefficient C = 7.526 � 10−11, respectively, corresponding

Table 3 Comparative overview of the values of stress intensity factor of Mode I for 3D plate with
tetrahedral elements (Abaqus) and 2D plate (FRANC2D/L)

Length of the crack
(mm)

FRANC2D/
L

Abaqus 3D, tetrahedral
elements

Difference
(%)

KI (MPa mm0.5)

254 0.2715 0.2811 3.54

259 0.2795 0.2890 3.41

264 0.2865 0.2980 4.01

269 0.2902 0.3056 5.29

274 0.3050 0.3155 3.45

279 0.3140 0.3240 3.19

284 0.3238 0.3324 2.65

289 0.3337 0.3420 2.50

294 0.3435 0.3515 2.32

299 0.3549 0.3602 1.50

304 0.3644 0.3721 2.10

309 0.3771 0.3831 1.60

314 0.3873 0.3955 2.12

319 0.4006 0.4069 1.58

324 0.4113 0.4167 1.32

329 0.4257 0.4301 1.04

334 0.4376 0.4476 2.30

339 0.4523 0.5025 11.10
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to the steel of HP-9-4-20 190-210 UTS grade were adopted; GTA Weld + SR from
NASGRO base. For the ratio of minimum and maximum stress, the value R = −1
was adopted.

The graph in Fig. 15 shows that an extremely large number of cycles (order of
magnitude 1 � 1011) is required to make the crack propagate from the initial length
of 254 to 259 mm, while for reaching the total length of 339 mm it is necessary to
have more than 1.2 * 1012 cycles. This result is not unexpected, because a very
low value of tensile stress (only 0.00689 MPa) was used in the calculation.

It is interesting to note that the NASGRO software for an identical model of
plate, only of infinite length, showed the message “crack does not propagate” when
attempting to make the crack to propagate, and as a result gave the number of cycles
equal to zero. This also confirms that the applied load is very low and that under
such a load the crack will propagate by a couple of millimeters only after a very
large number of cycles.

However, the actual value of the cycle number can only be obtained by fatigue
testing.

Fig. 15 Graph of variation of the crack length (hexahedral elements, Abaqus) with the number of
load cycles
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Conclusions

Over the years, many numerical techniques such as finite element method (FEM),
boundary element method (BEM), meshfree methods and extended finite element
method (XFEM) have been developed to simulate the fracture mechanics problems.
In XFEM, the conformal meshing is not required, hence, the modelling of moving
discontinuities or crack growth is performed with an ease.

Numerical calculation using XFEM, such as that presented in this paper, makes
it possible to study complex real problems, including a comprehensive parametric
analysis of all influential factors. Detailed three-dimensional elastic-plastic models,
which consider the corresponding properties of microstructural heterogeneity of
ductile materials, as well as various structural solutions of the seam geometry and
various forms of cracks, provide the possibility of—for instance—effective testing
of heterogeneity of the welded joint, the strain and stress state in critical areas,
singularity effects and the determination of the parameters of elasto-plastic
mechanics.

The main advantage of XFEM lies in possibility of SIFs values evaluation on
complex cracked geometry but—at the same time—XFEM results are mesh sen-
sitive and depend on the mesh density in the fracture process region. Mesh size
must be determined carefully to ensure the computational efficiency and accuracy;
therefore, experimental verification of FE model is still necessary, particularly when
geometry is result of completely innovative design.
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