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PREFACE

This bound volume contains the papers presented in the second international symposium
entitled “Fatigue of Materials: Advanced and Emergences in Understanding” held
during the 2012 Materials Science and Technology meeting at Pittsburgh, PA, USA
in October 2012. The five-session symposium was sponsored by the Mechanical
Behavior of Materials Committee of ASM International and the Minerals, Metals and
Materials Society (TMS). Itis essentially the sixth in a series of symposia on the subject
topic “Fatigue of Materials”. The first three symposia focused on “Deformation
and Fracture of Ordered Intermetallic Materials”. The first symposium was held in
Pittsburgh (PA, USA) in 1993; the second symposium was held in Rosemont (Illinois,
USA), in 1994, and the third symposiom was held in Cincinnati (Ohio, USA) in 1996.
The fourth symposium was in honor of Professor Paul C. Paris and focused on “High
Cycle Fatigue of Structural Materials” and held in Indianapolis (Indiana, USA) in
1997. The fifth symposium related to Advances and Emergences in Understanding
was held in Houston, Texas in October 2010

This symposium, the sixth in a series on the topic of “Fatigue of Materials”, was
well represented with abstracts from engineers, technologists and scientists from
academia, research laboratories and industries, located both within the USA and few
countries overseas. The forty plus abstracts that were approved for presentation at the
symposium were divided into five sessions:

(a) Session 1: Overview I

(by Session 2: Overview II

(¢) Session 3: Advanced Materials I
(dy Session4: Advanced Materials II
(e) Session 5: Other Materials

The abstracts chosen for presentation cover a broad spectram of topics that represent
the truly diverse nature of the subject that has grown both in strength and stature to
become a key arca of scientific and applied research. We have made every attempt to
bring together individuals who could in a positive way put forth the advances while
concurrently striving to enhance our prevailing understanding of the topic of Fatigue of
Materials. We extend our warmest thanks and appreciation to the authors and session
chairmen for their enthusiastic commitment and participation.

We also extend our most sincere thanks and appreciation to elected representatives that
serve on the Mechanical Behavior of Materials Committee of ASM Int. and TMS for
their understanding and acknowledgement of our interest, and approving our request to
organize this intellectually stimulating event, i.e., second international symposium. An
overdose of special thanks, gratitude and appreciation are reserved and extended to Ms.
Trudi Dunlap (Programming Manager at The Minerals, Metals and Materials Society



(TMS) for her sustained attention, assistance, interest, involvement and participation
stemming from understanding. This enabled in ensuring a timely execution of the
numerous infricacies related to smooth orchestration and layout of this symposium
from the moment immediately following its approval and up until compilation
and publication of this proceeding (bound volume). At moments of need, we the
symposium organizers have found her presence in TMS and participation to be a pillar
of support, courteous, understanding, professional and almost always enthusiastically
helpful and receptive. Timely thanks and assured appreciation is also extended to
Mr. Robert Demmlier (Graphic Designer, TMS) for his efforts and enthusiasm in
ensuring organization and compilation of the material in a cohesive and compelling
manner. The timely compilation and publication of this bound volume would not have
been possible without the cooperation of the authors and the conference/symposium
publishing staff at TMS (Warrendale, PA, USA).

We truly hope that this bound volume will provide engineers, scientist and
technologists with new perspectives and directions in their research endeavors towards
evaluating, understanding and improving the fatigue behavior of materials, spanning
the entire spectrum to include both engineering materials and engineered materials.

Dr. T. S. Srivatsan

Division of Materials Science and Engineering
Department of Mechanical Engineering

The University of Akron

Akron, Ohio 44325, USA

Phone: 330-972-6196

E-Mail: tsrivatsan@uakron.edu

Dr. M. Ashraf Imam

Naval Research Laboratory

Materials Science & Technology Division
Naval Research Laboratory

4555, Overlook Avenue, SW

Washington DC, 20375, USA

Phone: 202-767-2185

E-Mail: ashraf.imam@nrl.navy.mil

Dr. R. Srinivasan

Mechanical and Materials Engineering Department
Wright State University

3640 Col. Glenn Highway

Dayton, Ohio 45435 USA

Phone: 937-775-5093;

E-Mail: raghavan.srinivasan@wright.edu
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FUNDAMENTALS OF
FATIGUE CRACK INITIATION and PROPAGATION:
SOME THOUGHTS

C. S. Pande'
Materials Science and Technology Division
Naval Research Laboratory
4555 Overlook Avenue S.W.
Washington DC 20375-5343, U. S. A.

Abstract

The prediction of fatigue properties of structural materials is rightly recognized as one of
the most important engineering problem. Therefore a basic understanding of the
fundamental nature of fatigue crack initiation and growth in metals has long been a major
scientific challenge starting with the first dislocation model of fatigue crack growth of
Bilby et al. in 1963. For this purpose understanding the process of emission of
dislocations from cracks, and determining precise expressions for the size of the plastic
zone size, the crack-tip opening displacement and the energy release rate of the cracks are
some of the major technical challenges. In this short paper we comment briefly on some
of our important recent results obtained theoretically and by in-situ TEM studies and
discuss how they may contribute to the understanding of the phenomena

Keywords:  fatigue, metallic materials, dislocations, cracks shielding.

Introduction

The progressive failure of a material by the incipient growth of flaws under cyclically
varying stress is termed as fatigue and has over the years accounted for a vast majority of
in-service failures in structures and components in the domain of acrospace engineering
(airframe structures), in civil engineering (off-shore platforms, buildings. bridges). and in
mechanical engineering. Such a failure can be a consequence of pure mechanical loading,
aggressive environments (corrosion-fatigue) or elevated temperatures (creep-fatigue).
The fatigue failure process can be categorized into the following discrete, yet mutually
related and interactive, phenomena involving (i) cyclic plastic deformation prior to crack
initiation, (ii) initiation of one or more microscopic cracks, (iii) growth and eventual
coalescence of the microscopic cracks to form one or more macroscopic cracks, (iv)
subsequent growth or propagation of both the microscopic and macroscopic cracks, and
(v) final catastrophic failure [1].



Five fundamental questions need to answered in the study of the fatigue phenomenon are:
(i) how cracks are produced? (ii) Where do the dislocations come from? (iii) How do the
cracks interact with the dislocations, spanning both mobile and immobile? (iv) How
cracks are able to propagate at loads far less than that needed for fracture? and (v) What
is the effect and/or contribution of intrinsic microstructural features, such as: voids,
interfaces, grain boundaries, and second-phase particles? Once these questions have been
addressed, we will be in a position to use this knowledge to predict the fatigue behavior
in a variety of materials and structures.

Crack Nucleation:

Crack initiation is the formation process of fine microscopic cracks having less than
detectable length, say 0.001 inch or 0.025 mm. Over the years, research in the general
area of metal fatigue and cyclic deformation has led to several hypotheses for fatigue
crack initiation [2-15]. Most investigators generally agree that the fatigue cracks initiated
at or near singularities on or just below the surfaces of metals. Such singularitics may be
inclusions, embrittled grain boundaries, sharp scratches, pits and slip bands [16].
However, subsurface nucleation has also been observed in metals having a strong
adherent surface oxide, which retards crack initiation at the external surface [17-20]

It is now known that dislocations are convincingly involved both in the initiation and
propagation of cracks in metallic materials. Basinski and Basinski [21] found that cracks
could easily nucleate at the thin persistent slip bands (PSB’s) that are generated
immediately prior to fracture initiation. Mott [22] in 1958 suggested that vacancies are
generated immediately below the surface and gradually accumulate, progressively grow
under the influence of repeated loading and eventually coalesce to form fine microscopic
cracks immediately below the surface. Antonopoulos and co-workers [23] extended the
idea put forth by Mott [22] and proposed a model based on vacancy dipoles, which
develop in the persistent slip band. Essmann and co-workers [24] in their independent
study used similar ideas for the nucleation of fine microscopic cracks. However. it was
Neumann [25] who developed and put forth a model based on an activation of two
operating slip systems. Thus, it appears that the nucleation process of cracks is now
fairly well understood for a wide spectrum of metals and we will not comment on this
any further.

Dislocation Emission from Cracks

We have shown that once a crack has been nucleated or artificially produced, say by
incorporating a notch, it acts as a source of dislocations. Several researchers have over
the years in their experiments observed cracks that emitted dislocations at its tip. Ohr and
coworkers [26-28] made an observation of the distribution of dislocations in the plastic
zone during in situ tensile deformation of thin films obtained from the bulk in an electron
microscope. A somewhat surprising result was that a careful observation of the region
immediately ahead of the crack tip revealed this region to be free of dislocations. They
called this region as Dislocation Free Zone (DFZ). Park and coworkers [29] and
subsequently few others have made similar observations. Ding and coworkers [30]



showed that by in-situ straining of pure tin solder foils in a transmission electron
microscope the dislocations emanated from the blunted main crack tip and dislocation
free zone were formed between the crack tip and the emitted dislocations. Pande (C. S.
Pande, unpublished work) in his study obtained direct evidence of (i) dislocations being
emitted at the crack tip, (ii) internal stresses due to a crack, and (iii) dislocation free zone,
by straining a (111) oriented copper specimen (thinned from the bulk) using an in-situ
transmission electron microscope.

Crack-Dislocation Interaction(s)

The next step is to be in a position to put to effective use this knowledge with the prime
objective of predicting well-documented fatigue behavior. For an excellent summary of
the fatigue phenomenon to including experimental observations, models and related
theories reference is made to the material presented and discussed by Suresh [31].
Obviously, the first step towards both enabling and enriching our understanding of the
fatigue phenomenon at the microscopic level is the need for an investigation of crack-
dislocation interactions.

Most interesting work during the last few years has been development of discrete
modeling approach by Pippan and coworkers [32-35], Deshpande and co-workers [36],
and continuum modeling by Mastorakos and Zbib [37]. Hitherto, most of the documented
studies related to modeling of the fatigue phenomenon have been two-dimensional in
nature. However, Mastorakas and Zbib [37] used a three-dimensional analysis, which is
more appropriate and realistic to facilitate a better understanding of the fatigue
phenomenon. Several discrete dislocation simulations have been done in the past [32-52].
It has been found and documented that the threshold behavior can be related to the
discrete nature of plastic deformation. Several fractographic features, to include
abnormal striation spacing and zigzag propagation of the crack at low growth rates, can
also be convincingly explained.

Masumura, Pande and Chou [53] have examined the case of two arrays of discrete edge
dislocations in the presence of a semi-infinite crack for an elasto-static formulation for
isotropic materials utilizing complex variable functions, they developed the forces that
were required for equilibrium. Their analysis provided the following information: (i)
number of dislocations to be in equilibrium with the crack at a given load, and (ii) the
size of the dislocation free zone.

The resulting analysis also provided the following:

(i) A measure of the size of the plastic zone.

(ii)  An estimate of the critical threshold for further dislocation emission.

(iii)  The magnitude of dislocation shielding of the crack.
These results accord well with the results of dislocation analysis reported by Lin and
Thomson [54]. However, the method of Lin and Thomson cannot provide an expression
for the size of the dislocation free zone because they replace the array of dislocations in
front of the crack by two super dislocations.



In principle, the problem treated by Masumura and co-workers [53] can also be studied
using the approximation of continuously distributed dislocations (CDDs). A continuum
distribution of dislocations has been used in the past to study dislocation-crack
interactions based upon the mathematical methods of singular integral equations. Bilby,
Cottrell and Swinden (BCS) [55] modeled crack tip interaction using continuously

Distributed dislocations in lieu of a discrete number of dislocations. They were able to
obtain an equilibrium distribution of dislocations both at and immediately around the
crack tip (represented as a distribution of continuous dislocations). Their results were
similar to that obtained and provided by Dugdale [56]. The analysis of BCS
corresponded to the angle (6) being 0 and size of the dislocation free zone being zero.

There are several problems that use the BCS model for studying the fatigue phenomenon
and over the years various modifications have been suggested. A recent model using
continuously distributed dislocations (CDDs) was put forth by Du and co-workers [57].
They investigated the dislocation free zone model for a symmetrical Mode I crack. Both
the crack and two symmetrical plastic zones (inclined at angle 0 the crack plane) by
continuously distributed dislocations whose equilibrium position is considered by using a
set of singular integral equations. For 6 = 0 the model easily reduces to that put forth by
Chang and Ohr [58]. Although Chang and Ohr obtained closed form expressions for the
various parameters, the model cannot be safely used for studying Mode I since they took
the angle to be equal to zero. In contrast, Du and co-workers [57] consider the case of 6
> () but were not able to obtain any closed form solutions and were forced to resort to
numerical computations for obtaining meaningful results.

The results of Masumura and co-workers [53] should be compared with that of Lin and
Thomson [54]. The concept of a super dislocation was used by them to obtain a measure
of K, provided a realistic measure of the mean position (r,,) could be easily determined.
The super-dislocation is often used for classical dislocation pileups, but may not be a
good approximation for an inverted pileup of dislocations. Some of the results obtained
by Masumura and co-workers [53] are quite similar to those obtained by Lin and
Thomson [54], thus providing a convincing verification of their test results. However, it
should be noted that Masumura and co-workers [53] provide other information that is not
possible in their treatment and this refers to the size of the plastic zone as a function of
various loading conditions. They found a certain minimum value of £* to be necessary
for the emission of dislocations and its concurrent movement away from the crack. It is
as yet not clear if this value of £* can be associated with one of the two fatigue thresholds
[59]. For further details the interested reader is referred to the paper by C. S. Pande that
is contained in this volume.

Pippan and Weinhandl [60] pointed out that the simulation studies may open up many
unanswered questions. These include the following:
(a) The effects of environment.
(b) A more detailed analysis of the three-dimensional nature of the
crack.



(¢) The role of internal dislocation sources and the crack tip as a
source of dislocations.

(d) A transition from the blunting/re-sharpening crack propagation to a
cleavage dominated process.

Crack Propagation

Many factors influence the rate of growth or propagation of fatigue cracks in metals, their
alloy counterparts and composites based on metal matrices. During fatigue the driving
force for crack growth is less than the driving force required for the same crack to grow
under conditions of monotonic loading. A variety of theories have been proposed to
rationalize fatigue crack behavior in the Paris law regime. In some cases, e.g. [61, 62]. it
is presumed that the fatigue crack growth rate is proportional to the cyclic crack opening
displacement (COD) that implies a Paris exponent of two. The damage accumulation
models give rise to a Paris exponent of four [63, 64]. More recent continuum plasticity-
based models have been developed as detailed by Nguyen and coworkers [65] and
Tvergaard, and Hutchinson [66], which can lead to a wider range of behavior.

Two structural factors that tend to affect or influence the glide processes taking place
during crack growth are: (i) crystallographic orientation, and (ii) stacking fault energy.
The effects of crystallographic orientation have been studied for single crystals of
aluminum, and thus related to stacking fault energy with specific reference to
polycrystalline copper [67]. Since the early mechanism proposed by Mott [22] is believed
to contain the basic elements involved in crack initiation, a modification was made to
include the primary growth stage [67]. The mechanism of growth in the second stage
was strongly influenced by the normal stresses and the presence of substructure [68, 69].
Explanations dealing with the growth of crack along the sub-boundaries have associated
this tendency with preferred crackling within the sub-boundaries themselves.
Examination of thin films of aluminum in an electron microscope after cyclic loading
[70] have shown that the boundaries are not regular arrays of dislocations as in the case
of a simple tilt or simple twist boundary. but instead they consisted of complex tangles of
dislocations.

We now consider some more recent studies pertaining to the crack propagation
mechanisms. Jono and co-workers [71] observed growth behavior of the fatigue crack
and slip deformation both at and near the crack tip by using an atomic force microscope.
For a grain-orientated 3% silicon iron under conditions of constant amplitude loading,
they found that in the lower AK region there was only one preferential slip system of this
material in operation and the fatigue crack tended to grow along the slip plane.
Constraints in slip deformation due to cyclic strain hardening resulted in either crack
arrest or crack branching. However. in the high AK region two preferential slip systems
operated simultaneously to an almost identical extent and the fatigue crack tended to
grow in a direction perpendicular to the far-field load axis. The slip distance in one
complete load cycle was measured quantitatively using the image processing technique.
This observation is significant and points to an acceptable mode of fatigue crack
propagation. Thara and Tanaka [72] developed a mechanism for Mode 1 fatigue-crack
propagation, using an idea which involved the initiation and opening of the cleavage-



mode crack. Their approach used a stochastic damage-accumulation model for gradual
propagation of the fatigue crack. The calculated results for da/dN (crack growth rate per
cycle) appeared to agree with the experimental data.

Once a microcrack or a void is produced in front of the crack it can be shown
mathematically that the stress intensity needed for crack propagation is noticeably
reduced. The reduction in stress intensity is substantial when the microscopic crack or
void is close to the original crack (unpublished work by N. Louat and C. S. Pande).

In our opinion a detailed mechanism of crack propagation is one of the major challenge
in the study of fatigue. Below we provide some new speculative ideas on this topic that is
currently being in the process of development by others and us.

It is now well established that a maximum applied stress intensity factor, K., must
exceed a certain value Ky, before crack propagation is possible. Another aspect of the
problem is the reduction in fatigue crack growth and its eventual stoppage if DeltaK (the
difference between K. and K.,) falls below a threshold value. Thus, as clearly
documented by Vasudevan et al. [73] in their recent review of a large body of fatigue
data, there are two separate constraints or threshold conditions on fatigue growth. At high
Kmax» must be above some critical value and at low Kpax, Kmax must exceed some critical
value Ky, for a crack to propagate at a given rate. Both conditions must be satistied at all
times.

Experimental results determining these thresholds for various parameters such as
microstructure, load ratio R (R = Knin / Kmax, load history, overloading and
environmental is now available. Hence any model of fatigue must address these issues in
a quantitative fashion.

Our aim is to provide a quantitative description of these thresholds and to relate
them to various parameters mentioned above. The model for fatigue that we want to
propose is shown schematically below:

The micro crack of length ¢ is potentially moving to the right under the action of the
applied stresses. We first show that the crack cannot move until K., exceeds a certain
value. We also assume that during the fatigue process, a small micro crack of size a is
created in front of the macro crack at a distance delfa away. Both a and delta are
expected to be small. When the cracks move they eventually join together, thus
sharpening the macro crack tip for further advance by the repetition of this process. The
validity of this model needs to be considered in detail and should be checked
experimentally.

We first calculate, using this model the minimum threshold on Ky, for the macro
crack to move in absence of the micro crack and then calculate the effect of the
minicrack on this value.

For simplicity, we initially consider only Mode 1 loading and the macro crack for
mathematical purposes will be considered to be semi-infinite. Once the crack moves, the
micro crack joins the macro crack, sharpening it in the process.



Under dynamic conditions (i.e., crack moving), it can be shown that a relation
exists between the fracture energy, 7, and the stress intensity factor, K. The relation is

|
T=—BK", 1
- M
where B is a function of crack velocity v only and £ is Young’s modulus and X is related
to the crack length ¢ and the stress field, by the usual relation,

K ,
o, ~Kc ——, 2
= @)
where K, is a function of angle crack is moving, all of these parameters may be a function
of velocity. For small velocities, it can be shown that the function of K and B can be
resolved as a product of a velocity term and a static term (v = 0). Thus,

K = k()K'(c) 3)

and

B=(1-2). 4)
v

o

where v, is the maximum velocity ( = acoustic) and superscript “s™ denotes the static term
(v=0), i.e., independent of velocity. We also assume that 7 is independent of velocity.
Using equations (1), (3) and (4),

T —— (5)
dt (K“)
where v = (dc/dt) is crack velocity. Equation (5) shows that
v=0if Ky =ET (6)

i.e., no crack motion if K* < (£ T)*?. In this calculation, K* threshold is entirely dependent

on the material parameters £ and 7" and not much affected by microstructure, efc. This
will be modified somewhat in the presence of the micro crack.

Calculations show that in the presence of a micro crack K’ threshold will increase
from the value given by equation (6). A detailed calculation shows that the K* value can
more than double, making it easier for the crack to propagate.

The presence of the micro crack is then responsible for crack to propagate in
fatigue, which it would not do otherwise. The threshold value in the presence of the
micro crack is given by



K;; zK°|:M Eu(l_ Aﬁa):| (7)
A K-

A+a

where E, and K, are complete elliptic integrals of the first and second, respectively.
Similarly that a second threshold is necessary. This one is required to initiate a micro
crack that is used in the calculation discussed above. Needless to say these ideas need to
be developed further.

Both the applied K field and the intrinsic friction stress affect the dislocation
shielding. The interaction between these two parameters is inhomogeneous and non-
linear and such scaling becomes an important issue. The concept of a super dislocation is
useful to obtain a measure of Kp, provided that a realistic measure of the mean position
P can be determined. The use of an inverted pile-up may not be a good approximation to
these arrays where crack-dislocation interaction plays an important role.

We find that a certain minimum value of K* is necessary for dislocation emission and its
movement away from the crack. It is not yet clear if this value of K* can be associated
with one of the two fatigue thresholds.

Role of Surfaces

Recently, Pande Masumura and Chou (unpublished) considered the role of boundary
displacements of a dislocation in the process of propagation of fatigue cracks. It was
noticed during that investigations that information on boundary displacements produced
by defects such as dislocations seems to be extremely sparse. They present (1) some
supplementary remarks on the basis of the link between the harmonic functions and the
method of images, and (2) a set of explicit expressions for the displacement field of an
edge dislocation interaction with a boundary surface. They proceed by presenting a
simple proof for the link between the harmonic functions and image field. The proof
given by them seems simple, almost trivial, but it is new. It was not needed by early
workers of electrostatics since their main interest was in spherical harmonics. But for
defect fields in general, one needs a quantitative basis for the link in order to obtain stress
functions which are not always harmonic. Surfaces and interfaces modify the stress
fields of dislocations and their contributions should be caretully taken into account.

Concluding Remarks

Recently, the development and emergence of several analytical techniques has definitely
stimulated the possibility of arriving at a basic understanding of crack initiation
processes. It is truly hoped that further research along these lines coupled with theory
and simulations will soon lead to a much better understanding of the complex crack
initiation phenomenon and subsequent growth or propagation of the crack through the
microstructure.
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Abstract:

X-ray synchrotron tomography was used to investigate the fatigue corrosion behavior of A17075-
T651 alloys in a corrosive solution. Single edge- notch specimens machined along the L-T
orientation were used for corrosion-fatigue testing, under a load ratio of R = 0.1. The evolution
of reaction between the corrosive fluid and the metal was observed, as well as the formation of
hydrogen bubbles. The shape of these bubble also changed significantly during the fatigue cycle.
The fatigue crack growth rate was found to be significantly higher in the corrosive solution,
compared to crack growth in air, for stress intensity levels between 5 and 10 MPaVm.



Introduction

7075 aluminum alloys are used extensively due of their high strength to weight ratio [1-3].
However, these alloys are susceptible to corrosion and show a significant decrease in fatigue life
when exposed to a corrosive environment [4]. In the presence of a corrosive fluid, fatigne crack
growth rate increases significantly compared to crack growth rates in air [5, 6]. X-ray
tomography is an excellent technique for studying the deformation behavior of materials in three
dimensions (3D). It is non-destructive, which enables a time dependent (4D) understanding of
the material behavior [7]. X-ray tomography has been used to understand fatigue crack growth
behavior in Al-Mg-Si [8, 9], Al7075 [7, 10] and Mg alloy [11] in air. The in situ corrosion
fatigue behavior of 7075 aluminum alloys has not been studied by x-ray tomography.

In this study, we have used X-ray synchrotron tomography to study the fundamentals of
corrosion-fatigue in Exfoliation Corrosion (EXCO) solution. The reaction between corrosive
fluid and the aluminum alloy, shape of bubbles, and crack growth rate were studied.

Materials and Experimental Procedure

The material used in this study was a commercially available rolled 7075-T651 aluminum alloy
(Al-6Zn-3Mg—2Cu). Details of the microstructure of this alloy can be found elsewhere [12]. As
shown in Figure 1, single edge-notch specimens were machined (25 mm x 2.8 mm x 0.8 mm) by
electro discharge machining (EDM) such that the rolling axis (L-T orientation) was parallel to
the loading axis. Fatigne pre-cracking was performed ex sifu on a microforce testing system
(MTS Tytron 250) in tension-tension fatigue (4 Hz, R=0.1, ap = 1 mm, AK = § MPa\/m).
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Figure 1: Single edge notch specimen used for in situ experiments (dimensions are in mm).



The loading stage for in situ corrosion-fatigue experiments using X-ray synchrotron tomography
is shown in Figure 2(a). The load cell has a S00 N capacity, and the stepper motor has a Captive
Linear Actuator capable of 8 um displacement per step and 12 mm total stroke displacement.
Fatigue experiments were conducted in the Paris law regime at a frequency of 0.5 Hz and R-ratio
of 0.1. More details of loading stage can be found elsewhere [10]. Figure 2b shows the specimen
in a bath with the EXCO solution (4M NacCl, 0.5 M KNO; and 0.1 M HNOs). The specimen was
clamped at both ends inside the loading stage (Fig. 2a) for in sifu corrosion-fatigue experiments.
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Figure 2: In situ corrosion-fatigne setup (a) loading stage and (b) corrosion system inside the
loading stage.

X-ray microtomography measurements were carried out using the 2-BM beamline at the
Advanced Photon Source (APS) at Argonne National Laboratory. Tomography was conducted in
situ at various fatigue cycle increments, and at various points in the sinusoidal loading curve, for
a given cycle. The x-rays penetrated a sample volume of approximately | mm x 2.7 mm x 1 mm.
“Pink beam” was used for these experiments. While pink beam is polychromatic, the advantage
is that it uses high photon flux (1014 Photons/s/mm?) and low exposure time (100 ps), which
considerably reduces the scanning time. This study used a scan time of 60 seconds with pink
beam compared to 20 minute scans using a monochromatic beam in previous study [7]. Pink



beam was focused on the specimen and a LuAG:Ce scintillator screen was used to convert the
transmitted X-rays to visible light. This was coupled with an objective lens and a PCO Dimax
CMOS camera to achieve pixel sizes of 2.2 and 1.46 um (in two different sessions at APS). 2D
projections were collected at angular increment of 0.12°. These 2D projections were then
reconstructed in 3D using a filtered-back-projection algorithm. The grayscale images were
segmented using thresholding using image analysis software (Imagel, Bethesda, MD).

Results and Discussion

Figure 3 shows the comparison of fatigue crack growth rate (da/dN), versus stress intensity
factor range (AK) of Al7075-T651 in EXCO solution and in air. The pixel size in these
experiments was 2.2 um. The data for fatigue crack growth in air are from a previous study [7]. It
is evident that the crack growth rate is significantly higher in corrosive fluid than in air for stress
intensity levels between 5 MPavVm and 10 MPaVm.
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Figure 3: Comparison of fatigue crack growth rate in EXCO solution and in ambient air by in
situ X-ray tomography. FCG rate increases significantly in EXCO solution.

X-ray tomography 2D images of damage due to exfoliation corrosion are shown in Figure 4a and
4b. Exfoliation corrosion is usually inter-granular corrosion along the elongated grain boundaries
parallel to the rolling axis, as shown in Figure 4a. 7075 grain boundaries are more anodic
because they are enriched in Mg and depleted in Cu compared to the grain interior which makes
grain boundaries more susceptible to exfoliation corrosion [13]. These elongated grains are
subsequently forced apart (grain lift out) by the volume expansion of the corrosion products (Fig.
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4b), which allow corrosive fluid to penetrate deeper into the material. The corrosion product of
aluminum is formed according to the following reaction [14]:

Anode: Al= A"+ 3¢
Cathode: 3H" + 3¢’ =3/2 H,

Al + 3H20 = AI(OH)3 + Hz (g)

Figure 4: X-ray tomography 2D images showing (a) exfoliation corrosion parallel to rolling
direction and (b) exfoliating as a function of depth from the surface.

Figure 5 show the side view of 2D slices with and without EXCO solution (142 minutes after
addition of the solution). The pixel size in these experiments was 1.46 um. In Figure 5b, bubbles
and corrosive fluid inside the crack, and corrosion product surrounding the crack are visible
which were not present before addition of fluid (Fig. 5a). The EDM notch is in the left side of the
image. At this point, we hypothesize that these bubbles in Figure 5b are mostly hydrogen
bubbles produced during the reaction between corrosive fluid and Al alloys.
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Figure 5: Side view of X-ray tomography slices (a) without EXCO solution and (b) with EXCO
solution after 142 minutes showing hydrogen bubbles, corrosive fluid, and corrosion
products.

A part of crack (150 out of about 490 2D slices) and bubbles inside it were segmented using
thresholding in image analysis software (Imagel), Bethesda, MD). Since the crack consists of
bubbles and corrosive fluid, segmented bubbles were subtracted from the segmented crack to
obtain corrosive fluid. The 3D reconstruction of a 2D stack of segmented images was performed
using commercially available software (MIMICS, Ann Arbor, MI). Figure 6 shows the 3D
reconstruction of the crack, bubbles and corrosive fluid. The volume of bubbles inside the crack
was around 32% of the total crack volume.

Bubble 100 um

Corrosive Fluid

Figure 6: 3D reconstruction of crack (bubble + corrosive fluid) after 142 minutes in EXCO
solution.
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Corrosion products were also segmented using thresholding in ImageJ on a few slices (from the
part of crack) as shown in figure 7. The corrosion products growing away from the crack are

visible (also in Fig. 5b). The average height of the corrosion products from around 30 different
measurements on 2D slices was found to be 35 um.

(a) Top View

Notch

Corrosive Fluid Bubble

(b) Side View

Bubble

Corrosive Fluid Corrosion product 100 um

Figure 7. 3D reconstruction of (a) top view of the fatigue crack (bubble + fluid) and (b)

corrosion products from selected area of the segmented crack after 142 minutes of
addition of EXCO solution.

Load

Time

Figure 8: (a) 2D X-ray tomography images showing hydrogen bubble formation and change in
morphology of bubbles in one fatigue cycle (b) corresponding fatigue cycle.
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Figure 8 shows the changes in bubbles shape and formation of a new bubble during one fatigue
cycle. A bubble formed at position 3 in a fatigue cycle (it is not present at position 2). All
bubbles get squeezed as the crack closes during unloading at position 4.

Conclusions

In situ X-ray synchrotron tomography has been used to study corrosion-fatigue behavior in 7075-
T651 alloy. The following conclusions can be made from this study:

(1) In situ X-ray tomography is an excellent technique to study three dimensional corrosion-
fatigue behavior. The fatigne crack growth rate from 2D slices in corrosive fluid (EXCO
solution) was compared with the growth rate in ambient air. The fatigue crack growth rate
was found to be significantly higher in EXCO solution than in ambient air.

(2) In situ X-ray tomography also enables time dependent study (4D). Hydrogen bubbles form
due to reaction between Al alloys and corrosive fluid and their morphology inside the crack
changes with time.
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Abstract

Fatigue crack growth behavior of selected aluminum alloys under variable amplitude loading is
discussed in this study, based principally on experimental observations. The tests include single
overloads tests in different environments, block load tests and tests using an aircraft wing
loading spectrum. It is shown that conditions favoring a planar slip behavior lead to very high
delays as opposed to conditions leading to multiple slip behavior. The Aluminium Liithium alloy
studied here, has the best fatigue crack growth resistance in almost all test conditions studied
here as compared to other conventional alloys. Under the spectrum loading studied here, the
same alloy exhibits a change in micromechanism leading to a four fould acceleration of growth
rates. Acceptable life predictions can be made, by taking into account this crack acceleration
effect.
Introduction

Variable amplitude fatigue crack growth is a very important aspect, especially with respect to
aircraft fatigne. The first pioneering studies were carried out in the Royal aircraft laboratories at
Farnborough in the early 50s. One of the major accidents that led scientists to think of damage
tolerance is the notorious Comet aircraft crashes. The development of Fracture Mechanics
concepts and the introduction of Paris law and its derivatives gave a new impetus and gave rise
to new ideas. Recent advances in the field of crack measurements with high resolution
microscopy have led to suggestions that even the initial stages of small crack propagation can be
analyzed in terms of fracture mechanics.

This paper addresses variable amplitude crack growth behavior under different loading
conditions in aluminum alloys 2024 in the T351 condition, 7075 alloy in T351, T651 and T7351
conditions and the Aluminium Lithium alloy 8090 T651 .

Different kinds of variable amplitude considered are:

-Single overload tests

- Block load tests

- Tests under spectrum loading

The analysis of the results are done with an effort to highlight the intrinsic material behavior
based on tests carried out in vacuum. The effect of material behavior as defined by precipitate
coherency is discussed in terms of the results obtained in the 7075 alloy in the three heat
treatment conditions.
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Fractographic analyses are carried out to bring out salient aspects of micromechanisms,
especially in the Aluminium Lithium alloy.

Materials studied and salient experimental details

Nominal composition and mechanical properties are given in tables la and 1b.

Table 1a - Composition (in %wt.) of the studied alloys (Al remaining)

Alloy |Zn Mg Cu Cr Fe Si Mn Ti Li
2024 10.04 1.5 4.46 0.01 0.22 0.1 0.66 0.02 -
7075 |57 2.43 1.5 0.2 0.21 0.16 0.04 0.04 -
8090 |- 0.55 1.14 - 0.05 0.03 0.1 0.03 2.34

Table 1b - Nominal mechanical properties

Alloy E (GPa) YS (MPa) UTS (MPa) A(%)
2024 T351 73 300 500 16
7075 T351 70 458 583 10.6
7075 T651 71,1 527 590 1
7075 T7351 70.9 470 539 117
8090 T651 812 430 430 13

All the studied materials show a pancake shaped grain structure: the average grain size ( given in
the ourder L.,T and S directions) of the 2024 alloy is 190 x 60 x 70 pm. The grain size of the
7075 T351 alloy is 700 x 200 x 50 pm and that of the 7075 T7351 alloys is 600 x 190 x 40pm.
Similar microstructure is observed for the other two alloys.

The 2024 alloy is annealed and aged at room temperature. The 7075 alloy is studied under three
ageing conditions, RT ageing T351, peak-aged T651 and over-aged T7351 conditions. The
8090, Al Li alloy is studied in the peak aged condition.

The constant amplitude and variable amplitude tests described here were carried out using
Compact Tension (CT) specimens, 7Smm wide and 10mm or 12 thick

The constant amplitude and variable amplitude tests presented here were carried out in ambient
air and in vacuum (<10'3 Pa) and a N, environment containing traces water vapor. For overload
tests, two baseline load ratios, R, of 0.1 and 0.5 were studied. 100% overload tests were carried
out at a load ratio of 0.1 covering near threshold to mid AK values.The repeated overload tests
were carried out at a baseline loading at R = 0.1 and every 999 cycles an overload of 70% is
applied.

The transport aircraft wing spectrum studied consists of 1000 different flights and 22547 cycles
respectively. Compressive loads were not applied and the minimum ground load level was set to
about zero. The tests were conducted under computer control and the crack was monitored either
optically or by crack gages with a precision on the order of 0.01 mm.

Experimental details can be found in [1-5].
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Experimental results and analysis
Comparison between constant amplitude behavior and post overload delay

Figure 1 shows the constant amplitude behavior of the studied alloys in air. For the 7075 alloy
only the T7351 condition is shown.

10 ; 5
= 107 £ | —B—8090 Te51 3
% -6— 7075 T7351 ]
"E“' L -
= s 80— 2024 T351
o 107 F 3
= E
g 4
£ ]
% 10° 4
S & 3
[ 4 3
© /) ]
I ]
10" | ? =
? 3
! ]
10™ 0

AKR( MPa m™%)
Figure 1 Constant amplitude behavior at =0.1 in air
It can be seen here that the 8090 alloy has the best crack growth resistance throughout the AK
range studied. The threshold values and measured crack growth rates at a AK of 10 MPa m®? |
given in the following table illustrate the superior fatigue crack growth resistance of the Al Li

alloy [4]

Table 2 Threshold values and growth rate at a AK of 10 MPa m”’

Alloy 8090 T651 2024 T351 7075 T7351
AK Kth (MPam®’) [5.8 4.4 12

da/dN in m/cycle at | 2 107 1.810°% 107

AK =10 MPam"’

In the following figure we compare the evolution of delay with respect to baseline AK for these
three alloys.
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load ratio of 0.1

It can be seen here that, in the AK range studied, delay is systematically higher in the 8090 alloy
as compared to the conventional alloys, except for the lowest AK studied. Tt should be mentioned
that at the lowest AK;, , and only in the 2024 alloy, complete crack arrest was observed. The
crack was considered to be arrested after 2 million cycles.

At a AK of 10 MPa m", delay is about 10° cycles in the Aluminium Lithium alloy; while it is
only 3000 cycles in the 7075 T7351 alloy. In the 2024 alloy an intermediate delay of about
20000 cycles is observed.

It can be inferred from the above analysis that there is a good concordance between the constant
amplitude fatigue crack growth resistance under constant amplitude loading and the post
overload delay.

The effect material plastic behavior

The material plastic behavior in aluminum alloys depend upon precipitate coherency and the
ambient environment [6]. This aspect is illustrated based on results on the 7075 alloys. In this
alloy, the under aged T35 1condition is characterized by the presence of coherent precipitates.
Precipitate coherency decreases with ageing conditions. In the peak aged T651 condition semi-
coherent precipitates are found while in the over aged T7351 condition, precipitates are totally
non coherent with the matrix. As a consequence, planar slip behavior is expected in the T351
condition and multiple slip in the over aged condition while in the T651 condition a mixed slip
behavior is expected. Previous studies have shown that such effects are observed more readily in
vacuum, as in air the presence of active molecules (OH or H) could enhance multiple slip
activity.

The constant amplitude and post overload delay in the 7075 alloys studied in vacuum are shown
in figures 3 and 4.
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Figure 3 Constant amplitude behavior of the 7075 alloy in the three heat treatment conditions at a
load ratio of 0.1 in vacuum

It can be seen that the threshold value is the highest for the T351 condition followed by T651 and
the T7351 conditions.

In the studied AK range, the under aged condition has the best crack growth resistance . the
behaviors of the T651 and T7351 conditions become similar for AK values higher than
8 MPam()'s

It can be observed here that the delay in the T351 condition is the highest throughout the studied
AK range and the T7351 condition has the lowest delay. In the T651 condition, high delays
almost comparable with those in the under aged condition is observed at Low AK values, while
at higher base line AK levels, lower delays are observed after a transition. It can again be seen
that post overload delay is in agreement with constant amplitude behavior.
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Figure 4 Delay behavior in vacuum for the 7075 alloy in three heat treatment conditions at a base
line load ratio of 0.1

Repeated overload tests

These tests refer to block load tests consisting of 1000 base line load cycles at a load ratio of
0.1 followed by an overload of 170%. These tests average the accelerating effect of the
overload itself with the deceleration effect after the overload. Results are presented in the next
figure where the average growth rates are compared to the baseline AK for the 3 studied alloys .

It can be seen here that the 8090 alloy has the best crack growth resistance throughout the AK

range studied. The differences with respect to the other two alloys are the highest for AK about

14 MPa m®3 with crack growth rates in the 7075 alloy being almost 10 times as much as that in

the 8090 alloy. For the same AK, the crack growth rate in the 2024 alloy is about 6 times as that
in the 8090 alloy. In fact the 8090 alloy exhibits a near constant growth rate in the range 10<AK
<15 MPa m®®. At , high AK values the 8090 alloy has almost the same crack growth rate as the

2024 alloy.
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Figure 5 Crack growth behavior under repeated ol tests

Again we notice that there is a concordance between constant amplitude and variable amplitude

behavior.

Crack growth and spectrum load tests

The variable amplitude spectrum studied here, was developed by the French aircraft industries
in the 1980s and represents part of theoretical spectra used in experimental programs [] . It
consist of 1000 different flights of different severity. Fig [6] shows a typical flight.

Normalized Load

12 1 P "o "o "o

-
T
o

08 e g Rt RN
il M\‘ Hﬂwuu‘ “ “' I
MW"u“‘V“““‘H‘hh“;w\\h”““” Hn,.\w

Fr
0.6 HM\ W\L "H"‘]M full 1“‘““‘"‘ v‘\\f\‘ ‘rw i (« wwm‘\ ‘
u \”‘\

v e i

1t
il It

MHH\‘ \ \.\ ~ ”H‘\U

0.4
i

oe |11 TR

00 _. 150
Time (s)

Figure 6 Typical flight

33



Crack length evolution measured under this spectrum are shown in the next figure. One can see
here that under such conditions, the 2024 T351 alloy has the best crack growth resistance
followed by the 8090 alloy and the 7075 alloy.
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Figure 7 Crack length evolution versus number of flights for the three alloys

Table 3 Crack growth lives (crcak length range 24 to 42mm) measured for these tests

Alloy 8090 T651 2024 T351 7075 T7351

Life (flights) 89000 135000 43000

Discussion

It can be seen in this study, that there is a good concordance between constant and variable
amplitude crack growth resistance in the studied aluminum alloys, except for tests under
spectrum loading.

First of all let us discuss about crack growth mechanisms as inferred from fractography. In the
7075 or the 2024 alloy in the under aged T351 condition, planar slip is observed, typically for
tests in vacuum. These leads to the formation of large crystallographic facets on the fracture
surface, as shown the following photo, which shows an overload application point.
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Figure 8a Fracture appearance after an overload in the 7075 T351 alloy in vaccum : Crack
grows from left to right — The arrow shows the overload point

These facets can be identified to be along (111) planes [7,8].

In the case of multiple slip behavior, as fo rover aged alloys in vacuum and for most alloys
tested in air, a flat fracture surface is observed as shown in the following figure.

Figure 8b Fracture appearance after an overload in the 7075 T7351 alloy in air : Crack grows
from right to left — The arrow shows the overload point

In the case of the Aluminium Lithium alloy , crystallographic facets are observed for tests in air
as well and it is concomitant with high crack growth resistance under constant amplitude and
post over load behavior. The following figure shows a chaotic fracture surface appearance after

an overload in the 8090 alloy.
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Figure 9 Overload appearance in the 8090 alloy in air. The crack growing from left to right and
the arrow shows the overload point

Within these facets very small dimples can be found, according to a mechanism proposed in []

Figure 10a Micro dimples in factes Figure 10b striations under VA loading

In the case of the variable amplitude spectrum studied here, and for the 8090 alloy, a special
kind of striations are formed as seen in figure . The mechanism associated with the formation of
these striations has been discussed in [7,8]. It has been associated to a lo-hi type of interaction
between low load ratio Ground air ground cycles and high load ratio gust load cycles. It has
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also been shown that the formation of these striations in this alloy leads to a four fold crack
acceleration as compared to what could be expected from constant amplitude behavior. based
on these facts, life estimation can be made for the 8090 alloy under the spectrum loading using
the procedure shown below.

Considering this crack acceleration factor, a life estimation can be made under the VA
conditions studied here.
This estimation was made using the following relationship:

ai=ai-1+ Aa (1a)

Aa =da *IF (1b)

IF is the interaction factor = 3.6

dac = AAK™ 2)

where ai is the current crack length, ai-1 is the previous crack length.

Equation 1b represents accelerated crack growth, only for the high R ratio cycles ( not applied
for the Ground —Air-Ground cycles)

A and m represent the Paris 'law constants for the Al li alloy []

In table 4, different life estimations made are compared with the observed life.

Table 4 Comparison of life estimations with measure life

Life in no. of flights experimental Est1 Est2
89000 189000 94400

In the first estimation (est1), IF factor is considered to be 1 ( linear summation) and in the
second one (est2) IF was taken to be 3.6. The first estimation is largely conservative. It can
also be seen here that with the second estimation, the estimated life is very close to the
experimentally measured life, thus justifying the crack acceleration hypothesis [9]

Conclusions

The fatigue crack growth resistance of aluminum alloys depends upon the precipitate coherency
and the environment.

For most of the studied variable amplitude testing conditions here, the 8090 Al Li alloy has the
best crack growth resistance.

This advantages is not seen under the variable amplitude loadins spectrum studied here where
a load interaction effect leads to the formation of a new kind of striations.

Under such conditions, a crack acceleration is found.

Accurate life predictions can be made if this acceleration effect is taken into account.
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Abstract

Many fatigue test methods have been previously developed to rapidly evaluate fatigue behav-
ior. This increased test speed can come at some expense, since these methods may require
non-standard specimen geometry or increased facility and cquipment capability. One such
method, developed by George et al, involves a base-excited plate specimen driven into a high
frequency bending resonant mode. This resonant mode is of sufficient frequency (typically
1200 to 1700 Hertz) to accumulate 107 eyeles in a few hours. One of the main limitations
of this test method is that fatigue cracking is almost certainly guaranteed to be surface
initiated at regions of high stress. This brings into question the validity of the fatigue test
results, as compared to more traditional uniaxial, smooth-bar testing, since high stresses are
subjecting only a small volume to fatigue damage. This limitation also brings into question
the suitability of this method to screen developmental alloys, should their initiation life be
governed by subsurface flaws. However, if applicable, the rapid generation of fatigue data
using this method would facilitate faster design iterations, identifying more quickly, material
and manufacturing process deficiencies. The developmental alloy used in this study was a
powder metallurgy boron-modified Ti-6Al-4V, a new alloy currently being considered for gas
turbine engine fan blades. Plate specimens were subjected to fully reversed bending fatigue.
Results are compared with existing data from commercially available Ti-6Al-4V using both
vibration based and more traditional fatigue test methods.

Introduction

Fatigue testing, especially for developmental materials, is costly in terms of financial invest-
ment and time requirements. An ideal test method would produce accurate, representative
data at low cost, and in short order. Generally, data generated using servo-hydraulic test
machines is confined to uniaxial stress states, with stress ratios, R, greater than zero. These
machines operate on the order of 60 Hyz or less, with many hours, days, wecks, or even
months, required to fracture a single specimen, generating a single data point.

For the design of many gas turbine engine blades, uniaxial fatigue data at R>01s not a suf-
ficient design paramcter, as the predominant mode of failure is high cycle fatigue (HCF)[11]
caused by vibration. Typically, the fatigue loading is of a bending or multi-axial nature in
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a high order bending or torsional vibration mode[8], which cannot be casily simulated using
traditional servo-hydraulic test machines. In order to address this discrepancy, a vibration
based method was developed by a combined team of researchers from the Air Force Research
Laboratory (AFRL) and The Ohio State University (OSU)[8, 16, 9, 15, 7]. This method
utilizes an clectro-dynamic shaker that applies a base excitation to a cantilevered (fixed-free-
free-free boundary condition) square plate, driving it into a high frequency resonant mode
(Figure 1). This configuration is more representative of operational fixity and loading condi-
tions of turbine engine blades and can gencrate fatigue cycles more rapidly than traditional
servo-hydraulic load frames. This study also uses an accelerated test technique called the
step-test method[10], which further enhances the speed of data generation.

Modes 3 and 4 of a square cantilevered plate are two of the more common mode shape
families[4], and as a result, are often of great interest for turbine engine blade fatigue
testing[1]. This study focuses on mode 4, commonly referred to as two-stripe mode, for
its characteristic stripes of zero displacement, shown in Figure 2. Ag with displacement, at
resonance, there is a characteristic stress field. For this mode, the von Mises stress is shown
in Figure 2(b) which has a region of high stress located at the midpoint of the free edge,
commonly referred to as the “fatigue zone”.

Figure 1: Characteristic shape of mode 4 (1% chord-wise bend, or two-stripe mode) of a
square, cantilevered plate

_

(b)

Figure 2: FEM results for two-stripe mode (a) out-of-plane displacement and (b) von Mises
stress. Plate is fixed along lower edge.
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Subsurface fatigue crack initiation is unlikely since the fatigue zone is small and the high-
est stress oceurs on the specimen surface and diminishes through the thickness proportional
to the distance from the neutral planc. This is a drastic departure from the more common
axial fatigue testing procedure, where the fatigue zone, in some cases, can approach the
cubic centimeter range. This large volume and uniform stress state allows for subsurface,
life limiting flaws to initiate fatigue cracking, giving engineers a useful diagnostic tool to
refine material and manufacturing processes. This stark difference in specimen design and
test methods will be investigated to determine if fatigue cracks initiate in locations outside
of the fatigue zone in the presence of a life limiting flaw.

Material

Boron-modified titanium alloys can be synthesized by a varicty of conventional and non-
conventional techniques[12] to produce desired properties by controlling size, aspect ratio,
alignment, ete. of microstructural phases. More conventional ingot metallurgy techniques
generally produce large grain sizes and non-uniform distribution of particulates[18]. This
requires additional ingot breakdown and homogenization to obtain the desired microstructure
and mechanical properties. Powder metallurgy (P/M) techniques eliminate this need at
a significant cost savings. The powder used in this study followed a pre-alloyed powder
processing path prepared by induction skull melting and high pressure, inert gas atomization
to a nominal composition of Ti-6Al-4V+1DB (wt. %). The powder was collected in a cyclone
separator and sicved to a nominal size of 149um. This was done to reduce the amount and/or
size of foreign inclusions, a dominant crack initiation mechanism for P/M components. The
powder was then degassed, sealed, and subjected to hot isostatic pressing. The ingot was
then subjected to a heat treatment and open die forged. The forging was finished to a
thickness of 76 mm and diameter of 445 mm.

In order to determine the first tier material properties of the Ti-6-4+1B forging, tensile
tests were performed three times in cach characteristic direction (axial, radial, and circum-
ferential). Each test was conducted according to ASTM standard E8-09[3]. The results are
summarized in Table 1. The yield strengths in each direction were higher than that of Ti-6-4
extra low interstitial (ELI)[5]. The axial direction showed the lowest yicld strength (6.2%
greater than Ti-6-4 ELT), whereas the radial direction showed the greatest (21.4% greater
than Ti-6-4 ELI). The ultimate tensile strength shows similar results, with an increase of 15%
and 23% increase over Ti-6-4 ELT for the axial and radial dircctions, respectively. Elonga-
tion suffered a debit in the axial direction. However, the circumferential and radial directions
exhibited slightly higher elongation. The stiffness was greatest in the circumferential direc-
tion, with an increase of 20.4%, whercas the lowest stiffness oceurred in the axial direetion,
only increasing by 7%. This is consistent with the tensile results of rolled plate of the same
composition[13].

Methods and Theory

From the forging, specimens were wire electrodischarge machined to a nominal size of
177.8x114.3x3.18 mm. Testing was conducted using a Ling 18,000 1bf clectrodynamic
shaker outfitted with a clamp, making the nominal cffective test scetion of the specimen
114.3%114.3%3.18 mm. The specimen was excited by a forced vibration at its two-stripe
modal frequency creating a fully reversed bending stress at the midpoint of the free edge[8].
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The specimen was instrumented with a strain gage at the location of maximum stress
and a lager vibrometer target (Figure 3). At high stresses and long test times, the strain
gage failed internally or delaminated from the specimen rendering it uscless. In order to con-
tinue testing, a reference displacement at the laser vibrometer target location was calibrated
to the strain response. The calibration was performed by acquiring data from the strain
gage and the laser vibrometer at incrcasing shaker drive input. A least squares regression
line of the relationship between displacement and strain was calculated, and strains above
which the gage fails were extrapolated from the measured displacement. Clamp fixity and
small geometric variations can play a significant role in response, so a calibration curve was

generated for each specimen prior to fatigue testing.

The fatigue tests were conducted using an accelerated test technique developed by Maxwell
and Nicholas[10]. This method begins by sclecting a starting stress well below the expected
fatigue strength. This stress was applied for 10° cycles, and if failure did not oceur, the

ess was incremented or “stepped” up, and the cycling is repeated until failure. The failure
stress is calculated using Equation 1.

' )Aa (1)

ep

Otail = Opr + <

where o is the estimated failure stress, oy, is the stress level from last step in which failure
did not occur, Ngy; is the number of cycles completed at the stress level of failure,
is the number of cycles in a complete step (109 for this study), and Ao is the step s

Table 1: Tensile test results[17]

Dircetion Yicld Stress | Ultimate Tensile | Elongation | Elastic Modulus
(MPa) Stress (MDPa) (%) (GPa)
Axial 842 991 5.0 122.0
Circumferential 926 1020 13 137.2
Radial 963 1054 12 129.5
Ti-6-4 ELI 793 862 10 114

"7 76.2 mm —|
.‘ T 12.7 mm

f— w6776 —

EZ] Clamped Region

Figure 3: Velocity target (o) and strain gage location
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According to Maxwell and Nicholas, step sizes of 10% or less of the expected fatigue stross
10]. Since Ti-6-4++11 is considered a developmental alloy that was previously
shown to have life limiting faws[13], the beginning stress level was initially chosen as 172
MDPa {25 ksi) with a step size of 34.5 MPa (5 ksi). This was sufficiently Jow to cnsure that
a full step was completed before failure.

is preferre

Results

The 10° fatigue strengths for the Ti-6-4+1B specimens are presented Figure 4 as calculated
by Equation 1 along with comparative data for wrought[14] and P/M6] Ti-6-4. The mean
fatigue strength from nine tests of the Ti-6-4+1B forging was 332 MPa ( 48.1 ksi) with a range
from 207 to 457 MPa (30 to 66.3 ksi). The mean fatigue strength was 37.9% l(m er thai the
mininun streugth for Wmuu,‘ht Ti-6-4 using the same test method[14] and is incousistent
with previous studics of both boron modified P/M Ti-6
ermployed to gain additional insight into the cause of these pocn properties.

The initiation sites of the fatigue cracks were easily identified visually by locating the
center of concentric beach marks or the convergence of river lines to a single point (Figure
5(a)). Further iuspected using electron microscopy. Figure 5 identified that this re?i(m for

specimen T3 had an agglomeration of artifacts near the plate surface. l-u,nm 5(¢) indicates
several locations where energy dispersive x-ray spectroscopy (EDS) analysis was c(}mpl(‘n‘(i
The EDS results are provided in Table 2, indicating several locations rich in carbon, sodium,
silicon, sulfur, chlorine, potassium, calcium, and iron, suggesting intermetallic inclusions.

Figure 6 shows the location of the crack initiation sites for cach plate with von Miscs
stress contours from FEM. All initiation sites are bounded by the first three contour lines,

Fractographic analysis was
I y

160
0 1000
: - - 500
100 .
e “ w0
: w0 e 600 =
5 60 s F 400
g} L
o0
: - 200
20
0
LE+04  1E+05  LE+06 1. E408

Cycles

Figure 4. Experimental fatigue data comparison to previous Ti-6-4 data using the same test
method as this study and the typical fatigue performance envelope for P/M Ti-6-4[6]
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Figure 5: Sccondary electron micrograph (b) of plate T3 showing characteristic river lines
and backscatter electron micrograph (¢) of the fatigue initiation site

Table 2: EDS results for plate T3

tion | Elements detected

0 Ti, Al

1 Ti, V, Al, O

2 Ti, V, Al, O, C, Na, Si, S, Cl, K, Ca, Fe
3 Ti, V, Al, O, C, Na, Si, S, Cl, Ca, Fe

4 Ti, V, Al, O, C, Si, S, K, Ca, Fe

5 Ti, V, Al, O, Si, S

6 Ti, V, Al, O, C, Na, Si, S, Cl, K, Ca, Fe
7 Ti, V, Al, O, C, Si, Fe

8 Ti, V, Al, O, C, Si, S, Fe

9 Ti, V

which represent, starting from the midpoint of the free edge, 94.5%, 83.4%, and 72.4% of
maximum stress.

Discussion

The 10° cycle fatigue performance of the Ti-6-4+1D3 was poor in comparison to Ti-6-4 data
generated using the same test method. Furthermore, the fatigue strengths had a high de-
gree of variability, of which, none fell within the typical fatigue strength scatter envelope
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Figure 6: Crack initiation sites overlaid with von Mises stress contours. The plate is fixed
along the lower edge.

for pre-alloyed powder metallurgy Ti-6-4. Fatigue cracks initiated at the surface for all test
plates, with all initiation sites being suspect of intermetallic inclusions. The vibration-hased
ing method. despite having a relatively small fat still exhibited preferential
failure in life limiting inclusion regions, demonstrating its practicality for the fatigue test
ing of developmental allovs. The total time required to complete the fatigue testing was
roughly scven hours. Testing using scrvo-hydranlic load frames operating at 60 Hz would
have required about 170 hours. Test time using this vibration based method, reduced by
more than an order of magnitude, affords a more rapid fatigue assessment of developmental
alloys and accelerated feedback of the presence of potentially life-lirniting defects to the alloy
development process.
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Abstract

Many engineering components operate under steady state conditions for a period of time
after the peak loads had been achieved. The time during which the loads are near constant
is considered dwell time. Materials exhibit sensitivity to dwell times differently to the
tension and compression loads and continue to challenge engineers designing such
systems. New dwell sensitivity maps proposed in this paper showing the dwell sensitivity
behavior of materials in low cycle fatigue (LCF) where life is determined by the
development of plastic/inelastic strains and long crack growth (LCG) which is also
known as high cycle fatigue life of components. While dwell sensitivity in LCF was
significant in lower ranges of strains, higher strains and dwell time did not lower fatigue
life as highly as it was under lower strains. LCF dwell sensitivity was predicted with the
use of strength ratio, dynamic balance between the hardening and softening, and dwell
time damage parameter. Each of these characteristic features predicted dwell sensitivity.

Dwell sensitivity in LCG has not been investigated as widely as in LCF. A new
parameter proposed which measures the sensitivity in LCG called, normalized crack
growth ratio (NCGR). It was a ratio of crack growth rates under continuous fatigue and
dwell fatigue at the same mode 1 stress intensity factor range. The LCG dwell sensitivity
was found from an order-of-magnitude to four orders-of-magnitude. Therefore, the dwell
sensitivity was more significant in LCG. Dwell fatigue crack growth mechanism map
was generated for Inconel 718 charting various zones in which a particular damage mode
was observed. Remaining life assessment performed for a disk component with dwell
fatigue crack growth models showed negligible life extension potential under the
assumed conditions. There is a need for further collaboration and consensus development
defining and/or refining the input parameters.

Keywords:  fatigue, long crack growth, low cycle fatigue, crack, dwell sensitivity.
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Introduction

The operating conditions of many engineering components require service loads to
change with respect to time to meet a specific demand. The start-up and shutdown cycles
impose low cycle fatigue damage at localized arcas, where the material is inhomogeneous
or discontinuous. In these localized areas, the stress is concentrated and amplified due to
geometrical constraints, inherent anomalies, induced anomalies due to handling and
service usage and micro-cracks that may generate with respect to usage. A major part of
application requires that a component be held at near steady conditions, such as during
the period between the shut downs of a gas turbine engine or power plant turbine disk.
The time during which load and/or stress is steady. is known as dwell or hold time.
During a dwell time, if appropriate conditions met, creep deformation takes place. These
conditions are high temperature, steady stress and time. Therefore, failure mechanisms
under such loading conditions are a result of complex interactions of creep and fatigue
processes, and/or environment, which result in premature failure within low cycle regime
typically ranging from 10-10,000 cycles. For gas turbine blades and discs, life may range
in several thousand hours. Fewer components require the opposite, where loads held
constant under peak compression loads, for example, rolls in hot milling application or
dies in extrusion mills. Therefore, dwell effects and creep-fatigue life prediction issues
are very important in design in order to understand the failure mechanisms and life
assessment of components.

The creep-fatigue failure modes or low cycle fatigue (LCF) failures documented in
components from power and aviation industry from early 1950’s. While commercial
aviation engines experienced disc bursts due to dwell effects [1-2], recent disc bursts on
forged titanium alloy discs [3-4] became a major cause of concern needing further
research. Premature disc bursts also occurred in power plants. Hence, dwell cycles,
during which creep and fatigue processes interact and lower the high temperature fatigue
resistance of materials is very important requiring further studies. Much of the efforts [5-
44] focused on defining the conditions that result in LCF failure, there is no consensus in
the community on the appropriate crack size definitions (both initial and final) that would
establish the life assessment protocols in LCF. Experience has shown that the component
life is comprised of at least two phases, 1) LCF where anomalies and/or crack present
transition to LEFM crack, and 2) long crack propagation to failure conditions.

The fatigue design criteria separates the useful life in: 1) nucleation of a crack, 2)
propagation within the first few grains, 3) propagation below the threshold stress
intensity factor range for long cracks and subsequent transition of the short crack or a
defect to long crack and, 4) crack propagation of long crack to a safe critical size, defined
as failure. The disk component considered in this study, used in gas turbines, designed
based on safe life and retired upon reaching the low cycle fatigue limit. Crack length at
the end of LCF life considered to be from 0.025-0.075 mm. However, this micro-crack
formation does not take into account the discontinuities present, service induced defects
and inherent defects due to material manufacturing. The low cycle fatigue life varies in
the presence of defect(s) and therefore, there is a need to develop fatigue design criteria
that not only account for dwell but also inherent and induced defects.
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While experience has shown that start-up and shutdown conditions represented by strain
controlled LCF tests, the period between the shut down relates centrifugal loads and
represented by high cycle fatigue where crack propagates assuming linear elastic fracture
mechanics considerations. These mechanisms are very difficult to separate in lack of
appropriate methodologies. An attempt was made to summarize the dwell effects in LCF
life and fatigue crack propagation rates in candidate materials in this paper. Numerous
dwell cycles are possible, such as tensile dwell (t/0), compressive dwell (0/t), equal dwell
in tension and compression (t/t, balanced dwell cycle) and unequal dwell cycles (ti/tz,
unbalanced dwell cycles). The materials are sensitive to dwell cycles differently. Some
materials exhibit sensitivity to tensile dwell and others to compression dwell as well as
rates at which deformation applied, for example, high and low rates. Therefore, there is a
need to understand the dwell fatigue behavior of materials for different engineering
applications. Damage development under dwell cycles is different as well for tension and
compression dwells. Figure 1 shows the relations between the strain-time, stress-time and
stress-strain behaviors under continuous fatigue, tension dwell, compression dwell, and
tension and compression dwell cycles.
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Figure 1: Examples of fatigue waveforms used in laboratory testing [45]
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Therefore, the objective of this paper is to investigate the dwell sensitivity in LCF and in
long crack propagation, generating material behaviors to perform the analytical life
assessment, and compare the sensitivity of the disk with non-dwell data of a turbine
engine disk.
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DWELL SENSITIVITY BEHAVIOR (LCF)

Previous work of the author shows the effects of dwell times on the elevated temperature
LCF behavior of high temperature materials. A dwell sensitivity map proposed to show
the beneficial and/or detrimental effects of dwell cycles with respect to continuous
fatigue behavior. The map plots the plastic strain range and normalized cycle ratio
(NCR), at a given temperature. When NCR was less than one, material was dwell
sensitive to that type of cycle. However, when NCR was higher than one, dwell cycle
caused beneficial effects, thereby improving the HTLCF resistance. Continuous fatigue
life taken as a reference to measure dwell sensitivity. Two groups of tests were observed
in the literature, 1) isothermal fatigue (IF), Figure 2, and 2) thermo-mechanical fatigue
(TMF), Figure 3, and used to derive NCR values and dwell sensitivity maps. In the
former category deformation rate was also used to characterize the LCF behavior,
however, in the latter category in-phase cycles were used which apply maximum strain
and temperature at the same time.
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Figure 2: Dwell sensitivity behavior in isothermal, low cycle fatigue [46]
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Figure 3: Dwell sensitivity behavior in thermal fatigue [46]

The LCF tests conducted using cylindrical specimens under displacement control. Since
higher strain ranges applied in the accelerated laboratory testing, the specimens
concentrate high strain on the gage length of the specimens. From these localized high
strain regions cracks form. The number of cracks that forms on the specimen surface is a
function of test temperature, strain range and dwell time parameters used in testing. Apart
from these test parameters environment plays a major role in the interaction mechanisms
by compounding the damage by oxidation mechanisms. In one select case, LCF testing of
IMI 829, total number of cracks formed is shown in Figure 4. It demonstrates that
number of cracks that form on the surface is directly proportional to total strain range
applied. While compressive dwells were more deleterious for IMI 829 at high
temperature, the interaction mechanisms included not only the fatigue and creep
deformation but also environmental oxidation.

The dwell sensitivity maps proposed here may be applied in design and life assessment
by extrapolating data for longer dwell periods where such data are not available. Only a
summary of dwell sensitivity behavior was presented below. Publications [45-50] present
the material behaviors under individual test conditions, NCR-strain range distributions,
and other relations more fully as well as other uses of [5-44]. The following dwell
sensitivity behaviors are noteworthy:
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e All the materials studied were dwell sensitive at lower strain ranges in this research
and therefore, NCR values were low below 1.0% total strain range.

e At high strain ranges (above 1.0% total strain range), saturation in the dwell
sensitivity occurred and as a result NCR values increased. Saturation in this context
meant further increase in strain range did not lower life further.

e Dwell sensitivity and temperature sensitivity interacted for two materials, namely SS
316 and Ni 201 [49]. Temperature sensitivity resulted in higher 1G cracking, loss in
ductility, and the mode in which the deformation accumulated (for example in SS
316 at 600°C by cell type, whereas at 700°C by means of sub-boundary type
dislocation sub-structure).

e A particular combination of test parameters, for example, temperature, dwell time
and strain rate, improved the creep-fatigue resistance of materials. Formation of new
precipitates was beneficial as they blocked the grain boundary sliding and 1G
cracking by creep. The NCR values in those conditions increased and became close
to 1 or higher.

The concept presented above and in the figure below, it is evident that number of cracks
that form on the surface of the disk will be a function of higher strain range or associated
plastic strains. Since disk components operate below yield strength in elastic strain
dominated region, the number of cracks from service exposure will be limited and
assumption that only one crack may be present at the end of LCF life may be valid,
though requires more research and characterization of previously tested specimens. This
is one critical area, which requires the attention of the lifing community to develop
appropriate consensus while accepting more risk yet optimizing the economic reasons to
use further the component.

Damage Mechanisms (LCF Dwell)

Damage mechanisms under dwell cycles were different for different materials. Some
materials found to be cyclic softening, while others were cyclic hardening type with the
application of continuous fatigue and/or dwell cycles. Deformation in a material was also
material dependent, some materials exhibited intergranular (IG) damage and others
transgranular (TG) damage. However, mixed damage found in long crack growth at high
temperature with dwells. In some materials oxidation damage occurred from exposure to
temperature and time, which produced surface damage. Precipitates occurred and
concentrated along the grain boundaries and caused 1G damage. Tensile dwells caused a
shift of stress in the compression direction, thereby improving the HTLCF resistance in
some materials. However, for other cases such as 1Cr-Mo-V steel, the tensile dwell
caused cavitation or creep damage, resulting in stress concentration in tension direction
and caused tensile dwell sensitivity.

The mechanisms controlling deformation and failure summarized below:
e The dwell sensitivity was dependent upon the materials for example, microstructure,

condition and grain size. Only after a particular temperature was exceeded did the
deformation in a material accrue by means of precipitation of carbides. Many metal
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(M) carbides (Mp3 Cg) can form along the grain boundaries. These were of Cr, Mo,
C and other alloying elements. As these precipitates formed, slip systems became
more mobile and concentrated along the carbides, or the grain boundaries that
promoted grain boundary sliding, cavity formation and 1G damage causing dwell

sensitivity.
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Figure 4: Number of secondary cracks with respect to strain range and dwell time in
IMT 829 tested at 600°C. The ordinate shows number of cracks and cycles to failure,
whereas abscissa shows total strain range (%). Note: first row: percent total strain
range, second row: number of cracks by open circle, third row: cycles to failure by
open square. Number of cracks peaked for compressive dwell periods and reduced
cycles to failure thus making this material a compressive dwell sensitive material.

e The damage also was dependent upon the test temperature, strain rate, dwell time and
direction in which it was applied. With the application of tensile dwell, stress
relaxation occurred which lowered the materials’ strength in that loading direction.
Softening occurred with a combination of lower strain rates, longer dwell periods,
lower stress range, and large relaxation strains (which is a result of strain
transformation from elastic to plastic) that promoted 1G damage. Other features such
as cavity formation and grain boundary sliding compounded the damage and failure
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in this mode was faster than TG mode. This mechanism raised the NCR values at
higher strain levels as seen in all materials. This feature may play a key role in
Inconel 718 by converting elastic strains to plastic strains under tension dwell cycles
and may be more deleterious in that direction.

Within a range of temperature, mechanical properties of some materials improved for
example, 2.25Cr-Mo, Ni 201, and SS316. During this temperature range clusters of
carbides formed for example Mo-C due to dynamic strain aging. This action
enhanced the fatigue as well as tensile properties of materials within that temperature
range. However, above this temperature, more damage occurred as other processes
such as environmental interactions accelerated the growth of the damage.

Oxides formed on the surface of specimen due to exposure at high temperatures.
Surface striated damage and crack intrusions formed by either IG/TG or mixed
conditions. As the strain range increased the number of such oxide intruded cracks
increased. Longer dwell periods caused several cracks to grow within the material
inside the gauge area.

Dwell cycles produced a change in the mechanical properties of materials, where a
dwell cycle either lowered the modulus or enhanced it. In most cases as the test
temperature increased, the tensile strength properties decreased. With the application
of a dwell cycle stress range in both directions increased or decreased. An initial 5-
15% of the test, life was in achieving the stable hysteresis loops. Deformation in the
material was in three mode, which separates the boundaries where TG, mixed and IG
fracture occur. These regions depend upon the stress range applied in a cycle and
material softening and hardening phenomenon. Only after exceeding a critical stress,
every cycle produced the damage in one of the following three modes TG, mixed and
IG. The range of stress where it occurred was not determined for each material
studied in this investigation. For some low alloy steels, 1Cr-Mo-V, these details were
mapped, however, most other materials are not investigated. It is imperative that
lower stress and strain rates produce IG damage where grain boundary sliding and
cavity formation occur, whereas, in the other ranges, mixed mode and TG fracture
occur with defined striation patterns. For a hardening/softening material, these
boundaries were schematically drawn elsewhere [49].

Trends in the deformation mechanisms were material dependent. Three distinct zones
identified where a particular damage occurs. Even-though it is very difficult to define
the boundaries in stress range where a particular model should prevail, this study
identifies such a possibility.

For some materials, with the application of tensile dwell, mean stresses developed in
tension direction. Positive mean stresses produced creep damage and reduced life.
However, for other materials, compressive dwell cycles generated complex
environmental interactions of creep, fatigue, and oxidation processes and lowered the
life more than an equal tensile dwell cycle.

An oxidation based damage development model was presented in Publication VII
based on the damage mechanistic features observed in the metallography and
fractography of two alloys, namely IM1 829 and MAR M 002. The features observed
in these materials were complex interactions of creep-fatigue-oxidation mechanisms,
which cannot be included in a simple mathematical equation. Number of secondary
cracks increased as the strain range and dwell time increased in IMI 829 indicating
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surface roughness created by oxidation. Mixed 1G/TG cracking, wedge type of
cracking, surface striated cracking, oxide filled cracks, and depletion of elements
were documented [49].
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Figure 5: Damage development in dwell fatigue testing at high temperatures, Note (Ty=
homologus temperature) [45]

Dwell Sensitivity Criteria (LCF)

From tensile properties: while prediction of dwell sensitivity behavior is very important
for design purposes, no attempts made in the literature to predict dwell sensitivity.
Attempts made by the author included tensile properties of the materials at room and test
temperatures and their ratios. It was found that equal strength ratios (yield to tensile) at
room and high temperature predicted compressive dwell sensitive behavior, whereas the
range where tensile dwell sensitivity occurred was quite wide under and over the ratio 1.
Using the above criteria, dwell sensitivity was predicted for a number of materials.

From dynamic properties: a conceptual model uses material hardening and softening
behaviors separately in the tension and compression directions. One of the following
four combinations for every creep-fatigue cycle exists in LCF tests:

1) Tensile softening + compressive softening (SS)
2) Tensile softening + compressive hardening (SH)
3) Tensile hardening + compressive softening (HS)
4) Tensile hardening + compressive hardening (HH)
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These combinations were determined for a tensile and compressive dwell sensitive
material. The dwell sensitivity behavior of materials studied was considerable at lower
levels of strain ranges. However, as the strain range increased the sensitivity to dwell
times decreased. A combination of test parameters such as dwell time, test temperature,
and strain range may provide a threshold, conceptually, where the material is likely to be
most sensitive to dwell times. In certain cases dwell times enhanced the creep-fatigue life
(for example, copper alloys AMZIRC and NARaloy-Z, and superalloys PWA1480 and
MA754), whereas in most other materials, dwell times generally reduced the life.

Dwell time damage parameter: dwell time damage parameter (DTDP) was proposed to
represents dwell sensitivity. The DTDP in a product form consists of following fatigue
test parameters; relaxed stress, dwell time, strain rate and inelastic strain range with
respect to the cycles to failure. The relaxed stress was further separated into tension only
relaxed stress for tension dwells, for compression only relaxed stress for compression
only dwells, stress range in the direction of dwell, respectively. Equations below show
the partitioned relaxed stress components. Using the relaxed stress in the direction of
dwell time and cycles to failure correlate the damage in a power law and proposed as one
of the dwell sensitivity criterion.
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Figure 6: Dwell time damage parameter [45]

DWELL SENSITIVITY IN LONG CRACK GROWTH

The fatigue crack growth behavior of Inconel 718 was compiled from the literature [51-
60]. The inclusion criteria included continuous fatigue crack growth at room and high
temperature, stress ratio, air and vacuum environment, grain size, condition such as bar,
disk and necklace stocks were included, and dwell time during mode T stress intensity
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factor range. The data compiled during this effort is currently analyzed and prediction
model under development [61]. A wide scatter was observed in the data for both
categories- continuous fatigue and dwell crack growth as presented in Figure 7 and 8,

respectively.
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Figure 7: Fatigure crack growth (rate in mm/cycle) behavior in Inonel 718 at differnet
temperatures, test frequency, grain size, and stress ratio [51-60].

As evident from Figure 7 that a wide scatter in the material behavior exists for Inconel
718 tested at room and high temperatures. The crack growth rate varies three orders of
magnitudes or more under continuous fatigue and demonstrates the need of probabilistics
in design.

Dwell Fatigue Crack Growth

Figure 8 shows the dwell fatigue crack growth behavior in Inconel 718 at various testing
conditions. Though dwell times varied from 10s to 21,600s, and resulting crack growth
rates scatter was 4 orders of magnitudes.
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Figure 8: The dwell time fatigue crack growth in Inconel 718 at room and high
temperature [51-60]

Dwell Sensitivity Maps in Long Crack Growth

New dwell sensitivity map was proposed. It applies to long crack growth scenarios. A
normalized crack growth rate ratio (NCGR), which is a ratio of crack growth rates under
continuous fatigue and dwell cycles at the same Mode I stress intensity factor range was
evoked and plotted with respect to AK. The NCGR compares the dwell fatigue crack
growth rates with respect to continuous fatigue and shows that dwell sensitivity ranges
from 10-100, for most part, at the low ranges of AK, however, as AK increases and high
dwell times, the dwell sensitivity accelerates. Table 1 shows the salient features of the
data used to develop the dwell sensitivity maps in long crack growth regime. Only forged
and necklace conditions were included to derive the trends; from a total of 11 conditions,
3 were necklace structures. The temperature cases were 550 and 650C and dwell times
varied from 10 to 21,600s. All the data were averaged and fitted with a power-law (Paris)
equation, the parameters of the equations C and m identified for continuous fatigue and
dwell fatigue. At given range of AK crack growth rates were determined for both dwell
and no dwell, NCGR determined and plotted in Figure 9. The data presented in Fig. 9
shows that smaller dwell time cycles, for example, 10s to 90s at 550C show dwell
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sensitivity at low ranges of AK, however, as AK increases the material exhibits crack
growth resistance.

Table 1: Salient features of the data analyzed for dwell sensitivity

Hold Number
Category | Necklace/Forge | Temp°C | Time (s) | Cases C_avg m_avg
1 F 650 0 7 3.89E-07 2.37
2 N 650 0 1 2E-08 2.66
3 N 650 300 1 4E-14 7.95
4 F 650 300 7 1.3E-05 3.63
5 F 650 10 1 6E-07 2.94
6 F 650 90 1 5E-06 2.73
7 F 550 0 1 3E-07 2.11
8 F 550 90 1 1E-06 1.95
9 F 550 2160 1 3E-08 4.23
10 F 550 21600 1 2E-11 7.21
11 N 550 650 1 3E-07 2.38
£:90s, 550°C, Forge §32 1608, 550°C, Forge #216008, 550°C, Forge
% 10s, G50°C, Forge 4908, 650°C, Forge % 300s, 650°C, Forge
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Figure 9: Dwell sensitivity map of Inconel 718 at high temperature
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Inconel 718 shows accelerated crack growth at 650C at all dwell times, from 10s. The
forged conditions exhibited higher crack growth resistance than the necklace structure.
The 300s dwell at 650C exhibited similar trend AK = 11.923 (NCGR)*'®¥ to that of
21,600s dwell at 550C, represented by a power equation where AK = 6.613 (NCGRY ™'
,however, the dwell cycles were beneficial at the lowest range of long crack, AK,
IOMPa\/m, however, as stress intensity factor increased, the NCGR decreased causing
dwell sensitivity, both cases four orders of magnitude. The dwell times of 10-90s at both
the 550 and 650C caused only a factor of 4-5 times the dwell sensitivity between the AK
range of 10 to 65MPm  for 300s and 2160s dwell cycles there was an order of
magnitude difference with continuous fatigue crack growth rates.

Crack Growth Damage Mechanisms (Long Cracks)

The damage mechanisms in long crack growth (LCG) are controlled by the dwell times.
Relative amount of striations on the crack surface was dictated by the length of the dwell.
Generally, supersalloys accumulate deformation by a stress assisted process which may
produce oxidation and subsequent intergranular fracture. A shift in the damage
mechanisms from transgranular to intergranular damage occurs at low frequency (0.5Hz)
in Inconel 718. Intergranular cracking in Inconel 718 is associated with diffusion of
oxygen along the grain boundaries, faster cycles do not provide the time needed to begin
the oxidation and/or grain boundary damage, thus transgranular cracking takes place.
This time is represented in term of characteristic time, and used to distinguish between
the small scale yielding and the extensive creep. Wanhill [56] empirically related this
with Poisson’s ratio, Young’s Modulus and other parameters in terms of = K (1-
V)/[(n+1)EC*]. 1t was also proposed from the load-line compliance data that the Inconel
718 exhibits elastic deformation predominating during dwell crack growth at
temperatures up to 650C. However, plasticity is highly localized during the dwell fatigue
crack growth. As proposed in LCF dwell, the DTDP includes the saturated, peak and
relaxed stress, each contributing to the crack growth of long crack differently. Peak loads
are correlated with dwell fatigue crack inhibition that may cause localized yielding and
plasticity to build up and may develop residual compressive stress at the crack tip.
Likewise, as the frequency increases, under continuous fatigue scenario, the crack growth
rate no longer considered frequency dependent. Only at very high frequency, where
cyclic plastic deformation helps build the temperature in a material, temperature
sensitivity occurs. The material shows increased crack growth rates. The upper limit of
this frequency rate is not available in the literature at room and high temperature. The
damage mechanisms for long crack growth rates in Inconel 718 summarized above is
shown in Figure 10. The dwell data plotted in Figure 8 shows various cycle types and
mechanisms controlling the crack growth is a function of crack growth rates and range of
mode I stress intensity factor in Fig. 10. It is clear that at steady and slow crack growth
rates and AK the transgranular fracture occurs, however, as the crack growth rate
increases the mechanisms shift to intergranular, oxidation and creep based mechanisms.
Outside of mechanistic envelop shown in Fig. 10, the da/dN-AK exhibit a tertiary
behavior which may be creep-fatigue dominated and likely mechanisms may be by LCF.
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DWELL SENSITIVITY IN DISK LIFE ASSESSMENT

Dwell fatigue crack growth models comprising of 10 and 90s hold times were determined
and applied to the finite element disk model life assessment discussed else-where [62-
64]. The analysis assumed that the component had reached its’ safe operational life or
design criterion by safe life limits. At the end of component life a crack was assumed to
have propagated at the critical locations of the disk namely: hub, bolt-hole and air-slot.
The crack definitions were 0.79mmx0.79mm at the air-slot and hub, however, it was
assumed 0.254mmx0.254mm in the bolt-hole. The Paris equation for the new material
and for 10s and 90s dwell cycles were applied to the DARWIN program discussed in the
accompanying paper [62 and 63-64] and presented in Table 2, below.

Table 2: Parameters of Paris equation for new material, and dwell cycles of 10 and 90s

"C" and "m" values for the Paris Equation

w 10 sec Dwell 90 sec Dwell

C m C m C m
1.44E-09 | 1.81 | 1.00E-11 4.6855 6.00E-10 2.9414

The sensitivity of dwell fatigue crack growth was obtained in terms of remaining life of
the disk, based on a safe critical crack length definition. The disk shows sensitivity to
dwell fatigue crack growth as below:

Table 3: Sensitivity of dwell fatigue crack growth in remaining life assessment

Flights to Failure

| New | 10secDwell | 90secDwell

1028 1 6
. Hwb | 513 663 297
Bolt-hole | 20001 5161 10013

From the table above it is quite clear that dwell fatigue crack growth lowers the
component life considerably, in that, for the air-slot the life reductions were nearly 200
for 90s dwell, and 25 for the 10s dwell. For hub the life reductions were by one-half for
90s dwell, however, 10s dwell increased the life compared to the continuous 0-max-0
flight cycle by a factor of 1.15. The bolt-hole which had a smaller crack size,
0.25mmx0.25mm, the remaining life reduced from a factor of 4 for 90s to a factor of 2
for 10s dwell. This analysis found that there is a need to develop a general agreement
from the non-destructive inspection (NDI) community particularly eddy current
inspection about the crack size at the end of component life as well as other indications
that characterize the material anomalies present on the surface and sub-surface of the
material both at “short” and “long” sizes. These definitions would then determine the
remaining life of the component. It is recommended that dwell sensitivity analyses be
incorporated in risk assessment and life extension.
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DISCUSSION

This paper demonstrates that dwell sensitivity occurs in strain control low cycle fatigue
[5-50] as well as in long fatigue crack growth [51-60] scenarios. While a saturation in the
number of cycles to failure with high strain range and dwell time noted in LCF, the dwell
sensitivity was significant in fatigue crack growth as a result of high temperature and
dwell time. Damage in Inconel 718 was found to be temperature dependent. In both the
scenarios a normalized cycle ratio (NCR - LCF) or normalized crack growth ratio
(NCGR - FCG) was able to describe the dwell sensitivity.

A safe component life is related with the LCF life which concentrates strains at localized
regions. In these localized regions cracks form. Figure 4 shows the number of cracks and
cyclic lives are directly related, in that, higher number of cracks forming on the specimen
surface reduces the number of cycles to failure. Also, cracks and their numbers depend on
the strain range applied, dwell time and temperature. Figure 4, caption, summarizes the
strain range, number of cracks, and cycles to failure, it is evident that the highest number
of cracks formed with the highest strains. The total strain range of 2.5% is very high and
none of the components likely see in applications.

In rotating bending fatigue tests at room temperature, Inconel 718 exhibited reduced
number of cracks as the cyclic life shifted from low to high cycle [65]. Within the low
cycle regime, less than 10° cycles the number of crack origins increased from 5 or 6.
However, as the cyclic life increased and failure in the high cycle, the number of crack
origins decreased. Within the cycling life range of 10°-10° cycles the crack origins were
mainly via dominating fatigue crack. It may also be noted that these crack origins were
on polished specimens and there was no interactions among the plasticity and surface
oxidation due to exposure to high temperature. The damage mechanisms in room
temperature fatigue of Inconel 718 are controlled by slip system in crystallographic sites
that may be activated at multiple sites and/or grains [66]. These mechanisms were
incorporated in the life assessment of turbine disk elsewhere [62-64]. At low stress, only
the most easily operated slip systems can be introduced by localized plastic deformation
during crack nucleation. Multiple crack origins exhibit lower life than the single crack
fatigue behavior. At these levels, near AKy, dwell sensitivity LCG was similar to no-
dwell conditions.

The stress intensity factor (SIF) range at the end of “safe life” was determined from
fracture toughness of the material and ranged from 6 - 20 MPavm. For room temperature
fatigue crack growth tests conducted in [66] found the SIF range to be 9-15 MPaVm. The
crack grows in LCG regime beyond this point. A conservative estimate of the remaining
life assessment reveals that initial crack size at the end of “safe life” may be too large to
yield any potential life extension. The initial crack assumed was based on crack size at
the end of LCF life considered to be 0.75mm long. The anomaly distribution and
probability of detection of cracks by NDI methods are input parameters along with
random crack definitions present at critical locations. These input parameters must be
defined in order to effectively perform the remaining life of rotating components.
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CONCLUDING REMARKS

The paper presented a summary of the dwell sensitivity behavior of high temperature
materials. Dwell sensitivity was defined when the dwell fatigue resistance was lower than
the no dwell or continuous fatigue resistance of materials at high temperature low cycle
fatigue. The dwell sensitivity occurred at very low ranges of the strain and as the strain
range increased, a saturation in the number of cycles to failure observed with further
increase in dwell times. Some materials were found to be sensitive to dwell in peak
tension loads, however, other materials exhibited compression dwell sensitivity.

Dwell sensitivity was described by a normalized cycle ratio (NCR) and NCR lower than
1 indicated dwell sensitivity in LCF. Material properties in monotonic fatigue and fatigue
may characterize the material behavior under dwell. Strength ratio was found to be an
indicator of dwell sensitivity behavior. Other parameters were developed and presented
which measured dwell sensitivity. Dynamic stress-strain behavior in tension and
compression direction was also found to predict the dwell sensitivity as well as new dwell
time damage parameter proposed to measure dwell sensitivity.

Dwell sensitivity in fatigue crack growth was found more profound than in LCF. Data
from the literature indicate that the new parameter proposed in this paper, normalized
crack growth ratio (NCGR), characterized the dwell sensitivity. Inconel 718 exhibited
dwell sensitivity at temperatures above 550C with long dwell times, however, at 650C
smaller dwell times lowered the fatigue crack growth rates from an order-of-magnitude to
four-orders-of magnitudes.

Damage mechanisms were elucidated for both LCF and LCG. A schematic map
presented shows the mechanisms controlling the crack growth topography with TG, 1G,
mixed, oxidation, creep, cyclic plasticity build-up, and LCF. Combinations of crack
growth rates and Mode 1 stress intensity factor range in each of these regimes be
determined for Inconel 718 from the damage diagram and will be useful in design.

Remaining life assessment was performed for a model disk at the end of service life of
the component. Various crack definitions were employed to show remaining life after the
safe life of gas turbine engine disk. Dwell fatigue, LCG, reduces the remaining life of the
component, where it may not be cost effective to extend the component life. However,
there is a need for wide-spread collaboration and consensus development in the lifing
community to defining the input parameters for the risk assessments.
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Abstract

Current Federal Aviation Administration (FAA) rotor design certification practices risk
assessment using a probabilistic framework focused on only the life-limiting defect location of a
component. This method generates conservative approximations of the operational risk. The first
section of this article covers a discretization method, which allows for a transition from this
relative risk to an absolute risk where the component is discretized into regions called zones.
General guidelines were established for the zone-refinement process based on the stress gradient
topology in order to reach risk convergence. The second section covers a risk assessment method
for predicting the total fatigue life due to fatigue induced damage. The total fatigue life
incorporates a dual mechanism approach including the crack initiation life and propagation life
while simultaneously determining the associated initial flaw sizes. A microstructure-based model
was employed to address uncertainties in material response and relate crack initiation life with
crack size, while propagation life was characterized large crack growth laws. The two proposed
methods were applied to a representative Inconel 718 turbine disk. The zone-based method
reduces the conservative approaches, while showing effects of feature-based inspection on the
risk assessment. In the fatigne damage assessment, the predicted initial crack distribution was
found to be the most sensitive probabilistic parameter and can be used to establish an enhanced
inspection planning.
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Introduction

Turbine engine disks are designed for a finite life based on low-cycle-fatigue criterion
and safe-life design approach. The safe-life approach considers components to be automatically
replaced after 0.1% of the components have initiated a crack of 0.79mm (1/32 in) in length [1].
However, some premature material damage may occur due to handling, machining damage,
fretting, or inherent defects on the surface as well as sub-surface causing cracks to propagate and
become critical during the predicted "safe-life" [2]. Turbine disk failures resulting from
anomalies, such as the catastrophic crash in Sioux City, IA in 1989, have led to the addition of
damage tolerance approach in the life management process [3] mandating new non-destructive
inspection methodologies to detect cracks. The damage tolerance approach assumes all
components to contain inherent flaws, and inspection intervals are conservatively established
based on fracture mechanics to ensure that flaws do not reach a critical size between inspection
intervals. A safety factor is then applied to the predicted life to establish a safe inspection
interval (SII).

Current design philosophies using safe-life and damage tolerance methods conservatively
determine the operating life of disk components, retiring them regardless of a cause [4] either in
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terms of surface damage or presence of crack(s). As a result many of the components have useful
life left in them. Therefore, the Retirement-for-Cause (RFC) method is being investigated by the
U.S. Air Force to safely extend the operating life of components beyond traditional life limits to
use more fully the useful life of disk components. The RFC method removes a component from
service when a crack-like defect is detected during a Non-Destructive Inspection (NDI) [4].
Components can also be removed from service due to economic and/or risk limits. RFC can
allow components to remain in-service longer and reduces the life-cycle costs. RFC utilizes
damage tolerance concepts to establish inspection intervals to ensure that defects do not reach a
critical size during service. However, the risk of failure will increase as components remain in-
service beyond traditional LCF limits [5]. Therefore, the increase in risk must be accurately
quantified before RFC can be safely implemented in the fleet life management of military
aircraft engines.

Following the Sioux City accident, attempts were made to investigate the possibility of
incorporating damage tolerance life method to account for inherent flaws for certification of new
rotor designs [6-8]. A damage tolerance probabilistic design code, called DARWIN® (Design
Assessment of Reliability With [Nspection) remains in development with Southwest Research
Institute (SwWRI). DARWIN® is a probabilistic fracture mechanics program which utilizes
damage tolerance concepts to determine the Probability-of-Failure (POF) subject to low-
frequency defects with and without inspection. It is an approved tool for new rotor design
certification. However, current lifing methods outlined by the FAA and employed in DARWIN®
account for defects prior to service and do not address component damage induced during
service. Therefore, life management methods must address in-service damage before the RFC
method can be safely implemented.

The probabilistic risk assessment has two paradigms; 1) relative risk which utilizes
component as a whole and its failure risk algebraically summarizes the probability of failure at
various locations in a disk such as bolt-hole, hub, air-slot etc, towards 2) an absolute risk, which
looks into probability of failure at the most critical location. A method was proposed for
accomplishing the absolute risk by discretizing a turbine disk for use in the probabilistic risk
assessment. The discretization approach is currently employed in the risk assessment of
embedded defects. However, discretization has not been applied to the risk assessment of
surface defects in the component. Rather, current lifing methods utilize the life-limiting location
of the life-limiting feature to assess component risk. The life-limiting location is based on the
maximum stress location of the component, in which the max principal stress is extended
through and applied to the entire surface area of the life-limiting feature [8]. Conversely, the
discretization method utilizes the stress gradient topology to capture the effects of the stress
gradient on the POF of the component. As the stress gradient of a feature increases, the
discretization produces a lower risk, thus removing conservatism from the risk determination.
This produces a more accurate, or absolute, risk value for each feature of the component. The
methodology for establishing the discretization of the turbine disk, for use in RFC will be
discussed.

A method for including low-cycle-fatigue damage in the probabilistic risk assessment of
a high pressure turbine disk was developed to quantify the increase in risk as components remain
in-service beyond the traditional limits. Total fatigue life is assumed to be the summation of
crack initiation life and crack propagation life. A microstructure-based crack initiation model is
utilized to develop a fatigne-induced anomaly distribution using variations in material properties.
Crack propagation from an initial crack was determined using both short and long crack growth
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concepts. DARWIN® is used as the primary probabilistic module to determine the probability of
failure with and without inspection. The risk assessment code was applied to Nickel based
superalloy, Inconel 718 material, to assess the fatigue life of a representative turbine disk
geometry.

2. Zone-Specific Risk Assessment

A feature-based discretization of method is necessary to move from the relative risk, of
the life-limiting approach developed by the FAA, towards an absolute risk. Typically critical
locations are considered to be the life-limiting location and are used in the risk assessment;
however, metallurgical defects can be induced anywhere within the disk during the material
melting process. Thus, the location of a defect can be considered to be a random variable to
reduce a conservative life-limiting approach. The random location can be accounted for in the
probabilistic analysis through a feature-based discretization method where the user subdivides
the component's area into regions called zones. This allows every region to be probabilistically
sampled during the analysis. The methodology assumes a low frequency of anomalies assuming
one significant anomaly exists in the disk; thus, the probability of having multiple anomalies is
assumed to be negligible.

2.1 Probabilistic Method

The probability of failure of a zone is modeled as independent events. The probability of
failure of the disk can be obtained from the system reliability equation

P[disk] = P[fracture in any zone] = P[F{ UF, U ..U Fy]
=1-[[z,(1 - PIFD = ZiL( P[F] M

where F; indicates the fracture of a defect origination in zone i, P[F;] indicates the probability of
fracture of an initial defect located in zone 7, N is the total number of zones, U is the union
logical operator, and the approximate equality occurs because P[F;] is small.

The probability of failure of a zone, i.e., P[F;] requires an anomaly be present and grow
until it reaches the fracture toughness of the material. This can be represented as

P[F;] = P[4;] P[B;|A;] )

where P[A;] is the probability of having an anomaly in zone i and P[B;|A;] is the probability of
failure given an anomaly in zone /. The probability of a defect occurring per surface area of
material depends on the manufacturing procedure. Industry-developed exceedance curve defines
the occurrence rate and size of defects [8]. The probability of having a defect in zone, i.e, P[4;],
is a function of the ratio of the zone area to the total component area.
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The probability of failure of a disk subject to a defect, P[B;|4;]. is computed using the
probability fracture-mechanics life assessment in DARWIN®. It is assumed that the defects
defined from the exceedance curve exhibits no crack formation time, i.¢., crack initiation time is
zero. The cycles to failure is estimated using DARWIN®'s crack propagation algorithm. The
probability of failure is computed using either Monte Carlo sampling or importance sampling
probabilistic methods [9-10].

2.2 Zone Refinement Method

The stress gradient topology is used in the zone-refinement process where defect
locations are introduced in response to the stress gradient for each component feature. General
guidelines for the discretization process has been established, which is only meant as a general
starting point. Zones may require further refinement to attain convergence. It is desired that all
defect locations in a feature exhibit equal risk when establishing the discretization [7]. Thus,
each defect location should have similar risk contribution factors (RCF). In order to reduce
computational time, zone refinement should be applied only to zones that significantly influence
the overall disk risk. This is determined through the use of the RFC for a zone, which indicates
the risk contribution of the zone relative to the risk of the disk, given as

P[F{]

RCF; = S 3)

where N is the total number of zones. The risk contribution factors are defined such that the sum
of each RCF will be of unity. Thus, a percent threshold can be assigned to determine if a zone
should be refined. Through this approach, zones are refined until they have an RCF less than an
RCF threshold.

As a general guideline for zone refinement, it was established that in the high stress
gradient regions, where the stresses produce stress intensities above the stress intensity threshold,
for every 1 ksi (6.895 MPa) in the transverse direction of the feature a defect location set was
necessary. Meanwhile, in low stress gradient regions, where the stresses produce intensity
factors below the stress intensity threshold, a defect location set is necessary only every 15 ksi
(103.421 MPa) in the transverse direction of the feature. The defect location sets should contain
corner crack type defect locations at the edges of the feature and any number of surface crack
type defect locations on the surface between the edges. It was determined that for a variation of
1.5 ksi (10.342 MPa) thru the circular feature one surface defect was required for the defect
location set. These guidelines were utilized in the establishment of the defect locations for both
the circular and non-circular component features. For these features the line of symmetry was
utilized to establish the transverse direction for the guidelines.
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2.3  Numerical Example

A representative Inconel 718 turbine disk was used to demonstrate the zone refinement
method. The three-dimensional model, which is characterized by eight major features as shown
in Figure 1. The defect locations were introduced in response to the stress gradient topology of
each feature to establish the feature-based discretization of the component as discussed in the
previous section. Other inputs used in the probabilistic analysis are shown in Table 1. Finite
element analysis was performed using Abaqus/CAE®. The material properties of Inconel 718
were obtained from the High Temp Metals Inc. [11] and Military Handbook, MIL-HDBK-5H
[12]. Once the finite element model, material properties, and loading/boundary conditions were
established, the stress analysis was performed. A convergence study was performed on the FEA
to ensure convergence of the results.

inlet Wb
Outiet Wel

infet
Bolthole

Cutlet ettt
Asesios Bolshole

Huk Wb

Hub

Fig. 1: Turbine disk model feature nomenclature.

Table 1. Input Values for the Probabilistic Analysis

Variable Input Value
Fracture Mechanics Method Flight_Life -Sigmoidal - No mean stress
Sigmoidal Crack Growth Model |'*! j—; = g 160397 Mj;itzu (Zn A'%L)m ( b %}Amm
Risk Computational Method Monte Carlo Simulation @10,000 samples
Failure Toughness Factor 76.92 MPaym!!
Stress Tntensity Threshold 7.69 MPaym!"!
Stress Multiplying Factor 0
Defect Distribution Manufacturing anome[;l]ies in circular
features
POD Curve 400 MV 50% Eddy Current™
Life Scatter 0
Inspection Time 4,000 & 8,000 cycles
Inspection Scatter 0
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The introduction of the defect locations are both geometry and stress gradient dependent. The
hub and hub web were found to have univariant stress gradients, which results in a single defect
location set required through these features. These were the only two features which were found
to have univariant stress gradients. Thus, dictating the development of an extensive method for
establishing the feature-based discretization of the remaining features; to ensure that the defect
location surface areas meet the assumption of univariant stress gradient at each defect location.
The max principal stresses and the corresponding defect locations for the two life-limiting
features have been provided in Figures 2 and 3.

The inlet air slots and bolt holes were found to have bivariant stress gradients. This
produces the need for multiple defect location sets through the features, as shown in Figure 3 for
the inlet air slot, to meet the assumption that the stress gradient of each defect location should be
univariant. These features were also found to be symmetric about the transverse direction of the
feature with respect to the max principal stresses, which can also be seen in the stress figure of
Figure 2. The symmetry of the feature stress gradients allows for the establishment of fewer
defect locations to fully define the total surface of the feature. This leads to an increase in the
computational efficiency of the probabilistic risk assessment.

The symmetry of the max principal stresses and the stress gradients were also identified
in the inlet web. As was found with the inlet air slots and bolt holes this decreases the number of
defect locations needed to define the feature, thus increasing the computational efficiency of the
model. The bivariant stress gradients of the inlet web lead to the necessity of multiple defect
location sets to generate the discretization such that the surface area associated with each defect
location will have a univariant stress gradient. The max principal stresses and corresponding
defect locations of the inlet web have been provided in Figure 2.

Line of Symmetry
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Fig. 2: Maximum principal s
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Fig. 3: Maximum principal stresses and the defect locations in inlet air slot.

A convergence study was performed on the number of defect locations within a given
feature. However, there is more to the convergence study than just adding more defect locations.
According to Millwater et. all, the identification of the defect locations requiring refinement is a
key ingredient for the refinement [14]. For the probabilistic risk assessment, the defect locations
should have nearly equal risk contribution factors (RCF). An initial run was performed for each
feature and the feature POF was obtained. From the risk results of the probabilistic risk
assessment a pie chart of the defect locations RCF’s was created, i.e. the inlet air-slot RCF’s
shown in Figure 4. Defect locations which have RCF’s greater than 5% are candidates for
refinement. The probabilistic risk assessment of the inlet air-slot, containing 30 defect locations,
has a large piece of the pie associated with one defect location, which is well above the 5% RCF
limit. To reduce the RCF at this defect location, the area associated with the defect location was
split into two and another defect location was added to the feature.

30 Defect Locations 32 Defect Locations pcations

W B2 B3 B4 B5 B6 B7 M2 @9 EI0;
Bl E2 @ B B6 W7 H @ Mo (@l @2 | B3 BS W0 @1% | @11 @12 @13 @12 @15 @16 @17 @15 @15 @20
@1 @12 @13 @14 @15 @l @17 @13 @15 @0 | @12 B13 @14 @15 @16 B17 @18 @18 B20 @21 B2 | @21 @22 @22 @24 E25 B26 @27 @28 @25 Mo
B21.822..82..824. 8%

B26. 027, 828 ©929 @30 | @23 @24 H25 B25 M7 @28 @25 M0 @31 M32 31,832 033 @34 B35 E36 D37, @38 030 |40

Figure 4: Defect location POF contribution factors for refinement of the inlet air slot.

This method of refinement was performed for all defect locations with risk contribution
factors greater than the 5% RCF limit. The new surface areas were then determined and
associated to the existing and new defect locations. Then, a new probabilistic risk assessment
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was performed. By investigating the effect of the refinement on the POF per flight cycle a check
for convergence can be made. Figure 5 shows the POF versus flight cycles for the probabilistic
risk assessment of the inlet air slot. From the figure, it can be seen that the POF has not
converged to a solution between the 30 and 32 defect location risk assessments. Therefore, the
defect location refinement was repeated, generating 40 defect locations. It can be seen that at
this point the defect location RCF’s are nearly equal with no exceedance of the RCF limit.
Correspondingly, the POF demonstrates convergence to a POF solution, as can be seen in Figure
3.

Inlet Air Slot w/ Inspectio
6.00E-07 '—E Inspections ;
5.00E-07
4.00E-07 T
3.00E-07
2.00E-07
1.00E-07
0.00E+00

1 1
] L - 1
H |

H |

T

Probability-of-failure

0 15 20

5 10
Flights (thousands)
= 30 defect locations =ms 32 defect locations w80 defect locations

Fig. 5: Convergence Plot of POF versus Flights for inlet air slot with inspection.

This confirms that the convergence of the feature POF has been attained. The
convergence procedure was repeated for each of the features that make up the representative
turbine disk. Once the Convergence of the Monte Carlo simulation and the feature risk of the
component have been obtained, the representative turbine disk POF can be established, in
accordance with Equation 1. This will generate the overall risk for the component as seen in
Figure 6. Table 2 provides the POF and # defect locations for each feature of the discretized
turbine disk at 20,000 flight cycles. The turbine disk end life POF was found to be 1.94E-6. The
probabilistic risk assessment was also performed utilizing the FAA life-limiting method. The
life-limiting method resulted in an end life POF of 2.06E-6. The risk results of the two methods
exhibit a 5.8% decrease in the end life POF, as a result of the discretization. The discretization
method removes conservatism in the risk determination of the life-limiting method by accounting
for the stress gradient topology.
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Figure 6: Plot of total disk risk with in-service inspections.

Table 2: Probabilistic risk assessment results for discretized turbine disk.

Feature External Method |Defect Locations
Inlet Air Slot 4.84E-07 40

Hub 6.13E-07 5

Hub Web 5.42E-07 21

Inlet Web 2.42E-07 179
Outlet Air Slot 2.25E-08 39

Inlet Bolt Hole 3.25E-08 29

Outlet Web 4.71E-10 66

Outlet Bolt Hole 8.21E-09 17
Component Total 1.94E-06 396

3. Low-cycle Fatigue Damage

Although the zone-based method provides accurate risk estimation, fatigue damage must
be addressed as components reach their LCF life. A method for including low-cycle-fatigne
damage in the probabilistic risk assessment is used to quantify the increased risk as components
remain in-service beyond the traditional limits. Total fatigue life is assumed to be the summation
of crack initiation life and crack propagation life. A microstructure-based crack initiation model
is utilized to develop a fatigue-induced anomaly distribution using variations in material
properties. Crack propagation laws determine the life of the initial flaw to failure. DARWIN® ig
used as the primary probabilistic module to determine the probability of failure with and without
inspection.
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3.1 Fatigue Life Models

The total fatigue life (Ny) of representative turbine rotors was assumed to be comprised
of two parts: (1) number of cycles to initiate a crack of a specific characteristic length and (2)
number of cycles to propagate a crack to a critical length. The total fatigue life is represented as,

Ny =N; + N, (@)

Where initiation life (N;) and propagation life (N,,) both depend on the stress range, temperature,
microstructure, and environment [ 15].

The fatigue-life variation in turbine engine materials have been investigated in several
studies [15-17]. These studies indicate the importance of microstructure properties in the fatigue
life. Tanaka and Mura [18] developed a crack initiation model that explicitly addressees
microstructure properties. The model was developed by considering the dislocation-dipole
mechanism along the slip band operating in a surface or subsurface grain, which ultimately leads
to crack nucleation. Tanaka and Mura's model was recently extended by Chan et al. [19] to
include crack initiation depth (a@;) and other relevant microstructure parameters.

(Ao — 240,)N;* = Li”ffi‘; /2 (%) (%)1/2 “

where Ao is the stress range, Ao, is the endurance limit, p is the shear modulus, 2 is a universal
constant (0.005), h is the slipband width, D is the grain size, and « is not a constant but depends
on the degree of slip irreversibility and the stacking-fault energy, where 0 < @ < 1. Upon crack
initiation, the crack is assumed to grow according to large crack growth laws.

3.2 Probabilistic Fatigue Framework

A probabilistic framework has been developed utilizing the fatigue crack growth models
and DARWIN® to determine the probability of failure due to low-cycle-fatigue damage as
shown in the schematic (Figure 7). A probabilistic code was developed in Matlab to characterize
fatigue damage in the form of an anomaly distribution using the initiation equation (Eq 2). The
fatigue anomaly distribution is input into DARWIN® to determine the probability of failure with
and without inspection. Random variables were assumed to be statistically uncorrelated, thus
only certain variables were chosen to have a distribution. The fatigue damage program assumed
that a single crack located in the highest stress region will dominate component failure since
multiple micro cracks will either coalesce into a single crack or one crack will dominate over the
others. Thus, only a single crack is assumed to exist for each of the major regions of the
component. A more thorough discussion about the method can be found in previous work [20].
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Fatigue Induced Damage
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Figure 7: Probabilistic framework

A Monte Carlo simulation was used to determine the initiated crack size distribution
using Equation 5. In this study, lognormal distributions were used for unknown variables since
fatigue life has been shown to be lognormal [21]. The mean and standard deviation of the
random material properties were obtained from experimental data from the literature. Since the
variables were lognormal random variables, the logarithmic of the variables were Gaussian
random variables. The mean and standard deviation of the logarithmic distributions were
represented by equations 8 and 9, respectively.

1
pir, = 2log(py) — 3 log(ui® + 0;%) ©)

1
oy = [—2log(y;) + log(u;® + 6;*)]2 @
where y; and o; are the mean and standard deviation of the random variable, respectively. Once
the initiated crack distribution is determined, it was submitted to DARWIN® in the form of an

anomaly distribution. Since the crack size was a random variable in Equation 2, the cycles to
initiation (N;) held constant and assumed to be correspond to the lower bound (-36) on the LCF
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curve. The risk assessment code in DARWIN® was used to determine the probability of failure
of the initiated crack distribution.

3.4 Application to a Nickel Turbine Rotor

The Inconel 718 turbine disk discussed in Section 2.3 (Figure 1) was run using the
purposed method for the two life-limiting locations of the disk, inlet air slot and inlet web. A
surface crack located at the air slot was assumed to be the dominating crack in the region, which
corresponds to the location of the highest stress of 965 MPa (Figure 2). The inlet web is assumed
to have a dominating corner crack at the highest stress location of 700 Mpa. The probability of
failure was determined using various inputs as described in Table 1. The loading spectrum was
assumed to have a zero to maximum loading per flight cycle and microstructure material
properties for Equation 5 are shown in Table 3.

Table 3: Inconel 718 material Properties

Initiation Model 122]

Variable Description Units Mean Stad. Deviation

D Grain Size um 6.7 2.68
M Taylor Factor - 2 -
A Universal Constant - 0.005 -
u Shear Modulus MPa 8.25E+04 -
v Poisson Ratio - 03 -

Ao, Endurance Limit MPa 480 -
o Life Exponent - 0.204 -
h Slipband Width pum 1.0E-3 -

Propag 113]

B Sigmoidal Constant - -16.0397 -
P Sigmoidal Constant - 3.1911 -
Q Sigmoidal Constant - 0.1 -
D Sigmoidal Constant - -0.1424 -

Ky Stress Tntensity Threshold MPa+m 7.69 -
Ke Fracture Toughness MPa vm 76.92 -
R Stress Ratio - 0 -

The fatigue damage program created and analyzed the fatigue anomaly distribution for
the two locations using the initiation life (Ni) of 4,000 and 6,000 cycles for the air slot and web,
respectively. A Monte Carlo simulation of 10,000 samples was used to determine the initiated
crack size distributions modeling grain size as lognormal random variable where other material
properties are assumed to be constant. The initiated fatigue crack distributions for the two
locations are given in Figure 8.

The POF analysis was performed using the two defect distributions with the sigmoidal
large crack growth equation. Figure 8 shows that the two anomaly distributions have a large
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impact on POF assessment. The accuracy of risk assessment is directly related to the accuracy of
the input distributions. However, not all input distributions are equally important. This study
showed that the anomaly distribution is the most sensitive parameter. Figure 9 demonstrates how
the initiated crack sizes increase exponentially with increasing initiation life, which is consistent
with Equation 5 showing that the mean initial crack size is proportional to N2*, Tn comparison,
the impact of other input distributions was relatively small. However, these conclusions are not
general and it is recommended that other factors may be included in component risk assessment.
Accurate assessment of component risk must consider not only material defects, but also the
uncertainty associated with inspection time, probability of detection by nondestructive
evaluation, and mission histories. The purposed probabilistic method coupled with DARWIN®
has the capability to address uncertainties and is useful in determining the risk associated with
component life extension. Furthermore, the predicted crack size distribution can be used to
establish an enhanced inspection schedule to ensure an adequate risk level is maintained.
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Figure 8: Risk results for the two selected features also showing how increasing grain size has
an adverse effect on crack initiation
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4. Conclusions

Turbine rotor disks have been traditionally managed by the combination of safe-life and
damage tolerance methods. These methods are conservative and yield high life-cycle cost, thus a
probabilistic RFC method is being investigated by the U.S. Air force to safely manage
components beyond their traditional LCF limit. The discretization method provides an accurate
way to assess the component risk due to rare defects by allowing multiple areas of the disk to be
sampled instead of addressing only the life-limiting location. For the test case in this study, the
discretization method provided a 5.8% decrease in the end of life POF compared to the FAA life-
limiting method. The discretization method was close to the life-limiting method; however, there
are many possible factors which may have led to this result. For example, the web features
utilized the same default anomaly distribution as the circular-hole features. The difference was
that the occurrence rate was established based on experience empirically. A change to the web
anomaly distribution or frequency reduction factor could result in a change in the similarity of
risk values. Therefore, a conclusion cannot be easily drawn rather it could be a coincidence of
the approximation of some of the analysis parameters of the probabilistic risk assessment.
However, the risks of the features are lower for the discretization method than that of the life-
limiting approach. This occurred because the discretization method accounts for the stress
gradient topology which removes some level of conservatism from the risk assessment in an
effort to move towards an absolute risk value. In addition, the method provides the user with a
robust risk assessment. For example, effects of feature-based inspections on the risk can be
obtained by using different parameters (i.e. POD curves or defect occurrence rates) for the
various discretized features.

Fatigue damage is another aspect to the RFC method that must be addressed before
components can be safely managed beyond their traditional LCF life. A probabilistic fatigue life
model developed to quantify the risk of failure as components reach their LCF life was
applicable in fleet life management. A microstructure-based initiation model relates crack
initiation life to crack depth by using grain-size material parameters. A fatigue damage risk
assessment code that integrated the fatigue life model into the probabilistic code DARWIN® was
able to predict the probability of failure with and without inspection. The initiation model was
used to determine the initial crack size distribution used in the probabilistic fracture mechanics.
The methodology was applied to Inconel 718 turbine disk to determine the probability of failure
due to fatigue induced damage. Results showed that the crack size at which the crack is assumed
to be initiated is the most sensitive parameter. The advantage of the fatigue damage program is
its usefulness in estimating the expected initial crack size for the POF analysis, which can further
be used to establish an enhanced inspection planning,
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Abstract

There is need for an antomated Structural Health Monitoring (SHM) system capable of
fatigue crack detection in bladed disks as current methods are slow, costly and imperfect.
Prerequisite for such a system is a fast method for producing the necessary data libraries.
In an cffort to develop such a method for simulating nonlinear structural response, fatigue
cracks in beams have been modeled by moditying the inputs to the structure rather than the
structure model itself to produce a closed-form solution for the total response. Although
the time savings are enormous, and the method has proven capable of correctly identifying
fatigue cracks over an cffective region in data gencrated by a more traditional bilincar
model, additional refinement is needed. The method for calibrating the signature profiles
used to identify fatigue cracks between methods is revisited and successfully improved.
Existing signaturc profiles for the bilincar model are reproduced with higher resolution,
and new features are observed. Different boundary conditions are evaluated with the new
method and compared to published results. Although similar, there are still discrepancies
that remain and will need to be investigated. Overall, the proposed method for modeling
and identifying fatigue cracks in beams has been improved, but will require validation
against physical experiments before being used on more complicated structures such as
bladed disks.

Introduction

Fatigue cracks are well known to cause failure of components in turbomachinery, often
with disastrous results [1, 2]. To avoid catastrophic failure due to fatigue, much effort
has been directed toward improving the safety and reliability of the components used in
aircraft turbomachinery [3]. In spite of these efforts, fatigue cracks remain difficult to
identify even with rigorous inspection, and the cost of traditional maintenance inspections
for turbomachinery components is high. To resolve these issues, the development of an
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automated SHM system would greatly de maintenance costs for turbomachinery while
simultaneously increaging the likelihood of preventing failure.

Ccreasc

Despite the difficulty in spotting fatigue damage, there are unique characteristics that can
identify the presence of a fatigue crack. As a structure is exposed to vibration, nonlinear
clastic behavior results from the crack opening and closing.  Although the nonlincarity is
highly localized around the crack, its behavior is well documented in beams [4]. Methods
have been developed and verified experimentally that exploit this phenomena through the
changes in Randomdec signature statistics resulting from the onsct of crack nonlincarity.
[5, 6, 7]. Other methods and nonlinear features have been investigated as well [8, 9, 10, 11].
To facilitate the development of an automated SHM system capable of identifying fatigue
crack location and scverity in bladed disk asscmblics, faster methods for obtaining the
response must be developed to generate sufficiently large data libraries. Previous efforts
have investigated such a method for fatigue cracks in beams to create a framework for
modeling and analysis in bladed disks. The focus of this rescarch is to continue investigating
the proposed method and to suggest changes that may improve its effectiveness. A summary
of both an earlier method used for comparison and the proposed method itself is provided
in the background section. An overview of the items investigated are provided in the next
section, followed by the results and conclusion.

Background and Previous Work

The response of a linear system excited at a single driving frequency is characterized by
oscillation at the same frequency. However, if a fatigue crack is present, the system is no
longer linear and harmonics will be observed in the response. To more readily identify the
presence of harmonics, the response can be analyzed in the frequency domain where it is
casier to isolate magnitude and phase. The auto spectrum density (ASD) is a particularly
effective tool for analyzing frequencies present in a signal, as shown in Figure (1) where
mals from a healthy and cracked beam are contrasted.
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Figure 1: The presence of a crack introduces additional frequency content to the response
ASD as shown.

As a beam vibrates, it dynamically deforms to assume an operational deflection shape

(ODS) dependent on the frequency of excitation. Such deformation induces various oscil-
lating degrees of curvature along the length of the beam. At the location of the crack,
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curvature is of critical importance since it determines whether the erack is open or closed.
For a crack on the top surface of a beam, negative curvature will open the crack intro-
ducing a point bending moment at the crack tip that produces the harmonics observed
in the response ASD. Conversely, positive curvature will cause the crack to close, and the
structure will behave as a healthy beam. Because of the bilinear nature of a beam with a
breathing fatigue crack, one method solves two separate models and uses the curvature at
the erack site to determine when to switch between them [12, 13]. This approach uses a
torsional spring to geometrically represent the fatigue crack when it is open. An alterna-
tive closed-form approach was developed and compared to the torsional spring method in
previous work[14].

Torsional Spring Approach

The closed-crack model is essentially a healthy beam, whereas the open-crack model in-
cludes an additional torsional spring that accounts for the increased compliance at the
crack location. Examples of both closed and open cases arc shown in Figures 2(a) and
2(b) respectively for the spring hinge-free configuration. The result is a pair of cigenprob-
lems, each with a different set of mode shapes and natural frequencies. By monitoring the
beam curvature at the crack location for cach time step. the status of the crack can be
determined and the appropriate model sclected. The critical limitation of this method is
that the mesh around the crack location must be very fine to ensure the correct model is
used during curvature transition, and this results in extraordinarily large amounts of time
needed to run the simulation. Since libraries of data must be generated, a faster method
is imperative.
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Figure 2: Models of the spring hinge-free beam configuration for both closed and open
crack states.

When the fatigue crack is closed, the system is linear and a continuous beam can be used
to determine the mode shapes. When the fatigue crack is open, two continuous sections
arc used to solve for the mode shapes. However, since continuity conditions are introduced
at the crack location for the open case, the resulting combined mode shapes for the open
ase are also continuous along the beam. As a result, the general derivation is the same but
with the mode shapes and natural frequencics used at cach time step determined by the
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beam curvature at the crack location. It has previously been shown[14] that the reduced
governing equation is given by

Fa;rb('/tt /'>

2 [(alt) + 26utonn(t) + @u(0)) Ya(@)] = fult) + =7

n

(0

where 7, (2,1) is any external excitation, fi(l) represents forces induced by rigid body
motion, and the displacement relative to the neutral surface in the beam is given by
>0 Yaul@)gn(1). Both rigid body motion terms and external excitation terms are included
to permit ready use whether using a shaker or repeated loading at a point along the beam.
Mass normalizing the mode shapes and taking advantage of orthogonality yields the modal
equations in Equation (2).

o an

pAY,(z)dx + / (e, )Y, (1) de (2)
0

. . 1 .
(]n,(l’> + 2@71\'*’711]71(‘) + Wn(]n,(w = //(l) /
Jo
where ¢, and w,, arc the corresponding modal damping ratios and natural frequencics, and
the right side of the equation represents modal forces resulting from rigid body motion and
external excitations.

For the spring hinge-free configuration, one end of a beam is attached to a shaker. Since the
bolts used to attach the beam arc not fully rigid, the boundary condition for the attached
end is considered a spring hinge rather than clamped. The shaker provides the input given
in Equation (5) and since there is no other external excitation, 1, = 0.

Yrp(t) = Asin(Qgt) (3)

To construct the cigenvalue problem for the spring hinge-free beam, the boundary condi-
tions arc considered first for the case of a closed crack in Figure 2(a)

at z=0: Y, (0) =0, EBIV'(0) = K.Y/ () (4)

at z=1L: YILYy=0, Y)(L)=0 (5)

where K, is the torsional stiffness of the spring hinge and primes represent spatial deriva-
tives with respecet to . From the boundary conditions, the natural frequencies are obtained
numerically. The closed-crack mode shapes have previously been obtained[14] and are given
in Equation (6).

Closed-Crack Mode Shapes:

26, ET 26, FET
Yo(z) = ¢, {7 (14 0,) cos Bua + ( z + 1+ ( ;; — 1) 0’,,) sin Bz

+ ({*sin;r + (Tn(’,‘d""r:| <0>
where ¢, is used to mass normalize the mode shapes, and coefficients o, are defined as

(M) (sin 8, L + cos B, L) + 2sin B, L

K

(7)

Tn = -~ o
(”KJ) (—sin 8,1 — cos B, L) + 2cos 3, . + 2eL

When the crack is open, the eigenvalue problem is formed in order to calculate the mode
shapes and natural frequencies by considering boundary conditions and continuity condi-
tions at the location of the crack. The spring hinge is at the left end (z; = 0) while the
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right end (@, = 0) is free. The mode shapes in Equations (14) and (15) have been derived
in previous work[14].

Open-Crack Boundary Conditions:

d? K, d
a =0 Y1(0) =0, — [Y1(0)] = ==—
at @ 1(0) d:z:f[ 1(0)] E[(m[ 1(0)] (8)
b =0 & [V2(0)] =0 & [V2(0)] =0 (9)
i i da2 T g R
Open-Crack Continuity Conditions:
Yi(z,) = Yo(L —x) (10)
d:% d:%

— [Yi(z)] = ——[Yo(l.— 2, 11
(1(1"1‘[ o)) dJ’j[ 2 ve)] (1)

&2 Kr [ d d
— Yi(z)] = —— | — V(. — Yo (L — 2, 12
dzl;f[ ()] ET <dzl>1 Vi(we)l + (l:z:z[ 2 ! ”) (12)

d? Kr [ d d
— [Yo(L —2)] = — — [V (. — [Yo(L — 2, 13
dzl;ﬁ[ o ve)] ET <dzl>1 Vi(we)l + (l:z:z[ 2 ! ”) (13)

Open-Crack Mode Shapes:
3,1 .
Yin = 6, { — A, cos 8,2 + <2 - A, (1 — W}"#)) ¢in B,x + e % +
e

(A, - 1) (1‘3”"’”} , O<o<a, (14)

Yo = Ontin { — B cos By (L — x) — (B, + 2)sin 8,(L — x) + e Pnlmn) _
(B, + 1)6"{}7'(117”:| L xS e <L (15)

where coefficients «,, are expressed as

—A, cos Bz, + (2 —A, (1 — %)) $in B, X, + ¢ 7% 4 (A, — 1) ePne
—B,, co8 B, (L — z.) — (B, + 2)sin B (L — x,) + e~ L=z — (B, 4 1)ebnL—e)

(16)

yy =

Cocflicients A, and B, arc expressed as shown in the appendix, and 4, are constants used
to mass normalize the mode shapes.

Proposed Closed-Form Method

The proposed method summarized in this section was developed specifically to reduce the
computation time for generating the cracked beam response to permit faster crack identi-
fication. By directly modeling the forces resulting from the presence of the fatigue crack,
a single model can be used in place of the costly dual-model approach which eliminates
the need for heavy mesh refinement in the arca of the crack and increasingly smaller time
steps as the curvature transitions. For repeated sinusoidal loading, the crack can be di-
rectly modeled as an applied bending morent that is only active when the curvature causes
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the erack to open. The Fourier series expansion of the half-wave rectified sinusoid shown
in Figure (3) and Equation (17) is selected to represent the temporal component of the
nonlinear self-excitation since a fatigue crack is essentially inactive when closed.

11 2 (1+cos(km)\
I()== + 5 sin (1) kz: - < T2 cos(kQql) (17)
' jY
A
L
o T2 . El 4 e ¥ 10
(a) Time Domain (b) Fourier Cocflicients

Figure 3: Model of forces from crack surface interaction.

Observing the Fourier coefficients in Figure 3(b), the second harmonic is identified as the
most prominent after the fundamental. Since the nonlincar features arc relatively small,
the driving frequency is sct to half of any natural frequency so that the sccond harmonic
coincides with the modal resonant peak. By defining the driving frequency in this way, the
nonlinear responsc is increased without jeopardizing the integrity of the structure. Also note
in the stem plot of Figure (3) that although the harmonic at double the driving frequency
is significant, there is no harmonic observed at half the driving frequency. This indicates
that despite the prediction of a subharmonic resonance by the bilincar stiffness model [15],
the nonlincarity introduced by a breathing fatigue crack will only produce superharmonic
resonance. Although not anticipated, this behavior was observed in previous work by Meier
ct al.

Consider once again a beam with generic boundary conditions and inputs. A crack of
depth d is located at a distance x, from the left end. As before, there may be excitation
terms to account for rigid body motion and other external excitation. In addition, since a
fatigue crack applics a point bending moment, the spatial component of the nonlinear self-
excitation is represented by a spatial doublet pair, or the sccond spatial derivative of the
Dirac delta function at x.. The unit nonlinear forcing function is then given in Equation
(18) where (1) is the half-wave rectified sinusoid.
.
Folar.t) = (D) (3(x — ) (18)

du?

(

After expanding the general governing equation, the modal equations become

To(t) + 26uwnT(t) + 2T (t)

oL
/ (pASfe + efe(x, t)) Wy (z)dx (19)
Jo

d?

- oL
Je A PAW, (z)dx + ek, (1 )'A Wa(a )(]1 (3(x — )
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To be concise, let T, represent the definite integral of pAW,, (@) over the length of the beam
and apply integration by parts to the other integral in Equation (19). The result is a single
set of closed-form modal equations given by

To(t) + 2GuwnTo(t) + W2, (1) = Tofo(t) + €Wl (2) (1) (20)

In order to make use of the modal equations in Equation (20), a critical step remains.
Throughout the derivation, amplitude € of the nonlinear forcing function has been left
undefined with the only constraint being that it is not a function of position x since it was
factored out of the spatial integral in Equation (19). However, it is likely proportional to
the crack location x,. and the relative crack depth d, so a function of this form is considered.

Recalling the torsional spring approach, a crack behaves like a torsional spring that applies
a point bending moment at the crack tip when the crack is open. The shape factor from
Equation (??) is a polynomial in relative crack depth that can be used in the nonlinear
amplitude. In addition, the curvature sign and magnitude at the location of the crack will
affect the nonlinear forcing function and will be included in e. Therefore, the following
function will be considered for the amplitude of the nonlincar forcing function.

e = a(r.) £ (d) (21)

where () is the amplitude of the ODS curvature at the crack location, and F(d) is the
depth-dependent shape factor.

For the spring hinge-free configuration, the shaker induces rigid body motion. Since there
arc no other external inputs, I,,, = 0. Restating the boundary conditions corresponding
to the springhinge-free configuration:

at x=0: W,(0) =0, EIW/(0) = K,W.(0) (22)
at w=1T: W/L)y=0, W"(L)=0 (23)

Applying these boundary conditions to Equation (??) produces a system of equations that
can be represented in matrix form as shown:

1 0 1 1 A1y 0
B K1 Bubl | | Bkl
i _ O 1 N, 1 Lo —1 . 0
Ca, = ) Aif; —:% B Uon | _ (24)
— —cos B, L —sinB, L e P ePn U3 0

sinfB,.  —cosfB L. —e el ap 0

For a nontrivial solution, the determinant of the cocficient matrix €' must be zero. This
yields the characteristic equation given in Equation (25) used to solve for £, values that
satisfy this constraint.

1
f

8,151 ) .
- 7 (cosh B, Lsin 8, L — cos B, Lsinh 8, L) — cos B L cosh B, L =1 (25)

,(‘,
Using the 8, values obtained from Equation (25) ensures |C] = 0, and also that the rows
of €' are not linearly independent. This in turn requires coefficients ai,,, as, and ag, to be
represented in terms of agy,. To accomplish this, the fourth row of €' is dropped as shown
in Equation (26), and the remaining matrix is converted to reduced row echelon form as
shown in Equation (27).
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1 0 W 0
bt -1 1 Z’ = o (26)
—cos B, —sinf,L n 0
(L4p
100 —cm Z‘” 0
reduces to: 01 0 —ep (Iz”' = |0 (27)
00 1 —cgu| |00 0
Uy,

New cocflicients ¢y, ¢, and ¢y, in Equation (27) are functions of §,, E, I, K, and L and
relate Gy, Gz, and ag, to ag,. Using these relationships with Equation (??) yields

Wo(x) = aan ((%1,, €08 Bt + Cap $iN B + cape” T 4 e "’) (28)

where a4y, ¢, o, and es, can have different values for each mode.

Fatigue Crack Identification

To make the response data uscful for identifying fatigne cracks with cither of the methods
summarized, the ratio of fundamental and sccond harmonic magnitudes in the ASD of
the response is used as the spectral signature for a given crack location and depth with
cxcitation at a specified driving frequency. The spectral signature profile for a given mode
is a collection of all crack signatures for a range of crack depths and locations relative
to the healthy or zero signature. The zero signature is the spectral signature when crack
depth goes to zero. Subtracting this value from the damaged spectral signatures yiclds the
speetral signature profile.

The driving frequency for all spectral signatures within a profile will be half the natural
frequency for the corresponding mode to ensure the largest harmonic resulting from the
presence of a crack is amplified. Crack signature profiles must be generated for at leasts
two modes before identification is possible for cases with an arbitrary crack of unknown
depth and location as the two profiles must be cross-referenced. In cases where multiple
predictions occur, additional modes are required.

When a crack is identified, an arbitrary crack is placed in the closed-form model, and
the system is excited at driving frequencics cotresponding to the crack signature profiles
that will be used for identification. The spectral signature is determined for each case
and plotted as a line on each of the corresponding crack signature profiles. The intersec-
tions between the spectral signature line from the test case and the crack signature profile
are possible combinations of depth and location that could produce the observed spectral
ignature. The intersection points from each profile can then be used to plot prediction
curves for cach mode on a scparate figure. The point at which these prediction curv
tersect represents the common prediction between profiles and identifies the crack location
and depth. Optimization can be used to ensure the fewest number of modes are used to
identify the crack location and depth.
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Figure (4) presents a comparison of the signature profiles for both methods for a 10%
relative crack depth for modes 2-5 [14].
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Figure 4: Signature profile comparison from previous work for each mode

Further Investigation of the Proposed Method

The closed-form approach scrved to reduce computation time by four orders of magnitude,
but was only effective over a limited range of the structure. In addition, the tools used for
crack identification were calibrated in an inconvenient manner as it required multiple cases
to be run with the torsional spring model. Pinned-pinned boundary conditions arc also
considered to provide insight regarding the causes of the limited effective range observed
in previous work[14]. Efforts to address these concerns are discussed in the results.

Pinned-Pinned Configuration

The pinned-pinned case was found in literature and served as the inspiration for much of
this work. Since the closed-form method had a limited effective range when applied to a
beam with a spring hinge-free configuration, examining the pinned-pinned configuration

may provide insight. All data used for comparison to the proposed method outlined here is
obtained directly from the work performed by Sundermeyer et al [12]. In the pinned-pinned
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configuration, cach end of the beam is pinned as indicated. External excitation is provided
at two locations x4 and xp as shown in Equation (29), and f, = 0.

Ft%;rl (ZU? [> = /-\(l /'> + ,/’H(fl;: /'>
= Fusin(Qat)o(x — x4) + Fpsin(Qpt)d(x — xp) (29)

For the closed-crack case, the translation and moment must be zero at each boundary
(=0 and x = L) as shown in Equations (30) and (31).

at x=0: Y, (0) = 0, Y/(0) =0 (30)
at x=1L: Y (L)y=0, Y (L)=0 (31)

When the crack is open, the coordinates #; and a, are defined as before and used in place
of 2. The boundary conditions for the open case are given in Equations (32) and (33), and
the continuity equations are the same as for the spring hinge-free configuration.

2
at @ =0: Yi(0) = 0. # Vi) =0 (32)
duwy
d? .
dz}

For the proposed closed-form method, a single model is used. The mass normalized mode
shapes and natural frequencies are well known and arc given in Equation (34) and (35).

2 . /nwx .
W, (%) = 4/ oAz (/T) (34)
nm\? (KT
Wy = - 35
( L ) pA 35

As before, f; = 0 and external excitation is provided at two locations =4 and zp and is
described by Equation (29). However, with this method the frequency must be determined
for the Fourier series in F,(t). Since the nonlinear peak in the response ASD is at the
difference of input frequencies, the driving frequency for the self-excitation is assumed to
have the same form as shown in Equation (36).

Qar = Qp — Q4 (36)

Results

In order to better compare the spectral signature profiles between the two methods, a
higher resolution data set is obtained for the torsional spring model at ten percent crack
depth for each of the modes of interest 2-5. Whereas previously a crack was evaluated at
every 0.17, the profiles in Figure (5) consider a crack at every 0.017. Upon examining
the higher resolution signature profiles for the torsion spring method, many features are
observed that were not previously present. In several instances, the curves are irregular
when compared to the general shape of the closed-form profiles. Most interesting is the
second mode where there are significant discontinuities.
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The next consideration is an improved method for calibrating the closed-form signature
profiles. In order for the signature profiles to be useful in crack identification, both the
magnitude of the profiles and any test data obtained for identification must be scaled to
a common range. As mentioned carlier, initial calibration was achicved with a ratio of
maximum values from the profile for each method, which clearly defeats the benefits of the
closed-form method. Various alternatives were tried, but the simplest and most effective
solution found was to compare the same point in both profiles. Since only a single signature
is compared, only one signature needs to be generated for each mode with the slower
torsional spring method. While testing this method, it was found that the point chosen for
comparison changed the relative magnitudes of the signature profiles, with the best results
occuring where the closed from signature profiles were maximum. In consideration of this,
the scale factor is now the ratio of the signatures in both profiles that correspond to the
maximum value in the closed-form profile. First, the signature profiles for the closed-form
method are produced and the maximum signature value is located. The crack location and
depth corresponding to the maximum are identified, and a test is run with the torsional
spring simulation at these settings to obtain the signature. With cach of these valucs, the
new scale factor is obtained but without the need to run long and costly simulations with
the slower method. The results are provided in Table (1) and Figure (5).

Table 1: Scale factors for the spring hinge-free beam

Natural Driving Zero Scale
Mode | Frequeney (Hz) | Frequency (Hz) | Signature (1079) | Factor
2 142 71 5.309 0.2364
3 400 200 0.0667 0.3532

4 786 393 0.0173 573.5

5 1306 653 0.0063 790.7

Although discrepancies are still observed, it is clear that the scale factor is just as effective
for comparing the signature profiles. In addition, using the higher resolution torsion spring
profiles makes it casier to determine which regions actually have poor coherence.

Finally, the pinned-pinned casc is considered to evaluate what role the boundary conditions
may have in the disparities observed. All settings are chosen to allow for direct comparison
with Sundermeyer et al, and Figure (6) shows the ASD of a pinned-pinned beam with a
crack at the midpoint. The sccond input frequency, Qp, is sclected to ensure the difference
frequency coincides with the first resonance. As expected, the nonlinear peak is amplified.

The primary difference between the results presented by Sundermeyer et al and the spectral
signature profile in Figure 6(b) is symmetry. Although the profile produced with the torsion
spring method was skewed and had a minor discontinuity, the profile produced with the
closed-form method is continuous and relatively symrmetric.
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(¢) Mode 4 (d) Mode 5

Figure 5: Signature profile comparison for cach mode
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(a) ASD (b) Spectral Signature Profile

Figure 6: Results for the pinned-pinned closed-form solution.

Conclusion

In this research, additional investigation was performed to improve upon a closed-form
method for obtaining the nonlinear response of a fatigue cracked beam. The method used
for scaling and comparing the spectral signature profiles was examined and successfully
altered to ensure time savings gained by the closed-form method are not forfeited. The
number of crack locations considered with the torsion spring method was increased by a
factor of ten, which provided considerably more detail for comparing the spectral profiles.
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New featurcs were observed that were previously unknown as they fell between samples.
Tt is now easier to identify regions of disparity that must be rectified.

The closed-form method was applied to a pinned-pinned beam and compared to previously
published work by Sundermeyer et al. The response ASD proved similar with a nonlinear
peak appearing as expected, though the speetral signatures did not match. The discrepan-
cies with this model will serve as an additional resource to help determine what potential
changes can be made to the closed-form method to better approximate the nonlinear re-
sponsc of a cracked beam. The issues observed with the pinned-pinned configuration also
imply that the problems observed with the spring hinge-free configuration are not solely
related to the boundary conditions.

The next phase of investigation is to setup an experiment for obtaining the actual response

of a cracked beam. Work has alrcady begun on this effort, and the data obtained will be
used for validating and modifying the closed-form method as necessary.

Appendix

Coefficients A, and B, in Eq. (14, 15, 16are expressed as

A d3adr2dys — dgadisdas — dgadagdia + dsodaadys + dssdoadiy — dgsdaadis <97>
n — 2
dyadydyg — dasdordy) — dardasdis + dsidoadis + dsady 1 das — daadyzda

B dsidandis — dsidaadin + dsadaadyy — dsadaidiy — dsadiidag + dsadiady (38)
" —dyadidas + dipdizdar + diydosdin — dysdardis — dyidoadiy + dyidaydas

where coefficients d,,, for each mode i are given as:

20, KT .
di = <1 — 1’; > sin(B,X.) + cos(B, X.) — e Xe (39)
dip = 2sin(8,X,) + e PnXe _ pfnXe (40)
dig = —cos(Bu(T — X)) — sin(Bu (T — X)) — (2% (41)
dig = 28i(Ba(L — X)) + e UK gfnllmXe) (42)

3, p
dy) = sin(B,X,) — < 2[”L ! > cos(B8, X ) — X (43)
dog = =2c¢08(8,X.) — e InXe _ pinX (44)
dys = sin(Bu(L — X)) — cos(Bu(L — X)) + M=% (45)
dor = 2co8(0, (L — X)) — ¢ Pnl=Xe) _ ofnll=Xe) (46)

K,
ds = —cos(8,X.) Bl Bplil

28,01 Ky .
+ (1 “TK ) (ﬁnffj[(tos(ﬂn,X,,) - sm(ﬁnX,,)) (47)

K, )
sin(f,X.) — <1+ \L‘ )({,i,,Xc

K\ sy K\ 4y K, ,
Loy — _ S~ Xe _ _M ) o8 Xe 3 3 )
dyy <1 ﬂ,,,E[) € 1+ ARl € +2 ﬁnF] cos(B, X)) — sin( B, X..) | (48)
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K

dyy = —— ((5“7”(’ﬁxc) —sin(B8, (L — X)) + cos(Bu(L — X,,))) (49)
bkl
Ky —Bull=Xe) _ Bal(l—Xc)
Loy — —p (L= Xe) _ ofnll=Xe) _ 9 00g(, - X, 5
dsy G (—e ¢ 2c08(8,(L — X)) (50)
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Abstract:

Titanium is highly desirable for a wide range of applications because of its combination of high
strength, low density and outstanding corrosion characteristics. However, the cost of titanium,
produced by conventional technology, is high compared to steel and aluminum, which is a result
of high extraction and processing costs. New approaches are being investigated maintaining
required quality while lowering the cost of finished products. Ti alloy powder, Ti-6Al-4V,
manufactured by a low cost hydride-process and consolidated into flat products (sheet, plate),
were studied. The results of the study were compared with the properties obtained from plates of
Armstrong Titanium consolidated powder. To remove the prior history of consolidation, the
plates are beta annealed and the test results are compared with “as received” condition. The
mechanism of the fatigue crack growth rate difference, fracture toughness, and stress-corrosion
cracking resistance in terms of the respective Ti-6Al-4V microstructure differences will be
discussed.

Key words: Titanium alloy, Armstrong-process, hydride-process, stress-corrosion cracking,
fatigue crack growth.

1. Introduction

Titanium and its alloys are important for wide range of applications because of their lightweight,
high specific strength, shock resistance, non-magnetic signature, and corrosion resistance
characteristics. The high specific strength means that much lighter weight equivalent structures
can be designed on ships enabling increased payload, range and speed. The corrosion resistance
of titanium provides reduced maintenance and life cycle costs, along with reduced signatures
through elimination of corrosion currents. The high melting temperature of titanium provides
high tolerance to fire damage. The nonmagnetic properties of titanium provide increased
survivability through reduced magnetic signatures, while also making titanium ideal for
electronic component or mine countermeasure applications. However, because of its relatively
high price — a result of extraction and processing costs- it is used basically only when it is the
only choice; with the caveat that titanium has a bright “image” which can lead to use even when
the economics are unfavorable. Broadly speaking, cost reduction can come from either reduction
in the cost of production of the metal itself or from creative techniques for the fabrication of
reliable components. Over the past few years there has been a lot of activity in the area of reduced
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cost titanium extraction processes. This is particularly a result of new and developing applications
such as armor and auto use where a cost reduction could significantly increase use. However, it
must be kept in mind that in the big picture the cost of extraction is a small fraction of the total
cost needed to develop high-performance fabricated component.

Many new processes for reducing the cost of titanium have been discovered and researched over
the last ten years. Several new companies have been founded to investigate and scale up these
processes with the goal of reducing the cost of parts made from titanium metal and alloys. Two
examples are ADMA Products Inc. (hydride process) and International Titanium Powders (ITP-
Armstrong process). Many of the products of these new companies are in powder or pellet forms.
Two processing streams for these low-cost materials can be envisaged: sponge substitute and
direct consolidation. Simply using these new materials as feedstock for the old processing
methods may produce significant savings. It is probable that greater savings, perhaps even
revolutionary savings, may result from the combination of low-cost titanium feedstock and
efficient processing to produce directly consolidated forms. The conventional method of
consolidating the powder is to heat the compacted powder in a resistively heated or oil/gas-fired
furnace. However, the time at temperature for consolidation is necessarily long because of the
thermal inertia of the furnace leading to large grain size that in turn reduces the strength of the
material. Evaluation of the mechanical properties of the consolidated product is important.

2. Experimental

Ti-6Al-4V Plates of approximately 13 mm thick with oxygen contents varying between 0.15 and
0.286 wt% (~ 0.44 to 0.85 at%) were used in this study. The plates were obtained from two
different sources: one from ADMA Products Inc and the other from Concurrent Technology
Corporation (Ti-6Al-4V powder processed at ITP). All the plates are consolidated at ADMA
Products Inc. as shown in Figure 1. Table 1 shows range of chemical composition of the Ti-6Al-
4V plates used. It is noted that the main difference in chemical composition between the plates
are the oxygen content as noted in table 1. Hydrogen is removed during processing and the plates
contain hydrogen less than 0.0054 wt% as noted in table 1.

Gelimmied pant o i?swd-xzf Lagy 4-'9,2 SHitn

Figure 1. Direct Consolidation - a key to cost reduction (Courtesy of ADMA Products Inc.)
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Table 1: Range of Chemical composition of the plates used.

Element, wt % Ti-6Al-4V
Aluminum 5.88-6.16
Vanadium 421-4.23
Iron 0.076 - 0.080
Oxygen 0.15-0.286
Carbon 0.009-0.010
Nitrogen 0.008 - 0.021
Hydrogen 0.0018 - 0.0054
Yittrium <0.0005
Silicon 0.015-0.020
Chromium 0.020 - 0.028
Total Others <0.40
Other elements each <0.10
Titanium Remainder

Optical micrographs of the as-received plates are shown in Figure 2. It is noted that the plate
from CTC with O, = 0.208 wt% shows microstructure (Figure 2a) similar to beta annealed. The
plate, HD 64A-5, with O, = 0.286 wt% shows alpha-beta annealed microstructure (Figure 2b)
whereas the plate, HD 64D, with O, = 0.15 wt% also shows alpha-beta annealed microstructure
(Figure 2¢) with texture compared to HD 64A-5 (Figure 2b) plate.

The samples were tested in two different conditions: one set of samples in as-received and the
other set as beta annealed. Beta annealing was done by heating the samples in vacuum to
1038 °C and holding at the temperatures for 0.5 hr and then cooled to room temperature in argon.
This is followed by annealing at 732 °C for 2 h in vacuum, then cooled to room temperature in
argon. The microstructures of these samples are shown in Figure 3. The goal of the beta
annealing was to remove prior history of the plates of Ti-6Al-4V and produce the same prior beta
grain size and Widmanstatten packet size. This microstructure was not achieved for sample (HD
64A-5) with O, = 0.286 wt% as shown in Figure 3b where the remnants of alpha phase are
evident. The average prior beta grain sizes of these samples after annealing are also different and
range from 0.15 to 0.5 mm. Since oxygen contents of these plates are different, the beta transus
temperatures of samples made from these plates are different [1]. The beta annealing of these
samples was done under the same condition with the understanding that all samples have the beta
transus temperature less than 1038°C. This was not the case for the sample (HD 64A-5) with O,
=0.286 wt% as evidenced by microstructure in Figure 3b.

Compact tension specimens, having 25.4-mm and 10.2-mm thickness, were used, respectively,
for fracture toughness determination, for Stress-Corrosion Cracking (SCC), and fatigue threshold
studies. To enhance constraint so as to more closely simulate the more conservative plane strain
condition and to increase the chances of cracking in the desired plane, a 5% side groove (90° root
angle and 0.254 mm maximum root radius) was introduced on both sides of each compact
tension specimen. For SCC studies, rising-step-load tests were used to determine the sub-critical
cracking thresholds under SCC conditions in 3.5% NaCl solution [2]. Before rising-step-load
testing, the specimens were fatigue pre-cracked using load shedding techniques to achieve final
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pre-cracking stress intensity less than 60% of the expected sub-critical cracking threshold. The
load was applied by a screw-driven test machine with a horizontal load axis. This allows the CT
specimen to be suspended in a dish of salt solution. A hold time of 15 minutes was used for each
step load. The stress intensity loading rate during the rising load portion of each step was about
0.0167 MPaym/s. Each load step was approximately 1.8 MPavm as shown in Figure 4. Crack
growth is indicated by a downward slope in the load vs. time curve, so the threshold K value
reported is computed from the load of the next lower step. Following the rising-step-load
subcritical cracking tests, the fracture surfaces were examined by scanning electron microscopy
(SEM) to identify the fracture mode and cracking mechanisms.

For the fatigue tests, the load was applied by a servo-hydraulic actuator with a horizontal load
axis. As with the SCC test, this allows the CT specimen to be suspended in a dish of salt solution.
The fatigue loads were applied at 10 Hz with R = 0.10. The loads were varied to generate the
complete delta K range on a single specimen.

e
(©)
Figure 2. Optical micrographs of as received (a) CTC 64-5 with O, = 0.208 wt% (b) HD 64A-5
with O, = 0.286 wt% (c) HD 64D with O, = 0.15 wt%.
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3. Results and Discussion

3.1. Fracture Toughness

The fracture toughness data presented in Table 2 for all the samples and plotted against oxygen
content in Figure 5 for beta annealed specimens only do not satisfy the strict plane strain
constraint requirements. Nevertheless, since all specimens are of the same thickness, we can still
compare their fracture toughness. As shown in Figure 5 for beta annealed specimens, fracture
toughness increases linearly with decreasing oxygen concentration. However, the as-received
hydrided samples have low fracture toughness compared to beta annealed except the CTC
samples which might have been beta annealed when we received the samples. It is interesting to
note the effect of oxygen content on fracture toughness of beta annealed samples. There are other
variables that could affect the fracture toughness such as grain size, chemical composition and
texture. Even though there are variations in grain size and chemical composition of the beta
annealed samples, the effect of oxygen seems more prevalent.

(b)

(©)
Figure 3. Optical micrographs of beta annealed (a) (a) CTC 64-5 with O, = 0.208 wt% (b) HD
64A-5 with O, = 0.286 wt% (c) HD 64D with O, = 0.15 wt%.
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Table 2: Fracture toughness of Ti-6A1-4V as function of oxygen content and heat treatment.

Material Specimen | Oxygen Heat Ksce MPaYm
Ti-6Al-4V; ~0.5” thick (D #) (Wt%) Treatment (ksivin), Average
ADMA HD64D 0.15 As-Received* 22.0 (20.0)
ADMA HD64D 0.15 Beta Annealed 66.4 (60.4)
ADMA HD64A-5 | 0.286 | As-Received* 23.7 (21.6)
ADMA HD64A-5 | 0.286 | Beta Annealed 34.6 (31.5)
CTC(ITP) CTC64-5 | 0.208 | As-Received** 66.0 (60.1)
CTC (ITP) CTC64-5 | 0.208 | Beta Annealed 56.8 (51.7)

* alpha-beta-anneal.
** microstructure shows beta-annealed in as-received condition.
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Figure 4. Rising Step Load SCC Test in 3.5% NaCl (Beta Annealed CTC64)

3.2. Stress-Corrosion Cracking
The SCC threshold stress intensities obtained in 3.5 wt% NaCl solution for all the plates of Ti-

6Al1-4V are shown in Figure 5. The SCC threshold data for a typical sample of Ti-6Al-4V (O,=
~0.10) obtained from earlier investigations are also included in Figure 6 for comparison [3]. It is
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interesting to note that the SCC threshold of Ti-6Al-4V begins to decrease immediately as
oxygen content starts to increase. However, as the oxygen concentration increases there is only a
modest decrease in SCC threshold. The low oxygen-containing Ti-6Al-4V alloys, which exhibit
high SCC thresholds, failed under sustained-load cracking (SLC). It is clear from Figure 5 that
for good SCC resistance, keeping oxygen concentration low is important.
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Figure 5. Stress intensity as a function of oxygen content for beta annealed Ti-6Al1-4V.

3.3. Fatigue Crack Growth

The fatigue crack growth kinetics are obtained at R = 0.10 for Ti-6Al-4V with various oxygen
concentration in an ambient air. The fatigue crack growth rate data for Ti-6Al-4V with oxygen
contents ranging from 0.15 to 0.286 wt% all falls into a very narrow band. The fatigue crack
growth rate at certain stress intensity factor range and the fatigue crack growth threshold stress
intensity range are about the same for each Ti-6Al-4V alloy. Thus, oxygen levels in the range of
0.15 to 0.286 wt% have no effect on the fatigue crack growth kinetics of Ti-6A1-4V.

3.4. Fractographic Analyses of Fatigue Specimens
The representative fracture surface morphologies of as-received and beta annealed conditions of

for two samples, HD64A and CTC64, are shown in Figures 7 to 10. Fracture surface
morphologies of HD64D are not presented.
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Figure 6. Fatigue crack growth showing threshold stress intensity for different samples
(a) as-received, (b) beta annealed. This shows more scatter in the threshold of as-
received relative to beta annealed.

As-received HD64A @ 2 K =25 MPaA,m As-received HD64A @ 2K =10 MPaA,m
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no basket weave

no striations

no basket weave

P As-received HD64A @ near 2 K, =7 MPaA,m
striations

Smooth
no basket weave
no striations

Figures 7. Fatigue fracture surface morphologies of as-received HDA64A
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No basket weave As-received CTCo4 No basket weave
Striations No striations
Not as rough
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Figures 9. Fatigue fracture surface morphologies of as-received CTC64
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Figures 10. Fatigue fracture surface morphologies of beta annealed CTC64

Table 3. Fracture surface morphologies of as-received and beta annealed conditions of for two

samples, HD64A and CTC64, as shown in Figures 7 to 10

no striationgno striations [no striations

2K | HD64A CTC64
MPaA,|
AR BA AR BA
> Ky, | smooth smooth not as rough | rough
no BW no BW BW not clear| BW not clear

no striations

smooth smooth
10 no BW BW

not as rough
no BW

no striationgno striations [no striations

rough
BW not clear|
no striations

smooth smooth not as rough | less rough
25 no BW BW no BW BW
striations  [striations  [striations striations

As shown in Figure 7 the SCC fracture surface morphologies of the as received in Ti-6Al-4V
with 0.286 wt% oxygen consists primarily of micro void coalescence and coarse irregular flutes.
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The beta annealed Ti-6Al1-4V with 0.286 wt% oxygen, Figure 8, has similar fracture surface
morphology as that shown in Figure 7. This type of fracture surface morphology is also similar
to the fast fracture region in air. Similarly, for Ti-6Al-4V containing 0.208 wt% oxygen, their
fracture surface morphologies are about the same. Cleavage cracking, which is characteristic of
many SCC fractures in titanium alloys, was not found in the SCC crack areas [4-7]. The fluting
observed was not qualitatively similar to that seen in classic SCC fracture surfaces of susceptible
higher-oxygen titanium alloys, being much less regular and straight-sided. Therefore, SCC was
probably not the cause of the observed slow subcritical cracking in Ti-6-4. Rather, the subcritical
cracking mechanism for these alloys in salt water environment is more likely to be similar to that
responsible for inert-environment sustained-load cracking of titanium alloys [3-4].

As the oxygen concentration increases the fracture surface morphology is characterized by the
presence of many regular flutes and river patterns. Flutes are ruptured halves of tubular voids
that form on prismatic surfaces by planar, intersecting slip on {1010} planes in the alpha phase
[4]. The tearing ridges that delineate the flutes are straight, merging into one another abruptly to
form river patterns. Interstitial oxygen in titanium alloys promotes fluting by restricting cross slip
and facilitating columnar slip [4]. SCC conditions can further promote flute formation in
titanium alloys indirectly by causing multiple cleavages. The presence of characteristic regular
flutes suggests SCC susceptibility in Ti-6Al-4V.

When Ti-6Al-4V contains high oxygen concentrations, the SCC fracture surface exhibits the flat
and sharply defined appearance as shown in Figures 9 and 10. This type of cleavage fracture is
often observed in salt water environments for which the SCC threshold is quite low. The fracture
path is transgranular and trans-Widmanstatten packet. Because a Widmanstatten packet consists
of similarly aligned « plates (separate by interplate 3 phase), SCC cracks can cleave on a
common plane through all the o plates in a single packet, and hence, form large and flat cleavage
facets. The cleavage occurs only in the o phase while the b phase does not cleave, but tears. The
tearing ridges that separate the o plates can be seen. These fractographic observations are
consistent with the low SCC threshold in other titanium alloys that contains high levels of
internal oxygen and confirm their poor SCC resistance in salt water environments.

4. Summary

1. Oxygen plays an important role in mechanical properties but systematic studies of its role
on Ti-6Al-4V show no significant effect on fatigue crack growth kinetics but have
significant influence on SCC and K .

2. Fracture toughness is linearly related to oxygen content, higher oxygen content lowers

the fracture toughness

CTC64 has significantly coarser grain size than that of HD64A.

4. In the low and intermediatdK regions, both as received and beta annealed CTC64
exhibit significantly lower fatigue crack growth rates when compared to HD64A.

5. The observed fatigue crack growth responses may be attributed to the significantly
coarser grain size in CTC64, which produces crack deflection, closure and lower the
crack driving force.

6. CTC64 has significantly higher apparent Kscc than HD64A in 3.5% NaCl. Rising step
load SCC tests and post-fracture fractographic analyses do not suggest SCC sub-critical
crack growth.

(98]
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7. The minor difference in fracture toughness between two conditions of CTC64-5, as-
received and beta annealed, may be related to different grain size difference caused by
beta annealing since the microstructure seems very similar.

8. In ADMA plates, the as-received plates clearly show alpha—beta annealing condition with
texture which may be the cause of lower fracture toughness.
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ABSTRACT

In this technical paper the results of a study aimed at understanding the high cycle fatigue
properties and fracture characteristics of aluminum alloy 2024 is presented and discussed.
Specimens of the alloy in the T-8 temper were cyclically deformed over a range of stress
amplitudes at ambient temperature and at a stress ratio of 0.1. Specimens of the alloy
were taken from the longitudinal orientation of the as-provided plate and cyclically
deformed. The influence of alloy temper (T8 versus T3) on cyclic fatigue life under
stress amplitude control is briefly discussed. At the ambient test temperature, the
macroscopic fracture mode was essentially identical with specific reference to the
magnitude of cyclic stress amplitude. The microscopic mechanisms governing cyclic
deformation, fatigue life and final fracture behavior are discussed in light of the mutually
interactive influences of magnitude of applied stress, intrinsic microstructural effects,
deformation characteristics of the alloy microstructure and macroscopic fracture mode.

Key Words: aluminum alloy, microstructure, cyclic fatigue, stress amplitude,
fracture behavior
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Introduction

Noticeable strides in both engineering and technology-related applications coupled with
an increased emphasis and importance given in the aerospace industry, which
successfully pushed technology to its limits, to one that is largely dictated by both
commercial interests and concurrent need, did provide the much needed interest,
inspiration, inspiration and impetus for developing new, improved and essentially low
cost alloys as viable replacements to the material currently being used [1-3]. Both
current and emerging technology requirements have placed an increased emphasis on
issues like off-the shelf availability, lower weight, damage tolerance, durability, fabric
ability, high life-cycle design and even cost effectiveness as primary consideration in
governing not only the development of materials but also their selection and use [4-6].
During the past three decades more than one approach has been tried in developing alloys
that can provide the desired properties at room temperature in addition to possessing
strength at high temperatures and high temperature super-plastic formability. In
particular, the alloys of aluminum having during the last four decades, since the early
1970°s, engendered a combination of scientific and technological interest for use in a
spectrum of high performance applications spanning the industries of aerospace,
automotive and even commercial products. The growing need for aluminum alloys that
offer a combination of good fracture toughness, high strength, adequate damage
tolerance, good high cycle fatigue resistance and even acceptable corrosion resistance
that will enable their use in airframe structures and army armaments led to sustained
efforts aimed at the development of new and improved alloys, tempers and even their
composite counterparts [3.6,7]. It has been safely predicted that most of the aluminum
alloys and its advanced or emerging variations currently being produced will find use for
those applications that did not exist three or four decades ago [6]. The present markets
for aluminum and its alloys are greatly affected by shortages of the other metal
counterparts coupled with a combination of economical, environmental and safety factors
[7]. In more recent years, the technology related to both aluminum and alloys have
grown stronger with competition, i.e., with an increased emphasis on both physical and
mechanical properties of the alloys themselves and the dominant role they play in
structural applications.

The domain of high cycle fatigue (HCF) corresponds to small applied stress that is
essentially confined to the linear region of the stress versus strain curve obtained in a
simple tension test. The resultant number of cycles-to-failure (Ny) is high and often
greater than 10* cycles. It usually comprises of two distinct stages, which have been
traditionally referred to as Stage I and Stage II [8]. During Stage I. for polycrystalline
metallic materials without defects or inclusions, the cracks, both microscopic and
macroscopic in size, appear along the slip bands in grains that are favorably oriented with
respect the major stress axis and subsequently tend to follow the preferential slip systems
in the adjacent or neighboring grains [8-10]. This stage is generally influenced by
intrinsic microstructural features of the alloy. During Stage II the fine microscopic
cracks tend to propagate easily along those planes having a maximum normal stress [8.,9].
For a polycrystalline ductile solid that is subjected to high cycle fatigue, Stage I is
expected to be much larger than Stage II and therefore the number of cycles to failure
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(Ny) is strongly dependent on microstructure. The intrinsic microstructural features exert
a profound influence on the following: (i) the kinetics of crack initiation, (ii) early
microscopic and macroscopic crack growth through the alloy microstructure, (iii) ensuing
stable crack growth through the microstructure, and (iv) crack arrest depending on
orientation of the grain with respect to the far-field stress axis. This partially explains
the scatter that is likely to occur at the fine microscopic level and is quantified by the
number of cycles-to-failure [11].

The primary objective of this experimental study was to provide an insight into the high
cycle fatigue and final fracture behavior of aluminum alloy 2024 in the T8 temper. The
high cycle fatigue response and final fracture behavior are discussed in light of the
mutually interactive influences of magnitude of maximum cyclic stress, intrinsic
microstructural effects, matrix deformation characteristics and macroscopic aspects of
fracture.

Material and Sample Preparation

The material chosen and used in this experimental study was rolled aluminum alloy 2024
plate provided by the Boeing Commercial Airplane Company. The as-provided plates
had a thickness of 3-mm. The nominal chemical composition of the Al-Cu-Mg alloy is
given in Table 1. Test specimens for the mechanical tests (tension and cyclic fatigue)
were precision machined from the as-provided plate stock and conformed to
specifications outlined in Standard ASM E-8-10 [Standard Method for Tensile Testing of
Metallic Materials] [12] and ASTM E-466-10 [Standard test Method for Stress
Amplitude Controlled High Cycle Fatigue Tests on Metallic Materials] [13]. All of the
test specimens were precision machined from the as-provided plate stock such that the
major stress axis was along the longitudinal direction of the plate. To minimize the
extrinsic influence of surface irregularitiecs and finish, and considering surface
sensitiveness of the samples prepared from the as-provided material, abundance of care
was taken during handling of the test specimens up until testing them on the servo-
hydraulic mechanical test machine. To minimize the effects of surface irregularities and
finish, final surface preparation of each machined test specimen was achieved by
mechanical polishing the gage section using progressively finer grades of silicon carbide
impregnated emery paper with the purpose of removing any and all circumferential
scratches and surface machining marks.

Experimental Procedures
Initial Microstructure Characterization.

Samples for metallography observation were cut from the as-provided plate stock of alloy
2024-T8. The cut samples, measuring 25 mm square in cross-section, were mounted in
bakelite and then wet ground on progressively finer grades of silicon carbide impregnated
emery paper using copious amounts of water both as a lubricant and as a coolant.
Subsequently. the ground samples were mechanically polished using five-micron and
one-micron aluminum oxide (Al,Os) powder suspended in distilled water as the lubricant.
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The polished aluminum alloy sample was etched using Keller’s reagent (a solution
mixture of hydrofluoric acid, concentrated nitric acid and distilled water). The etched
surface of the sample was observed in an optical microscope and photographed using
standard bright field illumination technique.

Mechanical Testing

All mechanical tests were performed up until failure on a fully-automated, closed-loop
servo-hydraulic mechanical test machine (INSTRON) equipped with a 100 KN load cell.
The specimens were deformed in uniaxial tension at a constant strain rate of 0.0001/sec.
The tests were performed in ambient temperature laboratory air environment (Relative
Humidity of 55 pct, Temperature = 25°C). Cyclic stress-amplitude controlled high cycle
fatigue tests were conducted at ambient temperature (25°C) at a constant cyclic frequency
of 5Hz and stress ratio [R = minimum stress/maximum stress = 0.1]. The stress and
corresponding number of cycles-to-failure (Ng) were recorded on a PC-based data
acquisition system.

The yield strength value obtained from the uniaxial tensile test was used to calculate the
maximum stress for the cyclic fatigue tests. At the chosen stress ratio the fatigue tests
were conducted over a range of stress amplitudes to establish the variation of maximum
Stress (O maximem) With fatigue life (Ng).

Failure-Damage Analysis

Fracture surfaces of the cyclically deformed and failed specimens were carefully
examined in a scanning electron microscope (SEM) over a range of allowable
magnifications to:

(a) Determine the macroscopic fracture mode.

(b) Characterize the fine scale topography and features on the fatigue fracture surface
for the purpose of establishing (i) the nature of crack initiation, (ii) nature of crack
propagation through the alloy microstructure, and (iii) other intrinsic mechanisms
governing fracture at the fine microscopic level.

Samples for SEM observation were obtained from the failed fatigue specimens by

sectioning parallel to the fatigue surface.

Results and Discussion

Initial Microstructure

The microstructure of the as-provided 2024-T§ alloy plate is shown in Figure 1. The
microstructure was fully recrystallized with fairly large recrystallized grains that were
flattened and elongated along the longitudinal direction as a direct consequence of the
mechanical deformation induced by the rolling operation. All of the micrographs were
taken immediately below the surface of the specimen chosen. The recrystallized grains
were observed to be non-uniform in size and shape. The coarse second-phase particles
were found to be randomly distributed through the alloy microstructure with clustering or
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agglomeration occurring at regular intervals. A careful examination of the polished
sample surface revealed few of the coarse second-phase particles to be decorating the
high angle grain boundaries. The smaller and finer second-phase particles, i.e., the
AlLCu precipitates, could not be easily observed at the allowable magnifications of the
optical microscope used in this study (< 1000X).

Tensile Properties

The ambient temperature tensile properties of the as-provided 2024-T8 plate are
summarized in Table 2. The results reported are the mean value of duplicate tests. At
the end of the test, the values of yield strength (oys), ultimate tensile strength (ours),
fracture strength (Geacture) and elongation-to-failure (€¢) were provided as an output of the
PC-based data acquisition system.  The yield strength of the candidate alloy was
determined by identifying the stress at the point on the engineering stress versus
engineering strain curve where a straight line drawn parallel to the elastic portion of the
curve, at 0.2 pct offset, intersects the curve. The ductility is reported as elongation-to-
failure over a gage length of 12.7 mm (0.5 inch). The strain-to-failure was measured
using a clip-on extensometer that was attached to the test specimen at the gage section.
The test results reveal only marginal difference in both strength and ductility for the two
most widely used tempers of this alloy, i.e., T3 and T8. The yield strength of this alloy is
445 MPa, while its ultimate tensile strength in the T8 temper is 476 MPa, suggesting the
occurrence of low strain hardening beyond yield. This is clearly seen in the engineering
stress versus engineering strain curve shown in Figure 2. The elongation measured over
12.5 mm gage length was 8.84 percent.

High Cycle Fatigue Response

The primary purpose of the stress amplitude-controlled fatigue tests is to establish the
influence of maximum stress on fatigue life. At low values of the maximum stress the
material can be cycled indefinitely, defined in this study as cycles-to-failure in excess of
one-million (10%) cycles. Many metals. to include the ferrous-based family, exhibit a
well-defined endurance limit. The endurance fatigue limit is the stress below which the
material does not fail. In this experimental study the tests were set to terminate at 10°
cycles and if failure did not occur in this cycle period the chosen sample is taken to have
an infinite life at this stress level. A difference in cyclic fatigue life between the test
specimen deformed at a maximum stress near the endurance limit and a higher maximum
stress is distinctly evident or noticeable. For most practical applications the material is
assumed to have infinite life at and below the endurance limit.

Pure aluminum and its alloys are regarded as not having a plateau in the maximum stress
versus fatigue life relationship, unlike the characteristics shown by other non-ferrous
metal counterparts having BCC and HCP crystal structures and even the ferrous-based
alloys. In this study, an arbitrary cut-off value of 10° cycles was used to establish the
endurance limit. The results of the axial stress amplitude-controlled fatigue tests is
shown in Figure 3 in which the maximum stress (Gyaximum) i plotted as a function of
cycles-to-failure (Ng). The maximum stress (Gmaximum) Versus fatigue life (Ng) curve
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Figure 3. Variation of maximum stress (Gmaximum) With fatigue life (Ny) for
aluminum alloy 2024-T8 when deformed at room temperature and at
load ratio of 0.1.

reveals a trend of increasing fatigue life with decreasing maximum stress, a behavior
shown by (i) other aluminum alloys belonging to the 2XXX series, (ii) most non-ferrous
metals, and (iii) their composite counterparts [14-18]. However, the observed trend of
increasing fatigue life with decrease in maximum stress is different from those shown by
few other face-centered cubic metals that exhibit a well-defined endurance limit [8, 15,
18].

To understand and establish the influence of alloy plate ductility on high cycle fatigue
response, quantified by cyclic fatigue life, the maximum stress-fatigue life test data is re-
plotted in terms of elastic strain amplitude in a manner suggested and recommended by
Hassen and co-workers [19], where the maximum elastic strain (Gmaximum / E) is the
maximum stress normalized by elastic modulus of the specimen in the specific
orientation of the alloy plate. Variation of maximum elastic strain with fatigue life is
shown in Figure 4 and reveals a linear trend. This is done to essentially account for the
influence of stiffness of the aluminum alloy as a function of test specimen orientation. In
an attempt to rationalize the intrinsic influence of microstructure of the alloy plate on
high cycle fatigue response, the maximum stress is normalized with respect to ultimate
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tensile strength (UTS) and its variation with fatigue life quantitied in terms of cycles to
failure (Ng) as shown in Figure 5§

A comparison of the maximum stress versus fatigue life response of this alloy in the T8
temper with alloy 2024 in the T3 temper and alloy 2524 in the T3 temper at a constant
load ratio of 0.1 is shown in Figure 6. This figure reveals the alloy in the T8 temper to
have noticeably inferior fatigue resistance when compared to the same alloy in the T3
temper and the commercial aluminum alloy 2524 at all values of maximum stress. At
equivalent values of maximum stress, and identical load ratio of 0.1, the degradation in
cyclic fatigue life experienced by the T8 temper is as high as 300 percent over the entire
range of stress when compared with the T3 temper.
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Figure 4. Variation of maximum elastic strain (6maximum / E) with fatigue life (Ny)

for aluminum alloy 2024-T8 cyclically deformed at load ratio of 0.1.
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** from Reference 15; *** from Reference 19

High Cycle Fatigue Fracture

Examination of the fracture surfaces of the cyclically deformed and failed test specimens

was done in a JEOL scanning electron microscope (SEM) at:

1) Low magnifications to identify the regions specific to fatigue crack initiation and
final fracture (overload).

(ii) At higher allowable magnifications in the fatigue and overload regions to identify
the regions of microscopic crack formation, early microscopic growth and other
fine scale features on the fracture surface.

Representative fracture features of the deformed and failed test specimens taken from: (i)

high maximum stress resultant short fatigue life, and (ii)) low maximum stress and

resultant enhanced fatigue life, are shown in Figures 7-9.

At the load ratio of 0.1 and a maximum stress of 334 MPa the macroscopic fracture mode
was essentially normal to the far field stress axis (Figure 7-a). High magnification
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observation of the cyclic fatigue fracture surface in the region of early microscopic crack
growth revealed microscopic voids of varying size and shape along with fine microscopic
cracks (Figure 7-b). In the region immediately prior to the onset of unstable crack
growth and overload the fracture surface revealed a population of dimples and
macroscopic voids intermingled with fine microscopic voids. These features are clearly
indicative of the occurrence of locally ductile failure mechanisms [Figure 7-c]. Well into
the region of unstable crack growth the fracture surface revealed the coalescence of the
fine microscopic cracks to form a macroscopic crack prior to failure by separation
(Figure 7-d).

Sample of this 2024-T8 alloy that was cyclically deformed at a lower value of maximum
stress, i.e., 243 MPa with a resultant fatigue life of 95,877 cycles, the overall fracture
surface morphology was essentially normal to the far-field stress axis (Figure 8-a). High
magnification observation of the region of stable microscopic crack growth revealed a
combination of voids of varying size, dimples, few and far between fine microscopic
cracks (Figure 8-b). These features are indicative of the ductile and brittle failure
mechanisms occurring at the local level. The region of early unstable crack growth
revealed cracked second-phase particles intermingled with fine microscopic voids
(Figure 8-c). These features are reminiscent of the occurrence of both brittle and ductile
failure mechanisms at the fine microscopic level. The region of unstable crack growth
was distinct and revealed an observable population of shallow dimples adjacent to the
propagating macroscopic cracks (Figure 8-d).

Sample of the alloy that was cyclically deformed at a lower maximum stress of 200 MPa
and resultant enhanced fatigue life of 146.684 cycles the transgranular fracture regions of
the sample surface revealed voids, dimples and intermingled with microscopic cracks
(Figure 9-a).  Careful high magnification observation of the transgranular region
revealed the dimples to be of varying size and shape (Figure 9-b). Approaching the
region of unstable crack growth and immediately prior to failure the fracture surface
revealed a combination of microscopic voids and cracked particles (Figure 9-¢); features
indicative of the occurrence of both ductile and brittle failure mechanisms at the local
level.

Mechanisms Governing Cyclic Fatigue Fracture

During cyclic deformation of this precipitation hardened aluminum alloy (i.e., 2024) in
the T8 condition or temper there does exist a tendency for localized inhomogeneous
deformation arising from repeated shearing or destruction of the matrix strengthening
precipitates at the fine microscopic level [3, 21-23]. This gradually results in the
localization of deformation and resultant accumulation if strain at the fine microscopic
level. When the local concentration of stress as a direct consequence of localization of
strain at the coarse second phase particles and grain boundaries, exceeds the stress that is
required for crack nucleation, microscopic crack initiation is favored to occur [22-24].
The presence of an observable population of both coarse and intermediate size second-
phase particles in the alloy microstructure coupled with a microstructure, i.e., the T8
temper, which favors localized inhomogeneous deformation, is conducive for the
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nucleation, growth and eventual coalescence of the fine microscopic void to occur at the
applied level of maximum cyclic stress.

The initiation of the fine microscopic cracks in the alloy microstructure and their
concurrent growth during repeated cyclic loading can be ascribed to the progressive
accumulation of micro-plastic deformation at the localized level. The accumulation of
micro-plastic damage is exacerbated by stress-microstructure interactions that occur
during each cycle of loading. It is this irreversible plastic deformation that is responsible
for the initiation and resultant growth of both the fine microscopic cracks and
macroscopic cracks through the alloy microstructure. The presence of voids, of varying
size and shape, transforms the polycrystalline aluminum alloy to a composite with the
voids being safely considered as particles having zero stiffness [24-26]. The initiation of
the fine microscopic voids at the coarse second-phase and intermediate size particles in
the alloy microstructure and their incremental growth during repeated cyclic deformation
culminating in their coalescence does enable in providing small increments of crack tip
extension. The finer voids are favored to form at the intermediate-size and smaller size
second-phase particles dispersed through the alloy microstructure. Since the voids are
intrinsically softer than the hardened grains in the alloy matrix, the local strain is
significantly elevated for the microscopic voids causing as a result an increase in their
volume fraction during continued cyclic loading.

Table 1: Nominal chemical composition of Aluminum Alloy 2024
(In weight percent)
Cu Mg Mn Fe Si Zn Ti | Aluminum
445 | 1.36 | 0.71 0.5 0.5 0.2 | 0.15 | Balance
Table 2: Room temperature tensile properties of aluminum alloy 2024
Material | Temper | Elastic Yield uTsS Elongation
Modulus Strength (MPa) GL=0.5"
(GPa) (MPa) (%)
T8 7 445 476 8.84
AA 2024
T3 731 345 483 18
T4 731 324 469 19
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Conclusions

Based on a study of the high cycle fatigue and final fracture behavior of aluminum alloy
2024 in the T8 temper, following are the key findings:

1. The as-provided alloy plate revealed large recrystallized grains of non-uniform
size and shape with a non-uniform distribution of the coarse second phase
particles. At frequent intervals particle agglomeration or clustering was evident.

2. The yield strength of the alloy plate in the T8 temper is noticeably higher than the
yield strengths in the T3 and T4 temper. The ultimate tensile strength is about
similar in the T8, T3 and T4. In the T8 temper the ultimate tensile strength is
only marginally higher than the yield strength indicating low strain hardening
capability of the alloy beyond yield.

3. The maximum stress versus fatigue life (Ny) curve reveals a trend that is shown by
most non-ferrous metals and their composite counterparts. However, the
observed trend is different from those shown by other face-centered cubic metals
that exhibit a well-defined endurance limit.

4. At equivalent values of maximum stress the fatigue life of the alloy sample in the
T8 temper is noticeably inferior to the T3 temper and the commercially aluminum
alloy 2524 in the widely used T3 temper.

5. For this as-provided alloy plate fatigue fracture surface revealed noticeably
different topographies at the different values of maximum stress. On a fine
microscopic scale the nature, morphology and volume fraction of the intrinsic
features on the fatigue fracture surface were found to vary with maximum stress
and resultant fatigue life.

6. The presence of a noticeable population of voids of varying size, dimples of
varying size and shape and intermingled with microscopic and macroscopic
cracking along the grain boundaries is indicative of the occurrence of both ductile
and brittle failure mechanisms at the fine microscopic level.

Acknowledgements:
The authors (TSS, SV and MK)) extend sincere thanks, gratitude and appreciation to The

BOEING Commercial Aerospace Company (Phantom Division, St Louis, MO, USA)
for providing the material used in this study and for funding this research exercise.

132



Figure 7.

Scanning electron micrographs of the high cycle fatigue fracture

surface of aluminum alloy 2024-T8 deformed at maximum cyclic

stress of 334 MPa (R = 0.1), fatigue life = 28,344 cycles, showing

(a) Overall morphology

(b) High magnification of (a) showing microscopic voids of varying
size and shape along with fine microscopic eracks.

(c) Dimples, macroscopic voids and microscopic voids in the
region of unstable crack growth

(d) Microscopic cracks coalesce to form a macroscopic crack in
the region of unstable crack growth.
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Figure 8.

Scanning electron micrographs of the high cycle fatigue fracture surface of
aluminum alloy 2024-T8 deformed at maximum cyclic stress of 243 MPa (R
=(.1), fatigue life = 95,877 cycles, showing

(a)
(b)

©
@

Overall morphology

High magnification of (a) showing voids of varying size, dimples and
microscopic cracks.

Cracked particles and microscopic voids in the region of unstable
crack growth

Shallow dimples adjacent to macroscopic crack in the region of
unstable crack growth.
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Figure 9.

Scanning electron micrographs of the high cycle fatigue fracture surface of
aluminum alloy 2024-T8 deformed at maximum cyclic stress of 200 MPa (R
=0.1), fatigue life = 146,684 cycles, showing

(a) Voids, dimples and microscopic cracks on the transgranular fracture
surface

(b) High magnification of (a) showing dimples of varying shape and size.

(¢) Microscopic voids and cracked particle in the region of unstable

crack growth.
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Abstract

Special load histories are adopted to obtain information about the behavior of the moving crack
tip during the increasing and decreasing part of a load cycle. It is associated with the crack
opening and closure of the crack tip. Secondly, modern SEM techniques are applied for
observations on the morphology of the fractures surfaces of a fatigue crack. Information about
the cross section profiles of striations are obtained. Corresponding locations of the upper and the
lower fracture surface are also explored in view of the crack extension mechanism. Most
experiments are carried out on sheet specimens of aluminum alloys 2024-T3, but 7050-T7451
specimens are also tested in view of a different ductility of the two alloys.

Introduction

The mechanism of fatigue crack growth in aluminum alloys has been studied in many
investigations in the past. A major observation was the occurrence of striations indicating a
cycle-by-cycle crack growth phenomenon. In addition, several models were presented for the
cyclic behavior of the crack tip profile on a microscopic level. Two well known models were
proposed by McMillan and Pelloux [1] and by Laird [2] respectively. Differences between the
two models are associated with the geometry of the crack tip, as illustrated in Figure 1. In the
first model, the crack tip is supposed to be sharp during increasing stress and to remain sharp
during decreasing stress until the crack is closed. The closure starts at the tip of the crack.

In the Laird model the tip is supposed to be rounded and to remain rounded during decreasing
stress. It has been thought that the first model is the more likely one for brittle materials, whereas
the second model may be applicable to highly ductile materials. Experimental validation of this
hypothesis is difficult and so far it has not converged to a generally accepted understanding.

Another important historical observation was the detection of plasticity induced crack closure by
Elber [3]. It implies that during unloading the crack is closed while the specimen is still under
tension. Closing starts at the crack tip and continues behind the crack tip while the applied stress
can still be positive. This type of crack closure on a macroscopic scale has led to various
proposals for the prediction of fatigue crack growth by employing fracture mechanics.
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Figure 1. Two models for striation formation during fatigue crack growth [1,2]

The intention of the present research is to shed more light on the microscopic mechanism of the
crack extension in a load cycle during both intervals of the load cycle, ie. during increasing
stress and decreasing stress. Special techniques were developed to achieve information about the
micro-plastic deformation during crack tip opening and crack tip closure. Moreover, a new
morphology technique was used to explore the fatigue fracture surfaces. It was thought to be
essential to examine the fracture surfaces at exactly corresponding locations of the upper surface
and the lower surface of a fatigue crack.

The experiments and specimens are described first in the next section, followed by the applied
microscopy techniques. The results presented include several selected pictures obtained with
scanning electron microscopy (SEM). The results are discussed followed by some summarizing
conclusion in the last section.

Table 1 Mechanical properties of the tested aluminum alloys

So2 (MPa) | Sy (MPa) So2 /Sy 3 (%)
2024-T3 337 481 0.70 20
7050-T7451 441 510 0.86 9
Experiments

The specimen is illustrated in Figure 2. It is a slightly tailored sheet specimen with a fairly sharp
(electro discharge machined) edge notch to initiate a fatigue crack. Two sheet materials were
used, 2024-T3 and 7050-T7451. The mechanical properties of these alloys are given in Table 1.
It is well known that sheet material of the 7000 series alloys have a lower ductility than the sheet
material of the 2000 series alloys. As a result, fatigne cracks are growing faster in the 7000 series
material. It may imply that the fatigue crack growth mechanism is not similar for the two alloy
series. For that reason some tests were also carried out on sheet specimens of the 7050-T7451
sheet material.
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Figure 2. " llustration of the specimen geometry and dimensions

All tests were performed using a 100 kN MTS servo hydraulic machine with a frequency of 10
Hz in an ambient environment (air, temperature). In view of large negative loads anti-buckling
plates were attached to the specimens. An opening was machined in the plates to allow optical
measurements of the crack propagation with a travelling microscope.

Several load sequences were adopted in order to obtain specific information about the crack
growth mechanism. Examples of some typical load histories applied, are shown in Figures 3 and
Figure 5. The load history in Figure 3 (a) consists of blocks with 100 baseline cycles at R=0.5
interspersed with underloads (UL) of different magnitudes. The load history given in Figure 3 (b)
contains UL of R=0 with in-between subsequent UL an increasing block of baseline cycles at
R=0.5. Similar load histories as shown in Figure 3 were carried out with different numbers of
cycles in the baseline blocs and also with more UL cycles interspersed between the blocks.
Typical crack growth curves obtained are illustrated in Figure 4. The main purpose was to obtain
new insights about the morphology of the fatigue fracture surfaces with modern electron
microscope techniques.

The load histories in Figure 5 were used to obtain observations on the crack tip deformation
occurring in a single cycle. The test was interrupted at a certain load level and then continued
with a large number of cycles containing an amplitude of 7.5 MPa until specimen failure. It was
expected that these small cycles would not change the profile of the crack tip. It can be
considered as freezing the shape of the crack tip, which then can be observed with SEM. This
freezing procedure was repeated at different stress levels during the raising part and the
decreasing part of a load cycle in order to obtain a sequential impression of the micro plastic
deformations occurring in one load cycle which ultimately creates a striation.
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Figure 5 Load sequences adopted for observing changes of the crack tip geometry in the SEM.
The baseline cycles were interrupted at different stress levels after which a large
number of very small cycles was applied to extent the crack without disturbing the
crack tip profile from the last load excursion.

Microscopy Techniques
A JOEL JSM7500F scanning electron microscope with secondary electron detector was
employed. Useful images covered a range of crack length values from ¢ = 0.5 mm to about a = 6
mm. Various SEM pictures were made in view of obtaining information about striation spacings
as well as the cross sectional profile of striations. Attention was also paid to the variation of
topographic observations along a crack front, i.e. variations in the thickness direction, to avoid
generalization of so-called typical pictures.

Fractography on fatigue fracture surfaces traditionally utilizes two-dimensional projections of
fracture surfaces. However, the third dimension is considered to be essential for describing
striation deformations at the moment of the crack tip extension.

The three-dimensional characterization was performed in two successive steps. First, the two
mating fracture surfaces were inserted in the scanning electron microscope. Observing mating
locations on the upper and lower fracture surface was a difficult task, but necessary to assess
deviations from mitror profiles.

Images were taken from the fracture surface first at 350 times magnification conditions, 5 kV
accelerating voltage and working distance of 7 mm in the lower magnification mode in order to
determine the general fracture surface orientation. These were digitally “stitched” together
creating the single micrograph of the fracture surface that was created under cyclic load, see
Figure 6.
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Figure 6. Example of micrograph’s “stitching™ with profiles obtained from pre-selected paths

Multiple crack paths were digitally drawn on the fracture surface from crack initiation up to the
final failure area. An example of such path is illustrated in Figure 6. These paths were then used
to obtain fracture surface profiles from individual digital elevations. The obtained profiles were
plotted together creating the single fracture surface profile data set, like in Figure 6. The angle of
fracture surface tilt was then determined by linear regression method for each fracture surface. A
preliminary study in which magnifications of 50, 100, 200, 350 and 750 were investigated,
illustrated that the results following this approach, converged for magnifications of 350 times
and higher (i.e. fracture angle tilt no longer depended on the magnification level).

A special technique was developed to arrive at three-dimensional information of the morphology
of the surface of fatigue cracks. The microscopic images were not only taken parallel to the
electron beam, i.e. 0°, but also at tilting angles of -7° and 7°. These images were processed
subsequently with the MeX program employing a TriCreator option for producing digital
elevations.

Maintaining the same working distance and specimen tilting angles, micrographs were taken
along the crack tip at higher magnification levels. The corresponding locations on both the upper
and lower fracture surface were identified for each determined fracture profile. Subsequently,
matching digital paths were selected on both fracture surfaces to enable plotting the crack tip
opening geometry.
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Fractographic Results

The first observation when comparing the fracture surfaces of 2024-T3 and 7050-T7451 is the
difference in appearance. The fracture surface of 7050-T7451 reveals fracture features typical for
brittle type fatigue fractures, whereas the 2024-T3 fracture is less flat and shows more ductile
fracture features. This is illustrated in Figure 7.

Figure 7. Comparison between the microscopic appearance of fatigue fracture surfaces created
in 2024-T3 (left) and 7050-T7451 (right); arrows indicate crack growth direction.

It was observed that that crack initiation started immediately due to the sharp crack starter notch.
However, initially the striation-like features indicated a crack growth rate which slowed down a
little which is associated with building up a plastic wake of the crack. Near the notch, a fatigue
fracture surface was formed with characteristic feather-like surface patterns related to the
simultaneous growth of multiple crack nuclei. The coalescence of crack nuclei creates this
typical fracture, illustrated in Figure 8. With subsequent growth of a single crack front these
fracture features disappear and beyond approximately 1 mm crack length from the notch the
fracture surface consisted of areas with relatively smooth but wavy appearance up to about 2.5
mm. At a larger crack length the roughness and irregularity increased, but still with clear and
evident striation markings on the fracture surface.

Another observation is that the striation profiles varied along the crack length, and sometimes
exhibited flattened striations indicating contact between upper and lower fracture surface.
Results of the measurements about the striation profiles during the blocks of base line cycles are
illustrated in Figure 9. The onset, i.e. the very beginning of the crack extension in a load cycle,
was usually well defined as a straight part of the striation profile. However, after the maximum
load was attained, the load reduction causes a significant crushing of the crack tip. The crushing
operation has led to various patterns of the striations. Whereas simple roof-top striation shapes in
image Al in Figure 9 still look rather similar to the profile of the two-dimensional model of
MacMillan, the general trend is that highly different profiles occur both along the crack length
and along the entire crack front through the material thickness. Most striations observed contain
features at their leading edge that indicate stretching of the material, while their irregular trailing
edges indicate extensive reversed plastic deformation.
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F iure 8. lllstration of the early crack groh development: cleavge-like acture at very -
short crack lengths (1) and typical fatigue fracture at longer lengths (2) [5].

The fracture surface shown in Figure 10 was obtained with the load history shown in Figure 3 (b).
The large striations are associated with the UL cycles, and in fact with the second load-
increasing part of these cycles. The increasing crack growth increment between the UL cycles
corresponds with the increasing number of cycles in the blocks of base-line cycles as indicated in
Figure 3. Perhaps more important, the bright image of the UL striations suggest a crack
extension in a direction deviating from the global crack growth direction during the blocks of
base-line cycles. This crack plane orientation has an evident influence on the ridge formation at
the moment of the UL application. At the same time, Figure 10 illustrates that the fracture
surface is a rather rough surface, and not at all a flat surface on a microscopic level.

The latter observation is further supported with the fracture surface illustrated in Figure 11.
Again the UL striations are clearly visible, but seem to become different in appearance once the
local crack plane orientation diverts from the general crack plane. In addition it presents a
typical image of the variation of striation patterns along a crack front with disturbing areas of the
striation patterns.
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Figure 9. Different striation profiles; well developed (left) and flattened (right). Clearly visible
is the difference in appearance between leading and trailing edge. The white
magnification bar corresponds to 0.1 pm; the magnification is quite large.
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Figure 10. Fracture suface crated 1th the load sequece illustrated in Figure 3 (b) highlighting
the influence of crack plane orientation on the ridge shapes (Kyay = 14 MPavm).
Crack propagates from left to the right [4].
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Figure 11. Illustration of the alignment of the crack contour over the fracture surface
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Discussion

The assumption that the upper fracture surface is a mirror image of the lower fracture surface
was observed to be incorrect. Although flat and smooth at macroscopic level, the topography of
the fracture surfaces at microscopic level is rather distinct. This implies that locally the fracture
surface may be angled with respect to the dominant fracture orientation leaving features at one
side of the fracture surface (like for example fissures or ridges) that were not visible at the other
surface at that particular location.

In addition, the crack opening profile was in most cases observed not to be a mirror image and
very dependent on the location along the crack front. This is in contradiction with for example
the models of McMillan/Pelloux and Laird, illustrated in Figure 1, which ignore the third
dimension. This was identified using the fracture surface profiling technique mentioned before
where corresponding paths were selected on both the upper and lower fracture surface for which
the profile was determined. Accounting for the fracture profile determined at lower
magnification levels, see Figure 6, an accurate crack tip opening profile could be determined. A
result for matching surfaces is illustrated in Figure 12, indicating various matching features that
are not mirror images from each other.

Figure 12. Matching fracture sufaes with corresponding paths (left). The technique enabled 3D
representations of matching surfaces (right).
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Determining the crack profile in conjunction with the general crack path orientation determined
at magnification of 350, the crack tip opening profile can be reconstructed along the path
indicated in Figure 12. The crack opening profile along that path is shown in Figure 13. Evident
for the illustrated case is the non-symmetric appearance of the crack opening.
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Figure 13. Crack opening profiles measured for the path highlighted in Figure 12.

This asymmetric crack opening near the crack tip evidently has consequences for the striation
formation on both the upper and lower fracture surface. It was observed that at identical locations
of the upper and lower fracture surface the striations did not match in size and shape. This
mismatch is attributed to the asymmetric deformation of the crack tip opening, where subsequent
closure during unloading collapsed a formed ridge on one fracture surface (lower surface in
Figure 13) into a large striation, without leaving a similar feature on the other surface (upper
surface in Figure 13).

This underlines the importance of the current study on the formation of striations during the
increasing and decreasing parts of the load cycles. To illustrate the observed phenomena, Figure
14 depicts SEM images taken at the location on the fracture surface where the crack tip was
formed during the last (part of the) base line cycle, before the situation was ‘frozen’ by applying
many small amplitude cycles. The first case, shown in the upper left side of the figure, clearly
illustrates that the amount of plastic deformation (part of striation formation) is relatively small
until halfway the increasing part of the load cycles. The next to images (upper right and lower
left), show that the amount of plastic deformation increases significantly during further increase
of the load. Similarly, the first part of the decreasing part of the load cycle reverses most
plasticity formed during the increasing part, collapsing the ridge back into a striation.
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Figure 14. Tllustration of the striation formation during the increasing (a-c) and decreasing part
of the load cycle (d)

All previous pictures, comments and conclusions were associated with experiments and
fractography of 2024-T3 specimens. Some research has been carried out with specimens of the
7050-T7451 alloy. Results will be published later. The two comparative pictures presented here
in Figure 7 already suggest indeed a large difference between the behavior of the two alloys. It
may well be associated with the different ductility of the alloys which may affect the process of
forming striations.

Conclusions

The present investigation is concerned with the crack growth mechanism at the tip of a fatigne
crack in the aluminum alloy 2024-T3. Special load histories and modern SEM techniques were
employed. Some summarizing conclusions are:

1. The two-dimensional models of fatigue crack growth proposed in the past are a
simplification of the three-dimensional crack growth behavior observed in the present
research. It is a pronounced up and down phenomenon leading to a microscopically
randomized topography.

151



(1]
[2]
[3]
[4]

[3]

The crack tip plasticity during the load increasing part of the cycle occurs largely near the
maximum load of the cycle. Tt is then immediately followed by reversed plasticity still at
the upper part of the load cycle.

Significant differences between the striations at the upper side of a fatigue crack and the
lower side were observed. The profile of the striations at both sides should not be
considered to be mirror images.

Micrographs along a crack front exhibit a significant diversity of fracture surface and
striation profiles, and not a so-called typical picture.
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Abstract

In this project, a front shock tower of a passenger vehicle is developed with various magnesium
alloys and joining methods. To predict the fatigue life of the joints in the structure, fatigue tests
of various joint specimens including friction stir linear welding, self-piecing rivet joint with and
without adhesive, and friction stir spot welding were conducted. The magnesium alloys used for
the specimens are AM60 (cast), AM30 (extrusion), and AZ31 (sheet). Various finite element
modeling techniques were attempted for simulating the various joints. Fatigue life prediction
method for the joints was performed using the stress-life curve approach. The finite element
modeling technique and the fatigue prediction method will be verified with fatigue tests of the
actual front shock tower structure subjected to variable amplitude loadings in near future.

Introduction

Magnesium (Mg) alloys are applied to the various areas in automotive industry including
powertrain, chassis, and body applications since the Mg alloys are 33% lighter than aluminum
alloys and 75% lighter than steels and cast irons [1]. The joining of magnesium alloys since
these components have to be connected to each other and/or to other materials in a vehicle
structure. Various joining techniques were reported for magnesium alloys in application to the
automotive industry [2-7]. Friction stir welding (FSW) is one of promising joining technique for
magnesium alloys. FSW is a solid state joining process which was invented in 1991 [8]. A
special designed tool creates frictional heat that softens a column of material underneath the tool
while it rotates and transverses along the joint line. The softened material flows around the tool
through extensive plastic deformation and is consolidated behind the tool to form a solid state
continuous joint. Friction stir spot welding (FSSW) is a novel variant of the linear FSW process.
FSSW is also used to join magnesium alloys [2, 4]. Self-piercing rivet (SPR) joint is getting
more attentions because of the joining capability of dissimilar materials [9, 10].

The structural applications of the various joints for magnesium alloys will be the critical
locations when the structure is subjected to service loads. Thus, it is necessary to understand the
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characteristics of the durability performance of those joints. Furthermore, fatigue life prediction
methods for those joints are needed during the design phase of the structure. This paper discusses
the attempts to develop fatigue prediction methods based on finite element analysis (FEA) results
and fatigue test results of FSW, FSSW, SPR and SPR with adhesive joints.

Joint Types and Configurations of the Magnesium Alloys

Four types of magnesium alloy joints were constructed to understand the durability performance
of the joints, which include friction stir spot weld (FSSW), friction stir weld (FSW), self-piercing
rivet (SPR) joint, and SPR with adhesive joint. The magnesium alloys used to construct the joints
are AZ31, AM30 and AM60. For all joint types, lap-shear specimens were constructed for
fatigue testing. FSSW joint specimens were constructed with AZ31 to AZ31 alloy, and the
specimen geometry and dimensions are as shown in Figure 1 [11]. The specimen geometry and
dimensions for FSW are shown in Figure 2. The geometry and dimensions for SPR and SPR
with adhesive joint specimens are shown in Figure 3. SPR, FSW, SPR, and SPR with adhesive
joints had various combinations of magnesium alloys as shown in Table 1. Fatigue tests for
FSW, SPR, and SPR with adhesive joints were conducted by AET Integration, Inc [12].

165 mm
100 mm

:

e 35 MM —

Figure 1. Geometry and dimension of FSSW lap-shear specimen for magnesium alloys [11].

Modeling of Various Joint Types

Finite element analysis (FEA) models for FSSW, FSW, SPR, and SPR with adhesive joints were
developed with a commercial pre-processor called HyperMesh, and the linear elastic finite
element analyses were conducted with a commercial FEA solver called Radioss. The base
material was modeled with 2-dimensional (2-D) shell elements for sheet (AZ31) and extrusion
(AM30) parts. However, the cast magnesium alloy, AM60, was modeled using 3-dimensional (3-
D) tetrahedral elements since all cast components in vehicle structure are modeled with 3-D
tetrahedral elements. The material properties used in this study are shown in Table 2. One of the
most important factors considered for modeling these joints was whether these modeling
techniques can be used in a full vehicle structure that consists of thousands of these joints. Thus,
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the modeling techniques for representing these joints should be simple enough but provide
reasonable accuracy.

Extrusion to Cast
Top (AM30 Extrusion)

Bottom (AMS0 Cast)
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Rivet centered in averlap.

T

Figure 3. Geometries and dimensions of SPR and SPR with adhesive joint for magnesium alloys
[12].

Modeling of FSSW Joints

According to the testing information the specimens were gripped 55 millimeters from the center
of the FSSW. Thus, the grip-to-grip distance employed for each specimen was 110 millimeters.
Based on the specimen configurations shown in Figure 1, FEA model was created with two
dimensional quad type of shell elements (the base material is AZ31 alloy — Sheet). The joining
areas of FSSW in both sides of the specimen coupons are circular shape. However, the circular
representation of the joining area in FEA model could be inefficient if a vehicle structure
contains thousands of FSSW joints. Thus, it was investigated by modeling the weld as circular
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and square shape as if the shape representation of the weld has any influence on the FEA results
and ultimately the fatigue life prediction. It was also studied the effect of the element size with 1

mm, 3 mm, and 5 mm at the peripheral of a FSSW joint.

Table 1. Specimen types and configurations for FSW, SPR, and SPR with adhesive joint

Sp;(}:];l;en Joint Type Base Alloy (Thickness, mm) EZE?)
AM30 (2.4) to AM60 (2.4) R=0.1
FSwW AZ31 (2.0) to AM60 (3.2) R=0.1
AZ31 (2.0) to AM60 (3.2) R=03
AM30 (2.5) to AM60 (2.0) R=0.1
AM60 (2.0) to AM30 (2.5) R=0.1
SPR AM60 (2.0) to AZ31 (2.0) R=0.1
Lap-Shear AMO60 (2.0) to AZ31(2.0) R=03
AZ31 (2.0) to AM60 (2.0) R=0.1
AM30 (2.5) to AM60 (2.0) R=0.1
AM60 (2.0) to AM30 (2.5) R=0.1
SPR with Adhesive | AM60 (2.0) to AZ31 (2.0) R=0.1
AMO60 (2.0) to AZ31(2.0) R=03
AZ31 (2.0) to AM60 (2.0) R=0.1
Table 2. Material properties used for finite element analyses
Properties . . . .
Material Elastic Modulus (MPa) Poisson's Ratio Density (gm/m?)
AZ31 45,000 0.35 1.88
AM30 45,000 0.35 1.88
AM60 39,000 0.35 1.88

In FEA model an FSSW joint can be represented with various modeling techniques including
bar element, ACM (area contact method) connection, and TTE contact condition. For bar element
representation of an FSSW joint in FEA model, a bar element connects both sides of the welded
area of top and bottom plates represented with 2-D shell elements. The length of the bar element
for the FSSW joint is the average thickness of the top and bottom plate. The bar element is
located at the center of the welded joint for both plates as shown in Figure 4.
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# bar element

Figure 4. Bar element representation for an FSSW joint.

ACM is a special representation in FEA model for spot welds in vehicle structures. This
modeling technique is consisted of number of rigid elements (RBE3) and a solid (HEXA)
element whose cross-sectional area is equivalent to the area of the weld nugget. The solid
element represent the FSSW and the corner nodes of the HEXA element are connected to top and
the bottom sheet using RBE3 element as shown in Figure 5.

Figure 5. ACM representation for an FSSW joint.

TIE contact condition simulates the behavior of the FSSW joint connecting the two plates. The
elements within the weld region of the top and the bottom plate are selected and assigned for
contact surfaces. The elements in the contact surface of the bottom plate are assigned as the
master surface and the elements in the contact surface of the top plate are assigned as the slave
surface. Figure 6 shows an example of the TIE contact condition. No physical element represents
the FSSW joint in the model.

» lie Contact

Figure 6. TIE contact representation for an FSSW joint.

Using TIE contact representation for an FSSW joint, FEA models were created for two different
representations of the contact surface shapes, which were circular and square. Each contact
surface shape was meshed with element sizes of 1 mm, 3 mm and 5 mm. For the square contact
surface the area of the square was equal to that of the circular contact surface. The circular and
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square contact surfaces are shown in Figure 7. Stresses are obtained for the first row of elements
which are marked in red.

Figure 7. Two different contact surface shapes with three different element sizes.

Modeling of FSW Joints

Specimen geometry and dimensions are shown in Figure 2 and the joint configurations were
shown in Table 1 for FSW joints. FSW joints were modeled with TIE contact condition for the
sake of the simplicity of modeling. However, the base material was modeled differently
depended on the manufacturing process that was used to obtain the base materials. In vehicle
industry all casted parts are modeled with 3-D elements since the shape of the parts are generally
too complicate to extract mid-surface for 2-D element meshing. Thus, cast magnesium alloy,
AMG60B, was modeled with 3-D elements. However, sheet and extrusion parts were modeled
with 2-D elements. Therefore, a coupon with 2-D elements were connected to the other coupon
with 3-D elements for the specimens fabricated with AZ31 to AM60B and AM30 to AM60B.

The models of the specimens were constrained as the physical specimens were gripped in the
testing machine. Finite element models were developed with the mesh size of 1, 3 and 5 for all
specimen configurations. The coupon represented with 2-D elements was meshed with quad type
shell elements. On the other hand, the coupon represented with 3-D elements was meshed with
tetra type of 2nd order elements. Spacers at both grip areas were also modeled as 2-D or 3-D
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elements that depend on the element type of the matching coupon. Figure 8 shows the FEA
model created with 2-D elements for AM30 and 3-D elements for AM60B.

Figure 8. A FEA model meshed with 2-D and 3-D elements for FSW joint specimen.

Material properties of the weld regions are the same with those of the base materials shown in
Table 2. Rigid elements were created for the elements within the gripped area. The center node
within the gripped regions is assigned as an independent node and all the remaining nodes in the
regions were assigned as dependent nodes constrained for all degrees of freedom. In the loading
side of the grip the independent node was constrained in all directions except the loading
direction which is along the specimen axial direction. The other side of the grip was constrained
in all the directions as in the testing machine.

Modeling of SPR Joints

The specimen geometries and dimensions were shown in Figure 3, and the specimen
configurations were shown in Table 1 for SPR joints used in this study. The modeling techniques
used for SPR joints were the same with those used for FSW joints. However, only two different
mesh sizes of 3 mm and 5 mm were investigated. SPR joint in FEA model is represented with
TIE contact condition on the square region as shown in Figure 9. The area of the square region is
the same with that of the cross section area of the circular SPR. Slight difference in stress
analysis results was observed when square representation, instead of circular representation, was
used for the cross section of SPR. However, the square representation is simpler than the circular
representation in a vehicle structure. Thus, the square representation will be more efficient way
of meshing for a structure level.

Modeling of SPR Joints with Adhesive

The same modeling techniques used for FSW and SPR joint specimens were applied to construct
the FEA models of the SPR joint with adhesive. However, the adhesive layer between two
coupons was represented with ACM connection. Four HEXAS elements are located between the
two coupons and connected to the elements on the coupons from the corner nodes of the HEXAS
elements using RBE3 elements as shown in Figure 10.
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Figure 9. A FEA model meshed with 2-D and 3-D elements for SPR joint specimen.

HEXAS Elements ¢~ - .,

Figure 10. An FEA model for an SPR joint with adhesive bonding.

Stress - Life Curves for Fatigue Life Prediction of the Various Joint Types

Fatigue life prediction of various joints in a vehicle structure can be performed with various
methods including stress and strain based approaches. This study focuses on the stress based
method to predict fatigue life of the various joints for magnesium alloys. The stresses obtained
from linear elastic FEA are correlated to the number cycles to failure of the specimens tested for
each joint type.
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Stress-Life Curves for FSSW Joints

The most widely accepted method for fatigue prediction of electrical resistance spot welded
joints is structural stress methods [13-15]. In this method, forces and moments at the critical
locations are obtained to calculate the structural stresses. The same approach can be employed to
predict the fatigue life of FSSW joints of magnesium alloys investigated in this study. Most
structural stress methods were developed using 2-D shell elements for representing the coupons
joined. As described in previous section, casted components are modeled with 3-D elements
instead of 2-D elements. This means that there is limitation for expanding the current structural
stress methods to FSSW joints composed of casted magnesium alloys. Thus, this study proposed
simple stress based fatigue prediction method that can be applied for all kinds of representations
in FEA models for the magnesium alloys.

The stress based fatigue life prediction method mainly depends on the approach to obtain the
stress at the critical location of the joint. Therefore, in this study various modeling techniques
(bar element, ACM connection, and TIE contact condition) were discussed to represent the
FSSW joint in FEA model. The maximum stress on the element at the vicinity of ACM
connection and TIE contact condition can be correlated with the number of cycles to failure
obtained from experiments. For the bar element connection case, structural stress can be
calculated using forces and moments at the connecting nodes between the bar and the shell
elements. Please note that for the FSSW joint only TIE contact condition was used.

Figure 11 shows the stress distributions of the FSSW specimen subjected to unit load, where the
FSSW joint is represented with TIE contact condition, and modeled with three different mesh
sizes of 1| mm, 3 mm, and 5 mm. Figure 12 shows the fatigue test results of FSSW joint
specimens made of AZ31. The test results are presented with the applied load range versus the
number of cycles to failure. Even though fatigue tests were conducted with three load ratios (R=
min load/max. load) , R=0, 0.3, and 0.7, no mean load effect is observed. Figure 13 shows the
variation of the stress-life curve due to the mesh size differences in FEA models. As shown in
the figure, stress ranges with the mesh size 1 mm are higher than those of the mesh sizes of 3
mm and 5 mm. No noticeable differences are observed between the mesh size of 3 mm and 5
mm. Figure 14 shows the stress-life curves that present stress range versus the number of cycles
to failure for different cross section representations of the FSSW joint. The circular
representation of the FSSW shows slightly higher stress range than that of the square
representation at the specimen subjected to the same load range. Both stress ranges were
obtained from FEA models with mesh size of 3 mm.
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Figure 11. Stress distributions of FSSW specimens subjected to unit load.
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Figure 12. Fatigue test results of FSSW joints for AZ31 magnesium alloys.
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Figure 13. The effect of mesh size on the stress-life curve of FSSW joints.
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Figure 14. The effect of representation shape of FSSW on the stress-life curve.

Stress-Life Curves for FSW Joints

FSW joint is represented as TIE contact condition between two coupons joined. The maximum
stress at the vicinity of the joint representation is correlated to the number of cycles to failure
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obtained from the laboratory testing. The stress distributions at the FSW specimen subjected to
unit load are shown in Figure 15. The mesh sizes used are 3 mm and 5 mm, which is most
common element sizes used for modeling in a passenger vehicle structure. Figure 16 shows the
stress-life curves for AM60 to AZ31 joining with two different mesh sizes. There is a slight
difference as expected in the stress-life curves for the different mesh sizes. Figure 17 shows the
stress-life curves for all FSW joint specimens meshed with element size of 3 mm.

Figure 15. Stress distributions of FSW specimens subjected to unit load condition.

Stress-Life Curves for SPR Joints

SPR joint is represented as TIE contact condition between two coupons joined. The maximum
stress at the vicinity of the joint is correlated to the number of cycles to failure obtained from the
laboratory testing. The contact areas on the coupons were represented with circular and square
shapes in FEA models to characterize the difference in representation of the SPR cross section.
The results were similar to those obtained for FSSW as shown in Figure 14. Thus, SPR joint was
represented with square elements with two different sizes of 3 mm and 5 mm. Figure 18 shows
the stress-life curves for SPR joint specimens (tested with R=0.1) modeled with mesh size of 3
mm. The same trend with Figure 16 was observed for the mesh size of 5 mm of SPR joint
specimens. All data points are collapsed within a single narrow band for four specimen
configurations.
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Figure 16. Stress-life curves for AM60-AZ31 specimens with two different mesh sizes.
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Figure 17. Stress-life curves of FSW specimens.
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Figure 18. Stress-life curves for SPR joint specimens with mesh size of 3 mm.

Stress-Life Curves for SPR Joint with Adhesive

The SPR joint with adhesive was modeled with the combination of TIE contact condition and
ACM connection. The SPR joint is modeled with TIE contact and the adhesive area is modeled
with four ACM connections. The maximum stress at the vicinity of the joint is correlated to the
number of cycles to failure obtained from the laboratory testing. The same specimen
configuration was modeled with mesh size of 3 mm and 5 mm to investigate the effect of mesh
size on the stress calculation at the critical area of the specimen. Figure 19 shows the stress-life
curves for SPR joint with adhesive. There is a slight difference in slope of the stress-life curves
for different mesh sizes. All data points are collapsed within a single narrow band except AM60-
AZ31 tested with R=0.3 that showed mean stress effect on the plot.

Discussions, Conclusions and Next Steps

In this study various magnesium alloy joints were modeled with various FEA modeling
techniques by considering the application to a vehicle structure. Thus, modeling simplicity with
reasonable accuracy was a main factor to employ an FEA modeling technique for the various
joints. It was also discussed that the effect of the element sizes at the vicinity of the joints on the
FEA results. The element size of 1 mm was resulted in a too big FEA model size, and the
element size of 3 mm and 5 mm showed almost the same results in stress-life curves. However,
the FEA model with element size of S mm showed inferior correlation in stress-life curve of SPR
with adhesive joint specimens.
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Figure 19. Stress-life plots for the SPR joint with adhesive specimens meshed with 3 mm
element.

Stress based fatigue prediction method for various joints of magnesium alloys was discussed.
The key for this approach is representation of the joints in FEA models of the various specimen
configurations. It is also important to be consistent with the same modeling technique for the
joint in the structure and S-N data used for life prediction of the joints. Thus, this study focuses
on developing suitable simulation techniques that can be simple to use but can provide
reasonable accuracy. The modeling approach used in this study showed the effectiveness for
testing specimens, and it may need to be verified for large structures such as a passenger vehicle
body structure. This approach inherits the limitations of FEA. For an example the stress values
obtained from linear static FEA are always depended on the mesh quality and sizes, which
results in alternating the slope of the stress-life curves of the joint configurations. Fortunately,
FEA model for a passenger vehicle generally contains the element size between 3 mm to 5 mm.
Nevertheless, it is necessary to verify this stress-life approach with structural components
contain the various joints discussed in this study. The conclusions of this study are:

e The representation of the joints with TIE contact eliminates the time consuming modeling
process for 3-D meshing for the joints. It is also very effective to represent the joint
specimens modeled with 2-D elements for one coupon and 3-D elements for the other
coupon.

e For the future study, the stress-life curves obtained from this study will be employed for
the fatigue life predictions of a sub-structure of a passenger vehicle that contains FSW
and SPR joints.
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Abstract

Magnesium alloys are considered as an alternative material to reduce vehicle weight due to their
weight which are 33% lighter than aluminum alloys. There has been a significant expansion in
the applications of magnesium alloys in automotives components in an effort to improve fuel
efficiency through vehicle mass reduction. In this project, a simple front shock tower of
passenger vehicle is constructed with various magnesium alloys. To predict the fatigue behavior
of the structure, fatigue properties of the magnesium alloy (AM60B) were determined from
strain controlled fatigue tests. Notched specimens were also tested with three different variable
amplitude loading profiles obtained from the shock tower of the similar size of vehicle. The test
results were compared with various fatigue prediction results. The effect of mean stress and
fatigue prediction method were discussed.

Introduction

For the past decade, the Automotive industry has been engaged on improving the fuel efficiency
through vehicle mass reduction and other factors. Currently, magnesium alloys which are 33%
lighter than aluminum alloys are considered as an alternative material to reduce vehicle weight
[1, 2]. There has been a noticeable expansion in the applications of magnesium alloys in
automotives components such as powertrain, chassis and body. Two magnesium alloys; AMS0
and AM60 are widely used in door inners and instrument panel beams and the applications of
these materials are growing in automotive components (especially for the components and
structures required better ductility) [3]. Another magnesium alloy that is widely used is AZ91
which is mainly applied to the powertrain applications, brake pedals, and mounting brackets [3].

This study investigated the fatigue characteristics of AMO60B subjected to constant strain
amplitudes and variable amplitudes. Fatigue life of AM60B under the variable amplitude
loadings was predicted using Smith-Watson-Topper (SWT) equation with fatigue properties
obtained from the strain controlled fatigue tests. Strain amplitudes for fatigue life predictions
were obtained from finite element analysis (FEA) with two different element mesh sizes, 3 mm
and Smm. Finally the fatigue test results of AM60B subjected to the variable amplitude loadings
were compared with the fatigue life prediction results obtained from Smith-Watson-Topper
equation.
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Experimental Procedure

Fatigue Properties of AM60B

Strain controlled fatigue testing was conducted with various strain amplitude to obtain the
fatigue properties (0,5, ¢%,¢) of AM60B. The procedures to determine these properties were

well described in [4]. The fatigue strength coefficient (o) and the fatigue strength exponent (5)
were obtained from Basquin's equation as presented:

5o, "

A . .
where TO- = true stress amplitude, 2N , = reversals to failure (1 rev = V2 cycle). The true stress

amplitude versus the reversals to failure was plotted in log-log scale. The intercept of the least
squares fit line is the fatigue strength coefficient (o) and the slope of the line is the fatigue

strength exponent (b). The stress amplitude can be replaced with elastic strain amplitude:

Ag, Ao
e _ 2V )
2 2E @
Thus, the equation (1) becomes:
Ae, _ 0 3
5 E (2N f)b 3

A
Where Ee

. . . Ao . .
= elastic strain amplitude, and 7: stress amplitude. The intercept of the least

’

o',
squares fit line becomes F/ and the slope of the line is the fatigue strength exponent (b). The

elastic strain amplitude versus the number of reversals to failure for AM60B is shown in Figure
1. From the plot fatigue strength exponent (b = slope of the curve = -0.205) is determined, and

'

the intercept of the curve with the vertical axis, ?f = 0.0213, is also determined. The fatigue

strength coefficient can be calculated with the monotonic modulus of elasticity of AM60B.

The fatigue ductility coefficient (&) ) and the fatigue ductility exponent were obtained from

Coffin and Manson equation:
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where T’ = plastic strain amplitude, 2N , = reversals to failure (1 rev = %2 cycle), &) = fatigue

ductility coefficient, and ¢ = fatigue ductility exponent. The plastic strain amplitude versus the
reversals to failure was plotted in log-log scale. The intercept of the least squares fit line is the
fatigue ductility coefficient (&', ) and the slope of the line is the fatigue ductility exponent (c).
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Figure 1. A log-log plot to determine fatigue strength coefticient and exponent.

Ag,
2
stress amplitude, and the monotonic modulus of elasticity (£) of the AM60B since the total strain

amplitude consists of elastic strain amplitude and plastic strain amplitude:

The plastic strain amplitude ( ) was calculated from the measured total strain amplitude,

Ae) _As, A, _As, Ao )
2 2 2 2 2E

e

A . . . A .
Zg = elastic strain amplitude, and TU: stress amplitude.

A . .
Where 25’ = total strain amplitude,

The plastic strain amplitude versus the number of reversals to failure for AM60B is shown in
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Figure 2. From the plot the fatigue ductility exponent (¢ = slope of the curve = -0.668) is
determined, and the fatigue ductility coefficient (&, = 0.3813), intercept of the curve with the

vertical axis, is also determined.
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Figure 2. A log-log plot to determine fatigue ductility coefticient and exponent.

From equation 3, 4 and 5, the total strain amplitude can be represented as:

A ; e Y )
76 = %(ZNf)b +gf(21Vf) (6)

This equation is presented with test results of the cast magnesium AM60B in Figure 3.
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Figure 3. Strain amplitude versus the number of reversals to failure for AM60B.

Fatigue Characteristics of AM60B Subjected To Variable Amplitude Loading

The specimen for fatigue tests of AM60B with variable amplitude loadings is designed
considering the stress concentration factor and the critical stress of the material in order to
prevent buckling.
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Figure 4. Specimen dimensions in mm unit.
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The fatigue tests with variable amplitude loadings were conducted with MTS 810 loading frame
equipped with TestStarlls controller. The load profile was obtained at a shock tower of a mid-
size passenger vehicle. However, the actual load profile obtained at the shock tower was
normalized by the maximum loading event in the load profile as shown in Figure 5. Thus, load
amplitudes should be multiplied to the normalized load profile to conduct the fatigue tests of the
specimens with variable amplitude loadings. Three different load amplitudes, 3700 N, 4500 N,
and 5000 N, were applied to the fatigue tests in this study. Three specimens were tested at the
same load profile.
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Figure 5. A normalized load profile obtained at a shock tower of a mid-size passenger car.

Fatigue Prediction Of AM60B Subjected To Variable Amplitude Loadings

Fatigue life prediction of AM60B subjected to variable amplitude loadings was conducted with
finite element analysis results and fatigue life calculation software called nCode Designl.ife. The
finite element analysis was conducted with HyperMesh as a pre-processor and Radioss as the
solver.

Finite Flement Analysis (FEA) Models

Two different FEA models were developed to evaluate the sensitivity of the mesh sizes. The
FEA models were constructed with second order tetrahedral solid elements. Those were meshed
with 3 mm and 5 mm using a pre-processor called HyperMesh as shown in Figure 6. One side
was fully constrained in 6-degrees of freedom and the other side of the specimen was also
constrained in all directions except the direction of loading, where 1 N of load was applied.
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Mesh Size =5 mm

Mesh Size =3 mm

Figure 6. Two FEA mesh sizes for AM60B specimens.

Linear static analysis of the AM60B specimens with 3mm and Smm mesh sizes were performed
in Radioss. The material properties used are the modulus of elasticity, £ = 39000 MPa, Poisson’s
Ratio, v =0.35, and mass density, p = 1.8x10” tonne/mm>. The von Mises stress distributions for
each model are shown in Figure 7.

Mesh Size =3 mm

Mesh Size =5 mm

Figure 7. von Mises stress distributions of AM60B specimens subjected to 1 N of loading.

Fatigue Analysis of AM60B

Fatigue analysis of the specimen was conducted with a commercial fatigne software called
nCode DesignLife. Fatigue analysis requires the information about the material's fatigue
properties, stresses and strains (loading profiles), and fatigue life calculation methods. The
fatigue properties of the AM60B were obtained from series of strain controlled fatigue tests, and
discussed in the previous section of this paper. The actual stresses/strains on the specimen are
obtained from simple multiplication of the FEA outputs of AM60B subjected to the unit load to
the variable amplitude load profiles (this will be done internally by the computer code.). The
local strain-life approach was used in this study. Neuber's equation was used for elastic-plastic
correction. Then, Smith-Watson-Topper method was used for mean stress correction. The fatigue
life analysis flow used in nCode DesignLife are shown in Figure 8.
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Figure 8. Fatigue life analysis flow used in nCode DesignLife.

Fatigue life analysis results are compared with the experimental results as shown in Figure 9 and
10. The fatigue life calculated using nCode DesignLife with stresses/strains information from
mesh size of 3mm in FEA model is presented in Figure 9, and from the mesh size of S mm is
presented in Figure 10. The strain combination methods used in this analysis were the signed von
Mises and the absolute maximum principal strain as shown in both figures. The solid line in both
Figures represent the perfect correlation between experiment and prediction results. Two dotted
lines at both Figures are factor of 2 lines. As shown in Figures 9 and 10, most of the data points
are located within the factor of 2 lines. In the mesh size of 3 mm, the predicted fatigue life well
correlates to the test results at the short life region but the predicted one estimates conservatively
in the long life region of the data. On the other hand, the predicted fatigue life is shorter than that
of test results in short life region but the predicted life well correlates to the test results in the
long life region for the mesh size of 5 mm. No noticeable difference in the strain combination
methods used is observed as shown in the Figures 9 and 10.
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Figure 9. Comparison of fatigue life from prediction with 3 mm mesh size in FEA with
experiment results of AM60B.
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Figure 10. Comparison of fatigue life from prediction with 5 mm mesh size in FEA with
experiment results of AM60B.
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Conclusions

This study conducted fatigue tests of a magnesium alloy AM60B subjected to variable
amplitude loadings. The following are the conclusion based on this study: Strain-life
properties for AM60B was obtained.

Strain combination methods (sign von Mises and abs max principal) do not make
noticeable differences in fatigue analysis results.

The size of mesh in FEA does affect to fatigue analysis results. This study only employed
two mesh sizes, 3 mm and 5 mm, and both models produced acceptable results even
though some differences were observed.

Good correlation was obtained between the test and analysis results.

The local strain approach which is mainly applicable to aluminum and steel can be also
used for magnesium alloys.
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Abstract

This paper brings out the salient fractographic features that can be found on the fracture surface
of some selected rubbers. It is shown that the presence of a specific feature — called the tongues
can be correlated to the effect of load ratio and hence the fatigue lives in a synthetic rubber.

Introduction

Due to their interesting mechanical behavior and their diversity (monomer, formulation),
rubber — like materials are more and more used in industry. Understanding phenomenon induced
by complex fatigue loadings is an important issue for the conception of industrial components.
Therefore, many studies were realized to estimate fatigue lives of rubber parts, in the fatigne
crack nucleation frame. Several criteria were developed in that objective:

- First principal stress [1, 2] and strain [3, 4].

- Strain energy density [4, 5]

- Cracking energy density [6, 7]

- Dissipated energy density [8 — 11]

- Eshelby[12, 13]
Nevertheless, these mechanical parameters don’t give information about the consequences of
fatigue loading on the material itself. Different works were destined to observe some aspects of
rubber fracture morphologies. They can be divided into two categories: static and cyclic failures.
In this paper, a literature review, detailing both static and cyclic ruptures is first developed.
Experimental conditions are then explained, with the material details, and the loading conditions.
Finally, fractographic observations are presented and discussed.

Literature review
Bascom [14], one of the pioneers who have explored the failure morphology of rubber — like
materials, conceived a specimen holder, which can be installed in a scanning electron

microscope (SEM) and is able to maintain a rubber specimen in a bend configuration, so that he
can observe the evolution of a crack tip (see Figure 1).
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Figure 1. Scheme of specimen holder that hold the specimen in a bend configuration [14]

Precisions about the specimen are given in [15]. He observed the crack tip, created with a razor
blade, for different rubber — like materials (nitrile (NBR), polybutadiene (BR), natural rubber
(NR)). He noticed fibrous networks and cavities created at the crack tip.

Setua et De [16] investigated on the rupture of SBR occurred with both tensile and tear tests (see
Figure 2).

ww

6] (®)
Figure 2. (a) tensile specimen, (b) 90° tear specimen [16 — 18]

They observed the influence of vulcanization and reinforcement on the morphology of failure
surfaces. They remarked differences between rupture of peroxide and sulfure cured SBR. They
also pointed out the impact of carbon black on the failure surfaces of the materials. Pandey et al.
[19] have studied the static behavior of a BIIR — CR copolymer in tensile and tear tests. They
correlated their mechanical behavior with their relative fracture topography. They noticed defects
created by the introduction of the fillers (see Figure 3).

3954 18,80 DI
Figure 3. Material defect induced by filler detachment [19]

Luong et al. [20] compared the crack growth behavior of a SBR and a NR, with the pure shear
specimen (see Figure 4).
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Figure 4. Pure shear specimen [20]

They noticed the creation of small cavitations at the early propagation phase for both materials
(see Figure 5).

(a) (b)
Figure 5. SEM photomicrographs of early propagation of (a) NR (b) SBR [20]

Bhowmick et al. [17] worked on the influence of the loading on the fracture morphology. They
pointed out specificities related to the loading conditions for a NBR, and then for a NR [18].
Consequently, static rupture morphology investigations are not adapted to explain cyclic fatigue
phenomena at the material scale. Therefore, Goldberg et al. [21] analyzed the cyclic rupture of
SBR tensile specimens. They noticed the impact of different test parameters on the fracture
morphologies (temperature, maximum stress). They also divided their rupture surfaces in two
regions: initiation and fast fracture zones (see Figure 6)

(a) (b)
Figure 6. Microphotographs of fracture surface of a SBR material subjected to cyclic tension
loading. (a) initiation zone. (b) fast fracture zone [21]

Hainsworth [22] carried out fatigue tests on tensile specimens applied to a silicone rubber and a
NR. She remarked that the crack was initiating to a defect created by the specimen cutting
process (see Figure 7).
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Figure 7. Fatigue crack initiated at the edge of the specimen from a defect created by the cutting
process [22]

She also proposed a scheme of the material fatigue damaging, from a macro scale observation of
failure surfaces. They are there divided into three regions, with the initiation zone, the ductile
zone and the final failure zone (see Figure 8).

Inithtion of Fatigue Crich
Hegion of Dnctiie Faq Bracise

Vi

Kbicks B reuning

(a) (b)
Figure 8. (a) microphotograph of a macro-scale failure surface (b) Explaining sketch of the
corresponding failure surface [22]

This last result indicates that observing the fracture morphologies brings out information on the
phenomena induced by fatigue testing. To this end, many works were realized to understand the
changes caused on the material by fatigue loadings.

Legorju — Jago [23] realized fractographic investigations on natural rubber crack growth
specimens, for different mechanical parameters (maximum strain, frequency, temperature). She
noticed the presence of tongues in a zone close to the crack tip, of which the morphology vary
with the frequency.

Lacroix [11] observed polychloroprene (CR) dumbbell specimen’s failure surfaces, subjected to
tension loading. He concluded that the main crack was propagating from micro flaws presents in
the virgin material (see Figure 9).
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Final rupture zone Crack initiation zone

Stable propagation zone
Figure 9. — crack initiation zone of a CR dumbbell specimen [11]
He optimized this compound’s fatigue lives by increasing its homogeneity. He also found out

tongues, similar to those observed by Legorju — Jago [23], on the crack initiation region (see
Figure 10).

Figure 10. — Observation of tongues on the crack initiation zone [11]

Gauchet [24] analyzed the impact of the type of carbon black on the fatigue damaging of a
hydrogenated nitrile (HNBR), and particularly on the failure surface morphology. She defined a
petals shaped rough zone (see Figure 11) corresponding to the crack propagation region.

Botimaga tion vn
Benge wHonnie

. ‘ .
-~ - H S
Figure 11. — Failure surface morphology of a HNBR dumbbell specimen [25]
She pointed out the increase of this area with the decrease of carbon black’s specific surface. She

also highlighted the impact of temperature and stress levels on this crack propagation zone (see
Table I).
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Table I. Table that summarize the effect of temperature and stress maximum on the stable
propagation zone [24]

Temperature 20°C | 120°C | Stress 1.3MPa | 1.4 MPa
Stable propagation | ++ + Stable propagation | ++ +

zone area zone area

Petals size + + Petals size + +
Petals number + + Petals number ++ +
Tongues density + - Tongues density + ++

Le Cam et al. [26] proposed to identify the influence of the strain ratio on the fatigue rupture of
NR specimens subjected to tension loading. They defined three regions, depending on the strain
ratio (see Figure 12).

Figure 12. — Influence of strain ratio on the fatigue rupture of a NR [25]

Numerous works were aimed to investigate on the fractography of different rubber — like
materials (NR [20, 22, 26, 27], SBR [16], NBR [14, 15, 19], XNBR [28], HNBR [24, 25], CR [8,
11]). Very few of them concern polychloroprene rubber. This brief literature survey has
highlighted the influence of different parameters on the failure surface morphology.
Nevertheless, no results discuss on the impact of loading ratio on the morphology of the fracture
surfaces. Therefore, the objective of this study is to present a first work, exploring the effect of
loading ratio on the rupture morphology of CR dumbbell specimens.

Material

The material used in this work is a CR, dedicated to rotative silent — blocks applications. Brief
material formulation details are given in table I1.
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Table 1. Short details of the material’s formulation

Elastomer CR Type G
Filler Thermal Carbon Black (N990)
Antioxidants
Curation system | Sulfur — ZnO — MgO
Accelerators

Experimental conditions

An experimental tension fatigue campaign has been realized by Poisson et al. [8, 10] to observe
the impact of the loading ratio (R) on the tension fatigue behavior of the CR rubber. Those
experiments were conducted with an INSTRON 8802 fatigue testing device, load driven at a
frequency of S Hz and room temperature and the tests conditions are summarized in table I11.

Table 111. Tension fatigue experimental conditions

Fmax R Fma}( R Fma}( R Fl‘l‘la‘( R Fl‘l‘laX R

0.5 0.5 8451 8“3‘ 0.3
300N 04 04 03 02 | 1OON. /55
200 N 0 175N 0.2 150N 0.1 125N, 0.1

0.1 0 0
0.5 -0.1 5 0 0

250N o = 100N ——-
0.4 -0.3 — 0.3 -0.3

-0.3
Fractography

The fractographic study was realized to find out the impact of the loading ratio on the rupture
morphology of CR. The observations were realized with a JEOL JSM 5900 LV SEM. The failure
surfaces were coated with platinium in a vacuum chamber. All the failures surfaces relative to
positive loading ratios can be divided into two regions: a rough zone that can be assumed as the
initiation one and a smooth region that can be defined as the end of life zone (see Figure 13.).

g

(b)
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Figure 13. (a) Microphotograph of a macro-scale fatigue failure surface (Fmax = 150 N, R =
0.1), divided into the rough zone 1 and the smooth zone 2. (b) Zoom of the transition between
zone 1 and 2.

To quantify the impact of loading ratio on the failure surface morphology, macro-scale and
micro-scale observations are realized on the initiation zone (zone 1). Figure 13 shows the
initiation zone observed with the SEM at the same magnification (x27). A first analysis is
pointing out that the crack initiations are occurring either at the molding joint or from a sub
surface defect.

o

i

e )
Figure 14. Microphotographs of initiation zone (magnification x27, secondary electrons) of
tension fatigue failure surfaces relative to F, = 150 N and (a) R = 0 (40615 cycles), (b) R =0.1
(36730 cycles), (c) R =0.2 (99979 cycles), (d) R = 0.4 (491075 cycles).

To obtain complementary information, the zones presented in Figure 14 are analyzed with
chemical contrast (backscattered electrons) and displayed in Figure 15.
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Figure 15. Microphotographs of initiation zone (magnification x27, backscattered electrons) of
tension fatigue failure surfaces relative to F, = 150 N and (a) R = 0 (40615 cycles), (b) R =0.1
(36730 cycles), (c) R =10.2 (99979 cycles), (d) R = 0.4 (491075 cycles).

Figurel5 is revealing the presence of dark tongues on the initiation zone, representing light
elements. Moreover, it seems that the loading ratio has an impacting on the tongues density.
Figure 16 shows a graph where a qualitative tendancy of the impact of loading ratio on the
tongues density is plotted, and compared to the evolution of fatigue lives. The result displayed in
Figure 16 points out opposite evolutions of fatigue lives and tongues density, suggesting that
tongues are representative of the material fatigue damaging. A change in fatigue damaging seems
to occur at a loading ratio close to 0.2. Figure 17 shows an observation with a higher
magnification of those dark tongues, and it turns out that they are similar to those observed by
Legorju — Jago [23] with NR, Lacroix [11] with CR, and Gauchet [24] with HNBR.
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Figure 16. Correlation between the load ratio ratio on tongues density and fatigue lives

@ . . (d}

190



Figure 17. Observation of tongues on the initiation zone at a micro — scale (magnification x27,
retrodiffused electrons) of tension fatigue failure surfaces relative to Fp,x =150 N and (a) R =0
(40615 cycles), (b) R =0.1 (36730 cycles), (c) R =0.2 (99979 cycles), (d) R = 0.4 (491075
cycles).

Observing Figure 17, the load ratio seems to have an impact on tongues morphology, with the
presence of an inflexion point with increasing load ratio. Indeed, tendencies presented in Figure
16 are confirmed in Figure 17. This change in the material fatigue damaging can be compared to
the Haigh diagram displayed in [8], where a reinforcing phenomenon occurred at a 0.2 loading
ratio on the tension fatigue behavior of the CR.

Conclusion

A wide literature survey has been proposed in this paper that presents the problematic of
fractographic studies with rubber — like materials, and its importance to understand micro-scale
phenomena induced by mechanical loading. Besides, fractography is a way to optimize fatigne
behavior of industrial components by indentifying the crack initiation location and the rupture
modes. This study has had the objective to determine the effect of one parameter on the material
fatigne damaging: the loading ratio. Tongues, similar to those observed on the literature, have
been found on the initiation zone of the failure surface. Finally, it appears that those tongues
seem to be representative of the fatigue damaging of the material. The qualitative impact of
loading ratio on tongues density revealed a kink on fatigue damaging at a loading ratio close to
0.2. This result is consistent with the one presented on literature, the tension Haigh diagram of
the CR.
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Abstract

This paper provides an overview of the research performed on fatigue in fiber metal laminates,
emphasizing the knowledge and understanding gained with respect to fatigue phenomena in
hybrid laminated materials, illustrating major observations, and presenting the generalized
mechanistic approach towards both the initiation and the propagation phase of fatigue damage
evolution.

With the mechanistic approach it is explained how correct similitude principles for both
initiation and damage growth will link the constituent properties in formulating the fatigne
behavior of these hybrid material systems. In relation to that, it will be explained how fatigue can
be characterized at constituent level to provide input to prediction methodologies

Introduction

Fiber Metal Laminates (FMLs) have been developed at Delft University of Technology as a
composite structural concept to increase the performance and durability of aeronautical
structures [1]. At the time, fatigue in metallic structures was covered by damage tolerant design
principles providing slow crack growth by limiting design stress levels. With the FML concept
higher design stress levels could be allowed. However, because the FML concept does not delay
initiation of cracks, but rather retards propagation of cracks, the concept required the acceptance
of flying with small cracks [2]. For strength justification based on analysis, this required the
development of reliable prediction models for both the initiation phase and the crack propagation
phase.

In the approach to develop such methodologies various approaches have been considered [3],
ultimately leading to the conclusion that mechanistic approaches describing the actual damage
mechanics based on linear elastic fracture mechanics principles provides the only viable route.
This paper provides a description of the mechanistic models that have been developed on the
basis of the fundamental understanding of the fatigue phenomena in these laminated materials.
First, the initiation of cracks will be addressed, with in subsequent chapters the propagation of
these cracks up to final failure.

Fatigue initiation

Evaluation of fatigue in metallic structures is too often still limited to fatigue life analysis using
S-N data generated on coupon level. Acknowledging the fact that the fatigne life comprises two
distinct phases, i.e. initiation and propagation [4], the fatigue life assessment should incorporate
the evaluation of both phases. Although the physics between the two phases are understood to be
distinct for metallic structures, it is learned that the difference is even larger for FMLs.
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Similar to monolithic metallic structures, the initiation of cracks is predominantly attributed to
the stress cycle locally at the notch. It was observed that in this initiation phase in FMLs the
fibers did not contribute to the behavior, other than influencing the nominal stresses in each
particular layer. This effect is considered for example in the Classical Laminate Theory.

Thus the correlation to be considered here is the case where particular metal layers containing a
notch will initiate fatigue cracks at that notch induced by the actual stress cycles in that layer [5].
The fatigue behavior is therefore the behavior of the metal, where the actual stress cycles are
induced by the laminated nature of the material. The similitude is thus between a single metallic
sheet containing a notch under given nominal stress, and a similar sheet in the FML with a notch
described by the same stress concentration factor K; and the same nominal stress.

It may seem unfortunate that most data generated for metallic sheet material is generated based
on failure, i.e. S-N data. However, it was identified that a compromise by defining ‘initiation’ to
a particular crack length, may limit the error if S-N data is taken for similitude. This initial length
being 1 mm, ignores the onset of fiber bridging in the FML on the one hand, and the life related
to propagating a 1 mm crack to failure in a single metallic sheet on the other hand [6].

Ideally, reference tests needed to apply the similitude concept are therefore fatigue tests on
notched specimen (different notch geometries for different stress concentration factors) made of
laminated sheet material bonded with only resin and pretreated and cured in the same way as the
sheets in the FMLs. The latter requirement accounts for potential influence of pretreatment and
cure cycle on the fatigue behavior. However, it is now understood that fair predictions could be
made with just S-N data from the literature [S].

Fatigue crack propagation

Application of superposition principles

The propagation of fatigue cracks in FMLs requires some additional attention compared to the
initiation phase. In the case of initiation, the initiation life can be calculated for each particular
metallic layer based on the stresses in that particular layer, assuming that no interaction occurs.
In case of fatigue crack growth, the propagating cracks induce stress redistribution in thickness
direction, which implies that the cracks can not be considered to be independent from each other.
Despite this understanding, initially fatigue crack growth has been investigated using this
assumption by considering the case of a so-called through-crack, where all layers contain cracks
of equal length [7]. In that particular case, one may average the influence over the number of
metal layers, simplifying the problem to a metallic layer containing a crack and bridged by fiber
layers.

In case asymmetric FMLs are being considered, or when except in-plane tension also bending is
considered, this assumption is no longer applicable. Then the problem needs to be extended to
crack propagation in each individual metal layer, bridged by particular fiber layers, accounting
for the interaction between the various cracks.

Many approaches have been proposed in the past for describing crack propagation [3], in most
cases with limited application. The limiting factor for most approaches is the use of empirical
parameters with no clear physical meaning. The development of a mechanistic approach without
any of these parameters has proven to be the only solution. Key in this approach is the
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understanding that when distinct materials are being combined into one material system (i.e.
metal sheets and fiber layers) superposition principles must be adopted that physically reflect the
superposition of these layers into the laminate.

Rather than applying a stress intensity factor solution for metallic sheet and correcting it with a
factor [8,9,12] for which the physical meaning is not defined, superposition has to be adopted

K =K -K )

up metal bridging

Knowing from linear elastic fracture mechanics that the crack opening profile is related to the
stress intensity factor, the crack opening in the metal layers of an FML has to be defined in
agreement with equation (1) as

v (X) =v (X)metal v (X)\mdging @

In both these equations, the second component at the right hand side of the equation is describing
an interaction effect, i.e. the effect the fibers have on the crack in the metal. With these layers
being bonded together, the crack opening in equation (2) is directly related to strains in the fiber
layers obeying compliance in deformation

v ( X) =V ( X )Lcnsllc dctormation T ¥ ( X )shchr deforntion &)

The tensile deformation can only occur when there is a free length over which the fiber layers
can elongate; otherwise a stress singularity would occur. This is the main reason why ply
delaminations between the metal and fiber layers initiate. Subsequent cyclic shear stress cycles at
the interface related to the load transfer from cracked metal layers to intact fiber layers is driving
this delamination in mode TI.

[ A] \jt!(

]
K K iin =S N0 K

bridging

Figure 1 Illustration of the superposition principle to fatigue cracks in FMLs

Correlating the crack driving forces

Similarly to predicting failure of a material, the prediction of damage growth is based on
similitude principles. Similitude parameters are taken for correlation; for static strength it is
stress and strain, and for crack propagation in metals it is for example the stress intensity factor.
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Prediction is then based on comparing these similitude parameters with cases for which data
exists, to predict failure or the growth. However, when it comes to fatigue delamination, people
tend to violate that similitude concept. An example here is the model presented by Chang and
Yang [10-12] where they applied the Benzeggagh—Kenane criterion for mixed mode fracture

G, —G.J(G..C—G.C)(%]m @

o

to predict the delamination growth under fatigue loading. This is highly peculiar for a number of
reasons. First, various authors [7,13-15] already reported that the mode | component that
mathematically could be calculated is not contributing to the delamination driving force, as the
cyclic shear load is providing the fracture mode. Secondly, understanding that the cyclic shear
load is driving the delamination, a quasi-static fracture criterion is in conflict with the physical
mechanism that occurs. Equation (4) therefore comprises an empirical equation in this case with
no physical meaning; for the case of fatigue delamination alone it is not predicting the growth
correct [11], and for the case of combined metal cracking and delamination (in a CCT
configuration) it may only correlate to test data once values are taken for the critical G’s that are
physically incorrect.

But there is more to say about the use of these similitude parameters. Even if the fact that cyclic
loading is accounted for by using for example AG, people tend to violate similitude principles by
ignoring the physics behind the problem. This has been illustrated by Rans [16] in discussing
delamination growth. It seems that inspired by the crack growth research in metals, where the
cyclic stress intensity factor range AK was defined as Kpax — Kpin, researchers plotted
delamination growth against the strain energy release rate defined as Gpax — Gumin. However,
people misunderstood apparently that the similitude parameter of the stress intensity factor, in
the end related linearly to the applied load, which is evidently not the case when the strain energy
release rate range AG is defined as Guax — Gmin-

It has been shown in [16] that wrong conclusions could be derived from plotting data against this
range due to the introduction of non-physical stress ratio effects. In agreement with the definition
of AK and linear elastic fracture mechanics, the strain energy release rate should be defined as

sa-(fo o) ®

Only then, the observed trends in experimental data could be judged on their physical meaning
and a mechanistic approach could be adopted that can be generically validated.

Reference tests for similitude

Two distinct mechanisms are being considered in the mechanistic approach for predicting crack
growth; crack growth in the metal layers and ply delamination between the metal/fiber layers.
This implies that for applying similitude principles, reference tests must be used in agreement
with the approach. Therefore, two types of tests are used. The first type is the standard crack
growth tests on the single metal sheet [17]. Similar to initiation, preferably laminated sheets are
being tested bonded together by only resin and pretreated and cured in the same way as the metal
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layers in the FMLs. The additional advantage of laminated sheets is the limitation of out of plane
buckling of the crack flanks when thin sheets are being tested.

The second test is the so-called ply interrupt test. This test consists of an FML strip of limited
width of which all metal layers are being artificially cut over the entire width [13]. The
singularity at the ply interrupt will initiate delaminations at the interfaces that will progress
during subsequent load cycling as result of the load transfer by shear at the interface. The
advantage of the ply-interrupt test compared to the commonly used ENF test is related to the
evaluation of the results; where the strain energy release rate G changes along the delamination
length in the ENF tests, it remains constant in the ply-interrupt tests. As a result, it is much easier
to determine delamination growth rates for given stress or G levels.

Residual strength

Correlating the crack driving forces

Residual strength is traditionally predicted using R-curves, which are based on elastic-plastic
fracture mechanics principles, using similitude parameters as the stress intensity factors modified
for plasticity or the J-integral. In case of cracks, or fatigue cracks in FMLs, a similar approach
could be adopted as for fatigue crack propagation, represented by equations (1) to (3). However,
to avoid solving J-integrals for similitude, another similitude parameter could be adopted [20].
Because the crack opening profile is being calculated to determine the contribution of the
bridging fibers to the metal crack, the crack tip opening angle (CTOA) could also be taken for
similitude [19]. In fact, Rodi [20] illustrated that the tests needed to create a reference based on
the CTOA are easier performed and on smaller samples, than the tests needed for creating
reliable R-curves.

Being elastic-plastic until failure, the residual strength and particularly the CTOA prediction
must account for the crack tip progressing through the plastic deformation ahead of the crack tip
leaving plastic strain in the wake of the crack. This modeling is illustrated in Figure 2.

St

yielded bar element, eritical CTOD
e ShastIC-plastic COD
e £haSHE COTH

Figure 2 Modelling the plastic strain in the wake of the crack for CTOA calculation [20]
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Stiffened FML structures

Application of superposition principles

The application of the superposition principles can be further illustrated with the prediction for
stiffened FML structures. The major difference between the flat unstiffened and stiffened panel
containing a crack is the addition of structural elements that either decrease the crack driving
force (intact stiffeners take up load or bridge crack) or increase the driving force (broken
stiffeners add their load to the plate).

Taking the stress intensity factor as similitude parameter, it has to be calculated with

K =K -K  +K ©)

tip metal bridging ~ stilfener

where the plus/minus sign indicates the contribution of a broken or intact stiffener respectively.
In agreement with the correlation between equations (1) and (2), the formulation for the crack
opening displacement must be extended to account for the stiffeners like in equation (5).

The advantage of this superposition approach in studying fatigue damage growth mechanisms in
FMLs is that the interaction between the different contributors to the problem can be quantified.
This is illustrated in Figure 3 where the bridging stresses are calculated for different cases; FML
panels containing external straps in the center (intact or broken over crack) of laterally. The
influence of these external stiffeners on the bridging stresses within the laminate is evident.

-y R
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------- Double lateral straps
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125 T T T
0 10 20 30 40 50 60 70 80

location along the crack length [mm]

Figure 3 Comparison between the predicted bridging stress of three configurations with regard
to different crack lengths, with a,qcx=12.5 mm, 6j,,=120MPa and R=0.05 [20].
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Correlating the crack driving forces
Similarly to fibers delaminating over the cracks in metal layers in FML panels, the stiffeners may

disbond from the panel over cracks in the panel. If this disbonding occurs under fatigue loading,
similitude should be taken in agreement with the cyclic load conditions. An example similar with
the error made by Chang and Yang is made by Boscolo et al. [18] who used a static failure
criterion to predict the disbonding

G G ,

Here, it must be noted that these authors did realize the inappropriateness of this criterion, but
they reasoned that for their specific problem one may expect to make a limited error. However,
without justifying that these assumptions are valid, one may introduce unknown errors to the
prediction. And also in this case, critical G’s where assumed (rather than taken from reference
tests based on similitude) in order to correlate the prediction of the stiffened panel with
experimental tests.

In general, one should be aware that once a model is developed that violates the similitude
principles, validation of the model with experiments does not imply validation of the model, but
rather validation of the values for the input parameters used in the model. Or to phrase it shortly,
an incorrect model using incorrect values for input parameters may possibly provide a prediction
that correlates well with tests. However, that does not validate the model.

Conclusions

To describe fatigue in FMLs and hybrid structures in general, mechanistic approaches should be
adopted that are in agreement with the physical mechanisms that occur. Fatigue damage
consisting of crack growth and delamination growth, should thus be described by describing
these individual damage mechanics and their interaction, rather than describing one and
correcting the description for the presence of the other.

The similitude should be taken correctly, i.e. if growth during cyclic growth is to be predicted,
the correlation should be made with data obtained from similar cases. Thus crack propagation
and or delamination growth during cyclic loading should not be predicted with for example static
failure criteria.

Key in the definition of this cyclic load contribution is the proper use of linear elastic fracture
mechanics. Similitude parameters as the strain energy release rate should be formulated in
agreement with the cyclic load and this linearly related to the load cycle. Otherwise, the data
shows non-physical trends and the mechanistic approach will be corrupted in its implementation.
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Abstract

Austenitic steels were subjected to tensile and total strain controlled, fully reversed axial
low cycle fatigue (L.CF) testing to determine the influence of stacking fault energy on austenite
stability, or resistance to strain induced martensitic transformation during tensile and fatigue
deformation. Expected differences in stacking fault energy were achieved by modifying alloys
with different amounts of silicon and aluminum. Al alloying was found to promote martensite
formation during both tensile and LCF loading, while Si was found to stabilize austenite.
Martensite formation increases tensile work hardening rates, though Si additions also increase
the work hardening rate without martensite transformation. Similarly, secondary cyclic strain
hardening during LCF is attributed to strain induced martensite formation, but Si alloying
resulted in less secondary cyclic strain hardening. The amount of secondary cyclic hardening
scales linearly with martensite fraction and depends only on the martensite fraction achieved and
not on the martensite (i.e. parent austenite) chemistry. Martensite formation was detrimental to
LCF lives at all strain amplitudes tested, although the total amount of martensitic transformation
during LCF did not always monotonically increase with strain amplitude nor correlate to the
amount of tensile transformation.

Introduction

To achieve increasing fuel efficiency goals, automobile manufacturers must look to
materials with better combinations of strength, ductility, and formability that allow
implementation of thinner structural components and reduce vehicle weight. Materials
containing metastable austenite, such as multiphase transformation induced plasticity (TRIP)
steels, achieve this combination through strain induced transformation of the retained austenite to
martensite. In monotonic tensile loading, the effectiveness of TRIP depends strongly on austenite
stability, or resistance to strain induced transformation, as the austenite must be available to
transform at higher strains where it acts to defer necking [1].

One possible way to change austenite stability is through modification of austenite
stacking fault energy (SFE) because strain induced martensite nucleates on shear band
intersections introduced through deformation; increasing SFE decreases the likelihood of
forming distinct shear bands as cross slip becomes more prevalent [2]. As an example, the SFE
effect might be manifested by exchanging silicon alloying for aluminum alloying in commercial
TRIP steels to improve coatability and bainitic transformation kinetics [3,4]; Al is expected to
increase SFE while Si is expected to lower or have little impact on SFE [5,6]. The literature has
shown that this alloying approach does indeed influence austenite stability, although other
possible underlying mechanisms include the influence of Al and Si on: phase transformation
thermodynamics, carbon partitioning from bainitic ferrite into austenite during heat treatment,
mechanical stress-strain partitioning between austenite and other microconstituents during
loading, etc [7-11].
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While the same basic mechanisms are expected to affect austenite stability and
mechanical performance in both tension and fatigue, the treatment of fatigue loading is
inherently more complex. For example, in stress-controlled fatigue testing, strain induced
transformation is beneficial as it strengthens the microstructure and minimizes cyclic plasticity
ahead of fatigue cracks [10]. However, in strain-controlled low cycle fatigue (LCF) testing,
martensite formation is detrimental to fatigue life as it leads to increased stress amplitudes that
promote cracking [11].

The current study aims to alter austenite SFE and stability during tensile and fatigne
loading through Al and Si additions. Strain-controlled fatigue loading is of interest because
components subjected to cyclic plasticity will be negatively influenced by cumulative martensitic
transformation and design optimization will differ from components subjected to monotonic
and/or cyclic elastic loading. Additionally, transformation during strain-controlled LCF occurs
relatively uniformly in the gage section of the sample, thus facilitating martensite fraction
quantification using non-destructive techniques [11-15].

Experimental Details

There are several interrelated parameters, besides austenite SFE, that can influence
retained austenite stability in multiphase TRIP steels, including carbon redistribution variations
near different microconstituents and stress and strain partitioning between microconstituents. To
study the influence of austenite SFE on austenite stability and LCF response, fully austenitic
materials with various Al and Si additions were pursued to eliminate the influences associated
with non-austenitic phases. Following the microstructure survey carried out by Glenn [16], the
experimental steels in Table 1 were cast, homogenized for 20 hours at 1200 °C, hot rolled from
76.2 mm to 15.9 mm, and solution annealed for one hour according to Table 1. The Base, 2.5 Si,
and 2.5 Al solution annealing temperatures were selected to achieve a constant grain size of
140 um according to the ASTM E112 intercept method [17], thus eliminating the influence of
austenite grain size on stability [18]. Figure 1 shows a light optical micrograph of the solution
annealed 2.5 Si alloy and an X-ray diffraction (XRD) scan from the 2.5 Al alloy, indicating the
fully austenitic structure of these materials. The 2.8 Si-L alloy (L. for low nickel) is a fully
austenitic alloy left over from a previous alloying scheme. Its grain size is different than the
other alloys and because its Ni, C, and N content is substantially different than the other three
alloys, it cannot be easily used to elucidate Al/Si alloying effects. The alloy is included in this
study to provide further data for comparing mechanical behavior to austenite stability.

Table I. Experimental Steel Chemistries and Solution Annealing Temperatures
witpet  C N Ni  Cr Mn Si Al S P ’%n(neca)l
Base 0.028 0.0034 15.05 11.06 1.09 0.002 005 0.001 0.002 1040
2581 0.028 0.0036 1499 1098 1.10 250 0.06 0.001 0.002 1075
25A1  0.030 00034 1504 11.02 1.08 0.034 247 0.001 0.002 1060
28Si-L  0.016 0.016 13.46 1074 097 284 0.07 0.001 0.002 1100

Following solution annealing, round bar tensile and LCF specimens were machined
according to ASTM E606 with a gage length of 19.05 mm and a gage diameter of 6.35 mm [19].
Tensile tests were run at a constant displacement rate of 5 mm/min with strain being measured
from an axial extensometer. LCF samples were further hand polished on a lathe to a 1 pm
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diamond finish and coated with epoxy to shield the specimen surface from the extensometer
knife edges and prevent fatigue crack nucleation at these sites. Axial LCF tests were performed
on a servo-hydraulic frame in fully-reversed (R =-1) extensometer control with a sinusoidal
waveform at total strain amplitudes ranging from 0.3% to 1.2% and frequencies ranging from
0.5Hz to 2.0Hz, scaled inversely with amplitude. Tensile tests were interrupted at
predetermined levels to assess martensite fraction evolution as a function of applied strain; LCF
tests have not been interrupted to date, and martensite fractions have only been determined after
cycling to failure. )

Martensite fractions were determined through the use of a Fischer Feritscope™ magnetic
contact probe; the probe works based on the ferromagnetic nature of martensite and
paramagnetic nature of austenite. Six to eight measurements were taken on each sample and
averaged. Talonen et al. [20] have suggested that the measured martensite fractions should be
multiplied by a constant value of 1.7 to account for the fact that the probes are calibrated for
delta ferrite and not strain induced martensite; this correction has not been applied to the current
test data because the current work does not aim to develop quantitative hardening models that
require the true martensite fraction as an input.

(a) (b)

Figure 1. (a) Light optical micrograph of 2.5 Si alloy showing a polycrystalline austenitic
microstructure — mechanically polished to 0.05 pwm alumina and etched with 80 mL
ethanol, 40 mL H,0, 40 mL HCL, and 2g CuCl,. (b) XRD scan (Cu-Ka) of 2.5 Al alloy
showing only austenite peaks — chemically polished for 20 minutes in a 10:10:1 mixture
OszO, HzOz, and HF.

Results and Discussion

Figure 2 shows the interrupted tensile true stress-strain curves and corresponding
feritscope magnetic fraction evolution curves for the four alloys. The 2.8 Si-L alloy shows the
highest amount of work hardening and largest extent of martensite formation (feritscope
magnetic fraction). The 2.5 Si alloy displays the next highest work hardening capacity but the
lowest amount of martensite formation, suggesting that this material work hardens through an
alternate mechanism besides austenite to martensite transformation. The austenite in the 2.5 Al
alloy is less stable than the Base alloy and correspondingly, the 2.5 Al alloy work hardens more
than the Base alloy. The same observation holds for the 2.5 Si alloy and the 2.8Si-L alloy: the
2.8 Si-L demonstrates more transformation and greater work hardening rates. The tensile
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martensite transformation results suggest that Al tends to destabilize austenite while Si tends to
stabilize it compared to the Base alloy. However, it has been previously asserted that Al
stabilizes austenite through its capacity to increase austenite SFE and thus impedes strain
induced nucleation of martensite [7,21]. Transmission electron microscopy measurements of
SFE for the Base, 2.5 Si, and 2.5 Al alloys are anticipated to provide additional clarity on the role
of Al in the experimental alloys.

i L 3 .'¢ J
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(a) (b)

Figure 2. (a) Interrupted tensile true stress-strain curves. (b) Corresponding
feritscope magnetic fraction evolution as a function of true tensile strain.

Figures 3a-c show the evolution of true stress amplitude as a function of fatigue cycle
number for total strain amplitudes of 0.9%, 0.6%, and 0.3%, respectively; data for the Base alloy
have been excluded for clarity. Using the strain amplitude of 0.6% as an example (Figure 3b),
there is an initial period of cyclic strain hardening that lasts for approximately 50 cycles followed
by a plateau in stress amplitude in all three alloys. This behavior is consistent with the generation
and subsequent stabilization of dislocation substructure [22]. In the case of the 2.5 Si alloy, the
period of constant stress amplitude lasts until failure. However, both the 2.8 Si-L. and 2.5 Al
alloys show a second period of cyclic hardening that curtails the stabilization period. Secondary
cyclic hardening behavior is associated with the formation of strain induced martensite.
Martensite formation during fatigue loading is known to require a certain cyclic incubation
period during which sufficient martensite nucleation sites are generatedin the
microstructure [14]. The same general cyclic deformation behavior is also observed at strain
amplitudes of 0.9% and 0.3%, as shown respectively in Figures 3a and 3c, although the amounts
and rates of hardening are amplitude dependent.

Figure 3d shows the relationship between maximum stress amplitude achieved during
LCF life and the feritscope magnetic fraction determined after failure. There is a direct
correlation between maximum stress amplitude and martensite fraction at all strain amplitudes,
again indicating martensite formation is the cause of secondary cyclic hardening. Furthermore,
the correlation between cyclic hardening and martensite fraction appears roughly linear, thus
implying that it may be possible to capture cyclic hardening due to martensite formation using a
simple linear rule of mixtures mechanical model [23]. Also, the maximum stress amplitudes as a
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function of martensite fraction of all of the alloys appear to collapse to a single line for a given
strain amplitude, which implies that martensite fraction alone, and not martensite chemistry
(which is the same as the parent austenite chemistry), controls the hardening behavior in this
alloy system. However, Hahnenberger ef al. have shown that martensite composition may play a
bigger role in other alloy systems where the austenite carbon content has been altered through
the addition of carbide-forming elements such as Ti and Nb [13].

© (d

Figure 3. Evolution of true stress amplitude vs. cycle number for the various alloys
tested at total strain amplitudes of (a) g,; = 0.9%, (b) 0.6%, and (c¢) 0.3%. Magnetic
percents at failure measured by feritscope are in parentheses. (d) Correlation between
maximum stress amplitude and magnetic fraction at failure for each strain amplitude.

The strain hardening behavior during tensile and fatigue loading is not consistent across
all of the alloy conditions. Specifically, the 2.5 Si alloy shows appreciable tensile work
hardening, due to a mechanism other than martensitic formation, but essentially no secondary
cyclic hardening because it does not undergo significant transformation in fatigne. The
difference between tensile and fatigue behavior suggests that the work hardening mechanisms
operative in tension are not triggered during fatigue loading in this material. Furthermore, the
propensity for a material to transform in tension does not necessarily correspond to its tendency
to transform in fatigue. For example, the 2.8 Si-L alloy transforms much more readily in tension
than the 2.5 Al alloy (Figure 2b), but during LCF at total strain amplitudes of 0.3% and 0.6%, the
2.5 Al alloy transforms more than the 2.8 Si-L alloy (Figure 4a). The 2.5 Al alloy accordingly
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experiences more secondary cyclic hardening than the 2.8 Si-L alloy at these levels (Figures 3b-
d) despite its lower tensile work hardening capacity (Figure 2a). Understanding how tensile work
hardening mechanisms translate to fatigue loading conditions may be a crucial consideration for
successful implementation of advanced steels in applications subject to monotonic and fatigue
design requirements.

(@) ®)

Figure 4. (a) Dependence of magnetic fraction on total strain amplitude. (b) Dependence
of LCF life on magnetic fraction measured at failure for three different total strain
amplitudes showing that martensite formation is detrimental to LCF life.

Figure 4a shows the dependence of martensite transformation on applied strain
amplitude. The 2.5 Al alloy shows a distinct maximum in martensite fraction near a strain
amplitude of 0.6%, and the 2.8 Si-L alloy appears to approach a maximum amount of
transformation at the highest amplitude tested. The Base (not shown in Figure 4a) and 2.5 Si
alloys seem to behave in a similar qualitative manner to the 2.5 Al alloy, but additional data
points are required. The concave nature of martensite fraction as a function of strain amplitude
indicates that at lower strain amplitudes the generated dislocation substructure is ineffective at
nucleating martensite while at higher strain amplitudes, fatigne failure occurs more rapidly and
shortens the secondary hardening regime.

Figure 4b shows the dependence of LCF life on magnetic fraction measured at failure for
three different total strain amplitudes. At all strain amplitudes, martensite formation is
detrimental to LCF life. Martensite formation increases the stress amplitude during strain-
controlled fatigue cycling, thus increasing the driving force for damage initiation and
propagation during the tensile portion of the cycle [24].

Conclusions
Metastable austenitic stainless steels were tested in tension and low cycle fatigne and
characterized with respect to the amount of strain-induced martensitic transformation. The
following results and conclusions were obtained:
1. Aluminum present in austenite promotes strain induced martensitic transformation
during tensile and LCF loading while silicon inhibits transformation.
2. Martensite formation increases tensile work hardening, but in the case of the 2.5 Si
alloy, high work hardening was achieved with minimal martensite formation.
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3. Maximum stress amplitude reached during the LCF life scales linearly with
martensite fraction measured at failure such that secondary cyclic hardening is
attributable to martensite formation.

4. Secondary cyclic hardening depends only on the amount of martensite formed and not
the martensite (i.e. parent austenite) chemistry for the alloys tested.

S. Tensile transformation and work hardening capacity do not necessarily correspond to
martensite formation during LL.CF and secondary cyclic hardening.

6. The amount of martensite formed at failure does not continuously increase with strain
amplitude if failure inhibits the total amount of transformation possible.

7. Martensite formation is detrimental to LCF life at all of the strain amplitudes tested.

Acknowledgments

This material is based upon work supported by the National Science Foundation under
Grant No. 0955236. This research was supported in part by an award from the Department of
Energy (DOE) Office of Science Graduate Fellowship Program (DOE SCGF). The DOE SCGF
Program was made possible in part by the American Recovery and Reinvestment Act of 2009.
The DOE SCGF program is administered by the Oak Ridge Institute for Science and Education
for the DOE. ORISE is managed by Oak Ridge Associated Universities (ORAU) under DOE
contract number DE-ACO05-060R23100. All opinions expressed in this paper are the authors’
and do not necessarily reflect the policies and views of DOE, ORAU, or ORISE. The authors
also gratefully acknowledge the support of AK Steel and the Advanced Steel Processing and
Products Research Center, a university-industry cooperative research center.

References
1. G.B. Olson, “Transformation Plasticity and the Stability of Plastic Flow,” Deformation,
Processing, and Structure, ed. G. Krauss (Metals Park, OH: ASM, 1984) 391-425.

2. G.B. Olson and M. Cohen, “Kinetics of Strain-Induced Martensitic Nucleation,” Metallurgical
Transactions A4, 6 (1975), 791-795.

3. J. Mahieu, S. Claessens, and B.C. De Cooman, “Galvanizability of High-Strength Steels for
Automotive Applications,” Met. Mat. Trans A, 32 (2001), 2905-2908.

4. J. Mahiceu, J. Maki, B.C. De Cooman, and S. Claessens, “Phase Transformation and
Mechanical Properties of Si-Free CMnAl Transformation-Induced Plasticity—Aided Steel,”
Metallurgical and Materials Transactions A4, 33 (2002), 2573-2580.

5. A. Dumay, J.-P. Chateau, S. Allain, S. Migot, O. Bouaziz, “Influence of Addition Elements on
the Stacking-Fault Energy and Mechanical Properties of an Austenitic Fe—-Mn—C Steel,”
Materials Science and Engineering A, 483—484 (2008), 184-187.

6. R.E. Schramm and R.P. Reed, “Stacking Fault Energies of Seven Commercial Austenitic
Stainless Steels,” Metallurgical Transactions A, 6 (1975), 1345-1351.

207



7. L. Samek, E. De Moor, J. Penning, and B.C. De Cooman, “Influence of Alloying Elements on
the Kinetics of Strain-Induced Martensitic Nucleation in Low-Alloy, Multiphase High-Strength
Steels,” Metallurgical and Materials Transactions A, 37 (2006), 109-124.

8. A.K. De, R.S. Kircher, J.G. Speer, and D.K. Matlock, “Transformation Behavior of Retained
Austenite in TRIP Steels as Revealed by a Specialized Etching Technique,” Proceedings of the
International Conference on Advanced High Strength Sheet Steels for Automotive Applications,
ed. J.G. Speer (Warrendale, PA: AIST, 2004) 337-347.

9. PJ. Jacques, J. Ladriere, and F. Delannay, “On the Influence of Interactions between Phases
on the Mechanical Stability of Retained Austenite in Transformation-Induced Plasticity
Multiphase Steels,” Metallurgical and Materials Transactions A, 32 (2001), 2759-2768.

10. G.B. Olson, R. Chait, M. Azrin, and R.A. Gagne, “Fatigune Strength of TRIP Steels,”
Metallurgical Transactions A, 11 (1980), 1069-1071.

11. M. Smaga, F. Walther, and D. Eifler, “Investigation and Modelling of the Plasticity-Induced
Martensite Formation in Metastable Austenites,” Int. J. Mat. Res., 97 (2006), 1648-1655.

12. M. Smaga, F. Walther, and D. Eifler, “Deformation-Induced Martensitic Transformation in
Metastable Austenitic Steels,” Materials Science and Engineering A, 483-484 (2008), 394-397.

13. F. Hahnenberger, M. Smaga, and D. Eifler, “Influence of y-a’-Phase Transformation in
Metastable Austenitic Steels on the Mechanical Behavior during Tensile and Fatigue Loading at
Ambient and Lower Temperatures,” Adv. Eng. Materials, doi: 10.1002/adem.201100341 (2012).

14. A. Glage, A. Weidner, and H. Biermann, “Effect of Austenite Stability on the Low Cycle
Fatigue Behavior and Microstructure of High Alloyed Metastable Austenitic Cast TRIP Steels,”
Procedia Engineering, 2 (2010), 2085-2094.

15. A. Das, S. Sivaprasad, P.C. Chakraborti, and S. Tarafder, “Morphologies and Characteristics
of Deformation Induced Martensite during LLow Cycle Fatigue Behaviour of Austenitic Stainless

Steel,” Materials Science and Engineering 4, 528 (2011), 7909-7914.

16. M.L. Glenn, “The Prediction of Microstructure in Low-Chromium Substitutes for Stainless
Steels,” Journal of Materials Engineering, 10 (1988), 181-191.

17. Standard Test Methods for Determining Average Grain Size, ASTM Standard E112 (2004).
18. AK. De, D.C. Murdock, M.C. Mataya, J.G. Speer, and D.K. Matlock, “Quantitative
Measurement of Deformation-Induced Martensite in 304 Stainless Steel by X-Ray Diffraction,”
Scripta Materialia, 50 (2004), 1445-1449.

19. Standard Practice for Strain-Controlled Fatigue Testing, ASTM Standard E606 (2004).

208



20. J. Talonen, P. Aspegren, and H. Hanninen, “Comparison of Different Methods for Measuring
Strain Induced Martensite Content in Austenitic Steels,” Mat. Sci. Tech., 20 (2004), 1506-1512.

21. E. Jimenez-Melero, N.H. van Dijk, L. Zhao, J. Sietsma, S.E. Offerman, J.P. Wright, and S.
van der Zwaag, “The Effect of Aluminum and Phosphorus on the Stability of Individual
Austenite Grains in TRIP Steels,” Acta Materialia, 57 (2009), 533-543.

22. H-J Christ, “Cyclic Stress-Strain Response and Microstructure,” ASM Handbook Vol. 19:
Fatigue and Fracture, ed. S.R. Lampman (Metals Park, OH: ASM International, 1996) 73-95.

23. G.R. Lehnhoff and K.O. Findley, “Influence of Austenite Stability on Predicted Cyclic
Stress-Strain Response of Metastable Austenitic Steels,” Procedia Eng., 10 (2011), 1097-1102.

24. G. Baudry and A. Pineaun, “Influence of Strain-induced Martensitic Transformation on the
Low-Cycle Fatigue Behavior of a Stainless Steel,” Mat. Sci. Eng., 28 (1977), 229-242.

209



Fatigue of Materials 11 Advances and Emergences in Understanding
Fdited by: T.S. Srivatsan, M. Ashraf Tmam, and R. Srinivasan
TMS (The Minerals, Metals & Materials Society), 2013

THE HIGH CYCLE FATIGUE and FINAL FRACTURE BEHAVIOR
of
ALLOY STEEL 9310 FOR USE IN PERFORMANCE-SENSITIVE APPLICATIONS

K. Manigandan’, T.S. Srivatsan’, T. Quick® and A. M. Freborg®

1. Department of Mechanical Engineering
The University of Akron
Akron, Ohio 44325-3903, USA
E-Mail: tssl@uakron.edu

2. Department of Geology
The University of Akron
Akron, Ohio 44325, USA

E-Mail: tquick@uakron.edu

3: Deformation Control Technology, Inc.
7261 Engle Rd., Suite 105
Cleveland, OH 44130
E-Mail: andy.freborg@deformationcontrol.com

Abstract

In this technical paper the results of a recent study aimed at understanding the high cycle fatigne
properties and fracture behavior of an alloy steel, a viable candidate for use in performance-
critical applications, is presented and briefly discussed. The alloy steel investigated was 9310.
The material was evaluated in the as-forged (wrought) and normalized condition. Test
specimens of this alloy steel were precision machined and conformed to specifications delineated
in the ASTM E8. The as-machined and subsequently polished test samples were cyclically
deformed over a range of maximum stress, in the room temperature (T = 25 C), laboratory air
environment (Relative Humidity 55 pct), at the load ratios of 0.1 and -1.0. The number of
cycles-to-failure was recorded. The specific significance of load ratio on cyclic fatigue life of
alloy steel 9310 is presented and differences discussed based on a synergism of the nature of
loading, intrinsic microstructural effects, and macroscopic fracture behavior. The fatigue
fracture surfaces were examined in a scanning electron microscope to determine the macroscopic
fracture mode and to concurrently characterize the intrinsic features on the fatigue fracture
surfaces and thus establish the microscopic mechanisms governing failure. The conjoint
influence of microstructure, maximum stress and load ratio on cyclic fatigue life and fracture
behavior is highlighted.

Key words: Alloy steel, microstructure, cyclic fatigue, load ratio, fatigue life.
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Introduction

The economic and social benefits arising from the selection and use of high strength steels for a
spectrum of performance-critical and even non-performance critical applications has in recent
years gained increased attention. During the same time period, several problems have been
identified from the preliminary research and development efforts on high strength alloy steels
relating specifically to complex microstructures containing the micro-constituent martensite.
These problems include low to inferior fracture toughness, limited ductility, and limited fatigue
resistance coupled with inferior resistance to fracture. This provided the much needed interest,
incentive and impetus for refining the initial microstructure of the candidate steel as a viable and
affordable mechanism for enhancing strength while concurrently ensuring adequate ductility and
improved fracture toughness. Recent efforts have focused on using processing techniques as a
viable alternative to refine the grain size of the starting metal [1, 2].  This led to the
development, emergence and prudent use of mechanical deformation in synergism with heat
treatment, or thermo-mechanical processing (TMP), as an effective, efficient and economically
affordable alternative to the use of conventional processing in large scale mills or techniques of
severe plastic deformation, which are essentially confined to laboratory scale sample dimensions.

A variety of engineering components and structures currently in active use often encounter either
variable or constant amplitude fatigue loading, and at times a combination of the two. At any
given time, loading on the component or structure of interest can involve high tensile loads.
Many of the components often experience a high tensile mean stress [0 meaqn = G maximum + O
minimum/2] and a high load ratio [R = 6 minimum / G maximum], Such as, the pre-tightened bolts,
backhoe buckets, and aircraft wings and associated structures during flight. Alloy steel AIST
9310 is often selected as the candidate material for these applications due to its high strength,
acceptability ductility, and adequate fatigue resistance. Subsequent to quenching and tempering
this alloy steel has martensite as the major micro-constituent in the microstructure [3-5].
However, the intrinsic microstructural features tend to differ considerably even if the post
tempering hardness is nearly the same. This is due principally to composition and the resultant
type, shape and volume fraction of the key micro-constituents in the microstructure of this steel.
Furthermore, the endurance limit or fatigue limit of the alloy steels having near similar
composition is easily influenced by the microstructural parameters, such as: (i) size and shape of
the primary ferrite grains, (ii) size, shape and volume fraction of the micro-constituent
martensite, (iii) presence of both coarse and intermediate size second-phase particles along with
fine precipitates, and even (d) mechanical properties to include strength, ductility and fracture
toughness. In evaluating the fatigue resistance of this high strength alloy steel, an integral
analysis of processing, microstructure, response to loading and resultant fracture behavior is
essential.  This is in addition to the measurement of hardness while concurrently giving due
consideration to both intrinsic microstructural features and mechanical properties as a direct
consequence of the neat treatment used to process the steel.

Investigating and understanding the high cycle fatigue behavior of steels, spanning both carbon
steels and alloy steels, became the subject of interest following the preliminary study and
findings by Naito and co-workers [6]. From their detailed study, Naito and co-workers [6] found
that carburized and surface hardened steel does not exhibit a conventional fatigue limit at 10°
cycles but tends to fail even beyond 107 cycles at fairly low values of applied stress. During the
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subsequent years, specifically in the time period spanning the last three decades, i.e., since the
early 1980s, few to several studies have made an effort to evaluate, examine, interpret and record
the mechanical behavior of high strength alloy steels relative to baseline microstructures [7-20].
A key finding culminating from these independent studies is that most of these alloy steels tend
to fail well below the conventional fatigue limit and in the long life regime beyond 10 7 cycles
when cyclically deformed at low values of applied stress. The range of steels that have been
systematically and meticulously investigated is rather small and limited essentially to:
(1) the AISI-SAE grades 52100, and
(i)  The Japanese Industrial Standards Steel grades: SUP7, SUP12, SCM 440, SUS304,
SUS316, SUS405 and SMn443.
The steels chosen for study, evaluation and examination were the prime candidates chosen and
used in systems that often experienced different loading ratios and frequencies during actual
service or use. The effect of frequency on high cycle fatigne performance, quantified by fatigue
life as a function of maximum stress, was found to be minimal. However, the effect and/or
influence of load ratio or stress ratio was observed to play an important role in governing
performance of the candidate alloy steel and resultant life of the structure [13].

The objective of this paper is to present and discuss the specific influence of load ratio on high
cycle fatigue response and final fracture behavior of alloy steel 9310. The outcome of this
research exercise was to identify the conjoint influence of intrinsic microstructural effects and
load ratio on fatigue life and resultant fracture behavior. The purpose of the study was to
identify and establish the specific role of intrinsic microstructural effects in governing “fatigne
life” when subjected to both tension-tension loading and fully reversed tension-compression
loading. The microscopic mechanisms and the conjoint influence of intrinsic microstructural
features and nature of loading in governing the fracture behavior of this alloy steel at both the
macroscopic and fine microscopic levels is established.

Material and Test Specimen Preparation
The alloy steel chosen for this experimental study is AISI 9310.  This steel is a preferred
candidate for use in gears of helicopters and other related airframe components of use in the
aerospace industry. This alloy steel was provided to DCT Inc (Cleveland, Ohio, USA) by the US

Army as forged plate. The nominal chemical composition of this alloy steel is given in Table 1.

Table 1: Nominal chemical composition of VIM/VAR 9310 STEEL

Element| C | Mn | Si P S Cr | Ni [Mo|Cu| Al | Co \'
9310 0.12 [ 0.57 | 027 | 0.006 | <0.001 | 129|333 (0.11]0.11]0.05|0.011 | <0.01

42CrSi | 043|059 2 - - 18| - | - | - | - N _
4140 | 037 1.1 |035|<0.040 | <0040 12 | - |030] - | - - -
X2-M [ 0.15] 05 | 09 | - - S - [14] - | - T 05
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This alloy steel (i.e., 9310) was produced by a synergism of vacuum induction melting (VIM)
and vacuum arc re-melting (VAR) per AMS 6265. The chemical composition was chosen so as
to obtain a stable grain size by the prudent use of thermo-mechanical processing (TMP) coupled
with micro-alloying. Presence of carbon helps in refining the grain size while concurrently
providing stability to the microstructure. However, the content of carbon is kept low in order to
facilitate ease in weldability and is thus maintained to be less than 0.15 percent. The element
manganese, like carbon, facilitates in refining the grain size while concurrently increasing
hardness at the fine microscopic level. The presence of elements chromium (1.29 weight
percent), nickel (3.33 weight percent) and molybdenum (0.11 weight percent) assists in the
formation, presence and dispersion of carbide particles, of varying size and shape, in the
microstructure. Presence of threes second phase carbide particles contributes to enhancing
hardness at the fine microscopic level and strength at the macroscopic level while concurrently
resisting softening during heat treatment. The presence of nickel in this alloy steel also aids in
lowering the ductile-to-brittle transition temperature while concurrently making it possible to
enhance toughness. In fact, addition of nickel facilitates in not only enhancing hardness at the
fine microscopic level but also aids in improving the impact strength.

The secondary processing that was used on the as-forged alloy steel is as follows:

(a)  This alloy steel was initially vacuum carburized to a depth of 0.038 inch/0.9042 inch.

(b) This was followed by quenching in oil at 140 C to result in a predominantly martensitic
microstructure. The presence of pockets of ferrite in the microstructure was made
possible by deep freezing this alloy steel in liquid nitrogen.

(©) Finally the alloy steel was double tempered at 350 F.

Cylindrical test specimens conforming to specification outlined in ASEM E-8 (Tension testing of
metallic materials) [21] and E-466-10 (Stress amplitude controlled high cycle fatigne test on
Metallic Materials) [22], were precision machined from the as-provided forged plate of alloy
steel 9310. The stress axis of the machined test specimens was parallel to the longitudinal
direction of the as-provided plate stock. At the gage section, the test specimens measured 12.5
mm (0.5 inch) in length and 3.125 mm (0.125 inch) in diameter. To minimize the effects and/or
contributions from both surface irregularities and finish, final surface preparation was achieved
by mechanically polishing the gage section of all test specimens (tensile plus cyclic fatigue)
using progressively finer grades of silicon carbide impregnated emery payer to remove any and
all of the circumferential scratches and surface machining marks.

Characterization of Initial Microstructure

Samples were taken from the mid-section of the as-provided alloy steel 9310 stock. Initial
characterization of the as-received microstructure was done using a low magnification optical
microscope. The samples taken from both the longitudinal and transverse directions of the as-
provided alloy steel stock were mounted in bakelite. The mounted samples were initially wet
ground on progressively finer grades of silicon carbide impregnated emery paper using copious
amounts of water both as a lubricant and as a coolant. Subsequently, the ground sample was
mechanically polished using 5-micron alumina (Al,O3;) powder and 1-micon alumina (Al,Os)
powder suspended in distilled water as the lubricant. The polished samples were etched using
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nital reagent, i. e, a solution mixture of 5-ml nitric acid and 95 ml of ethanol. The polished and
etched surfaces if the samples were observed in an optical microscope and photographed using
standard bright field illumination technique.

Mechanical Testing

The tensile and cyclic fatigue tests were performed on a fully automated, closed-loop servo-
hydraulic mechanical test machine (INSTRON: Model 8500 plus) equipped with a 100 KN load
cell.  The stress amplitude controlled high cycle fatigue tests were performed in the room
temperature (25 C) laboratory air environment (Relative Humidity of 55 pct) using a sinusoidal
waveform and at stress ratios (R = minimum stress / maximum stress) of 0.1 and -1.0. The
stress amplitude controlled fatigue tests were conducted at a constant frequency of 5 Hz. At the
two chosen load ratios, representative of tension-tension loading and tension-compression
loading, the fatigue tests were conducted over a range of stress amplitudes to establish the
variation of maximum stress (6 maximem) With fatigue life (Ng). The test data obtained from the
stress-amplitude controlled tests was used to obtain the following relationships:

1 Variation of maximum stress (6 maximum) With fatigue life (Ng)

(i1) Variation of maximum elastic strain (6 maximum /E) With fatigue life (Ny)

(iii)  Variation of the ratio of maximum stress /yield stress [6 maximum / O yield stress | With fatigue
life (Ng)

(iv) Variation of ratio of maximum stress /ultimate tensile strength [6 maximum / GuTs] With
fatigue life (Ny).

The graphs depicting the above relationships are shown in Figure 4 to Figure 7 for the
longitudinal test specimens that were cyclically deformed at the two load ratios representative of
tension-tension loading and tension-compression loading, The influence of load ratio (or stress
ratio) on fatigue response of this alloy steel (9310) can be inferred from these figures.

Analysis of Damage and Failure

Fracture surfaces of the cyclically deformed and failed test specimens were comprehensively

examined in a scanning electron microscope over a range of allowable magnifications to help

establish the following:

(a) The macroscopic fracture mode.

(b) The fine scale topography and features on the fatigue fracture surface for the purpose of
establishing the microscopic mechanisms contributing to failure by fracture.

Samples for observation in the scanning electron microscope (SEM) were obtained from the

deformed and failed specimens by sectioning parallel to the fracture surface.

Results and Discussion

Initial Microstructure.

Optical microstructure of the as-provided forged plate of alloy steel 9310 in the three
orientations, longitudinal, long transverse and short transverse, is shown in Figure 1. The
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observed micrographs in the three orientations are quite typical of low-carbon high strength alloy
steel having a combination of fine acicular martensite and retained austenite. The presence of
sizeable quantity of alloying elements in this steel resulted in noticeable volume fraction of the
micro-constituent martensite. The martensite observed in the microstructure had a needle-like
or acicular morphology and is thus a preferred site for high “local” stress concentration. In
addition to the two primary phases, or micro-constituents: martensite and ferrite, dispersed
through the microstructure were an observable population of fine carbide particles.  The
particles result as a direct consequence of the high alloy content in this steel. The presence and
morphology of the micro-constituent martensite is governed by both composition of the steel and
the secondary processing technique used to engineer this steel. These intrinsic features, i.e.,
ferrite and martensite, in combination with the presence and dispersion of the fine carbide
particles exert a positive influence on hardness, tensile strength, response when subjected to
cyclic loading and resultant fracture behavior at both the macroscopic level and fine microscopic
level. A triplanar optical micrograph showing the microstructure in the three orthogonal
orientations is shown in Figure 2.

Martensite

Ferrite

Figure 1. Optical micrographs showing the key microstructural constituents on the
polished and etched surface of alloy steel 9310:
(a) Longitudinal orientation, (b) Long-Transverse orientation, and
(¢) Short Transverse orientation.
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Figure 2: Triplanar optical micrograph illustrating the microstructure of alloy steel
9310 forged plate in the three orthogonal directions.

Tensile Properties

The room temperature tensile properties of the as-provided alloy steel 9310 are summarized in
Table 2. The results obtained from duplicate tests and the average value is reported. The yield
strength of this alloy steel was 1040 MPa in the longitudinal direction. The ductility quantified
by elongation over the 12.5 mm gage length was 14 percent. The reduction in test specimen
cross-section area, a measure of ductility, was 59 percent. The ultimate tensile strength of this
alloy steel is 1239 MPa, which is 19.0 percent higher than the yield strength providing clear and
convincing indication of the occurrence of strain hardening beyond yield. The engineering
stress versus engineering strain curve of this steel is shown in Figure 3.
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Table 2: A Compilation Of The Room Temperature (T = 25°C) Tensile Properties Of
Alloy Steel 9310 Taken In The Longitudinal Orientation.

Elastic Modulus | Yield Strength uTs Elongation | Reduction
GL=1” in Area
Orientation ksi GPa | ksi MPa | ksi MPa (%) (%)
9310 33967.9 | 2342 | 150.7 | 10396 | 179.7 1239 13.9 59
42CrSi 33503.7 231 261.5 1803 296.9 2047 15.8 2.9
4140 33068.6 228 96.5 665 123.3 850 13 25
X2-M 34228.9 236 165.1 1138 1751 1138 16 55

For both tensile tests this alloy steel exhibited continuous yielding behavior. The occurrence of
continuous yielding is ascribed to be due to the presence of unpinned dislocations introduced in
the soft ferrite regions in the microstructure during highly ‘localized’ plastic deformation. The
unpinned dislocations are located primarily at the interface of the soft ferrite and the hard
martensite and are assumed to be mobile during the early stages of plastic deformation. The
amount and/or volume fraction of the harder micro-constituent, i.e., martensite, present in the
microstructure of this alloy steel does exercise a control over the density of dislocations. The
velocity of the mobile dislocations and their resultant movement through the microstructure is
controlled by not only the amount of the soft ferrite phase but also by its location and
distribution, or in essence the volume fraction of ferrite in the final microstructure.

1408

1200

1008

804G

s00

Enginesring Stress (MPa)

o 2 4 s 8 10 12 14
Engineering Strain {%)
Figure 3: Variation of engineering stress (MPa) with engineering strain (percent) for
alloy steel 9310.
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Cyclic Stress Amplitude Controlled High Cycle Fatique Response

At ambient test temperature (25°C) the results of the stress amplitude controlled fatigue tests are
shown in Figure 4 as the variation of maximum stress (Gmaximum) With fatigue life (Ng). The
maximum stress with fatigue life curve shows a trend of increase in fatigue life with a gradual
decreased in the value of maximum stress, a trend shown by most metals and even their
composite counterparts. The maximum stress versus fatigue life (N¢) response of this AISI 9310
alloy steel when deformed under the influence of tension-tension loading (i.e. R = 0.1) is
noticeably better than the response observed when deformed under fully-reversed loading, i.e. R
= -1.0, which is a trend expected and observed in most metals and their composite counterparts.
The endurance limit of this alloy steel when cyclically deformed at load ratio of 0.1 is 800 MPa
and over 200 percent better than the endurance limit when deformed at load ratio of -1.0, which
is 400 MPa. A load ratio of -1.0, representative of fully-reversed loading, is the toughest or
most severe loading condition that a metal can be subjected to during cyclic loading and an
endurance limit of 400MPa shown by this alloy steel reveals noticeably good cyclic fatigue
resistance,

To facilitate a better understanding of the response of this 9310 alloy steel from the standpoint of
design engineering, the variation of maximum stress (6 maximum) With fatigue life (Ny) is re-plotted
in terms of the variation of maximum elastic strain [6 maximum / E] to take into account the elastic
modulus if the test specimen, as a function of fatigue life. This is shown in Figure 5 and reveals
a linear trend. A noticeable difference in behavior between the two load ratios, i.e., R = 0.1 and
R =-1.0, is observed at all values of maximum elastic strain. At a given value of the maximum
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Figure 4. Influence of load ratio on variation of maximum stress (6maximum) with

fatigue life (Ng) for alloy steel 9310 cyclically deformed at room temperature
(25°C).
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Figure 5. Influence of load ratio on variation of maximum elastic strain (6maximum /E)
with fatigue life (N¢) for alloy steel 9310 cyclically deformed at room
temperature 25°C.

elastic strain (6 maximum /E). the observed degradation in cyclic fatigue life (Nf) of the testy

specimen deformed under fully reversed tension-compression loading (R = -1) is noticeably large

and distinctly noticeably when compared to the test specimen that was deformed under tension-
tension loading (i.e. R =0.1). The degradation is as high as 300 pct at all values of the ratio of
maximum elastic strain. Also, for the longitudinal orientation the variation of ratio of maximum
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Figure 6. The variation of ratio of maximum stress to yield stress [6maximum / 6vs] With

fatigue life (Ng) for alloy steel 9310 cyclically deformed at room temperature
(25°C).
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Figure 7: The variation of the ratio of maximum stress to ultimate tensile strength

[Gmaximum / 6uTs] With fatigue life (Ny) for alloy steel 9310 cyclically deformed
at room temperature (25°C).

stress/yield stress as a function of fatigue life (Ny) revealed the fatigue response under fully
reversed loading (R = -1) to be noticeably inferior than the tension-tension loading (R = 0.1)
(Figure 6.). A similar trend is noticed in examining the variation of the ratio of maximum stress
to ultimate tensile strength [Gmaximum/UTS] with fatigue life as shown in Figure 7. The observed
degradation in cyclic fatigue life and resultant fatigue response is due to the conjoint and
mutually interactive influences of nature of loading, intrinsic microstructural effects, matrix
deformation characteristics and macroscopic mode of fracture assisted with the microscopic
mechanisms controlling fracture at the fine microscopic level.

Comparing the maximum stress versus fatigue response of this alloy steel 9310 with other
candidate alloy steels, cyclically deformed under conditions of fully reversed loading, i.e., R = -
1, is as shown in Figure 8. Over the entire range of maximum stress this steel reveals inferior
fatigue life when compared with the emerging steel X2M an experimental steel 42SiCr.
However, little to minimal difference in stress versus fatigue life response was evident with the
widely used commercial alloy steel 4140. The noticeably improved maximum stress-fatigue life
response of the experimental alloy steel 42CrSi and emerging steel X2M can be ascribed to their
higher yield strength than the candidate alloy steel 9310 and the commercial and widely chosen
and used steel 4140.
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Figure 8: A comparison of the maximum stress versus fatigue life response of alloy

steel 9310 with other candidate alloy steels, at constant load ratio of -1.

Cyclic Fracture Behavior

A comprehensive examination of the fracture surfaces of the cyclically deformed and failed test
specimens was done using a FEI Quanta 200 scanning electron microscope (SEM). Low
magnification observation was used to identify:

(a)
(b)

Regions specific to the onset of crack initiation and damage during cyclic loading and

final fracture behavior (region of overload), and

At gradually higher allowable magnifications of the SEM to critically observe the regions

of both fatigue and overload so as to identify the following:

(1) Location of microscopic crack initiation,

2) Nature and extent of early microscopic crack growth through the microstructure
of this alloy steel, and

3) Other fine scale features on the fracture surface.

Representative fracture features of the test specimen cyclically deformed at the two load ratios
and deformed at (i) high maximum stress and resultant short fatigue life, and (ii) low maximum
stress and resultant enhanced fatigue life are shown in Figure 9-12.
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Load Ratio of -1.0

Scanning electron micrographs of the fatigue fracture surface of the failed 9310 alloy steel test
sample that was cyclically deformed at a maximum stress of 727.7 MPa with a resultant fatigue
life of 12,191 cycles revealed global or macroscopic failure to be essentially normal to the far-
field stress axis and comprising of two distinct regions clearly representative of fatigue and
overloads (Figure 9-a). The region of early microscopic crack growth upon observation at
higher allowable magnifications of the scanning microscope revealed the presence and
distribution of fine microscopic voids of varying size and shape (Figure 9-b). Careful high
magnification observation of this region and gradually approaching the domain of stable crack
growth revealed pockets of shallow striations reminiscent of micro-plastic deformation
intermingled with fine microscopic cracks parallel to the major stress axis and indicative of
locally occurring brittle failure (Figure 9-¢). At higher magnifications the region immediately
prior to overload revealed (i) an observable population of microscopic voids intermingled with
dimples of varying size, and (ii) pockets of well-defined striations features that are indicative of
locally occurring ductile failure mechanisms (Figure 9-d).

The test sample that was cyclically deformed at a lower maximum stress of 467.8 MPa with a
resultant fatigue life of 385,763 cycles is as shown in Figure 10. Overall morphology of failure
was flat and essentially normal to the far-field stress axis (Figure 10-a). High magnification
observation of the fracture surface revealed the transgranular regions to be inlaid with shallow
striations indicative of the occurrence of micro-plastic deformation (Figure 10-b). At higher
magnification was evident the profile and nature of macroscopic cracks intermingled with very
fine microscopic cracks (Figure 10-¢). In the region of stable crack growth immediately prior
to unstable crack growth and overload an observable population of striations was seen providing
evidence of micro-plastic deformation and stable crack growth through much of the alloy
microstructure for this specimen exhibiting long cyclic fatigue life (Figure 10-d).

Load Ratio of 0.1

Scanning electron micrographs of the test sample that was cyclically deformed at a maximum
stress of 964.2 MPa with a resultant fatigue life of 41,584 cycles is shown in Figure 11. Overall
morphology of failure revealed distinct regions of fatigue and overload. The region of early
crack growth revealed both macroscopic cracks intermingled with fine microscopic cracks
(Figure 11-b). Essentially the region of early microscopic crack growth was flat and inlaid with
an observable population of cracks to include few macroscopic and many fine microscopic. All
of the cracks were oriented in the direction of the major stress axis. In the region of unstable
crack growth and overload was evident shallow dimples of varying size intermingled with fine
microscopic cracks (Figure 11¢). These features are representative of the locally occurring
ductile and brittle failure mechanisms. In the region of overload when observed at high
magnification revealed a noticeable population of microscopic voids and their coalescence to
form a fine microscopic crack (Figure 11-d), the key features indicative of both ductile and
brittle failure mechanisms occurring at the fine microscopic level.
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Figure 9:

Scanning electron micrographs of the fatigue fracture surface of the 9310
sample cyclically deformed at load ratio of -1 at a maximum stress of 727.7
MPa, resultant fatigue life of 12,191 cycles, showing:

(a
(b)

(e)
(d)

Overall morphology of failure

High magnification observation of the region of early microscopic
crack growth shoeing isolated pockets of fine microscopic voids.
The presence of pockets of shallow striations intermingled with very
microscopic cracks in the region of stable crack growth.

High magnification observation of the fracture surface immediately
prior to unstable crack growth showing morphology and clarity of
striations.
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Figure 10.

o i

Scanning electron micrographs of the fatigue fracture surface of the 9310
sample cyclically deformed at load ratio of -1 at a maximum stress of 467.8
MPa, resultant fatigue life of 385,763 cycles, showing:

(a
(b)

(e)
(d)

Overall morphology of failure

The transgranular fracture region showing pockets of shallow
striations dispersed through the surface

Array of microscopic cracks and macroscopic cracks parallel to the
major stress axis

Well defined, yet shallow striations, in the region of stable crack
growth
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The key features observed in the test sample that was cyclically deformed at a maximum stress
of 884.7 MPa and a resultant fatigue life of 91,120 cycles is shown in Figure 12. Overall
morphology of failure revealed a smooth region representative of fatigue and a rough region
representative of unstable crack growth and tensile overload (Figure 12a). The region of early
microscopic and stable crack growth was essentially smooth but inlaid with both macroscopic
and fine microscopic cracks (Figure 12b). High magnification observation of the region of
stable crack growth revealed an observable population of striations, which are representative of
the occurrence of “localized” micro-plastic deformation (Figure 12 ¢). The region of overload
when observed at higher allowable magnifications of the SEM revealed a noticeable population
of dimples intermingled with fine voids, indicative of predominantly ductile failure mechanisms
at the fine microscopic level (Figure 12d).

Micro-mechanisms Governing Cyclic Fracture Behavior.

Scanning electron microscopy observations of the fracture surfaces of the cyclically deformed
and failed test specimen’s revealed pockets of inter-granular failure intermingled with pockets of
well defined striations coupled with microscopic void formation their gradual growth during
repeated cyclic loading and eventual coalescence. Upon failure of the test specimen the halves
of these voids, of varying size and shape, are the shallow dimples observed covering the regions
of unstable crack growth and overload and provides a representative of the “locally” occurring
failure mechanisms. The presence of cracks, both fine microscopic and macroscopic, in the
region of early microscopic crack growth and even the region on stable crack growth is assumed
to be due to the relative ease of nucleating these fine microscopic cracks by the occurrence of
decohesion at the interfaces of the soft and plastically deforming ferrite matrix and the hard and
essentially elastically deforming martensite (the dominant phase). The occurrence of decohesion
at both the region of the interface between the soft and hard micro-constituent, and at the grain
boundary regions is responsible for the features indicative of locally brittle failure at the fine
microscopic level while matrix microstructure (traces of ferrite) and its intrinsic softness is
responsible for the locally occurring ductile failure mechanisms evident by voids and dimples.

The presence and severity of the fine microscopic and macroscopic cracks on the fracture surface of
this alloy steel specimen cyclically deformed at the values of maximum stress is a function of
magnitude of maximum applied stress. At the lower value of applied maximum stress the cracking
at and along the interfaces and the grain boundaries due to constrained dislocation mobility resulting
in dislocation pile up and concomitant local stress concentration did not initiate immediately upon
cycling. A substantial time period of cyclic loading was required that favored well defined and
distinct region of stable crack growth, which was covered with fine striation like features indicative
of micro-plastic deformation prior to the inset of micro-cracking and their gradual growth and
eventual coalescence to result in macroscopic cracks

At the higher value of maximum stress the cracking initiated early during cyclic deformation and
both fine microscopic and macroscopic cracks were evident through the fatigue fracture surface.
Also, the initiation of fine microscopic cracks is facilitated by the initiation, gradual growth and
eventual coalescence of the microscopic voids. Following the initiation of the micro-voids at
grain boundaries an. second phase particles dispersed through the microstructure their
progressive growth results as a direct consequence of micro-plastic deformation occurring at the
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Figure 11.

Scanning electron micrographs of the fatigue fracture surface of the 9310
sample cyclically deformed at load ratio of 0.1 at a maximum stress of 964.2
MPa, resultant fatigue life of 41,584 cycles, showing:

(a
(b)
(©

(d)

Overall morphology of failure.

The region of fracture surface in the domain of early crack growth
High magnification observation of (b) showing key and intrinsic
features covering the fracture surface.

The region of overload failure showing a population of fine
microscopic voids, void coalescence to form microscopic cracks and
intermingled with pockets of dimples
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Figure 12.

Scanning electron micrographs of the fatigue fracture surface of the 9310
sample cyclically deformed at load ratio of 0.1 at a maximum stress of 884.7
MPa, resultant fatigue life of 91,120 cycles, showing:

(a)
(b)

(©
(d)

Overall morphology of failure of the test specimen.

High magnification observation of the region of initiation and early
microscopic crack growth.

The region of fracture surface transition between stable and unstable
crack growth

Healthy array of dimples and fine voids covering the overload
fracture surface.
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local level. The gradual accumulation of micro-plastic damage is exacerbated by stress-
microstructure interactions that occur during each cycle of loading. Tt is this irreversible plastic
deformation that is responsible for the initiation, progressive growth through the alloy steel
microstructure and eventual coalescence of the fine microscopic cracks with each other and other
propagating macroscopic cracks.

The presence of fine voids of varying size and shape does transforms the polycrystalline alloy
steel to a composite at the microscopic level. Subsequent to their initiation at the coarse second
phase particles dispersed through the microstructure, their incremental growth during repeated
cyclic loading culminating in their eventual coalescence with each other results in the initiation
of a fine microscopic crack while concurrently facilitating extension of the macro crack through
the alloy steel micro-structure. At the second phase particles plastic deformation is localized due
to the pile-up of dislocations during repeated cyclic loading thus facilitating conditions for the
initiation of fine microscopic voids.
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Conclusions

The results of a study aimed at understanding the specific influence of nature of loading, as
quantified by load ratio, on high cycle fatigue response and resultant fracture behavior of alloy
steel 9310 in the longitudinal orientation provides the following key findings:

L.

Light optical microscopy of this high strength alloy steel revealed a sizeable volume
fraction of martensite intermingled with pockets of ferrite.  The alloying elements
present in this steel are responsible for the high volume fraction of martensite. Presence
of the micro-constituent martensite was needle-like or acicular.

The yield strength of this alloy steel in the longitudinal orientation was high and 1040
MPa.  The ultimate tensile strength was 19 percent higher than the yield strength,
indicating the occurrence of strain hardening beyond vield. For this high strength this
alloy steel exhibited 14 percent elongation and 59 pet reduction in cross-section area.

The variation of maximum stress with fatigue life followed the trend expected for most
metals and their composite counterparts. At equivalent values of maximum stress the
fatigue life of the specimen deformed at load ratio of -1 was noticeably inferior to life of
the test specimen deformed under tension-tension loading at load ratio of 0.1.

Over the entire range of maximum stress the 9310 alloy steel revealed inferior fatigue life
when compared with the emerging steel X2M an experimental steel 42SiCr, and minimal
difference in stress versus fatigue life response with the widely used commercial alloy
steel 4140. The noticeably improved maximum stress-fatigue life response of the
experimental alloy steel 42CrSi and emerging steel X2M can be ascribed to their higher
yield strength.

Scanning electron microscopy observation of the fracture surface of the deformed and
failed specimens revealed features representative of the level of maximum stress and
resultant fatigue life. The region of fatigue comprised of a very short initiation site, early
microscopic crack growth and a short, yet distinct domain of stable crack growth through
the microstructure of alloy steel. Both macroscopic and fine microscopic cracks were
evident in the region of early microscopic crack growth. Pockets of well defined
striations were evident in the region of stable crack growth. The overload region
revealed voids and dimples reminiscent of locally occurring ductile failure mechanisms.
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Ultrasonic Corrosion Fatigue, YUS270, SUS304N2,
2.5% Mo Containing High Strength Austenitic Stainless Steel,
Corrosion Pit, Striation

Abstract

Ultrasonic corrosion fatigne tests were conducted for high strength austenitic stainless steels such as
YUS270 and SUS304N2 in 3%NaCl aqueous solution. The reduction of giga-cycle corrosion fatigue
strength of YUS270 and SUS304N2 was not observed at all, while the reduction of corrosion fatigue
life was observed at higher stress amplitude. Corrosion pit was observed on corrosion fatigue crack
initiation area. Striation was predominantly observed on crack propagation area in air and in 3%
NaCl aqueous solution. The reduction of corrosion fatigue strength of high strength austenitic
stainless steels such as YUS270 and SUS304N2 is due to the corrosion pit formation at corrosion
fatigue crack initiation area. Tt can be concluded that the higher the ultimate tensile strength of
austenitic stainless steels the higher the giga-cycle corrosion fatigue strength in 3%NaCl aqueous

solution is.
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Introduction

Corrosion fatigue problems of austenitic stainless steels are still very important matter in life
prediction and design of various components. However long term corrosion fatigue strength and
mechanism of corrosion fatigue crack initiation behavior of austenitic stainless steels are not well
understood [1]. Hirakawa and Kitaura reported that corrosion fatigue strength of SUS304
suddenly drops after 2x10° cycles and the reduction rate became 27 percent at around 107 cycles.
The reason of this sudden reduction of corrosion fatigue strength at long term was attributed to
corrosion fatigue crack initiation from corrosion pit[2].This phenomenon suggest that
investigation on corrosion fatigue crack initiation is absolutely necessary to evaluate long term
corrosion fatigue strength of austenitic stainless steels. One of the authors conducted corrosion
fatigue tests of base metal and laser welded specimens for newly developed 2.5%Mo containing
high strength austenitic stainless steel in 3% NaCl aqueous solution. It was clarified that
reduction of corrosion fatigue strengths of base metal and laser welded specimens for heat
treated material and TMCP made material in 3% NaCl aqueous solution were not significant.
The important role of corrosion pit in corrosion fatigue crack initiation process was demonstrated
by electrochemical noise measurement and surface and fracture surface observation[3].

It is well established that ultrasonic corrosion fatigue testing brought us rapidity and
effectiveness in corrosion fatigue testing to obtain corrosion fatigue strength and corrosion
fatigue crack propagation rate of structural materials[4]. The ultrasonic corrosion fatigue testing
data on 12Cr martensitic stainless steel was effectively used for evaluation of corrosion fatigue
behavior of steam turbine blade [5].The authors reported on ultrasonic corrosion fatigue
behavior of austenitic stainless steels such as SUS304,SUS316 and 2.5%Mo containing
austenitic stainless steels and discussed on corrosion fatigue crack initiation behavior of these
austenitic stainless steels is on the basis of corrosion pit observed at crack initiation area[6].

In this paper ultrasonic corrosion fatigue behavior of high strength austenitic stainless steels is
evaluated on the basis of the giga-cycle corrosion fatigue data of high strength austenitic
stainless steels such as YUS270,SUS304N2 and 2.5% Mo containing austenitic stainless steel[S].

Experimental procedure

The tested materials were YUS270 (Super stainless steel) and SUS304N2 (High Nitrogen
Austenitic stainless steel). Chemical compositions and mechanical properties of these materials
are shown in Tablel and Table2, respectively. As shown in Figure 1 the dumbbell type round bar
specimen with 3mm at minimum diameter was used for ultrasonic fatigue tests. Ultrasonic
fatigue tests were conducted by use of an ultrasonic fatigue testing machine (Shimadzu
USF2000) at room temperature. Frequency was 20kHz and R (the ratio of minimum to
maximum stress in the loading cycle) was — 1.Testing environments were distilled water
(equivalent to air) and 3% NaCl aqueous solution. Because of the low thermal conductivity in
austenitic stainless steels ultrasonic fatigue tests must be carefully conducted to prevent heating
in specimens during ultrasonic fatigue tests. In this study a compressed air, a solution circulation
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system and intermittent testing method were used in order to prevent heating during fatigue and
corrosion fatigue tests. The compressed air was blown into to the center of the specimen during
ultrasonic fatigue testing. Aqueous solution was circulated with a speed of 31/min. The
intermittent frequency was 110ms duty and 1100ms pause. Surfaces and fracture surfaces were
observed by an optical microscope (Keyence VHX-100 ) and a scanning electron microscope
(JEOL,JSMSS5500S),respectively.

Tablel Chemical compositions of tested materials (mass%).

Material C Si Mn P S Ni Cr Mo Nb N
YUS270 0.08 0.46 0.46 0.02 0.01 189 19.9 6.16
SUS304N2 0.004 0.81 0.082 0.029 0.001 7.55 19.45 0.09 0.02

Table2 Mechanical properties of tested materials.

Material 0 02(MPa)  Ultimate tensile strength (MPa)  Elongation{(% ) Hardness (HB)
YUS270 365 743 44 175
SUS304N2 442 766 50 213
£
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Figure 1:  Fatigue test specimen. Unit, mm
Results and Discussion

Figure 2 shows S-N diagrams of YUS270 in air and in 3%NaCl aqueous solution. It is apparent
that the effect of 3% NaCl aqueous solution was not observed at 10° cycles. However, the effect
of 3% NaCl aqueous solution on fatigue life was observed at stress amplitude higher than 350
MPa. The same inclination was also observed on SUS304N2. The effect of 3% NaCl aqueous
solution was not observed at 10° cycles and the effect of 3%NaCl aqueous solution on fatigue
life was observed at stress amplitude higher than 340MPa as shown in Figure 3. The reduction of
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Figure 2. S-N diagrams of YUS270 in air and in 3%NaCl aqueous solution.
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Figure3. S-N diagrams of SUS304N2 in air and in 3%NaCl aqueous solution.
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Figure 4. S-N diagrams of 2.5% Mo containing austenitic stainless steel in air and in
3% NaCl aqueous solution [5].
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Figure 5. S-N diagrams of SUS304 N2 and SUS304 in air and in 3% NaCl aqueous
solution.

corrosion fatigue strength at 10° cycles for solution treated steel( o  745MPa) and TMCP made
steel( 0 g 905MPa) of 2.5% Mo containing high strength austenitic stainless steel was 12.1% and
19.5 %, respectively as shown in Figure 4. The different reduction rate of giga-cycle corrosion
fatigue strength in high strength austenitic stainless steels is depending on the corrosion
resistance of austenitic stainless steel. Figure 5 shows the former reported S-N diagrams of
SUS304[5] in comparison with those of SUS304N2 in air and 3%NaCl aqueous solution. The
reduction of giga-cycle corrosion fatigue strength of SUS304 is 15.5%][5].1t can be mentioned
that the higher corrosion fatigue strength and no reduction of giga-cycle corrosion fatigue
strength in SUS304N2 are attributed to high nitrogen content. Corrosion fatigue crack in
association with corrosion pits were observed on specimen surface for SUS304, SUS316,
solution treated and TMCP made 2.5% Mo containing austenitic stainless steels.

The corrosion fatigue crack in association with very small corrosion pits is exemplified for
YUS270 and SUS304N2 as shown in Figure 6a) and Figure 7a) ,respectively. On the contrast
fatigue crack in air looks like to be almost straight and without corrosion pit (Figurer 6b) and
Figure7b)). The same phenomenon was also observed on NSSC250 as shown in Figure 8[5].
Therefore very small corrosion pit was observed on corrosion fatigue crack initiation area in
fracture surface. Figure 9 shows the typical example of corrosion pit observed at crack initiation
area for SUS304N2. Striation was predominantly observed on corrosion fatigue crack
propagation area in 3%NaCl aqueous solution as shown in Figurel0.These fracture surface
morphologies were also observed for SUS304,SUS36 and 2.5% Mo containing austenitic
stainless steel. The fracture surface morphologies in crack propagation area were quite different
from that of the 12Cr martensitic stainless steel[5]. From these surface and fracture surface
observation results it can be concluded that the reduction of corrosion fatigue strength of high
strength austenitic stainless steels is due to the corrosion pit formation at corrosion fatigue crack
initiation area. This fact has been confirmed in corrosion fatigue strength for 2.5% Mo
containing austenitic stainless steel at conventional frequency|[3],

ﬁg%f'/ L
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Figure 6. Fatigue crack observed on
specimen surface.YUS270, 350MPa ¢
(a) 3% NaCl, 14.78 X10

eycles (b) Air, 1.55x10 7 cycles

%

Figure 7. Fatigue crack observed on specimen surface.SUS304N2, 360-MPa
(a) 3% NaCl, 1.09x10° cycles (b) Air, 4.15x10° cycles

Figure 8. Fatigue crack observed on specimen surface 2.5% Mo containing austenitic
stainless steel
(a) 3% NaCl aqueous solution, 260 MPa, 3.6x108cycles;
(b) Air, 320 MPa, 5.5x10° cycles
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Figure 9.  Corrosion pit at initiation area of fracture surface.
SUS304N2, 3% NaCl aqueous solution.
360MPa, 1.09x10° cycles

Figure 10.  Crack propagation area of fracture surface.
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3% NaCl aqueous solution. 375SMPa, 1.5mm from initiation
(a) SUS304N2, 2.15 x 10%¢ycles (b) YUS270, 3.21x10%cycles
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Figure 11.  Relationship between ultimate tensile strength and giga-cycle fatigue
strength of austenitic stainless steels in air and in 3%NaCl aqueous solution.

Fig.11 shows the giga-cycle fatigue strength of stainless steels in air and in 3%NaCl aqueous
solution as a function of ultimate tensile strength. Giga-cycle fatigue strength in air and giga
cycle corrosion fatigue strength in 3%NaCl aqueous solution on austenitic stainless steels such as
SUS304,SUS304N2,SUS316,NSSC250 and YUS270 are summarized. The giga-cycle fatigue
strength and giga-cycle corrosion fatigue strength in 3% NaCl aqueous solution of SUS329 is
also plotted in this figure. The higher the ultimate tensile strength the higher the giga-cycle
fatigue strength in air is. However, it can be clearly observed that the higher the ultimate tensile
strength the higher the giga-cycle corrosion fatigue strength in 3%NaCl aqueous solution is. It is
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also observed that the effect of 3%NaCl aqueous solution is higher in the higher ultimate tensile
strength. The giga-cycle fatigue strength in air showed the same inclination as conventional
fatigue strength for carbon steel, while giga-cycle corrosion fatigue strength in 3% NaCl aqueous
solution showed quite different inclination from conventional corrosion fatigue strength for
carbon steel[7].This means that giga-cycle fatigue strength of austenitic stainless steels is not
significantly influenced by 3%NaCl aqueous solution. The giga-cycle fatigue strength of
SUS329 showed higher value than those of austenitic stainless steels. This means that corrosion
resistance of duplex stainless steel in 3% NaCl aqueous solution seems to be different from that
of austenitic stainless steels.

Concluding remarks

Tt can be concluded that the giga-cycle corrosion fatigue strength of high strength austenitic
stainless steels is not significantly influenced by 3% NaCl aqueous solution. The corrosion
fatigue strength of high strength austenitic stainless steels is governed by corrosion pit formed at
corrosion fatigue crack initiation area. The higher the ultimate strength the higher the giga-cycle
corrosion fatigue strength of austenitic stainless steels in 3%NaCl aqueous solution is. In order to
evaluate corrosion fatigue life of high strength austenitic stainless steels further investigation on
corrosion pit initiation mechanism of austenitic stainless steels is recommended to conduct.

References

1. R. Ebara, Procedia Engineering,2(2010)1297-1306.

2 K.Hirakawa and 1. Kitaura, The Sumitomo Search,No.26(1981)136-151(in Japanese).

3. R.Ebara,K Matsumoto,Y.Matsuda,Y .Mizuno and . Nishimura,Fatigue of Materials,Advances
and Emergences in Understanding,T.S Srivastsan and M. Ashraf Imam edit. 381-
392,2010,TMS, Wiely.

4. R.Ebara, International Journal of Fatigue, 28 (2006),1465-1470.

5. R.Ebara,Yamad,and A.Goto,Ultrasonic Fatigue,Proc. of the First Intern. Conf. on Fatigue
and Corrosion Fatigue up to Ultrasonic Frequencies,Wells,J]. M;Buck,O;Roth,L.,D;Tien,J K;
edit., The Metallurgical Society of AIME,349-364,1982.

6. R.Ebara,Y.Yamaguchi,D.Kanei, T.Ota and Y .Miyoshi,Proc.of the fifth Intern. Conf.on Very
High Cycle Fatigue, C.Berger and H.-J.Christ (editors), pp. 275-280, 2011.

7. R.Ebara,Trans JSME,SeriesA, 59 (1993) No.557, pp1-11 (in Japanese).

242



Fatigue of Materials 11 Advances and Emergences in Understanding
Fdited by: T.S. Srivatsan, M. Ashraf Tmam, and R. Srinivasan
TMS (The Minerals, Metals & Materials Society), 2013

Influence of Microstructural Features on the Propagation of
Microstructurally Short Fatigue Cracks in Structural Steels

M. Sharaf'; J. Lian'; N. Vajragupta'; S. Miinstermann'; W. Bleck';
B. Schmalingz; A. Maz; A. Hartmaier?®

'Department of Ferrous Metallurgy, RWTH Aachen University, Intzestr. 1, Aachen, Germany
2lnterdisciplinary Centre for Advanced Materials Simulation (ICAMS), Ruhr-Universitét
Bochum, Germany

Keywords:
Defects, fatigue tests, endurance strength, finite elements, short cracks

Abstract

Cyclically loaded structural steel components are usually designed to endure macroscopic stress
amplitudes close to the material’s endurance strength where microcracks initiate due to
microstructural inhomogeneities and exhibit strong interactions with the various microstructural
features in their neighborhood upon propagating. The current study presents a microstructural
model with a capability to quantitatively describe the influence of microstructural features on the
growth of cyclic cracks in the decisive, very early fatigue behavior stage. The FE model is based
on the crystal plasticity theory and accounts for relative grain orientations. Both the extended
finite element method (XFEM) and a coupled damage mechanics approach are used to describe
crack opening behavior. The model is implemented to simulate real microcracking events
produced in interrupted cyclic multiple-step tests under metallographic observation with
temperature change measurements. Furthermore, the model is implemented on virtually created
microstructures with altered grain sizes and orientations based on statistical EBSD analysis.

Introduction

Several modern high strength steels have been developed in the last three decades with the
objective of achieving more sustainable use of natural resources and improved utilisation of
mechanical properties [1,2]. Nevertheless, for most of these steel grades the endurance strength
could not be improved as much as the yield strength, so that for many engineering applications,
the safety requirements in cyclic loading conditions become the limiting factor of lightweight
design [3,4]. Some successful efforts have been made to increase the endurance fatigue limit of
high strength steels by further enhancing the material cleanliness by means of sophisticated
remelting processes [5]. The precise estimation of the endurance strength of these high strength
steels is quite difficult as their fatigue testing data always exhibit wide scatter bands. It can be
debated that for these wide scatter bands, the less remaining particles are the main cause [2,5-7].
It has been shown previously that the high intrinsic fatigue limit of a high strength steel matrix
can be achieved if the inclusion size is smaller than a critical value [8,9]. Slip bands or grain
boundaries nucleated in a matrix can become fatigue crack initiation sites [3]. These and other
findings point out to the need to quantify the critical size of inclusions to express a significant
influence on the endurance fatigue limit. For this purpose, a quantitative model has to be
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developed which considers the influence of microstructure on the cyclic properties of the
material.

It was shown in recent studies that micro cracks often nucleate after relatively few loading cycles
but repeatedly come to a condition where they cannot overcome microstructural obstacles, e.g.
grain boundaries [3,10-15]. This happens when the local stress is not high enough. The required
model has therefore to consider necessary stereological parameters and crystal orientations
within the surroundings of the micro crack. Innovative experimental methods which realise
cyclic load variation are essential for decreasing the number of load cycles at micro crack
initiation and thereby decreasing the time needed to simulate the cyclic test. Dengel and Harig
[16] offered a load increasing testing technique with continuous temperature measurement. The
micro plastic deformations which take place after few cycles cause local initiation of very short
micro cracks. The heat energy released thereby can be determined by precise temperature
measurement. The endurance strength corresponds to the stress amplitude level at which first
micro plastic deformations, indicated by temperature rise, are observed. Eifler et al. [1718]
considered various steels in load increasing tests with additional measurements of plastic strain
and electrical resistance. This approach was carried out in the current study on notched bending
specimens in order to induce the initiation of very short micro cracks and not to estimate
endurance fatigue limit. A numerical model based on the achieved results is presented for the
simulation of the whole cyclic micro cracking event, including crack initiation and propagation
along a non-predefined path.

Experimental Investigation and Results

The material used in the experiments is a fine grained structural steel (S355 J2G3). Tt was
delivered in the form of hot-rolled 15 mm thick sheets. The average grain size is 6.85 pm and the
content of pearlite is 14.5 %.

The geometry of specimens used is presented in Fig. 1. All specimens were subjected to 4-point-
bending tests. A 1 mm deep notch was machined at the middle of the specimen’s length. The
single notch guarantees crack initiation on a limited flat area on a ground, etched face of the
specimen at the notch tip, where the highest tensile stresses are located.

In order to assess the stress level at which micro cracks appear, the endurance strength was
estimated in fatigue tests at constant stress amplitude. The local stresses in the notch root were
calculated in a simple finite element simulation and were ca. 30% higher than the nominal values.
Although a relatively small number of specimens were investigated, the obtained results show
that the endurance fatigue limit correlates with the stress amplitude of 150 — 160 MPa.

Load increasing tests for the initiation of micro cracks and study of their propagation were
carried out with 7 bending specimens on a 40 kN servo-hydraulic testing machine at a frequency
of 5 Hz and a stress ratio of 0.1. The propagation of the micro cracks was observed under light
optical microscope (LOM) and scanning electron microscope (SEM) in defined intervals, where
the tests were interrupted. The start stress amplitude was always 20 MPa. It was increased by 20
MPa every 9000 cycles until a nominal stress amplitude of 160 MPa was reached. The number of
9000 cycles assured enough time for the initiation of a micro crack before the next load step.
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Further loading intervals were chosen individually for each specimen; as an example the
procedure for specimen No. 7 is shown in Table 1.

Fig. 1. Schematic diagram of the experimental set-up and geometry of used specimens

sample no. stress amplitude 2;:;::;:: number | length of | length of | length of

7 y of cracks | crack #1 | crack #2 | crack #3

interval

[-] [MPa] [-] [-] [um] [Hm] [um]
Interval 01 20 - 160 9,000 0 0 0 0
Interval 02 160 and 170 9,000 3 15 5 3
Interval 03 160 9,000 3 15 5 3
Interval 04 170 9,000 5 15 10 8
Interval 05 170 9,000 5 18 10 8
Interval 06 170 9,000 5 18 10 8

Table 1: Testing procedure for specimen no. 7

The formed micro crack of a length of 18 wm was particularly well visualised for sample no. 7.
The microstructure before testing and after the second interval is shown in Fig. 2. Analysis with
an electron backscattered diffraction (EBSD) facility was carried out for this specimen in order
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to obtain the orientation of the grains in the neighbourhood of the crack. The existence of a grain
boundary between two favourably disoriented ferrite grains in the neighbourhood of a micro pore
near the notch tip was a crucial factor for setting the initial crack growth direction and supported
its further propagation through two ferrite grains towards a pearlite island.

Fig. 2: Microstructure of specimen no. 7 before testing (a) and after second loading interval (b)

Numerical Investigation and Results

The bulk material was discretised by four-noded bilinear extended finite elements [19]. An
alternative approach within the framework of the extended finite element method (XFEM) based
on traction-separation cohesive behaviour was implemented in order to allow for modelling
moving cracks. Remmers [20] and Song [21] used this approach to simulate multiple cracking of
solids. The approach shows almost no mesh dependence, if the mesh is sufficiently fine [22].
Phantom nodes are superimposed on the original real nodes, such that every phantom node is
constrained to its corresponding real node till fracture. Cracked elements split into two cohesive
segments whose separation is governed by a cohesive law. Here, the cohesive surface model of
Xu and Needleman [23, 24] was implemented. This cohesive model couples normal and
tangential separations and can briefly be demonstrated by the following equation:
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where 7 is the normal traction across the cohesive surface, o, is the cohesive surface normal

max

strength, A, is the normal separation displacement and &, is the characteristic normal separation
displacement at o, .

Provided that the computation with the model is force-controlled, and assuming that the first
loading cycle induces damage initiation in one or more elements, every further loading cycle will
induce gradual stiffness degradation, which takes place following the governing cohesive law. A
solution-dependent crack propagation path is realised as result of the reduction in load carrying
capacity of cracked elements, which corresponds to similarly gradual stress and strain
concentration rise in neighbouring elements, which therefore incrementally approach crack
mitiation.

The parameters of the cohesive law were fitted in an optimization study. Acceptable ranges of
values for each of those parameters were thereby determined, which lead to the best possible
convergence rate. The model was implemented to simulate the cracking event in specimen no. 7.
A two dimensional finite element mesh was created based on the microstructure morphology in
the neighbourhood of the crack. Grain orientation data obtained from the EBSD analysis, in
terms of Euler angles, was used to rotate the elastic stiffness matrix of grain.

Cyclic force boundary conditions were applied to the nodes on the right edge of the model.
Movement of the nodes on the left and top edges were constrained in x and y directions,
respectively. As the cyclic crack advanced through the elements, the computation was allowed to
run until deterioration of convergence (Fig. 3).

In the computation, the crack started at a similar position at the pore as detected in experiment. It

advanced transcrystalline in a comparable growth direction parallel to the interface between the
two favourably disoriented ferrite grains.
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Fig. 3: Light optical micrograph of cracked microstructure after the 2nd loading interval and
calculated crack path after 70 loading cycles, colours ranging from blue, denoting low maximum
principal stress values, to red, denoting high principal stress values

Discussion

The model presented has shown its capability to describe the influence of microstructure on
fatigue behaviour of short micro cracks. The mechanism-oriented computation was able to
successfully simulate the crack initiation locus and its early propagation direction but still not at
the propagation rate observed in the experiment. This was most probably because the model
considered damage evolution but did not allow for microplastic deformations. Furthermore, the
influence of grain boundary behaviour is not yet considered. To take the dissipative crystal slip
behaviour of atoms into consideration, the authors plan to include a constitutive definition of
crystal plasticity into the model.

The utilised experimental setup and the geometry of tested samples ensured the highest tensile
stresses on the outer surface, so that the application of two dimensional elements in simulations
could be assumed.

Based upon the findings presented, the metallographic analyses showed that all initiated micro
cracks were detected only in ferrite grains. This observation agrees with literature research
findings [25]. Occasionally, few micro cracks were created but always only one, which was not
always the initial crack, grew further through the microstructure. Initially, very short cracks
propagated across the ferrite grains. Upon further cyclic loading, they propagated along the grain
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boundaries. Noteworthy, any crack that overcame the first few grains was not able to stop even at
significantly decreased stress amplitudes.

Within the scope of this research topic, the authors intend to use the model, in virtually created
microstructure FE-meshes with random grain sizes and crystallographic orientations based on
statistical data obtained by metallographic analysis, so that a method enabling variation of
microstructural features is realised. Statistical microstructure data obtained by metallographic
analysis will be input to the Voronoi algorithm [26] which generates artificial microstructures in
a mathematically adaptive scheme that simulates grain evolution during solidification of metal
melt. Thereby, the dependence of fatigue lifetime on microstructural parameters can be studied,
when all the stereological parameters and crystallographic orientations of the ferritic-pearlitic
steel are arbitrarily altered.
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