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PREFACE

This proceedings volume represents the work presented at the tenth International Symposium on Liquid Metal 
Processing and Casting held in Austin, Texas, USA, from September 22-25, 2013.  This symposium is held 
every other year to bring together an international group of researchers to discuss this important technical 
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cover a range of topics including vacuum arc and electroslag remelting, advances in process modeling, novel 
casting techniques, and characterization and modeling of inclusions, segregation, and structure in cast metals. 

Papers from both the oral and poster sessions are included in this volume.  The collection is divided into 
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microsegregation to melt control. This volume contains a good mix of papers covering both experimental 
studies and mathematical modeling/simulation studies, with contributions from industry, academia, 
government laboratories, and teams from combinations of these institutions.

The organizers are pleased to welcome Mr. Rashmi Bhavsar, Global Materials Metier Manager for 
Schlumberger in Houston, Texas as the keynote speaker.  His topic is

"Metal Alloy Challenges and Opportunities in the Oil and Gas Industry,"

which is in tune with the large demand for high quality metal products by this industry.  Mr. Bhavsar has over 
three decades of experience working in the petroleum industry, with responsibility for material selection, 
alloy characterization, corrosion, welding, heat treating, surface treatment, and failure analysis for drilling 
and completion tools.

The Awards Committee would once again like to congratulate the authors of the LMPC 2011 Best Paper, 

“Investigation of the Implications of the Current Conductive Mold Technology with  
Respect to the Internal and Surface Quality of ESR Ingots,”
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the abstracts and papers in a very short period of time. Ms. Rosalie Foster of the University of Texas was 
instrumental in setting up the logistics of the conference venue and Ms. Lisa Breese and the other TMS staff 
were very helpful in putting together the conference proceedings.  The lead organizer would also like to thank 
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Rodney L. Williamson  University of Texas at Austin, USA
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Abstract

This paper presents a comprehensive computational model for the 
prediction of the transient Electroslag Remelting (ESR) process 
for cylindrical ingots based on axisymmetric two-dimensional 
analysis. The model analyzes the behavior of the slag and growing 
ingot during the entire ESR process involving a hot-slag start with 
an initial transient, near-steady melting, hot-topping and 
subsequent solidification of the slag and ingot after melting ends.
The results of model application for an illustrative ESR process 
for Alloy 718 and its validation using results from an industrial 
trial are presented. They demonstrate the comprehensive 
capabilities of the model in predicting the behavior of the ingot 
and slag during the entire process and properties of the final ingot 
produced. Such analysis can benefit the optimization of existing 
process schedules and design of new processes for different alloys 
and different ingot sizes. 

Introduction

The Electroslag Remelting process (ESR) is a consumable 
electrode remelting process for producing high quality ingots used 
in aerospace and energy applications. Figure 1 shows a schematic 
diagram of the ESR process that uses a stationary water-cooled 
crucible containing the slag and ingot. Passage of an Alternating 
Current (AC) from the electrode to the crucible creates resistive 
heating in the slag that melts the electrode to build up the ingot in 
the crucible. A slag skin is formed at the slag-crucible interface 
that envelops the growing ingot. Further, as the ingot solidifies, it 
shrinks away from the crucible causing a loss of contact with the 
crucible. Thus, the ESR process involves complex interactions 
among the electromagnetic, flow and thermal processes which 
control the transfer of heat to the water-cooled crucible and, in 
turn, the ingot solidification process. The segregation of alloying 
elements into the molten pool during solidification also creates 
compositional nonuniformity in the ingot. Because of this 
complexity of the interacting physical phenomena, a trial and 
error approach can be inefficient for assessing the relationships 
between operational parameters and process performance.
Mathematical modeling offers a scientific and cost-effective 
approach for developing a fundamental understanding of the 
governing physical processes and predicting the effect of various 
process variables on the quality of the ingot produced.

Figure 1. Schematic diagram of the Electroslag Remelting (ESR) 
process (Courtesy of ATI Allvac). 

Computational analysis of ESR processes continues to be an area 
of active research and only a brief summary of the relevant studies
is presented here. These studies involve computational analysis at 
various levels such as analysis of only the electromagnetic 
phenomena or a coupled analysis of all phenomena, analysis of a 
single region (slag or ingot) or both regions (slag and ingot 
together) and use of simple (Eddy Viscosity) or advanced 
(turbulent kinetic energy (k) and dissipation (�)) models for 
turbulent mixing. An analytical model for the prediction of 
electromagnetic phenomena in ESR and Vacuum Arc Remelting
(VAR) processes is presented by Patel [1]. Examples of 
segregated models for flow and heat transfer in the slag are 
presented by Dilawari and Szekely [2] and Jardy et al. [3]. A
coupled analysis of the slag and ingot regions for steady 
conditions has been presented by Choudhury and Szekely [4].
More recently, a model for transient analysis of the ESR process 
that addresses ingot growth is presented by Weber et al. [5] while 
the study by Kharicha et al. [6] presents a three-dimensional 
analysis of the formation of metal droplets at the electrode-slag 
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interface. Heat transfer from the slag and ingot to the water-
cooled crucible is a critical factor that governs the solidification 
process. A detailed analysis of mechanisms of heat transfer to the 
crucible for various remelting processes is presented by Yu [7]. A 
complete model of the VAR process that addresses the effect of 
the progressive loss of contact due to the shrinkage of the ingot on 
the heat transfer to the crucible is presented by Bertram et al. [8].

The objective of this research effort is to develop an efficient and 
comprehensive computational model for the analysis of transient 
ESR processes that can be used routinely by process engineers. 
Since a majority of ESR ingots produced for high-performance 
applications are cylindrical, the effort in this study has focused on 
the development of a model for 2-D axisymmetric conditions and 
it constitutes an extension of the steady-state model that was 
developed by Kelkar et al. [9]. The sections below describe the 
mathematical formulations of the physical phenomena underlying 
the ESR process, their computational solution and the application 
of the transient model for the analysis of actual casting of an ingot 
of Alloy 718 performed by the Special Metals Processing 
Consortium (SMPC, [10]). The features of the transient model 
that are common with its steady-state formulation are not 
described in detail (e.g., the governing equations are not listed). 
This allows a concise and clear description of the complete 
computational model with an emphasis on the transient aspects of 
the ESR process analysis.

Mathematical Formulation

Assumptions

Appropriate assumptions are made in the development of a model 
that is computationally efficient and also addresses all the 
important physical phenomena that govern the transient behavior 
in the ESR process. The computational model is developed using 
an axisymmetric computational domain shown in Figure 2. It 
includes the slag and ingot regions in a unified manner. A frame 
of reference attached to the electrode-slag interface is utilized 
because the slag-metal interface is also stationary in this domain.
This allows an accurate treatment of the electromagnetic, thermal 
and fluid dynamic interactions between the slag and metal phases 
for nominally planar slag-electrode and slag-metal interfaces. The 
growth of the ingot is addressed with a computational domain that 
expands at the instantaneous casting rate corresponding to the 
downward movement of the ingot-crucible interface in this frame 
of reference. The crucible and electrode regions are not included 
in the computational domain. Analysis is performed for a melt 
schedule that prescribes the transient variations of the total Root 
Mean Square (RMS) current and its frequency, power or slag 
resistivity, and melt rate to calculate the behavior of the slag and 
growing ingot during melting. A hot-slag start is assumed with the 
volume of the molten slag remaining constant during the melting 
process. Calculations are continued after the end of melting to 
determine the cooling of the slag and metal pools once the 
electrode has been removed. The model does not consider
solidification shrinkage in the bulk of the ingot or slag. It assumes 
that the nominal densities of the molten and solidified states of the 
metal and slag are identical. The temperature-dependence of all 
other properties of the metal and slag is rigorously addressed.

  

Figure 2. Computational Domain for the Analysis of the Unsteady 
ESR Process. 

Electromagnetics

Practical ESR systems involve flow of Alternating Current in 
electrically conducting media so that magnetic field diffusion is 
the primary electromagnetic phenomenon. Further, the frequency 
of the AC power is sufficiently high so that the time scale for
electromagnetic phenomena is orders of magnitude smaller than 
those for the flow and thermal phenomena. Hence, during
transient analysis, electromagnetic fields are determined for the 
periodic steady state corresponding to the instantaneous process 
conditions and ingot length. This involves solution of the 
magnetoquasistatic form of Maxwell’s equations to determine the 
variation of the induced magnetic field in the slag and partially-
grown ingot for the prevailing sinusoidal current of a given RMS 
amplitude and frequency. The exposed portion of the top surface 
of the slag and also the circumferential surface of the ingot are 
electrically insulated. The formulation, however, allows analysis 
in presence of a leakage of current from the slag into the crucible. 
The large electrical conductivity of the electrode relative to the 
slag and the crucible relative to the ingot result in the condition of 
zero radial current at these interfaces. 

The calculated distribution of the induced magnetic field is used
to infer the current density field and, in turn, the distributions of 
Lorentz force and Joule heating that are needed in the analysis of 
the flow and temperature fields in the slag and ingot.
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Fluid Motion

The unsteady macro-level flow in the molten slag and metal pools 
is driven by the buoyancy and Lorentz forces. This unsteadiness 
arises from the finite length of the ingot and time-dependent melt
schedule. The unsteady Navier-Stokes equations govern the
turbulent flow in the molten slag and metal pools. The two-
equation k-� turbulence model is used for the determination of the 
spatially nonuniform mixing in the molten pools. As a result, the 
computational model is very general and applicable for a wide 
range of ingot sizes and processing conditions. It should be noted 
that the pool sizes in the ingot during the entire process and, after 
the end of melting, in the solidifying slag are not known a priori. 
They are determined by the corresponding temperature fields
which are strongly influenced by the instantaneous ingot length 
and melt rate. Thus, the flow and temperature fields are coupled 
not only through the buoyancy force but also through phase 
change in the ingot and slag during and after melting.

The interaction of the flow fields across the slag-metal interface is 
automatically addressed through the use of the unified 
computational domain. The velocity in the mushy regions of the 
ingot (during and after melting) and slag (after melting) below an 
assumed Immobilization Liquid Fraction is set to the 
instantaneous velocity of the corresponding solid phase (Bertram 
et al., [8]). Thus, the solidified portion of the ingot moves at the 
instantaneous casting velocity while melting is ongoing. After the 
end of melting, solidified portions of the slag and ingot are 
stationary. The flow in the molten pools is subject to no-slip 
boundary conditions on all solid boundaries.

Heat Transfer and Phase Change

The temperature field within the slag and metal pools is 
determined by fluid motion and turbulent diffusion. It is important 
to note that, unlike the optically-opaque molten alloy, the slag is 
semi-transparent. Therefore, radiative heat exchange is the 
dominant mechanism in the molten slag. This is handled by using 
the Rosseland approximation (Siegel and Howell, [11]). It
involves a diffusion treatment of radiation using a temperature-
dependent radiative diffusivity that augments the molecular and 
turbulent diffusivity in the molten slag. In the solid ingot region, 
the temperature field is determined by the local solid velocity and 
conduction. In order to achieve efficiency of calculation, the 
solidification of the slag during and after melting is handled 
through separate physically motivated treatments as follows: 

� During melting, the bulk slag is assumed to be molten 
and enclosed in a thin layer of the slag skin slag formed 
on the crucible surface.  

� After melting ends, the bulk slag solidifies. The 
computational technique transitions smoothly from 
“thin slag-skin” to the “bulk-slag solidification”.

The enthalpy-porosity technique (Brent et al., [12]) is used for 
addressing the solidification of the metal (during and after 
melting) and the slag (after end of melting). It uses the specified 
variation of the solid fraction with temperature for the slag and 
alloy to deduce the solid/liquid fraction at all points in the domain. 
It is useful to note that the slag and metal pools solidify 
independently after the end of melting but the exchange of heat
across the slag-metal interface influences their solidification 
progress.

Heat loss at the slag-electrode interface is calculated from a global 
heat balance on the electrode for the instantaneous melt rate. The 
molten metal droplets formed at the slag-electrode interface are 
assumed to fall through the slag under thermal equilibrium 
conditions and appear in the metal pool below the slag-metal 
interface. The exposed surfaces of the slag and the ingot (in a
short-collared crucible) lose heat by radiation and convection to 
the environment. The energy conservation equation accounts for 
material addition during ingot growth. Finally, heat loss to the 
crucible from the ingot bottom is calculated using an empirically 
prescribed heat transfer coefficient that is representative of the
good metal-to-metal contact created by the weight of the ingot.

Heat Loss to Crucible During Melting

As described earlier, during the melting process, a thin slag skin is
formed at the slag-crucible interface due to loss of heat to the 
cooling water. Further, the ingot grows into the envelope of the 
slag skin which influences the heat loss from the ingot to the 
cooling water. Note that, during melting, the thin slag skin located 
at the interface of the slag/ingot and crucible is assumed to lie on
the outer radial boundary of the computational domain. The 
thermal resistance it creates for heat loss to the crucible is 
calculated through the boundary treatments discussed below. 

Heat Loss from the Slag - At any instant in the process, the 
thickness of the slag skin varies over the slag-crucible interface 
depending on the local rate of heat transfer from the bulk slag to 
the crucible. An uneven contact of the slag skin with the inside 
surface of the crucible results in transfer of heat to the crucible by 
conduction across the slag skin and radiation from its exposed 
surface as described by Yu [7].  

Heat Transfer from the Ingot to the Crucible – The ingot grows 
into the slag skin formed at the slag-skin interface thereby also 
creating an axial variation of the skin thickness on it. The slag 
skin has a finite thermal resistance and its presence on the ingot 
surface influences the rate of heat transfer from the ingot to the 
crucible. Further, this heat loss is even more strongly affected by 
the shrinkage of the ingot as it solidifies. The extent of this loss of 
contact and its effect on heat transfer between the ingot and the 
crucible is determined using the method of Bertram et al. [8]. This 
heat loss occurs by conduction through the skin thickness where 
the ingot has not separated from the crucible and radiation from 
surface of the slag skin where ingot has shrunk away to cause a 
loss of contact with the crucible. 

Heat Loss to Crucible After End of Melting

The bulk slag solidifies after the end of melting. Therefore, heat 
loss from the circumferential surface of the slag to the water 
flowing through the crucible is governed by exactly the same 
mechanisms as those for heat loss from the solidifying ingot to the 
cooling water. The only difference is that the temperature at 
which the solidified slag shrinks away from the ingot is expected 
to be much lower than that for the ingot. 

Behavior of Inclusions

In ESR practice, inclusions may appear in the molten metal pool if 
they get embedded in the metal droplets that originate from the 
electrode. The slag and molten pools have very dissimilar 
transport properties (density and viscosity). Therefore, when an 
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inclusion crosses the slag-metal interface, it experiences very 
different buoyancy (in magnitude) and drag (in magnitude and 
direction as exerted by the relative velocity of the surrounding 
fluid) forces. The relaxation time of an inclusion (time required to 
attain its terminal velocity), in turn, depends on this net external 
force and its inertia. The formulation of the equation governing 
the motion of an inclusion addresses these unique aspects of the 
ESR process. In addition, it also considers a temperature-
dependent dissolution rate of an inclusion. The motion of an 
inclusion is tracked until it reaches the mushy zone or fully 
dissolves in the molten pool. It is assumed that the time scale for 
the change in the pool size is large relative to the residence time 
of the inclusions. Hence, the instantaneous flow and temperature 
fields in the ESR system at the time an inclusion enters the metal 
pool are used in calculating its behavior.

Thermal History and Defect Formation Probability

The structure of the cast ingot is determined by its thermal history 
during the solidification process. In an unsteady ESR process, the 
thermal history at any point in the solidified ingot depends on 
both its axial and radial locations. The evolving temperature field 
in the growing ingot is determined by the energy conservation 
equation. This calculation is coupled with a Lagrangian 
framework for tracking the temperature of each elemental metal 
volume to determine the thermal history of the growing ingot. The 
thermal history calculation is very comprehensive and includes 
determination not only of the local solidification time but also the 
cooling rate, temperature gradient, isotherm angle and speed of 
solidification at various solid fractions.

The goal of the remelting processes is to produce ingots that are 
free of solidification defects (freckles for superalloys and steels). 
Prediction of microsegregation by solving the species transport 
equations in the interdendritic region from first principles is 
computationally infeasible. Therefore, the method proposed by
Auburtin et al. [13] is utilized in this study. It captures the 
underlying physics in an efficient manner by quantifying the
probability of freckle formation through the Rayleigh number for 
thermosolutal convection in the interdendritic region. Thus, at 
each point in the solidifying ingot, alloy-specific correlations are
used to relate the thermal history parameters to the corresponding 
metallurgical structure parameters that are needed in the 
calculation of the interdendritic Rayleigh number.

Macrosegregation of Alloying Elements

The properties of the cast ingot also depend on its macro-level 
composition. The preferential rejection or absorption of the 
alloying elements by the solid in the outer mushy region and 
subsequent imperfect mixing in the pool redistributes these 
elements in the final solidified ingot. Solution of the unsteady 
convection-diffusion equations for the concentrations of 
individual alloying elements over the ingot during and after 
melting is performed to determine their redistribution in the 
solidifying ingot. In this calculation, it is assumed that individual 
alloying elements are selectively rejected or absorbed by the solid 
in the outer mushy region up to a limiting Segregation Solid 
Fraction where they mix within the liquid metal pool due to 
convection and turbulent diffusion. This segregation flux for each 
alloying element at the boundary of the molten pool appears as a 
source term in the corresponding convection-diffusion equation.

Computational Solution

The equations governing the electromagnetic, flow, thermal and 
macrosegregation phenomena are solved using the framework of 
the control volume method (Patankar, [14]). It involves 
discretization of the axisymmetric domain into control volumes.
The discretization equations are constructed by integrating the 
respective governing equations so that they represent exact 
conservation of the underlying physical quantities. An implicit 
time-stepping technique is used for discretizing the unsteady term.
Due to the nonlinear and coupled nature of the equations, multiple 
iterations are needed to achieve convergence of the solution 
within each time step. Several enhancements of the basic method 
have been incorporated to address the special features of the 
transient ESR process as discussed below.

Ingot Growth - In the frame of reference attached to the slag-
electrode interface, the growth of the ingot causes the interface 
between the bottom surface of the ingot and crucible to gradually
uncover the computational grid. Special considerations are
required for constructing the discretization equations for the 
“base-plate” control volume as it expands in size within each time 
step due to the growing ingot. Further, computational efficiency is 
achieved by limiting the computational solution to control
volumes that contain the slag and only the already formed ingot at 
that time instant. 

AC Electromagnetics - The solution of the magnetic diffusion 
equation for AC power is achieved through the use of complex 
variables. A staggered grid is utilized for calculating the current 
density and Lorentz force fields. 

Inclusion Motion - The equation of motion of an inclusion is 
solved using a time-stepping technique that advances the inclusion 
along its trajectory. It involves an adaptive determination of the 
size of the time step to account for large differences in buoyancy 
and drag forces within the slag and metal pools experienced by 
the inclusion. This enables tracking the behavior of inclusions of a 
wide range of densities and sizes in an efficient manner.

Thermal History - A Lagrangian technique is developed for an 
accurate determination of the complete thermal history of each 
elemental metal volume in the solidifying ingot. It involves 
precise tracking of the location of each elemental metal volume in 
the growing ingot from the instant it starts solidifying. This 
enables determination of the time instants at which each elemental 
volume within the ingot reaches various specific temperatures and 
the corresponding cooling rates, isotherm angles and spatial 
thermal gradients. These thermal history parameters are then 
utilized for determining the probability of defect formation in 
each elemental metal volume that has fully solidified.

Macrosegregation – The solution of the equation for concentration 
of each alloying element accounts for convection and diffusion in 
the pool, absence of diffusion in the solidified ingot and presence 
of segregation flux in the control volumes over the pool boundary.

Illustrative Application of the Computational Model

The computational method described above has been incorporated 
in the commercial software program MeltFlow-ESR [15]. This 
program has been applied for the analysis of an ESR process of 
Alloy 718 for which detailed pool markings were made by 
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SMPC [10]. Details of the process conditions, and the model 
predictions and their comparison with marked pool shapes are 
now discussed. 

Figure 3. Melt Schedule of the ESR Process for Alloy 718. 
(Courtesy of Special Metals Processing Consortium (SMPC)). 

Physical Situation

The ESR process studied by SMPC involved casting of a long 
ingot of Alloy 718. The melt schedule involved two melting 
stages – first stage with casting at a lower melt rate and second at 
a higher melt rate, with a short transition between the two stages. 
A sufficiently long ingot was cast in each stage by maintaining the 
corresponding melt rate so as to reach steady conditions. The pool 
profiles were marked throughout the process and are very useful 
for validating the model. Table 1 lists the geometric details of the 
ESR system while Figure 3 shows the corresponding melt 
schedule. The temperature-dependence of material properties, 
including the variation of fraction solid with temperature, of the 
slag (70%CaF2-15%CaO-15%Al2O3) and metal are incorporated 
in the analysis. Due to space constraints, only their representative 
values are listed in the Table 1. Properties of the slag correspond 
to the reported values from prior studies (e.g., Mills and Keene, 
[16]). Properties of the alloy are taken from the studies by Mills
[17], Auburtin et al. [18] and Knorovsky et al. [19]. Also, the 
trajectories of inclusions of a wide range of diameters (0.1 mm to 
30 mm) and relative densities (ratio of the density of inclusion to 
that of molten metal of 0.5 to 2.0) have been calculated.

A computational grid of 253(axial) x 35(radial) control volumes is 
used for the analysis. Calculations are made for the entire period 
which includes the durations for melting of the electrode and 
subsequent cooling of the slag and ingot after the end of melting 
when the electrode has been removed. This analysis required a 
total of fifteen hours on a PC with a 3 GHz Intel Processor. 

Results and Discussion

The computational model provides detailed information about the 
distributions of the electromagnetic, flow, temperature, liquid 
fraction and alloy concentration fields in the slag and ingot during
and after the end of melting, and also predicts the behavior of 
inclusions in the molten metal and slag pools during melting. In 
the sections below, results of analysis are discussed in terms of the 
overall process behavior and detailed field variations. 

Table 1. Physical properties and operating conditions used in the 
analysis of an ESR process for Alloy 718. 

Metal (Alloy 718)
Density, liquid 7500 kg/m3

Viscosity, liquid 6x10-3kg/m-s
Liquidus temperature 1623 K
Solidus temperature 1473 K
Latent heat of fusion 2.1x105 J/kg
Specific heat, liquid 720 J/kg-K

Specific heat, solid (773 K) 512 J/kg-K
Vol. thermal expansion coeff., liquid 1.5x10-4 K-1

Thermal conductivity, liquid 30.52 W/m-K
Thermal conductivity, solid (773 K) 16.72 W/m-K

Electric conductivity 7.6x105 (�-m)-1

% Concentrations (Segregation 
Coefficients) of Alloying Elements

Al, Ti, C, Co, Cr, Fe, Nb, Mo

0.56(1.20), 0.95(0.55), 
0.025(0.28), 0.25(1.05), 

18.18(1.12), 
18.10(1.16), 5.25(0.35), 

3.12(0.90)
Slag

Density, liquid 2800 kg/m3

Viscosity, liquid 3.5x10-2 kg/m-s
Specific heat, liquid 1163 J/kg-K

Specific heat, solid (773) 1061 J/kg-K
Vol. thermal expansion coeff., liquid 9.0x10-5 K-1

Thermal conductivity, liquid 0.5 W/m-K
Thermal conductivity, solid (773 K) 7.8 W/m-K

Liquidus temperature 1723 K
Solidus temperature 1618 K

Latent Heat 4.3x105 J/kg

Geometry
Slag height 147 mm

Electrode diameter 330 mm
Ingot Diameter 384 mm

Final Ingot Length 2732 mm

Overall Process Behavior - The behavior of the overall process 
can be quantified in terms of the evolution of the volumes of the 
molten slag and metal, slag skin thickness and heat losses at the 
various interfaces in the ESR system as shown in Figures 4 and 5 
respectively. In the first part of the melting process, the molten 
metal pool increases with time as the ingot grows and then 
reaches a steady state corresponding to the lower melt rate. The 
pool size then rapidly adjusts as the melt rate transitions to its 
higher value in the second stage of melting. The thickness of the 
slag skin formed at the slag-metal interface also responds to the 
change in the ingot length and melting power. In the early stages, 
the slag is colder due to lower power and higher heat loss through 
the ingot bottom resulting in a thick slag skin. After the ingot is 
sufficiently long, this thickness depends only on the melting 
conditions and reaches a constant value corresponding to the 
lower melt rate. As the melt rate transitions to the higher value, 
the skin thickness readjusts to a lower value as a result of a hotter
slag. After the end of melting, the metal volume solidifies rapidly. 
The molten slag, however, takes longer to solidify due to its 
higher heat capacity and lower thermal conductivity. This 
behavior is consistent with observations of practical ESR 
processes. 
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Figure 4. Evolution of the molten slag and metal volumes, and the 
instantaneous slag-skin thickness during the entire process.

A significant portion of the power used in the ESR process is lost 
to the cooling water through the slag-crucible interface. The heat 
loss flux to the crucible through the bottom face of the ingot is 
high in the initial stages and becomes insignificant once the ingot
is sufficiently long. Finally, the radiative heat loss from the 
exposed surface of the slag shows a sudden increase after the end 
of melting because the electrode has been removed and the heat 
loss now occurs over the entire top surface of the slag.

Electromagnetic, Flow and Temperature Fields – Figures 6 and 7 
show the electromagnetic, flow and temperature fields in the 
ingot. The electromagnetic fields show that the Joule heating is 
concentrated in the slag and the current is nearly uniformly 
distributed over its cross-section due to its low electrical 
conductivity. On the other hand, due to the high electrical 
conductivity of the ingot, the current distribution in the ingot 
shows the skin effect in which the current flow is concentrated in 
the region near the outer radius. The Lorentz force is in the 
direction perpendicular to the current density and is therefore 
mainly directed radially inward.

Figure 5. Evolution of heat losses at various interfaces in the ESR 
system during the entire process.

Figure 6. Electromagnetic fields and Joule heating in the slag and ingot at selected instants during and after melting.
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Figure 7. Velocity, temperature and liquid fraction fields in the slag and ingot at selected instants during and after melting. 

The volume of the molten metal is small and the pool profile is 
flat in the initial stages when the ingot length is short and the heat 
loss flux through the bottom of the ingot is significant. After 
process conditions have been steady for a sufficiently long time, 
the metal pool reaches a steady volume corresponding to the low-
melt rate condition. The metal pool is thermally stably stratified 
except over the pool boundary. At the higher melting rate in the 
second part of melting, the pool is seen to be significantly deeper 
and the mushy zone longer. Unlike the metal pool, the slag is 
thermally unstably stratified and shows strong mixing with 
velocities at least an order of magnitude larger than those in the 
molten pool. (Note that the slag-metal interface is assumed to be 
flat and the velocity vector at each point in the domain is drawn to 
reflect the magnitude and direction of the corresponding local 
velocity.) After the end of melting, the metal volume shrinks 
rapidly. The slag temperature also falls below its liquidus 
temperature relatively quickly but the core slag volume remains in 
the semi-solid state even after the metal pool has solidified. Thus, 
the hot slag creates a natural hot topping and helps to reduce the 
size of the solidification cavity in the ingot.

Inclusion Motion - Figure 8 shows the flow and liquid fraction 
fields in the ESR system and, for clarity, trajectories of only 
selected inclusions of small and large diameters (0.1 and 30 mm) 
and densities slightly higher and significantly lower than that of 
the metal (relative densities of 1.15 and 0.5), at an instant in the 
process when conditions have reached a steady-state at the higher 
melt rate. It should be noted that the inclusions of relative density 
of 0.5 are lighter than the molten metal but still heavier than the 
slag. Inclusions of various sizes and densities follow very 
different paths through the molten metal and slag pools. Smaller 
inclusions tend to move with the fluid while large inclusions are

Figure 8. Flow and liquid fraction fields, and motion of inclusions 
of various sizes and densities in the slag and metal pools near the 

end of melting.

0.
40

0.
60

0.
80

0.
90

0.9
8

1.
00

R(m)

X(
m

)

0 0.1 0.2

2.4

2.5

2.6

2.7

2.8

Time = 402 min

5 cm/s

(Steady-State - Higher Melt Rate)

Slag-Metal
Interface

0.5 (30)
0.5 (0.1)

Relative Particle
Density (Size mm)

Particle Diameters (mm)
( 0.1 and 30.0)

Particle Diameters (mm)
( 0.1 and 30.0)

1.16 (30)
1.16 (0.1)

R(m)

X(
m

)

-0.1 0 0.1 0.2
0

0.2

0.4

0.6

0.8

1

1.2

1.4

Time = 225 min

(Steady-State - Lower Melt Rate)

Crucible/Ingot Bottom

R(m)

X(
m

)

-0.1 0 0.1 0.2 0.3

1.4

1.6

1.8

2

2.2

2.4

2.6

2.8

1900
1786
1671
1623
1621
1615
1557
1473
1329
1214
1100
986
871
757
643
529
414
300

1.00
0.98
0.90
0.80
0.70
0.60
0.50
0.40
0.30
0.20
0.10
0.00

Time = 402 min

Temperature
(K)

3 cm/s

Liquid Fraction

(Steady-State - Higher Melt Rate)

Slag-Metal
Interface

R(m)

X(
m

)

-0.1 0 0.1 0.2
0

0.2

0.4

0.6

0.8

1

1.2

1.4

Time = 49 min

(Early in Melting)

Crucible/Ingot Bottom

R(m)

X(
m

)

-0.1 0 0.1 0.2

1.4

1.6

1.8

2

2.2

2.4

2.6

2.8

Time = 421 min

(13 mins. After End of Melting)

9



Figure 9. Thermal history and probability of freckle formation (left), and compositions of Niobium and Aluminum (right) in the final ingot. 

Figure 10. Comparison of the predicted and measured pool profiles for the SMPC ESR trial (Experimental Results Courtesy of Special 
Metals Processing Consortium (SMPC)).
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strongly influenced by buoyancy. Thus, large heavy inclusions 
sink quickly through the metal pool while large light inclusions 
oscillate between the slag and the metal pools across the slag-
metal interface and drift towards the center or the outer radius of 
the ingot depending upon their density. Very light and small 
inclusions enter the slag and continue to swirl around in it. 

Thermal History and Probability of Defect Formation - Figure 9 
shows the variations of the local solidification time and Rayleigh 
number for quantifying the probability of freckle formation in the 
solidified ingot produced in the ESR process. The cooling rate is 
high at the ingot bottom due to the high rate of heat transfer to the 
crucible bottom face in the very initial stages of the process when 
the ingot length is short. Therefore, the local solidification time is 
very low in the bottom portion of the ingot. As the ingot length 
increases and melting conditions reach a steady state at the lower 
melt rate, transfer of heat occurs primarily in the radial direction. 
As a result, local solidification time is high in the center and 
decreases radially outward. As the process conditions transition to 
the higher melt rate, the cooling rate decreases somewhat resulting 
in a higher local solidification time at the ingot center. After the 
end of melting, pool shrinks rapidly from the side but not as fast at 
the top due to the insulating effect of the hot slag. As a result,
cooling rate is lower at the ingot top.

The probability of freckle formation scales in proportion to the 
magnitude of interdendritic Rayleigh number and its variation in 
the ingot is noteworthy. In the regions of ingot where the cooling
rate is high (bottom and outer radius), dendrites are closely spaced 
and freckle formation is less likely. In the center region, the 
spacing between the dendrites is larger due to lower cooling rates, 
but the gravity-driven flow is parallel to the primary dendrites for 
which the permeability is lower relative to that for secondary 
dendrites. Therefore, in the portions of the ingot that correspond 
to steady melting, the probability of freckle formation is highest in 
the mid-radius region due to a combination of reasonably large 
spacing between the dendrites and the direction of the flow (pool 
angle) that involves a component along the secondary dendrites. 
When the melt rate is higher, this effect is more pronounced. As a 
result, both the maximum value of the interdendritic Rayleigh 
number is higher and nonuniformity in its radial variation is 
stronger in the ingot formed at the higher melt rate.

Ingot Composition - Variations in the concentrations of niobium 
and aluminum in the final ingot that result from macrosegregation 
are also shown in Figure 9. As the liquid metal solidifies, the solid 
formed preferentially rejects niobium and absorbs aluminum. The 
mass of the alloying element rejected into or depleted from the 
molten pool is redistributed into the pool due to the convective 
motion and diffusion. Since the motion of the molten metal is 
much weaker in the center of the pool, alloying elements from this 
region do not mix well with the bulk pool. As a result, the 
concentration of niobium varies in the radial direction with a 
higher concentration in the center of the ingot. Also, the pool is 
being enriched in niobium so that its radially-averaged 
concentration increases from the bottom of the ingot to the top of 
the ingot. The behavior for aluminum is exactly the reverse since 
it is preferentially absorbed by the solidifying alloy. The extent of 
segregation in the radial direction increases with the melt rate 
since the volume of the molten pool is higher and the mixing in 
the pool is weaker. Note that the redistributions of alloying 
elements during remelting depend on the assumptions made about 
the values of the limiting Segregation Solid Fraction, and element-

specific effective segregation and molecular diffusion 
coefficients. Therefore, the results presented in Figure 9 are only 
for illustrating the capability of the model in predicting the 
compositional variation in the final ingot caused by 
macrosegregation.

Model Validation - A comparison of the predicted (green color)
and the marked pool (dark color) profiles is shown in Figure 10. It 
is seen that the computational model reproduces the observed 
process behavior with good accuracy. Thus, in the initial stages of 
melting, the pool is flat and shallow. It transitions to a 
conventional pool shape and reaches a steady state after the ingot 
has grown to a sufficiently long length. It is important to note that 
this specific ESR melt showed an asymmetric ingot behavior 
when the melt rate transitioned from the low to high value. These 
three-dimensional effects cannot be resolved using the 
axisymmetric model discussed in this paper. But, the model 
correctly predicts the quick transition of the pool shape from its 
low-melt-rate profile with a smaller pool depth to its high-melt-
rate profile that shows a deeper pool. Also, the predicted pool 
shapes and depths are consistent with their marked profiles. 
Measurements of ingot composition and investigations on the 
presence of freckles were not performed. However, the general 
aspects of their predicted behavior are deemed to be in agreement 
with corresponding observations in ESR practice.

The results of analysis illustrate the comprehensive capabilities of 
the model in predicting the important aspects of practical ESR 
processes for the casting of cylindrical ingots. 

Summary and Conclusions

The present paper describes a comprehensive computational 
model for the analysis of electromagnetics, flow, heat transfer, 
macrosegregation and inclusion motion in the transient ESR 
processes for axisymmetric conditions. The mathematical 
formulation and computational model incorporate several 
physically motivated enhancements for accurate and efficient 
analysis of the unique aspects of the transient ESR process.
Analysis is performed for the period during melting when the
ingot grows and also after the end of melting when the slag and 
the ingot pools solidify. Thermal history of the entire ingot is
determined in a comprehensive manner. Further, it is utilized for a
quantitative prediction of the probability of freckle formation in 
the ingot based on the Rayleigh number for interdendritic flow.
Use of the model is illustrated for the analysis of a transient ESR 
process for Alloy 718. Field variations of current density,
volumetric heating, molten pool flow, liquid fraction, temperature
and inclusion motion at various time instants during the process,
and the evolution of pool volumes and boundary heat losses
illustrate the insights the model can provide into the behavior of 
the ESR process. The predicted pool profiles compare well with 
the profiles marked in the final ingot. Thus, the computational 
model offers a cost-effective method for reducing trial-and-error 
during process design and for producing ingots of high quality.
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Abstract

Most conventional electroslag remelting (ESR) processes are
operated with AC current, but the inductive loss of the power 
becomes a major problem when the process is operated at the high 
frequency for large scale ESR. Nowadays, the demand on large 
scale ingots has driven the people to think of operating the process
with AC current at low frequency. Here the influence of the ap-
plied frequency of AC current on the large scale ESR process is
numerically investigated. For this purpose, simulations with two 
operating AC frequencies (0.2 and 50 Hz) are performed. The 
main goal is to achieve some fundamental understanding of the 
two-phase flow and the formation of melt pool of the solidifying 
ingot under the influence of AC frequency. As we also know that 
the mold current (portion of electric current entering through solid 
slag skin into the mold) plays an important role in the process, 
calculations considering different current paths are also analyzed. 

Introduction

The aim of the electroslag remelting (ESR) process is purifying 
and refining steel and other alloys such as Ni-based super alloys. 
Thermal energy is supplied to the process through the Joule heat-
ing that results in remelting the electrode and formation of drop-
lets. The droplets then pass through the slag and reach the liquid 
pool. The melt pool solidifies directionally and builds the high-
grade ingot in a water-cooled mold [1].

In the ESR process the electromagnetic field drives the flow of the 
molten slag and liquid melt pool, thus the electrical parameters of 
the process have a significant effect on the quality of the final 
product. Currently, the ESR process is mostly operating with AC 
current (50 - 60 Hz) in order to minimize the negative impacts of 
the electrochemical reactions occurring in the slag. 

Comprehensive reviews of electrochemical reactions in the ESR 
process were presented by Peover and Mitchel [2-3]. In fact, the 
electric current is conducted by ions in the slag region [4]. Oxida-
tion loss of elements such as Ti, Si, and Al is addressed as a big 
issue during DC remelting of the electrode in the ESR process [5-
7]. The composition fluctuation of elements can significantly 
reduce the yield strength of the alloys. For instance, a major loss 
of Ti element (40-80 %) is reported by Etienne in a DC electrode 
remelting process [5]. Furthermore, the degree of sulphur removal 
by an ESR process operated with AC current is higher than by an 
ESR process operated with DC current [8]. Previously, Chang 
studied experimentally the effect of low frequency AC power 
supply on qualities of alloy steel [9]. It is generally recognized
that the aforementioned alloying phenomena are due to electro-

chemical reactions taking place at the slag-metal interface when 
the process is operating with DC or quasi-DC current.

On the other hand, the inductive losses of the power for large 
scale ESR are the main disadvantage of operating the process at 
large frequencies. The demand on large scale ingots (diameter > 1 
m) has been increased since the last decade. Unfortunately, the 
inductive losses become more significant as the ingot size in-
creases which are the major drawbacks of applying large frequen-
cy for large scale ESR process. Therefore, the industry intends to 
operate the process at low frequency (0.1 - 5 Hz).

Over the last decades, some efforts were done to model ESR 
process using CFD [10-12]. Additionally, attempts have been 
made to investigate the effect of frequency of the applied AC 
current on the ESR process using numerical simulation. Kharicha 
studied the effect of the AC electromagnetic field on the flow and 
slag-pool interfaces [13]. In addition, Liang studied the quality of 
the ingot for producing GH4169 under different current frequency 
for a small scale ESR process [14]. Furthermore, Li developed a 
3D finite element model (FEM) considering current frequency to 
simulate the current density, magnetic field, electromagnetic force 
and Joule heating for the process [15]. 

In the current work, the influence of the applied frequency of AC 
power supply for a large scale ESR process using a static mold is 
investigated. The main goal is to achieve some fundamental un-
derstanding of the two-phase flow and the formation of melt pool 
of the solidifying ingot under the influence of AC frequency. 

Numerical Model

In the present study, the Finite Volume Method (FVM) is used for 
simulation of the fluid flow, heat transfer, and electromagnetic 
field in the process. The buoyancy and Lorentz forces as well as 
Joule heating due to the electrical resistance in the whole system 
are taken into account. The temperature field is obtained by solv-
ing the enthalpy conservation equation where Joule heating is 
added as a source term [16]. The momentum equation is solved to 
determine the velocity field. The drag resistance of the solidifying 
dendrites to the flow in the two-phase mushy zone is modeled 
according to the Black-Kozeny model [17]. Additionally, Lorentz 
force is added as a source to the momentum equation.  

The origin of the Lorentz force is the interaction between the 
electric current and the self-induced magnetic field in the system.  
For the sinusoidal AC field, the magnetic field can be expressed 
using the phasor notation ( tieBB �

��
~� ) where 

�B~ is a function of 
position. The magnetic field has only azimuthal direction since 
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there is no external magnetic field and the process conditions are 
axisymmetric. The equation for magnetic field that is derived 
from the Maxwell’s system of equations must be solved in cylin-
drical coordinate [18]. The equation is given as:  
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where 
0� and � denote the magnetic permeability and electric 

conductivity respectively. 

After computing the real and imaginary components of the mag-
netic field, the electric current in the whole system can be ob-
tained using the Ampere’s law that is expressed as:

)~(1~
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Finally, the time average Lorentz force and Joule heating can be 
computed:
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Configuration of the computational domain and boundaries are
schematically shown in Figure 1. The computational domain 
includes the slag and ingot. A 2D axisymmetric calculation is 
performed. The slag-pool, electrode-slag, and slag-air interfaces 
are assumed to be flat. The electrode immersion depth is ignored.

Figure 1: Schematic representation of the computational 
domain for the ESR process. 

The classical way to consider the impact of falling droplets is to 
use a mass flux of liquid metal at the slag-pool interface [19-20]. 
Another way of modeling the droplets is prescribing a Gaussian 
distribution of velocity profile at the interface between the slag 
and melt pool [18]. In fact, the impact of droplets is not limited 
only at the surface but deeply inside the melt pool. Therefore, we 
modify the model considering the impact of droplets by introduc-
���� ��� 	�
�����
� ������� ��	���� ��	�� ��� �
�	����� ��"�� +��� ����
approach, the droplets are considered to be as the mass, energy, 
and momentum source carriers which deeply penetrate into the 
melt pool. The amounts of the sources are assumed to be linearly 

decreased from the slag-pool interface till the impact depth. The 
impact depth can be obtained by experiment or direct numerical 
simulation of droplet–liquid surface splash phenomenon. For our 
simulations, we assumed that the droplet size is 1 cm and the 
corresponding impact depth is 15 cm. Furthermore, it is assumed 
that the droplets enter the pool under the shadow of the electrode.
Non-slip boundary condition is applied for the flow at the elec-
trode-slag interface and at the mold wall, whereas at the slag-pool
interface the condition is free-slip. The heat is transferred by 
convection and radiation between electrode and air, and at the 
slag-air interface. A value of 0.8 is applied for the emissivity for 
the mentioned boundaries. The heat is conducted to the mold 
passing through the slag skin layer from the slag and ingot. In 
addition, the air gap between the slag skin layer and mold due to 
shrinkage of solidified ingot is taken into account. The gap alters 
the thermal boundary condition from the conduction condition to
a combined radiation-convection condition. The tip of the elec-
trode (slag-electrode interface) where the droplets form takes the 
liquidus temperature of the alloy.

In addition, the boundary conditions for the magnetic flux, Eq.(1),
are obtained using the Ampere’s law. The magnetic induction is 
prescribed at the slag-air and mould-water interfaces. The conti-
nuity of the magnetic induction is applied at the following inter-
faces: electrode-slag, slag-pool, slag-mold, and ingot-mold. Fur-
thermore, an induction flux of zero is used for the ingot bottom.
Details about the geometry and the average physical properties of 
the slag and steel are described in Table 1.

Table 1. Parameters used in the simulations. 
Steel
Density (kg�m-3) 7100
Viscosity (Kg�m-1�s-1) 0.006
Liquidus Temp. (K) 1779
Solidus Temp. (K) 1719
Specific heat, liquid (J�Kg-1�K-1) 800
Latent heat of fusion (J�Kg-1) 268000
Thermal Conductivity, liquid(W�m-1�K-1) 40
Electric Conductivity, liquid(ohm-1�m-1) 880000
Slag
Density (kg�m-3) 2800
Viscosity (Kg�m-1�s-1) 0.002
Specific heat, liquid (J�Kg-1�K-1) 1250
Thermal Conductivity, liquid(W�m-1�K-1) 10
Electric Conductivity, liquid(ohm-1�m-1) 100
Geometry (Static mold)
Mold radius (m) 0.9115
Electrode radius (m) 0.725
Slag height (m) 0.265

Several calculations under different operating conditions were 
performed using the commercial software FLUENT. Table 2 lists 
the operating conditions for the case studies.  

Table 2. Operating conditions of the parameter studies
RMS current 
(KA)

Frequency 
(Hz)

Mold 
current

Case I 36.5 0.2 No
Case II 36.5 50 No
Case III 36.5 50 Yes

14



Results
Case I
In Case I a low frequency (0.2 Hz) AC current is applied, and no 
current enters into mold. Figure 2 (a) shows the temperature field 
in the whole system and the isolines of solid fraction in the ingot 
region. The hottest area in the whole system is under the shadow 
of the slag-air interface.

In fact, an intense vortex forms under the edge of the electrode 
due to the Lorentz force and buoyancy force. The recirculation of 
the flow captures the released Joule heat in the slag region. The 
relative velocity between the melt and the ingot is illustrated in 
Figure 2 (b). The flow recirculation in the slag region corresponds
to the maximum velocity in the whole system. The velocity is 
predicted to be much smaller in the melt pool than in the slag
region. One point needs to be kept in mind is that the slag-pool 

interface is assumed to be stationary. This assumption would 
cause underestimation of the flow velocity in the melt pool espe-
cially in the vicinity of the slag.  

The Lorentz force in the slag and melt pool is shown in Figure 2 
(c). It is observed that the Lorentz force is quite homogeneously 
distributed. Exceptionally, the magnitude of the Lorentz force 
becomes large near the edge of the electrode. In fact, the variation 
in the Lorentz force and Joule heating in the slag region is con-
sistent with the current density. Figure 2 (d) shows distributions of 
the current lines and Joule heating in the process. The maximum 
amount of Joule heating is released near the edge of the electrode 
where the current lines are denser. As a matter of fact, the amount 
of Joule heating is negligible in the electrode and ingot due to low 
electrical resistance of steel.

(a)                           (b)                                        (c)                                           (d) 
Figure 2. Contours of (a) the temperature field (b) magnitude of the relative velocity (c) Lorentz force and (d) Joule heating
overlaid with the path of electric current for Case I. Isolines of fraction solid (0.02, 0.7 and 0.98) are plotted to indicate the 

mushy zone.

(a)                          (b)                                    (c)                                          (d) 
Figure 3. Contours of (a) the temperature field (b) magnitude of the relative velocity (c) Lorentz force and (d) Joule 
heating overlaid with the path of electric current for Case II. Isolines of fraction solid (0.02, 0.7 and 0.98) are plotted 

to indicate the mushy zone.
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Case II
Figure 3 shows the contour of temperature, velocity, Lorentz 
force, and electric current together with Joule heating when the 
process is run under the frequency of 50 Hz. Again no current 
enters into mold since the skin layer is assumed to be an insulator.
The region where the flow recirculates matches the hottest area in 
the slag zone as shown in Figure 3 (a). In the slag region, the 
Lorentz force is quite homogeneously distributed excluding the 
edge of the electrode where the force is the strongest. For this 
case, the force gradually increases from the bulk to the region near 
the mold wall in the melt pool as shown in Figure 3(c).This is due 
to change of electric current distribution once they enter the melt
pool, as shown in Figure 3(d). The electric current flows radially 
towards the ingot surface as it passes the slag-pool interface. In 
fact, the electric current tends to flow along the ingot surface
because of skin effect. 

Case III
Figure 4 shows the modeling results of Case III. This case is same 
as Case II (50 Hz), but the electric current is allowed to cross the 
slag skin and enter into the mold. 

The thickness of the slag skin layer is assumed to be 1 cm, and the 
contact length where the current can enter into the mold is 5 cm.
Electric conductivities of the liquid slag and the solid slag skin are 
100 and 48 respectively. In this case, around 90 % of total current 
is predicted to pass across the skin layer, as shown in Figure 4 (d).
However, only 10 % of the total power is consumed in the skin 
layer. Due to the special current distribution in this case, strong 
Lorenz force is predicted in the region near the outer radius region 
of the slag layer and ingot, and only a very week Lorenz force 
acting in the bulk of the melt pool, as illustrated in Figure 4 (c). 

(a)                            (b)                                          (c)                                          (d)
Figure 4. Contours of (a) the temperature field (b) magnitude of the relative velocity (c) Lorentz force and (d) Joule 

heating overlaid with the path of electric current for Case III. Isolines of fraction solid (0.02, 0.7 and 0.98) are plotted 
to indicate the mushy zone. 

Discussion

The shape of melt pool is an important indicator for the ESR 
process, and it determines the quality of the as-cast ingot. Parame-
ters of the melt pool (depth, mush zone, standing height) are 
mainly governed by the global transport phenomena, which are in 
turn related to the flow intensity of different fluid regions. Intensi-
ty of the flow is evaluated by the time-averaged kinetic energy. 
Influence of the process operating parameters (Case I, II, III) on
the average kinetic energy is analyzed (Table 3).   

Table 3. Summary of the computed average kinetic energy in 
different fluid regions.

Average kinetic 
energy in slag (J)

Average kinetic energy in 
melt pool (J)

Case I 6.83 0.03
Case II 23.69 0.096
Case III 56.06 0.186

  

Effect of frequency 
A comparison is made between Case I and Case II to analyze the 
effect of frequency of AC current as shown in Figure 5. The aver-
age kinetic energy in the slag for Case II is larger than that for 
Case I, see Table 3. It means that the present ESR process run 
with high frequency has a more severe mixing in the slag region 
than the process run with low frequency. The more severe the 
mixing in slag region, the larger the amount of energy being 
transport into the melt pool. Therefore, with the increase of the 
current frequency, the pool depth (distance between the slag-pool 
interface and the isoline of 0.02 solid fraction) is slightly in-
creased. However, the isoline of 0.98 solid fraction moves down 
that results in thicker mushy zone for Case I than for Case II.  

Additionally, the frequency of the AC current can affect the dis-
tribution of the Lorentz force at the region near to the slag-melt 
interface. As shown in Figure 5 (b), the electric current lines have 
similar distribution at the slag region independent of the applied 
frequency. Thus, the Lorentz force direction is identical for both 
cases, that is towards the axis of symmetry. However, at the slag-
pool interface the direction is altered for Case II with 50 Hz fre-
quency. It is horizontal and downward, as shown in Figure 6.
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(a)                                                       (b) 
Figure 5: Influence of the AC current frequency on (a) the temperature field and mushy zone (b) electric current dis-

tribution. Two cases are compared: Case I with frequency of 0.2 Hz: Case II with frequency of 50 Hz.

Figure 6: Influence of the AC current frequency on the direction of the Lorentz force, Two cases are compared: Case 
I with frequency of 0.2 Hz: Case II with frequency of 50 Hz.

Effect of mold current  
Here, Case II and Case III are compered to study the influence of 
mold current on the pool shape, as illustrated in Figure 7. The 
average kinetic energy in the slag and melt pool is much larger for 
Case III than for Case II. Accordingly, the bulk of the slag is 
severely mixed in Case III with mold current. This mixing pro-
motes the transfer of heat from slag to melt pool, hence leads to a
raise of the melt pool temperature and a deeper pool.  

The electric current lines are shown in Figure7 (b). For Case III a
huge amount (92%) of the current enters into the mold in the 
region close to slag-pool interface where there is still contact 
between the metal and mold. This changes the pattern of the flow 
in this region, and results in larger standing height of the melt 
pool than for Case II without mold current. In addition, the skin 
effect in the copper mold is significant. Inside the mold the elec-
tric current only flows near the mold surfaces, as shown in Figure
7(b).  

At high frequency, the current density and consequently the Lo-
rentz force is week in the bulk of the melt pool where the flow is 
mainly driven by buoyancy. The direction of the Lorentz force is 
compared to study the effect of the mold current on the flow, as 

indicated in Figure 8. The direction of the Lorentz force is similar 
in the slag region and slag-pool interface in the central part of the 
system. However, for Case III with the mold current, the direction 
of the Lorentz force bents downwards near the mold wall both in 
the slag and melt pool regions. The Lorentz force and buoyancy 
act in the same direction and the flow is pushed downwards. The 
downward flow near the mold wall increases the standing height 
of the melt pool. The standing height is defined as the distance 
from the slag-pool interface to the start of solidification at the 
ingot surface (as shown in Figure 7a). 

Joule heat is uniformly released under the electrode for both cases 
as shown in Figure 9. However, for Case II inhomogeneous distri-
bution of Joule heat is released along the slag-mold interface. The 
minimum heat source is noticed near the slag-air interface for 
Case II where the slag skin layer acts as an electric insulator. In 
contrast, the magnitude of Joule heat source is significantly large 
at this region for Case III with mold current. Since this area is 
closer to the edge of the electrode, the electric resistance drops 
and more current flows through it. In the vicinity of the slag-pool 
interface Joule heating is pretty large for case III. This region is 
the most favorable path for the electric current to flow.  
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(a)                                                         (b) 
Figure 7: Influence of the mold current (frequency of 50 Hz) on (a) the temperature field and mushy zone (distance 

between dotted lines indicates the standing height) (b) electric current path (red arrows indicate the direction of elec-
tric current). Two cases are compared: Case II without mold current: Case III with mold current.

Figure 8: Influence of the mold current (frequency of 50 Hz) on the direction of the Lorentz force. Two cases are 
compared: Case II without mold current: Case III with mold current.

Figure 9: Influence of the Mold current (frequency of 50 Hz) on the distribution of the Joule heating, Two cases are 
compared: Case II without mold current: Case III with mold current. 

Validity of the modeling result
A 2D axisymmetric model is used to solve the governing equa-
tions of electromagnetic field, heat transfer, and flow of the ESR 
process. The model is robust and computationally efficient to 
study the influence of electrical parameters on the solidification of 
the ingot. It is observed that the electrical parameters such as 
electric conductivity and frequency of the applied AC current 
have a huge influence on the shape of the melt pool. The electric 
conductivities of the slag (liquid and solid) are the main properties 
determining the electric current path, hence influencing other 
quantities of the process. As such properties are assumed, the 
current study is considered to be preliminary and qualitative. 
Some other factors influencing the quantitative accuracy of the 
modeling results should be kept in mind for improving the future 

model: the forming metal droplets under the electrode would 
adapt the electromagnetic field to a certain extend [21]; the mo-
tion of the slag-pool interface can affect the flow, temperature and 
electromagnetic fields of the system [22]; the nature of the flow in 
the real process is in 3D, but the current calculation can only be 
performed in 2D; the turbulence of the flow which is ignored 
would enhance the global energy transfer as well. In spite of the 
model simplifications, which are necessary at the current stage, 
the performed parameter studies in this paper can provide valua-
ble information about the qualitative influence of the process 
parameters on some key solidification quantities of the ingot, such 
as the shape and depth of the melt pool, standing height, mushy 
zone, etc. 
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Summary

The influence of the applied frequency of AC current on the large 
scale ESR process with static mold has been numerically investi-
gated. Main findings are summarized as follows. 

- The melt pool shape of the solidifying ingot is slightly influ-
enced by the applied frequency.  

- In the case of high AC frequency, due to the skin effect, the 
current path changes its direction when the current passes the 
slag-pool interface, and so does the Lorenz force. As a conse-
quence, it influences the hydrodynamic behavior of the slag 
and melt pool near the slag-pool interface.

- The distribution patterns of Joule heating and Lorentz force in 
the slag region are quite independent of the applied frequency
in the slag region.

Additionally, the effect of the mold current (allow current entering 
into mold) is also considered. We found: 

- Distribution patterns of the Lorentz force and Joule heating in 
the slag region are significantly influenced by the mold cur-
rent, especially near the mold wall.  

- Mold current promotes stirring in the slag region. 
- Mold current increases the standing height of the melt pool.  
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Abstract

Al2O3-CaF2-CaO is the core system for modelling ESR slags. All 
ESR slags contain CaF2 as the primary constituent. Oxides, such 
as CaO, Al2O3, MgO and other, may be added to the slag to raise 
the electrical resistivity or to modify the slag chemistry with 
regard to its reactivity with the metal being melted.

A good thermodynamic description of all phases in the system is 
essential in materials design. An efficient technique used to obtain 
a self-consistent thermodynamic database is called Calphad, 
where the Gibbs energy of each phase is described with a 
thermodynamic model. The pseudo-ternary Al2O3-CaF2-CaO 
system and the bounding systems Al2O3-CaF2 and CaF2-CaO are 
assessed in this work using the Calphad approach. The liquid slag 
phase is described using the ionic two-sublattice model.

Several papers have been published on the phase equilibria in the 
Al2O3-CaF2-CaO system and the bounding systems Al2O3-CaF2
and CaF2-CaO. However, wide discrepancies exist between the 
findings of the various authors. The present assessment gives a 
reasonably good description of available experimental data. A 
characteristic feature of the ternary phase diagram proposed by 
some authors is a rather extended egg-shaped miscibility gap in 
the high fluorite high alumina region. The calculated miscibility 
gap in the ternary reaches very close to the Al2O3-CaF2 side, but 
it does not touch it.

Introduction

Electroslag remelting (ESR) is a process of remelting and refining 
steel and other alloys for different applications. ESR slags are 
CaF2 based slags, with a mixture of primarily Al2O3, CaO or 
MgO, but could also encompass a wide range of additions that 
may include, but is not limited to, TiO2, ZrO2, SiO2 and Cr2O3.
The Al2O3-CaF2-CaO system is thus the core system for 
modelling ESR slags.

This is the first part of a research program to construct a 
thermodynamic database for the oxy-fluoride system Al2O3-
CaF2-CaO-MgO-TiO2-ZrO2 using the Calphad (CALculation of 
PHAse Diagrams) approach [1, 2]. The thermodynamic database 
will be a basis for modelling other thermo physicochemical 
properties, such as density, surface tension, viscosity and thermal 
conductivity. The database developed within this project will 
improve the modelling capabilities of ESR slags. 

The Al2O3-CaO system was assessed by Hallstedt [3]. Later, Mao 
et al. [4] developed a new model for liquid Al2O3 in order to 
better control the unwanted reciprocal miscibility gaps in the 
CaO-Al2O3-SiO2 and MgO-Al2O3-SiO2 ternary systems. The 
description of liquid Al2O3-CaO from  Mao et al. [4] is used in 
this work together with the solid phases from Hallstedt [3]. 

The CaF2-CaO system has been assessed recently by Kim et al.
[5] using the Modified Quasichemical Model [6] to describe the 
molten slag phase. Their assessment is not considered in the 
present work since the Modified Quasichemical Model is 
incompatible with the ionic two-sublattice liquid model.

Both the Al2O3-CaF2 and the CaF2-CaO systems have simple 
eutectic phase diagrams with no intermediate phases. While the 
Al2O3-CaF2-CaO system can be regarded as a ternary in sealed 
cells, Nikitin et al. [7-9] noted that under open cell conditions the 
system should be considered as the reciprocal system CaF2-CaO-
AlF3-Al2O3. Two ternary compounds have been reported to exist 
in this system:  3CaO.3Al2O3.CaF2 (C3A3Fl) and 
11CaO.7Al2O3.CaF2 (C11A7Fl). The recommended phase
diagram [10] has a wide miscibility gap in the liquid phase.

Thermodynamic Models

The Calphad technique is used to describe the thermodynamics of 
materials. The energetic state of a closed system in equilibrium at 
fixed temperature, pressure and composition is described by its 
Gibbs energy. The main idea of the Calphad technique is to 
describe the Gibbs energy of all phases in the system, using 
appropriate thermodynamic models. All available experimental 
information, such as phase diagram data and thermochemical data, 
are collected and evaluated, and then used in an optimisation 
procedure to fit the model parameters. The determination of the 
coefficients is frequently called assessment or optimisation of a 
system. To get as good description as possible of the properties, it 
is necessary to use all experimental information simultaneously, 
both phase equilibria and thermochemical data. Each phase is 
usually modelled within the entire temperature and composition 
range, and not only in the range where it is stable. Some 
parameters will refer to metastable, or sometimes unstable, 
structures. As a consequence of this, a thermodynamic database 
provides the possibility to do calculations also of metastable 
states, where experimental information is hard to find.

A general formalism widely used in Calphad asssessments is the 
Compound Energy Formalism [11] (CEF). CEF was constructed 
in order to describe models of the thermodynamic properties of 
phases with two or more sublattices, which show a variation in 
composition, i.e. (A,B)i(C,D)j.

Liquid Slag

Within the framework of the CEF, the ionic two-sublattice liquid 
model [12, 13] was developed to be used when there is a tendency 
for ionization in the liquid, e.g. liquid oxides and sulphides. The 
same model can be used both for metallic and oxide melts. At low 
levels of oxygen, the model becomes equivalent to a substitutional 
solution model between metallic atoms. Two sublattices are 
assumed, one containing charged cations and one containing 
charged anions, neutrals and vacancies:
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Where C represents cations, A anions, Va vacancies and B 
neutrals. The indices i, j and k denote specific constituents. 
Charged vacancies are introduced on the second sublattice to keep 
electroneutrality when the composition is approaching the 
metallic liquid. The site numbers, P and Q, on the sublattices vary 
so that electroneutrality is maintained:
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According to Mills and Keen [10], CaF2 slags are generally 
considered to be ionic in nature and the Al2O3-CaF2-CaO system 
should thus be modelled using (Al+3,Ca+2)P(AlO2

-1,F-1,O-2)Q. 
However, there will be problems when modelling the Al2O3-
CaF2 pseudo-binary system, since this is not a true pseudo-binary 
but part of the reciprocal system CaF2+Al2O3=CaO+AlF3.
Al2O3-CaF2 and Al2O3-CaF2-CaO (and AlF3-CaO) must then be 
evaluated simultaneously. This is in theory of course possible, but 
could be difficult in practice.

In the liquid state some oxides have a weaker tendency to form 
free O-2 ions whereas others are clearly ionic in behaviour. The 
former oxides are usually called acid whereas the latter ones with 
free O-2 are called basic. Within the frame of the ionic two-
sublattice liquid model, it has long been accepted that basic oxide 
melts, such as Na2O, CaO or MgO, are described with a cation in 
one sublattice and O-2 in the other. The acid behaviour of a slag 
can be taken into account by introducing the neutral oxide as a 
molecule in the anion sublattice. A typical acid slag is SiO2. In 
general, the higher the valence of the cation, the more it behaves 
like an acid. Al2O3 is referred to as amphoteric, i.e. it behaves 
like an acid when mixed with a base and as a base when mixed 
with an acid. Liquid Al2O3 is described with both cation Al+3 in 
the first sublattice and anion AlO2

-1 in the second one. Selections 
of species in the modelling of acid, basic and amphoteric slags are 
extensively discussed in many studies [14-17]. If we introduce the 
neutral species CaF2, the liquid model will read

(����, ��� )�(��! 
�", !� , ��# ) (4)

In this new model, CaF2 is described as an acid component. An 
equivalent model is used to model liquid Fe2O3. Fe2O3 is weakly 
basic, first modelled as (Fe+3)2(O-2)3 [18]. Later, Fe2O3 was 
treated as an acid oxide instead, using the neutral species FeO1.5
[19]. This means that one assumes that liquid Fe2O3 do not 
readily give up their oxygen to form O-2 ions. Thus, the weakly 
basic Fe2O3 is now treated as an acid oxide with great success.

This present model (4) may seem less realistic as it does not make 
use of the experimental evidence on the existence of the F-1 ion. 
However, real oxide/fluoride melts have many microscopic 
features that are impossible to model accurately due to their 
complexity. The assumption of a neutral CaF2 species will 
hopefully be closer to the macroscopic behaviour of the liquid.

Using this model, the Gibbs energy of the liquid is given by
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Where y is the site fraction and G represents the Gibbs energy of 
end-members. The excess Gibbs energy represents the deviation 
from the ideal behaviour and is described by EGm. The excess 
parameters used in this assessment are the following:
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A colon is used to separate species on different sublattices and a 
comma is used to separate species on the same sublattice.

�- and �-CaF2
�
�- and �-CaF2 are described using a model within the CEF with 
two sublattices. The solubility of CaO in CaF2 is modelled by 
adding O-2 ions and vacancies on the second sublattice:

(��� )"(#�", !� , 
�) (7)

The Gibbs energy of �- and �-CaF2 are given by

$%
��1. = ���'.�1/0$��'.:1/0 + ���'.�-/.$��'.:-/. +

���'.���$��'.:�� + 223(�1/0 ln(�1/0) +
�-/. ln(�-/.) + ��� ln(���)) +
�1/0�-/.6��'.:1/0,-/. (8)

The parameter $��'.:�� could appear in many systems and is 
therefore convenient to use as a reference; the simplest choice is 
to give it the value zero. CaO with the CaF2 structure is described 
by the parameter $��'.:-/., but since the solubility of CaO in 
CaF2 is fairly low it cannot be assessed with any accuracy and is 
therefore simply given a fixed large value compared to halite-CaO 
to assure that CaO with the CaF2-structure does not become stable 
in the CaO-rich part of the system.

Other Solid Phases

CA, CA2, CA6, C3A, Halite and Corundum were all accepted 
from earlier assessments and modelled as stoichiometric 
compounds. The two ternary compounds, C3A3Fl and C11A7Fl, 
are also assumed stoichiometric. The Gibbs energy is evaluated 
relative to the pure solid oxides as follows
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Only enthalpy data were found for the two ternary phases. The 
variables A and B were related in such a way that C3A3Fl and 
C11A7Fl are stable above 25oC (but not below). This is quite an 
arbitrary choice, but using only an enthalpy term would probably 
render C3A3Fl and C11A7Fl much too stable at low temperature. 
The entropy term for C3A3Fl will by this choice be of about the 
same size as for the calcium aluminates, which seems quite 
reasonable. For C11A7Fl, the entropy term is slightly lower.

Experimental Data

The available experimental data mainly concern phase diagram 
data, such as liquidi and solidi.

CaF2

A melting temperature of 1423oC has been adopted for pure CaF2.
Many lower values have been given for the melting point of CaF2,
but this is, according to Mills and Keen [10], a result of impurities 
(mainly CaO and SiO2) in the materials.

There are two modifications of the solid CaF2 phase. In the 
present work, the thermodynamic descriptions of the two phases 
were taken from Selleby and Hillert [20]. The solid-state 
transition temperature is 1151oC. 

Al2O3-CaF2

Experiments with CaF2 containing slags are associated with 
difficulties. For example, the volatilization of CaF2 and the 
tendency of CaF2 to react with alumina and water vapour to form 
volatile AlF3 or HF may cause changes in composition. Under 
open conditions AlF3 can evaporate from Al2O3-CaF2 melts and 
from ternary melts with low initial CaO contents causing an 
increase in CaO and decreases of the Al2O3 and CaF2 contents. 
Therefore an investigation of the binary Al2O3-CaF2 system 
under open conditions is impossible. Uncontrolled changes of 
sample composition may well be the reason for some of the 
disagreement between the reported data below.

The Al2O3-CaF2 system is characterized by a simple eutectic 
phase diagram. The liquidus is S-shaped, indicating a tendency 
towards formation of a miscibility gap. The liquidus line 
measured by Ries and Schwerdtfeger [21] is in very good 
agreement with that reported by Zhmoidin and Chatterjee [22].
However, the liquidus lines determined by Kun and Sheng [23] as 
well as by Mitchell and Burel [24] deviate very much from the 
other results. Their liquidus lines are at considerably lower 
temperatures in the range below 30 mass-% Al2O3 and do not 
show inflection points. These authors conducted their experiments 
in open crucibles and it is not known what the final composition 
was under such conditions. Another phase diagram of the Al2O3-
CaF2 binary has been proposed by Hillert [25], who found a 
miscibility gap in sealed capsule experiments. No evidence for a 
miscibility gap was found in the binary system in the other 
investigations. However, when Ries and Schwerdtfeger added       
1 mass-% CaO to the 80% CaF2 – 20% Al2O3 mixtures, a second 

liquid was formed. This indicates that the miscibility gap in the 
ternary system extends very close to the Al2O3-CaF2 join.

CaF2-CaO

The binary CaF2-CaO system has been subject of many 
investigations [21, 26-50]. It is a simple eutectic diagram with the 
eutectic at 1360oC. The composition of the eutectic melt varies 
between 16-19.6 mass-% CaO depending on the author. Baak [28]
reported a miscibility gap on the CaF2 rich side of the system, 
which is compatible with the activity measurements carried out by 
Hsu et al. [31]. But according to [32, 36, 39] there is no evidence 
for a miscibility gap. The CaF2-liquidus lines given by the 
different investigators are in close agreement. The values for CaO 
saturation of the work by Ries and Schwerdtfeger [21] agree well 
with the data obtained by Kor and Richardson [38] and Zhmoidin 
and Chatterjee [42]. Data of the CaO-liquidus line were also 
published by Mukerjee [32] and Schlegel [36]. The liquidus lines 
proposed by these authors emerge from the eutectic point located 
similarly as the other investigators, but then swing rapidly over to 
much higher CaO contents than the others. Activity measurements 
have been performed in the CaF2-CaO binary by several 
investigators. The gas equilibrium technique was used, which 
unfortunately can cause a significant solubility of gas species in 
liquid CaF2-CaO which can change the composition of the liquid 
during the experiments. However, most of the reported activity 
curves increase more or less linearly with increasing CaO 
concentration in the liquid. Activity data have not been used in the 
optimization of the current study.

In a recent investigation by Kim et al. [50], noticeable solubility 
of CaO in �- and �-CaF2 solids is observed above 1000oC. The 
maximum solubility of CaO in solid CaF2 is about 5 mol-% at the 
eutectic temperature (about 1363oC). No solubility of CaF2 in 
CaO was found.

Al2O3-CaF2-CaO

In the first phase diagram of the subsystem CaF2-CaO-
5CaO.3Al2O3, Eitel [51] proposed a simple ternary eutectic 
system. A drastically modified phase diagram was presented by 
Chatterjee and Zhmoidin [52], who investigated several 
subsystems with the quenching technique. A characteristic feature 
of the phase diagram proposed by Chatterjee and Zhmoidin is a 
rather extended egg-shaped miscibility gap in the high fluoride 
high alumina region. They also found two congruently melting 
ternary compounds: C3A3Fl and C11A7Fl. They determined the 
melting points to 1507±1.5oC and 1577±2.5oC. A rather different 
phase diagram has been worked out by Nafziger [53], who 
conducted his experiments under open conditions. The phase 
diagram has no miscibility gap and only one ternary compound 
C11A7Fl. There is indication for a miscibility gap from Mitchell 
and Cameron [54], Ries [55] and Ries and Schwerdtfeger [21]. In 
addition to the investigation of the miscibility gap, Ries and 
Schwerdtfeger performed other experiments to determine the 
liquidus isotherms of CaO, Al2O3, CaO.6Al2O3 (CA6) and 
CaO.2Al2O3 (CA2). Gohil and Mills [56] determined values of 
(HT-H298) for C3A3Fl with a differential scanning calorimeter for 
the temperature rage -4 to 402oC and by drop calorimetry for the 
range 800 to 1547oC. Their data suggests a value of 1467oC for 
the melting temperature. They also obtained enthalpies for 
C11A7Fl. Kewu et al. [57] studied the liquidus temperature of 
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Al2O3-CaF2-CaO slag with three different CaF2 contents (10%, 
15%, 20%) in a Al2O3 (68.4%)–CaO (31.6%) system.

Optimization and Results

The optimization of the parameters was performed using the 
PARROT module of the Thermo-Calc software [58]. The 
optimization was conducted by minimizing the sum of squares. 
By adjusting the weight of each experiment the optimization was 
repeated until a satisfactory description of most experimental data 
points was reached.

Al2O3-CaF2

(HT-H298) values were determined by Gohil and Mills [56] for 
CaF2 + 30 mass-% Al2O3. The result is shown in Figure 1. The 
calculated phase diagram for the Al2O3-CaF2 binary is shown in 
Figure 2. The curve is very flat in the range 10 to 30 mass-%
Al2O3, indicating a tendency towards formation of a miscibility 
gap. Experimental data on the liquidus close to CaF2 deviate some 
from the calculated curve. It could be hard to fit experimental data 
close to an end-member if the data deviate from ideality. In this 
system, if trying to fit the experimental data close to CaF2, a 
miscibility gap is formed in the liquid phase.

CaF2-CaO

(HT-H298) values were determined by Gohil and Mills [56] CaF2
+ 16 mass-% CaO. The result is shown in Figure 3. The calculated 
phase diagram for the CaF2-CaO binary is shown in Figure 4. The 
calculated diagrams together with experimental data are shown in 
Figures 5 and 6. The calculated liquidus of �-CaF2 solid solution 
shows a maximum at about 2 mass-% CaO. The experimental data 
from Schlegel [36] shows this trend. This is due to the defect 
structure of CaF2. When small amounts of CaO is added to CaF2,
the solid CaF2 solution can be more stable than the liquid CaF2-
CaO solution at the same composition because the addition of 
CaO induces more entropy in solid CaF2 (one O-2 replaces two F-1

with generation of a vacancy) than in liquid CaF2 (one O-2

replaces two F-1 without generation of a vacancy). The calculated 
solubility of CaO in CaF2 at the eutectic is 5.4 mol-%.

Figure 1: Calculated and experimental [56] enthalpy of CaF2+30 
mass-% Al2O3. 

Figure 2: Calculated and experimental [21, 22] Al2O3-CaF2 phase 
diagram.

Figure 3: Calculated and experimental [56] enthalpy of CaF2+16 
mass-% CaO.

Figure 4: Calculated CaF2-CaO phase diagram.
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Figure 5: Calculated CaF2-CaO phase diagram with experimental 
data [21, 26-27, 31, 33, 35, 37-38, 40-44, 47-50].

Figure 6: Calculated CaF2-CaO phase diagram with experimental 
data [26, 28-30, 33-35, 37, 39-40, 45-46, 50].

Al2O3-CaF2-CaO

Calculated isothermal sections for the Al2O3-CaF2-CaO ternary 
system at different temperatures are shown in Figure 7-9. The 
miscibility gap with a starting mixture with 60 mass-% CaF2, 12 
mass-% CaO and 28 mass-% Al2O3 as a function of temperature 
is shown in Figure 10. The liquidus temperature for a Al2O3
(68.4%)–CaO (31.6%) system is shown in Figure 11. Calculated 
isoplethal section CaO.Al2O3-CaF2 is shown in Figure 12 with 
experimental data from Gutt et al. [59]. 

The calculated melting points of C3A3Fl and C11A7Fl are 1507 
and 1577oC, respectively, the same result as the experimentally 
determined temperatures [52]. The calculated enthalpy of C3A3Fl 
and C11A7Fl together with experimental data [56] is shown in 
Figure 13 and 14.

The compositions of the double saturated melts at 1600oC from 
Ries and Schwerdtfeger [21] and calculated values are shown in 
Table 1.

Figure 7: Calculated isothermal section at 1100oC. 

Figure 8: Calculated isothermal section at 1600oC, with 
experimental data from Ries and Schwerdtfeger [21].

Table 1: Composition of double saturated melts.

L/Al2O3/CA6 L/CA6/CA2
CaF2 (exp/calc) 38/39.5 24/19.8
CaO (exp/calc) 6/4.1 15/16.0
Al2O3 (exp/calc) 56/56.4 61/64.2

According to Ries and Schwerdtfeger [21], the liquid/Al2O3/CA6
equilibrium could be located very exactly experimentally. The 
other equilibrium is more uncertain because close to the double 
saturated point the saturation state could not be elucidated 
unambiguously in the microscopic investigation. The 
liquid/CA6/CA2 equilibrium was therefore given a lower weight 
during the assessment procedure.
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Figure 9: Calculated isothermal section at 1800oC, with 
experimental data from Zhmoidin and Chatterjee [42].

Figure 10: Calculated and experimental [21] miscibility gap as a 
function of temperature.

Figure 11: Liquidus temperature, with experimental data from 
Kewu et al. [57] and Ries and Schwerdtfeger [21].

Figure 12: Calculated isoplethal section CA-CaF2 with 
experimental data from Gutt et al. [59].

Figure 13: Calculated and experimental [56] enthalpy of C3A3Fl.

Figure 14: Calculated and experimental [56] enthalpy of C11A7Fl.
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Summary

Al2O3-CaF2-CaO is the core system for modelling ESR slags, 
and is assessed in this work. Several papers have been published 
on the phase equilibria in the ternary Al2O3-CaF2-CaO system 
and the bounding systems Al2O3-CaF2 and CaF2-CaO. However, 
wide discrepancies exist among the findings of the various 
authors. The present assessment gives a reasonably good 
description of available experimental data. The ionic two-
sublattice model with the neutral CaF2 species was applied to the 
liquid. Isothermal and isoplethal sections were calculated and 
compared with experimental data. The calculated miscibility gap 
in the ternary reaches very close to the Al2O3-CaF2 side, but it 
does not touch it. The Gibbs energy functions of C3A3Fl and 
C11A7Fl were evaluated.
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Abstract

This paper describes the effect of different electrical power modes 
on the cleanliness level and the inclusion types in the ESR 
material X38CrMoV5-1. Therefore selected ingots, which were 
remelted in an open laboratory ESR plant, were investigated with 
SEM (combined with EDX) and with a conventional light 
microscope according to ASTM E45, method D. For these 
investigations, ingots with two DC polarities (cathodic and 
anodic) and with low frequency (1 Hz) AC power supplies were 
remelted under (apart from the polarity) comparable remelting 
conditions. 

The results show, that the cleaning effect of both DC polarities is 
lower than the one with a low frequency AC operation, whereas 
the cathodic DC polarity results in better cleanliness levels than 
the anodic one. In addition the oxygen content of the ingots shows 
a strong increase when remelting with the anodic DC polarity.

A strong relation between the type of the electric power supply 
and the inclusion types in the ESR ingots could be found. The 
most pronounced differences occur with the oxide-type inclusions. 
Thereby, the amount of the originally dominating (Al, Mg)-
spinell-type-oxides is further increased when remelting with DC-,
but rather eliminated in favor of Al2O3-type inclusions when 
DC+ polarity is used. Regarding the oxysulfide inclusions, the 
examined electrical set-ups lead to Al-oxysulfides as the main 
part, while Mg- and Ca-oxysulfides are decreased respectively 
eliminated. Furthermore, a significant reduction of sulfides, 
especially CaS was found.

A comparison with industrial ESR ingots indicates that the results 
gained with the laboratory ESR plant are in good agreement with 
or even slightly better concerning the cleanliness than larger scale 
50Hz-AC remelted ingots.

Introduction

The electroslag remelting process (ESR-process) has developed 
into an integral part in the production of steels, especially of 
special steels (such as tool steels) and nickel-based alloys. As time 
passed on, the main challenge of the ESR-process changed from 
desulfurization in the 1960ies to the improvement of the 
cleanliness level, while the desulfurization treatment was 
transferred more and more towards the secondary metallurgy 
nowadays.

Regarding the improvement of the cleanliness level, early tests 
already showed the great potential of the power-supply type (e.g. 
[1-6]). Newer research focused more and more on the specific 
influence of low frequency AC and DC power supply and found 
specific dependences of the cleaning effect from the frequency 
and polarity (e.g. [7, 8]).

The laboratory ESR plant installed at the School of Engineering 
and Environmental Sciences at the University of Applied Sciences 
Upper Austria provides, amongst others, the possibility to feed the 
remelting electrode with a rather flexible polarity. This can be 
DC-, DC+ or a low frequency AC current (rectangular form, up to 
< 5 Hz). The results presented here are based on a cooperation
with the special steel producer Böhler Edelstahl GmbH & Co KG,
in the course of which the cleanliness levels of three power supply 
types (DC-, DC+, AC 1 Hz) were investigated. The analysis of the 
inclusions was carried out by automated SEM, where the 
inclusion-size distribution and the inclusion types were measured.
These analyses were supplemented by the standardized optical 
method according to ASTM E45, method D, for comparison of 
these analysis methods.

Overview of the Influences on the Cleanliness Level in the 
ESR Process

Summarizing literature reports from the last 60 years of ESR 
research relating to the cleanliness level, several influences on the 
cleanliness can be pointed out. Those are, for instance, the 
deoxidation of the electrode material [9], multiple ESR [10],
pressure or protective gas electroslag remelting (PESR) (e.g. [3,
11-13]), the size of the inclusions in the electrode [9, 14, 15] and 
the composition and viscosity of the slag (e.g. [15-19]). 

Additionally to these factors, the process parameters (melt rate, 
current, voltage) and the power supply (AC, DC, frequency) play 
a decisive role in the removal of nonmetallic inclusions and will 
be described in more detail. 

Influence of the melt rate on the cleanliness level

According to [10, 15], operating the ESR process with a lower 
melt rate generally results in a better solidification structure and 
an improved removal of nonmetallic inclusions. This is stated 
with an easier ascending of nonmetallic inclusions and gases in 
the steel. Furthermore, a lower melt rate provides more time for 
metallurgical reactions between steel and slag and favors a 

29

Proceedings of the 2013 International Symposium on Liquid Metal Processing & Casting
Edited by: Matthew J. M. Krane, Alain Jardy, Rodney L. Williamson, and Joseph J. Beaman

TMS (The Minerals, Metals & Materials Society), 2013



vertical solidification, which, on its own, decreases the “freezing” 
of the nonmetallic inclusions during the solidification.

On the contrary, [20] reports a positive effect of a higher melt 
rate, based on the fact, that when increasing the electrode speed, 
the immersion depth in the slag increases as well. This means, the 
hottest zone of the electrode and the one of the slag bath is moved 
to the center of the slag bath, which reduces the oxidation of the 
electrode tip.

Influence of the polarity and the frequency on the cleanliness level

An ESR plant can be supplied by alternating or direct current. 
When using a DC power supply, both varieties can be used: the 
anodic (DC+, DC-SP) and the cathodic (DC-, DC-RP) polarity. 
[14, 15, 17, 21-23]

If the electrode is fed by an anodic current, anions such as S2-, O2-,
N-, OH- are pulled towards the electrode. These anions are 
absorbed to the liquid metal film on the electrode tip and 
transported together with the metal droplet into the metal pool 
below the slag. This leads to a poor cleanliness level concerning 
the oxygen and the sulfur content. [1, 2, 8] 

Supplying the electrode with a cathodic current leads to a good 
desulfurization and a high cleanliness level. On the other hand, the 
cathodic polarity is connected with a poor melt rate (a high 
specific power consumption), which makes an ESR process with 
cathodic current economically irrelevant. [1, 2, 8] 

Concerning these mentioned effects (cleanliness level and melt 
rate), the supply with an alternating current represents a very good 
compromise with a high melt rate, but no electrochemical 
reactions can occur when using standard AC. [23] 

It has to be mentioned that it is supposed that electrochemical 
reactions are dependent to the electrode and ingot diameter. So, 
without providing further explanations, [2] states that at diameters 
larger than 1000 mm at a filling ratio of 0,6, no electrochemical 
reactions are expected for DC superposed alternating current 
power supplies. 

When using an alternating current, the frequency plays an 
important role concerning the cleanliness level. [7] reports for an 
open laboratory ESR plant that with an increase of the frequency 
from 2,5 to 50 Hz, the oxygen content of the ESR ingot decreases, 
while the nitrogen content seems to be stable. Also the cleanliness 
level decreases with an increasing frequency. These results are 
explained by reaction (1) which has more time to take place at low 
frequencies. 

O2- - 2e- ¡�¢Y£ (1) 

Investigation parameters

Laboratory ESR plant

The ingots were remelted with an open laboratory ESR plant, 
shown in Figure 1. The installation and the startup of this plant 
with first results concerning the influence of the power supply 
were already published in [24] and [25]. 

Figure 1. Laboratory ESR plant of the University of Applied 
Sciences Upper Austria.

The power supply is realized with a rectifier, which offers the 
possibility to feed the electrode with direct current (both 
polarities) or a (almost rectangular) low frequency alternating 
current (maximal frequency up to 5 Hz). The maximal current is 
5000 A, at a maximal voltage of 100 V.

The electrodes are remelted in a water-cooled copper mold, fixed 
on a likewise cooled copper baseplate. The water flow in the mold 
and the baseplate was about 125 l/min. The mold had an upper 
diameter of 159 mm, a bottom diameter of 171 mm (cone-shaped) 
and a height of 775 mm. All ingots were remelted without a 
protective atmosphere.

Feedstock

As electrode material, the hot work tool steel grade X38CrMoV5-
1 (Böhler W300 IsoDisc) was used. All electrodes were from the 
same heat. The electrode diameter was 101,5 mm and the length 
1200 mm. The chemical composition of the electrode material is 
shown in Table I. 

Table I. Chemical composition of the electrode material.
C [%] Si [%] Mn [%] P [%] O [ppm]
0,40 1,09 0,44 0,02 9 

Cr [%] Mo [%] V [%] S [%]
4,97 1,14 0,34 <0,01

The slag used for these investigations was the Wacker Electroflux 
ESR 2015 with the following composition in mass-% (Table II). 
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Table II. Composition of the slag Wacker ESR 2015. [26]
% SiO2 % Al2O3 % CaF2 % CaO % MgO

1,5 ± 0,5 33,5 ± 2,5 31,5 ± 2,5 29,5 ± 2,5 3,0 ± 1,0

% TiO2 % FeO % H2O* % C % Pb

¥�$�� ¥�$�� ¥�$�$� ¥�$�$� ¥�$�$$�

% P % S

¥�$�$$� ¥�$�$!
* at 650°C

The height of the slag bath was about 80 mm (when 5 kg slag 
were used) respectively 125 mm (for 7,5 kg). The remelting 
processes were started with granulated cold slag.

Experimental parameters

Table III gives an overview on the investigated ingots. It can be 
seen that the melt rate of the most ingots lies in the range of 40-55 
kg/h (~ 50 kg/h) with one exception which was remelted at a 
higher melting rate (100 kg/h). The designated polarity for the DC 
experiments (DC+, DC-) refers to the polarity of the electrode.
The ingots with the denominations AC1, AC2 and AC3 can be 
regarded as identical to demonstrate the repeatability of the 
results. For all other experimental parameters only single ingots 
were produced.

Table III. Overview of the investigated ingots.
Designation Polarity Melt rate [kg/h] Slag amount [kg]

DC- DC- 40 5 
DC+ DC+ 52 5 
AC1 AC 1 Hz 55 5 
AC2 AC 1 Hz 53 5 
AC3 AC 1 Hz 53 5 

AC-high AC 1 Hz 100 7,5

The remelted ingots were forged and analyzed at Böhler Edelstahl 
GmbH & Co KG. The analyses were carried out with an
automated SEM, where both the inclusion type and the inclusion
size were determined at an area of about 168 mm². Their types 
were analyzed with an EDX system and the size was calculated 
with the equivalent circle diameter (ECD). Additionally the ingots 
were investigated by automated light microscopy (according to 
ASTM E45, method D). The investigations included also the 
determination of the oxygen content of the remelted ingots by hot-
extraction-analysis (LECO) and a chemical analysis of the slag 
after remelting.

Results

Analysis of the inclusion-size distribution (ECD with SEM)

Figure 2 shows the distribution of the inclusion in the DC- ingot. 
For comparison the scatter band of the inclusions size distribution 
of all investigated electrodes is included in this figure. It can be 
noted, that smaller inclusions <5 μm are built up during remelting, 
while larger inclusions are eliminated. Inclusions larger than
10 μm could not be found in the remelted ingot.
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Figure 2. Inclusion-size distribution (ECD) of the cathodic DC 
feed (DC-, ¦50 kg/h).

In a similar way, Figure 3 shows the inclusion-size distribution of 
the anodic (DC+) remelted ingot. Compared with the DC- polarity 
it can be seen clearly, that a poorer cleanliness level was reached. 
Furthermore, the results illustrate that, in comparison with the 
electrode, more inclusions were found in all classes between 2 and 
8 μm. No inclusions larger 15 μm were detected in the remelted 
ingot.
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Figure 3. Inclusion-size distribution (ECD) of the anodic DC feed
(DC+, ¦50 kg/h).

Regarding the inclusion-size distribution in Figure 4, it can be 
seen that the low frequency feed with alternating current result in 
the best cleanliness levels. Both the ingots with a melt rate of 
¦ 50 kg/h and the one with ¦ 100 kg/h result in a strong 
improvement regarding the inclusion sizes. That means, that the 
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amount of small inclusions is increased, while inclusions larger 
than 4 μm are decreased and no inclusions > 10 μm were found in 
the remelted ingots. The differences between the 2 melting rates 
(and slag heights) are largely within the scatter of the testing and 
measurement method.
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Figure 4. Inclusion-size distribution (ECD) of the low frequency 
AC feed (AC 1 Hz, ¦50 / ¦100 kg/h).

Analysis of the inclusion types (SEM+EDX)

The ingots have been analyzed with SEM+EDX to gain 
information about the inclusion composition respectively their 
types. The chart in Figure 5 shows the development of the main 
inclusion types “oxides”, “oxysulfides” and “sulfides”. Compared 
with the electrode material it can be noted, that the oxide-type as 
well as the oxygen content in the ingot experienced an increase at 
all polarities. The highest rise for both was detected for the anodic 
(DC+) polarity. In contrast, the amount of oxysulfidic but 
especially the sulfidic inclusions decreased in all cases. Overall, 
the best results could be achieved with the low frequency AC 
polarity.

Regarding the oxidic subtypes in Figure 6, one can see that the 
electrode material contained mainly (Al,Mg)-oxides (spinell-type) 
and a small amount of (Al,Ca,Mg)-oxides as well as some 
alumina inclusions. This composition changed during the 
remelting with different polarities. While the percentage of the 
oxidic subtypes remained quite the same at the DC- polarity, the 
(Al,Mg)-type oxides were nearly completely replaced by Al2O3-
inclusions when remelting with DC+ polarity. Additionally the 
percentage of the (Al,Ca)-oxides increased slightly. Looking at 
the oxidic subtypes found after remelting with AC 1 Hz polarity, 
it can be noted, that both the share of (Al,Ca,Mg)- and of (Al,Ca)-
type oxides increased. In consequence mainly the percentage of 
the (Al,Mg)-oxides decreased.

Figure 5. Overview of the inclusion types with different polarities.

Figure 6. Oxidic inclusion subtypes according to the polarity.

The change of the oxysulfidic subtypes in the ingots, shown in
Figure 7, is quite similar for all investigated polarities. While the 
electrodes contained about 35 % Al- and Ca-oxysulfides and the 
residual part Mg-oxysulfides, all ingots showed around 90%
oxysulfides of the Al-type. The second type which increased were 
the Mn-oxysulfides. In consequence the percentage of Ca-
oxysulfides decreased strongly and the Mg-oxysulfide type was 
almost completely eliminated. 
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Figure 7. Oxysulfidic inclusion subtypes according to the polarity.

Regarding the sulfidic inclusions in Figure 8, the main type in the 
electrodes with an average content of about 70 % was CaS, the 
residual percentage is divided between MnS and (Ca,Mn)-
sulfides. After remelting, the share of CaS decreased in all ingots,
while the percentage of the MnS and the (Ca, Mn)-sulfides 
increased. This effect was stronger pronounced after remelting 
with a DC power supply.

Figure 8. Sulfidic inclusion subtypes according to the polarity.

Impurity-levels  

To simplify the comparison of the results based on the 
measurements according to ASTM E45, method D, the parameter 
“impurity-level” was established. This impurity-level is calculated 
with the following formulas (2) to (4). In the first step, a specific 
factor (size indication) is calculated with the first quartile of the 
upper and lower borders of the ASTM E45 severity levels. This 
factor is multiplied with the number of the fields found (Method 

D). The resulting “single-levels” are summed up to receive the 
impurity-levels for each inclusion type (A,B,C,D; each: thin and 
heavy). 

Factor Type B,D, X = 1st quartile(X,Y) (2) 
X… Severity Level lower border [μm]
Y… Severity Level upper border [μm]

Single-levels Type B,D, X = Factor Type B,D, X * Amount Fields (3) 

Impurity-level Type B,D = §�Single-levels Type B,D, X (4) 

This approach results in only one figure for each inclusion type. 
The inclusion types found in the ingots and electrodes were only 
from type B (alumina) and D (globular oxides).

The impurity-levels for the investigated polarities are shown in 
Figure 9. It’s obvious that the electrode material contains many 
inclusions from the type Dt (D-thin) and several from the type Dh
(D-heavy), while almost no alumina inclusions were found. 
Generally all investigated polarities result in better cleanliness 
levels in the ingots than in the electrodes. The best results were 
achieved with the AC varieties, with all inclusions from the type 
B being eliminated. The highest impurity-levels were found when 
remelting with the DC+ polarity, while DC- led to almost similar 
results as AC.

Comparing these results with measurements on material produced 
on an industrial scale (open mould, AC 50Hz), shows that both 
types of electric power supply, DC- and AC (1Hz) at the 
laboratory plant lead to similar or slightly better results.
Regarding the oxygen content in the ingots, an obvious relation 
between the oxygen content and the cleanliness level can be 
noted. The highest oxygen contents were found when remelting 
with the anodic (DC+) polarity, the same polarity with the poorest 
cleaning effect.

Figure 9. Impurity levels (after ASTM E45, D) according to 
different polarities. 
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Slag composition

The chemical composition of the slag after remelting is 
summarized in Table IV. It can be seen, that the contents of CaF

2

,
Al2O3 and MgO seem to be quite stable and independent from the 
type of the power supply. They are also in the same range as the 
initial slag composition. Regarding the contents of SiO2 and FeO, 
it’s obvious that there’s a rather strong increase in amount. Both 
of the DC power supplies favor the highest contents of SiO2 while 
the increase when using the AC power supply is lower especially 
for the higher melt rate. In contrast the percentage of CaO 
decreases during remelting. The highest and most obvious FeO 
pickup can be noted when remelting with DC+ (anodic) power 
supply.

Table IV. Slag composition after remelting with different power 
supplies.

Designation
CaF2
Mass-
[%]

Al2O3 
Mass-
[%]

CaO
Mass-
[%]

MgO
Mass-
[%]

SiO2
Mass-
[%]

FeO
Mass-
[%]

Original 
slag

31,5 ± 
2,5

33,5 ± 
2,5

29,5 ± 
2,5

3,0 ± 
1,0

1,5 ± 
0,5 ¥�$��

DC- 31,1 31,4 21,7 2,7 12,8 < 0,2

DC+ 31,9 29,4 22,9 2,9 11,4 0,5 

AC1 32,8 32,5 22,8 3,0 8,6 < 0,2 

AC2 32,1 35,3 21,6 2,8 8,1 < 0,2

AC3 28,8 33,8 27,0 2,4 7,8 < 0,2

AC-high 29,2 33,1 29,1 2,8 4,7 < 0,2

Discussion 

The size-distribution of nonmetallic inclusions

The determined size-distribution with the SEM (ECD) shows the 
expected tendency, which means, the amount of small inclusions 
is the highest and decreases with increasing inclusion diameter 
almost linearly on the logarithmic scale as long as classes of 1 μm 
are used (Figure 10). This is in good agreement with earlier 
investigations such as [27-29] and also with new ones with 
modern analysis methods [30, 31], whereby in the latter 
publication the maximum amount of inclusions was found 
between 3-5 μm which may be related to the detailed parameters 
of the analysis set-up. 

Additionally the increase of the amount of smaller inclusions, 
combined with an elimination of larger inclusions, which was 
reported, amongst others in [29, 32], could be observed and 
confirmed.

Oxygen content and slag composition

The relation between the oxygen content in the ingots and the 
polarity was already investigated in [1, 2, 33]. The determined 
oxygen contents, with highest values for the CD+ polarity, are in 
perfect agreement with these results.

The fact that the oxygen level in the remelted ingots is higher than 
in the electrodes can be explained by the operation of the 

laboratory ESR plant without protective atmosphere, which
means, that the slag and the hot part of the electrode are in 
permanent contact with air. This corresponds well with results 
in [17]. 

The increased oxygen levels in the ingots are in direct relation 
with the amount of oxidic inclusions (Figure 5), which also 
increased during the remelting process. The fact that oxysulfidic 
and sulfidic inclusions were eliminated is based in the very good 
desulfurization potential of the ESR process according to [1, 2, 
16, 17]. 
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Figure 10. Inclusion-size distribution of all investigated materials.

The pickup of oxygen into the ingot results in a loss of Si, which 
is transferred to the Slag. SiO2-contents are especially high for 
DC- polarity (followed by the DC+ polarity) and decrease with 
rising melting rates for the AC power supply. In case of the DC+ 
polarity, the uptake of oxygen into the ingot is so high, that even 
iron is partially oxidized, leading to significant contents of FeO in 
the slag.

Inclusion types

According to [2, 33] electrolytic reactions can be expected when 
working with ESR-plants under certain electrical parameters and 
geometrical proportions similar to those of the laboratory ESR-
plant used for these experiments. When remelting with direct 
current, the following electrolytic reactions can take place at the 
polarized surfaces (see equations (5) to (10) according to [7, 8]). 

O2- - 2e- ¡ [O] (5) 
(Si4+) + 4e- ¡ [Si] (6) 
(Mn2+) + 2e- ¡ [Mn] (7) 
(Fe2+) + 2e- ¡ [Fe] (8) 
(Ca2+) + 2e- ¡ [Ca] (9) 
(Al3+) + 3e- ¡ [Al] (10) 
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These reactions form the basis for the changes in the inclusion 
types. When the electrode is polarized negatively (cathodic, DC-), 
predominantly equation (10) takes place at the electrode, which is 
the surface with the higher current density. Thereby the increased 
aluminum content is obvious in the analysis of the ingots, which
does have no significant effect on the main inclusion type.

When the electrode is polarized positively (anodic, DC+), 
predominately equation (5) takes place, leading to an increase of 
the oxygen-content and an oxidation of Al and therefore higher 
Al2O3 content in the ingot, which was confirmed by chemical 
analysis. Table V summarizes these changes in the chemical 
composition and type of inclusions.

Table V: Changes of the oxygen and aluminum contents in the 
ingots according to the polarity.

DC+ AC 1 Hz DC-

Main type of 
inclusion

Al2O3 ¨¨
Al2O3 ¨

(Al,Ca)-Y�¨
(Al,Ca,Mg)-Y�¨

(Al,Mg)-Y�¨

Oxygen 
content

¢Y£�¨¨ ¢Y£�¨ ¢Y£�¨

Aluminum 
content

¢<�£�¨ ¢<�£�¨¨ ¢<�£�¨¨¨

According to [34], the high-MgO inclusions are eliminated or 
react with Al2O3 to spinal inclusions. Therefore, no pure MgO 
and Al2O3 inclusions should be found in the ingot after an ESR 
treatment. According to the SEM+EDX analysis, in the case of 
Mg-Oxysulfides, this could be confirmed in this paper (Figure 7). 

Comparison between the SEM and the ASTM analyses

When comparing the analysis methods “SEM” and “light optical 
microscope” (ASTM), it’s obvious that both methods prove, that 
larger inclusions are eliminated. Regarding the smaller (thinner) 
inclusions the results of the SEM-analysis show an increase of 
smaller inclusions, while measurements according to ASTM-E45
lead to lower contents of all types of inclusions. This fact may be 
explained by the specification of the ASTM-method. Thereby 
inclusions of the type B with a length < 17 μm and a width of < 2
μm (¦ ECD 6,5 μm) and inclusions of type D < 2 μm are 
neglected. [35] Furthermore, it has to be taken into consideration 
that inclusions of 2, 3 or 4 μm are generally difficult to distinguish 
at the typical magnification applied for the light optical analysis 
(see also [30]). 

The inclusion types which were found with the two analysis 
methods are shown in 

Table VI. It can be noted that with the optical microscope 
(ASTM), mainly globular oxides (type D) have been detected. 
This correlates well the SEM analyses and the dominance of 
(AlMg)-O-spinal-type inclusions. The only exceptions from this 
accordance are the alumina-type inclusions in the DC+ ingot. 
These inclusions should have been characterized as “type B” in 
the analyses according the ASTM.

Table VI: Comparison of the inclusion types found with SEM and 
ASTM.

SEM SEM � ASTM ASTM E45
Electrode (Al, Mg)-O Type D Type D

DC+ Al2O3 Type B Type D
DC- (Al, Mg)-O Type D Type D

AC 1 Hz
(Al, Ca)-O

(Al, Ca, Mg)-O 
~Type D Type D

The explanation for this difference may be found in the small size 
of the alumina inclusions formed during the remelting process. 
Such small inclusions show no tendency to crack during plastic 
deformation of the ingot, thereby keeping their globular shape.

Comparison between the laboratory and the industrial ingots

The comparison between the laboratory and the industrial ingots
(Böhler W300 IsoBloc # 390 mm) according to ASTM E45, 
indicates in excellent agreement for all types of inclusions,
indicating that results from the laboratory plant can be well 
transferred to industrial production plants.
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Abstract

A new electroslag remelting (ESR) technology for hollow ingot 
manufacture was recently commercialized due to the 
cooperation between Northeastern University of China and 
Elmet-Roll engineering company (Ukraine). The usage of T-
shape current supplying mould (CSM) and ingot withdrawing 
system as well as the change of consumable multi electrode 
(electrodes) are the main features of performed process. Using 
the new process the 20t ESR hollow ingots (hollows) with 
perfect quality of surfaces and defect-free macrostructure were 
manufactured. Any visible defects in the external and internal
surface of hollow ingot including all areas of electrodes changes 
were not found. It becomes to be possible due to non-stop 
supply of electric current via CSM from second transformer. 
Both the high cleanness and fine as-cast microstructure of 
hollow ingots were proved. Simulation of slag flow and heat 
transfer at ESR process was developed by using the ANSYS 
software. The model has been verified by measuring of 
geometry of liquid metal pool was revealed in macrostructure of 
650/450mm hollow ingots. 

Introduction

Application of hollow ingots instead of solid ones is known in the 
forging industry within many years [1-3]. Advantages of hollows 
usage are wide enough, but casting technology of such ingot is 
relatively more complicated. Now majority of other experts have 
accepted hollow ingot casting as the best way for manufacturing 
of heavy shells, high pressure vessels and thick wall pipe for 
various critical applications [4-7].  

Positive effect of hollow ingot usage instead of solid one on the 
efficiency of final product manufacture arises due to less number 
of technological stages:  

- In all cases both heating for piercing and piercing itself 
are excluded; 

- An upsetting stage can be eliminated in many cases as
well; 

- For thick wall pipe production the usage of expensive 
extrusion presses can be not necessary due to the possibility to 
apply just common rolling operations. 

The quality of products made from hollows is also better because 
of less heating stages (that is especially important for oxidation 
sensitive alloys) and of specific primary dendrite structure with 
low segregation.

Keeping in the mind that shells and ferrules make about 50% of 
production program of average open die forging shop, the urgency 

of technology for hollows manufacture becomes absolutely clear.
It is vital problem because now a lot of heavy shells and pipes 
have great importance for high pressure vessels, steam generators, 
petrochemical and nuclear reactors [7, 8].

ESR technology for hollow ingots manufacturing (named 
Electroslag Casting - ESC) was developed 50 years ago by team 
of E.O. Paton Electric Welding Institute (PWI), Ukraine [1, 2]. 
Detailed overview of the ESR hollow technology developments 
and usage are given in the paper [9] will be presented within 
current symposium.  

Two main reasons why the ESR hollow technology had quite 
limited spreading so far can be considered. First – both design and
operation of furnace for hollows are more complicate. Second – 
the ESR furnace using traditional process to produce hollow ingot 
of the suitable length is too high.

Multi electrodes “candelabrum” location in narrow (comparing 
with ingot outer diameter) gap between inner and outer mould 
doesn’t allow remelting with high filling ratio (ratio between cross 
sections of consumable electrode(s) and ingot). Very rare this 
ratio value is higher than 0.5. Up to now without electrodes
change practice a furnace length was extremely high. For example, 
for manufacture of 10-12m heavy wall pipes the length of 
consumable electrodes is longer than 20-24m. Total furnace 
height makes 30m at least.

It is well known that problem of the electrodes length and furnace 
height limitation at ESR of solid ingots had solved due to
consumable electrode change during ingot melting. But at
standard ESR technology for hollow it is impossible to realize the 
same way as done because the high risk of inner mould pressing 
and jam/bite by solidifying ingot. 

The usage of CSM makes it possible to change electrodes while 
hollow ingot melting. The essence of method consists of 
permanent input of power into a slag pool that is provided by the 
CSM within time of electrodes change operation. So, while 
electrodes change (no current goes from electrodes) the slag pool 
is heated by electric current that is going from the second power 
source via CSM wall to slag.

Principal diagram of new ESR process for hollow ingot 
manufacture with consumable electrode change is presented on
Figure 1.
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Figure 1. Principal diagrams of hollow ingots remelting with 
several consumable electrodes and electrodes change. 

A new electroslag remelting technology and equipment for hollow 
ingots manufacture have mastered in industry by the cooperation 
between NorthEastern University of China and Ukrainian 
engineering company Elmet-Roll. The change of electrode, short 
collar mould with ingot withdrawal were applied in this ESR 
furnace in order to produce the solid and hollow ingots with 
maximum diameter 1100 mm and maximum length 6000 mm. A 
lot of new approaches, such as double power supply, T-shape 
current supplying mould, gantry type structure for furnace head 
and electrode movement, automatic control system based on eddy 
current type metal level sensor and load cell were used. This allow 
to guarantee a stable level of liquid metal while melting and 
ensure process from leakages of slag or liquid steel and internal 
mould jams. Due to double power supply, mould supplies heat
from side of ingot during electrode change and both internal and 
surfaces of hollow ingot in the junction area have good quality,
which was adopted for the first time in the world.

In the present paper, the preliminary results of investigation of 
quality of hollow ingots were produced during the hot tests of new
ESR process are presented. The commercial software ANSYS 
was applied to calculate the fluid flow and heat transfer in the slag 
and metal pool in mould 650/450 mm in dia. The characteristic of 
heat and current transfer in the slag pool as well as some features 
of hollow ingot solidification were compared for two cases: with 
and without CSM usage while electrode change procedure. 

Description of New ESR Process for Hollows 

Electric diagram of new ESR method for hollow ingot 
manufacture consists of two power sources. One power source is 
connected to the electrodes are located uniformly in an annular 
gap between two cooling moulds. Second one is connected to 
upper section of current supplying mould. 

The operation process for hollow ESR ingot manufacture is the 
following. A certain volume of liquid slag should be poured from 
a flux-melting furnace into the annular space between internal
mould and external mould supported by the bottom plate. Then 
the consumable electrodes are immersed into the slag. Electric
current coming from transformers goes through the multi-parallel 
consumable electrodes, slag bath, bottom plate, and high current 
loop. The resistance heat generated in slag bath stats to melt the 

tip of consumable electrode gradually. The molten metal drops 
fall down through the slag layer and form liquid metal pool, which 
depth is quite small because of strong cooling from internal and 
external moulds. The ingot withdrawal starts when the hollow 
ingot has reached a certain height. 

In the stationary stage of hollow ingot melting the metal level 
should be stabilized by control of both melting rate of electrodes 
and speed of ingot withdrawing, based on the level sensor 
measurement. It is very important to avoid as a bite (jam) of 
internal mould as well as any leakage of slag or metal from any 
moulds side at melting. Therefore, it is key point to have 
possibilities to predict an actual situation in such complicated 
system that consists of a slag bath, metal pool and two water 
cooled moulds. This purpose new developed control system
analyses a lot of data: figures of power input (voltage and 
current); measurements of withdrawing force by load cell;
indications of metal level sensors, indicators of cooling water 
temperature in moulds, actual voltage between CSM sections etc.
Electrode changes at hollow ingot melting are realized according 
prescribed procedure and takes less than 2 min. 

Hot Tests and Results

Main Operation Parameters

Two sets of electrodes consisting of ten pieces of billets with the 
diameter of 160mm and length of 3000mm were used for hot tests 
to produce the hollow ingot with outer/inner diameters of 
650mm/450mm (wall thickness of 100mm) and 6000 mm in 
length. The steel grade was 35CrMo. Multicomponent slag of 
CaF2-CaO-MgO-Al2O3-SiO2 system similar to ANF-29 grade 
was used. Addition of SiO2 up to 10-15% improves slag’s
forming ability, reduces its melting point as well as increases of 
viscosity in solid state. At the first stage of hot tests, second power 
source (connected to CSM) was used while electrodes change
operation only. Main power source (connected to the electrodes)
worked between changes. The power input into the slag bath was 
approximately 1000-1100 kVA that corresponds to melting rate 
equal 750-850 kg/h. At electrode change operation the power 
input into the slag bath makes approximately 400-500 kVA. 

Hot Tests Results 

Figure 2 shows melting of electrodes and a hollow ingot
withdrawing, respectively. 

Figure 2. Hollow ESR ingot manufacturing in the shop. 
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Figure 3 shows general views of hollow ingot 
650/450mm×6000mm, which was produced by CSM using from 
two sets of electrodes by the electrode change operation.

Figure 3. Appearance of hollow ingot of «��${!�$��¬�$$$��. 

It is obvious that the quality of both external surface and internal 
surface was quite good and acceptable for subsequent forging 
without grinding. Thus, the usage of second transformer allows us 
to supply power input into slag bath through CSM and to keep 
slag bath at high temperature in order to provide good quality of 
both surface and body of hollow ingot in the zone of electrode 
change where this operation is performed.  

Figure 4 gives the comparison of appearance of hollow ingot 
surface quality in the cases with CSM working and without CSM 
working. There was a deep slag pit around the circle of ingot 
surface in the case of CSM power off and but no obvious defect in 
the junction where the operation of electrode exchange was
performed in the case of CSM power on. In addition, preheating 
of electrode tip before electrode exchange also helped the 
temperature of slag bath not to decrease rapidly due to absorbing 
the heat by electrodes.

Figure 4. Surface quality of ingot with electrode exchange
(a) with CSM;                        (b) without CSM. 

Investigation of Macrostructure and Cleanness of Hollow Ingot

The longitudinal and cross sectional templates of hollow ESR 
ingot «650/450mm×6000 mm were prepared by machine cutting,
grinding, polishing and acid etching for macrostructure (Figure 5)
investigation.

The macrostructure was very dense, fine grained and free of 
macro segregation. The absence of any visible defects either in the 
cross section or in the longitudinal section was proved. The 
direction of dendrite growth from outer mould (that was good 
visible in the longitudinal section) has approximately 45º angle to 
horizon, which was benefit to solidification quality of ESR ingot 
in general. The angle of direction of dendrite growth from inner
mould side was a little bit less than for ones from the main mould
side. 

Figure 5. Macrostructure of hollow ESR ingot of
«650/450mm×6000mm

(a) cross section;                   (b) longitudinal section. 

Figure 6. Nonmetallic inclusions distribution in
ESR hollow ingot, 50×. 

Figure 6 shows the typical picture of nonmetal inclusion 
distribution in the steel sample was taken in the wall center of 
hollow ingot melted under stable stage of melting. Revealed 
nonmetallic inclusions were very fine and distribute uniformly. 

ESR melting regimes on the stationary stage of process were in 
the range from 750 kg/h to 850 kg/h that corresponds to speed of 
ingot withdrawing 9-11 mm/min. So, hollow ingot can be formed
much faster than for solid ingot with the same area of cross 
section (the usual melting rate is 5-7 mm/min).  

Mathematical Simulation of Hollow Ingot Formation at 
ESR Process

Mathematic Modeling

The description of ESR process for hollow ingot formation in 
CSM should be formulated as conjugate problem of heat and mass 
transfer under strong interference of thermal, electrical and
magnetic fields. First of all, 3D geometric model of actual mould
is built. The whole area mould is divided by finite element grid 
using mapping principle, as shown in Figure 7. Boundary and 
initial conditions is formulated as well as simulated medias are
defined by assigning of proper physical properties of slag and 
steel etc. The current densities are calculated according to actual
current at ESR process and these data are used for determination 
of magnetic field and joule heat distribution in slag pool. Finally, 

(a)

UP

ID OD

(b)

(b)(a)
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the calculation result of magnetic force and joule heat as a volume 
force and volume heat are written for flow field definition by 
coupled calculate the distribution of speed and temperature to the 
convergence. The k-������������������
�	
��������
�������� Heat 
flow coupling algorithm is SIMPLE algorithm and the governing 
equations are solved by TDMA (tridiagonal matrix algorithm).
Simplified flow diagram for computational scheme is shown in 
Figure 8. The method and procedure of establishing of this model 
is similar to our previous works [10-12].  

Figure 7. The 3D geometric model of hollow ESR. 

Figure 8. Simplified computational flow diagram. 

The work to be described is based on the following assumptions: 
(1) Quasi-steady state.
(2) The effect of metal drops and flow field of metal bath on the 
motion of the slag is neglected.
(3) Voltage losses are in the molten slag pool only. 
(4) Continuity of heat flux at all the external surfaces and at the 
slag-metal interface.
(5)The tip of the electrode has the liquids temperature.
All governing equations used in the mathematic model are listed 
in the following Table  . 

The main results obtained by this model are presented for the 
remelting of 10 electrodes into «650/450mm ingot of 35CrMo 
steel, with CaF2-CaO-Al2O3-SiO2-MgO slag. Slag and steel 

properties have been measured and calculated by laboratory 
apparatus and are listed in Table II-IV. 

Table  . Governing equations used in the model
Governing equation’s
name Model governing equation

Ampere’s Law
t
BE
�
�

���

Faraday’s Law B E��� �
Gauss’s Law of 
electric field 0��� E

Gauss’s Law of 
magnetic field 0��� B

Navier-Stokes 
Equations

� 	 � 	! " FP t ������#���� $��$$%

0F J H g� %� � �

! "0 01 ( )T T% % �� # #

Turbulence Model
2

0.09t
k� %
�

�

Heat Balance 
Equations

� 	! " qTTC tp �������� &&$%

Table II. Values of all parameters in the model

Symbol Meaning Value
Re Electrode radius, m 0.08

Num The number of electrode, pcs 10
Ro Outside radius of ingot, m 0.65
Ri Inside radius of ingot, m 0.45
Ms Mass of slag bath, kg 330

hI Immersed depth of electrode in slag 
bath, m 0.02

I Remelting current, A 15500

Table III. Slag thermo-physical properties used for the simulation

Meaning Value
Density of slag, kg/m3 2554
Density of ingot, kg/m3 7800
Slag conductivity , (®¯�)-1 400
Metal conductivity , (®¯�)-1 7.1×10-5

Specific heat, J/(kg·K) 1255
Thermal expan. Coefficient, K-1 2.0×10-4

Thermal conductivity, W/(m·K) 55

Table IV. Slag viscosity value at different temperature

Temperature, K 1614 1623 1683 1743 1773
Value, Pa·s 0.8536 0.2483 0.0697 0.0564 0.0537

  
The model has been verified by measuring the geometrical 
dimensions of metal pool of hollow ingot of 650/450mm (outer
and inner diameters), as shown in Figure 9.

Electrodes

Slag bath

Hollow ingot

Section of conductivity 
element 

A

A
B

B
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Figure 9. Observed and predicted metal pool profiles in ESR 
hollow ingot. 

The observed metal pool depth makes 55.8mm that is in good 
agreement with the calculated data. At remelting rate 808 kg/h 
(10mm/min) the depth of metal pool, maximal width of mushy 
zone and maximal local solidification time (LST) are 53.8 m, 17
mm and 902 s, respectively. 

The distribution of electric potential in simulated slag bath is
presented on Figure 10.

Figure 10. The distribution of 
electric potential. 

Figure 11. The distribution of 
current density. 

As shown in the Figure 10, the greater electric potential gradient 
belongs to electrodes tips that illustrates of largest values of both
current density and electric field in this region. There is a small 
electric potential near the interface of slag-metal. Its value is close
to 0V and the same is in the hollow ingot itself.

Figure 11 presents the current density distribution in a slag bath.
The maximum value of current density is 1.24x105 A/m2 on the 
electrodes tips. In other regions the current densities is much 
lower (0.41x105 A/m2). Thus, the slag pool near the edge of 
electrodes is the place of heat releasing at melting of consumable 
electrode. At the same time, in T-shape mould, when the 
dimension of the cross section decreases, the current density will
increase. As a result, the high temperature zone is removed down
that allow us to provide good thermal conditions for obtaining a
perfect surface quality of steel ingot.  

Figure 12. The distribution of 
magnetic induction intensity. 

Figure 13. The distribution of 
electromagnetic force. 

As shown on Figure 12, direction of magnetic induction intensity 
is defined by Ampere's right hand rule. At the side of outer mould
the direction of magnetic induction intensity is clockwise. But at 
the side of inner mould it has counter clockwise direction. The 
value of first one is bigger than second one because of smaller
distance between electrodes and this mould. The Figure 13 shows 
the calculated vectors of Lorentz force. Their direction in slag 
bath is as inwards as upward due to the usage of T-shape mould.
Lorentz force, current density and magnetic induction intensity
are consistent with Fleming's left hand rule.  

           
(a) Velocity distribution in the 
slag bath

(b) Velocity distribution on the 
slag bath free surface

             
(c) Velocity distribution in the 
slag bath (horizontal)

(d) Velocity distribution in the 
slag bath (vertical)

Figure 14. Calculated values of fluid flow velocities in the slag 
bath at hollow ESR melting. 

It can be seen from Figure 14(a) and Figure 14(b) that the flow 
direction on the slag bath free surface is downwards at the end of 
electrodes and far away the A-A symmetrical plane. The 
calculation characteristic of velocity distribution on the slag bath 
free surface well agrees with phenomena observed at hot test. As 
in the Figure 14(d) there are two vortexes in the slag bath B-B 
plane: one forms near the internal mould and rotates clockwise,
the other one forms near the external mould and moves 
counterclockwise.  

Figure 15. Distribution of Joule
heat in hollow ESR slag bath. 

Figure 16. Temperature
distribution in hollow ESR slag 
bath.

Figure 15 shows the distribution of Joule heat generated in the 
slag bath. The region of intensive heat generation is predicted in 
the near-electrode zone and in the T-shape mould region with 
minimal cross-section. Simulated picture is quite different from 
Joule heat generation in slag bath at conventional ESR process
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without T-shape mould. We will consider found features and 
verify received distribution of Joule density in order to be sure of 
made prognosis. 

The same will be done for prognosis of high-temperature zone 
location (Figure 16) field is found far under the electrode in the 
slag bath. The maximum predicted temperature is about 2126 K. 
Because of electrodes arrangement in two symmetric groups both 
the current density and Joule heat generation field are symmetric
but not uniform. As a result, the temperature distribution in
circumferential direction on slag-metal interface is not uniform 
too. The depth of metal molten pool under an electrode is biggest.  

Figure 17. Temperature distribution after electrode exchange 120s
(a) without CSM;                (b) with CSM (400KVA).

The comparison of temperature distribution in slag bath while 
electrodes change is made. During this time electrodes are
removed from slag. Figure 17 shows the temperature distribution 
in the slag bath after 120s from electrode removal without CSM
(a) and with CSM (b) at power supply 400 KVA. The temperature 
of slag bath without CSM decreases rapidly, especially in the area 
near external mould, which makes liquid slag solidified. In 
contrary with the CSM the temperature of slag bath decreases 
very slowly during period of the electrode change. The place of 
heat releasing is not defined exactly so numerical experiments 
will be continues. But it is shown clearly by simulation that power 
supply from CSM is very important for hollow ESR manufacture 
with electrode change, especially in the case of thin wall hollow 
ingot. Macrostructure investigation of actual hollow ingots of 
industrial hot tests proved that this technique allows us to avoid 
surface and internal defects in hollow ingots.  

Conclusions

1. A new ESR technology for hollow ingot manufacture has 
been successfully commercialized by the cooperation 
between China and Ukraine.

2. Two power sources, T-shape current supplying mould,
gantry type structure of furnace head with electrode change 
and movement mechanisms, automatic control system based 
on metal level sensor and load cells are main features of 
developed furnace. 

3. The hollow ingots with 650 mm (outer)/ 450 mm (inner) 
diameters (wall thickness 100 mm) and 6000mm in length 
have been successfully produced by using electrode change
(two sets of electrodes).  

4. The ESR hollow ingots with perfect surface quality, non-
defect macrostructure, fine microstructure and high steel 
cleanness were manufactures by the new process.

5. The second power source and CSM usage are two key points 
for long hollow ESR manufacture because their usage 
guarantee permanent heating while electrode change that 
allow to avoid the defects in ingot body and surface. 

6. Simulation of slag flow and heat transfer made by 
commercial software ANSYS allow us to predict main 
processes at ESR process for hollow ingot manufacture. The 
model has been verified by measuring the geometrical 
dimensions of metal pool in macrostructure of templates of 
actual hollow ingot of 650/450 mm.

7. Technology and equipment for sound hollow ingot 
manufacture with electrode change have passed hot tests 
program and shown ability to produce ESR hollow ingots of 
big length and mass with electrode change. 

8. Developed technology and equipment is very promising for 
production of hollow ingots and heavy wall pipes for 
challenging application in most critical area of engineering. 
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Abstract

Density and viscosity components of multifunction ³����%,�'�´"�
which for requested working temperature (T), density (%), 
viscosity ('	 ���� �����
����� ������������� �´"� �������� ���� ��[-
component (CaF2, CaO, MgO, Al2O3, TiO2, SiO2) slags of 
requested properties have been defined. The seven parameter 
correlation parameters describing molten flux density were 
calculated using Gauss-Jordan multivariable regression analysis 
approach and literature data. Mills and Sridhar method for 
estimating molten flux viscosity, has been used. The brute force 
algorithm for solving ³ has been updated and tested. Our results 
showed, despite of the exploratory nature of our work, that the 
calculated compositions included slags manufactured at American 
Flux & Metal, both: containing fluorspar and those composed 
only of oxides. The developed numerical algorithm for solving 
�������������� ³ is powerful enough to give us solutions in 
reasonable time so in the future additional components of ESR 
slags (MgF2, MnO2, LaF3, La2O3, and ZrO2) will be also 
included in the set of solutions.

Introduction

Electro Slag Remelting (ESR) is a process used for remelting and 
refining of steels and special alloys which are used for critical 
applications in aircraft, thermal and nuclear power plants, defense 
hardware, etc.1 The quality of ESR ingots is significantly higher 
than obtained conventionally, but at the same time, the ESR 
process is more demanding, and selection of a proper slag is 
crucial for the success of the remelting operation. The old saying: 
“Look after the slag and the metal will look after itself” is still 
very appropriate. During ESR process an electrode made of an
alloy that needs purification slowly melts in contact with hot slag, 
and droplets of molten metal travel through the pool of molten 
slag. During the period of residence in the slag the droplet of a 
metal is superheated by the heat transfer from surrounding slag
and this is the main source of heat input to the molten metal pool. 
The residence time is defined by the following equation: 

(1) 

Where: t – residence time, k – constant, '- viscosity, r – droplet 
radius, % - density

Viscosity and density of molten slag are very important properties

in case of metallurgical melts because of their  direct effect on the
the kinetic conditions of the processes. In high temperature a 
successful separation of slag and metal is required, in which the 
difference of density between them plays an important role.
However the experimental data are scarce due to the high 
reactivity of molten slag and the technical difficulty of taking 
precise measurements at such high temperatures. Density depends 
on relative affinities between the neighbor particles in the system. 
The bigger the affinities are, the larger the density. With the 
increasing of temperature the affinities will always become 
weaker. Therefore it is anticipated that the density will decrease 
with temperature. Arrhenius law describes the changes well 
enough.2,3,4  

Viscosity is a measure of the resistance encountered when moving 
one set of atoms over a lower layer of atoms. Thus as the network 
structure becomes more polymerized the resistance to viscous 
flow will increase, and thus the viscosity will increase. Increased 
temperature and/or addition of molecules that loosens up the 
structure and decrease viscosity. It makes it practical to use 
viscosity as a measure of slag’s structure. In most of ESR 
processes it is of considerable importance to keep the slag 
viscosity low to ensure fast heat and mass transfer. One of the 
most common measures to lower the slag viscosity is to add 
certain amount of calcium fluoride (fluorspar) to the slag.5 In fact, 
these days practically all ESR slags contain fluorspar, and in most 
of them calcium fluoride is their main component. These days 
modeling software capable of predicting electromagnetic field, 
flow, temperature distribution, and other metallurgical parameters 
that are of interest to process engineers is commonly used in the 
industry6,7 and in most of cases it requires physical parameters of  
molten slag.

The research at American Flux & Metal is aiming to design and 
manufacture custom ESR slags/fluxes, optimal for any particular 
metallurgical application. We adopted multifunction approach in 
searching for a solution of the optimal flux problem. A
multifunction also known as a multiple-valued function or 
multivalued function, is a "function" that assumes one or more 
distinct values in its range for at least one point in its domain. 
Strictly speaking, a "well-defined" function associates one, and 
only one, output to any particular input. The term "multivalued 
function" is, therefore, a misnomer because functions are single-
valued. Multivalued functions often arise from functions which 
are not injective. Such functions do not have an inverse function, 
but they do have an inverse relation. The multivalued function 
corresponds to this inverse relation. For example: Inverse 
trigonometric functions are multiple-valued because trigonometric 
functions are periodic. We have: ����¶{!"�¸������¶{!"�¸�����¹%¶{!"�
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¸��������»#"�¶{!"�¸�#����������������
�����1) is intuitively related 
�������
�����������¶{!���¶{!��¹%¶{!�������������+�������
�����
�����
as a single-valued function by restricting the domain of tan(x) to -
¶{�� ¼� [� ¼� ¶{�� – a domain over which tan(x) is monotonically 
increasing. Thus, the range of arctan(x) becomes -¶{��¼���¼�¶{���
These values from a restricted domain are called principal values.
Multifunctions arise in topology and optimal control theory, and 
became more and more popular in different branches of physics 
and engineering.  We are in a process of defining multifunction8,9

³����%,'�´"�������
 each set of T,�%,'�´����
�����- temperature 
(T>liquidus), % - density at the temperature T, ' - viscosity at the 
���	�
���
�� ��� ´� – electrical conductivity at the temperature T, 
assigns all possible sets of flux components. Fluorspar (CaF2), 
lime (CaO), magnesia (MgO), alumina (Al2O3), silica (SiO2) and 
titania (TiO2) are the most common components of the ESR flux 
and presently vast majority of all manufactured ESR flux is based 
only on them. In fact their concentrations serve as coordinates of a 
single point in the n-dimensional space defined by the 
composition of flux (where n is a number of components). In this 
approach we limited n to 6. In the future less common 
components of ESR slag: MgF2, MnO2, LaF3, La2O3, and ZrO2
will be also added.  

Materials and Methods

Densities of most of the components of the slag tend to be similar, 
and strongly depend on temperature. Seven parameter (including 
temperature) multilinear correlation parameters were calculated 
using multivariable regression analysis algorithm based on the 
Gauss-Jordan method10. 590 literature data points were used to 
obtain parameters (a1 - a7 and b) of the following equation: 

%���a1T + a2CaF2 + a3CaO + a4MgO + a5Al2O3 +
a6SiO2 + a7TiO2 +b (2) 

Where: %�#�density (Poise), �T – temperature (oC), CaF2 CaO 
MgO Al2O3 SiO2 TiO2 are mass percent of respective 
components.

Correlations with log(%	(�log(T), log(1/T), 1/T were also obtained, 
but the total correlation coefficients were lower than obtained for 
T.  

Viscosity of slag was calculated using NMP model by Mills and 
Sridhar.11 This model provides reasonable estimates of viscosity 
for a wide range of industrial slags, including those containing 
calcium fluoride. We found it a little puzzling that two years after 
the NMP method was published, Mills in his paper “Estimating 
the Physical Properties of Slags”12 uses Ribaud, Urbain, and Iidia 
models, without even mentioning the NMP one in this context,
but we applied it anyway.

Generally it is much easier to correlate density data than viscosity 
ones, mainly because of the large experimental error which is 
associated with published viscosity data. Authors vary in their 
estimations but it is commonly accepted that this error lies 
between 30% and 50%  Even viscosity data for fluorspar itself, 
which can be found in the Slag Atlas13, and shown in Figure 1, are 
scattered all over the graph.

A numerical method using brute force algorithm14 presented in 
Part 1 of this project15 with a general flowchart presented in 
Figure 2, was extended for finding solutions for density and 
viscosity. Brute force is a straightforward approach to solving a 
problem, usually directly based on the problem’s statement and 
definitions of the concepts involved. Generally it involves 
iterating through all possible solutions until a valid one is found. 
This algorithm given enough time always works. Unfortunately, 
“enough time” means relatively small number of dimensions that 
can be handled.

Figure 1. Viscosity of CaF2 as a function of reciprocal 
temperature. (reprinted with permission of Verlag Stahleisen 

GmbH)

Luckily the number of components used for manufacturing ESR 
slags is relatively small so, as we have shown here, it is practical 
to use it. In six dimensional space (each dimension corresponds to 
the concentration of one flux component) all nodes corresponding 
to possible combinations of components were generated (ca. 108). 
The step in each dimension as well as the boundary conditions for 
each component i.e. starting and ending concentration, were set 
individually and are presented in Table 1. The nodes with physical 
meaning (concentrations adding up to 100% and temperature over 
liquidus) were tested against requested criteria (density, viscosity, 
or both). In this work in progress we present slag composition 
calculations based only on the density and viscosity. The 
developed algorithm is capable of handling in reasonable time
(less than 20 min per one data set on a higher class PC) also
additional flux properties as well as more complicated flux 
compositions.
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All programs were written in Fortran 90.

Figure 2. Flowchart of the algorithm for solving multifunction 
³����%,�'�´"

Results and Discussion

The seven parameter correlation parameters defining the 
correlation of molten slag density % with the temperature and slag 
composition are as follows: a1=4.11E-5, a2=-1.86E-3, a3=2.05E-
3, a4=1.86E-3,  a5=3.05E-4, a6=-4.13E-3, a7=1.01E-, b=2.632
The multilinear correlation coefficient c = 0.89  

Table 1. The boundary conditions for the calculations: Min – 
minimal concentration of a component, Max – maximal 

concentration of a component step – distance between nodes in 
the particular dimension.

CaF2 CaO MgO Al2O3 SiO2 TiO2
Min 0.0 0.0 0.0 0.0 0.0 0.0
Max 100.0 100.0 100.0 100.0 50.0 50.0
step 1.0 1.0 1.0 1.0 1.0 1.0

Calculations were carried out covering temperature range 1100-
2000 oC every 100 oC, densities: 2.5, 2.57, 3.0, and viscosities 
0.01, 0.05, 0.1, 0.5, 1.0, 1.5, 2.0  
The number of solutions ranged between 0 and 3000. As shown in 
Figure 3 most of the solutions can be found for low viscosity 
melts (0.01-0.5) with additional local maximum at '�)�1.

Figure 3. Number of slag compositions as a function of viscosity 
and density at T=1500oC 

This is not a surprise. Typical ESR slags contain significant 
amount of fluorspar and only small amounts, if not only traces of 
silica. This is also why most of the viscosity models based on 
structure of silicate built up of Si cations which are surrounded 
with four oxygen anions arranged in the form of tetrahedrons 
joined together in chains or rings by bridging oxygens13 may not 
be the best for describing ESR slags. The NPL (National Physical 
Laboratory) model used for calculations relates the viscosity of 
slags to the structure through the optical basicity16 corrected for 
charge balancing (*corr). *(CaF2)= 1.2 was used for all 
calculations. The method assumes Arrhenius behavior of 
viscosity, and uses the following equation for the temperature 
dependence: ln('	 = ln A+B/T where T-thermodynamic 
temperature, A,B – constants with respect to temperature. A and B 
are functions of *corr. 

Figure 4. Optical basicity as a function of viscosity and density at 
T=1500oC. 
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As shown in Figure 4, calculated optical basicity for each data 
point at T=1500oC does not show any strong dependence from
viscosity, especially for low densities. At higher densities one can 
observe increased role of Al3+ and Ti4+ which also form tetrahedra 
and can be incorporated into existing 3D structure.  

Figure 5. Temperature of melt as a function of viscosity and 
density.

Both density and viscosity strongly depend on temperature. In 
Figure 5 one can admire the inverse dependence which, at this
moment, is to complicated to have any practical application. 

Conclusions

The partially defined multifunction can be easily, and in 
reasonable time solved using numerical approach presented in this 
work. Our results show, despite of the exploratory nature of our 
work, that the calculated compositions include also slags 
manufactured at American Flux & Metal, both: containing 
fluorspar and those composed only of oxides, which means they 
are in a good agreement with properties of slags needed by 
particular ESR applications. The further work will be done on the 
remaining components o�������������������³����%,'�´"������������
obtaining correlations with additional, less common, components 
of the ESR slags. The optical basicity approach even, though it 
appears less useful in silicate free slags, 
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Abstract 
Electroslag remelting (ESR) is a secondary melting process used 
to cast stainless steel and superalloy ingots.  In this process, 
current flows through a consumable electrode immersed in an 
electrically resistive slag, providing the heat to melt the electrode.  
Droplets from the electrode sink through the slag, pooling at the 
bottom of the mold and forming the final ingot.  The electrode 
melt rate is a key parameter, affecting the probability of surface 
and macrosegregation defects.  This work uses an axisymmetric 
model to simulate flow, heat and mass transfer, solidification, and 
electromagnetics in the production of industrial scale ESR ingots.  
The simulated melt rate, sump shape, and surface defects are 
qualitatively similar to measured data.  However, quantitative 
comparisons are difficult to obtain due to large uncertainty in slag 
properties and lack of electrode motion in the present model. 

Introduction 
ESR is a secondary ingot production process used to manufacture 
high quality steels and nickel based superalloys[1, 2].  The 
process requires the manufacture of a consumable electrode of the 
desired alloy, which is hung in a water-cooled copper mold from a 
ram that serves to control the vertical position of the electrode as 
well as monitor the weight of the electrode throughout the 
process. AC current is passed through the electrode and slag, and 
then out the mold bottom.  The electrically resistive slag generates  
Joule heating sufficient to melt the electrode.  Liquid droplets of 
electrode material sink through the less dense slag to form a pool 
of metal at the bottom of the mold.  Heat loss to the water-cooled 
copper mold solidifies the metal, forming a dendritic structure and 
maintaining a liquid pool that is 1-2 diameters deep throughout 
the process.  The slag in contact with the mold wall freezes and 
forms a thin solid skin around the perimeter of the mold causing 
the volume of the slag cap to decrease throughout the process.  As 
the metal fills the mold, the less dense slag floats on top (referred 
to as the slag cap) leaving behind this thin solid skin, on which the 
metal freezes.

Given the complicated phenomena involved in ESR and the 
difficulty and expense of running experiments on a real process, 
computational simulation provides an attractive method of 
understanding how process conditions affect ingot structure and 
defect formation. Numerical simulation of ESR presents 
challenges as it incorporates coupled fluid flow, heat and mass 
transfer, solidification, and electromagnetics in the interacting 
metal and slag.  A comprehensive model must include a method 
of tracking the moving interface between the slag and metal.  
Several recent models have shown how processing variations 
affect ESR while simulating both the metal and slag regions 

Kelkar et al [3] developed an axisymmetric, steady state model 
including both metal and slag in the computational domain by 
assuming a flat interface between them.  This model was used to 
simulate industrial ESR processes at various input currents (and 
corresponding melt rates) and to compare computed sump shapes 
to pool markings in an experimental ingot.  Kelkar et al have 

continued to use this model in [4, 5], simulating the effects of
different alloys and process conditions on local solidification time 
and dendrite arm spacing. 

An axisymmetric transient model assuming a flat slag/metal 
interface was developed by Weber et al [6].  This model was used 
to simulate a full experimental ESR run with various current and 
melt rates (used as model inputs).  The predicted sump shapes 
matched well with experimental pool markings.  By extrapolating 
melt rate information from the experiment, they showed the melt 
rate increased with fill ratio (the ratio of electrode to mold 
diameter), due to changes in the Joule heating distribution in the 
slag.  This model was also used to predict slag skin thickness [7]
in the slag cap as a function of process parameters and material 
properties.  The frozen slag skin in the real system results in a 
thinner slag cap as the process progresses, but Weber’s model 
assumed a constant cap thickness.     

A method to track a non-flat slag/metal interface was developed 
by Kharicha et al [8], showing the effects of interface motion on 
the electromagnetic fields in ESR.  Their results show that a 
curved interface has a significant effect on the distribution of 
Joule heating in the slag as well as the sump shape in the metal.  
They [9] also showed details of an immersed electrode melting 
with a 3D model of just the slag layer.  It was shown that the 
formation locations of liquid metal droplets on the bottom of the 
electrode were not axisymmetric and that these droplets cause 
0.01-0.02 m high waves as they impact  the slag/metal interface. 

This work presents a comparison of two industrial scale ESR trials 
to a transient axisymmetric model of fluid flow, heat and mass 
transfer, solidification, and electromagnetics in the ESR process,
using a volume of fluid [10] method to track the slag/metal 
interface.  The model predicts the melt rate, sump shape, and 
surface defects related to extra slag solidification present in the 
industrial scale ESR ingots. 

Model Description 
Transport Equations 
Only a brief description of the numerical model will be provided 
here; details are available in [11].  A continuum mixture model for 
mass, momentum, energy, species, and magnetic field is used, as 
described by Bennon and Incropera [12], but the definition of 
mixture quantities is modified to account for the presence of two 
immiscible fluids.  

The momentum and mass conservation equations are solved on a 
staggered grid using the SIMPLER algorithm[13]. 

� � � � � � u

u PVu u S
t x
�

� �
� �

��	 
�	 � � �
� �

(1)

� � � �( )
v

v PVv v S
t y
� � �� �

��	 
�	 � � �
� � (2)

( ) ( ) 0u v
t x y
� � �� � �

� � 

� � � (3)

47

Proceedings of the 2013 International Symposium on Liquid Metal Processing & Casting
Edited by: Matthew J. M. Krane, Alain Jardy, Rodney L. Williamson, and Joseph J. Beaman

TMS (The Minerals, Metals & Materials Society), 2013



Su and Sv are the source terms representing Darcy drag, thermo-
solutal buoyancy, and Lorentz forces.   

The enthalpy formulation of the energy equation is used in 
conjunction with multiple species equations: 

� � � � 1Re( )
2 h

h kVh h J J S
t c
�

�
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(5)

where Sh and SC represent the advection and diffusion-like source 
terms [12].

The AC electromagnetics are solved by expressing time and 
frequency dependence of magnetic field as 

Re( )j tH H e �
�
 R (H R ( . (6)

Additionally, assuming that the magnetic diffusion is fast enough 
that a quasistatic magnetic field exists leads to the equation of 
magnetic diffusion which from Faraday's law is: 

1( ) 2 AC oH i f H� �� �
�

�	 � 
 (7)

Equation (7) is divided into two equations representing the real 
and imaginary components.  These two equations are solved for 
independently, but are linked together through the source terms 
resulting from the right hand side of equation (7).  Current density 
is calculated from the magnetic diffusion:  

H J��� 
 J . (8)
All thermophysical property data can be found in Table 1. 

Table 1: Thermophysical properties used in simulations. 
718 Waspaloy Slag

Density [kg/m3]
[1, 3] 7500 8190 2490

Specific heat 
[J/kgK] [3, 14] 720 520 1260

Thermal 
Conductivity 
[W/mK] [3]

30.52 15.0 6

Viscosity [Kg/ms] 
[3] 0.0033 0.0023 0.025

Thermal expansion 
[1/K] [3] 0.00015 0.00015 0.00025

Emissivity [6] - - 0.87
Latent Heat [J/kg] 

[3] 2.1E+05 2.1E+05 4.75E+05

Eutectic 
Temperature [K] 1411 1474 1390

Electrical 
conductivity 

[1/Ωm]
7.1E+05 7.1E+05 variable

The heat transfer from the slag to the electrode is used to calculate 
the melt rate by assuming a constant thickness (8 mm) liquid 
metal film on the bottom of the electrode between the top of the 
domain and the solidus temperature of the electrode.  A 1D 
conduction heat conduction equation is solved in the electrode to 
determine how much of the heat leaving the slag goes to heating 
up the electrode and how much goes to melting. 

Boundary Conditions 
The boundary conditions for the energy and electromagnetics 
equations, and the solution domain are shown in Figure 1.  The 
heat transfer at the mold wall is determined by assuming a heat 
transfer coefficient that includes a fixed thickness slag skin and 
heat transfer through the copper mold. This heat transfer 
coefficient (along with the electrical conductivity of the slag) is 
varied for each alloy, as seen in Table 2. As the metal starts to 
freeze and a gap forms between it and the mold, the heat transfer 
coefficient is altered to account for the conduction through the air 
and radiation.  

Zero flux conditions are enforced everywhere for the species 
equations. No slip conditions are applied to the momentum 
equations, except in the annulus between the mold and electrode 
and at the centerline, where no shear conditions are applied.  
Metal is added to the system with a mass source term in the mass, 
energy, and species equations at the slag/metal interface. 

Figure 1: Schematic of the ESR domain showing the boundary 
conditions for the energy and magnetic field equations. 

Table 2: Heat transfer coefficient at mold wall and slag electrical 
conductivity used in simulations. 

Case Ueff [W/m2K] σ [1/Ωm]
718-1 400 350
718-2 500 300

Wasp-1 400 325
Wasp-2 500 275

Experimental Procedure 

Two industrial scale ESR ingots of alloys Inconel 718 and 
Waspaloy were cast by Haynes International, Inc., in 1981 as part 
of a previous NSF grant for the purpose of studying the 
relationship between process conditions and resulting ingot 
microstructure and segregation levels.  Process data and samples 
(macro-etched slices) of both alloys were saved and are used as a 
basis for comparing the behavior of numerical simulation  to 
industrial scale ESR. However, it should be noted that the 
conditions used to cast both ingots are not representative of 
standard ESR process conditions, which strive for near steady 
state conditions throughout the entire process to achieve a 
homogeneous ingot.  These ingots were subjected to more 
transient conditions in order to learn as much as possible from 
each experiment. 
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Results 
718 Melt Rate  
The comparison of melt rate and current input as a function of 
time for both numerical simulations  and experimental ingot are 
shown in Figure 2a. The large spikes in melt rate at the beginning 
of the process (30 minutes) are an effect of the initial conditions 
used to start the simulations.  A uniform slag temperature of 1700 
K is used to begin melting so that the freezing metal front will not 
catch up to the slag/metal interface which can often lead to 
excessive (skin thicknesses half the radius of the mold) slag 
freezing to the wall.  The initial spike in melt rate seen in the 
experimental case is likely due to the start-up process also, but is 
not related to the simulation start up process. The effects of the 
fluid flow in the slag are responsible for the high frequency 
oscillations in the melt rate seen in Figure 2. 

In the first 300 minutes of the process it can be seen that both 
numerical cases overestimate the experimentally determined melt 
rate.  However, at approximately 180 minutes a relatively small 
decrease in current (300 Amps) effects a noticeable decrease in 
the predicted melt rate of both simulations, while the 
experimentally determined melt rate stays within the bounds of 
the noise in the melt rate data.  After this small current decrease, 
both numerically predicted melt rates decrease.  Case 718-1
begins to approach the upper bounds of the experimental melt 
rate, while case 718-2 remains ~15% higher than the predicted 
melt rate.  This suggests that the simulation is overresponsive or 

that the noise in the experimental melt rate data is too great to 
show responses to small changes in current. 

As the current continuously drops during the low melt rate stage 
of the process (340 to 630 minutes), the experimental melt rate 
data apparently is not affected by the approximately 2000 amp 
reduction, keeping a steady melt rate within the experimental 
noise.  The simulation results show a 50% reduction in melt rate 
over the same period of time.  Part of the reason for the 
simulations' decreasing melt rate in the low current stage of the 
process is due to the formation of extra slag skin at the lower melt 
rates.  Figure 3 shows the portion of the simulation domain 
including the slag cap and sump for both simulation cases at 380 
and 484 minutes.  These figures show the fraction solid along with 
the position of the slag/metal interface.  In the high current region 
of the process, no additional slag was freezing to the side of the 
mold beyond the thickness assumed in the thermal boundary 
condition.  Once the process enters the low current region, the 
temperature in the bottom of the slag cap is sufficiently low to 
freeze extra slag to the mold wall.  This extra slag freezing to the 
wall depletes the volume of slag in the cap.  Less slag in the cap 
will result in a lower melt rate.  

A possible explanation for the difference in behavior between the 
simulation and experiment is the treatment of the thermal 
boundary condition at the mold wall in the slag cap.  For the 718 
cases, the slag skin thickness is assumed to be bounded by a
minimum value at all times.  While more solid slag may form 

Figure 2: Process conditions and predicted melt rates for (a) 718 and (b) Waspaloy.
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under certain conditions, that minimum thickness sets a maximum 
value on the mold wall heat transfer coefficient. In the real 
process, at high currents and temperatures, the slag skin in the cap 
should become thinner than this minimum value and accordingly 
at lower currents and temperatures the skin in the cap should 
become thicker.  However, Figure 3 shows that the simulation 
does not predict any change in the skin thickness in the slag cap 
itself as all the extra slag skin that is forming is at the bottom of 
the cap.  If the skin thickness in the cap did increase, the melt rate 
should be higher due the insulating qualities of frozen slag.  Also, 
at higher currents the slag skin may decrease in thickness, leading 
to a drop in melt rate.  More realistic behavior of the slag skin in 
the cap may cause the correct melt rate behavior, that is, a lower 
melt rate than calculated at higher current and higher melt rate at 
lower current, which could potentially bring the simulation closer 
to the experimental results.   

718 Sump Shape 
The shape and depth of experimental liquid sumps have often 
been compared to ESR model predictions [3, 6] because they are 
an indication of the relative influence of melt rate and heat 
transfer to the mold.  The details of the sump shape also affect the 
liquid flow and so macrosegregation, which is often a concern 
when casting larger ingots of specialty steels and superalloys.  
Perhaps the most attractive feature of comparing the sump to 
predictions is that in-situ measurements in ESR are difficult to 
accomplish, but by marking the sump profile with metal powder, 
the shape is preserved and may be examined post mortem.  

At times indicated in Figure 2a, tungsten powder was used to 
mark the sump in the 718 process at Haynes at 240 and 556 
minutes.  These times are representative of the steady state sump 
shapes for the two melt rates used in the process.  Comparisons of 
the predicted sump shape to both simulated cases are shown in the 
macrographs containing both pool markings (Figure 4).  The Z 
axis is not representative of the position in the experimental ingot, 
as the differences in melt rate predicted by the model lead to 
differences in weight of the ingot (and Z) at the times that the pool 
was marked. 

Figure 4a and 4b show that the 0.01 and 0.05 fraction solid 
contours for both simulations agree well with the actual marked 
pool shape and depth in the high current stage.  The simulations 
show some disagreement within 3-4 centimeters of the centerline, 
which can be explained by the formation of equiaxed grains in the 
experimental ingot in this region.  The simulation assumes a rigid, 
columnar mushy zone with no free-floating equiaxed grains.  The 
equiaxed region has very different flow characteristics and 
mechanics of mushy zone front progression and these differences  
are not predicted with the present model.  Of the two fraction 
solid contour lines plotted, the 0.01 contour seems to more 
accurately capture the shape of the sump, which is in agreement 
with the observations that that the tungsten powder came to rest 
on the dendrite tips[15]. 

The second pool marking at 556 minutes (in the low current stage) 
shows less agreement between simulation and experiment.  The 
model predicts the sump to be shallower and more bowl shaped 
than the experiment.  This difference is expected when the 
predicted melt rate from the low current melting stage is taken 
into consideration.  Both simulations underpredict the 
experimental melt rate at 556 minutes by 50%, which will lead to 
the shallower and more bowl shaped sump. 

 Figure 3: Contour plots of mass fraction solid (fs). The black lines 
are the slag/metal interfaces, showing the freezing of slag at the 

wall. (a) and (b) show case 718-1 at times 380 and 484 
respectively. (c) and (d) show case 718-2 at times 380 and 484 

respectively 

Waspaloy Melt Rate 
From the results reported for the melt rate comparisons for the 
718 process data, it is expected that the melt rate predictions for 
Waspaloy will be too large at higher currents and will be 
underpredicted at lower currents.  Figure 2b shows the 
comparison of Waspaloy experimental and predicted melt rates 
from both simulations.  As expected, the melt rates at larger 
currents are overpredicted, but they are also overpredicted at 
lower current values.   However, unlike the 718 process where the 
simulation was overpredicting melt rates by 10 -15 % at higher 
currents, the Waspaloy simulations are predicting melt rates in the 
excess of twice the measured values.  This discrepancy is due to 
the lower electrical conductivity the simulations required to 
produce a high enough melt rate in the low current regions to 
prevent the simulation from predicting a physically unreasonable 
frozen slag/metal interface. Also, melt rates in the Waspaloy 
process are frequently less than 0.05 kg/s, whereas the 718 
process does not reach this low a level until the end of the process.  
By decreasing the electrical conductivity, the melt rate curve has 
been effectively shifted upward over the entire process. 
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Figure 4: Fraction solid contours (black lines at fSol =0.01 and 
0.05) overlaid on slices of 718 ingot with pool markings.  (a)-(b) 
240 minutes and (c)-(d) 556 minutes.  Case 718-1 is shown in (a) 
and (c), case 718-2 in (b) and (d).  White dashed lines drawn to 

clarify position of marking powder. 

Another interesting difference between simulation and experiment 
is the effect of increasing the current for 30 minute intervals, 
which occur at 268-296 minutes and 404-437 minutes.  The first 
current spike causes a 100% increase in the predicted melt rate 
from the simulations while only causing a 25-30% increase in the 
experiment.  There is an even larger discrepancy in the second 
current spike where the predicted melt rate increases by 200% 
while the experimental melt rate only increases by 50%.  This 
second spike is interesting as the current is spiked to the steady 
state value used later at 525-670 minutes.  The simulations both 
predict that the melt rate during the spike nearly reaches the 
steady state value, while the experiment only reaches 
approximately 60% of the steady state value.  A possible 
explanation for the difference in transient behavior is the control 
system used in the experiment. Unfortunately, no information 
was provided on the exact control mechanism used in the 
experiment.  However, in most ESR control systems the data that 
is used to control the furnace is averaged over a length of time.  
The furnace control system information provided shows that the 
information was recorded every 5 minutes, so, depending on the 
particulars of the control system, the data used would have been at 
least 10 minutes old. This delay in the control system could 
account for the differences between the simulation and experiment 

during these 30 minutes current spikes. It is also likely that these 
current spikes effected the immersion depth of the electrode, 
which is not taken into account in the simulation. 

Waspaloy Sump Shape 
During the Waspaloy process, tungsten powder was added to 
mark the pool shape a total of 7 times at 78, 259, 372, 508, 650, 
720, and 780 minutes.  The process of adding the powder and the 
powder itself are assumed to be the same as in the 718 process, 
but the first 4 pool markings are indistinguishable in the bottom 
half of the macroetched ingot.  However, at approximately 330 
minutes of melting the entire metal pool nucleated equiaxed 
grains. This transition from columnar to equiaxed grains serves as 
the only suitable pool marking during the first half of the process.   

No event in the process data is linked to the transition from 
columnar to equiaxed grains.  There is an unaccounted-for drop in 
the experimental melt rate at this time.  Figure 5 shows the 0.01 
fraction solid contour overlaid on the columnar to equiaxed 
transition for both cases.  Both cases predict the shape of the sump 
at this time as being fairly close to the transition region in the 
ingot, which is expected due to the melt rates of the simulations 
being within 10% of the experimentally observed value.  This 
particular sump shape is qualitatively different from sumps 
observed in the 718 process due to the marking taking place in a 
region in the process where the melt rate is not at steady state. 
  
In order to understand how this shape comes about, Figure 6 
shows a montage of predicted sump shapes around the time that 
the columnar to equiaxed transition was observed.  Before the 
current spike at 270 minutes the sump exhibits in Figure 6a a
familiar V shaped pool.  The sudden increase in current 
immediately increases the melt rate, causing the slag/metal 
interface to advance much quicker than the solidifying metal 
sump.  This leads to a steeper sump near the wall where the close 
proximity to the mold wall allows for a fast response time to 
changes in the melting conditions as shown in Figure 7.  As the 
current is lowered, the sump near the wall is again the first to 
react.  However, the sump near the midradius advances faster than 
at the mold wall as it has adjusted to the higher melt rate and the 
depth is still increasing after the current has been lowered.  This 
radial variation in transient sump velocity leads to the distinctive 
sump shape seen at the time of the columnar to equiaxed 
transition (Figure 6c).  After being held at steady state for 60 
minutes, all traces of the transient sump shapes are gone and the 
profile once again reverts back to the V shape. 

Waspaloy Surface Defects 
As shown in Figure 8, the surface of the Waspaloy ingot becomes 
very rough from 315 to 465 minutes in the process, The onset of 
this increased roughness coincides with the columnar to equiaxed 
transition discussed above, however it is unclear whether the 
increased thickness of slag skin frozen to the mold wall caused the 
transition.  Both simulations also predict extra slag skin formation 
during this phase of the process as shown in Figure 9 for case 
wasp-2.  The simulation correctly predicts additional slag freezing 
at the mold wall at 315 minutes.  Over the next 85 minutes, the 
model predicts relatively smooth slag skin formation under one 
centimeter in thickness (shown in Figure 9a and 9b at times 319 
and 374 minutes, respectively).  At 400 minutes, the current is 
spiked for 30 minutes from 10.7 kA  to 15.2 kA and the model 
predicts this short increase will stop extra slag skin formation 
(shown at 418 minutes in Figure 9c), as expected when 
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considering the model severely overpredicts melt rate in this 
region.   Once the low current level is restored at 430 minutes, 
extra slag skin formation is predicted to form again (shown in 
Figure 9d at 468 minutes).  In the experimental images there is no 
gap in defect formation. 

Figure 5: Comparison of 0.01 fraction solid contour for (a) Wasp-
1 and (b) Wasp-2 to the columnar to equiaxed transition in the 
Waspaloy ingot at 330 minutes.  It should be noted that, due to 
differences in melt rate between simulation and experiment, the 
Z* used is from the simulation and overlaid on the experimental 

ingot during the columnar to equiaxed transition. 

Estimating the thickness of these defects is difficult.  From the 
macro-etched slices, the variations in ingot radius are 
approximately 0.02-0.03 m, which is 3-4 times the extra slag skin 
thickness predicted by both simulated cases.  Property values of 
slag skin are not well documented in the literature and so it is 
reasonable that quantitative predictions of slag skin thickness 
from the model will not agree with the experimental observations, 
however qualitatively the model is in agreement with the 
experiment showing extra slag skin formation during low current 
regions in the process. 

Conclusions 

The ESR model was used to simulate experimental work carried 
out Haynes International, Inc for two alloys remelted under 
different conditions.  The melt rate predicted varied in accuracy in 
both processes.  In alloy 718, the trend was that the simulations 
slightly overpredict melt rates at high currents, while more 
severely underpredicting melt rates at lower currents.  In the 
Waspaloy process, the melt rate was severely overpredicted at 
high currents and only slightly overpredicted at lower currents.  In 
both processes, the two simulations run for each alloy had very 
similar melt rates despite varying the slag electrical conductivity 
and heat transfer to the mold. 

The sump shapes predicted by the model were compared to steady 
state as well as transient experimental shapes, showing generally
good agreement, taking into account the closeness of the predicted 
melt rate to the experiment.   The evolution of sump shapes was 
found to be primarily controlled by heat conduction through the 
solid alloy to the mold, with the distance from the mold wall 
determining how quickly the sump responds to changes in the 
melt rate.  The Waspaloy process offered a look at the transient 

behavior of the sump during a non-standard ESR practice and the 
model was found to qualitatively agree with the experimental 
shapes.   

Lastly, the model was found to predict extra slag formation in 
both processes.  In the 718 case, this surface defect did not appear 
in the ingot because the simulations underpredicted the melt rate 
at lower currents.  In the Waspaloy process, slag skin defects were 
correctly predicted to occur during low current levels.
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Figure 6: : Predicted sump shapes and slag skin formation (line contour of 0.5) for case Wasp-2 at times 
(a)-(d) of 270,294,330, and 390 minutes respectively showing the evolution of the sump shape due to a 30 

minutes increase in current.  Note that the Z* axis represents distance from the electrode.

53



Figure 7: Sump depth and current as a function of time for case Wasp-2 with (b) showing the response of the sump to a 30 minute spike in 
current. 

Figure 8: Waspaloy ingot surface (a) overlaid on a graph of current as a function of ingot weight to show the effect of the current on the 
surface quality of the ingot.  (b) A close up of the roughest part of the ingot surface. 
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Figure 9: Fraction solid plots for case Wasp-2 with the black line representing the slag/metal interface. at times (a) 319, (b) 374, (c) 418, 
and (d) 468 minutes. 
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Abstract 

In the last years the field of remelting was mainly characterized 
by the commissioning of large sized ESR plants for the production 
of ESR ingots with a diameter up to 2.600 mm and weights up to 
250 tons. These ESR plants are designed for short collar mold as 
well as static mold operation with the possibility of electrode 
change for both concepts. The steel grades of such big ESR ingots 
vary from low alloyed carbon steels for the nuclear power 
industry to complex chromium martensitic stainless steels for the 
power generation industry. 

The present paper deals with the operational experiences of large 
sized ESR plants especially with the challenge of a well controlled 
starting and hot topping process as well as the electrode change 
procedure. Results will be a lso given regarding the attainable 
quality of ESR ingots produced in a 250 tons static mold as well 
as a 145 tons short collar mold ESR plant.

Introduction 

The electroslag remelting (ESR) process is nowadays widely used 
for the production of heavy forging ingots. Especially the 
advantages of remelted products for end use in the power 
generation industry, chemical industry or oil and gas industry 
have gained increasing importance. The reason therefore is the 
better material quality, the higher yield as well as a better 
forgeability of ESR ingots as opposed to a conventional cast 
ingot. Hence, over the last years a huge demand of heavy forging 
ESR ingots has evolved up to an ingot weight of 250 tons. This 
development in ESR ingot dimensions poses a challenge for the 
plant engineering companies regarding the design of such large 
ESR plants, for instance the mould and furnace design enabling a 
well controlled electrode change technology in short collar mould 
as well as in static mould operation. 

The plant concepts as well as the considerations which have to be 
taken into account in designing and engineering such big ESR 
plants were already published in [1]. Based on these 
considerations the validation of the calculated parameters with the 
measured ones was described in [2]. 

Up to now a number of big forging ingots have been produced so 
far during the commissioning phase of various large sized ESR 
plants. In this paper the operational experiences and most 
important considerations regarding each remelting phase (start 
phase, steady state phase including the electrode change 
procedure and hot topping phase) are described in detail. 
Furthermore selected results regarding the attainable ingot quality 
are highlighted. 

Remelting Steps in the Production of Big Sized ESR Ingots 

In principle the entire electroslag remelting process can be divided 
into three main process steps. These steps are the starting process, 
the steady state remelting phase including one or several electrode 
changes and the hot topping process. Figure 1 shows a schematic 
illustration of these remelting steps in dependency of the power 
input level. 

Figure 1: Schematic illustration of the remelting steps during the 
electroslag remelting process 

In this chapter the most important parameters as well as remelting 
steps which need a precise control are described. 

The Starting Process 

For the production of big ESR ingots the start phase of the 
remelting process plays a very important role. It should be stated 
at this point that for these big dimensions the preferred start 
method is the cold start method with solid slag. The reason lies 
mainly in the easier handling of such big amounts of slag in cold 
conditions as well as the possibility to start with a defined start 
slag composition. 

Therefore the following parameters must be precisely set and have 
a main impact on the starting behavior and subsequent steady state 
remelting phase: 

	 Starting parameters such as voltage, current and time to 
ensure the complete melting of the entire slag quantity 

	 Type and condition (dry) of the used slags especially to 
ensure no or limited hydrogen pick up 

	 Special additions in the start slag such as deoxidizing 
elements (FeSi, etc.) 

	 Right quantity of starting slag for a good usable ingot 
bottom 

	 Slag addition sequence for a close control of the 
chemical analysis 

	 Control of furnace atmosphere 
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All these parameters need to be precisely adjusted and controlled 
to get a smooth change over to the steady state remelting phase 
and to ensure a high yield of the ESR ingot as well as close 
control of the chemical analysis especially in the bottom part of 
the ingot. 

In

Figure 2 the trend of the start phase of a 2.600mm dia. ESR ingot 
is shown. As can be seen the electrical parameter are set in a way 
that the melt rate slightly overswings the melt rate set point. This 
is important to compensate the bottom plate cooling effect. 
Furthermore the higher power input should ensure that the whole 
slag amount will be melted during the starting process.

Figure 2: Trend of the starting phase of a 2600mm dia. ESR ingot. 
The blue line indicates the melting voltage (U), the red line the 

melting current (I), green line indicates the melting power (P) and 
the violet line is the melt rate (MR). 

A further important point is that the aluminum and silicon content 
is kept within the required specification. Thus, certain issues have
to be considered. Due to the nature of the chemical interaction of 
the liquid steel with the typically used slags in ESR a certain 
aluminum pick up as well as a silicon loss can be expected [3, 4].
Therefore the right selection of the type and composition of start 
slag and the subsequent dosing of the remaining slag amount 
during the start phase play a decisive role for a close control of the 
chemical composition in the ESR ingot. 

Moreover, operational experiences showed that the furnace 
atmosphere has an important influence on the achievable chemical 
distribution of alloying elements in the ESR ingot such as the 
right mixture of the used protective gas or the right time of 
protective gas purging. 

In Table I the aluminum pick up and silicon loss compared to the 
electrode values of ESR ingots which were produced in a short 
collar mold ESR plant are shown. It can be concluded that the 
maximum losses of silicon is very limited and practically no 
aluminum pick up can be achieved with the right start up and 
remelting technology. 

Table I: Silicon loss and aluminum pick up of 1900mm dia. ESR 
ingots produced in a 145ton short collar mold ESR plant at Japan 

Casting & Forging Corporation. 

Steel grade Analysis 
position Si loss[%] Al pick up 

[%]

Low alloyed steel Top max. 0,02 0
Middle max. 0,03 max. 0,001
Bottom max. 0,02 max. 0,002

10% Cr steel-A Top 0 0
Middle 0 0
Bottom max. 0,01 0

10% Cr steel-B Top max. 0,01 0
Middle max. 0,01 0
Bottom max. 0,02 0

10% Cr steel-C Top max. 0,01 0
Middle max. 0,01 0
Bottom max. 0,01 0

If all these parameters mentioned above are correctly set and 
adjusted, the bottom part of the ESR ingot not only shows  a close 
control of the chemical analysis but also a very smooth surface 
and no unmelted slag can be recognized (see Figure 3). This is 
the main precondition to get a good usable ingot bottom part 
which highly increases the yield respectively good usable ingot 
part. 

Figure 3: Bottom Part of a 1.900mm dia. ESR ingot produced in a 
145t short collar mold ESR plant at Japan Casting & Forging 
Corporation. The bottom part shows a rectangular appearance 

without any unmelted slag and the surface is smooth. 

Steady State Remelting Phase and Electrode Change Procedure 

In the steady state remelting phase the process is controlled by the 
melt rate and immersion depth. In this process step the power 
input is controlled in such a way that a predefined melt rate is kept 
constant. Also the electrode immersion depth which has a big 
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influence on the surface appearance is controlled using a swing 
controller. 

The special focus lies on the following parameters: 

	 Control of a predefined melt rate 
	 Control of the electrode immersion depth 
	 Control of a predefined slag bath level 
	 Well controlled electrode change procedure 
	 Well controlled furnace atmosphere 

Figure 4 shows the melt trend of a 2600mm dia. ESR ingot of a 
low alloyed steel grade usually used for large vessels and rings. 
The blue line indicates the melting voltage, the red line the 
melting current and the green line the melting power. This ESR 
ingot has a weight of approximately 180 tons. The melt trend 
indicates a very stable remelting operation over the whole ingot 
length which is very important due to the fact that the remelting 
operation lasts for several days. Furthermore it can be seen that 
this ingot was produced out of three electrodes. 

The electrode change sequence represents an interference to the 
steady state remelting phase as a power interruption is necessary 
to continue the process with a new preheated electrode. Hence, 
special attention has to be given to this process step. Several 
important parameters have to be considered and controlled: 

	 Power input before/after electrode change 
	 Control of the immersion depth of the new electrode 
	 Resistance increase after electrode change due to a 

chilled slag pool 
	 Preheating temperature of the new electrode 
	 Stop/Start of baseplate retraction before/after the 

electrode change (in case of short collar 
mold/retractable base plate operation) 

	 Time between power off/on during electrode change  

Figure 4: Multiple electrode melt trend of a 2600mm dia. ESR 
ingot produced in static mold operation with electrode change. 

The blue line indicates the melting voltage, the red line the 
melting current and the green line the melting power. The 

electrode change position is marked with an X. 

Besides the physical interchange of the electrode also the pre-
change-phase and the post-change-phase need to be controlled in 
an optimized way. The highly automatic and precisely adjusted 
electrode change operation ensures a very short interruption in the 
remelting operation as can be seen in Figure 5. The electrode 
change duration for such big ingots is in the range of 3 - 5
minutes. The whole ingot length shows a very good surface 
appearance and is smooth even at the position of the electrode 
change. 

Figure 5: Melt trend of an electrode change in static mold 
operation. The duration of the electrode change is approximately 
five minutes. The blue line indicates the melting voltage, the red 

line the melting current and the green line the melting power. 
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Figure 6 shows a heavy forging ESR ingot produced in static 
mold operation. The weight of this ingot is 250 tons with a 
diameter of 2600mm. 

Figure 6: Heavy forging ESR ingot with a weight of 250 tons and 
a diameter of 2600mm produced in a 250ton static mold ESR 
plant at Forgiatura A. Vienna. The surface is smooth over the 

whole ingot length, due to a very stable remelting process with 
well controlled electrode sequences. 

In Figure 7 a typical melt trend of a short collar mold ESR plant 
is shown on the example of a 1900mm dia. ESR ingot with a 
weight of approx. 60 ton. The steel grade of this ESR ingot is a 
10% chromium steel which is commonly used in energy industry 
for big rotors and shafts.

Figure 7: Multiple electrode melt trend of a 1900mm dia. ESR 
ingot produced in short collar mold operation with electrode 

change. The blue line indicates the melting voltage, the red line 
the melting current and the green line the bath resistance. 

Figure 8 indicates the phase of the electrode change with a 
duration of the power interruption of approximately three minutes. 
This ingot also shows a very smooth surface and no distinctive 
grooves at the position of the electrode change. 

Figure 8: Melt trend of an electrode change in short collar mold 
operation. The power interruption lasts for about three minutes. 

The blue line indicates the melting voltage, the red line the 
melting current and the green line the melting power. 

A further very important parameter in the steady state remelting 
phase is the freeboard setting respectively the liquid slag bath 
level. 

For a precise detection and control of the liquid slag bath level 
INTECO special melting technologies has recently developed a 
radar slag bath level sensor, which already has reached industrial 
maturity.

The previous slag bath level determination method is based on 
calculations of the freeboard with assumed parameters, which 
results in some disadvantages and impreciseness of process 
control. Using a radar bath level control system it is possible to 
have continuous information of the actual slag bath level. This 
provides a more precise process control, e.g. automatic start and 
control of the ingot withdrawal mechanism and the operation at a 
preset slag bath level. 

Figure 9 and Figure 10 show the radar freeboard measurement of 
a 1900mm dia. short collar mould ESR plant indicating the actual 
freeboard (blue line) as well as the actual electrode carriage 
position (violet line) and actual baseplate position (green line) at 
the beginning of the remelting process. It can be seen that after the 
slag bath reaches a predefined level the baseplate retraction starts 
and the freeboard stays at a constant position. 

Furthermore, in Figure 10 it can be seen that as soon as the radar 
signal reaches a certain value the retraction of the base plate starts. 
These precise measurements and thus the steady-going base plate 
retraction have a positive impact on the process control and entire 
quality of ESR ingots.
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Figure 9: Trend of the radar freeboard measurement at a 1900mm 
dia. short collar mould ESR plant. 

Figure 10: Radar freeboard measurement of the beginning of the 
baseplate retraction. 

Figure 11: Hood pressure in dependency of the remelting time.
The yellow and brown line indicate the average hood pressure. As 

can be seen a slight over pressure is ensured. 

As already described in [5, 6] the atmosphere over the slag bath
plays a decisive role for maintaining lowest gas contents of the 
remelted ingot. Therefore, protective gas which can be either 
argon, nitrogen or a mixture of both gases in conjunction with a 
slight overpressure (see Figure 11) is used to ensure no contact to 

the surrounding atmosphere or in other words no false air that can 
enter the furnace atmosphere. 

For the same melt in 
Figure 12 the measured oxygen value within the protective gas 
hood can be seen. The oxygen content of the atmosphere was 
below 13ppm over the entire remelting time.

Figure 12: Oxygen content within the protective gas hood. The 
black line represents the oxygen content in furnace head 1 and the 

green line the oxygen content in furnace head 2. 

This well controlled furnace atmosphere with respect to the hood 
pressure and oxygen content is also reflected in the obtained gas 
contents in the ESR ingots. In Table II the nitrogen and oxygen 
content of different ESR ingots are given. 

Table II Oxygen and nitrogen pick up during the remelting 
process of ESR ingots produced in a 145ton short collar mold 

ESR plant at Japan Casting & Forging Corporation. 

Steel grade Analysis position N pick-up 
[ppm]

O pick-up 
[ppm]

Low alloyed
steel

Top max. 13 0
Middle max. 15 0
Bottom max. 28 max. 6

10% Cr 
steel-A

Top 0 0
Middle max. 6 0
Bottom 0 0

10% Cr 
steel-B

Top 0 0
Middle max. 14 0
Bottom max. 18 0

10% Cr 
steel-C

Top max. 14 0
Middle max. 12 0
Bottom max. 12 0
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The Hot Topping Process 

An ideal hot topping process is mandatory to obtain a good usable 
ingot top part and has a big influence on the overall yield of the 
ESR process especially for big ESR ingots.  

For a well controlled hot topping procedure, the following 
parameters have to be taken into account: 

	 Adequate decreasing of the power input level 
respectively right settings of the electrical parameters 

	 Sufficient time for the hot topping process 
	 Enough hot topping weight 

Figure 13 shows the trend of the hot topping process of a 
2.600mm dia. ESR ingot. As can be seen the melt rate is 
constantly decreased over the whole hot topping time.  

Figure 13: Trend of the hot topping process of a 2600mm dia. 
ESR ingot. 

The main goal of the hot topping process is to get a dense top part 
of the ingot in conjunction with an acceptable surface quality. 
If the hot topping curve is correctly adjusted a dense and sound 
top part of the ESR ingot can be expected. In Figure 14 the cutted 
hot top part after the first forging step of a 2.600mm dia. 180tons 
ESR ingot is shown. The hot top part was cut longitudinally and 
analyzed with respect to the ingot structure. The results show that 
the hot topping was correctly performed and no porosities or slag 
inclusions were found. 

Figure 14: Top part of a 2.600mm dia. ESR ingot after forging 
produced by Forgiatura A. Vienna. The structure is dense and no 

slag inclusions can be found. 

The main advantages of a well executed hot topping process 
respectively of the ESR process is the higher obtainable yield 
compared to a conventionally cast ingot with the same 
dimensions. 

First Evaluation of the Macrosegregation Tendency of big 
ESR ingots 

A lot of literature is available regarding the macrosegregations in 
big forging ingots, especially for the conventionally cast ones.
Generally, macrosegregations can be observed along the ingot 
axis and along the ingot cross section from the surface to the 
center. But this should not be discussed in detail in the scope of 
this paper. For further information the reader is referred to some 
selected literature [7, 8, 9]. 

To give a first idea about the chemical distribution, a comparison 
of the carbon segregation indices for the bottom, middle and top 
part of the ESR ingot with the corresponding electrodes is shown 
in Figure 16. The segregation rate (SR) indicated in the diagrams 
is calculated as follows: 

(1)

where cposition represents the element concentration at a certain 
radial position and c0 the average content of the element at a given 
ingot height. 

It can be seen that in the ESR ingot which has a bigger diameter 
than the electrode, the elements are more evenly distributed 
compared to the electrode. Furthermore it can be stated that for 
these big ingots a certain center segregation is obvious and can be 
expected. 
In 
Figure 15 the carbon segregation rate of two electrodes with a 
different diameter is shown. It can be concluded that the bigger 
the electrode diameter the more pronounced is the segregation 
level of the electrode. Due to the fact that the ESR process 
generally improves the chemical distribution of the elements only 
to a certain extent it is obvious that it is better to remelt several 
small diameter electrodes with electrode change technology than 
using only one large diameter electrode with a lower quality in 
single electrode remelting.

Figure 15: Comparison of the carbon segregation rate between 
two electrodes with a different diameter. As can be seen the 
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distribution of the carbon is much more uniform in the electrode 
with the smaller diameter. 

Summary, Conclusion and Outlook 

The results given in this article show that today it is absolutely 
possible to produce big forging ingots with a diameter up to 
2.600mm in the ESR process in an excellent quality regarding the 
surface appearance as well as the chemical composition. 

It is proven that ESR ingots with a weight exceeding 100tons 
show better results using smaller electrodes and applying 
electrode changes compared to single electrode remelted ESR 
ingots. 

In order to achieve these results, certain issues have to be 
considered. In the starting phase the main influencing factor on 
the ingot quality is the used slag composition as well as the 
adequate slag addition sequence. This can ensure a well formed 
ESR bottom part with a uniform and well controlled chemical 
composition. 

The most challenging factor in the steady state remelting phase is 
a well controlled electrode change. Furthermore the furnace 
atmosphere plays a very important role for controlling the gas 
content of the remelted product. 

The hot topping process as the last main remelting step is most 
important to get the highest yield. This is achieved when the ESR 
ingot top part shows a dense and homogeneous structure. 

At this point it should be also emphasized that all chemical 
analysis and metallurgical results which are presented in the scope 
of this paper are within customer’s specifications. The results 
should show that also in these big dimensions the advantages of 
the ESR process are still valid compared to a conventionally cast 
ingot of the same dimensions. 

The conclusions and selected results gained during the 
commissioning of the big ESR plants in close cooperation with 
INTECO’s customers provide promising results for the remelting 
of ingots with a diameter up and exceeding even 2.600 mm. 

Furthermore, our customer Forgiatura A. Vienna, in consideration 
of the obtained results, is currently evaluating an extension of the 
size of ESR ingot to a weight of 340 tons. 

Figure 16: Carbon segregation rate along the cross section of the 
ESR ingot and the electrodes for the top, middle and bottom part. 
The carbon content is much more evenly distributed in the ESR 

ingot than in the electrode. 
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Abstract

In literature, it has been reported that the so called “halogen 
effect” significantly improves the oxidation resistance of gamma-
TiAl. This effect is based on the formation of gaseous Al-halides 
which are oxidized to Al2O3 on the surface resulting in a 
protective alumina layer. To investigate the absorption of fluorine 
in gamma-TiAl during electroslag remelting and to enhance the 
oxidation resistance of the produced alloy by bulk-fluoridation, a 
series of tests was performed at IME. In a 400 kW lab scale 
furnace multiple electrodes of Ti-45Al were remelted using an 
active Ca-CaF2 slag. Parameters like melt rate and Ca content in 
the slag were systematically varied. The ingots were sectioned and 
characterized by GDOS and EPMA to demonstrate the influence 
of the melting parameters on the efficiency of fluoridation as well 
as their impact on solidification structure with special regard to 
the distribution of fluorine.

Introduction

The development of structural intermetallic alloys for industrial 
use has been a focus since the 1980s. Especially the group of 
titanium aluminides is characterized by its very good properties 
like high melting point (about 1450 °C), low density (3.9 – 
4.1 g/cm³) high specific elasticity modulus, good oxidation 
resistance up to 700 – 800 °C and high specific creep resistance 
(39 – 46 GPa cm³ g

Figure 1) and TiAl in combustion 
engines as an alternative to superalloys, fuel consumption as well 
as pollutant emissions can be reduced significantly. [1-3] Because 
of confidentiality no precise information on the TiAl content in 
combustion engines are available.

-1). Due to the steady increasing use of 
titanium in airframes (cf. 

Figure 1. Titanium usage on Boeing Aircraft [4] 

To further increase the efficiency of combustion engines it is 
appropriate to raise their operating temperature. However, 
operating temperatures above 800 °C lead to a considerable drop 
of the oxidation resistance of TiAl, due to the formation of an 
oxide layer consisting of Al2O3 and TiO2. Both oxides have 
different rates of growth and expansion coefficients resulting in 

crack formation in the oxide layer. Although the oxidation 
protection can be increased by the addition of niobium since 
niobium lowers the Al activity. Niobium is attached to the Ti sub-
lattice of �2-Ti3Al and +-TiAl structure and influences the 
kinetics of flaking, whereby a finer grain structure is achieved. 
However, niobium contents above 2 wt.-% lead to a massive drop 
of Al activity which prevents the formation of Al2O3. Given that 
TiO2 is a weak oxygen barrier the oxygen diffusion is 
accelerated. [5-6] Schütze [6] observed that the oxidation 
resistance can be further increased by microalloying of halogens 
like chlorine, iodine, bromine or fluorine, whereas Donchev [7] 
identified that only fluorine leads to a sustained increase of the
oxidation resistance. This is based on the so called “halogen 
effect”, wherein small amounts of a halogen are added into the 
alloy surface. At high temperatures the deposited fluorine in the 
metal edge zone selectively forms Al-fluorides, which shift 
through pores and microcracks to the metal surface. Due to the 
increasing oxygen partial pressure the fluorides decay and form 
gaseous F2 and a dense Al2O3 layer.

The TiAl recycling process developed at IME consists of multiple 
industry approved processes and is explicitly explained by Reitz 
[8]. It is based on the deoxidization of via vacuum induction 
melting (VIM) consolidated casting scrap by pressure electroslag 
re-melting (PESR). To achieve a designated refining and 
deoxidization of the metal during PESR a reactive slag consisting 
of CaF2 and metallic Ca is used. Due to its low vapour pressure, 
physical properties and good availability Nafziger [9] identified 
CaF2 as the most suitable flux for ESR of titanium and titanium 
alloys. Because of the thermodynamic effects during ESR of 
titanium at high temperatures of around 1800 °C, CaF2
decomposes (cf. eq. 1). By reaction of existant atomic fluorine 
radicals with the liquid metal, titanium fluorine TiF is formed (cf. 
eq. 2) and dissolves in the melt (cf. eq. 3). 

(CaF2) = {CaF} + {F}  with ,GR,1 (1) 

(Ti) + {F} = {TiF} with ,GR,2 (2) 

{TiF} = [TiF]Ti  with ,GR,3 (3) 

Scholz [10] reported that fluorine contents of 60 ppm after ESR of 
titanium are unavoidable. To obtain a positive effect of the F-
effect on the oxidation resistance, an expected fluorine content of 
up to 500 ppm is needed. Since there is almost no thermodynamic 
data for equilibrium calculations between TiAl and CaF2 as well 
as for evaporation tendencies, the conducted investigations engage 
on the experimental research on the absorption of fluorine in TiAl.

Experimental

In order to investigate the influence of the used process 
parameters on the fluorine absorption multiple remelting trials 
with a specific variation of single parameters were performed. The 
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experiments were conducted at IME Process Metallurgy and 
Metal Recycling, Department and Chair of RWTH Aachen 
University.

Electroslag Re-melting Furnace (ESR) 
Based on the method of electro-slag welding (ESW) in the 1880s 
Slavyanov developed the electroslag re-melting process. [11] An 
overview of the basic operating mode of ESR gives the 
subsequent Figure 2. 

Figure 2. Principle design of an ESR furnace [12]

Figure 3. Heat removal during the ESR process [12]

During the electroslag re-melting process a self-consumable 
electrode is gradually molten by contact with a defined liquid 
slag. The dripping metal sinks through the slag while solid 
inclusions with a melting temperature higher than that of the base-
metal will float into the slag. However, this float will only take 
place if the solid inclusions possess a lower density than the 
molten base-metal. Depending on the chemical properties and 
density of the inclusions they can be dissolved in the slag. The 
dripping metal solidifies partly directional in a water cooled 
copper crucible. [13]

Experimental Setup
The IME pressure electroslag remelting furnace used for the 
investigations (cf. Figure 4) is controlled by means of computer-
aided software. As feedstock electrodes with a maximum length 
of 1340 mm and a diameter of up to 110 mm can be used. The 

available water-cooled molds have a height of up to 900 mm and 
an inner diameter of about 170 mm. The closed system can be at
pressures up to 50 bar. The power supply of the furnace is carried 
out by a thyristor control, where an operating voltage of 80 V and 
a current of 5 kA, 66.6 V and 6 kA respectively can be tapped. 
Both cases result in a maximum power output of approximately 
400 kW.

Figure 4. IME Pressure ElectroSlag Remelting furnace (PESR)

The experiments were performed in the PESR in closed state. An 
890 mm high conical copper mold with a removable bottom plate 
was used. Its lower diameter is 170 mm while its upper diameter 
is 154 mm. A starting plate made of TiAl sputter targets (cf. 
Figure 5) is placed on the crucible bottom to ensure electrical 
contact during the starting phase of the process. Then the crucible 
is filled with slag. 

Figure 5. a) Starter box made of Ti-50Al sputter targets
b) Starter box in crucible surrounded by slag

As slag the technically pure CaF2 slag Wacker Electroflux 2052 
(> 97 wt.-% CaF2) was used. According to the process 
requirements metallic calcium as deoxidization agent was added. 
For remelting, pressed Ti-45Al electrodes (cf. Figure 6) made of 
titanium sponge and aluminum rods with a length of 1200 mm 
and a circumference of 301 mm were used. The furnace pressure 
was chosen to 20 bar Ar. For this purpose and in order to avoid 
reactions with oxygen the vessel is evacuated to 1-10 mbar and 
bachfilled with Ar gas up to the desired pressure.

Figure 6. Pressed Ti-45Al electrode made from titanium sponge 
and aluminum rods 

a) b)
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Experimental Procedure
After the setup of the furnace is completed, the process starts with 
an initial phase, whose process parameters are exemplified in the 
following 

Table I. Thereby the control of the process at the beginning is 
done by controlling the current and the voltage. After the first 3 
steps the regulation is changed to power and resistance.

Table I. Exemplary presentation of the stepwise change of process 
parameters during initial phase of each PESR experiment

Step Current Voltage Power Resistance Dwell
/kA /V /kW /mOhm /min

1 3.0 38.0 60.0 8.0 0.2
2 5.5 40.0 60.0 8.0 3.0
3 5.0 40.0 100.0 8.0 3.0
4 4.0 40.0 100.0 8.0 2.0
5 4.0 40.0 145.0 9.0 2.0

After reaching the melting phase a selective variation of the 
process parameters was carried out to examine their influence on 
the fluorine content of the TiAl alloy used. The varied process 
parameters are the remelting power as well as the amount of 
added deoxidization agent. An overview of the five PESR trials 
carried out with identical electrodes and the process parameter 
settings used are given in the following Table II. 

Table II. Selective variation of the process parameters during 
remelting phase

Trial Power Ca content in slag Resistance
/kW /wt.-% /mOhm

A 125.0 0.0 9.2
B 100.0 0.0 9.2
C 125.0 2.5 9.2
D 125.0 5.0 9.2
E 145.0 2.5 9.2

Trial A serves as a reference experiment in which an average 
power of 125 kW and 4.5 kg Electroflux 2052 slag without any 
addition of deoxidization agent were used. For investigation of the 
influence of the remelting power in trial B the power has been 
reduced to 100 kW. Trials C and D are used to study the influence 
of the addition of deoxidization agent, where 2.5 wt.-% and
5.0 wt.-% respectively of the slag were replaced by calcium. 
Finally, in trial E the effect of an increased remelting power at 
medium calcium content in the slag was investigated.

After remelting the obtained ingots were sectioned and sampled in 
the mechanical workshop at IME and characterized by GDOS and 
EPMA. The detection limit for fluorine was 100 ppm.

Figure 7. Sampling of the remelted material

Results

The prepared samples were analyzed both on the titanium and the 
aluminum content. The results are shown in the following Figure 
8 and are compared with the composition of the used electrodes. 
In all experiments performed, a deviation between the targeted 
and the analyzed composition can be observed, whereas the 
deviation is illustrated by a raise of the aluminum content and a 
drop of the titanium content. The largest deviation with a value of 
1.92 at.-% appears in Trial A, which was operated with a power of 
125 kW (cf. Table II). Whereas in Trial B, the used remelting 
power of 100 kW results in a deviation of 1.19 at.-%. In both trials 
no calcium was added to the slag.

Figure 8. Analyzed and targeted aluminum and titanium content in 
remelted material

This effect is due to the nature of the used electrodes. As 
described in the experimental setup, the electrodes consist of 
pressed titanium sponge and aluminum rods. By reason of the 
lower melting temperature of aluminum compared to titanium, the 
aluminum rods melt down faster (cf. Figure 9) resulting in a slight
raise of the aluminum content in the remelted ingot. This effect 
turns out the more, the higher the used remelting power.

Figure 9. Electrode tip after remelting with calcium addition

A similar effect can be observed in Trials C (1.69 at.-%), D 
(1.29 at.-%) and E (1.86 at.-%), where calcium was added to the 
slag. Due to the evaporation of calcium a thin vapor film is 
formed at the electrode tip and the appearance of arcs is 
advantaged. By the additional energy introduced more titanium is 
melted so that the deviation of the composition is lower than in 
melts without calcium addition. It can be observed that even a 
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small addition of calcium to the slag results in a reduction of the 
deviation.

The following Figures 10 to 16 show the beam mapping of the 
prepared samples via electron beam back-scatter detector as well 
as the distribution of oxygen, fluorine, titanium and aluminum in 
the samples. The metallographic examination reveals only small 
differences in the solidification structure.

Figure 10. Beammapping of sample A (reference, medium power, 
no Ca addition) via electron beam back-scatter detector

Figure 11. Distribution of O, F, Ti and Al in sample A (reference, 
medium power, no Ca addition); analyzed by EPMA

Figure 12. Distribution of O, F, Ti and Al in sample C (medium 
power, low Ca addition); analyzed by EPMA

Figure 13. Beammapping of samples B, C, D and E via electron 
beam back-scatter detector

Figure 14. Distribution of O, F, Ti and Al in sample B (low 
power, no Ca addition); analyzed by EPMA

A

B C

D E
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Figure 15. Distribution of O, F, Ti and Al in sample D (medium 
power, high Ca addition); analyzed by EPMA

Figure 16. Distribution of O, F, Ti and Al in sample E (high 
power, low Ca addition); analyzed by EPMA

Figure 17. Results of the performed line scans for determination 
of fluorine

Upon closer examination of the oxygen distribution it can be seen 
that small nonmetallic inclusions (NMI) sporadically accumulate 
at the grain boundaries. These NMIs have a size of approximately 
0.5 to 1 μm and occur primarily in the experiments without 
calcium addition (cf. Figure 11 and Figure 14). The background of 
adding calcium consists of the deoxidization of the used feedstock 

during remelting. In this case, by the reaction of the calcium 
dissolved in the slag with oxygen dissolved in the metal phase the 
development of calcium oxide is benefited. Furthermore, a 
reaction between the dissolved calcium and the nonmetallic 
inclusions takes places in which most of the NMIs get disbanded 
(cf. Figure 12 and Figure 15) or at least their size is reduced (cf. 
Figure 16). A complete removal of the nonmetallic inclusions is 
unlikely to be achieved.

A further effect of the calcium addition is the already mentioned 
decrease of the oxygen content. At detailed consideration of 
Figure 13-B and Figure 14, different oxygen contents between the 
titanium rich phase and the aluminum rich phase can be observed. 
Due to the large oxygen solubility in titanium, the oxygen content 
in the titanium rich phase is slightly higher than in the rest of the 
alloy. By deoxidization with metallic calcium the oxygen content 
is decreased what results in similar oxygen contents in both the 
titanium rich phase and the aluminum rich phase.

The determination of fluorine was carried out using electron probe 
micro-analysis with a fluorine detection limit of 100 ppm. As
shown in Figures 11, 12, 14, 15 and 16 no fluorine in the bulk 
material above the detection limit could be determined. Hence, 
additional line scans were performed, whose results are shown in
Figure 17. At rare intervals fluorine could be detected, whereas 
only in sample B and sample D the detection limit was exceeded. 
Therefore, it can be assumed that in case of an active CaF2 slag 
the investigated process parameters (power and Ca addition) have 
a subordinated influence on the fluorine adsorption in +-TiAl 
during pressure electroslag remelting. Higher fluorine contents 
than the reported value by Scholz (60 ppm) [10] could not be 
achieved in this investigation. 

Nevertheless, even no fluorine could be detected at the grain 
boundaries. This suggests that there is no or at least a negligible 
deposition of CaF2 on the grain boundaries what could have a 
negative influence on the mechanical properties.

Conclusions

(1) The electron probe micro-analysis has shown that the used
electrode design caused increased aluminum contents in the 
remelted material. This effect can be reduced by the 
addition of even small amounts of calcium to the slag.

(2) Small nonmetallic inclusions with a size of 0.5 to 1 μm can 
occasionally be observed which primarily accumulate at the 
phase boundaries. By the addition of calcium to the slag 
both the NMIs frequency of occurrence as well as their size 
can be reduced. A complete removal of the nonmetallic 
inclusions is unlikely to be achieved.

(3) The usage of a pure and an active CaF2 slag respectively
leads to no significant fluorine enrichment and thereby no
positive effect on the halogen effect. However, there is no 
deposition of CaF2 on the grain boundaries.

Outlook

Due to the thermal stability of CaF2 a partial substitution of the 
slag is considered in further investigations. Particular attention 
will be paid on the two compounds MgF2 and NaF2. Furthermore, 
there will be an exchange of the analysis methodology. By use of 
glow discharge mass spectrometry (GDMS) detection limits in the 
ppb range become feasible.

O

O
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Abstract 

In electroslag remelting (ESR), the slag generates heat, chemically 
refines the melting electrode material, and forms frozen skin on 
the mold.  An axisymmetric model is used to simulate fluid flow, 
heat transfer, solidification, and electromagnetics and their 
interaction with slag skin formation in ESR.  A volume of fluid 
(VOF) method is used to track the slag/metal interface, allowing  
simulation of slag freezing to the mold.  Mold diameter and 
applied current are varied to determine how these parameters 
affect melt rate and formation of slag skin during ESR.  Variations 
in the slag skin thickness within the slag cap are found to have a 
significant impact on melt rate and depth of metal sump.  Changes 
in slag cap volume resulted in small changes in melt rate.   

Introduction 
Electroslag remelting (ESR) is a secondary ingot production 
process used to manufacture high quality steels and nickel based 
superalloys. Ingots are formed by melting a consumable electrode 
by immersion in an electrically resistive slag, which also may 
react chemically with the molten metal as well as protecting it 
from the atmosphere.  An electrical current is run through the 
system, and Joule heating in the slag provides sufficient energy to 
melt the electrode.  Liquid droplets of electrode material sink 
through the less dense slag to form a pool of metal at the bottom 
of the crucible.  Heat loss to the water-cooled copper mold 
solidifies the metal, maintaining a liquid pool that is only 1/2- 1 
diameters deep throughout the process.  Simultaneously, slag also 
freezes to the mold wall and forms a thin skin around the outer 
edge of the mold.  If a thin layer is uniformly frozen, the ingot 
surface will have a smooth finish, but this slag skin, if thicker or 
of varying thickness, can be a source of surface defects resulting 
in severe grinding losses on the finished product [1, 2].  
Understanding  the mechanisms of skin formation is an important 
step in controlling these skin defects, as well as predicting the heat 
loss path from the metal to the mold in the ESR process. Given 
the complicated phenomena involved and the difficulty and 
expense of running experiments on a real process, computational 
simulation provides an attractive method of understanding how 
process conditions affect slag skin growth.  

However, numerical simulation of ESR presents challenges as it 
incorporates coupled fluid flow, heat and mass transfer, 
solidification, and electromagnetics in the interacting metal and 
slag.  A comprehensive model must include a method of tracking 
the moving interface between the slag and metal as well as 
modified discretization techniques for the proper calculation of 
transport phenomena in the presence of the thermophysical 
property differences between both fluids.  Several recent models 
have shown how processing variations affect ESR while 
simulating both the metal and slag regions[3-5] .

The present work develops an axisymmetric transient model of 
ESR that simulates fluid flow, heat and mass transfer, 
solidification of both slag and metal, and electromagnetics. This 
model is used in conjunction with a simple 1D model of heat 
conduction and melting in the electrode to predict melt rates, and 
formation and possible remelting of slag skin as a function of 
input current and mold diameter.  In order to predict the formation 
of solid slag skin and the interaction of the slag and metal, a 
method to track the interface between these two immiscible 
materials is used.  A volume-of-fluid (VOF) method was adapted 
from the literature[6, 7] to fit the axisymmetric domain used in the 
current work. 

Model Description 
Transport Equations 
The model is described in detail elsewhere[8] so only a brief 
overview will be given here.  The simulation domain consists of 
the metal and slag, assuming the electrode is flat and rests directly 
on top of the slag cap.  The SIMPLER algorithm is used to solve 
the equations of fluid motion on a staggered grid[9] using the 
continuum mixture model of Bennon et al[10] : 
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The source terms include Darcy drag in the mushy zone, thermo-
solutal buoyancy, and Lorentz forces due to the interaction of the 
magnetic field and current density.  

The energy and species conservation are represented by: 
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The source terms include the advection and diffusion-like source 
terms [10] and the Joule heating in the energy equation.   

In ESR, the magnetic field intensity can be calculated from the 
diffusion equation: 

1( ) 2 AC oH i f H� �� �
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�	 � 
              (6)

In order to calculate the Lorentz force and Joule heating, the 
current density is calculated from the magnetic field by: 

H J��� 

y

J .                                   (8)
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Boundary Conditions 
Figure 1 shows a schematic of the solution domain and the 
boundary conditions applied to the energy and magnetic field 
equations.  The present work is focused on the heat transfer 
boundary condition at the mold wall.  Typically this boundary 
condition is expressed as an overall heat transfer coefficient that 
includes both the conduction through the slag skin and copper 
mold to the cooling water.  In this work, the frozen slag skin is 
simulated directly so only the heat transfer through the copper 
mold is considered in the calculation of the uniform value of Ueff.  

Figure 1: Schematic of the ESR domain showing the boundary 
conditions for the energy and magnetic field equations. 

Melt Rate Calculation 
In order to calculate the electrode melt rate, an iterative procedure 
was developed to split up the heat flux leaving the slag to the 
electrode into latent and sensible components. The actual heat flux 
from the slag is  

                                       (9)

where Tslag is the average temperature of the slag in contact with 
the electrode and Tsol is the solidus temperature of the alloy.  The 
flux is assumed to travel across a liquid alloy layer δ thick, where 
δ is 8 mm in 718 and 4 mm in Waspaloy. The values are similar to 
those reported in [11], are were chosen based on trial and error.  
This heat flux is divided into two components: 

Slag Latent Sensibleq q q�� �� ��
 � , (10) 
where the latent heat used is related to the melt rate,
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and the sensible part is found from the conduction in the 
solid electrode:
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An initial guess of Latentq�� =0.1 Sensibleq��  and the previous time 
steps' melt rate are used to solve a 1D conduction equation for the 
axial temperature profile in the electrode.  The sensible heating in 
the electrode is calculated from equation (12) and the latent 
heating and melt rate are updated from equations (10) and (11). 
The temperature solution in the electrode is then solved with Tsol
as a boundary condition.  The updated melt rate and this 
procedure is repeated until the sensible heating changes less than 
1% and the electrode temperature change at any given control 
volume is less than  1x10-4 % from the previous iteration's value. 

Simulation Parameters 

 In order to demonstrate the effects of including slag skin in 
the ESR model described above, it was used to simulate the 
process under a variety of different conditions similar to industrial 
practice.  For all cases, properties for alloy 718 and a 70-15-15
(CaF3-CaO-Al2O3)slag were used, as listed in Table 1.  The metal 
alloy properties are  well characterized, but there is much more 
uncertainty in the slag data.  Initial conditions are identical for all 
cases, with 0.07 m of liquid metal and  a liquid slag cap, both at a 
uniform temperature of 1700 K.  Also, a 0.03 m thick solid slag 
skin at 500 K was included at the mold wall.  The computational 
mesh was refined near the mold wall with a control volume size of 
1.5 mm for the 3.0 mm near the wall.  The details of the 5 cases 
simulated are shown in Table 2, with Ueff representing the heat 
treansfer between the cooling water and surface of the copper 
mold.. Cases 1-3 include the standard case (Case 1) and the 
effects of increasing current density (Case 2) and ingot radius 
(Case 3) on slag skin thickness and macrosegregation.  The larger 
diameter in Case 3 requires an increase in current to achieve 
stable melting conditions.  Initially, the current densities were 
kept the same, scaling the current up from 13 kA to 28.9 kA. 
When Case 3 was run at 28.9 kA, the slag skin in the cap 
completely melted, and without the insulating slag skin, the heat 
lost to the mold was large enough to prevent any melting of the 
electrode.  The current for Case 3 was determined through trial 
and error and 25 kA was found to provide a stable melt rate 
without completely melting the slag skin.   

Cases 1-3 and 5 are run at the constant process currents shown in 
Table 2, but Case 4 predicts the effect of a sudden increase in 
power on the thickness of slag skin and transient reaction of liquid 
metal head and sump shape.  Case 5 also shows how the model 
behaves differently if, instead of including slag skin in the model, 
a constant thickness of slag skin is assumed and used to calculate 
an overall thermal resistance at the mold wall.   

Table 1: Thermophysical properties for alloy 718 and slag used in 
the simulations. 

718 Slag

Density [kg/m3] [3, 12] 7500 2490

Specific heat [J/kgK] [3, 13] 720 1260

Thermal Conductivity [W/mK] [3] 30.52 6

Viscosity [Kg/ms] [3] 0.0033 0.025

Thermal expansion [1/K] [3] 0.00015 0.00025

Emissivity [4] - 0.87

Latent Heat [J/kg] [3] 2.1E+05 4.75E+05
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Eutectic Temperature [K] 1411 1390

Electrical conductivity [1/Ωm] 7.1E+05 variable

Table 2: Process parameters for slag skin thickness cases. 

Case I (kA) Ringot (m) Relectrode
(m)

Ueff
(W/m2K)

1 13 0.25 0.23 2000
2 15 0.25 0.23 2000
3 25 0.381 0.343 2000

4 13 ->
15 0.25 0.23 2000

5 13 0.25 0.23 400 (no slag 
formation) 

   
Results 

Temperature Field and Fluid Flow in Slag Cap 
Unsteady fluid flow patterns are observed in the slag cap even at a 
fairly steady melt rate. A sequence of representative snapshots of 
the flow patterns and temperature fields are shown in Figure 2.  
Figure 2a shows a typical flow pattern in the slag cap consisting 
of two thermally driven cells. At the mold wall, the heat extracted 
by the mold lowers the buoyancy of the slag there, driving a stable 
clockwise cell. The downward flow at the mold is the strongest in 
the slag, with a very thin boundary layer there, which turns the 

corner to form a radial jet along the top of the metal pool.  The 
strength of this jet diminishes as it moves inwards and finally 
turns up, pulled by the positive buoyancy generated by the high 
Joule heating just under the outer radius of the electrode.  At the 
centerline, a counterclockwise cell is caused by heat lost to the 
electrode. This colder slag plunges down the centerline, displacing 
the hotter slag closer to the slag/metal interface.  Figure 2b shows 
that as this cell drags warmer fluid further down into the slag cap, 
it loses its relative buoyancy and turns towards the outer radius.  
Like the clockwise cell, this flow is driven the high heat 
generation under the electrode. The strength of this slag flow 
pattern is not enough to transition to turbulence, but it is strong 
enough to exhibit the periodic fluctuations seen in Figure 2, where 
the process repeats itself about every  4.8 seconds.   

Figure 2: A series of temperature contour plots with velocity vectors showing an example of the  unsteady fluid flow observed in all 
cases.  The these snapshots are taken from Case 1 at (a) 159 minutes and 1.36 s, 2.06 s, and 3.18 s afterwards for b, c, and d 

respectively . The white line is the 0.5 VOF contour.  The black lines are the stream function (dashed is negative, counterclockwise 
flow) ranging from -0.4 to 0.4 with a delta of 0.01 kg/s.
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Figure 3:  A plot showing the melt rate for Case 1 as a function of 
time, starting at minute 159, showing the periodic changes caused 

by unsteady flow underneath the electrode.  Dashed lines 
represent the times shown in Figures 2b-d.

The unsteady flow pattern also creates periodic fluctuations in the 
melt rate as the pattern repeats itself.  Figure 3 shows the melt rate 
as a function of time for the case presented in Figure 2 and several 
seconds afterwards.  The swing in the predicted melt rate is 
apparently +/- 0.5%.  The changes in melt rate shown in Figure 3
can be explained by looking at the flow and temperature fields in 
Figure 2.  When the counterclockwise flow cell running along the 
bottom of the electrode and down the centerline is strongest, 
Figure 2b, the melt rate reaches a maximum.  As the centerline 
flow diminishes, Figure 2d, colder fluid is resident near the 
electrode longer, reducing the melt rate.   

These unsteady flow conditions are observed in all cases 
presented here.  In general, the higher melt rates increase the 
magnitude of the flow down the centerline and so the depth into 
the slag cap that the plunging flow will reach. However, even 
when this flow reaches the slag/metal interface, no significant 
deformation was observed.  Instead the flow turns the corner and 
continues out into the midradius.  The depth this flow plunges into 
the slag cap was unaffected by a larger slag cap except that, with a 
larger slag cap, in general a larger melt rate was observed.

Melt Rate and Sump Depth 
Figure 4 shows a comparison of slag skin thickness and sump
shape near the mold wall for Cases 1-3 at 200 minutes into the 
process, which was found to be enough time for the all the sump 
shapes to reach a steady state.  For a constant diameter, an 
increase in current density of ~15% (Case 1 to Case 2) decreases 
the slag skin thickness from 0.0065 m to 0.003 m, a trend in 

Figure 4: Sump shape near the mold wall at 200 minutes for (a) Case 1, (b) Case 2 (increased current density), and (c) Case 3 (increased 
ingot radius).  A closer view of the mold wall shows the slag skin thickness for (d) Case 1, (e) Case 2, and (f) Case 3 at 200 minutes.  

The black lines indicate the slag-metal interface and the shading the fraction solid field.

74



accord with industrial observations.  The sump shape at lower 
current is shallower and bowl shaped, whereas the higher power 
Case 2 shows a deeper V shaped sump.  
Similar trends can be seen in Cases 1 and 3, shown in Figure 4.
Case 3 shows the same slag skin thickness (0.003 m) and similar 
V shaped sump as Case 2, which is explained by their similar 
filling velocities.  The filling velocity is: 

f
Metal Mold

mu
A�



m  (13) 

Filling velocity is used to compare cases of different diameter 
because it represents the speed that the mold is being filled which, 
under stable operating conditions, will be similar between 
different diameters while the melt rates will be very different.  
Filling velocity histories for Cases 1-3 (Figure 5) show that Cases 
2 and 3 are within ~10% of each other even though the current 
supplied to Case 3 is 67% higher than in Case 2.  The larger melt 
rate produced by this higher current is offset by the larger volume 
(2.3 times the volume of Case 2) that Case 3 must fill to move the 
slag/metal interface.  Both Cases 2 and 3 have filling velocities 
that are 60% higher than Case 1.  This similarity in filling 
velocities between Case 2 and 3 explains the similarly shaped 
sumps shown in Figure 4.  

In Figure 6, normalized steady state sump depths are plotted as a 
function of the normalized radius for Cases 1-3.  The stair-stepped 
increases in sump depth are due to the coarseness of the numerical 
grid.   In Case 1, the sump depth increases sharply moving in from 
the outer radius, steadying out near the midradius, which results in 
a shallow bowl shape sump. This shape is the result of the high 
heat transfer occurring at low filling velocities.  As the filling 
velocity increases (Case 2 and Case 3), there is less time for heat 
transfer to the mold wall and so the shape of the sump becomes 
much more elongated, producing the "V"-shaped sump. 

The filling velocities in Figure 5 also show a decrease over time 
of 10% for Case 1 and 5% for Cases 2 and 3.  The formation of a 
frozen slag skin on the mold reduces the amount liquid slag 
available to generate heat in the slag cap.  Case 1 exhibits a much 
thicker slag skin, which leads to a quicker reduction in slag cap 
thickness and so the filling velocity.  However, the thickness of 
the slag cap is a secondary effect on the filling velocity. The short 
term variations in filling velocity in Figure 5 also show a trend 
that Cases 1 and 2 seem to have similar amplitude variations in 
filling velocity, where Case 3 shows higher frequency and 
amplitude variations.  These variations are due to changing flow 
conditions in the slag cap even during constant current operation.  

Figure 6: A comparison of normalized sump depth as a function of normalized radius for Cases 1-3 showing Case 2 and 3 having a 
more linear sump shape than Case 1.

Figure 5: A comparison of filling velocity histories for Cases 1-3.
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Sudden Increase in Current 
In Case 4, the current is increased instantaneously from 13 kA to 
15 kA at 182 minutes into the process (in the steady state region),
before which it is identical to Case 1.  The subsequent changes in 
slag skin thickness and sump shape are shown in Figure 7.
Immediately upon the increase in current, the slag heats up due to 
instantaneously increased Joule heating (in 2 minutes the slag 
under the electrode heats up from 1900 K to 2050 K), leading to 
an immediate increase in heat transferred to the electrode and 
melting of the insulating slag skin in the slag cap. The melt rate 
(and thus filling velocity) reacts quickly, causing a swift  increase 
in the liquid metal head (the distance between the highest solid 
along the mold wall and the liquid metal/slag interface) and 
eventually exposing previously solidified slag skin to hot enough 
temperatures that remelting of the skin is observed as the metal 

head height increases (Figure 7d).  The remelted slag flows up 
into the cap almost instantly and a thinner layer of solid slag skin 
is left behind.   

As the advancing solid metal front passes this thinned slag skin, 
the increased heat transfer through the thinner layer leads to a 
rapid change in the shape of the sump as it transitions from the 
bowl shape typical at lower power to the V shape consistent with 
higher power melting.  Figure 8 shows the sump depth at the 
centerline, midradius, and at r=0.24 m(chosen 1 control volume 
away from the slag skin) as a function of time for Case 4.  The 
increase in sump depth and decrease back to a lower value takes 
80 minutes, showing how sensitive ESR is to sudden changes in 
operating parameters. Figure 9 shows the filling velocity as a 
function of time for Cases 1,2, 4, and 5.  It can be seen that the 

Figure 7: Sump shapes and slag skin thickness for case 4 at times (a) 183, (b) 192, (c) 201, (d) 210, (e) 224, and (f) 354 minutes 
showing the effects of a sudden increase in current.  The current was increased at 182 minutes.

Figure 7: Sump shapes and slag skin thickness for case 4 at times (a) 183 (b) 192 (c) 201 (d) 210 (e) 224 and (f) 354 minutes
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response time of the filling velocity is nearly instantaneous, even 
overshooting the steady state filling velocity seen in Case 2.  This 
temperature excursion can be explained by the transient response 
to the increased heat flux to the electrode and through the thinning 
slag skin in the cap.  As the slag heats up when the current is 
increased, the increased heat loss to the electrode mostly goes to 
melting, as the temperature field in the electrode takes time to 
adjust to the increased melt rate.  Simultaneously, the insulating 
frozen slag skin at the mold wall partially remelts, increasing heat 
flow to the mold and cooling the slag cap, causing the filling 
velocity to decrease to the steady state value of Case 2.

Comparison to Constant Thickness Slag Skin Model 
In Case 5, the phenomenon of transient slag freezing is removed. 
Instead of forming a (possibly nonuniform) slag skin at the mold 
wall, which would give a thermal resistance as a local function of 
the process behavior, the thermal resistance of a fixed skin layer 
thickness is combined with the heat transfer coefficient between 
the cooling water and the mold wall.  This effective heat transfer 
coefficient assumes a uniform 3 mm skin, while the other 
simulations predict a thickness variation in the cap.  The assumed 
3 mm is a few millimeters below the thickness predicted by Case 

1 at the bottom of the slag cap, but about twice the thickness 
predicted in the top two thirds of the cap.  The effect of this 
difference in treatment of the slag skin on filling velocity is shown 
in Figure 9.  The change in thermal resistance due to different 
thicknesses of slag skin causes the filling velocity in Case 5 to be 
almost twice that for the variable skin in Case 1. Because Case 1 
and 5 have the same electrode diameter, the melt rate of Case 5 is 
almost twice Case 1 also.  Case 5 also exhibits the high frequency, 
low amplitude variations in filling velocity of Cases 1-4, but it 
does not show their gradual decrease in filling velocity because 
the slag cap remains at a constant thickness.   

All of the results in this study assume that the only resistances to 
heat transfer from liquid slag to mold are the presence of slag skin 
and the heat transfer through the mold, ignoring any effect of a 
contact resistance between the solidifying slag and any air gap 
there due to solidification shrinkage.  The results presented 
thereby amplify the sensitivity of the melt rate, sump shape, and 
macrosegregation in the ESR process to treatment of the slag skin.  
Another large influence on these results is the thermal 
conductivity of the slag skin, which is not well characterized, 
especially at the high temperatures in question.  However, even 

Figure 8: Sump depth as a function of time for Case 4 showing the increase and decrease in sump 
depth following the increase in current from 13 kA to 15 kA at 182 minutes.

Figure 9: Filling velocity as a function of time for Cases 1, 2, 4, and 5.
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given these uncertainties, the general trends that are presented 
should be valid. 

Conclusions 

The model has been used to simulate the effects of including the 
slag skin in the ESR simulation, allowing it to vary in thickness in 
response to the local thermal conditions for a variety of process 
conditions.  This varying slag skin thickness decreases the 
predicted melt rate by 50% compared to assuming a constant 
thickness slag skin because partially melting the insulating skin 
causes a large increase in heat flow to the mold, and reduces the 
heat available to melt the electrode.  Including slag skin into ESR 
process models is necessary. However, due to uncertainty in the 
slag skin thermal properties and solidification behavior, and heat 
transfer to the mold, as well as coarse grid resolution near the 
mold wall, an increase in slag skin thickness cannot be predicted 
by the current model.   
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Abstract 

The ESR process is commonly used to produce defect-free ingots 
of high added value alloys such as special steels or Ni-based 
superalloys. Numerous simulation tools have been developed for 
the last 30 years to get better insight into the process and help its 
optimization. Most assume that no electrical current is able to 
cross the solidified slag skin and flow in the water-cooled mold. 
However, it has recently been claimed that the slag skin does not 
ensure perfect insulation, which is prone to modify the current 
distribution, hence some of the results previously assessed. This 
paper presents the assumptions made to simulate that phenomenon 
and some results in terms of current flow into the mold, depending 
on the thickness and electrical conductivity of the solidified slag 
skin. Results show that both parameters can have a great influence 
on the current distribution, hence the slag behaviour and final 
ingot quality. 

Introduction

Critical applications such as aeronautics, energy or tooling, 
require high quality and defect-free metal, which cannot be 
achieved by primary melting. One way to fulfil these goals is the 
use of remelting processes such as ElectroSlag Remelting (ESR), 
which allows a good control of the alloy chemistry and 
solidification structure of the ingot. [1] The materials concerned 
are high value-added metallic alloys such as special steels or 
nickel-based superalloys.

Figure 1: Schematic representation of an Electro Slag Remelting 
furnace

Remelting is caused by means of an electric current which goes 
from the primary ingot – also called electrode – whose lower part, 
as shown in Figure 1, is immerged into a highly resistive calcium 

fluoride based slag, to a water-cooled crucible, thus generating 
Joule heating in the slag. This causes the electrode to melt by 
contact, forming metal droplets which fall down through the slag 
to the liquid pool of the secondary ingot. Because of the water 
cooling, the latter solidifies continuously while growing. 

It must be noticed that the slag is in contact with the water-cooled 
mould, which is responsible for the formation of a layer of 
solidified slag at the interface. As the secondary ingot rises, this 
layer is partially remelted and crushed between the metal and 
crucible, resulting in a slag skin which acts as a thermal insulator 
and provides ESR ingots with a smooth lateral surface. Besides, 
chemical reactions can occur at the electrode/slag, droplets/slag 
and pool/slag interfaces, thus influencing the final ingot chemistry 
and dissolving the non-metallic inclusions. [1]

The strategic importance of the remelted products makes it
essential to acquire a detailed understanding of the process. Actual 
remelting experiments are very costly; so their repeated use 
cannot be considered as a suitable solution to get a better insight 
into the process and help its optimization. Apart being easy to use, 
mathematical modeling is a valuable tool to enhance fundamental 
understanding, since it allows linkage of operating parameters, 
such as the melting sequence, slag composition and properties, 
ingot diameter or cooling conditions, to local solidification 
conditions, hence the ingot final quality.

Therefore, several models of the ESR process have been proposed 
during the last 30 years, among which some of the most promising
earlier ones were devoted to the electromagnetic and 
magnetohydrodynamic behaviour of the slag phase. [2-5]

More recently, especially during LMPC conferences, several 
researches were presented, aiming to simulate the whole process 
in a transient way, or discuss in more detail the electromagnetic 
fields in ESR. [6-11]

Among these models, the simulation software of the ElectroSlag 
Remelting process developed at Institut Jean Lamour (IJL) in 
Nancy, in close collaboration with Aubert & Duval, is a 2D 
axisymmetric transient model, similar in nature to the SOLAR 
model of Vacuum Arc Remelting. [12] It uses the finite volume 
method and a fully implicit time scheme to account for 
electromagnetic, fluid flow, heat transfer and phase change 
phenomena in a coupled way. Details of the coupled model are 
available in V. Weber’s PhD dissertation. [13] 

In the paper by Weber et al.,[14] it was stated that “we assume that 
the solidified slag skin insulates electrically the slag and ingot 
from the mold. This assumption is particularly questionable and 
needs to be confirmed. Indeed, in some cases, the model predicts a 
discontinuous solid skin surrounding the slag cap, implying a 
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possible electrical contact between liquid slag and mold”. While 
this strong assumption is made classically in the literature devoted 
to ESR simulation[15-17], it was sometimes claimed that a certain 
amount of current is able to flow into the Cu crucible[18,19]. This 
phenomenon could modify the thermohydrodynamic behaviour of 
the slag and liquid pool, hence influencing the solidification 
process. Therefore, the goal of our study is to quantify this 
phenomenon, and determine the impact of the solid layer 
thickness and electric conductivity of the solidified slag on the 
current distribution during electroslag remelting.

Details Of The Electromagnetic Model

The principle of the ESR process is to melt the electrode, thanks 
to resistive heating generated by a current flowing through the 
slag. In most cases, AC is generally used with a frequency of 50 
Hz. In that case, the magnetic and electric fields in the system are 
dependent on each other, hence phenomena are governed by the 
four Maxwell's equations. The system formed by these equations 
can be reduced to a single one under some assumptions[2]: 
� Magnetization is negligible;
� Magnetic Reynolds number remains very low, which means 

that the flow of fluids does not affect the electromagnetic 
field. In such conditions, the simplified Ohm’s law applies;

� Current displacement is much lower than the electric 
conduction, which is valid if the electrical conductivity is not 
too small.

Moreover, we use the phasor notation in order to account for the 
periodic time dependence. As an example, as the process 
conditions are axisymmetric and no external field is applied, the 
magnetic field has only one component in the azimuthal direction, 
which varies with time as:

           H = Hmax cos (� t + - ) = Hmax cos (2. f t +- ) 

where Hmax is the maximum value, f is the frequency of the 
alternating current and the local phase angle. Both Hmax and -
are dependent on the position. The phasor of the magnetic field is 
defined by:

ˆ j tH He �� with j2 = -1 and Ĥ = Hmax ej-�

Finally, the system of Maxwell’s equations is reduced to a single 
one, with Ĥ as the main variable.

In a previous version of the model, the following equation was 
solved for both its real and imaginary parts:

� 	2

r z
02 2

Ĥˆ ˆˆ ˆH HJ J1 ˆr j H 0
r r r z z r r

�� �
�

�� ��� �� ��
� # �� � � # # �� �

� � � � � � �� �

       (1)

where rĴ and zĴ are the phasors of the radial and axial 
components of the current density. The latter are directly 
computed from the magnetic field by using the Maxwell-
Ampere’s law. The electromagnetic forces and Joule heating are 
then deduced from the averaged current density. In fact, the 
mathematical treatment of Maxwell’s equations is such that the 
use of Eq. 1, along with appropriate boundary conditions 
(generalized Ampere theorem at the inner surface of the mould 

and the continuity of tangential electric field) is valid as far as the 
gradient of the electrical conductivity is relatively small.

However, because our aim is now to focus on the impact of a 
partially insulating solidified slag layer at the mould inner surface, 
it was found that actual computations had to be performed within 
this layer. In such a case, because of the very important difference 
between the electrical conductivity of liquid and solid slag, Eq. 1 
is no more fully valid.

Therefore, a new formulation has been derived, using the 
electromagnetic stream function ˆrH as the main variable and 
incorporating the electrical conductivity as a transfer coefficient. 
Therefore, all interfacial conditions at the boundaries between 
adjacent media are automatically accounted for. The resulting 
equation is:

� 	 � 	 � 	
02

ˆ ˆ ˆr H r H r H1 1 1 1 ˆr j H 0 
r r r r z r z r r

� � �

�

� � � �� � �� �� � � �� # # �� �
� � � �� � � � � � � �
� � � �

(2)

which is strictly identical to the one used, for example, by
Kharicha et al. [10]

The real and imaginary parts of Eq. 2 were solved numerically 
using a finite volume method, on a non-uniform (r,z) grid 
composed of typically 160 x 295 cells in the liquid slag phase. In 
order to compute the current in the solidified slag zone with some 
accuracy, a minimum number of 4 nodes was required in that 
phase. It must be noted that, for all calculations presented in that 
paper, the solid slag thickness was kept as uniform on the 
slag/crucible and ingot crucible interfaces. In order to reach the 
convergence, around 106 iterations were found to be necessary.

As it will be shown later, an important parameter is the electrical 
conductivity of the solidified slag. In most cases, such a physical 
property is very poorly known, as few experiments have been 
carried out on fluorine-based materials at high temperatures. In 
the present study we used values in the range 1-#�� ®-1.m-1, as 
proposed by Kharicha [20]. 

Results And Discussion

Input Data And Main Results

To reach the water cooled crucible and baseplate, the melting 
current supplied to the electrode and liquid slag can either flow in 
the ingot pool or directly through the solidified slag skin. The 
resulting current distribution depends on the electrical resistance 
of that phase, hence the solid slag conductivity and skin thickness. 
In this paper, we discuss the computation of electromagnetic 
phenomena with a simplified geometry. As discussed previously, 
the thickness of the solidified slag skin is assumed to be uniform 
and the assigned electrical conductivities are estimated values. 
The main input data are gathered in Table I.

The effects of the variations of two parameters (electrical 
conductivity and thickness of the solid slag layer, written with 
italic characters in Table I) on the current distribution and 
resulting Joule heating were studied. The electrical conductivity 
was allowed to vary in the range 10-3 - 400 ®-1.m-1 (10-3 ®-1.m-1

corresponds to a full insulation while 400 ®-1.m-1 is the 
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conductivity of the liquid slag). The thickness of the solidified 
slag skin was set to 4 or 6 mm.

In the literature, the computed current distribution is most often 
represented by visualizing the magnitude of the current density 
phasor (i.e. the maximum value for each component of the current 
density), which classically leads to the observation of an 
important skin effect in the electrode and ingot.[2, 5,9,14…] Indeed, it 
is well known that the current distribution is related to the value of 
the skin depth into the different materials: if the latter is larger 
than the actual dimension of the domain, the current distribution is 
homogeneous, e.g. into the liquid slag. 

However, within this study, we chose to represent the 
instantaneous current distribution at a precise moment in the 
alternating period t = 0. In addition to the visualization of the skin 
effect, such a representation also highlights the local variation in   
the phase angle caused by the variation in the induced magnetic 
field into the metallic conductors, as it was shown by Li et al.[11] A

comparison between these two representations is presented on 
Figure 2.

Table I: Parameters used in the simulations

Melting current (maximum value) 10 kA
AC frequency 50 Hz
Electrode radius 26 cm
Mould external radius 30 cm
Mould thickness 2.5 cm
Electrode immersion depth 1 cm
Electrical conductivity of the metal 106 ®-1.m-1

Electrical conductivity of the liquid slag !$$�®-1.m-1

Electrical conductivity of the solid slag 10-3 - �����-1.m-1

Thickness of the solidified slag skin 4 / 6 mm

Figure 2: Comparison between the usual representation (maximum value) and the chosen representation (instantaneous value at t=0s) of the 
current density distribution (A.m-2)

The first step of the study consists in confirming that part of the 
melting current is likely to flow through the solidified slag layer 
and directly enter the mould. Figure 3 presents the computed 
results obtained either when the solid layer behaves as a perfect 
insulator (such behaviour is reached as soon as the electrical 
conductivity is lower or equal to 10-3 ®-1.m-1) or when the 
electrical conductivity is set to #�� ®-1.m-1. The solidified slag 
skin is supposed to be 4 mm thick.  

Clearly, when the electrical conductivity of the solid slag is set 
to #��®-1.m-1, part of the current actually flows through the skin 
to reach the mould. The solidified slag layer does not act as a 
perfect electrical insulator and this modifies the current 

distribution in the system. Our result confirms some previous 
claims in the literature [18,19] and raises new questions regarding 
the consequences of such a loss of current on the process 
efficiency.

This conclusion is biased by the assumption made on the value 
of the electrical conductivity of the solid slag. However, 
supplementary simulations enabled us to conclude that this 
statement remains valid whatever the value of the conductivity 
(except if it is as low as        10-3 ®-1.m-1, the reference case for 
the perfect insulation of the mould).
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Figure 3: Current density distribution (A.m-2) computed with two values for the electrical conductivity of the solidified slag skin :            
10-3 ®-1.m-1 ��"�����#��®-1.m-1 (b) 

It must be stated that the simulation whose results are reported in 
Figure 3-b voluntarily uses a wrong value for the electrical 
conductivity of the Cu mould, e.g. 106 ®-1.m-1. In the real case, 
since the conductivity of Cu is about 5.107 ®-1.m-1, the electrical 
skin depth in the mould is around:

2 1 1 cm
f

� � �/
��� . ��

.

Therefore, important eddy currents take place into the crucible, 
which prevents the observation of the melting current flowing 
from the slag. To avoid this phenomenon, we chose to attribute to 
Cu a lower electrical conductivity (106 ®-1.m-1), for which the 
skin depth is larger than the mould width. All the results obtained 

remain unchanged in the electrode, slag and ingot, while the 
melting current flowing in the mould can be observed. 
To illustrate that issue, Figure 4-a shows the results obtained 
when the real value of Cu conductivity is used: the resulting 
induced current prevents us from noticing the melting current path 
at the slag/mould interface. On the contrary, when the assigned 
conductivity is lower (Figure 4-b), this melting current is clearly 
discernible. 

Figure 4: Current density distribution (A.m-2) computed with two values for the electrical conductivity of the Cu mould :                       
5.107 ®-1.m-1 (a) and 106 ®-1.m-1 (b)

a) b)

b)a)
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In the remaining part of this paper, that wrong value of Cu 
electrical conductivity will systematically be used, to allow 
visualizing the melting current distribution in the whole system, 
including the crucible.

Impact Of The Electrical Conductivity Of The Solid Slag

This parametric study aims to compute the impact of a variation 
of the conductivity - in the range 10-3-400 ®-1.m-1 - on the 

current distribution, i.e. to observe the behaviour of the melting 
current when the slag/mould electrical contact varies from a total 
insulation to a perfect contact. Figures 5 and 6 present the 
current density distribution and the resistive heating computed if 
the conductivity of the 4 mm thick slag skin is set to 10-3 ®-1.m-1

(a), 1 ®-1.m-1 (b), 15 ®-1.m-1 (c) and 400 ®-1.m-1 (d). 

Figure 5: Current density distribution (A.m-2) computed with different values for the electrical conductivity of the solidified slag :             
10-3 ®-1.m-1 ��"��#�®-1.m-1 ��"��#��®-1.m-1 ��"�����!$$�®-1.m-1 (d) 

Figure 6: Computed Joule heating (W.m-3) with different values for the electrical conductivity of the solidified slag :                                  
10-3 ®-1.m-1 ��"��#�®-1.m-1 ��"��#��®-1.m-1 (c) and !$$�®-1.m-1 (d) 

a)

c) d) 

b)

a) b) c) d)
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If the solid slag layer acts as a perfect insulator, the current
distribution is homogeneous into the liquid slag (Figure 5-a),
leading to a homogeneous Joule heating (Figure 6-a). Moreover, 
the amount of current into the insulating layer, hence the Joule 
effect, is negligible. 

As the resistivity of the solidified slag decreases, more current 
flows through the solid skin: the remaining current in the liquid 
slag generates a lower Joule heating. On the contrary, an 
important Joule heating can be noticed in the solid phase, which 
could lead to the remelting of the skin. It can be noted that in 
absence of any partially insulating skin, the majority of the current 
would be attracted towards the mould (Figure 5-d). As a result, 
resistive heating in the slag (Figure 6-d) would very probably not 
be sufficient neither for the slag to remain in the liquid state nor 
the electrode to be melted.

Impact Of The Thickness Of The Slag Skin

As stated above, the thickness of the solidified slag layer is 
assumed as uniform along the height of the crucible. In a next 
step, a full coupling of the model described in the present paper 
with the overall thermo-hydrodynamic model (see the 
“Conclusion and Prospects” section) will allow us accounting for 
the calculated variation of that thickness with the axial position.

Based on industrial observations, we tested two values for this 
parameter: 4 mm and 6 mm. It must be noted that a slag skin 
thickness of 6 mm is in the upper part of the range of measured 
values.
Figure 7 presents a comparison of the computed current 
distribution and resistive heating for both cases. The electrical 
conductivity of the solid slag was set to 15 ®-1.m-1. 

Figure 7: Computed current density distributions (A.m-2) and Joule heating (W.m-3) with different values for the skin thickness : 
4 mm (a-c) and 6 mm (b-d)

c)

a) b)

d)
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As it can be deduced from the observation of Figure 7, the 
model predicts that even a thick (6 mm) slag skin cannot insulate 
completely the crucible as it was assumed until recently.
Obviously, increasing the skin thickness has the same 
consequences as decreasing the electrical conductivity, since in 
both cases the electrical resistance of the solid layer is increased:

� The amount of current “lost” into the mould is slightly 
lower

� The total Joule heating in the liquid slag resulting from 
the current distribution is slightly higher, leading to a 
more efficient process

� On the contrary, the current within the skin, hence the 
Joule effect in the solid phase, is reduced

Figure 8 summarizes the main effects discussed in the previous 
sections: it represents the evolution of the total Joule heat 
generated according to both parameters.
The electrical conductivity of the solid slag appears to be a 
crucial parameter of the process. This observation emphasizes 
the necessity to have access to actual measurements. The 
thickness of the solidified slag layer also influences the current 
distribution in the system. However, in the range of tested 
values, the impact of this factor remains of secondary 
importance.
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Figure 8: Evolution of the total resistive heating in the slag, 
according to the electrical conductivity and the thickness of the 

solidified slag skin

Conclusion and Prospects

The current distribution during an electroslag remelting is a 
major issue to reach the efficiency and the final quality of ingot 
required. The study presented in this article used a 2D 
axisymmetric model of the electromagnetic phenomena 
occurring during the process. Therefore, it is now possible to 
compute the current flowing into the electrode, slag, ingot and 
crucible, as well as the resulting Joule heating. 

The model predicts that a fraction of the melting current flows 
directly from the slag within the mould. This amount depends on 
the electrical resistance of the solidified slag skin hence its 
electrical conductivity and thickness. The model definitely 
highlights that the solidified slag layer does not behave as a 
perfect electrical insulator unless the solid slag electrical 
conductivity is lower than 1 ®-1.m-1.

In the range of values tested, the electrical conductivity of the 
solidified slag appears to have a determining influence on the 
results, whereas the layer thickness plays a minor part. The need 
for accurate thermophysical data is put in evidence. 

In its present state, this model considered a uniform layer 
thickness along the slag/crucible interface. However, this 
parameter is liable to vary from a negligible value to few 
millimetres during a real remelting. To take into account this 
variation, as well as to assess the influence of the electrical 
current distribution on the ingot solidification, the next step of 
our study will consist in a full coupling of the model with a 
numerical simulation of the whole ESR process. Results 
obtained will be compared to actual experimental observation. 
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Abstract 

It is well known that high contents of oxygen and hydrogen in 
creep resistant structural steels like 21CrMoV5-7 have negative 
influence on a variety of material properties. To investigate the 
refining ability of various slag compositions under reduced 
pressure multiple experiments were performed in a 40 kW 
vacuum-induction furnace with the aim to ensure minimal oxygen 
and hydrogen contents. With regard to slag evaporation, different 
mixtures of fluorides and oxides as well as pure oxide systems 
were utilized. The pressure was varied in the range of 5 and 
700 mbar. 

The behavior of different slags under vacuum conditions as well 
as the results of various chemical analysis were used to evaluate 
the application of the investigated slag systems for ESR under 
vacuum conditions. Special attention was given to easily 
oxidizable alloy elements as aluminum and silicon, the amount of 
oxygen and hydrogen as well as on formation of non-metallic 
inclusions. 

Introduction 

The presence of non-metallic inclusions (NMIs) in metallic
materials results in the occurrence of rolling and surface defects 
during further processing as well as in a decrease of the 
mechanical properties and corrosions resistance. 

Thereby, the effect of NMIs on the material behavior depends 
strongly on their size, morphology, distribution and chemical 
composition. For instance, the fracture toughness and ductility are
greatly reduced with an increasing content of oxides and sulfides. 
In addition, brittle oxide components (e.g. Al2O3 inclusions) could
serve as potential crack initiators. [1]

Due to the fact that a dominating factor with regard to the amount 
of non-metallic inclusions consists in the content of dissolved 
oxygen in liquid steel, it is of interest to minimize the total oxygen 
(T.O.) content by various metallurgical treatments. According to 
that, Zhang and Thomas [2] have summarized typical steel 
cleanliness requirements, published by various authors, for 
common steel grades (cf. Table I). 

In the ESR process, a consumable electrode is continuously 
melted in a water cooled cooper mold while being inserted into a 
liquid slag bath. On the electrode tip, liquid metal droplets are 
formed which sink through the slag bath after detaching from the 
electrode. After passing the slag, the droplets are collected in a 
typical U-shaped liquid metal pool before solidifying as the 
remelted ingot (cf. Figure 1).  

Table I: Steel cleanliness requirements for various steel grades [2]

Product class Maximum impurity fraction 
in ppm

Maximum 
inclusion size in 

μm
Tinplate T.O. < 20, C < 30, N < 30 20

Tube seel T.O. < 30, N < 35, S < 30 100
Ball bearing

steels T.O. < 10 15

Heavy plate 
steels T.O. < 20, H < 2, N < 30-40

13 (Single 
inclusions)

200 (Cluster)
Tire cord T.O. < 15, H < 2, N < 40 10-20
Wire rod T.O. < 30, N < 60 20

Fundamentals 

Figure 1: Schematic procedure of the ESR process [3] 

In the ESR process various chemical and physical 
interdependencies between the remelted material (alloying 
elements, dissolved interstitial elements and non-metallic 
inclusions), the cat- and anions of the slag system and the gas 
atmosphere are present. An appropriate illustration of these 
interactions is given by Figure 2.
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Figure 2: Chemical and physical interactions between alloy, slag 
and atmosphere during ESR [4] 

It could be seen that one influencing factor on the oxygen content 
of the steel melt is given by the amount of dissolved elements 
with a high affinity for oxygen such as calcium, aluminum or 
silicon. On the one hand a reaction of these metals with oxygen 
would therefore result in a decreased oxygen content and oxygen 
activity respectively but on the other hand would also generate 
oxide inclusions which need to be removed from the liquid steel 
(cf. Equation 1-3). 

2 [Al]steel + 3 [O]steel ↔ <Al2O3>   (1) 

[Si]steel + 2 [O]steel ↔ <SiO2>   (2) 

[Ca]steel + [O]steel ↔ <CaO>   (3) 

Since these forming oxides are hardly soluble in the steel melt 
their activity could be considered as one.  

Thus, the general expression of the equilibrium constant for one 
of the reactions above (cf. Equation 4) could be simplified to the 
so-called deoxidation constant (cf. Equation 5). 

KMexOy = 
a<MexOy>

a[Me]steel
x  ∙ a[O]steel

y  
    (4) 

KMe,O 
' = a[Me]steel

x    a[O]steel

y     (5) 

According to Henry’s law, the activity of a dissolved element in a 
dilute solution is given by Equation 6. 

ai = fi·xi      (6) 

In order to calculate the according concentration equilibria, the 
method using interaction coefficients (ei

j) presented by Wagener 
[5] could be utilized reliably for low alloyed steels. The Henrian 
activity coefficients could therefore be expressed by Equation 7. 

log fi = (ei
j∙[%j])n

i      (7) 

As a result of such considerations, the correlation between 
dissolved oxygen, alloying elements and their corresponding 
oxides leads to the typical curve progression illustrated by Figure 
3.

Figure 3: Equilibria between oxygen and various deoxidizing 
elements dissolved in liquid iron at 1600 °C [6] 

At this point, it should be noted that in the ESR process such 
reactions mainly occur during solidification in the mushy zone (if 
no deoxidizing elements are added during remelting).  

If this kind of new formed inclusions are able to reach the 
interface between the slag bath and the liquid metal pool by 
flotation (which is discussed controversial in literature [7]) they 
could be dissociated and absorbed by the slag. However, 
inclusions contained already in the electrode material could be 
removed more effectively at the various reaction zones between 
the liquid metal and the slag bath.  

Another important factor determining the oxygen content of the 
steel is found in the interaction of the metallic melt and the liquid 
slag bath. Since in the case of electroslag remelting the common 
utilized slag systems are based on calcium fluoride with additions 
of comparatively stable oxides such as CaO, Al2O3 or MgO, the 
cleanliness of the metal is greatly affected by the oxygen activity 
as well as by the activity of inclusion-forming elements. Under 
these circumstances the expression for the equilibrium constant 
for the reaction between an alloying element and oxygen 
(cf. Equation 8) has to be modified as shown by Equation 9. 

x [Me]steel + y [O]steel ↔ [MexOy]slag   (8) 

KMexOy = 
a[MexOy]slag

a[Me]steel
x  ∙ a[O]steel

y  
    (9) 

As could be seen the activities of slag components are of great 
importance for determining the appropriate equilibrium constants. 
With regard to the correlation given in Figure 3, a decrease of the 
oxide activity by dissolving it in the slag (a[MeO]slag < 1) would 
lead to a shift of equilibrium towards smaller dissolved contents 
of oxygen and deoxidizing elements in the steel. 

In this case, especially the availability of data for oxide activities 
in fluoride based slags is very limited in the current literature. 
Referring to pure oxide systems, consisting mainly of CaO and 
Al2O3, Riyahimalayeri [8] et al. have summarized different 
approaches for calculating the activity of Al2O3. Further
suggestions of Mitchell [9] include the assumption for systems 
containing less than 70 wt.-% CaF2 that calcium fluoride could be 
considered as an inert diluent.  
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In addition to the influence on the oxygen content of the metal 
various reactions with slag components could result in a loss of 
alloying elements as exemplified by Equation 10. 

3 [Si]steel + 2 [Al2O3]slag ↔ 2 [Al]steel + 3 [SiO2]slag  (10) 

Besides to the contact with the liquid metal, the slag system is 
also driven to reach equilibrium with the gas phase.  

Due to the high process temperatures fluoridic components are 
continuously evaporating as illustrated by Equation 11 and 12. 

[CaF2]slag ↔ {CaF2} (11)

3 [CaF2]slag + [Al2O3]slag ↔ 3 [CaO]slag + 2 {AlF3} (12) 

The corresponding vapor pressure curves of selected components 
(cf. Figure 4) show that the evaporation of the present oxides is
negligible compared to that of existing and forming fluorides. 

Figure 4: Correlation of vapor pressure and temperature for 
selected components (calculated with FactSage 6.3 [10]) 

Due to the fluoride evaporation the electroslag remelting is 
usually performed under normal or overpressure. To minimize the 
oxidative loss of alloying elements as well as the introduction of 
oxygen into the liquid metal a protective argon atmosphere could 
be applied. However, the findings of Saito et al. [11] and Sekiya 
et al. [12] indicate the possibility to achieve very low contents of 
oxygen (approximately 10 ppm) and non-metallic inclusions by 
carrying out the remelting under vacuum conditions in the range 
of 66 to 200 mbar. 

Experimental Work 

Since numerous factors are influencing the total oxygen content of 
a remelted steel the focus of the present work lies on the 
investigation of chemical interactions between metal and slag as 
well as on the slag behavior under reduced pressure. Therefore, a 
specific steel grade was melted under various slag compositions 
and pressure ranges in a lab scale vacuum induction furnace. 
Basing on these results subsequent remelting trials will be carried 
out as a next step to further examine factors determining the final 
oxygen content of the metal but are not part of the current work. 

The performed investigation involves nine slag treatments of the 
creep resistant structural steel 21CrMoV5-7 as well as the 
sampling and analysis of metal and slag after each trial. Prior 
vacuum induction melting, the chemical composition of the used 
steel grade was analyzed by optical emission spectroscopy as well 
as by using combustion and inert gas fusion methods (cf. Table II
and III).  

Table II: Chemical composition of the utilized steel  
21CrMoV5-7 in wt.-% 

C Si Mn Al Cr
0.20 0.273 0.671 0.017 1.288

Mo Ni V Zr
0.710 0.486 0.279 0.0015

Table III: Total content of interstitial elements in ppm 

S O N H
18 42 66 2

Vacuum Induction Melting 

The melting was carried out in a 40 kW and 10 kHz lab scale 
induction furnace (cf. Figure 5) which is equipped with various 
devices for material charging, temperature measurement and 
sampling via a lock. 

Figure 5: Utilized vacuum induction furnace at IME 

To investigate the refining potential of different slag compositions 
with regard to the oxygen content of the steel, various mixtures of 
a premelted calcium-aluminate slag as well as of prefused 
fluorspar were blended. In this case, the oxidic slag contains equal 
amounts of alumina and lime. However, due to the conditions of 
manufacturing the slag also includes approximately five percent 
magnesia. The fluorspar has a purity of at least 97 wt.-% CaF2.
Moreover, the main impurities contained therein also consist of 
alumina and lime.  

For all slag treatments, at least two different pressures inside the 
furnace chamber were applied. To minimize the influence of 
atmospheric oxygen on the total oxygen content of the metal the 
furnace chamber was evacuated at least to a pressure below  
10-2 mbar before heating-up under a protective argon atmosphere 
with 700 mbar. An overview of the performed trials is given in 
Table IV. 
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Table IV: Performed VIM trials with variation of slag 
composition and process pressure

Trial Utilized slag compositions Pressure 
in mbar

T1 46.9 % CaO, 46.6 % Al2O3,
5.0 % MgO 700

T2 46.9 % CaO, 46.6 % Al2O3,
5.0 % MgO 200

T3 46.9 % CaO, 46.6 % Al2O3,
5.0 % MgO 7

T4 20 % CaF2, 37.4 %CaO, 
37.1 %Al2O3, 4.0 % MgO 700

T5 20 % CaF2, 37.4 %CaO, 
37.1 %Al2O3, 4.0 % MgO 5

T6 80.0 % CaF2, 9.5 %CaO, 
9.4 %Al2O3, 0.9 % MgO 700

T7 80.0 % CaF2, 9.5 %CaO, 
9.4 %Al2O3, 0.9 % MgO 5

T8 97.0 % CaF2, 1.5 %CaO, 1.5 %Al2O3 700

T9 97.0 % CaF2, 1.5 %CaO, 1.5 %Al2O3 5

As crucible material densely sintered zirconia (yttria-stabilized)
was utilized due to the comparatively slow dissolution rate in the 
fluoride based slag. Furthermore, to minimize the reaction time 
between crucible and slag, the prior blended slag components 
were added on top of the metal melt via the lock. Once the slag 
was completely melted, the pressure was reduced in the 
corresponding trials until an extensive bubbling of the slag was 
observed. Independent of the fluorine content, this phenomenon 
constantly occurred when reaching a pressure of 5 mbar. 

In contrast to the ESR process, where remelting is performed in a 
water-cooled cooper mold, the liquid metal is subjected to 
chemical interactions with the oxidic crucible material (cf. 
Equation 13).  

<ZrO2> ↔ [Zr]steel + 2 [O]steel  (13) 

However, according to the equilibrium position of the reaction 
above (cf. Figure 3), the equilibrium content of oxygen which is 
due to pick up from the crucible is only in the range of 2 ppm at 
1600 °C.  

By melting in an induction field heat is generated directly in the 
metal and only marginal in the slag. In order to prevent distinct 
temperature differences between metal and slag the crucible was 
placed in a tubular graphite susceptor (cf. Figure 6). Thereby, 
sticking of slag particles on the crucible wall was also avoided.  
With an inner diameter of 59 mm and a height of 93 mm, the 
utilized crucibles had a maximum filling volume of 220 ml. To 
keep the ratio between metal and slag constant in all trials approx. 
790 g of metal and 103 g of slag were used. Hence, the crucible 
was half filled with liquid steel and to a quarter with liquid slag. 
In T1-T3 smaller crucibles had to be used with an inner diameter 
of 44 mm and a height of 73 mm but the ratio between metal and 
slag was equal to the other trials. 

Figure 6: Arrangement of the experimental set-up

During the trials the temperature was measured using platinum-
rhodium thermocouples by two different methods. One 
thermocouple was centrically placed below the bottom of the 
crucible. The second measurement was performed periodically by 
immersion measurements via the lock. Both measurements 
showed a metal temperature of approx. 1550 °C whereas the slag 
temperature was at least 50 °C lower. 

In order to prevent an extensive mixing of slag and metal during 
casting, the material was allowed to solidify in the crucible. Thus, 
every trial required the use of a new crucible. 

After melting, slag and vacuum treatment respectively, the 
obtained ingots were sectioned and sampled in the mechanical 
workshop at IME and characterized by the same methods as the 
input material. Referring to Figure 7, the optical emission 
spectroscopy was carried out by analyzing the blue illustrated 
parts. The combustion and inert gas fusion techniques were 
applied to the yellow highlighted sections. 

Figure 7: Sampling of the metal ingots 

Results and Discussion 

After each trial a strong adhesion of the utilized slag on the 
crucible wall was observed (cf. Figure 8, up). As expected the 
received metal ingots contained noticeable shrinkage cavities at 
the bottom and the side walls (cf. Figure 89, down). 
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Figure 8: Representative illustration of the received slag layer 
attached to the crucible (up) and the obtained metal ingot (down) 

A selection of analyzed elements via optical emission 
spectroscopy is given in Table V. For the additional elements (Cr, 
Ni, Mo and V) listed in Table II no significant differences to the 
contents of the input material were found.  

With respect to the proportion of silicon a decrease was detected 
after treatment with all slags containing oxides in a notable 
quantity (T1-T7). Within these, the silicon loss was most distinct 
when the metal was interacting with a pure oxide slag. With an 
increasing amount of calcium fluoride the silicon loss could be 
reduced significantly. Furthermore, by utilizing a technically pure 
CaF2-slag (T8, T9), the silicon content of the metal was fully 
retained.  

Simultaneously to the decrease of silicon, an increase of the 
aluminum content was observed in all trials containing Al2O3 as 
slag component. These findings could be explained by the high 
alumina and low silica activity in the slag resulting in the reaction 
given in Equation 10. Additionally, it is noticeable that only the 
use of a pure fluoridic slag results in a comparatively strong 
decrease of the aluminum content. Referring to the deoxidation 
equilibrium of oxygen and aluminum, a possible explanation for 
that could be found in the greatly reduced alumina activity in the 
slag.  

Additionally, with the utilization of Fact Sage 6.3 [10] a first 
approach of estimating the loss of silicon and the increase of the 
aluminum content was performed using FSstel and FToxid 
databases. Since under these circumstances only a reliable 
simulation of the interaction between steel and a solely oxidic slag 
is possible, the calculations were limited to T1-T3. In good 
agreement with the present findings a resulting silicon amount of 
0.217 wt.-% was calculated for equilibrium conditions between 
steel and slag. However, the according aluminum content of 
0.078 wt.-% was significantly higher than the measured values. 
On the one hand this amount is consistent with the trend 
observable in T4-T9 but on the other hand indicates to low 
aluminum contents in T1-T3. 

The low manganese losses could either be the result of metal-slag 
reactions or slight evaporation effects. 

By considering the amount of zirconium an increase was observed 
in all trials but much more intense when the slag treatment was 
performed under reduced pressure. However, a correlating 
variation of the resulting oxygen content in the metal was not 
detected. Since the dissociation of ZrO2 is nearly not depending 
on pressure, the deviation of the measured values is suspected to 
be due to the inaccuracy of the analyzing method in the present 
concentration range. Additional calculations using FactSage 6.3 
[10] analogously showed an equilibrium concentration of approx. 
0.02 % Zr in the according steel melt while being in contact with 
solid ZrO2 at 1550 °C. A simultaneous rise of the dissolved 
oxygen content was also not observable by that simulation.

At this point it should be noted the increased carbon content in T4 
is due to an unintended immersion of the graphite tube in the steel 
melt which was used as protection cover for the submerged 
thermocouple. 

Table V: Analysis of selected elements after slag treatment 
compared to the input material 

C Si Mn Al Zr
Input 

material 0.203 0.273 0.671 0.017 0.0015

T1 0.180 0.204 0.642 0.022 0.0023
T2 0.200 0.223 0.640 0.040 0.0022
T3 0.190 0.186 0.645 0.021 0.0017
T4 0.444 0.224 0.664 0.049 0.0082
T5 0.200 0.217 0.659 0.057 0.011
T6 0.208 0.248 0.667 0.037 0.0042
T7 0.198 0.248 0.665 0.038 0.011
T8 0.202 0.276 0.653 0.0067 0.0037
T9 0.203 0.281 0.651 0.0066 0.028

The according contents of the interstitial or inclusion forming 
elements are given in Table VI. Due to the content of calcium 
oxide in the slag it was possible to further reduce the sulfur 
fraction below 10 ppm, even in the trials T8 and T9. With regard 
to nitrogen a decreasing pressure resulted in reduced amounts in 
T1-T3. In the further trials T4-T9 no significant differences with 
respect to the resulting nitrogen content were found. 

Similar observations were made when considering the hydrogen 
contents. For the trials T1-T3 it was not possible to influence the 
hydrogen content significantly by the combined vacuum-slag 
treatment. However, in T4-T9 the hydrogen content was further 
reduced to values below 1 ppm. 

Furthermore, T1-T3 showed that it was possible to reduce the 
total oxygen content of the metal by decreasing the process 
pressure when melting under a pure oxide based slag (cf. Figure 
9). In contrast to that, all trials including CaF2 as slag component 
resulted in even lower oxygen contents between 5 and 8 ppm. A 
dependency on the process pressure could not be observed. 
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Table VI: Analysis of interstitial elements after slag treatment 
compared to the input material 

S O N H
Input 

material 18 42 66 2

T1 < 10 19.2 73 1.78
T2 < 10 15.2 31 1.81
T3 < 10 9.8 16 1.7
T4 < 10 6 14 0.7
T5 < 10 6 12 0.6
T6 < 10 5 16 0.7
T7 < 10 8 16 0.7
T8 < 10 6 6 0.8
T9 < 10 7 12 0.8

Figure 9: Correlation between the total oxygen content of the 
metal and the applied pressure compared to that of the input 

material 

By considering the equilibria between oxygen and aluminum as 
well as between oxygen and silicon it could be concluded that the 
measured oxygen contents are clearly below those of the silicon 
deoxidation equilibrium. However, referring to the interaction of 
oxygen and aluminum, the analyzed contents noticeably exceed 
the corresponding equilibrium amounts at process temperature of 
1550 °C even by assuming an alumina activity of one as shown in 
Figure 10.

Conclusions 

Although the interaction between metal and the chosen slag 
systems leads to decreased contents of total oxygen in the steel, 
the main factor determining the final oxygen content is not clearly 
identifiable. The expected direct relation between the dissolved 
oxygen and aluminum contents in the metal and the alumina 
content of the slag are not sufficiently confirmed. Therfore, 
furhter detailled investigations are needed to identiefy the 
influence of fluorine on the oxygen activity of the slag and the 
corresponding equilibrium with the metal. Additionally the 
residual partial pressure of oxygen in the atmosphere needs to be 
considered with regard to the permeability of the various slag 
systems. 

Figure 10: Equilibria between oxygen and aluminum and silicon 
respectively in liquid iron for various temperatures as well as the 

analyzed contents of the respective elements 

Summary 

(1) In order to investigate the influence of various mixtures 
within the system CaF2-CaO-Al2O3-MgO during slag 
treatment of a 21CrMoV5-7 steel, nine trials were 
performed in a vacuum induction furnace. Additionally, the 
refining behavior was studied for at least two different 
pressures. 

(2) The conducted treatments with a pure oxide slag as well as 
with various mixtures of oxides and fluorides resulted in 
significantly reduced total oxygen contents in contrast to the 
input material. 

(3) A pressure dependence of the final oxygen content was only 
observed by melting under a pure oxide slag.  

(4) Due to the interaction between metal and slag a noticeable 
loss of silicon accompanied by an increase of the aluminum 
content was detected for most of the trials. Thereby, the 
degree of that interaction strongly depends on the fluoride 
content of the slag. 

Outlook 

In order to validate the findings derived from the trials where 
solely oxides were used as slag components these will be 
repeated. Furthermore, analysis with respect to the distribution of 
non-metallic inclusions using SEM-EDX methods as well as 
additional slag investigations will be carried out.  

Subsequently, all present results will be compared to the behavior 
of 21CrMoV5-7 steel after electroslag remelting with similar slags 
and atmospheric conditions. 
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Abstract 

Thickness, uniformity and mechanical properties of slag skin are 
main factors controlling the surface quality of the electroslag 
remelting (ESR) ingot. Thin and homogeneous slag skin is a key 
to obtain a nice ingot surface quality. It is classically believed that 
surface quality is mainly influenced by the slag temperature at the 
vicinity of the mould. In the present paper considers the effect of 
the Joule heating on the slag skin energy balance. The slag skin 
between ingot and mould is expected to have a significantly dif-
ferent electrical resistivity than the bulk slag, complicating the 
electrical boundary conditions at the ingot/mould interface. The 
amount of electric current crossing the skin towards the mould 
depends on the electric slag skin conductivity. It is shown that the 
magnitude of Joule heating generated within the skin can control 
its thickness. Thus, it is suggested that the known sensibility of 
the ingot quality on the melt rate, the electrode immersion depth, 
fill ratio and the resistivity of the slag can be reduced to its de-
pendence on the electric current path and intensity. 

Introduction 

The surface treatment of ingots produced by the ESR process is 
expensive. The optimum slag would enable the production of 
ingots with smooth surfaces, thus reducing the need for surface 
treatment prior to forming. Mitchel et al. [1] explain the mecha-
nism of slag skin formation by using the phase diagrams of the 
corresponding phase. A slag skin is formed by the selective solidi-
fication of one or more phases on the water cooled copper wall 
[1]. Its formation plays an important role in controlling the heat 
transfer to the mould. The phases which solidify and their order of 
solidification are determined by the composition of the liquid slag 
and the governing phase relationships. Mitchell [2] has pointed 
out that the phases present in the slag skin have a direct influence 
on ingot surface quality. However Korousic and Osterc [3] per-
formed mineralogical analysis of several sample of slag skin, and 
found that the crystallisation did not follow the path given by the 
phase diagram. 

It has been observed that good quality surface is associated with 
the presence of a finite depth (few cm) of liquid-metal contact on 
the slag skin [4] also known as “liquid head” or “standing height”. 
To achieve these requirements, the melting point of the slag must 
be higher than that of the metal. For this reason it was stated that a 
slag with higher Al2O3 content than the eutectic will produce good 
surfaces, while those with lower will not[2]. It was found that two 
slags with 25 and 10 wt-% gave uniform smooth slag skin. The 
slag with 1 wt-% Al2O3 was embedded within the ingot surface. 
The resistivity of the slag was also mentioned as an important 
parameter since it controls the heat generated within the slag [2]. 
Slags with lower fluoride contents (higher electric resistivity) are 

known to be operationally more efficient in achieving good ingot 
surface quality [5]. A resistive slag is believed to be able to gener-
ate a sufficiently high temperature at the slag/pool interface to 
sustain the existence of a sufficiently thick depth of liquid metal 
against the slag skin. However it can be argued that the tempera-
ture in a process is primarily determined by the targeted melt rate. 
A resistive slag needs a smaller amount of imposed current to 
reach the same melt condition than a more conductive slag. So the 
temperature might not be the only reason. In addition the explana-
tions given, melting point of the slag versus electric resistivity, are 
clearly overlapping since slags with higher (Al2O3) content have 
generally higher electric resistivity and simultaneously higher 
melting point.  

It was suggested by industry to run the process with warmed 
mould may encourage the formation of smooth skin [6]. But in 
most common industrial practice, the problem with poor surface 
has been dealt with increasing the power input (and so the melt 
rate), and by using the highest stable fill-ratio. An explanation 
based on slag temperature can again be given, a large fill ratio 
decreases the heat losses at the exposed slag surface, and thus 
increases the slag temperature near the mould. The thickness of 
the slag skin is also largely affected by immersion volume of the 
electrode. Immersing a large volume of electrode into the slag 
layer increases the amount of heat extracted by the electrode and 
by the mould, which lowers the temperature of the slag cap and 
thus increases the thickness of the slag skin. Therefore it is highly 
recommended to keep the immersion volume of the electrode as 
small as possible. 

The slag viscosity was also mentioned as a parameter that can 
control the slag skin thickness.   Due to similar molecular mecha-
nism of the viscosity with the electric resistivity (ions movement), 
electrically resistive slags are more viscous than conducting ones.  
By using a slag with high viscosity the slag flow velocities are 
lower. Kusamichi et al.[7] reported larger radial temperature 
gradient in slags with low fluoride content than for  larger one.  
The hottest region was located near the electrode, and the coldest 
near mould. Low fluoride slags are usually used together with 
lower applied electric current intensities, which together with a 
higher viscosity level mean lower magnitude of the electromag-
netic forces, which in turn generate less stirring in the slag region.  
The fact that colder temperatures were found near the slag skin for 
low fluoride slags is an indication that the slag temperature is not 
the proper mechanism to explain why resistive slags are more 
efficient in producing thin slag skins.  

In previous numerical works it was shown that the electric current 
flowing directly towards the mould has a considerable effect on 
the slag skin thickness [8-9]. For better prediction, the Joule heat-
ing generated by the electric current must be added to the heat 
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balance of the slag skin. To our knowledge, Medina et al. [10] 
were the first to notice experimentally a possible relation between 
the electric current and slag skin thickness, these authors stated:
“..a considerable increase in slag skin weight may be produced 
when remelting shows wide oscillation in current”. A physical 
relation between the slag skin formation and voltage swing must 
exist. The amount of electric current flowing through the slag skin 
is controlled by the effective electric conductivity of the skin.  
This effective conductivity must also take into account the exist-
ence of a contact resistance at the slag skin/mould interface [11-
12]. Just as for the heat transfer, this contact resistance might 
depend on the slag composition but also on the temperature. For 
some compositions or/and at high temperatures the slag skin 
possesses a “plasticity” which promotes a very good contact with 
the mould [12]. According to our own estimations, by taken into 
account the slag/mould contact resistance, the effective solid slag 
conductivity lies in the range of 0.1 to ���Sm-1.

In the case of “mould isolated“ from the baseplate, J.Cameron et 
al. [13] estimated the amount of mould current to be less than 5% 
of the total current. However, the processes studied were small 
ESR units (moulds ~2.5-8 cm mould and 2.5-3 cm electrodes 
diameters) which in normal conditions operate with deep elec-
trode immersion depth. The shape of the electrodes tip in such 
small size ESR are conical, the current path is thus mostly orient-
ed towards the liquid pool. If the electrode tip would have been 
deepen close to the slag surface the amount of mould current 
would have probably reached 20 to 40 % of the total current 
(according to our own calculations).  For other ESR scales the 
amount of mould current can reach up to 90% of the total applied 
current [8-9].   

We propose the hypothesis that the current flowing through the 
slag/mould and the ingot/mould interfaces is a major key parame-
ter to explain the empirical correlations gathered by industry on 
the quality of the ingot surface. After having presented some 
generalities about electric current path, the effect of mould current 
on the slag skin thickness is investigated.  

Electric current path in ESR system 

To correctly predict the electric current path, a numerical model 
based on the potential formulation A-��of the electromagnetic 
field has been used. The mould and the electrode diameter are 
0.75 and 0.5 m respectively. The slag height is 0.15 m, the liquid 
and solid slag conductivities are taken equal to 140 and 5 Sm-1.
The slag skin thickness is assumed constant along the height 

. The ingot is assumed to be in perfect electric contact 
over 3 cm under the slag/metal interface.  An rms current of 
14200 A is applied from the top electrode. The results of calcula-
tions show that different electric current paths can exist in the 
ESR process (Figures 1-2). The possible paths depend on whether 
the mould is connected or not to the baseplate.�

In the case of a “live mould” the possible electric current circuits 
are:  
a: Electrode->Slag->Mould                   
b: Electrode->Ingot->Mould 
c: Electrode->Ingot  ->Baseplate->Mould 
In the case of “insulated mould”: 
d: Electrode->Slag->Mould->Ingot->Baseplate                   
e: Electrode->Ingot-> Baseplate 

The magnitude of the current flowing in each circuit depends on 
the electric resistances of each path. In the isolated concept the 
current in the circuit (d) has to cross two times the skin. Thus if 
the slag skin covers the entire ingot, less current flows within the 
mould in the “isolated“ than in the “live mould”. However a 
distinction must be drawn between the current entering (or leav-
ing) the mould at the slag and at the ingot level. At the slag level, 
for the present configuration, a small difference exists between the 
live and insulated mould concept. However at the mould level it 
can be seen that for the live concept, the slag skin has only a very 
limited power of insulation since almost 30% the current enters 
the mould. At 50 Hz for the insulated mould, eddy currents gener-
ated within the copper media propagate inside the steel media 
(Figure 2). In the case of live mould, the model predicts that a 
small amount of current is flowing from the ingot to the mould 
trough the liquid slag.  If the slag skin is totally remelted at the 
liquid metal level, a good contact metal against the copper mould 
can increase considerably the amount of mould current. In the 
present configuration the mould and the ingot are assumed to be 
in contact over a height of 3 cm, in reality this height can be much 
larger especially in the presence of a “liquid head”. So from a 
process to another this contact height can be very different, so the 
magnitude of current that can potentially flow through this bound-
ary cannot be clearly defined. In opposite the amount of current 
flowing from the liquid slag to the mould, topic of the next section 
is much more universal.  

(a) Live Mould                    (b) Insulated Mould 
Figure 1: Electric current path for a low frequency current 

(DC or < 5Hz)

(a) Live Mould                    (b) Insulated Mould 

Figure 2: Electric current path for a 50Hz frequency AC 
current

96



Effect of a finite slag skin conductivity on power generated 

To illustrate the effect of the slag skin electric conductivity on the 
power generated a parametric study were performed on the case of 
a “live mould” ESR process. The slag skin thickness is still as-
sumed to be constant along the height . Figures 3 
shows the evolution of the total power generated in the slag (Pt)
with the slag skin conductivity. 

Figure 3: Total power generated versus slag skin electrical 
conductivity

The power decreases almost exponentially with the slag skin 
electric conductivity, which means that opening the path to the 
mould decreases the overall resistance. The power reaches 1000 
kW for the case of perfectly insulating slag skin, for conductivi-
ties larger than 15 ��m the power almost reached its asymptotic 
level (~775kW).  

Figure 4: Proportion of electric current entering the mould 
at the slag level

The proportion of mould current Im/It increases strongly for con-
ductivities smaller than 3, for the proportion increases 
asymptotically towards a maximum of about 32 % (Figure4).  

The proportion of power generated within the slag skin reaches a 
maximum of 27 % for slag skin electric conductivities 
��m (Figure 5). The existence of a maximum can be explained

by the fact that increases while decreases with . Due to 
the lack of knowledge of the actual slag skin electric conductivity 
it is difficult to determine the actual state of the process. However 
in the real ESR plant the experimental power was found to fluctu-
ate from 790 to 830 kW. This indicates that the actual slag skin 
conductivity might be around 2 to 3 ��m. If uncertainty about 
actual liquid slag conductivity is taken into account (

��m), the slag skin conductivity can be assumed to be within 
the range of 1 to 5 ��m.

Within this range the power generated within the slag skin (Ps) is 
high 80-220 kW, it represents 10 to 27 % of the total power. This 
power must be compared with the heat lost through the mould, 
which is in the order of 350 kW (assuming 106 Watt/m2). Even in 
the largest case the Joule heating generated in the slag skin con-
tributes for 2/3 of the heat received by the mould. So it can be 
stated that having 27% of the total power generated within the 
slag skin cannot be considered as unphysical. However this large 
amount of power generated in a so thin volume will definitively 
modify the actual skin thickness. 

Effect of slag height and fill ratio on the mould current 

The larger is the slag height, the higher is the resistance of the 
electrode/liquid pool path. For the case of slag skin conductivity 
of about and slag height of about 30 cm, 66% of the cur-
rent flows to the mould in the live mould concept, and 50% in the 
insulated mould concept (Figure 6).  Similarly the fill ratio con-
trols the ratio between the electrode/mould and the electrode/pool 
distances. Smaller is the electrode radius, less current flows into 
the mould. 

Figure 5: Proportion of the total power generated within 
the slag skin
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(a) 15 cm slag cap     (b) 30 cm slag cap 

Figure 6: Electric current path for two slag heights for the case of 
mould insulated from the baseplate. On the right the electric 

current vectors are shown in a the region near the mould

Effect of the mould current on the slag skin thickness  

Let us consider the energy balance within the slag skin. The 
warmer liquid slag (or liquid metal) provides a heat flux 
wich enters the slag skin. At equilibrium the heat entering the 
mould consists in the sum of and the heat generated 
by the Joule heating within the slag skin :

(1)

The thin attribute of the slag skin allows us to rewrite it in the 
following form:  

(2)

Where j is the electric current crossing the skin, δ is the skin 
thickness, is the effective slag skin electric conductivity, and 

is the drop in temperature across the slag 
skin. In the present analysis consider the hot side of the skin to be 
the slag liquidus temperature. is an average heat conductivity 
of the solid slag . The magnitude of the temperature drop across 
the slag skin depends on the quality of the heat contact with the 
copper mould. In the case of a perfect contact, 

. In real process a jump in temperature exists at the 
interface with the mould, so the temperature drop across the skin 
is probably smaller  

Without mould current (j=0) the thickness is simply inversely 
proportional to the heat flux: 

(3)

In the presence of mould current the solution is: 

(4)

with defined as:

(5)

When  , the slag skin thickness decreases quadratically 
with the intensity of mould current : 

(6)

For very large electric current density , the thickness de-
creases with the inverse of the electric current density :

(7)

In the ESR process the current j is function of the difference in 
electric potential across the skin thickness is not independent of 
����

(8)

For the sake of simplicity we assume that the mould is connected 
with the baseplate, in this case we can assume  constant 
and equal to zero. The solution of equation (Eq. 2) simplifies into:

(9)

The slag skin thickness decreases linearly with and quadratical-
ly with the jump in potential across the skin. The maximum possi-
ble difference between the liquid slag and the mould electric
potential is:

(10)

This represents a physical limit for the Joule heat released over 
which the skin layer cannot sustain its solid nature ( . As 
example by using , , we obtain Volt. 
The maximum difference in potential is reached at the 
gas/slag interface. The question is whether the limit (Eq. 10) can 
be reached or not during the process. In both live and insulated 
mould cases, the potential of the mould can be considered 
as constant. The magnitude of varies with the axial position 
along the mould and reaches its maximum at the top slag/gas 
interface. This maximum depends directly on the fill ratio and 
must be compared with . By increasing the size of the 
electrode, becomes closer to the operating voltage of the 
process (typically 30-70 Volts).  Therefore depending on the 
properties and the height of the slag, there exists a maximum fill 
ratio so that . It is clear that more resistive is the 
slag skin, larger can be the fill/ratio. We believe that relation (Eq. 
10) explains also why ESR processes are successfully run with 
large fill ratio only if the slag height is not too high. 

Correlation between electric current distribution and ingot surface 
quality 

The slag skin is first formed at the slag level, and then enters the 
liquid metal pool where it can either keep its size or melt.  Good 
ingot surface quality is believed to be achieved if the slag skin 
melts completely or at least partly. For each empirically known 
correlation, a conventional explanation related to heat transferred 
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to the slag skin ( in Eq.1.) exists. The proposed explanation 
based on the Joule heat released within the slag skin  is
related to the magnitude Im or proportion of the mould current 
(Im/It). A summary of concurrent explanations is presented in 
table1.

The two cases (B-C) are highly related and cannot be separated, 
higher melt rate are only reached by increasing the magnitude of 
the applied current and so the power.  The cases D and C decrease 
the heat losses by decreasing the area in contact with the elec-
trode, the air and the mould. However these two cases, as men-
tioned in previous sections, are related to the geometrical charac-
teristics which control the amount of mould current. The case A is 
better related to the electric explanation by the fact that if similar 
melt rates are obtained with two different slags, resistive slags 
although using lower electric intensity give usually better surface 
quality. 

Table 1.  Factors influencing the ingot surface quality and
                   possible explanation  

Cases Empirical corre-
lation  towards 
better ingot 
surface quality 

Explanation 
based on slag 
temperature 

Explanation 
based on 
mould current 

A Higher slag 
resistance  

Higher slag 
temperature  

Im/It   

B Melt rate
 

Higher slag 
temperature 
Stronger 
liquid pool 
stirring 

Im    

C Power, applied 
current 
 

Higher slag 
temperature 
Stronger 
stirring in the 
slag and metal 

Im   

D Fill ratio  
(Re/Rm)  

Heat lost at  
the exposed 
slag surface  

Im/It   

E Electrode pene-
tration depth   

Slag/mould 
surface 
heat lost   

Im/It  

Summary 

Despite its small electric conductivity, the solid slag skin can
conduct a large amount of electric current.  The proportion of 
electric current entering the mould is a function of the slag electri-
cal conductivity, the slag height, electrode penetration depth and 
the fill ratio.  These parameters are also known to influence the 
ingot surface quality. We suggest the hypothesis that the Joule 
heating generated within the slag skin contributes largely to the 
ingot surface quality.  Results of simulations show that a large 
amount of Joule heating is generated within the slag skin volume. 
The electric current that crosses skin at the liquid metal level can 
easily reach high electric current density. Depending on the heat 
balance, this additional heat contributes certainly to the melting of 
the slag skin volume. It is obvious that through the slag skin 
thickness, the mould current can influence the liquid pool shape 
and thickness.  
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Abstract

The dissolution of solid lime particles into liquid slags at high 
temperatures was investigated by means of confocal laser 
scanning microscopy (CLSM). An additional solid layer around 
the lime particle was observed at the intermediate stage of the 
dissolution into CaO-Al2O3-SiO2 slags. The dissolution rate was 
decelerated due to the existence of the additional layer and the 
dissolution profile could be clearly distinguished into three stages, 
i.e. an early, intermediate and late stage. By adding 10 wt% MgO, 
this layer could be effectively eliminated and the slope of the 
whole dissolution profile kept relatively constant. The dissolution 
path and mechanisms were subsequently evaluated by 
incorporating thermodynamic calculations. Both direct and 
indirect dissolutions could be distinguished. It was realized that 
the decrease in composition range for solid precipitating after 
adding MgO could significantly reduce the interfacial reaction 
(IR) layer formation. Post-mortem analyses on quenched samples 
were further carried out to confirm the theoretical calculations. It 
was found that the solid layer in slags without MgO was 
(CaO)2·SiO2 and (CaO)3·SiO2 which is in line with the 
thermodynamic calculations. However, only (CaO)2·SiO2 was 
noticed in slags with MgO which both (CaO)2·SiO2 and MgO
phases should be present according to the calculations. The non-
equilibrium during dissolution may play an important role on 
phase transformation and MgO particles in much smaller quantity 
may have dissolved into (CaO)2·SiO2 phase. 

Introduction

Dissolution, a process of dissolving solid or liquid into a solvent, 
is a ubiquitous phenomenon in the field of engineering. 
Decomposition of biomass [1], leaching of mineral ores [2],
corrosion of refractory materials [3], and dissolution of solid 
additives for impurity removal in ladle metallurgy [4] are only a 
few examples where a breakdown of the crystal lattice occurs 
forming a homogeneous mixture with the solvent. There are 
mainly two categories of dissolution, i.e. direct and indirect [5].
During indirect dissolution, a firm product layer or non-flaking 
ash will be formed outside the particle while the whole solid 
particle size (including the product layer) remains unchanged. In 
this case, the process may include such steps as 1) diffusion of 
liquid reactant through the boundary layer (liquid film) 
surrounding the particle to the surface of the particle, 2) 
penetration and diffusion of liquid reactant through the layer of 
non-flaking ash, 3) chemical reaction at the interface between the 
non-flaking ash and the particle, 4) diffusion of the products 
through the product layer and the boundary layer [5]. The 
dissolution can be rate limited by any of the steps or a 
combination. It can be influenced by various factors, e.g., 
temperature, particle size, agitating conditions, etc. Although the 
apparent kinetics can be easily obtained by characterizing the 

samples after dissolution, the real-time dissolution mechanism is 
very complex and is difficult to be concluded [6]. Direct 
dissolution is relatively faster and no ash/residue is formed 
outside the particle or the ash is flaking [5]. In this research, lime 
is adopted to understand the dissolution mechanisms in CaO-
based slags. The reason is that lime is very commonly used in 
many high temperature processes and its dissolution in slags is 
very representative. The dissolution nature is of broad interest and 
a better understanding of the lime dissolution in liquid slags will 
be helpful to chemical/metallurgical process design and 
optimization. 
  
One process of using lime is the primary steelmaking e.g. basic 
oxygen furnace (BOF) and electric arc furnace (EAF) processes, 
where lime or dolomite is added as a fluxing additive to obtain a 
basic slag and help to remove harmful impurities such as sulfur 
and phosphorous [7, 8]. Another process involving lime 
dissolution is the entrained flow gasifier for power production 
where lime is used as flux to lower the melting point of the coal 
ash slag [9]. The ash that remains after coal combustion typically 
contains SiO2, CaO, Al2O3 and/or FeO [9]. The slag properties, 
e.g. viscosity and refractory corrosion behavior, are associated
with its evolution and slagging process where the lime dissolution 
is a key issue [7, 10-12]. By increasing the lime addition, the 
resulting slag becomes less viscous and can be tapped from the 
base of the gasifier. In both cases, the rapid and complete 
dissolution of lime into the molten slag is very important to ensure 
its effective utilization. Calcium fluoride (fluorspar) has been 
known as an efficient flux which can enhance the lime dissolution 
[13, 14] by increasing the diffusivity of CaO. However, owing to 
the emission of fluorine containing species into the atmosphere 
and potential contamination to the soil during slag disposal, the 
use of fluoride is limited in consideration of environmental 
protection [15]. Therefore, many efforts have been made to find 
alternative fluxes in place of fluorspar [15-18]. Some attempts 
have been performed to obtain alternative options in place of 
fluorspar. MnOx, FeOx, and TiO2 are found to increase the lime 
dissolution [17] where the viscosity of the slag and CaO 
diffusivity are modified. However, SiO2 is found to decrease the 
lime dissolution by increasing the viscosity [19]. In a CaO-Al2O3-
SiO2 slag, a layer of Ca2SiO4 can be found and the diffusion in 
this solid product tends to be of vital importance in determining 
the dissolution [7]. If the slag contains a sufficient amount of 
Fe2O3 [20], the product layer becomes discontinuous and it will 
be beneficial for the lime dissolution. To detect the dissolution 
mechanism, the most common method is the so-called “finger 
test” technique where a “rotating or static lime cylinder” is dipped 
into a molten ash/slag and exposed for a certain period [11]. After 
the test, the cylinder is taken out and characterized. The 
dissolution kinetics as well as the mechanisms can be obtained by 
analyzing the distribution of the phases through the cross-section 
of the sample. However, this method suffers as intrinsically 
indirect determination and data may become doubtable sometimes 
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especially when a discontinuous layer of solid phases are formed. 
In addition, the samples may be easily broken up and the local 
situations become different which make it hard to get the exact
conclusions [9, 11, 12, 21, 22].

Recently, high temperature confocal scanning laser microscope 
(CSLM) has become available providing a concurrent observation 
of metallurgical phenomena at high temperatures. Highlighted 
work with respect to the CSLM technique has been performed on 
various topics, such as inclusion behavior in metal melts [23],
phase transformations [24] and also dissolution of oxide particles 
such as magnesia, alumina, zirconia and spinel [16, 23, 25]. This 
technique not only provides an in-situ observation, but also makes 
it possible to control the dissolution process on-line by adjusting 
the temperature or heating rate. Nevertheless, one of the 
limitations of the CSLM so far is that on-line phase/composition 
analysis is still not available. Traditionally post-mortem analyses 
of quenched samples are combined with the in-situ observation 
[16, 23]. However, information about phase transformation may 
be lost, e.g. precipitates of very small size are neglected, since the 
dissolution process is far from equilibrium. On the other hand, 
instantaneous chemical reactions may still be possible during 
quenching and therefore some details of the dissolution can still 
be overlooked. 
  
In this work, real-time thermodynamic calculations are performed 
in accordance with the in-situ observation and post-mortem 
analyses. This approach provides more reliable information on the 
dissolution nature of micrometer-sized lime particles into CaO-
Al2O3-SiO2 based slags. The information is obtained by steadily 
characterizing i) phase transformation/precipitate during 
dissolution, ii) effect of MgO additive on dissolution.  

Materials and Experiments  

Materials

The slags involved in the experiments consisted of Al2O3, SiO2
and CaO with or without MgO. They were prepared by blending 
the pure oxide compounds in a molybdenum crucible. Before 
mixing, all the oxides were dried in a muffle furnace at 300 °C for 
24 hours. After obtaining a homogeneous mixture, the crucible 
was placed in a tube furnace under purified argon atmosphere and 
held for at least 24 hours at a temperature of 1600 °C. As soon as 
the pre-melting finished, the slags were quenched against a steel 
plate and crushed into small particles that were then re-melted in 
the CSLM to release all the gases before running an experiment. 
The compositions of the pre-melted slags are listed in Table 1. 
The oxides used during the experiments were produced by Alfa 
Aesar, all with purities of 99.95 wt. %. The lime particles for 
dissolution were also produced by Alfa Aesar and prepared from 
coarse lime grains. Before dissolution, the particles were dried in 
a muffle furnace at 600 °C for 24 hours to remove water.

Experimental Apparatus and Procedures

The CSLM-IIF equipment (CSLM, Lasertec, 1LM21M-
SVF17SP) was used to carry out in-situ observations of lime 
dissolution at high temperature. A detailed description of the 
CSLM can be found in our previous work [6, 26]. The furnace 
inside is gold-plated and ellipsoidal in shape. The crucible is 
placed in the upper focal point of the elliptical heating chamber 
and a halogen heating lamp is located in the lower focal point. 

The temperature is controlled by a B-type thermocouple welded at 
the bottom of the sample holder. HiTOS software contacting with 
a REX-P300 controller is used to program the temperature 
profiles. In order to ensure the accuracy of the measured 
temperature, thermocouple calibrations were performed using 
standard pure metal samples, e.g. copper, nickel and iron. A
schematic view of the set-up is given in Figure 1.

Figure 1. Schematic representation of the CSLM sample holder

Before the dissolution experiments, the heating chamber was 
evacuated to ca. 10 Pa and refilled with ultra-purified argon gas 
for at least three times. The Ar gas passed through a Restek triple 
filter and a Restek high capacity oxygen scrubber to remove
oxygen, moisture and hydrocarbons before being filled into the 
chamber. Then the slag sample with a lime particle on the surface 
was heated to the desired temperature. The evaluation of the lime 
dissolution always started from the point where the set 
temperature was reached. In order to reduce the interaction of the 
slag and the particle before the slag melting, the sample was 
heated with a relatively high rate of around 200 ~ 350 °C/min. For 
each slag (Table 1), the dissolution experiments were performed 
at various temperatures.

In the present investigation, the lime particles were of irregular 
shape. In order to evaluate the changes of lime particle size during 
the dissolution, a border was extracted around the lime particle in 
the images obtained via HiTOS software. An example is given in
Figure 2 for the lime dissolution in slag SM1 at 1480 oC. An
equivalent radius was computed based on the measured area of the 
particle size. With the size evolution of the lime particle, the 
dissolution kinetics was derived.

Table 1. Compositions (wt. %) of the Slags Used in This Study

Slag 
Number CaO SiO2 Al2O3 MgO Basicity

(CaO/SiO2)

SM01 45.0 45.0 10.0 0 1.0
SM02 30.0 60.0 10.0 0 0.5
SM03 40.0 40.0 20.0 0 1.0
SM04 26.7 53.3 20.0 0 0.5
SM1 40.0 40.0 10.0 10.0 1.0
SM2 26.7 53.3 10.0 10.0 0.5
SM3 35.0 35.0 20.0 10.0 1.0
SM4 23.3 46.7 20.0  10.0 0.5
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Results and Discussion

In-situ Observation of Lime Dissolution in CAS-Based Slags

Figure 2 shows the lime dissolution process in slag SM1 at 1480
oC. In each image, the boundary of the particle which is indicated 
by the dashed lines is extracted according to the image contrast. 
The particle which had an irregular shape becomes more spherical 
during dissolution. A rotation of the lime particle is also realized 
in Figure 2 which results from a composition build-up near the 
particle surface. During dissolution, the composition build-up
originates from the local mass fluxes due to the change in the 
local radius of the particle when it is not spherical [6]. The 
rotation introduces errors in the measurement of the particle size 
and probably influences the shape of the radius evolution profile. 
The dissolution process may therefore be affected because the 
rotation can induce extra flow in the boundary layer between the 
particle and the slag bulk. The equivalent radius is calculated by 
assuming that the particle is a sphere and therefore the irregular 
shape of the particle is an important source of scatter in the 
dissolution profiles. However, the effect from these errors is not 
influencing its tendency, which is considered important in 
determination of the dissolution mechanisms. 

Figure 2. CSLM images of a slow CaO dissolution process in slag 
SM1 at 1480 °C.

Multi-Solid (MS) Layer Formation During Lime Dissolution In
Slags Without MgO Addition
  
In some experiments, a clear MS-layer structure could be 
observed during CaO dissolution, as shown in Figure 3 (indicated 
by arrows). The in-situ observation showed that this layer formed 
after the CaO particle has been immersed into the molten slag for 
a certain time, suggesting an incubation period for its formation. 
The layer grew with time, reaching a maximum thickness. 
Afterwards, it dissolved into the slag, faded and finally 
disappeared. The remaining lime then dissolved with a rapid rate. 
It has been found that the MS layer is more easily observed in 
slags without MgO addition and at lower temperatures. The 
formation of the MS layer influences directly the dissolution 
mechanisms and a lower dissolution rate is normally realized. 

(a) SM02              (b) SM04

Figure 3. MS layer formed during CaO dissolved in slags without 
MgO: (a) slag SM02 (thinner layer); (b) slag SM04 (thicker layer)

Figure 4 gives the lime dissolution profile in slag SM04 at 1480 
oC. It can be found that the dissolution rate becomes very low 
from around 315 s indicating the formation of a MS layer. At both 
the early and late dissolution stages where no MS layer forms, the 
dissolution rates are significantly faster. It gives a direct proof that 
the MS-layer structure prohibits lime dissolution. Therefore the 
current dissolution kinetics is intrinsically a multi-stage/multi-
scale process and is influenced by a number of factors, e.g. 
temperature, slag compositions, diffusion nature of CaO and/or 
local flow field. Those factors are apparently affecting the 
formation of the MS-layer structure.
  

Figure 4. Lime dissolution profile in slag SM04 at 1480 oC (R: the 
equivalent particle radius). A clear platform is observed due to the 

MS layer formation during dissolution.

In slags without MgO addition, it has been detected that 
temperature influences significantly the observation of a MS layer 
structure with CSLM. This is reflected in the dissolution profiles. 
As shown in Figure 5, the MS layer formation range (with a lower 
dissolution rate) in the dissolution profile becomes much narrower
with increasing the temperature. Since the lime particles were 
irregular and it was difficult to find two similar particles, the 
normalized particle size R/R0 is provided in Figure 5 with R0 the 
particle equivalent radius when the particle was just immerged in 
the slag which is corresponding to the starting time t0 of the 
dissolution. At a sufficiently high temperature, e.g. 1600 oC, 
although the MS layer was still observed, it diminished rapidly. 
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Figure 5. Lime dissolution profiles in slag SM02 without MgO 
addition at different temperatures. MS layer formation range 

becomes shorter with increasing temperature.

By adding MgO, the formation of MS layer structure is found to 
be effectively prohibited. As shown in Figure 2, only one border 
of liquid slag-solid in the images is distinguished during 
dissolution.  Figure 6 shows the lime dissolution profiles in slag 
SM1 at different temperatures. The dissolution rate which is 
reflected by the slope of the dissolution profile increases 
dramatically with temperature. Although a minor change of the 
slope during dissolution can still be observed, there is no obvious 
transition region distinguishable comparing with Figure 5. The 
distinctive phenomena in slags with and without MgO addition 
can originate from the difference in their dissolution nature.

Figure 6. Lime dissolution profiles in slag SM1 with 10 wt.% 
MgO addition at different temperatures. No obvious transition 

region can be distinguished.

Dissolution Path and Phase Identification

Dissolution Path In order to understand the formation of the MS 
layer, the phase diagrams of the slag systems were calculated by 
using FactSage software with FToxid database [27]. During 
dissolution, a concentration gradient of CaO is built between the 
bulk (liquid slag) and the lime particle. The dissolution path of 
CaO at a certain temperature and in a given slag passes through 
different phase zones in the phase diagrams. Although the 
dissolution is a non-equilibrium process, the phases which may 
precipitate adjacent to the particle can still be predicted by the 
phase diagrams. Figure 7 shows the phase diagrams of slags with 

and without MgO addition at 1600oC. The dissolution should stop 
at the CaO content where CaO monoxide phase starts to 
precipitate in the phase diagram. In the case of slag SM02 (Figure 
7 (a)), it happens at the composition of around 72 wt% CaO. With 
the accumulation of CaO content in the slag during lime 
dissolution, two solid phases i.e. (CaO)2·SiO2 and (CaO)3·SiO2
will precipitate adjacent to the particle according to Figure 7 (a). 
The precipitates subsequently form a continuous solid layer or a 
MS layer structure according to the in-situ observation (Figure 3). 
The CaO content for solid phase precipitate ranges from ~52 wt%
to ~72 wt%. The accumulation of solid precipitates around the 
lime particle is considered to be the reason of a lower dissolution 
rate after the dissolution proceeds a certain time (Figure 5). At the 
early stage, CaO dissolves directly into the liquid slag inducing a 
local compositional accumulation and it continues to diffuse into 
the bulk slag. The direct dissolution reaction can be given as

)CaO(CaO(s) 0                                                                           (1)                      
where small bracket ( ) indicates species in liquid slag.
When the precipitate of solid phases is promoted and a solid layer 
is formed, lime dissolution becomes indirect as

(s)SiOCaO)()SiO(3CaO(s) 232 �0�                              (2)                 
(s)SiO(CaO)3)SiO((s)SiO2(CaO) 22223 �0��                     (3)                     

and/or
(s)SiOCaO)()SiO(2CaO(s) 222 �0� (4)                     

)4(O)Si()2(Ca(s)SiO(CaO) 242
22

#�� ��0�                          (5)
                                   
When the slag contains MgO, e.g. SM2, the primary solid 
precipitate is (CaO)2·SiO2 from the liquid slag when CaO content 
is relatively lower (e.g. at ~56 wt%) according to Figure 7 (b). 
Solid MgO phase is also precipitating together with (CaO)2·SiO2 
when the CaO is locally accumulating in the slag and has 
relatively smaller amount. The CaO content for (CaO)2·SiO2
precipitate ranges from ~56 wt% to ~65 wt%. This small 
compositional range may dramatically decrease the amount of 
(CaO)2·SiO2 formation comparing with slag SM02 (Figure 7 (a)). 
Therefore, no MS layer was clearly observed under CSLM and 
the dissolution rate kept nearly constant as shown in Figure 6. The 
dissolution is then following reactions (1), (4) and (5). If MgO 
crystals with large particle size are formed, the dissolution 
mechanisms may become more complex and spinel phase may be 
observed [6]. 

Microstructural Characteristics at Lime Particle/Liquid Slag 
Interface In order to verify the dissolution paths and reactions, the 
sample with MS layer formed during dissolution was quenched 1 
second after the layer was clearly distinguished. It needs to be 
indicated that the formation of the MS layer is very rapid. The 
time is around 2~3 seconds from the first sight to a clear view of 
the layer. The sample with MgO addition,was quenched 1 second 
after the particle is fully immerged into the slag. Figure 8 shows 
the secondary electron images of lime dissolving into slags SM02 
and SM2 as well as their energy-dispersed x-ray (EDX) mappings.
A single sharp edge is observed between the lime particle and the 
slag bulk for slag SM2 (Figure 8 (a)), while an MS layer with 
CaO accumulation can be clearly distinguished for slag SM02 
(Figure 8 (b)). The layer exhibits compositional gradient from the 
particle to the slag bulk. It gives a direct proof that a solid layer is 
formed during lime dissolution in slags without MgO addition. 
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The compositions of different phases formed during dissolution 
were further analyzed. The morphologies of the phases are shown 
in Figure 9. For slag SM02, the experimental results are well 
corresponding with the phase diagram predictions (Table 2). Both 
(CaO)2·SiO2 and (CaO)3·SiO2 were found and (CaO)3·SiO2
generates first near to the lime particle. This is in agreement with 
the dissolution path given in Figure 7 (a) (the dash line indicates 
the phase evolution from the liquid slag to periphery of the lime 
particle). However, the layer of (CaO)3·SiO2 is very thin (<5 μm) 
and it is replaced immediately by (CaO)2·SiO2 when CaO content 
becomes lower in the surrounding liquid slag (or when the 
location is sufficiently far from the particle). The (CaO)2·SiO2
layer is found to be ~30 μm and continuous. This thickness was 
obtained when the solid layer started to be clearly distinguished. It
had been realized that this layer formed in a very short time as 
mentioned above. Before the layer was formed, CaO 
diffusion/direct dissolution into the slag prevailed the dissolution 
process. 

^�� �����=>�����	
���	������ ����
����Ã��Ä�� ��� 
����*������
� ��� ���
lime particle (Figure 9 (a)). The layer is discontinuous and 
contains a set of (CaO)2·SiO2 crystals with a small amount of 
MgO (the compositions are shown in Table 2, C and C*). 
However, no pure MgO crystals were found in the sample which 
should precipitate together with (CaO)2·SiO2 according to the 
phase diagram (Figure 7 (b)). This may be due to two reasons, i.e. 
i) the fresh MgO crystals were too small to be detected with SEM;
ii) MgO and (CaO)2·SiO2 precipitate at the same time; since 
MgO has relatively small amount, it may form solid solution with 
(CaO)2·SiO2 crystals (hypothetically). 
According to the C and C*compositions in Table 2, the crystals 
can also be considered as distorted Merwinite phase. However, it 
is difficult to draw this conclusion since the process is far from 
equilibrium. The precipitation of new phases may cause a 
compositional divergence in the slag from its original composition 
and result in depleted zones of SiO2, Al2O3 and/or MgO. The 
shortage of these elements may be suppressed quickly if the 
required mass transport condition is fulfilled. Otherwise, the 
formation of new precipitates is interrupted and distinct phases 
may also be generated. Therefore, a detailed experimental 
verification on phase equilibria is required to determine the exact 
phases. 

In the present research, however, the kinetics and dissolution path
are focused. Although the above analyses are not fully 
quantitative, they have already provided significant information to 
distinguish the effect of MgO on lime dissolution into liquid slags. 
On one aspect, the narrower CaO content range for solid 
precipitates in slags with MgO (Figure 7) addition initiates less 
solid precipitates and the solid layer becomes less visible under 
CSLM. On the other aspect, the layer of precipitates is 
discontinuous in slags with MgO (Figure 9 (a)) and it can be 
easily re-dissolved into the liquid slags with lower CaO content. It 
indicates that MgO plays important roles in accelerating lime 
dissolution into liquid slags.

Figure 7. Phase diagrams of the slags in the present research. (a) 
slags without MgO addition; (b) slags with MgO addition. The 

direct dissolution paths for each slag are shown by the dash lines.
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Figure 8. SEM images of lime particle dissolving into slags with 
(a) and without (b) MgO addition. Energy dispersed x-ray 

mappings indicates the distribution of the corresponding elements 
around the lime particles.

Figure 9. SEM images of different phases forming during lime 
particle dissolving into slags with (a)-SM2 and without (b)-SM02 

MgO addition.

Table 2. Composition of Different Phases Measured with Energy 
Dispersed X-ray

NO. Ca 
at.%

Si 
at.%

Al 
at.%

Mg 
at.% Phases

SM2

A 50.75 0.98 0.18 0.29 CaO
B 12.31 21.99 4.61 3.69 Liquid slag 

SM2
C 26.36 16.81 1.04 5.92 C2S+MgO
C* 32.01 17.84 0.84 4.74 C2S+MgO

SM02

D 48.51 0.73 0.29 - CaO
E 14.35 25.19 4.71 - Liquid slag 

SM02
F 24.53 16.60 0.23 - C2S layer
G 46.24 17.10 0.15 - C3S

Conclusions 

The effect of MgO addition on lime dissolution has been 
discussed. Without MgO addition, the dissolution rate was 
decelerated due to the formation of an MS layer in slags and the 
dissolution profile could be clearly divided into three stages, i.e. 
the early, intermediate and late stages. The smallest dissolution 
rate i.e. slope of dissolution profile, is found at the intermediate 
stage of the dissolution. This implies that the MS layer forms 
when the local CaO accumulation becomes large enough. By 
adding 10 wt% MgO, this MS layer could be effectively gotten rid 
of and the slope of the whole dissolution profile then kept 
relatively constant. 
Thermodynamic calculations are performed with FactSage 
software to evaluate the dissolution path and mechanisms. Both 
direct (CaO reacts with liquid slag) and indirect (through 
intermediate phase e.g. (CaO)2·SiO2) dissolutions could take 
place under the certain experimental conditions. It was realized 
that the narrower CaO content range for solid phases in slags with 
MgO (Figure 7) addition initiates less solid precipitates and the 
solid layer becomes less visible under CSLM. On the other aspect, 
the layer of precipitates is discontinuous in slags with MgO 
(Figure 9 (a)) and it can be easily re-dissolved into the liquid slags 
with lower CaO content.
Post-mortem analyses on quenched CSLM samples substantiate 
that the solid layer in slags without MgO are (CaO)2·SiO2 and 
(CaO)3·SiO2 which is in agreement with the thermodynamic 
calculations. Meanwhile, only (CaO)2·SiO2 is detected in slags 
with MgO addition whereas both (CaO)2·SiO2 and MgO phases 
should be found according to the calculations. This disagreement 
between thermodynamic calculations and post-mortem analyses is 
believed to be caused by the non-equilibrium between different 
phases during dissolution and MgO particles in small quantity 
may dissolve into (CaO)2·SiO2 phase forming a solid solution. 
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Abstract

Besides controlling homogeneous composition and compact 
solidification structure, removal of non-metallic inclusions is an 
important characteristic for electroslag remelting process. Many 
factors influence the non-metallic inclusions in steel including gas 
and inclusions original content in consumable electrode, 
atmosphere, slag amount and its composition, power input, 
melting rate, filling ratio and so on. Fluoride containing slag, 
which influences the non-metallic inclusions to a great extent, has 
been widely used for electroslag remelting process. The present 
paper focuses on the effect of fluoride containing slag on the 
inclusions in electroslag ingot based on the interaction of 
slag-metal interface. In this work, steel grade MC5 and several 
slags have been employed for investigating the effect of slag on 
inclusions. These experiments had been carried out in an electrical 
resistance furnace under argon atmosphere in order to eliminate 
the effect of ambient oxygen. Some specimens had been taken at 
different times for analyzing the content, dimensions, and type of 
non-metallic inclusions. Quantitative metallographic analysis
method has been adopted for observing and examining the 
inclusions. SEM-EDS analysis has been used to investigate the 
composition of non-metallic inclusions of specimens at different 
time for investigating the modification behavior of inclusions. All 
the results obtained will be comparison to the original state 
inclusions in steel, which will be in favor of choose of slag for 
electroslag remelting process.

Introduction

It is a critical problem of controlling non-metallic inclusions in 

steel in steelmaking process, which has a great relationship to the 
performance of production. Inclusions will easily initiate 
micro-voids and cracks at interface between inclusions and steel, 
which might be the origins of fatigue fractures or other defects [1],
and it is not exception for electroslag remelting process. As is well 
known that removal of inclusions are an important characteristic 
for electroslag remelting process [2]. The removal of non-metallic 
inclusions during electroslag remelting process is mainly at the tip 
of the electrode and it is mainly absorption and dissolution of 
liquid slag to the inclusions [3, 4]. However, cleanliness of 
conventional electroslag steel can not meet the requirement of 
customers with the development of economic and society. A lot of 
factors influence the cleanliness of electroslag steel including slag, 
melting rate, input power, and steel grade and so on, in which slag 
plays an important role for controlling of inclusions during the 
electroslag remelting process [5].
The present work focused on the behavior of non-metallic 
inclusions through interactions at the slag-metal interface. The 
development regulation has been investigated in this paper. 

Experiments 

Experimental Material

In this work, cold roll steel MC5 has been employed for the 
experiment and its chemical compositions is shown in Table I.
The steel sample, which is manufactured by EAF-LF-VD-DC 
process, has been taken from consumable electrode in Baosteel 
plant.  

Table I. Chemical composition of cold rolls steel MC5, mass%
Steel grade Composition wt%

MC5 
C Si Mn Cr Mo V Ni 

0.51/0.55 0.45/0.60 0.50/0.65 4.85/5.35 0.52/0.58 0.15/0.23 0.42/0.48

Table II. Composition of ESR slag, mass%
Sample CaF2 CaO Al2O3 SiO2 MgO Optical basicity

S1 70 0 30 0 0 0.665 
S2 50 20 20 5 5 0.732
S3 40 25 25 7 3 0.756

Experimental Procedure and Sampling

Before all experiments, the bulk slags were prepared. Slag 
materials used in the experiment are analytical reagents and 
quantities were weighed using a high-precision electronic balance. 

Slags charged in an alumina crucible were calcined at 1123K for 
4h after thoroughly mixing in an agate mortar. The alumina 
crucible was then stored in a desiccator before the experiment. 
Experiments were carried out with four slag mixtures, as shown in 
Table II. 

The experimental apparatus is illustrated in Figure 1. The heating 
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unit is made of molybdenum disilicide. At first, a sample of cold 
rolled steel about 800g in weight surrounding by a 0.3mm thick 
molybdenum film was placed into a magnesia crucible. Then the 
crucible was placed in a graphite crucible to prevent any leakage 
of molten steel. The power was switched after the crucible was 
placed in the chamber. The furnace was heated to the experimental 
temperature (155 ) at a rate of 6K/min. Platinum rhodium 
thermocouple had been used for measure the furnace temperature. 

 
Figure 1. Schematic of experimental apparatus. 

Argon has been used to protect the slag-metal reaction system 
from top and bottom of the furnace. The sample of No. 1 has been 
taken from the molten steel after the furnace temperature has up to 
1550 . A certain amount of slag was put onto the surface of 
molten steel. The samples from No. 2 to No. 5 have been taken 
from the molten steel at 5min, 10min, 15min, 20min and 30min 
after slag has melted respectively. The sample of No. 6 has been 
sampling before ending the experiment. And the sample No. 7 was 
sampling from the solid ingot. All the samples were water 
quenched and then preparation for analyzing. 

Results and Discussion

All the samples have been analyzed by metallographic microscope 
and SEM-EDS. Quantitative metallography has been adopted for 
analyzing the amount and dimensions of non-metallic inclusions 
in samples. Figure 2 illustrates the amount of non-metallic 
inclusions for different time samples. The same original material 
has been adopted in the experiments; therefore, the amount of 
inclusions is the same. It can be seen from Figure 2 that the 
amount of inclusions decreases gradually during the experiments 
and arrives the lowest content at 15min, and then keep constant 
more or less. The value of final sample is the inclusions in solid 
ingot, which is higher than the situation of molten steel. The main 
reason should be the generation of new inclusions during steel 
solidification due to the reducing the solubility of oxygen in steel.

Size distribution of non-metallic inclusions has been shown in 
Figure 3. It can be seen that most inclusions in molten steel is less 
than 2 �m in dimension. There are less large size inclusions in 
steel especially for slag S2 and S3. In addition, the slag S1 is 
conventional slag used at the early stage of electroslag remelting
birth. Results of Figure 2 and Figure 3 indicate that slag S2 and S3
is favor of controlling amount and dimensions in steel than S1.

Compositions of ten non-metallic inclusions have been analyzed 
for every sample. Results of SEM-EDS indicate that a lot of 

inclusions of CaO-MgO-Al2O3 type have been found in the 
molten steel without addition of slag on it. The inclusions are 
converted to mainly Al2O3 type for slag S2 after the slag addition
has melted. And then these inclusions change gradually towards
the direction from G to H as shown in Figure 4. The value of 
G to H represents the average value of ten non-metallic 
inclusions. That is to say that the composition of CaO in 
inclusions decreases gradually and its structure closes to the 
system of MgO-Al2O3. It is similar to S2 for S3 slag. But the 
original composition of non-metallic inclusions is different from 
the situation of slag S2. More CaO content exists in inclusion for 
slag S3 and then CaO in inclusions decreased gradually in the 
following time. Ultimately, the inclusion turned into MgO-Al2O3
just like the situation of slag S2.

Figure 2. Amount of inclusions in steel. 
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Figure 3. Distribution of inclusions in steel (a) S1, (b) S2, (c) S3. 

In general, Al is a strong deoxidizer in steel, which can react with 
MgO and CaO in liquid slag under steelmaking temperature as 
shown in Eq. (1) and Eq. (2). 

3 MgO +2[Al]=3[Mg]+(Al2O3)                   (1) 

3(CaO)+2[Al]=3[Ca]+(Al2O3)                       (2) 

In addition, MgO is less stable than CaO and it is easier to be
reduced by Al. Moreover the reduction reaction is very quick. It 
can be seen from Figure 4 that Most CaO and MgO in original 
inclusions in electrode have been reduced by Al. Inclusions 
changed into inclusions consisting mainly of Al2O3. Results 
indicate that these non-metallic inclusions will continue to react 
and vary with time. The possible reaction can be expressed as 
follows [6]: 

4(Al2O3)+3[Mg]=3(MgO Al2O3)+2[Al]               (3) 

Mg in this equation is from the reaction product of Eq. (1). But Ca 
obtained in Eq. (2) does not induce the increase of CaO in 
inclusions according to the results in Figure 4. The reason may be 
the influence of CaF2 in slag. In addition, without CaO for slag S1, 
it may be the reason why the inclusions are mainly close to 
MgO–Al2O3. The results mentioned above are different from 
conventional refining process using fluoride free or less fluoride 
slag. Deng [7] has studied the progress of inclusions during 
conventional refining process. They found that inclusions vary 
with the route as Al2O3 inclusions Æ>�Y–Al2O3 system 
inclusions Æ��Y–MgO–Al2O3 system inclusions.

 
 

 
 

 
Figure 4. Compositions vary of inclusions with time for slag (a) 

S1, (b) S2, (c) S3. 

The inclusions of the same time (10min) have been chosen in 
order to investigate the situation of different slag as shown Figure 
5. In which solid “ ” is the average value of non-metallic 
inclusions in original steel and hollow one stands for the measure 
value at 10min. As such, solid “ ”, “ ” and “ ” represent the 
average value of inclusions in steel for slag S1, S2 and S3 at 
10min and hollow ones are the measure value respectively. 
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Figure 5. Compositions vary of inclusions at 10min for slag (a) S1, 
(b) S2, (c) S3 (d) total. 

It can be seen from this figure that the compositions of 
non-metallic inclusions have obviously changed at 10min 
opposite to original one in steel. The composition is different for 
different slags at 10 min. Results indicate that the higher the 
optical basicity is the higher the CaO and MgO content is. 
Moreover, it is obvious for CaO content in inclusions, which may 
be due to the higher CaO content in slag.  

The slag S1 and S2 have been employed in the 500kg ESR 
furnace. Results indicate that the amount of inclusions in 
electroslag steel by slag S1 is higher than slag S2, which is 
consistent with the findings mentioned above. The most inclusions 
in steel is Al2O3 for the electroslag steel by slag S1, however, it is 
MgO- Al2O3 for slag S2 as shown in Figure 6. In which “ ” and 
“ ” represent the average value and measure value of slag-metal 
reaction experiment, and “ ” and “ ” stand for the average 
value and measure value of ESR process.

In general, all the non-metallic inclusions were thought
deleterious [8]. But Al2O3 inclusion is more detrimental
comparing to MgO-Al2O3 inclusions. Because interfacial energy
between MgO- Al2O3 and steel is less than that of Al2O3 and 
steel. MgO- Al2O3 is easily dispersed in the steel without 
aggregation [9, 10]. However, Al2O3 is prone to aggregate and 
form large inclusions, which is detrimental to product 
performance. From this view point the slag S2 is superior to S1 
for electroslag remelting process.
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Figure 6. Results comparison of slag-metal reaction and ESR (a) 

S1 and (b) S2. 

Conclusions

Slag-metal reaction has been done in this paper. Development 
regulation of non-metallic inclusions has been studied. Results 
indicate that inclusions are prone to MgO-Al2O3 inclusions for 
fluoride containing slag. Different slag has different capacity of 
adsorption and solution non-metallic inclusions. Results of ESR 
process also indicate that most non-metallic inclusions in 
electroslag steel is MgO-Al2O3 inclusions for multi-component 
slag, but it is Al2O3 inclusions when remelting process using 
conventional 70wt%CaF2-30wt% Al2O3 slag. 
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Abstract

With the rapid development of manufacture industry in China, die 
steels are in great need of large slab ingot of high quality and
large tonnage, such as P20, WSM718R and so on. Solidification 
structure and size of large slab ingots produced with conventional
methods are not satisfied. However, large slab ingots 
manufactured by ESR process have a good solidification structure 
and enough section size. In the present research, the new slab ESR
process was used to produce the die steels large slab ingots with 
the maximum size of 980×2000×3200mm. The compact and 
sound ingot can be manufactured by the slab ESR process. The 
ultra-heavy plates with the maximum thickness of 410 mm can be 
obtained after rolling the 49 tons ingots. Due to reducing the 
cogging and forging process, the ESR for large slab ingots process 
can increase greatly the yield and production efficiency, and 
evidently cut off product costs.

Introduction

The high hardness, large scale, high purity, high isotropic, long 
lifetime and other properties is very necessary for mold materials
[1-3]. In order to achieve high quality die steels slab ingots, the 
furnace was designed to be able to produce ingots of several sizes 
as shown in Figure 1. The ESR for large slab ingot technology 
developed in our work mainly consists of low frequency power
supply, bifilar mode, secondary cooling technology and packing 
mould, etc. And by successful application of the load cell for 
electrode weighing, the various stages of the main melting period 
is in the true sense of to achieve the control of constant remelting
rate. 
The secondary cooling technology developed improves greatly the 
quality of solidification, and it can reduce string-like segregation 
of slab ingots [4,5]. Reduction of hydrogen content in slab ingots 
has been made possible by the control of atmosphere and the use 
of liquid slag starting [4-6]. And in order to minimize the 
conduction losses, a low frequency in the range 2-5 Hz is used [7]. 

Figure 1. Schematic diagram of ESR for slab ingots

During the ESR process for large slab ingots, the two continuous 
casting slabs were connected as the electrodes with bifilar 
configuration. In order to improve the quality of solidification, 
short collar mould together with withdrawing system, secondary 
cooling technology and load cell for electrode weighing were 
applied in the large slab ESR process. 

Experiment

The die steels ESR slab ingts with the maximum thickness of the 
world in size of 980 mm thickness, 2000 mm wideness and 2800 
mm length have been produced successfully as shown in Figure 2. 
The ultra-heavy plates with 410 mm in thickness can be obtained 
after rolling the 49 tons ESR slab ingots. The experimental results 
of macro segregation show that the large ESR slab ingots exhibits 
excellent uniformity in different position. And the macrostructure 
of ultra-heavy plates produced by ESR slab ingots are superior to
that of conventional materials.

Results and Discussion

Surface Quality

The good surface quality of large ESR slab ingts can be obtained 
as shown in Figure 3. There are no surface cracks, wrinkles,
residue slag and other defects. As the ingot and mold for relative 
movement, it is easy to produce slag pool temperature fluctuations 
in the frequent changes. For reasons of selections of slag systems, 
melting rates and taper of the mold are much limited for large slab 
ingots comparing to small ones, adjusting taper of the mold and 
using CaF2-CaO-Al2O3-SiO2-MgO slag which can decrease the 
high temperature viscosity and increase the stability of slag 
viscosity are necessary for improving surface quality of the ESR 
slab [8]. 

Composition Control

The changes of composition between the electrode and the ingot 
were shown in Table I. From it we can obtain a conclusion that 
there were a little changes of composition between the electrode 
and the ingot which fully able to meet the requirements of the 
steel grades. 
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(a)

(b)

(c)
Figure 2. The ESR process for large slab ingot

(a) Liquid starting, (b) Remelting process,
(c) Appearance of slab ingot.

Figure 3. Surface quality of remelted slab ingot. 

Macro segregation

In order to investigate the uniformity of ingot composition, 
segregation of the ingot was analyzed. The slab ingot were rolled 
to ultra-heavy plate, then the strip specimens were taken at the 
head and tail in the plate. The specific sampling locations are 
shown in Figure 4, a full-thickness specimen was taken at each 
location. Each sample with full-thickness at eight locations was 
taken, and then shavings were taken by planer for chemical 
composition analysis.

Figure 4. Sketch map of plates for sampling. 

Macro-component analysis of each specimen was done, and the 
macro-segregation index was calculated by equation (1).

][%
][%

M
M

�/ (1) 
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Table I. Change of components of WSM718R steel, %. 
C Si Mn P S Ni Cr Al Mo

Electrode 0.36 0.38 1.18 0.013 0.003 0.91 1.83 0.040 0.45
Ingot 0.35 0.42 1.12 0.013 0.003 0.90 1.81 0.025 0.44
Changes Ç$�$# ¨$�$! Ç$�$� 0 0 Ç$�$# Ç$�$� Ç$�$#� Ç$�$#

(C1)

(C2)

(C3)

(C4)

(C5)

(C6)
Figure 5. Macrosegregation of each specimen. 

The macro-segregation rate of the each sample is shown in Figure 
5. On the whole, segregation rate of C1 and C2 was relatively 
large, the segregation rate of C3, C4, C5 and C6 sample was
relatively small.  The specimens of C1 and C2were at the top of 
the ingot where hot topping was carried out. Besides some 
segregation rates of individual elements of certain positions is 
0.86~1.12, the segregation rates of the most elements are able to 
control in 0.95~1.05.

Macrostructure

Figure 6. Macrostructure of WSM718R steel ultra-heavy plates.

Figure 6 shows the macrostructure of the die steels ultra-heavy 
plates produced by ESR slab ingots tested according to GB/226-
1991 standard test, respectively. The general porosity, center 
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porosity and scattered segregation are all less than 0.5 levels 
according to GB/226-1991. The typical macrostructure defects 
such as white spots, slag entrapment and bubbles can not be 
found. 

Conclusions

The die steels ESR slabs with the maximum thickness of the 
world in size of 980 mm thickness, 2000 mm wideness and 2800 
mm length have been produced successfully. The ultra-heavy 
plates with the maximum thickness 410 mm can be obtained after 
rolling the 49 tons ESR slabs. which  The good surface quality of 
large ESR slab ingots can be obtained by adjusting taper of the 
mold and using CaF2-CaO-Al2O3-SiO2-MgO slag. The results of 
macro segregation experiments show that the ultra-heavy plates 
produced by ESR slab ingots exhibits excellent uniformity in 
different positions. And the mechanical properties of ultra-heavy 
plates are superior to that of conventional materials. Due to 
reducing the cogging and forging process, the ESR for large slab 
ingots process can increase greatly the yield and production 
efficiency, and evidently cut off product costs. So the ESR is a 
satisfied method to produce the high quality die steel large slab 
ingots. The ESR process for large slab ingots will provide a great 
economic value and application prospect.
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Abstract 

The electroslag remelting withdrawing ESRW process 
overcomes the shortcomings of the traditional electroslag 
remelting ESR process such as the low production efficiency 
and high cost, and so on. The main features of ESRW compared
to traditional ESR are a continuous relative movement between 
ingot and mold, and electrode exchange with several times and 
ingot withdrawing. The key technology for ESRW is how to 
avoid the leakage of liquid slag and steel from the mold during 
ingot withdrawing process. It is found that the slag properties 
including shrinkage, high temperature strength and plasticity, 
lubrication and friction of slag skin on slag-metal interface, 
ingot solidification shrinkage behavior, process coordination 
control are the key factors which influence the leakage of liquid 
slag and steel in ESRW process. In addition, a multi-taper mold 
present in this paper is beneficial to obtain good surface quality 
of ingot based on mathematical modeling of ESRW process.

Introduction 

E.O. Paton Electric Welding Institute developed ESRW 
technology in the 80's of last century [1]. In 2002, we also 
developed ESRW technology which improved production 
efficiency and reduce cost [2]. Compared with traditional 
electroslag remelting ESR process, the main difference of 
ESRW technology is the continuous relative movement between 
ingot and mold, which could result in low-surface quality of 
ingot and slag and steel leakage problems etc. in some cases.
Figure 1 shows 300×340×6000mm ingot surface quality 
obtained by using different slag systems 60%CaF2+20%Al2O3+
20%CaO,40%CaF2+30%Al2O3+30%CaO,60%CaF2+30%Al2O3
+10%CaO with the same process condition. There were wrinkles 
with varying degree on ingot surface formed by liquid metal 
from inerratic broken slag crust. 

Figure 1. Surface quality of 300×340×6000mm ingot. 

How to control the slag and steel leakage is the key technology 
in the ESRW process. The melting temperature and viscosity of 
slag system and the taper of mold are the most important factors 
of the slag and steel leakage.  Figure 2 shows the physical model 
of ESRW system. In This paper the study of slag system and 
taper of mold for ESRW process are presented. 

Figure 2. Physical model of ESRW system. 

Research and Development of ESRW Slag System 

Physicochemical Properties of Withdrawing Slag System 

              

Figure 3. The fundamental of slag broken due to the friction.  

It is crucial to study the physicochemical prosperities of slag 
system. Lower melting temperature and lower viscosity are 
beneficial to improve the surface quality of ingot in ESR. The 
liquid-solid transition behaviour of slag at the slag-metal interface 
plays a role of lubrication. The majority of slag has a very large 
shrinkage during cooling process. After moving certain distance, 
the slag and ingot detach from the mold, which will reduce the 
movement resistance. If the shrinkage is not enough to detach the 
slag from the mold during cooling process, the slag will be stuck 
by mold which will increase the tensile stress significantly. Then 
there will be metal wing surface defects after slag detaches and 
the worst case is slag and steel leakage accident.  Figure 3 shows 
the fundamental of the process. High temperature strength, certain 
plasticity and ideal shrinkage ratio of slag are required for the 
withdrawing process. Liang Lianke pointed out that the friction 
resistance will decrease with SiO2 increase while the friction 
resistance will increase with Al2O3 increase in the slag and also 
long slag is preferred in terms of ESRW process, because of the 
high temperature fluctuation caused by slag-metal interface 
fluctuation [3-5].  

Following requirements should be considered for selection of the 
withdrawing slag system. 
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(1) Lower melting temperature and lower viscosity of slag is 
better to the uniform and thin crust formation on the ingot 
surface, which will improve the ingot surface quality. It is 
easy to generate temperature fluctuations in slag pool during 
withdrawing process which required the viscosity of slag is
insensitive to temperature.

(2) In order to save power consumption, slag system of higher 
resistance is developed. A large number of domestic and 
foreign researches show that the conductivity decrease with 
CaF2 decrease while the resistance increase with the oxide 
content increase[6-7]. 

(3) The high temperature strength, plasticity and shrinkage of 
slag skin suits for ESRW process. The results studied by 
Zhakhovsky show that slag monoclinic ß -Ca2SiO4 will 
spontaneously change into the orthorhombic γ-Ca2SiO4 under 
723K or lower temperature when ratio of CaO and SiO2 is 
determined. This kind of crystal transition is with significant 
volume expansions which lead to the slag skin broken and 
this is the real cause of friction increasing between ingot and 
mold. A suitable of the SiO2 content will prevent 
orthosilicate calcium creation process and improve the 
plasticity of slag significantly [8-10].

Development of Withdrawing Slag System

The detailed components of four slag systems designed in present 
work are shown in Table I. ANF-6 slag system is for comparison. 

Table I. Composition of the slag, %. 
slag CaF2 Al2O3 CaO SiO2

L1 50~70 20~30 10~20 ≤10

L2 50~70 20~30 10~20

L3 60~70 20~30 ≤10 ≤5

L4 50~60 10~30 10~20 ≤10

ANF-6 70 30

Calculation and Measurement of Physicochemical Properties of 
Slag 

The melting temperature of four slag systems was measured with 
hemisphere method by using LZ- slag melting test device 
developed in our lab. Density, conductivity, optical basicity of 
slag was calculated by using the empirical formula. The detailed 
data is shown in Table II, Table III, Table IV and Table V.

Table II. Experimental results of melting temperature for different 
slags, .

L1 L2 L3 L4 ANF-6

1331 1434 1376 1315 1403

Table III. Calculated results of density for different slags of 1350
to 1400 , g cm-3.

L1 L2 L3 L4 ANF-6

2.587 2.657 2.605 2.616 2.569

Table IV. Calculated results of optical basicity for different slags. 
L1 L2 L3 L4 ANF-6

0.680 0.697 0.684 0.679 0.665

Table V. Calculated results of electric conductivity for different 
slags, Ω-1·cm-1. 

1550 1600 1650

L1 2.50 2.69 2.89

L2 2.54 2.74 2.93

L3 2.69 2.89 3.08

L4 1.94 2.14 2.33

ANF-6 2.81 3.01 3.20

With rotating cylinder method, four kinds of slag viscosity were 
tested by using DN- slag viscosity test device developed in our 
lab as shown in Table VI. The test results of regression relation 
curves of viscosity and temperature are shown in Figure 4.

Table VI. Experimental results of viscosity for different slags, 
Pa·s. 

1500 1470 1440 1410 1380 1350 1341 1300

L1 0.0537 0.0564 0.0671 0.0697 0.0722 0.2483 0.8536 6.1634

L2 0.0456 0.0537 0.0819 0.0685 0.8671 4.3219 - -

L3 0.0846 0.0792 0.0631 0.0577 0.0591 2.0804 5.3138 -

L4 0.1396 0.1342 0.1772 0.0846 0.0738 0.6429 1.7838 5.3930

Figure 4. Curve of viscosity change with different temperature for 
different slag. 

From the chart we can see that the four kinds of slag viscosity are 
lower than the ANF-6 slag viscosity. From 1350 to 1500 ,
viscosity variation range is gentler than ANF-6 slag system, so it 
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can improves the quality of ingot surface. L1 slag and L4 slag 
contains a certain amount of SiO2. Because of large oxygen anion 
polymerization degree and poor crystallization ability, even when 
cooled to below liquids' temperature it can still remain super 
cooled liquid state. In terms of L1 slag system, L4 slag system, 
when the temperature decreases, viscosity increase slowly, which 
are the long slag systems. This characteristic is good to the ESR 
ingot surface quality improvement. Combined with the density, 
melting temperature, conductivity, L4 slag system was chosen to 
be the experimental slag[11]. 

Study on Withdrawing Mold Taper 

As shown in Figure 2, ingot in the mold exit is basically 
completely solidification. Temperature gradient in ingot is very 
large, after the liquid-solid phase change shrinkage, solid-state 
cooling process of shrinking. Ingot solidification shrinkage to air 
gap formation between mold and ingot, which is one of the most 
important causes of the slag and steel leakage using without taper 
mold in ESRW process. 

We used the ANSYS software to simulate the temperature field of 
ingot in order to study ingot solidification process from the slag-
metal interface to the mold exit. Taking 300 ×340mm rectangular 
ingot as an example, the simulation results is shown in Figure 5, 
which includes the wide surface of ingot distance corresponding 
center shrinkage curves of different position[12]. 

Figure 5. Shrinkage curves of different position of broad side 
surface. 

As shown in Figure 5, ingot shrinkage is divided into three 
phases. At the slag-metal interface to the slag-metal interface 
40mm region, ingot is most in the liquid region, this contraction is 
due to liquid phase temperature decreasing and the density of 
liquid phase increasing with little the density change, so the 
shrinkage in this area is slow. At a distance from slag-metal 
interface of 40mm to 225mm, the ingot is in the two-phase region 
of liquid and solid, ingot solidification with separating out 
austenitic phase, austenitic phase density is far greater than the 
liquid steel under the same temperature, so the shrinkage is larger. 
At a distance of slag-metal interface 225mm to the mold exit, the 
solidification of liquid transition solid phase is basically end and 
ingot is in the solid cooling stage, so shrinkage rate also decline. 
So without taper or single taper mold, it can not meet the 
requirements of ESRW process and multi-taper mold must be 
adopted to decrease the air gap between the ingot and mold. 

Experimental Results 

Rectangular Ingot Experiment 

The steel grade of GCr15 (chemical composition is shown in 
Table VII), L4 slag, electrode size of 600×340×3000mm were 
adopted, and voltage of 88V, current of 16.8kA, melting rate of
850kg per hour, multi-taper mold were used to produce 
300×340×6000mm ingot. Ingot surface was smooth, and its 
internal macroscopically quality was good, as shown in Figure 
6[13]. 

Table VII. Composition of the consuming electrode, %. 
C Si Mn P S Cr Ni

0.99 0.25 0.30 0.007 0.005 1.45 0.1

Figure 6. Surface quality and inner macroscopically quality of 
300×340×6000mm ingot. 

Round Ingot Experiment 

The steel grade of 12Cr1MoVG (chemical composition is shown 
in Table VIII), L4 slag, electrode size of  Φ 480 × 3000mm were 
adopted, and voltage of 86V, current of 13.6kA, melting rate of
750kg per hour, multi-taper mold with exchanging electrodes 
were applied to produce Φ 600 × 6000mm ingot. Ingot surface 
was smooth and its internal macroscopically quality was good, as
shown in Figure 7. 

Table VIII. Composition of the consuming electrode, %. 
C Si Mn P S Cr Ni Cu Mo V

0.12 0.29 0.55 0.009 0.005 1 0.03 0.09 0.3 0.2

Figure 7. Surface quality and inner macroscopically quality of
Φ600×6000mm ingot. 

Conclusions 

(1) The physicochemical and high-temperature dynamics 
characteristic of slag system and the taper of mold are the most 
important influence factors of ingot surface quality and slag and 
steel leakage in the ESRW process.   
(2) Low melting temperature and low viscosity slag is suitable for 
ESRW technology. Moreover, appropriate high-temperature 
strength and plasticity dynamic characteristic are also required.  
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(3) Adding a certain amount of SiO2 can improve the high-
temperature strength and plasticity dynamic characteristic of slag 
system, but which should be further studied with detailed 
quantitative relationship.  
(4) Without taper and single taper mold, it cannot meet the 
requirements of ESRW technology and multi-taper mold must be 
adopted to decrease the air gap between the ingot and mold. 
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Abstract

The surface quality of ø1000mm ingot of steel 45# produced by 
electroslag continuous casting with liquid metal (ESCCLM) were 
investigated in this work. The results showed that the important 
effect factors for getting the better surface quality of ingot were 
appropriate casting temperature of molten steel (1606 ), higher 
voltage (80V) and steady current (18kA), the special premelted 
slag, uniformily and appropriate secondary cooling control and 
steady withdrawing speed (8~10mm/min).

Introduction

The electroslag continuous casting with liquid metal (ESCCLM) 
technique has been successfully developed by Northeastern 
University for the first time in China. The new equipment mainly 
consists of tundish heating, current conductive mold[1-3], low 
frequency power, control system for small flow of liquid steel 
casting , the level control at interface of slag and metal, etc. The 
characteristics of ESCCLM are different from the traditional ESR 
which needs the preparation of consumable electrode, and much 
faster casting speed which was 5~10 times of the traditional ESR 
melting raten, much lower power consumption that can overcome 
the traditional ESR process with " long production process, low 
production efficiency and high operation cost ". Its principle was 
shown in Figure 1.

Strict control of the surface quality of ingot produced by the 
ESCCLM, elimination of the ingot surface wrinkles and skin 
crack phenomenon can reduce the grinding processing of next 

working procedure[4]. 

1-tundish; 2-molten steel; 3-power circuit; 4-transformer;  
5-down mold; 6-remelting ingot; 7-watertank; 8-slag bath; 
9-current conductive mold; 10- sopporting platform.

Figure 1. Principle of ESCCLM

Effect of Casting Temperature

The experimental steel grade was 45# steel, the chemical 
composition of which is shown in Table I. The ESCCLM ingot 
diameter was 1000mm.

                                                    
Table I. Chemical composition of test steel, mass%

Steel grade Composition wt%

45#
C Si Mn Cr Ni Cu 

0.47 0.25 0.52 0.21 0.27 0.2

The experiments of ESCCLM were performed in the same 
conditions of slag amount, slag system and power supply, but 
with the different casting temperature of 1576 and 1606 .
The surface quality of remelting ingot was shown in Figure 2. It is 
not difficult to find that the shape of remelting ingot (a) is not full 
and the phenomenon of surface wrinkle is more serious, when the 
casting temperature of (a) was 1576 . But when the casting 
temperature was increased to 1606 , the surface of ingot (b) is 
very smooth and clean. It follows that the higher casting 
temperature improves the fluidity of molten steel, and then it is 
conducive to smooth the ingot surface quality.

      
(a)1576                   (b)1606

Figure 2. Surface quality of ingot with different casting 
temperature
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Effect of Power Supply System

The Function of Current Conductive Mold

The remelting current circuit consists of transformer, current 
conductive mold, slag bath, metal pool[5] and solid ingot. The 
current conductive mold is one of the important part of the circuit, 
which solves the problem of uneven distribution of heat in the 
slag bath and increases the temperature of slag bath edge. This 
device is beneficial to producing the upper column part of metallic 
molten pool and controls the height of column part in 10mm[6], in 
order to ensure the surface quality of ingot.

The current and Voltage

According to the traditional ESR experience and qualitative 
conclusion, it is generally believed that the slag temperature will 
be increased with the increase of the voltage and current[7], at the 
same time the slag crust will be thinned and the shape of ingot 
will be more full.

In the industrial experiment, the remelting voltage has been 
changed from 73V to 80V and the remelting current has been
maintained at 18kA. The surface quality of remelting ingot was 
shown in Figure 3. The depth of slag ditch gradually becomes 
shallow with increasing of the remelting voltage so it is necessary 
to increase the remelting voltage for improving the ingot surface 
quality.

Figure 3. Surface quality of ingot with different voltage

Effect of the Special Premelted Slag

The special premelted slag was used in this experiment, which has 
both refining and lubricating functions[8]. It has the higher 
strength, lower fusion temperature and lower conductivity. Its 
viscosity with temperature changes very little, so that ingot 
surface quality has been obviously improveed.

Effect of Secondary Cooling Control

The secondary cooling control is one of the key factor for control 
of the ESCCLM ingot quality. In the secondary cooling area, the 
cooling capacity is too strong or weak will have an impact on the 
surface quality of ingot. The weak secondary cooling will cause 
that the ingot surface temperature is high, to speed up the 
formation of iron oxide scale and lead to the residual elements (Cu, 

Sn) assembled in the grain boundary, and then the surface crack 
will be found. The strong secondary cooling will cause that the 
ingot surface temperature decrease greatly and the temperature 
gradient of the solidified shell increase acutely. The trace elements 
(Al, Nb, B... ) will deposit along the grain boundary and increase 
the surface crack sensitivity[9].

Therefore, the capacity of secondary cooling control should 
maintain a uniform, stable and moderate state. In the experiment, 
because the secondary cooling area was very uneven, the surface 
crack of ingot happened, as shown in Figure 4.

Figure 4. The surface crack of ingot

Effect of Withdrawing Speed

If the amplitude of variation of withdrawing speed was great, the 
ingot surface quality will be difficult to control. When the 
withdrawing speed was too fast, it will have the leakage risk of 
slag or molten steel. On the other hand, the slowly withdrawing 
speed will produce the phenomenon of thickness slag skin and 
ingot surface wrinkle. From the experimental results, in the 
premise of stable control at interface of slag and metal, the 
withdrawing speed that was in the range of 8 to 10mm/min can 
control the surface quality of ingot produced by ESCCLM more 
effectively.

Conclusions

The higher casting temperature can improve the fluidity of molten 
steel. The ingot surface produced with the casting temperature of 
1606 was very smooth.

High voltage and stability current can be conducive to improving 
the ingot surface quality.

In the process of ESCCLM, it is necessary to use the special 
premelted slag, which has the higher strength, lower fusion 
temperature, lower conductivity and its viscosity with temperature 
changes very little, for improving the ingot surface quality.

The uniform, stable and moderate state of the secondary cooling 
area can reduce the occurrence of ingot surface crack.

The withdrawing speed in the range of 8 to 10mm/min can control 
the surface quality of ingot produced by ESCCLM more 
effectively.

73V 

80V 

--------------
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Abstract

A mathematical model for describing the interaction of multiple 
physical fields in slag bath and solidification process in ingot 
during pilger roll casting with variable cross-section which is 
produced by the electroslag casting (ESC) process was 
developed. The commercial software ANSYS was applied to 
calculate the electromagnetic field, magnetic driven fluid flow, 
buoyancy-driven flow and heat transfer. The transportation 
phenomenon in slag bath and solidification characteristic of 
ingots are analyzed for variable cross-section with variable input 
power under the conditions of 9Cr3NiMo steel and 70%CaF2 -
30%Al2O3 slag system. The calculated results show that 
characteristic of current density distribution, velocity patterns 
and temperature profiles in the slag bath and metal pool profiles 
in ingot have distinct difference at variable cross-sections due to 
difference of input power and cooling condition. The pool shape 
and the local solidification time (LST) during Pilger roll ESC 
process are analyzed.

Introduction

In recent years, with the rapid development of nuclear power, 
hydropower and other energy fields, seamless steel pipe of high 
quality, especially in the large diameter (OD 400mm~1000mm, 
wall thickness 50mm~110mm), is required. Rolling on the pilger 
mills is considered as one of the most effective manufacturing 
process in the case of large diameter tube production. Pilger roll is 
an important component of the pilger rolling mill where it will be 
subjected to complex thermo-mechanical loading. Thus better 
wearing resistance and higher other mechanical properties are 
required for pilger roll with a variable cross-section. 

It has been universally recognized that the application of the 
electroslag casting (ESC) is rational for the production of large 
ingot. The ESC process has been developed based on electroslag 
remelting (ESR) process of ingots. During the ESC process, the 
steel melt is refined and shaped into a casting. The defects of 
shrinkage, porosity, inclusion and cracking are eliminated as soon 
as possible. At the same time it has high density, uniform 
chemical composition and higher mechanical properties.

Due to expensive costs and difficulties of physical modeling, 
mathematical modeling is a valuable tool for enhancing 
fundamental understanding of process, in which several physical 
phenomena (electromagnetic effects, fluid flow, heat transfer, 
phase transformation, etc.) occur [1-16]. However modeling and 
simulation of ESC process, especially of the casting formed in a 
mould with variable cross-section and variable input power are 
reported rarely.

In this paper, a mathematical model for describing the interaction 
of multiple physical fields in slag bath and solidification process 

in ingot during pilger roll casting with variable cross-section 
which is produced by the ESC process was developed. The 
commercial software ANSYS was applied to calculate the
electromagnetic field, magnetic driven fluid flow, buoyancy-
driven flow and heat transfer. The transportation phenomenon in
slag bath and solidification characteristic of ingots are analyzed. 

Numerical Model

A macroscopic physical model for simulation of the pilger roll 
ESC process has been derived and implemented as a new specific 
module into ANSYS, as shown in Figure 1. Three-dimensional 
Cartesian coordinate system is performed for simulating the ESC 
process. The main results obtained by this model are presented for 
the case a 9Cr3NiMo steel remelted ingot, with a slag 
composition of 70%CaF2-30%Al2O3. 

               
(A)                                         (B) 

Figure 1: Schematic sketch of pilger roll (A) and computational 
domain (B). 

Numerical Procedures

To calculate the coupling fields in the system, the mathematical 
solver uses a standard FEM (Finite Element Method) to find the 
solution of the coupling of the quasi steady-state Maxwell’s 
equations with the conservation equation of momentum and 
enthalpy on a level which enables a macroscopic process 
description. Maxwell equations are first solved to determine the 
electromagnetic force and Joule heating. Next, coupled fluid flow 
and heat transfer equations are written for the slag bath. The k-�
method is used to represent turbulence. The system of coupled 
partial differential equations is then solved, using a FEM (finite 
element method). Pressure-velocity coupling algorithm is 
SIMPLE (Semi-Implicit Method for Pressure Linked Equations) 
algorithm and the governing equations were solved by TDMA
(tridiagonal matrix algorithm).

ingot

electrode

slag

r
z r=R1

r=R2

r=R3
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Boundary Conditions

��� �����
���������� ������ ��� ������� ��� ������ ��� �����
��� ������ È
and the magnetic potential vector. A constant and uniform electric 
current flow is applied at the bottom boundary of the liquid 
domain, and a constant electric potential (�=0) is applied at the
top of the solid electrode. A constant radial current (Jr=0) is 
applied at the electrode top and the ingot bottom. At the slag free 
surface, the axial current is assumed to be zero (Jz=0). At the slag
free surface and the outer surface of the ingot, the value of the 
magnetic flux density is specified according to Ampere’s law in 
the following manner. The mould is assumed to be electrically 
insulated by the solidified slag layer, no current is allowed leave 
the domain through the lateral wall (mould).

A no-slip condition is applied at all the liquid/solid interfaces. At 
the slag free surface, a zero shear stress condition is imposed.
Concerning the turbulence model, wall functions are applied to 
compute the turbulence kinetic energy and dissipation rate.

Heat transfer between the slag and the falling droplets is 
considered to be negligible. The tip of the electrode is the liquidus 
temperature (1745K). The heat transfer boundary conditions are 
most often Dirichlet conditions because of phase changes, which 
occur on the most boundaries. Heat flux at all the external 
surfaces and at the slag-metal interface is continuing. The slag 
free surface is supposed to exchange heat with the surrounding air 
through radiation. 

Operating Conditions and Physical Properties

With the height of ingot increasing, characteristic of current 
density distribution, velocity and temperature profiles in the slag 
bath and metal pool profiles in ingot have distinct difference at 
variable cross-sections due to difference of input power and 
cooling condition. The physical property of slag taken from [17] 
and steel used in this model are given in Table 1. 

Table 1: Physical property of slag and steel
Slag

Density/ (kg�m#3) 2622
viscosity /(kg�m#1�s#1), 1673K 0.25
viscosity /(kg�m#1�s#1), 1773K 0.0326
Specific heat, liquid / (J�kg#1�K#1) 1200
Thermal expans. coefficient / K#1 2.5×10-4

Thermal conductivity /(W m#1�K#1), 1873K 41.6
Thermal conductivity /(W m#1�K#1), 1973K 41.7
}����
���������������{��®�m)-1 ��És=-6769/T+8.818

Steel
Density/ (kg�m#3) 7800
Specific heat, liquid / (J�kg#1�K#1) 750
Thermal conductivity /(W m#1�K#1) 33
}����
���������������{��®�m)-1 7×105

Variable operating process parameters with variable cross-
sections are shown in Figure 2. In this paper, three quasi-steady 
state models computed and analyzed are slag bath in stage 1, 2 
and 3, respectively. Geometrical and process parameters are listed 
in Table 2. With variable cross-sections, nominal slag height is 
change by adding and subtracting slag quality.  

Figure 2: Variable operating process parameters with variable 
cross-sections. 

Table 2: Geometrical and process parameters
I II

Nominal slag height / m 0.3 0. 2 0.29
Ingot radius(R1) / m 0.35
Ingot radius(R2) / m 0.575
Ingot radius(R3) / m 0.4
Electrode radius / m 0.275 0.275 0.275
Remelting current / A 16000 23500 20000
Remelting rate / (kg�h#1) 600 800 750
Frequency / Hz 50 50 50

Calculated Results and Discussion
Stage 1 

Figure 3(a) shows the results of calculated voltage distribution in 
the slag bath of ESC process. There is a maximum at the 
electrode-slag interface due to magnitude electric resistance of 
slag is three time than that of steel. Distribution of current density 
is shown in the Figure 3(b). Maximum values occur close to the 
region between corner electrodes, in the other region is more 
uniform. As a result, the region of intensive heat generation is 
observed in the near-electrode zone, close to the slag-steel 
interface the distribution is more homogenous (Figure 3(d)). 

Figure 3(c) shows the calculated Lorentz force vectors. As shown 
in the figure, the direction of Lorentz force vectors in slag bath is 
inwards and downwards. Lorentz force, current density and 
magnetic induction intensity are consistent with Fleming's left 
hand rule. Maximum Lorentz force values occur to corner 
electrodes. Lorentz force at the “slag-metal” interface is smaller 
due to less current density. The distribution of Lorentz force
results in the pressure gradient at the axial direction of slag bath. 
As a result, the flow vortex turns in the anti-clockwise direction
by Lorentz force. 

(a) Distribution of voltage    (b) Distribution of current density
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(c) Electromagnetic force     (d) Joule heat generation

(e) Velocity distribution               (f) Temperature distribution
Figure 3: Calculated results in ESC slag bath during stage 1.

The turbulent flow field in the slag bath is created by the Lorentz 
and buoyancy forces. Velocity distribution in slag bath is shown
in Figure 3(e). There are two vortexes, one rotating clockwise at 
the vicinity of the mold and the slag/metal interface (in the region 
of Re r Rm), and the other rotating anti-clockwise under the 
electrode. The calculated velocities are in the range of 0-0.05
m�s#1 with maximum values occurring close to electrode corner. 
The temperature distribution is shown in Figure 3(f). Maximum 
temperature are located still under the electrode, providing 
thermodynamic and kinetic conditions for the removal of non-
metallic inclusions.

Figure 4: Temperature distribution in ingot during stage . 

The temperature distribution results of the ingot shown in Figure 4
clearly indicate larger solidification range for 9Cr3NiMo steel. 
With the condition of 600kg/h remelting rate, the height of metal 
pool, maximum height of mushy zone and maximum local 
solidification time (LST) are 0.301m, 0.147m and 3175s, 
respectively.

Stage 2 

When the ingot rises, the slag bath floats high to arriving variable 
cross-sections of mould. Additional slag is poured into due to 
lower of nominal slag height resulted from the change of mould 
radius (R1=0.35m, R2=0.575m). Calculated results in ESC slag 
bath during stage 2 are shown in Fig. 5 clearly indicate obvious 

distinctness comparison of calculated results of stage 1, due to the 
change of fill ration (from 0.6 to 0.23 (Re=0.275m)) and 
difference of input power and water cooling condition. 

(a) Current density                    (b) Electromagnetic force

(c) Velocity distribution of the slag bath

(d) Temperature distribution
Figure 5: Calculated results in ESC slag bath during stage 2. 

Figure 5 (a) shows the calculated current density results. As 
shown in the figure, the current density in slag bath is more 
inhomogeneous due to small fill ratio. Maximum values occur 
close to the region of electrodes corner. The current density in the 
region between corner electrodes and mould is far less than the 
current density of in the region between electrodes and slag-metal 
interface. With increasing of remelting current, Lorentz force is 
increasing shown Figure 5 (b). 

Figure 6: Temperature distribution in ingot during stage 2. 

In Figure 5(c), the calculated velocity distribution in the slag bath 
of ESC process is visible. Also two vortexes are present, one 
rotating anti-clockwise in the region of Re r Rm, and a second 
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rotating clockwise direction located under the electrode. The 
calculated velocities are in the range of 0~0.06m·s-1 with 
maximum values occurring close to electrode corner. Maximum 
velocity values is more than the maximum velocity values of 
stage ESC process (0.05m·s-1). In Figure 5(d), the temperature 
near to mould wall is less than that of stage 1 ESC process due to 
difference of input power and water cooling condition. 

The temperature distribution results of the ingot shown in Figure
6. With the condition of 800kg/h remelting rate, the height of 
metal pool, maximum height of mushy zone and maximum LST
are 0.257m, 0.187m and 9514s, respectively. 

Stage 3 

When the ingot rises to arriving first slope between R2 and R3 of 
ingot, calculated results of ESC slag bath during stage 3 are 
shown in Figure 7. The temperature distribution results of the 
ingot shown in Figure 8. With the condition of 750kg/h remelting 
rate, the height of metal pool, maximum height of mushy zone 
and maximum LST are 0.214m, 0.141m and 8460s, respectively. 

(a) Current density           (b) Electromagnetic force

(c) Velocity distribution of the slag bath  

(d) Temperature distribution
Figure 7: Calculated results in ESC slag bath during stage 3.

Figure 8: Temperature distribution in ingot during stage 3. 

Comparison of the calculated results during different ESC stage
process, it has been found that current distribution, velocity 
patterns and temperature profiles are obvious distinctness. When 
the ingot rises, the slag bath floats high to arriving variable cross-
sections of mould. The interface of slag-mould wall and ingot-
mould wall change lead to heating exchange condition change. 
Combine the different input power and fill ratio, the characteristic 
of current density distribution, velocity patterns and temperature 
profiles in the slag bath and metal pool profiles in ingot have 
distinct difference at variable cross-sections. The temperature 
distribution of ingot at end of remelting is shown in Figure 9.

Figure 9: Temperature distribution of ingot at end of remelting. 

Conclusions

A mathematical model for describing the interaction of multiple 
physical fields in slag bath and solidification process in ingot 
during pilger roll ESC process is developed. The model can be 
used to understand the ESC process with variable cross-section 
mould.

The characteristic of current density distribution, velocity patterns 
and temperature profiles in the slag bath and metal pool profiles in 
ingot have distinct difference at variable cross-sections due to 
difference of input power and water cooling condition. 

The pool shape and the local solidification time are changing 
during pilger roll ESC process with variable cross-section mould.
It is important to control ingot quality by adjusting operating 
parameters and melting rate due to the ingot structure controlled 
by the local solidification time. 
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Abstract

The possibility of introducing carbon nanoparticles in titanium 
during ChESR is currently under investigation at DonNTU. 
Theoretical evaluation of phase and structure formation during 
crystallization was fulfilled by using the binary phase diagram of 
titanium and carbon. Within the investigations, consumable 
electrodes with previously introduced dispersed carbon particles 
were prepared by pressing of titanium sponge and nanoparticles of 
different types. The subsequent remelting was performed under a 
protective gas atmosphere in a 724 kW ChESR furnace. The
average carbon content after remelting was in the range of 0.03 – 
0.34 wt.-%. An increased carbon content simultaneously resulted 
in an increase of hardness from 140 to 220 HB. Metallographic 
investigations of precipitations in metal have shown phases 
mainly consisting of titanium-carbide particles with 
nonstoichiometric composition. As a result it could be stated, that
structure as well as hardness show that ChESR provides good 
chemical and structural homogeneity of titanium ingots.

Introduction

Among structural materials, titanium and its alloys occupy a 
special position. Due to its properties, titanium is considered as a 
basic structural material for many industries, including the aero or 
medical sector. In the latter case, beside high specific strength and 
resistance to impact loading, the most important requirements for 
medical titanium alloys are corrosion resistance, biocompatibility 
and the absence of toxic elements. The most common titanium 
alloy for medical applications is alloy type Ti-6Al-4V (Grade 5). 
However, under certain conditions the presence of vanadium in 
this alloy can lead to the formation of toxic compounds in the 
human body [1-6]. To eliminate this drawback, vanadium can be
replaced by a safer alloying component, oxygen [7-13] or carbon
in particular [14]. Carbon is classified as a Ê-stabilizer - element 
that increases the temperature of the polymorphic transformation 
of titanium. Titanium reacts with carbon, forming a narrow field 
���Ë- ����Ê-solutions and a chemically stable compound: titanium 
carbide (Figure 1).  

Figure 1: Phase diagram of the binary system Ti-C 

��� ����������� ��� ��
���� ��� Ë-Ti at the peritectic  temperature 
(1750 ºC) is ~ 5 at.-% and almost constant at low temperatures.
�����[���������������������
�������Ê-Ti at 920 ºC is ~ 2 at.-%
(0.48 wt.-%) and decreases as the temperature decreases from 
0.48 wt.-% at 920 ºC to 0.05 wt.-% 20 ºC [15]. Therefore, when 
the carbon content is higher than 0.1 wt.-% the precipitation of 
carbides in the structure of titanium appears [16]. Carbon, like 
oxygen, is a good alloy strengthener. Its strengthening coefficient 
is 7-8 MPa per 0.01 wt.-% (Figure 2) [14-16]. 

Figure 2: The effect of carbon on hardness, strength and ductility 
of titanium

According to Figure 2, small amounts of carbon (up to  
0.35 wt.-%) can be considered as an economical alloying element
that enhances the strength of titanium. With a further increase of 
the carbon content the plasticity of titanium decreases.

By controlling the carbon content in the metal phase in the range
of 0.15-0.35 wt.-%, it is possible to reach the optimal ratio of
plasticity and strength characteristics of the material. In this case 
it is very important to ensure a uniform distribution of carbon in 
the metal and the desirable form of its existence in it. This can be
achieved by applying appropriate technologies for melting and the 
appropriate ligatures.

As carbon "ligatures" in this work micropowder of carbon and 
carbon nanotubes were used. The introduction of dispersed 
particles during crystallization of the material, or the formation of
these particles in the material as a result of phase transformations 
during cooling is effective in means of enhancing of the structure. 
Even if the main structural elements (grains) are not granulated up
to nano-scale, a nano-substructure can be formed in the material. 
This allows an increasing contribution of substructural 
strengthening in material properties. The introduction of nanosize 
particle which leads to the subsequent formation of a nano-
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substructure can also allow to realize the mechanisms of 
strengthening due to inhibition of dislocation motion, which 
allows to reach the increasing of strength and ductility of the 
alloy.

This mechanism can be realized by the introduction of carbon 
nanotubes in titanium. If the carbon in titanium is present in non-
equilibrium concentrations, the formation of dispersed precipitates 
of titanium carbide during cooling phase is possible. The number 
and size of these particles can be controlled by changing the 
carbon content in the material or the heat treatment of the 
obtained alloy. For the practical implementation of this approach
the chamber electroslag remelting (ChESR) process can be used. 
In addition to refining in a controlled atmosphere, this process 
offers the possibility of additional alloying during remelting. 
ChESR provides, as other remelting processes, a good structural 
and chemical homogeneity of the ingots with a typical as-cast 
structure.

Experimental

The semi products for setting up the consumable electrodes were 
made by pressing of titanium sponge grade TG-110 in blocks with 
a diameter of 41 mm and a length of 150 - 200 mm. In the 
obtained blanks axially holes with the diameter of 4.0 and 6.5 mm 
were drilled (Figure 3), in which carbon in the form of powder
(~15 μm) and nanotubes (CNT ~15 nm) were pressed.
Afterwards, the blocks were welded by argon-arc welding to 
consumable electrodes with the already mentioned diameter of 41 
mm and a length of 550-650 mm. The content of the main 
impurities in the initial electrode (sponge TG-110 grade) is: 
C = 0.03 wt.-%; O = 0.04 wt.-%; N = 0.02 wt.-%.

Figure 3: Pressed block of titanium sponge with carbon powder 
filled into the drilled axial hole

The electrodes were remelted in a chamber electroslag furnace 
with a maximum power generator output of 724 kW. The ChESR 
is based on an A-550 unit (Figure 4) with a water cooled copper
crucible. The crucible possesses a diameter of 70 mm.

The refining parameters and the results of the chemical analysis 
are shown in Table I. It can be seen  that all the considered 
variants of melting parameters result in an accordance of the
calculated and the achieved carbon contents in the range from 
0.022 to 0.34 wt.-%. This indicates the good assimilation of 
carbon in the ChESR process. In this case, an increase of the 
oxygen content and the reduction of nitrogen is about 1.5 times 
compared with the initial contents in the titanium sponge. 

Figure 4: The chamber electroslag furnace A-550 (724 kW)
The remelting was conducted under a flux of pure CaF2 (TU 6-
09-5335-88). The flux was melted directly in the crucible, using 

the technology of "solid" start. The starting mixture was prepared 
of titanium chips and the operating flux. The electrical parameters 

of the refining maintained at U = 36.0 V and I = 2.0-2.5 kA, 
providing a good surface quality of the remelted ingots (Figure 5).

U-0 U-2

U-4 U-6
Figure 5: Remelted titanium ingots of the various trials:

U-0-without introduction of the carbon, U-2, U-4 and U-6 with 
the introduction of carbon

Metallographic studies

Samples were cut from the ingot (Figure 5) in order to conduct 
chemical analysis and metallographic studies. Samples for 
metallographic investigation of microstructure were sectioned at 
the ½ of ingot height level at distance ½ of radius  Metallographic 
investigations at magnifications from ×50 to ×5000 were carried 
out by using optical microscopes (Axiovert 40 MAT Carl Zeiss
and Neophot 2), an electron microscope (JEOL JSM-6490LV 
JEOL, Japan) equipped with an energy dispersive spectrometer
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(INCA Penta FETx3, Oxford Instruments, England), a wave
spectrometer (INCA Wave, Oxford Instruments, England) and a
backscattered electron diffraction detector (HKL, Oxford 
Instruments, England).  

Table I: Melt parameters and chemical 
composition of the metal

No Electrode
material

Estimated 
carbon content 
in the ingot in

wt.-% 

Resulting 
concentration of 

selected elements in 
the ingot in  

wt.-%
C O N

U-0 Titanium sponge
TG-100 - 0.022 0.067 0.033

U-2 Titanium sponge
TG-100+CNT 0.14 0.135 0.093 0.013

U-3 Titanium sponge
TG-100+CNT 0.14 0.13 0.1 0.021

U-4 Titanium sponge
TG-100+CNT 0.35 0.34 0.14 0.021

U-6 Titanium sponge
TG-100+carbon 0.35 0.30 0.11 0.012

The chemical composition of the metal was determined with an 
optical emission spectrometer (SPECTROMAX, SPECTRO,
Germany). The gas content was determined in the laboratories of
the E.O. Paton Institute of Electric Welding of the National 
Academy of Science of Ukraine, Zaporozhye titanium and 
magnesium plant and RWTH Aachen University, Germany on 
different analyzers (TN-114, RO-316, RH-2, RH-3, Ströhlein 
O/N-MAT 8500). Mechanical tests and measurements of hardness
were carried out by standard methods.

The analysis of the macrostructures (Figure 6) show that the 
introduction of carbon in form of nanoparticles has no significant 
impact on the ingots macrostructure (U-2-4) and the input of 
carbon in form of microparticles (U-6) leads to the formation of 
equiaxial crystallites with reduced size.

As can be seen (Figure 7, melting U-0), the structure of the metal 
melted without addition of carbon is typical for titanium of 
commercial purity and has crystallites with a large size. The 
carbon input of 0.135 wt.-% of carbon nanotubes leads to a 
dramatic structure refinement, and it changes to basket-weave 
morphology (Figure 7, melting U-2). With the increase of the 
carbon concentration to 0.340 wt.-%, the dispersion of the 
structure remains constant. However, the order of packets, which 
are typical for basket-weaving, is disrupted (Figure 7, melting 
U-4). When the carbon powder of micronized is used as ligature 
and the carbon content in the metal is 0.30 wt.-%, a structure of 
not oriented, approximately equiaxed, crystallites is forming 
(Figure 7, melting U-6). The basket-weave morphology 
indications are not observed.

In the present work additional investigations on the microstructure 
of titanium were carried out. The most typical microstructures are 
shown in Figure 7.

U-0, ([C]=0.022 wt.-%) U-2, ([C]=0.135 wt.-%)

U-4, ([C]=0.340 wt.-%) U-6, ([C]=0.30 wt.-%)
Figure 6: Macrostructure of the titanium ingots after ChESR

U-0, ([C]=0.022 wt.-%) U-2, ([C]=0.135 wt.-%)

U-4, ([C]=0.340 wt.-%.) U-6, ([C]=0.30 wt.-%)
Figure 7: The titanium microstructure of ChESR ingots, × 100

An indirect indicator of the content and distribution of impurities 
in titanium is the hardness of the metal. For hardness 
measurement ingots were cut along the vertical axis for equal 
parts. Measurement was fulfilled along the central longitudinal 
axis of sample from bottom to top. Figure 8 shows the values of 
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hardness, which have been measured at a height of experimental
ingots.  

As shown in Figure 8, the hardness of titanium correlates with its
content of carbon and thus increases with its content in the metal. 
Thus, the maximum hardness of 200-220 HB is typical for 
samples with a carbon content of 0.340 wt.-% (melting U-4), and 
the lowest – 140-160 HB for titanium containing 0.022 wt.-% of 
carbon (melting U-0). Decreasing of hardness in the top of ingots 
may be deal with crystallization conditions in period of shrinkage 
elimination.

It should be noted that the different morphology of the structures 
of the metal melts U-4 and U-6 correlate with a difference in 
hardness, with approximately the same amount of carbon.

Figure 8: Measured hardness of ChESR titanium ingots

The obtained preliminary results of investigation of titanium 
structures alloyed with carbon and its hardness indicate the 
influence of carbon nanotubes on the processes of structure 
forming.

Conclusions

The chamber electroslag remelting as metallurgical process 
illustrates an efficient way of alloying titanium with carbon in the 
investigated range of 0.022 to 0.34 wt.-% at the application of 
ligatures as carbon nanotubes or carbon powder of micronized. 

The preliminary results of the investigation of the structure and 
hardness measurements showed that ChESR provides good 
chemical and structural homogeneity of titanium ingots, alloyed 
by carbon. In this case, there an increase of strength 
characteristics and changes in the structure of titanium is found. 
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Abstract 

 
In this paper development of both ESR technology and equipment 
for hollow ingot manufacture review and analysis are presented. 
The real complications of hollow ingot manufacture and some 
tendentious issues which restrict process dissemination are 
discussed. An actual data of modern manufacture of as-cast pipes 
for heat and power engineering by traditional ESR with 
consumable electrode are given. Results of microstructure and 
nonmetal inclusion investigations have shown the high quality of 
as-cast ESR pipes. On the basis of these results the possibility to 
produce huge ESR hollows (up 5000 mm in dia) with final goal 
drastically to reduce setting ratio on forged shells and rings or 
even replace it by ESR hollows as-cast is grounded. Two new 
ESR technologies - consumable electrodes change and liquid 
metal usage - have passed pilot tests for heavy hollow production 
and shown very prospective results to be presented. 
 

Introduction 
 
On LMPC-2011 and some other recent conferences we discussed 
the latest improvements of the ESR technology for hollow ingots 
[1-4]. For more than 40 years of its application a big variety of 
hollow ingots (round and square billets with hole of a various 
form, thick-walled pipes, cylinders and various shells with 
thickness of walls from 20 mm, with a diameter up to 1600 mm 
and length of up to 5-6 m and weight up to 20 t) from various 
steel and alloys [5,6] were mastered. 
 
Advantages of ESR hollow ingot/ billets are quite proved. The list 
of the advantages follows: 
 - the number of technological operations at forging and 
rolling (sadden, tag, upset and punch are excluded) decrease and 
so do the expenses for step operational heating; 
 - high metallurgical quality and metal density, stable 
chemical structure (the minimum liquation) are guaranteed due to 
the minimum volume and depth of liquid metal bath in 
comparison with a solid ESR ingot of the same outer diameter and 
even in comparison with the hollow ingot cast in a mold; 
 - the high yield of metal is provided; 
 - the formation of fast crystallization structures (thanks to 
two fronts of crystal growth in the opposite directions - from 
internal and external mold) guarantees excellent properties of 
metal as-cast. 
 
However, despite obvious benefits the hollow ingots processing 
still has not become the main process for manufacture of products 
with holes. What is more, the solid billet has not been replaced by 
hollow one for pipe production yet. 

 
There is a common-sense question. What are the reasons? The 
opponents of hollow ingots application repeatedly pointed out the 
following circumstances: 
 - the technology of hollow ingots casting is more 
complicated than technology of solid ingots manufacture. It 
requires more exact observance of melting parameters and allows 
only very insignificant variations; 
 -while solid ingot forging the worse quality central part of an 
ingot is removed, and while hollow ingot forging the 
macrosegregation remains in a body of a product; 
 - the quality of hollow products forged from hollow ingots is 
worse than the same made of solid ingots because the deformation 
ration is low; 
 - the yield increase at hollow ingots manufacture doesn't 
compensate the additional costs on their manufacture. 
 
More detailed consideration of ESR of hollow ingots will allow us 
to disprove these objections. 
 

Evolution of Traditional ESR for Hollow Ingots:  
Background, Opportunities and Restrictions 

 
Pipes manufacture, especially heavy shells, cylinders and vessels, 
is one of the most technologically difficult processes in 
metallurgy and machinery.  In long-term disputes over expediency 
of solid ingot replacement by hollow one, as at the brisk 
intersection, the very inconsistent opinions encounter. They are 
based both on unbiased and subjective estimations of complicity, 
deliveries of technology and achievable level of quality. The 
classical example is old disagreement between supporters of the 
cast metal and defenders of the deformed metal. Certainly, in 
many cases rolled and forged metal still surpasses the cast one in 
quality. At the same time, the near-net-shape casting is more 
expedient and prospective than casting of a big section ingot and 
forging it to final dimensions. The continuous casting process of a 
strip of 1-5 mm thick is a very bright example of the successful 
solution of this dilemma. Actually the slab casting, hot-rolled strip 
itself and the equipment for their production will consign to the 
past while cold rolled sheets will be made from a cast strip 
already. In our opinion, the technology development for many 
hollow products will go according to the similar scenario: solid 
ingots will be more and more displaced by hollow ones, which 
approximate to final size of ready product. 
Let's consider now one by one the restriction that constrains 
dissemination of ESR hollow ingots manufacture. 
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Standard Technologies of ESR Hollow Ingots 

  
Nowadays there are two types of ESR process: remelting of 
consumable electrodes and direct pouring of liquid metal. Both 
types can be realized in two options of inner (forming a hole) 
mold location relative to outer (forming an ingot) mold. In one 
case, the internal mold fastens on some kind of long mast, and in 
the other – on upper flange of an outer mold.  
 
It is obvious that in order to receive long ingots the inner mold 
needs to be hung on an outer mold from above and should not 
prevent withdrawing of ingot down (theoretically infinitely).  
The option with inner mold fastened from below on long mast 
worked in the industry for ten years, however, allowed small 
length ingots receiving. Today (according to our information) this 
method is not applied. 
 
The multi electrode scheme (remelting of several consumable 
electrodes in a short collar mold and an ingot withdrawing) with 
the top arrangement of inner mold is being used in the industry. 
At the present day only in Russia and in Ukraine not less than 10 
ESR furnaces make thousands of tons of hollow ingots annually. 
In this regard the question of complexity of technology, in our 
opinion, is a purely rhetorical one. Certainly, there are some 
difficulties in operation of the furnaces applying traditional 
process to melting of hollow ingots with application of 
consumable electrodes. However, they can be solved. 
 
Let us take as an example production of “JSC Energomash 
(Belgorod) — BZEM” which is the traditional supplier of 
pipelines for thermal and nuclear stations of Russia and abroad 
and where the manufacture of cast ESR pipes is mastered instead 
of the forged ones. The multi electrode bifilar diagram with a 
hinged inner mold is used. Outer diameters of produced ESR 
pipes are 273 - 920 mm, wall thicknesses is from 22 to 100 mm. 
 
And now we will focus not on complexity of ESR itself but on the 
difficulties directly connected with cast metal quality.  In case of 
incorrectly chosen melting modes there can be superficial or 
internal defects with necessity of additional machining or 
deformation, respectively.  Therefore, with an insufficient heat 
input the ripples arise on a surface; and, with an increased 
productivity of melting and high speed of withdrawing, the hot 
topping of solidified metal is interrupted which at thin section 
leads to porosity formation (it is the second argument against 
hollow ingots application and it will be discussed further).  
 

Features of Solidification Process and Structure of ESR 
Hollow Ingots  

 
Formation of structure of any ingot of ESR is defined by 
relationship of two opposite, in fact, processes, which go at 
remelting in parallel and at the same time. First is an inflow of 
liquid metal (with a certain speed and temperature) in a mold, and 
the second one is heat removal by its water cooled copper walls. 
The basics for understanding structure formation in ESR ingot is 
the fact that there are three main periods of process. The initial 
stage is one when the speed of solidification is higher than the 
speed of metal inflow. The liquid metal pool is minimum, all 
cooling surface (mold(s) walls and bottom plate) work effectively. 
At such situation dendrites grow mainly perpendicular to the 
bottom plate surface as it is promoted by gravitation.  

If distance from the bottom plate increases its cooling action 
weakens and the vertical wall of a mold becomes the main surface 
of cooling. At the initial moment the speed of solidification is 
higher than the melting speed. That causes existence of slag films 
in near-bottom part of an ingot. After formation of some layer of 
solid metal on the bottom plate the speed of melting is increased 
and at a stationary stage of ESR the melting speed is equal to 
solidification speed with some correction for the size of liquid 
metal pool. However, if in solid ingots such equality of speeds can 
be provided in quite wide interval of melting speed values, the 
increase in withdrawing speed over optimum while hollow ingot 
melting will lead to drastically deepening of a liquid pool (as it is 
observed at continuous casting) and, the central porosity of a 
hollow ingot is inevitably formed. 
 
It is known that the phenomenon of metal volume reduction at 
solidification in ingots and billets leads to shrinkage formation 
which can appear in the form of the concentrated cavity or the 
distributed central porosity. And, the higher temperature of the 
metal, the more the shrinkage as liquid metal reduces volume not 
only at transition to solid, but also while cooling in a liquid. In 
spite the fact that metal temperature at ESR is very high formation 
of the concentrated shrinkage cavity is almost excluded thanks to 
effective hot topping at the end of melting. Porosity can be 
observed in ESR when a big liquid metal pool and wide mushy 
zone are formed because of the increased melting productivity and 
high withdrawing speed. Thus, the solidification of the last 
portions of melt takes place in interdendritic space, when there is 
no inflow of new portions of melt to a zone of crystallization 
fronts connection. 
 
For ESR hollows the strong development of the long axis 
columnar dendrites oriented at an angle to both ingot walls in the 
direction to heat inflow (a contour of a liquid metal pool) is 
inherent. These dendrites meet near ingot axis or on it in case of 
thin sections and big heat input. 
 
Such limit case of transcrystallization can be observed at an 
excessive both heat inflow in a liquid metal pool and speed of 
withdrawing of thin-walled hollow ingots (Figure 1). 

 
Figure 1.  Transcrystallization in structure of longitudinal section 
of hollow ingot wall (thickness 50 mm) of HSLA steel. Etched in 

boiling HCl. 
 
Behind the zone of frozen crystals near an ingot side the thick 
skeleton arms of dendrites (first order arms) start to grow 
transversely to liquid pool profile. The angle of dendrites to 
horizon from left side of sample (from main mold) is 3-5 degrees 
less than from the inner one; the line of dendrites connection 
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displaces to the right. This part has more etched parts (usually 
caused by dendrite liquation). This testifies some less rate of 
solidification from inner mold than from the outer one. Therefore, 
that structure is escorted by marked dendrite liquation and 
porosity.   

Minor segregation and porosity can be partially removed by a 
deformation. But in our case, when pipes are used as-cast, the 
melting process is operated by strict regimes, which provide small 
deep of liquid metal pool, and, consequently, the absence of 
transcrystallization into ingot wall.  

Microsegregation in as-cast pipes can to big extent be eliminated 
by heat treatment. Heat treatment modes for as-cast ESR metal 
should differ from required for forged ones made of the same steel 
grade because ESR ingot has bigger ancestral austenite grain. As 
diffusion processes accelerate with temperature growth, the heat 
treatment of ESR metal is usually made at higher temperature in 
order to provide rational duration of treatment from practical and 
efficiency point of view. However, it should be noted that too 
high temperature can lead to grain growth. Yet, an insufficient one 
results in incomplete recrystallization as shown on the Figure 2. 

 
Figure 2 – Cross section of ESR pipe which demonstrates effect 

of improper homogenization on macrostructure. 

Cast pipes (hollow ingots) melted in optimal mode have high 
quality. Metal macrostructure is dense and dendrite with narrow 
zone of equiaxed crystals in central part (Figure3).  

 
Figure 3. Macrostructure of cross and longitudinal sections of 

good quality ESR hollows. 
   
The zone of crystallization connection is usually displaced on 0.1-
0.15 of wall thickness to the hole side. Segregation defects are 
absent and nonmetal inclusions are dispersed and have uniform 
distribution. 

The ESR ingot chemistry is practically on the same level as in 
consumable electrodes: both manganese and silicon losses are 
insufficient: sulphur content has been reduced. Macro- and micro 
segregation are not revealed. 
 
The metal of ESR cast pipes is quite pure by nonmetal inclusion. 
There is a small number of round shape single small sulfides (up 
to 5 �m) and oxides, as well as complex oxysulfides (figure 4). 
The irregular shape inclusions are complex and consist mainly of 
several phases. Central part of such inclusion consists of high 
melting points, and the outer one has low melting point matters 
(MnS or glasses).  The nature of observed in nonmetal inclusion 
testifies their formation in a liquid steel.    

 
# Content of elements,  % weight Max size, 

�m Al Si Mn S Ti Ca 
1 87.6 6.7 - 1.3 0.6 3.756 29 
2 53.4 3.5 9.1 4.3 5.3 24.5 
3 95.8 - - 4.2 - - 11 
4 52.8 1.3 6.5 0.6 - 38.7 5 
5 59.2 - 0.3 1.6 1.6 37.4 20 
6 46.2 0.2 5.1 4.8 0.7 42.9 7 
7 87.2 1.6 8.1 1.7 1.5 - 5 
8 87.8 8.3 3.1 - - 0.7 8 

Figure 4. Typical nonmetal inclusion in cast ESR pipe of 
650/554mm of 15 CrMoV steel. 

  
Manganese sulfides are small as the sulfur content in metal is 
insignificant. Oxide and aluminum-calcium-silicon oxysulfides 
containing inclusions are the products of diffusion deoxidation of 
steel in slag. Their size is small, and their form and morphology 
are favorable. The composition of oxide nonmetal inclusions 
depends on activity ratio of aluminum and silicon (both present in 
metal and in slag) and calcium (present in a slag mainly in the 
form of oxide and fluoride). Existence of inclusions of such size 
in structure of steel has become admissible due to the fact that the 
probability of their action as fracture concentrators is almost 
insufficient. 
 
The amount of oxide and oxysulfide nonmetallic inclusions 
increases with the increase of aluminum content, which is 
responsible for oxide part of nonmetal inclusions.  There are 
almost pure alumina oxides which have the irregular shape and 
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seldom quite big size (50 microns and more) that does them 
dangerous concentrators of fracture. Considering that alumina 
nonmetal inclusions are inclined to agglomeration deoxidation of 
steel is made by modes preventing their formation. 
 

Application and Properties of As-Cast Metal of ESR Hollow 
Ingots  

 
The most impressive result that was received more than 40 years 
ago by several independent researchers is that the as-cast ESR 
metal has mechanical properties up to the mark and even better 
than deformed metal does.  
 
Advantage of cast metal over the forged one is especially bright 
when the surface of ESR ingot is the working surface of a tool or 
part. It is quite obvious that very often in this case there is a 
situation when the main working loads coincide in the direction 
with first order axis of dendrite structure in ESR metal. In 
deformed (forged and rolled) products the direction of the main 
loads is transversely to the main direction of deformation texture 
of metal. Under such circumstances the cast tool works better than 
the deformed one. It was recorded for as-cast working rolls of Z-
mill, stamps, containers for pipes pressing, etc. [6].  
 
Further we provide more evidence. Authors [7] give results of 
both as-cast and deformed ESR hollow ingots metal quality at the 
end of two years of various steel grades production (ball bearing, 
HSS and HSLA). Researches of hollow ingots metal from various 
types of HSS steels showed similar results – thinning of a carbide 
net and reduction of carbides sizes as well as further improvement 
of structure after homogenization and deformation. It is shown 
that the hollow ingots metal considerably surpasses solid ingot 
metal of both usual melting and ESR by degree of carbide 
heterogeneity, purity by nonmetallic inclusions and service life in 
ready tools. The durability of the hob cutters made of a hollow 
ingot without deformation was not worse than forged. 
 
The paper of authors [8] is devoted to research of quality of 
electroslag hollow ingots of ball bearing (Russian grade ShH15) 
received by multielectrode scheme. It was proved that as-cast ESR 
metal of a hollow ingot has higher density in comparison with the 
deformed metal melted in ESF. 
 
The comparison of mechanical properties of the ESR as cast metal 
(die steel) with properties of metal of open melting (OM) with 
deformation ratio 5.3  and 27. 5 (square billet of 80 mm and round 
billet of 30 mm in dia) was made by authors [9]. The performance 
of hot pressing matrixes made from ESR hollows with wall 
thickness of 60-80 mm surpass the same for matrix made from 
rolled billet (round shape of 180-200 mm in dia) more than twice. 
Hardness of ESR metal after annealing and OM metal for rounds 
of 30 mm made 46 and 48 HRC, and for square of 180 mm - 44 
and 46 HRC, consequently. It was found that by strength 
characteristics as-cast steel 3Cr3Mo3V and H13 were on the same 
level, and steel 4Cr5MoVSi was a little bit lower than strength of 
OM metal in rounds of 30 mm. Mechanical properties of ESR 
steel at high temperatures were also higher. That allowed authors 
to conclude that as-cast ESR die steel in sections up to 150 mm 
has higher properties than OM with deformation ratio 5.3 [9].   
The manufacturing technology and quality of hollow ingots of 
508/254 mm from heat resistant alloys (Haynes 718) and the low-
alloyed AISI 4330 steel were investigated. It is shown that the 
ingot of Haynes 718 alloy is free from a liquation through whole 

length, and the content of both titan and aluminum is controllable. 
The same is achieved for ESR hollow ingots from AISI 4330Mod 
steel. Excellent properties of hollow ingots as-cast were received. 
As an example: impact strength KCV was 51.5 Nm at yield 
strength of 28.5 Nm. Such properties make it possible to use as-
cast hollows instead forged materials, which are used now [10]. 
The research of structure and properties of hollows for cast-
welded vessels from the austenitic Cr-Mo steel 12Cr18Ni10 for 
cryogenic temperatures and high pressures [11, 12] showed that 
metal structure is dispersed and consists mainly of austenite. The 
quantity of ferrite phase is insignificant (from 2.5 to 7%).  There 
is no sulfur segregation. The very small quantity (permissible by 
standard specification) of carbonitride inclusions is revealed.  
Properties of electroslag hollow ingots metal of steel tempering 
were similar to properties of forged metal of the same grade.  
 
The hollow billets of the super low carbon steel grade 
03Cr20Ni16Mn6 strengthened by nitrogen were applied to 
production of cast-welded cryogenic vessels. Weights of hollow 
ingots were 0.15 t (stationary mold 320х140mm) and 6 t (T-
shaped short collar mold 700х345 mm). It is shown that the steel 
chemistry after remelting practically didn't differ from 
consumable electrodes. The oxygen content in metal was reduced. 
Degree of anisotropy of mechanical properties of ESR hollow 
ingots was 1.073…1.081 against 1.4-1.8 for forged metal of open 
melting. It is shown that mechanical properties of steel 
03Cr20Ni16Mn6 are as good as the same of the deformed metal 
by the main aspects defining its workability. 
 
Authors [13] investigated a pilot batch of hollow electroslag 
billets (length 1600 mm, outer diameter 348 mm, wall thickness 
50 mm) from steel 38Cr2Ni2Mo subjected to heat treatment 
(quenching and annealing). Structural and chemical heterogeneity, 
mechanical properties and purity of electroslag metal by 
nonmetallic inclusions were under study. It is shown that ESR 
metal differs by uniform quality of a chemical composition as 
well as by high density through the whole length. Nonmetallic 
inclusions are generally presented by oxides (1.5…2.5 marks) and 
nitrides (0.5 marks). Quality of as-cast electroslag metal met 
requirements to forged products. 
 
The results received earlier were taken as a reference point for 
mastering technology of as-cast pipes ESR production used today. 
As shown above, the structure of pipes received by regular 
melting regimes is dense, without the revealed segregation. 
On the basis of an extensive complex of studies of structure, 
quality and mechanical properties of as-cast electroslag pipes the 
Technical Specification was developed and industrial ESR 
method production of pipes for pipelines of thermal and nuclear 
stations has begun. 
 
Pipes produced nowadays completely meet quite rigid 
requirements of geometry: 
  - maximum deviations on outer diameter (+3.5 mm; – 
1.3 mm), maximum deviations on wall thickness – (+10 mm; - 
2mm), maximum deviations on the pipe length (±20 mm); 
  - the most admissible curvature of pipes on any part of 1 m 
long: with a wall of 20 mm – 2.0 mm, more than 30 mm – 4 mm: 
the same on the whole length – 15.0 mm. 
 
ESR pipes are supplied after heat treatment and surface 
machining. Each pipe is exposed to ultrasonic control before final 
heat treatment or after fair machining.  
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Mechanical properties have to be not less than specified in table 1. 
However, in practice indicators of impact strength are 
significantly (by 2-3 times) higher. This fact confirms high quality 
of ESR metal once again. 

 
Table 1. Technical specification requirement to mechanical 

properties of cast ESR pipes (after heat treatment) 
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20 410-550 215 22 40 

59 54 
15 MnSi 490-610 295 16 40 
16 Mn Si 490-635 275 18 40 
15CrMoV 490-635 315 18 50 
10Cr9MoVNb >600 400 17 50 

 
Durability tests of cast pipes showed high rates of both yield 
strength and strength rupture at increased temperatures (up to the 
500 C for steels 20, 15MnSi and 16MnSi and up to 600 C for 
steels 15NiMoV and 10Ni9MoVB).  The mechanical properties 
defining working capacity of ESR pipes hold out for the 
requirements to forged pipes from the same steel grade. Thus, that 
allows their application in pipelines. 
 
Accumulated experience of ESR of hollow ingot production for 
cast pipes for heat and nuclear power plants shows that 
technology today is steady and well proven, allowing production 
of competitive products of high quality. And today, on the basis of 
the analysis of long-term successful experience we can claim that 
ESR provides the best quality of hollow ingots.  
 
Emergence of new modifications of ESR process, which will be 
discussed below, allows us to increase flexibility and 
technological effectiveness of process, to lower expenses and, 
even to set the goal of development of continuous casting of 
hollow billets. 
 

New ESR Technologies Potentiality 
 

In our opinion, using the standard ESR with consumable 
electrodes without change within melts is good for relatively 
small ingots up to 20-30 tons weight only. In that case perfect 
quality can be achieved at simple standard equipment. On the 
other hand, for long (tall) and heavy hollows usage of standard 
ESR technology leads to the dead end due to the unacceptable 
increase of the furnace height, complicity of it design, high cost of 
the equipment and day by day operation. Moreover, the cost of the 
consumable electrodes has become very high too. List of the 
problems could be continued. Although, consumable electrodes 
are the leading problem, or even barrier on the way of steady 
operation. 
 
From our point of view, further development of standard hollow 
ESR technology could be achieved due to consumable electrode 
change. A separate article about this method will be presented at 
our conference [14]. So we just will mention its main 
characteristics. In general this method looks like standard ESR for 
hollow ingots. The real difference is that so known double circuit 
ESR, ESR TC is realized for hollows instead of standard ESR 
[15]. Principles of that method are given in Figure 5. 

 

Figure.5. Concept diagram of hollow ingots ESС TC:  1- Current 
Supplying Mold ( CSM®), 2 - Inner Mold, 3- Consumable 

electrode, 4-Molten slag, 5-Molten Metal, 7-Ingot. 

Only one of the various possible arrangements of high current 
loop is shown in the fig.5. This diagram is similar to the ESR TC 
of the solid ingot. The main point is that such diagram makes the 
power input and speed of ingot withdrawing almost independent. 
It is very important for practical use as it is possible to maintain 
constant power input, to stop or reduce drastically the speed of the 
relative movement of the hollow ingot along the inner mold, and 
to avoid the inner mold bite by solidifying ingot. 
 
Several heats show that it is enough to keep such relative 
movement between inner mold and ingot on the level of just 1mm 
per min. It means that enough time could be provided for 
electrode change. For example, 10 min for electrode change with 
such speed of movement will lead to the slag and liquid metal 
level change for just 10 mm and such figure is not dangerous for 
hollow ingot formation. 
 
In addition the described problem of the wall center segregation, 
porosity, etc will disappear as it is easy to combine necessary 
level of the power inflow and ingot growth speed is suitable for 
sound structure formation.  
 
This variant of technology has been realized recently in new 25 t 
ESR furnace for huge hollow ingot production with length about 
6000mm*. Photo of such ingot presented in the fig.6. In the area 
of electrode change that takes just 2 minutes it was no ripples or 
other marks on both the inner and outer surfaces. Current 
supplying molds (CSM®) for 650 mm outer diameter hollows are 
used. Such T-shape mold has 200mm stairs between mold work 
diameter and mold upper part. Such design opens the possibility 
to replace rolled electrode by casted ones.  

 
 

Figure 6. ESС TC hollow ingot produced with electrode change 
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In our opinion, the best perspective of huge hollows ESR 
technology is the one with direct processing of liquid metal, so 
called ESR LM. On one hand, such method is a good alternative 
to the ESR with consumable electrodes. On the other hand, it 
combines positive futures of the ESR and continuous casting. 
Method of ESR LM has practically no limitation in hollow wall 
thickness. From the minimum side it could be 25mm, from the 
maximum side – 500mm or even bigger. Important point is that 
small wall thickness could be achieved for big radius hollow 
ingot. It is the way for cast shells manufacturing. Maximum 
thickness could be bigger, for example, 700 mm. But in that case 
central segregation could not be prevented. 
 
After several laboratory tests ESR LM for hollow ingots was 
tested in the industrial conditions [1, 2, 4]. Industrial trials were 
performed using furnace for surfacing of rolling mill roll by ESS 
LM (electroslag surfacing by liquid metal) owned by Ukrainian 
company NKMZ. ESR LM process sketch and appearances of the 
hollow ingot diam. 770mm x 70mm are presented in the Fig.7 

_________________ 
* This project was realized together with Prof . Z. Jiang and his 
team, North Eastern University, Shenyang, China, see ref.[14] 

Figure 7. ESR LM for Hollows (left) and  
ESR LM Hollow ingot (right) 

 
ESR LM process for hollows guarantees at least two main 

advantages: 
 - low overheat over liquidus temperature allows to receive 
very dense metal of an ingot with the minimum liquation on 
height and section thanks to the accelerated crystallization 
(between two copper water-cooled molds) as well as because of 
both permanent and slow supply of liquid metal (from the 
pouring-holding device) that provides excellent properties of 
metal even in as-cast condition; 
 - an increase of economical effectiveness ESR due to 
elimination of the consumable electrode cost starting from their 
casting till consumable electrode clamping on the ESR furnace  
In addition, as it was mentioned, ESR LM of the hollows is the 
only way to realize old idea to combine advantages of ESR and 
continuous casting and realize real semi concast and, finally, 
concast of the hollow tubular billet [16] 
 
Finally, it’s necessary to answer the last question about economic 
efficiency. Let us use information from two companies that use 
hollow ingots, including ESR hollows. Well know company 
AREVA-Creosout Forge using hollows instead of solid ingots 
within last 30 years for manufacturing forged vessels for various 

applications [17]. It is known that in the heavy-, power- and 
petrochemical machine building industry about 50% of heavy 
forging has hollow shape. It is clear that higher weight of forging 
leads to the higher coefficient of ingot metal usage in case of 
hollow ingots. According to the various estimations it could be 
even 5 times higher in comparison with such figure for forgings 
made from solid ingot [1-4]. 
 
The second example connected with the mentioned above plant of 
the Russian company JSC Energomash Belgorod - BZEM 
Manufacturing of the ESR thick wall cast tubes replaced the 
forging tubes. Even with usage of purchased rolled electrodes in 
the given company the as-cast ESR tubes cost is 15% less. 

 
Conclusion 

 
Hollow ingot solidification process leads to less intensive 
segregation in comparison with the solid ingot of the similar 
weight and height due to the minimum volume of the liquid metal 
bath. Favorable structure and high level of the mechanical 
properties give the possibility to use as-cast thick wall pipes for 
nuclear and fossil power station and to replace forged tubes. 
Utilizing of the CSM® and ESR TC offers the hollow ingot 
casting using electrode change and makes possible to use short 
electrodes and to reduce overall furnace height.  
Hollow ingots manufacturing makes it possible to reach three 
goals: 
 increasing ESR cast metal quality and more wide usage of 
the cast ESR metal instead of forged or rolled ones; 
 reducing the metal scrapping and decreasing of the 
complicity of the hollow production; 
 creation of the semi-concast and concast technology of the 
hollow tubular billet production. 
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Abstract 

In the present paper a transient 2D Magnetohydrodynamic model 
is used to explore the influence of the interface movements on the 
resistance swing in the static mould version of the Electro-Slag-
Remelting (ESR) process. The model couple efficiently the elec-
tric current distribution with the movement of the electrode, the 
slag/gas, and the slag/metal pool interfaces. The solid slag skin is 
computed with a help of a 1D model that accounts for the mould 
current. Two electrode configurations are explored, a shallow and 
a 50 mm immersion depths.

Introduction 

The Electro-Slag-Remelting (ESR) is an advanced technology for 
the production of components of e.g. high quality steels. To pro-
duce a high quality homogeneous ingot with good surface quality, 
the deviations in the process, such as melting rate or the immer-
sion depth of the electrode need to be minimized. Optimisation of 
the process efficiency and surface quality are directly linked with 
the electrode immersion depth.  The best results are believed to be 
obtained with constant immersion depth and as shallow as possi-
ble. Nevertheless, shallower is the immersion depth, the more 
difficult is to control the electric parameters (power, voltage). The 
extreme variations in voltage observed during such shallow im-
mersion are attributed to the formation of air gap under the elec-
trode, that can possibly lead to arcing and to deleterious oxidizing 
reactions. In opposite a too deep immersion depth is known to 
create poor surface and metallurgical quality in the final ingot.  

No system currently exists to measure the depth directly, so it 
must be inferred from measured parameters of the process. The 
variation of the resistance, known as resistance swing, is the 
mostly used method for the control of the electrode position [1].
However, the increase in resistance swing can be reliably, but not 
quantitatively, related with the immersion depth. In addition, it is 
known that the control currently used in industry has experienced 
unexpected and unexplained difficulties, resulting in imperfec-
tions in the ingot being produced. This is why some efforts must 
be applied to the identification of process state, solely through 
analysis of electric process parameters. 

 The aim of the present work is to compute numerically the time 
evolution of the resistance. To achieve this goal it is important to 
identify the phenomena that can generate these electric fluctua-
tions. Assuming that most of the resistance is generated within the 
slag cap, our analysis will focus on the electric properties of this 
region. The slag region experiences strong flow turbulence that 
can induce locally strong temperature fluctuations. The electric 
conductivity of a typical slag is not constant, instead it increases 
with temperature. If the temperature at a point located within the 
slag fluctuates, the Joule released at this point fluctuates as well.

Recently, it was shown that these fluctuations have a considerable 
effect on the power generated in the slag [2]. A correction factor 
must be added to the Joule heating source, especially in area with 
strong thermal turbulence, i.e. under the electrode and at the vicin-
ity of the mould [2]. Nevertheless, the estimated standard devia-
tion of the total resistance was found to not exceed 3 %. By modi-
fying the chemical composition of the slag, the electrochemical 
reactions may modify the average electric conductivity.  

Large and sharp fluctuations of the resistance can only be generat-
ed by modifying the shape of the slag cap. The shape of the elec-
trode tip being melted represents the first boundary. The time 
scale associated with a shape modification is in the order of 
minutes (5-20 min), assuming a constant immersion depth it 
cannot induce fast resistance fluctuations. The solid slag that 
develops at the mould (referred as slag skin) is a boundary that 
was considered for a long time as an electric insulator [3,4]. But 
recent experimental and numerical investigations on static mould 
ESR have shown that typically 20% (but up to 90 %) of the total 
current can cross it to enter directly into the mould [2,5]. The ratio 
mould current over the vertical current depends on the ratio be-
tween the electrode-mould radial distance and the slag cap height. 
A second factor is the ratio between the liquid slag and the slag 
skin electric conductivities. It is clear that a time fluctuation of the 
mould current intensity can induce a variation of the global re-
sistance. The slag/ pool interface and the exposed slag surface are 
boundaries that are susceptible to move. Physically, the develop-
ment of the heat and mass transfer at these interfaces is important 
for the final ingot quality, composition and cleanliness. Visual 
observations of the slag/air surface show a surface strongly affect-
ed by the slag eddies. Due to the presence of high temperatures, 
opacity of the materials, and the presence of the mould it is not 
possible to directly observe the behaviour the slag/pool interface. 
Although usually assumed flat, a previous work [6] using a Vol-
ume of fluid (VOF) model has shown that the interface between a 
layer of slag and steel layer in a cylindrical cavity is highly cou-
pled with the distribution of the electric current. A full scale simu-
lation of the ESR process using a VOF model has shown that the 
shape of the pool interface is likely to be non flat. Depending on 
whether a “flat” or “free” interface is assumed, an appreciable 
difference was found in the prediction of the pool shape and depth 
[7, 8]. This difference was due to a different magnitude and distri-
bution of the Joule heat generated.  

The current work presents the results given by a 2D Magnetohy-
drodynamic model coupled with the phases (steel, slag, gas) dis-
tribution. The model allows the movement of the electrode within 
the slag. The movements of the liquid interfaces are resolved in 
time and in space. The solidified slag skin thickness is considered 
with a 1D model which includes the influence of the electric 
current and the heat fluxes at the contact with the mould. Two 
different states are explored, one with shallow immersion depth, 
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and a second with a deep penetration depth. In the present study, 
the influences of the melting, the solidification of the metallic 
pool and of the falling droplets on the electric current distribution 
are not taken into account. 

Numerical Model

The axisymmetric calculation domain is presented in figure. 1. A 
rigid electrode is put in contact with a cylindrical container filled 
with a 10cm height layer of liquid slag and an equal quantity of 
liquid steel. Most of properties of steel, slag and gas (N2) are 
assumed to be constant. The electrode supplies a total 5Hz AC 
current of I0=5000 Amperes. The operating conditions as well as 
the material properties are presented in Table 1. 

 
Figure 1. Calculation domain

Interface tracking  

 The Volume of fluid (VOF) method provides the possibility 
of tracking immiscible interfaces over a fixed Eulerian mesh. It is 
designed for two or more immiscible fluids where the position of 
the interface between the fluids is of interest. In the VOF method 
the motion of the interface between immiscible liquids of different 
properties is governed by a phase indicator, the so-called volume 
fraction f, and an interface tracking method. The volume fraction 
fk is equal to 0 outside of liquid k, and equal to 1 inside. The evo-
lution of the interface is calculated using the geometrical recon-
struction scheme. (1)

The local values of a physical property !�(such as density, viscos-
ity, electric conductivity) are interpolated by the following formu-
la: 

44332211 ffff !�!�!�!
! ,                            (1) 
where the subscripts 1-4 indicate the corresponding phase, 1 for 
slag, 2 for steel, 3 for solid steel (electrode), and 4 for air. An 
explicit version of the VOF technique was used for the present 

calculations. The value of the surface tension is fixed to 1 N/m at 
both air/slag and slag/melt interfaces. Depending on the dynamic 
of the interfaces, the typical calculation time step lies in the range 
of 10-2-10-4 second.  

Fluid flow 

The motion of the slag, gas, and liquid steel is computed with the 
continuity and the Navier-Stokes equations. The no-slip condition 
is applied at all the walls. The electrode and the top air surface are
modeled as velocity inlets with fixed velocities. To conserve the 
volume, whenever the electrode is pushed at a certain speed 
downwards or upward ( eleuu ��


 ), the equivalent speed is applied 
in the opposite direction at the top air surface
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�
 .  The effect of the turbulence is estimated 

through an effective viscosity �l with the help of the Realizable k-
"�#� The no-slip condition is applied at all the walls (electrode, 
mould and baseplate boundary). 

Electromagnetics 

To solve the electromagnetic field, two techniques can be used, 
one based on the induced magnetic field �H

�
, and another based on 

the electric potential ��and magnetic potential A
�

. Due to its 
simplicity, the method based induced magnetic field is the most 
widely used technique [2-8]. With no mould current, a single (or 
double in AC) equation must be solved with very simple boundary 
conditions. When the possibility of having currents crossing the 
solid slag skin directly into the mould, the induction equation 
needs to be solved with the thin slag layer with enough grid point 
to correctly resolve the strong decrease in electric conductivity 
[2,5].  

In the present work, the potential method A-��has been used   the 
solid slag layer is modeled and not directly solved [see next part].  
The potential at the mould and at the base plate is fixed to 0. The 
method based on the electric potential allows us to write the 
mould current in the simple form:

�
��Wmj 
 ,    (2) 

Where w� is the average electric conductivity within the slag 
skin, assumed to be 100 times smaller than the conductivity of the 
slag at liquidus temperature. At the level of the metal pool no 

current is allowed to cross the slag skin )0( 
mj .

 Since the time resolution of the interface needs the use of very 
small time step, the choice is made here to resolve the oscillation 
of the imposed electric current.  The boundary condition at the 
mould consists in equalizing the electric flux to the mould current 
when the adjacent cell is filled with slag, or to 0 in the other cases 
(air or metal). Usually the Lorentz force and the Joule heat source 
are introduced in the corresponding equations only after time 
averaging [2-8]. In the present approach these sources are oscillat-
ing in time around their main values, allowing a full coupling 
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between the hydrodynamic, the electromagnetic and the thermal 
phenomena. 

Heat Equation 

The heat balance is of importance here in order to estimate the 
thickness of the solid slag skin. The melting and solidification of 
the metal is not considered. $he energy equation is solved in the 
fluid domain.  

�
� 2

)(
)( j

Tk
Dt

TCD p ���
                                                     (3)

Where Cp , k, �%�are the mixture heat capacity, the heat conduc-
tivity, and the electric conductivity. The temperature at the elec-
trode/slag contact surface is fixed at the alloy liquidus tempera-
ture. The P1 radiation model is used to compute the radiation in 
the gas media. This radiation model is necessary in order to cor-
rectly estimate the heat radiation fluxes for any shape of the ex-
posed slag surface. At the gas level, the radiative emissivity of the 
electrode and of the mould is taken equal to 0.8. At the lateral, and 
at the bottom boundaries, the temperature is fixed at the slag 
liquidus temperature (1650 K).  

Modeling of the solid slag thickness  

 The solid slag skin is not directly resolved but rather implicitly
modelled. The present approach is inspired from concept of wall 
functions used in turbulence modelling when the mesh is not fine 
enough to resolve the turbulent and the viscous boundary layers. 
From the heat balance through the solid slag layer it is possible to 
extract a simple 1 D equation for the evolution of its thickness
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The terms from left to the right are the contributions of the (a) 
latent heat released or absorbed, (b) the evolution of the average 
temperature of the solidified slag layer T , (c) heat lost from the 
liquid slag to the solidified slag layer, (d) the heat lost from the 
solid slag to the cooper mould, and (e) the Joule heat dissipated 
within the solid slag layer. 
A simple linear temperature profile is assumed through the solid 
slag layer, the volume average temperature within the layer is: 
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��The effect of the elevation of the slag level during the melting is 
taken into account through the velocity meltu , related to a fixed 
melt rate (2kg/min). This approach allows also the slag skin 
thickness to vary with the melt rate.  

In the present calculation the Joule heating source is simplified by 
using the average slag skin electric conductivity: 

�
�

��
�

�

w

m
R

R

m jRdrr
T

j 2

2

2

22
)(

2

2


&
�

                                                     (6) 

The heat lost by the liquid slag is: 
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an excellent heat contact is assumed between the slag skin and the 
mould, the temperature at the interface slag skin/mould is as-
sumed constant: 
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The variation of the slag skin is considered at the level of the slag. 
When the slag skin reaches the pool region it is simply shifted 
towards the bottom with a speed related to the melt rate. 

In the next iteration the mould current is recomputed from the 
given slag thickness. Without the presence of mould current, the 
solid slag thickness is only controlled by the melting rate and the 
balance of heat fluxes at the mould. By adding a heat source 
within the slag skin, the presence of mould currents decreases this 
thickness, which in turn increases the quantity of mould current 
(Eq.2). This cycle of increases is stopped when the electric current 
has found the pattern that minimizes the global resistance. This 
simple approach can model the creation of the slag skin at the 
level of the exposed slag surface where time oscillations of the 
interface are expected. After having computed the electric cur-
rents pattern, the total electric resistance include the resistance of 
the liquid slag (volume integral) and of the slag skin (integrated 
over the slag height): 
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The time average resistance is :  
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Table 1. Parameters used in the simulations. 

Steel
Density (kg(m-3) 6800
Viscosity (Kg(m-1(s-1) 0.006
Specific heat, liquid (J(Kg-1(K-1) 800
Thermal Conductivity, liquid(W(m-1(K-1) 40
Electric Conductivity, liquid(ohm-1(m-1) 880000
Slag
Density, liquid (kg(m-3)
               Solid

2700
3000

Viscosity (Kg(m-1(s-1) 0.0025
Specific heat, liquid (J(Kg-1(K-1)
                      solid

1200
1000

Thermal Conductivity, liquid(W(m-1(K-1)
                                     solid  

10
0.5

Electric Conductivity, liquid(ohm-1(m-1)
                                  , solid 

120
1.2

Thermal expansion coefficient (K-1) 2.5 x 10-4

Liquidus temperature (K) 1650 
Latent heat of fusion(W/kg) 4.5 x 105

Geometry
Mould Thickness (mm) 30
Slag and metal height(mm) 100 
Electrode diameter, R1 (mm)
Mould diameter, R2 (mm)

135 
200 

Process parameter
Tmould 480 K
I0, f (A, 5Hz) 5000 
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Application of the model 

Shallow immersion depth  

In the case when the electrode is just put in contact with the slag 
surface, the simulation shows a strongly fluctuating slag/gas 
interface (Figure 2). During the calculations, the electric current 
intensity was progressively increased. Far before reaching the 
desired intensity, at about 1400 Amps, a large gas bubble was 
created between the electrode and the slag media (Figure 2).
During the insertion of the gas, the electric current lines are shift-
ed towards the electrode centre, this phenomena is at the origin of 
the strong increase of the resistance (Figure 3 point B).  The 
strong decrease of resistance at the stage C is due to occurrence of 
a small surface contact between the slag and the electrode. Due to 
some flow turbulence, the electric contact is very unstable. Com-
bined with hazardous electric contacts, the forward movement of 
the gas gap led to a new increase in resistance (Figure 3 stage D). 

A B

C D

Figure 2: Electric current lines during the formation of an air gap 
between the slag and the electrode (see also figure 3) 

Figure 3: Evolution of the resistance during the formation of an 
air gap under the electrode

Figure 4: Average resistance during the electrode penetration 
into the slag

Immersion depth of 50 mm  

The electrode is moved downward at a speed of 1.8 mm/s a shift 
of about 30 mm, corresponding to 50 mm electrode immersion 
depth. This speed, is relatively small compared to the maximum 
velocity calculated (~20 mm/s). During the electrode drive, the 
main resistance decreases dramatically (Figure 4).  In opposite to 
the slag/pool interface, the slag/gas interface does not seem to be 
affected by the electrode movement (Figure 6-7). During the 
electrode movement, the elevation of the slag surface increases 
the surface through which the electric current enters the mould. 
Although the electrode is now closer to the liquid pool, the aver-
age proportion of mould current increased from 30 to 50 %. After 
20 seconds, the calculations show an increase of the average 
resistance with time, it is due to the slow formation of the solid 
slag thickness and to the redirection of the electric current lines 
towards the liquid pool (Figure 6). The maximum amplitude of 
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the interface slag/pool movement is about 2 cm, with main fre-
quencies in the 1-30 Hz range. The computed solid slag thickness 
(Figure 7) is larger than in the previous case, except at the level of 
the electrode. This behaviour can be explained by a lower bulk 
temperature and lower amount of mould current usually associat-
ed with deep electrode penetration depth. The thinner layer ob-
served at the level of the electrode is due to the presence of mould 
current and to flow convection.  

  
Figure 5: Electric current lines and interface positions at 15 

seconds after end of electrode movement 

Figure 6: Three successive MHD configurations during 
steady state reached about 10 minutes after the electrode 

movement. 

Figure 7: Evolution of the solid slag thickness along the mould 
wall during steady state. 

Conclusion 

ESR process is inherently a dynamic process. Analysis of time 
data of the resistance has the potential to expose a number of 
abnormal or undesired process attributes (arcing, too deep elec-
trode penetration depth). In order to improve process diagnostics, 
the identification of these attributes remained an area of interest 
for a number of years. The increasing capability of computational 
power has opened the possibility to explore with CFD techniques 
complex coupled phenomena.  A numerical model was built with 
good ability to handle free surfaces, and good flexibility to handle 
the dynamic electromagnetic fields. The model was applied to a 
small ESR process to explore the interaction between the interfac-
es and the quantity of mould current. The time evolution of the 
resistance was recorder for each simulation run. The strong cou-
pling between the slag/pool, slag/air interfaces, and mould current 
gives a new insight into the nature of the MHD oscillation present 
in the ESR process. Considerable work needs to be performed to 
achieve a full understanding of the interface movement under the 
action of MHD forces. However in the real process, these fluctua-
tions are likely to be three dimensional. Although numerical 
requirements for 3D MHD flows with free interfaces are consid-
erable, the building of a 3D model of the ESR process is a neces-
sity.
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Abstract

A numerical model of ESR is used to examine the effects of ingot 
diameter, process current levels, and initial composition on 
macrosegregation in alloy 625. Composition variations are made 
within the standard ranges for alloy 625 to evaluate their effect on 
buoyancy driven flows. Overall steady state macrosegregation, 
along with composition distributions are compared, to identify 
processing conditions that best ameliorate this defect. The 
composition distributions are analyzed to illustrate how 
macrosegregation affects the ability to meet the compositional 
specification. As expected, increasing the ingot size from the 
standard processing condition of 50 cm (20 inch) to 76.2 cm (30 
inch) increases the segregation level overall and at the centerline. 
The segregation tends to decrease with decreasing mushy zone 
velocity and sump depth. Processing ingots with a low current and 
an initial composition in the low end of the specification range is 
the best choice to reduce macrosegregation.

Introduction

ESR is used to enhance the metallurgical structure and refine the 
chemistry of an ingot. However, there are limitations to ESR due 
to increasing segregation levels with ingot diameter. In order to 
understand issues associated with production of ingots larger than 
current practice and to explain possible ways to minimize the 
segregation levels, several constant current ESR runs are 
simulated.

In this study, a continuum mixture model consisting of the 
conservation equations for mass, energy, species, momentum, and 
electromagnetics for both slag and metal is used. The model is 
coupled with a multicomponent primary solidification model to 
simulate the production of alloy 625 ingots. The metal-slag 
interface is tracked using a volume of fluid method. Using 
constant process currents, predictions of compositional fields and 
macrosegregation are compared for two ingot diameters. The 
effect of the initial composition and process current are also 
studied.

Numerical Model

The conservation equations are solved on a staggered-grid using 
the finite volume method and the SIMPLER algorithm for the 
flow field [1]. The continuum conservation equations in 
axisymmetric coordinates for mass and momentum are shown in 
equations (1-3). 
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Thermal and solutal buoyancy drive the flow in the slag and 
metal. The solid dendrites slow the flow in the metal mushy zone 
due to drag, which is taken in to account through the Blake-
Kozeny equation and is related to the primary dendrite arm 
spacing.
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The enthalpy and species conservation equations are given by: 
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Alloy 625 is comprised of many elements but only 4 composition 
equations (6) are solved. Cr, Fe, Mo, and Nb are chosen to 
represent this alloy, based on their contributions to solutal 
buoyancy and segregation characteristics. The liquidus 
temperature (in K) used in the thermodynamic model is taken 
from Yang et al. [2]: 
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The partition coefficients for the alloying elements are obtained 
from the thermodynamic database program PANDAT. Those 
coefficients are 1.04 for Cr, 1.31 for Fe, 0.83 for Mo, and 0.54 for 
Nb.  

The electrode melt rate is calculated based on an input current 
through a slag-electrode heat transfer model. The electrode is 
assumed to have a 1-D temperature profile and the melting 
temperature is calculated based on the initial alloy composition. 
The liquid metal passing through the slag layer is not modeled and 
instead the metal is added uniformly just below the slag layer at 
the initial composition and the temperature of the slag nearest the 
metal-slag interface. To account for the growing domain, a 
moving mesh is used, with the top row of cells fixed to the top of 
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the slag and the bottom row fixed to the bottom surface of the 
metal. A row of cells in the solid just below the bottom of the 
sump expands proportionally to the filling rate of the ingot. The 
growing row of control volumes spawns a new row of control 
volumes once they are 1.5 times the height of the other rows.

Using this model several cases are run in which the ingot 
diameter, initial composition, permeability of the mushy zone, and 
process current are varied. The cases are outlined in Table II. 

Table I. Thermophysical properties of metal and slag
Material Property Alloy 625 Slag

Density [kg/m3] [3,4] 8440 2490
Specific Heat [J/kg K] [3,4] 670 1260

Thermal Conductivity [W/m K] [3,4] 25.2 6
}����
������������������¢#{®��£� [3,4] 7.1x105 313

Thermal Expansion [1/K] [5] 1.28x10-4 -
Solutal Expansion [1/wt. fraction] Cr: 0.201 Fe: 0.108 Mo: -0.184 Nb: -0.255 -

Diffusivity [m2/s] 1x10-9 -
Latent Heat [J/Kg] [6] 2.9x105 -

Eutectic Temperature [K] [2,3] 1430 1390

Permeability Constant 20 in ingot: 5.5x10-11

30 in ingot: 1.4x10-9 -

Partition Coefficients Cr: 1.04 Fe: 1.31 Mo: 0.83 Nb: 0.54 -

Table II. Parametric study cases

Case
Ingot 

Diameter 
[m]

Process 
Current 

[kA]
Cr [wt. %] Fe [wt. %] Mo [wt. %] Nb [wt. %]

Permeability 
Constant 

[m2]
1 0.508 14.5 21.5 2.5 9.0 3.65 5.5x10-11

2 0.762 25.5 21.5 2.5 9.0 3.65 5.5x10-11

3 0.762 25.5 21.5 2.5 9.0 3.65 1.4x10-9

4 0.762 25.5 20.5 0.833 8.3 3.3 1.4x10-9

5 0.762 25.5 22.5 4.2 9.7 4.0 1.4x10-9

6 0.762 24.0 21.5 2.5 9.0 3.65 1.4x10-9

7 0.762 27.5 21.5 2.5 9.0 3.65 1.4x10-9

8 0.762 31.0 21.5 2.5 9.0 3.65 1.4x10-9

Results and Discussion

A standard case is simulated based on industrial practice for a 50 
cm diameter ingot for alloy 625 in order to provide a basis for 
comparison. The flow in the slag had two dominant flow cells as 
shown in Figure 1. The flow in the slag is more vigorous 
throughout than the flow in the metal pool. Both flow cells are 
thermally driven due to the heat extraction out of the mold wall 
and through the electrode. The two flow cells in the slag layer 
oscillate as to which cell is more dominant. The clockwise flow 
cell does not extend very far radially near the slag-electrode 
interface but does have the tendency to extend near the midradius 
and even near the centerline at the slag-metal interface. The 
counter clockwise cell is dominant at the slag-electrode interface 
in the radial direction, but the cell does not have much interaction 
with the flow in the metal pool. The clockwise flow cell interacts 
with the stronger flow in the molten metal pool at the slag-metal 
interface [7].

The fluid flow pattern in the metal pool is determined by thermal 
and solutal density differences. As the sump grows vertically 
during start-up, so does the shape of the flow cell. The fluid 
moves down the mold wall, in the metal head, toward the bottom 
of the ingot and then flows briefly across the solidification front 
towards the centerline. The fluid then flows up towards the slag-
metal interface and then toward the mold wall thus completing the 
flow cell. Across the solidification front, from the mold wall 

toward the centerline, the strength of the flow field decreases and 
is practically negligible near the centerline as the sump is 
thermally and solutally stratified.

Figure 1. Evolution of Nb segregation, sump shape, and fluid flow 
during the start-up regime. The slag is shown in white and the 

dark lines show the extent of the mushy zone. Dotted lines 
represent counter clockwise flows, while solid thin lines represent 

clockwise flows in which -0.13 kg/s Ñ�ÒÓ ¥�$�# kg/s with ÒÔÓ�
=0.02 kg/s. 

The melt rate of the electrode was converted to the filling velocity 
of the mold for comparison to other cases and mold diameters’ 
using equation (8). 
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The steady state average filling velocity for Case 1 is 7.9x10-5m/s. 
With the constant process current, the steady state filling velocity 
is established early on in the process, while the steady state sump 
depth takes longer to develop. Figure 2 shows the sump depth at 
two radial locations as well as the height of the metal head. The 
steady state depths are 0.040 m for the metal head, 0.16 m at the 
mid-radius, and an average of 0.35 m for the centerline. The 
centerline sump depth variation can be attributed partly to the 
segregation characteristics and the small temperature gradient at 
the centerline. Thus a small change in local composition can occur
in front of the solidification front due to the fluid motion. The 
compositional change causes a decrease in the liquidus
temperature, leading to solid forming further up in the metal pool. 
When the centerline sump depth reaches steady state, the ingot 
height is approximately 0.4 m tall which is slightly less than the 
ingot diameter of 0.5 m.

Figure 2. Plot of the sump depth at the centerline and mid-radius, 
and the metal head height, as well as the filling velocity. The 
process time taken to reach steady state is based on the fs=0.2 

contour.

During steady state melting, the shape of the sump and the metal 
flow pattern remains relatively constant except for a few small 
oscillations. Due to the partitioning of the alloying elements, the 
liquid composition in a control volume becomes enriched in 
niobium and molybdenum and depleted in chromium and iron. 
The flow down the solidification front causes the interdendritic 
liquid to be replaced by liquid with a composition lower in Cr and 
Fe and higher in Nb and Mo. Therefore, the outer radius of the 
ingot is rich in chromium and iron and is depleted near the mid-
radius and centerline, and the opposite is true for molybdenum 
and niobium, as shown in Figure 3. Figure 4 shows the steady 
state Nb composition field, sump shape, and the fluid flow in the 
slag and metal pool for 3 different axial positions in the ingot. To 
quantify the amount of macrosegregation in the ingot for 
comparison to other cases, the steady state macrosegregation 
number is calculated from the radial profiles in Figure 3. In this 
case the steady state macrosegregation number is 0.0239. 

Figure 3. Plot of the Nb and Cr compositions across the 
normalized radius.

Figure 4. Contour plots showing steady state Nb composition 
field, sump shape (0.05 and 0.95 fraction solid contours), and 

streamlines in the slag and metal pool. Snapshots are taken at (a) t 
= 192 min, (b) t = 242 min, and (c) t = 276 min. Streamlines are 

plotted for -0.13 kg/s Ñ�ÒÓ�¥�$�# kg/s with ÒÔÓ�¸$�$� kg/s. 

The sump takes on a V shape during the steady state process, as in 
Figures 4 and 5. As described above, the interdendritic liquid 
moves towards the centerline due to buoyancy, but it opposed by 
the drag from the solidifying surface. Across the radius, the 
interdendritic liquid flows a short distance before becoming 
entrained in the rising solidification front. The overall effect 
causes a shift in the interdendritic liquid toward the centerline. 
Depending on the partitioning of the alloying elements, the 
interdendritic liquid will either be enriched (k <1), causing a
lower ingot surface composition, or will be depleted (k > 1),
causing the surface to be enriched. This phenomenon can be seen 
in Figures 4 and 5 in which the niobium composition is lower than 
the nominal at the outer radius and increases to well above the 
nominal at the centerline and crosses the nominal composition 
line near the mid-radius. Although the positive segregation 
appears to deviate from the nominal much more than the negative 
segregation, the volume near the centerline is much less than the 
outer radius.
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Figure 5. Contour plots showing steady state Nb composition 
field, sump shape (0.05 and 0.95 fraction solid contours), and 
streamlines. Snapshots are taken at (a) t = 192 min, (b) t = 242 

min, and (c) t = 276 min. Streamlines are plotted for  -0.02 kg/s Ñ�
ÒÓ�¥�$�$!�kg/s with ÒÔÓ�¸$�$$� kg/s. 

The initial composition for Case 1 is chosen to be in the middle of 
the specification range for each alloying element and the 
distributions of the final solid compositions for all control 
volumes below the bottom of the sump (not including the hot top) 
are examined for each alloying element. The volume fraction of 
the ingot within the specification limits for each alloying element 
is calculated from the distributions, by taking the integral of the 
composition distributions from the lower specification to the
upper specification limit. The ingot volume fraction of each 
composition within the specification limits, coupled with the 
distribution plots, and the steady state macrosegregation number 
will provide insight into the solidification behavior of the ESR 
process under various conditions.

The compositional distributions of Cr and Nb for Case 1 are 
shown in Figure 6. All of the distributions have a peak at or near 
the average composition. From the peak the distribution tails off 
in a direction determined by the partition coefficient. Elements 
with a k < 1 have distributions that tail off towards higher 
compositions, while elements with k > 1 have distributions that 
tail off to lower compositions. Nb is the only alloying element in 
which the entire volume of the ingot is not between the 
specification limits, although only 0.18% of the ingot volume has 
a composition above the upper specification limit. Fe and Cr did 
not segregate very far from the initial composition and occupy 
only 6.7 and 13.4% of the specification range respectively, while 
Mo has a larger distribution range (38.1% of the range). Because
Nb has a partition coefficient that has the largest deviation from 
unity and is the only element to fall anywhere outside the 
specification limits, Nb is the alloying element plotted to analyze 
the macrosegregation behavior in the ingot.

Two 76.2 cm diameter ingot simulations are compared to the 50 
cm diameter base case (Case 1). The first (Case 2) has the same 
permeability constant as Case 1, and only changes the ingot 
diameter and input current level. The current is increased in order 
to prevent the slag-metal interface from solidifying. The other 
76.2 cm case (Case 3) has a larger permeability constant which 
takes into account the larger average dendrite arm spacing 
typically seen in larger diameter ingots. 

The strongest liquid metal flows for the larger diameter ingot 
cases are 126% stronger than in the 50 cm diameter ingot case,
which indicates the flow in the mushy zone is also stronger. Cases 
2 and 3 have increased macrosegregation because the 
interdendritic fluid is able to travel farther down the solidification 
front before becoming entrained as can be seen in Figure 7. Case 
2 has a larger volume near the centerline that is enriched in Nb, to 

the same degree as Case 1, leading to a slightly higher level of 
macrosegregation. The centerline segregation is not more severe 
because the two cases have the same permeability constant. 
Increasing the permeability constant drastically increases the 
macrosegregation level compared to Case 1 and 2. The increased 
macrosegregation level from Case 1 to Case 3 is due to a
combination of the increased ingot size as well as the increase in 
the dendrite arm spacing in the mushy zone. Along with the 
macrosegregation level, the sump depth and filling velocity also 
increase when the diameter is increased.

(a)

(b)
Figure 6. Case 1 composition distributions for (a) Cr and (b) Nb,
weighted by volume fraction and showing the upper and lower 

specification limits.

For Cases 2 and 3, the sump shapes and depths are very similar, 
with a metal head of 0.05 m for both, mid-radius sump depths of 
0.26 and 0.30 m, and average centerline sump depths of 0.68 and 
0.73 m, respectively. Increasing the ingot diameter by about 50% 
causes the centerline sump depth to roughly double, and the 
liquidus interface becomes steeper. Consequently the solid ingot 
height when steady state is reached nearly doubled from 0.34 m to 
0.60 m. The average filling velocity is also higher in Cases 2 and 
3 than in Case 1, increasing from 7.9x10-5 to 1.7x10-4. The larger 
process current for Cases 2 and 3 increases the Joule heating in 
the slag and therefore increases the filling velocity. The deeper 
sump and higher filling velocities in Cases 2 and 3 contribute to 
the higher macrosegregation compared to Case 1.

Increasing the ingot diameter from Case 1 to Case 2 causes an 
increase in the global Nb macrosegregation number of 14.6% 
from 0.0239 to 0.0280. Increasing the permeability constant from
Case 2 to 3 causes an increase in the Nb macrosegregation 
number of 80.6% because the flow in the mushy zone is not as 
restricted by the solid dendrites. As expected from the 
macrosegregation comparison, the volume of ingot outside of the 
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specification limits increases for both Cases 2 and 3, as seen in 
Figure 8. For Case 2, all of the alloying elements remain within 
the specifications except niobium, for which 0.35% of the volume 
is above the upper limit near the center of the ingot. The Nb 
compositions outside of the specification limit occupy a small 
volume fraction of the total ingot, but, according to Figure 7, the
segregated region occupies a long axial length, ~0.60 m, at the 
centerline of the steady state region of the ingot, which would be 
harder to remove by machining than if the high composition was 
at the outer radius or near the ends of the ingot. By increasing the 
ingot diameter, a larger volume fraction of the ingot is outside of 
the specification. For Case 3, Fe is the only alloying element that 
remained fully between the specification limits, as 7.72% of the 
volume of the ingot is outside of the Nb specification and, 2.10% 
of the volume of the ingot is outside of the Mo specification.

Figure 7. Nb composition field, sump shape (0.05 and 0.95 
fraction solid contours), and streamlines in the metal pool for 

(a) Case 1, (b) Case 2, and (c) Case 3 Streamlines are plotted for 
(a) 0.005 kg/s Ñ�ÒÓ�¥�$�$�� kg/s with ÒÔÓ�¸$�$$� kg/s, (b) and 

(c) 0.0075 kg/s Ñ�ÒÓ�¥�$�#����kg/s with ÒÔÓ�¸$�$$�� kg/s. 

As a possible method of decreasing macrosegregation, the 
composition of the alloy was varied to change the solutal 
buoyancy and to shift the composition distributions to be more 
inside the specification limits. The initial composition of the alloy 
is shifted towards the limits of the specification in Cases 4 and 5 
in order to increase and decrease the solutal contribution to the 
buoyancy driven flow in the molten pool. Figure 9 shows how 
shifting the initial composition toward the high or low 
specification limit affects the solutal buoyancy and the 
comparison to the thermal buoyancy for Case 3. Increasing the 
initial composition of each alloying element increases the solutal 
buoyancy while decreasing the initial composition decreases the 
solutal buoyancy. In this study of alloy 625, each of the alloying 
elements that are tracked has the same sign for their solutal 
buoyancy contribution. In other words, by decreasing the 
composition, the solutal buoyancy also decreases and vice versa. 
Also, by changing the initial composition the highly segregated 
low volume part of the ingot does shift so that more of the ingot is 
within the specification range.

(a)

(b)
Figure 8. Composition distributions for Cases 2 and 3 with (a) Cr 
and (b) Nb, weighted by volume fraction and showing the upper 

and lower specification limits.

Figure 9. Plot of the solutal and thermal contributions to the 
buoyancy driven flow in the molten metal pool, showing the 
effect of changing the initial composition and fraction solid.

The shape of the sump and flow cell in the metal pool is very 
similar for Cases 2 and 3. Figure 10 shows the Nb composition
fields, the sump shapes, and flow patterns in the metal pools from
Cases 3-5. The macrosegregation number of the steady state 
region increases from Case 4 (low composition, MNb = 0.137) to 
Case 3 (average composition, MNb = 0.144), and again to Case 5 
(high composition, MNb = 0.155). Changing the initial 
composition in this way to alter the solutal buoyancy while 
keeping it within the specification changed the macrosegregation 
number +/- 5%. Obviously, the solutal buoyancy can only be 
reduced by a small amount before the initial composition is 
outside the specification limits.
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Figure 10. Nb composition field, sump shape (0.05 and 0.95
fraction solid contours), and streamlines in the metal pool for 

(a) Case 3, (b) Case 4, and (c) Case 5 Streamlines are plotted for 
(a) 0.0075 kg/s Ñ�ÒÓ�¥�$�#� kg/s with ÒÔÓ�¸$�$$�� kg/s,

(b) 0.0075 kg/s Ñ�ÒÓ�¥�$�#��� kg/s with ÒÔÓ�¸$�$$�� kg/s, and 
(c) 0.0075 kg/s Ñ�ÒÓ�¥�$�#��� kg/s with ÒÔÓ�¸$�$$�� kg/s. 

Based on the steady state global Nb macrosegregation number, 
shifting the initial compositions to the low end of the specification 
range the ingot quality seems to improve ingot quality, but 
examination of the ingot volume fraction within the composition 
specification limit tells a different story. Figure 11 shows the 
composition distribution for Cases 3-5 for Cr and Nb. For Case 4, 
each alloying element, with the exception of Fe, has a volume 
fraction outside of the specification limits. Also, Cr has a similar 
distribution as Case 3 but because the initial composition is 
shifted to the lower limit, and the maximum composition, the 
volume fraction outside of the specification increases from less 
than 0.01% to 1.78%. Also, all of the volume outside the 
specification is at the center of ingot as indicated by Figure 10.
Although the initial Fe composition was shifted to the lower end 
of the specification range, all of the volume of the ingot is within 
the specification. The degree of Fe macrosegregation is larger 
than for Cr (Figure 12), but the specification range for Cr is 
narrower. This result highlights the importance of comparing the 
distribution of each alloying element to its specification range to
characterize this defect, in addition to using the overall 
macrosegregation number. The Mo volume fraction of the ingot 
outside of the specification limit decreased to 0.27% from 2.1% 
by lowering the initial composition from Case 3 to 4. The volume 
fraction of Nb above the upper specification limit decreases from 
Case 3 to 4, but the overall volume fraction outside of the 
specification limits increases to 48%. The large increase is due to 
left side of the curve in the depleted region of the ingot moving
outside the lower specification limit. If the initial composition of 
Nb was shifted slightly higher, away from the lower limit, the 
overall volume outside the specification would decrease. Even 
though more of the volume is outside the specification for Nb, the 
location of the defect has shifted from the center to the outer 
radius of the ingot. 

(a)

(b)
Figure 11. Composition distributions for Cases 3, 4, and 5 with (a) 

chromium and (b) niobioum, weighted by volume fraction and 
showing the upper and lower specification limits.

Figure 12. Steady state macrosegregation of each alloying element 
for case 4.

The steady state current is varied in Cases 6-8 to examine its
effect on the filling velocity and the steady state macrosegregation 
number, as well as the composition distributions, sump shape, and 
fluid flow. Cases 6-8 are compared to Case 3, which is treated as a 
baseline for the processes with a 76.2 cm diameter. From Case 3, 
in which the current was 25.5 kA, the current is decreased to 24 
kA for Case 6, increased to 27.5 kA for Case 7, and increased 
again to 31 kA for Case 8. If the current is reduced much below 
24 kA (Case 6), then the slag-metal interface begins to freeze, 
causing the fluid mechanics model to break down and ultimately 
stop the simulation from running. The initial composition was left 
in the middle of the specification range these cases.
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Figure 13. Nb composition field, sump shape (0.05 and 0.95 
fraction solid contours), and streamlines in the metal pool for (a) 

Case 6, (b) Case 3, (c) Case 7, and (d) Case 8. Streamlines are 
plotted for (a) 0.0075 kg/s Ñ�ÒÓ�¥�$�#� kg/s with ÒÔÓ�¸$�$$��
kg/s, (b) 0.0075 kg/s Ñ�ÒÓ�¥�$�#~� kg/s with ÒÔÓ�¸$�$$�� kg/s,

(c) 0.0075 kg/s Ñ�ÒÓ�¥�$�#��kg/s with ÒÔÓ�¸$�$$�� kg/s, and 
(d) 0.0075 kg/s Ñ�ÒÓ�¥�$�#%� kg/s with ÒÔÓ�¸$�$$�� kg/s. 

Table III. Average centerline sump depth and filling velocity for 
various current levels.

Case Current [kA]

Average 
Centerline 

Sump Depth 
[m]

Filling 
Velocity [m/s]

1 14.5 0.35 7.86x10-5

2 25.5 0.68 1.71x10-4

3 25.5 0.73 1.71x10-4

4 25.5 0.73 1.72x10-4

5 25.5 0.73 1.71x10-4

6 24 0.58 1.44x10-4

7 27.5 0.94 2.16x10-4

8 31 1.4 3.01x10-4

The sump depth and filling velocity increase and decrease with 
the process current, while the stream function in the metal pool 
fluctuates slightly between the cases. Figure 13 shows the Nb 
composition field along with the steady state sump shape and fluid 
flow field in the metal pool for Cases 6-8. Decreasing the current 
level from Case 3 to Case 6 causes the average centerline sump 
depth, as determined by the 0.2 fraction solid contour, to decrease 
from 0.73 m to 0.58 m, a difference of 21%. Increasing the current 
causes the average centerline sump depth to increase by 22% to 
0.935 m for Case 7 and by 49% to 1.4 m for Case 8. Although the 
centerline sump depth varies with the current, the height of the 
bottom of the sump in which the process reaches steady state, 
determined by the change in centerline sump depth, does not vary. 
Each case reaches steady state once the solid ingot height below 
the sump reaches approximately 0.6 meters. The average filling 
velocity for each case varies in the same way as the centerline 
sump depth. For Case 6, the filling velocity decreases from 
1.71x10-4 to 1.44x10-4. For Cases 7 and 8 the filling velocity 
increases to 2.16x10-4 and 3.05x10-4 respectively. The average 
centerline sump depth and filling velocity is summarized in Table 
III. 

The composition distributions have only small variations between 
the cases. The volume fraction outside of the specification limits 
for each alloying element and case is summarized in Table IV.
Iron remains within the specification for all 4 cases and chromium 
has negligible amounts of the ingot outside the specification. 
Increasing the process current from Case 6 (24 kA) to 3 (25.5 kA) 
increases the volume fraction of the ingot outside the specification 
limits, and further increasing the current to Case 7 (27.5 kA) 
decreases the volume fraction outside the specification. Increasing 
the current to Case 8 (31 kA) slightly decreases the volume 
fraction from Case 7. Relating the filling velocity to the current 
and the composition distribution range to the steady state 
macrosegregation number displays a similar trend.

Table IV. Volume fraction of the ingot outside the specification 
limits for each alloying element for cases in which the current 

level was varied.
Case Cr Fe Mo Nb

3 <0.01% 0% 2.1% 7.72%
6 0% 0% 2.06% 7.66%
7 0% 0% 1.83% 7.56%
8 <0.01% 0% 1.91% 7.58%

Figure 14 shows the relationship between the steady state Nb 
macrosegregation number (MNb) and the filling velocity. Case 3 is 
a local maximum of (MNb = 0.144) and changing the current (and 
consequently the filling velocity) in either direction from this 
local maximum causes the MNb to decrease. Decreasing the 
current causes a steeper drop in the macrosegregation than 
increasing the current. A similar relationship was discussed by 
Krane et al [8]. A filling velocity approaching the limit of zero 
causes no sump to form and the flow to decrease, leading to no 
segregation. As the filling velocity increases, the flow in the 
mushy zone increases with a steeper sump until the maximum 
MNb is reached. With further increases in the filling velocity, the 
flow in the mushy zone does not increase fast enough to move the 
enriched interdendritic fluid very far before becoming 
immobilized by the ever increasing solidification front. With less 
time to move in the mushy zone, there is less macroscale 
redistribution of solute from the surface to the centerline.

Figure 14. Plot of the Nb macrosegregation number and filling 
velocity showing the trend with increasing filling velocity and the 

local maximum of Case 3.

Reducing the current to a lower level than in Case 6 would 
theoretically cause the filling velocity to decrease further; leading 
to an even lower MNb. However the surface quality of the ingot 

157



would most likely be sacrificed. The model was unable to predict 
the process behavior due to freezing over of the slag-metal 
interface, which might signal a process in which the surface 
texture has large variations. (The problem may also arise from 
uncertainty in the properties of the slag and metal.)  The trade-off 
of MNb and surface quality may be one to consider in order to 
reduce the macrosegregation in the ingot. Another way to reduce 
the macrosegregation even further would be to combine the lower 
steady state current of Case 6 with the lower solutal buoyancy 
force of Case 4.

Summary

A 50 cm (20 inch) diameter ingot case is used as the baseline to 
simulate the behavior of industrial practice. The 50 cm (20 inch)
diameter ingot is also compared to two 76.2 cm (30 inch) diameter 
cases in which two different permeability constants are used. 
Increasing the diameter alone increases the macrosegregation in 
the ingot as well as the volume fraction of the ingot outside of the 
specification limits. Decreasing the permeability constant causes 
the mushy zone to become more permeable and increase the 
overall macrosegregation, as well as the volume fraction of the 
ingot outside of the specification limits. Shifting the initial 
composition causes changes in the solutal buoyancy. Decreasing 
the solutal buoyancy decreases the interdendritic flow velocities 
and the macrosegregation, while increasing it had the opposite 
effect. The composition speicification for this highly segregation-
prone alloy is very narrow. Shifting the initial composition to 
decrease the solutal buoyancy and composition distribution tail so 
that it is within the specification limits is the best option.

Changing the process current changes the macrosegregation 
number, but not monotonically. The segregation increases with 
filling velocity up to a maximum, beyond which the segregation 
slowly decreases. This phenomenon is due to the competition 
between the speed of the flow of the segregated liquid down 
through the mushy zone to the rate with which the solidification 
front freezes this liquid. Coupling a low process current with a 
low solutal buoyancy force will further decrease the 
macrosegregation present in the larger ingots. 
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Abstract

High Nitrogen Steels with nitrogen contents above atmospheric 
solubility are usually melted using an advanced P-ESR process
under elevated pressure. The nitrogen pick up can be controlled 
by Si3N4 or nitrogen gas. This paper provide a comparison of 
alloying by nitrogen gas by ASR vs P-ESR process in terms of 
processing and nitrogen distribution. In two series of ASR and P-
ESR separate trials the nitrogen content was increased at 
remelting in nitrogen atmosphere practically twice in spite of big 
difference in nitrogen pressure. Comparison of P-ESR and ASR 
processes abilities in steel alloying by nitrogen from gas phase 
shown quite close results that gives us reasons for experiments 
continuation.

Introduction

Arc Slag Remelting (ASR) is a variant of standard ESR that 
accumulated advantages of ESR and VAR. At the beginning of 
the seventies ASR was developed at the E.O. Paton Electric 
Welding Institute of the National Academy of Sciences of 
Ukraine [1]. A lot of the credit must go to the Prof. Boris 
Medovar and his research team in the creation of the ASR and 
substantiation of principal priority trends of its development and 
industrial implementation. Summary of their work is given in the 
book entitled “ASR of steel and alloys”[2]. P-ESR process also is 
a variant of standard ESR. In fact P-ESR is main industrial 
technology of high nitrogen steel manufacture [3,4].

This work is an attempt of specialists of Energietechnik Essen 
GmbH and E.O. Paton Electric Welding Institute to resume 
experimental researches of ESR of High Nitrogen Steels and to
check an idea on expediency of ASR application at elevated 
pressure of nitrogen in the course of HNS receiving by a direct 
alloying of nitrogen from furnace atmosphere. 

It should be noted that process of alloying by nitrogen at ESR for 
steels with quite low nitrogen content, i.e. at microalloying, was 
studied in detail. There is also an extensive literature data on the 
matter. With the appearance of the new type of nitrogen bearing 
steels, called HNS, investigations of ASR efficiency for these 
grades [5,6] were started. Results of P-ESR researches [4,7], 
which outline main advantages and shortcomings of known 
methods of alloying by nitrogen were used as basis (Table I). 
Thus, both expediency and efficiency of realization of one kind of 
combination of two known versions of ESR in the new process – 
slag remelting (P-ARS) is the purpose of comparative researches
Taking into consideration that main principles and distinctive 
features of P-ESR were presented in numerous publications and 
known for specialists much better than ASR we will consider last 
process in more details.

Table I. Advantages and disadvantages of different nidriding 
mediums [7].

Alloying method Advantages Disadvantages
Si3N4 -Nontoxic

-Ease of operation and 
storage
-Ease of dissociation

-Very abrasive (joints 
and gaskets, valves)
-Kinetic of dissociation 
of N3- -ion must be 
regarded.
-Non-continuous 
allowance on slags
-Silicium increase

N2 -Gas Continuous allowance 
possible
-Simple regulation over 
the pressure
-High equal distribution 
in ingot
-Appropriate for Si-
critical steel

-Slag composition very 
important
-=����
�Õ����� ���� ���
high pressure not 
ideally achieved.
- Diffusions conditions 
in system slag-metal 
must be known

Figure 1 shows the general appearance of P-ESR furnace of 
Energietechnik Essen GmbH were this process is well developed 
[7] 

Figure 1. View of the PESR furnace at Energietechnik Essen 
GmbH for ingot weight up to 20 t and diam.1030 mm. 

ASR Main Principles

Let's remind that modern ESR processes began from discovery of 
phenomena of current passing through the melted slag. It is well 
known this phenomena was revealed at usual arc welding of metal 
of big thicknesses. Welders surprisingly found out that the arch 
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went out but both the current and welding process continue to go. 
The process of stable burning of an arch under a layer of slag is 
used not just at submerge arc welding (SAW), but also in 
metallurgy, for example, when melting of ferroalloys in Submerge 
Arc Furnaces. Moreover, so-called transition processes are well 
familiar to metallurgists too, especially at initial stage of melting 
in EAF. Thus, ASR was created as a way of use of the effects 
occurring at frontier regimes in arc and electroslag processes.The 
various options of ASR implementation are rather diverse and 
given in literature. 

In Figure 2 two main options of ASR implementation in a 
stationary mould under controlled atmosphere are shown. On the 
left diagram, the arch burns between electrode edge and slag 
surface when slag layer is thick. On the right figure – the amount 
of slag is reduced and arch pressure is big enough to remove slag 
to mould walls.

Figure 2. Diagrams of arc-slag remelting of the solid 
consumable electrode: 1 - ingot; 2 - metal pool; 3 - slag pool; 
4 - electric arc; 5 - consumable electrode; 6 – water-cooled 

mould; 7 - power source. 

The pressure force of arc (F0) on slag is related to the current 
value by the relationship [6]:

.
�
4

2
0

0

IF �   (1) 

where �0 is the absolute magnetic permeability, H/m; I is the
��

�����Í�

Besides the ASR in stationary mould this process can be 
realized in short collar mould with an ingot withdrawal. For 
alloying by nitrogen from a gas phase naturally ASR in the 
nitrogen atmosphere should be organized. Researches of 
ASR opportunities showed that this process potentially has 
a number of interesting features. In particular, ARS requires 
smaller amount of slag and specific power consumption, 
than at classical ESR [2,6].Table II presents data of both 
ESR and ASR processes at melting of ingots of the same 
size on ESR industrial furnace from cast electrodes 375 
Ù%���������������������Ù�������

Table II. Main parameters of standard ESR and ASR
�������Ù��������������������

# Performances ESR ASR
1 Voltage between electrode 

clamping and bottom plate, v
70 120

2 +�
\������

�����ÚÍ 15 5
3 Voltage drop on electrode, V 14,77 5, 45
4 Slag pool resistance, Om 3�10-3 1,08�10-3

5 Voltage drop on slag pool, V 45 5
6 Power delivered from power 

source, kVA
1050 600

7 ���È 0,77 0,973
8 Specific power consumption, 

kWh/t
1500 1000

Alloying by Nitrogen

Starting from the very first days of ASR existence the researches 
were directed as for technological parameters optimizations in 
order to reduce of power consumption as for usage of potential of 
alloying from gas phase. 

It was found that even small admixtures of oxygen in used 
nitrogen atmosphere retards nitrogen absorption by metal. The 
���������������������������������
�����
�������
�������
�#�Û
-18Mn 
steel have the following values. At oxygen concentration in the 
nitrogen media of 0.001%, mass transfer coefficient�� equals to 
1.85�10-2cm/s, and at 0.11% it decreases and makes 1.2�10-2cm/s.
On the basis of these investigations results it may be concluded 
that the effect of oxygen in the gas phase in any melting method 
decreases the rate of absorption of nitrogen. This takes place due 
to the fact that the oxygen, adsorbed on the liquid metal surface, 
occupied part of vacancies and thus decreases the number of 
adsorbed nitrogen atoms per unit time. Detail investigation of this 
effect was described in [5].

The vast investigations of nitrogen behavior in various slag 
systems were made. For example, important data for nitrogen 
solubility in typical ESR slag were presented in [6] see Table III. 

Effects of slag basicity on nitrogen solubility kinetics are given of 
figure 3 [6].

Results of this researches allow us to make very important 
conclusion that metal nitriding at ASR can be made without 
carbon bearing slag, which means that harmful admixtures like 
CN# (cyanide or cyanamide) will not appear.

In parallel the researches of alloying by nitrogen were made at 
ASR of the same steel when remelting under various ESR slag for 
steel 18Cr-18Mn. The figure 4 generalizes kinetics of nitrogen 
solubility at remelting under slag of five different compounds and 
without slag. Figure 4. shows the kinetics of Nitrogen absorption 
by 18Cr-18Mn steel. The oxygen content of in nitrogen
atmosphere was identical in all cases and didn't exceed 0,001%.
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Table III. Solubility of nitrogen in ESR slags of different
composition at 1723 K

# 

Content, %

B
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gs
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5n
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gO
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iO

2+
0,

16
nA

l 2
O

3

C
aF

2

�
� 2

0 3

�
��

Si
O

2

M
gO � (N

)

1 84.80 8.10 2.40 2.00 1.00 0.010 0.285
0.586 2.9

2 66.90 8.90 22.16 0.90 0.70 0.025 0.231
0.534 2.1

3 49.50 11.10 20.00 7.20 10.50 0.010 0.133
0.318 1.5

4 38.00 35.90 1.30 20.10 2.80 0.005 0.050
0.902 1.8

5 39.00 36.80 2.00 19.20 1.80 0.015 0.110
0.939 1.9

6 31.00 37.00 13.00 18.00 0.90 0.009 0.210
0.483 1.8

Note. Numerator - initial nitrogen content; denominator -limiting one.

Figure 3. Dependence of nitrogen content in ESR
fluxes on their basicity

Figure 4. ASR conditions 1) without slag; 2) under slag with 
composition 100%CaF2; 3) 70%CaF2 + 15%CaO + 15%Al2O3;
4) 40%CaF2 + 32%CaO + 23%Al2O3 + 5%SiO2; 5) 15%CaF2 +

29%Ca0 + 52%Al2O3 + 2.5%SiO2; 6) 50%Ca0 + 50% Al2O3[5].

Experimental Data

In order to have bench mark for two process comparison with 
ETE P-ESR furnace use some experiments on steel alloying from 
nitrogen atmosphere in P-ESR were made. On the first stage 
Ø630mm Cronidur30 ingot (0,3%C, 15%Cr, 0,95%Mo) was 
received. The nitrogen content of the electrode was 0,13%. After 
remelting with N2 pressure at 30 bar a nitrogen content of 0,38% 
was achieved in the ingot.

At the next stage the ingot of Ø830mm of the same grade with the 
same slag was received. It was Wacker slag S2027 (CaO+MgO 
17%, CaF2 67%, Al2O3 15%) + 3%SiO2.  The pressure was set 
to appr. 40 bar. The nitrogen content of the electrode was 0,18%.
Nitrogen content in ingot was analyzed through its height and 
cross section (on the surface, in the center and on half radius). 
Nitrogen content deviation was less than ±0.01% and content was 
on the same level as in first ingot (but twice increased comparing 
with electrode). 

The natural desire of our team was to make direct comparative 
experiments on the same P-ESR furnace and to realize ASR trials 
with the same steel grade and the same slag. At this stage such 
opportunity wasn't owing to the organizational reasons. Therefore 
for first approach available data of previous ASR trials which 
have been carried out on the ESR standard furnaces were used. 
That trials ASR run under controlled atmosphere was made by 
means of flux gate [2]. The furnace used an industrial frequency 
of (50Hz). Consumable electrodes of Ø 600 mm from 18Cr-18Mn 
steel were melted into an ingot of 860 mm in dia with a partial 
pressure of nitrogen equal to 1 bar. The content of oxygen in 
nitrogen didn't exceed 20 ppm. The nitrogen content in the 
electrode was 0,255%, and within the ingot - 0,42% (1.6 times 
more).In both cases nitrogen content was increased practically in 
two times.

Conclusion

Comparison of P-ESR and ASR processes abilities in steel 
alloying by nitrogen from gas phase shown quite close results that 
gives us reasons for experiments continuation. Next stage will be 
direct comparison of processes results and performances on same 
furnace, with same steel and slag. Then combination of both 
processes P-ASR can be tested.
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Abstract

We developed a numerical analysis code for macrosegregation in 
large ingots of Fe-C based multi-component alloys. A numerical 
simulation of macrosegregation in a 570-ton low-alloyed steel 
ingot was performed using the developed code in 2-dimensional 
axisymmetric coordinates. The calculated segregation pattern was 
compared to the macrostructure of the actual ingot to verify the 
practical effectiveness of the developed code. A solidification-
microsegregation model that takes into account both the 
equilibrium redistribution of carbon and the non-equilibrium 
redistribution of other elements was formulated and used in this 
simulation. In the simulation, numerous inverted V segregations 
formed as was observed in the longitudinal macrostructure of the 
actual ingot. The computed carbon profile along the centerline of 
the ingot presents a similar tendency to that of the actual 
measurement value. The developed code can be applied to the 
prediction of macrosegregation in large steel ingots.

Introduction

Large ingots take a long time to solidify, for example, the 
solidification of a 600 t ingot takes over three days. During this
time, the concentrated liquid that is redistributed at the solid/liquid 
interface is transported throughout the ingot by thermo-solutal
convection. As a result, macrosegregation ineluctably occurs. The 
positive segregation that is caused by gravity segregation and the 
negative segregation that is caused by the settlement of crystals 
are examples of macrosegregation. An ingot that contains such 
positive or negative segregation region can be regarded as 
defective when the concentration in that region is not acceptable 
in a product. Thus, it is important to remove the segregation 
region from a product region of an ingot by optimizing the ingot 
shape, amount of riser, and so forth. This requires a deep 
understanding of the macrosegregation, including the 
concentration distribution in various ingot shapes and the cooling 
conditions under which these optimizations are performed.
However, it is not practical to produce ingots that are more than 
600 t experimentally in order to investigate the distribution. Also, 
it is very difficult to extrapolate the distribution of large ingots 
from laboratory-scale experiments, since it is difficult to 
reproduce unique phenomena in large ingots, such as size effect, 
settling crystals, and channel type segregation, and fit all 
dimensionless numbers regarding the transportation phenomena. 
Therefore, it is important to employ numerical analysis of 
macrosegregation on the optimizations.

In the 1990’s, many researchers studied numerical analysis for 
macrosegregation.[1-3] At present, basic methods of numerical 
analysis for macrosegregation to solve a fluid-solidification 
coupled problem are described by the momentum equation of 
fluid with considering Darcy law, continuity equation, energy 
conservation law, and species conservation law. Although the 
systems applied in early studies are applied to small ingots, now, 

analyses of commercial scale ingots can be performed[4,5] because 
of the rapid advances in computer performance. In recent studies,
some models take account of the movement of equiaxed crystals 
and settling crystals[5], then, transportation phenomena in ingots 
are clarified. 

While it important to develop models of such macroscopic 
kinetics and transportation, modeling a unique microsegregation 
behavior is important in macrosegregation in steel ingots. In the 
solid phase, the diffusion coefficient of carbon elements contained 
in steel alloy is much higher than the coefficient of other added 
elements. The microsegregation behaviors of most added elements 
are assumed as non-equilibrium redistribution, generally. On the 
other hand, the behavior of carbon is often assumed as 
equilibrium redistribution. CALPHAD[6] is an effective 
calculation method that can compute the time evolution of solid 
fractions, solid and liquid concentrations in such complex 
redistributions. Thus, the fluid-CALPHAD coupled method[7] is 
considered one of the most accurate methods. However coupling
CALPHAD may increase the calculation time. In addition, an 
explicit evolution equation of a solid fraction cannot be obtained, 
when CALPHAD is employed in numerical analysis. Therefore it 
is difficult to understand solidification phenomena by analytical 
manipulation of the governing equation, such as integration, 
derivation, and stability analysis. In this study, a microsegregation 
and solidification model was formulated that considers both 
equilibrium and non-equilibrium redistribution of 
microsegregation. Numerical analysis of macrosegregation in a
570-ton low-alloyed steel ingot was performed according to the 
formulated model. This numerical result was compared with the 
concentration profile and macrostructure of an actual ingot.

Numerical Method

Governing Equations
It was assumed that the melt was an incompressible fluid and flow 
in the mushy zone can be expressed by Darcy's law. The thermo-
solutal convection of the melt was taken into account with a 
density variation by temperature and liquid concentration; 
however, it was assumed that divergence free, Eq. (2) is satisfied. 
Solutes in the liquid were moved by the fluid flow and diffusion 
and the redistribution of the solute at the interface between the 
liquid and the solid was taken into account. The diffusion of the 
solute was neglected, because it was smaller than the numerical 
diffusion. The governing equations were as follows:
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Equations (1), (2), (3) and (4) are the momentum equation, the 
equation of continuity, the energy equation, and the solute 
conservation equation in liquid, respectively, where, t is the time, 
u and uE is the flow velocity and empty tower velocity, % is the 
density, p is the pressure, $ is the kinetic viscosity, K is the 
permeability, g is the gravity vector, T is the temperature, c is the 
specific heat, q is the vector of the heat flux, H is the latent heat 
in fusion, fS is the solid fraction, CL,i is the concentration of a i-th 
solute element in liquid. The second term on the right hand side in 
the solute conservation equation, i.e. the derivative of liquid 
concentration with respect to the solid fraction, shows micro 
segregation behavior. This derivative is described in detail in the 
following section.

Description of Microsegregation
Researchers have proposed various microsegregation models. 
These models describe the relationship between the liquid 
concentration and the solid fraction in a closed system and are 
expressed as an integration form of mass conservation equation. 
However, in numerical analysis of macrosegregation, each control 
volume cannot be regarded as a closed system, since there are 
various mass transfers among all control volumes. Thus, in this 
model, microsegregation behavior and other phenomena are 
described with a differential form of microsegregation. Equations
(5) and (6) are differential forms of redistribution of the 
equilibrium solidification and Scheil-Gulliver model, respectively.
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Using a differential form, it is unnecessary to assume distribution 
coefficient k as constant. Other microsegregation models that 
consider more complicated back diffusion can also be applied to 
this model. Most back diffusion models[8-10] are expressed by Eq.
(7). The differential form of this equation is Eq. (8). 
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Where, � is the back diffusion parameter. Although such back 
diffusion model can be employed in the proposed model, 
numerical analysis was performed with the simple equilibrium 
model and the Scheil-Gulliver model because of difficulty in 
deciding the parameter �. 

However, there is a peritectic transformation point in temperature 
during the solidification of most steel alloys. Therefore, the two 
solid phases, / and +, precipitate during solidification and each 
have different partition coefficients. In this simulation, as the 
partition coefficient of an element that is assumed to be 
equilibrium solidification, the average value of the / phase and +

phase was used. As the partition coefficient of the Scheil type 
element, one of the coefficients of / or + was used.

Evolution Equation of Solid Fraction
The temperature recovery method was used in this simulation. 
However, the evolution equation of the solid fraction should be 
formulated by an assumption in this method. In this study, we 
assumed that the following condition is satisfied in the 
temperature field during solidification.

� 	NLLLLL CCCCTT ,,,, ...,,,, 321� (9) 

Eq. (9) means that the temperature is consistently equal to the 
liquidus temperature in each control volume. However, the 
evolution equation of the solid fraction cannot be derived from Eq.
(9) directly. Thus, the temporal differential form of Eq. (9), which
is expressed as Eq. (10), is used in this model, assuming the 
liquidus temperature depends only on the liquid concentration.
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By substituting Eq. (3) and (4) into Eq. (10), an equation about the 
time variation of the solid fraction is obtained.
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Then, the evolution equation of the solid fraction can be expressed 
as Eq. (14), rewriting Eq. (11). 
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However, eq. (10) is implicit expression that describes
temperature is equal to liquidus temperature. When difference
formula that Eq. (14) is directly discretized is used in numerical 
analysis, the difference between the temperature and the liquidus 
temperature might be caused by numerical error. Therefore, 
instead of Eq. (10), the following equation, which is a first-order 
temporal integration, was used to stabilize the numerical analysis.
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A semi-discretized evolution equation is derived from Eq. (15), 
(3) and (4).
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As is clear from Eq. (16), when the temperature is equal to the 
liquidus temperature, Eq. (14) and (16) are equivalent.
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Flow Analysis
The fractional step method[11] was used as the basic algorithm in 
the flow analysis and modified to allow analysis of the flow in the 
mushy zone stably. The Kozeny-Carman model[12] was used to 
express permeability in Darcy term. An overview of the algorithm 
is shown below. Eq. (1) is discretized as Eq. (17).

guuuuuu
���#

�
#����

,
# �

��
nn

n

n

n

n
nn

nn

K
p

t
21

11

$$
%

(17)

Here, the liquid density, %n, was computed for a given temperature 
and liquid concentration. An advection term, the second term on 
the left-hand side, was discretized using a Constraint Interpolated 
Profile (CIP) method[13] that has time-space 3rd-order accuracy.
By introducing an intermediate velocity field, u*, Eq. (5) was 
rewritten as Eq. (18) and (19).
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The pressure Poisson equation (Eq. (21)) was obtained by 
applying a divergence operator to Eq. (19). Here, the 
dimensionless number E, defined in Eq. (20), is introduced.
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Empty tower velocity uE is estimated by Eq. (22).
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Use of E instead of K makes the numerical calculation stable 
because E may change from 0 (solid phase) to 1 (liquid phase), 
while K may change from 0 (solid phase) to infinity (liquid phase).

Discretization of Energy and Solute Conservation
In temporal discretization of the energy and solute conservation 
law, intermediate temperature and species fields (T* and CLi*) are 
also introduced. Intermediate fields are explicitly calculated by Eq. 
(23) and (24).
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In this simulation, when advection terms of Eq. (23) and (24)
were solved, second-order TVD upwind scheme and second order 
Runge-Kutta time integration was used. Then, the solid fraction is 
computed by discretized Eq. (16) shown as Eq. (25) 
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Finally, the solid fraction term in Eq. (3) and Eq. (4) was 
computed to update the temperature and liquid concentration
fields. 
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Fig. 1 Relationship between solid fraction and temperature 
obtained with present model (solid line) compared with 

Thermo-calc (hollowed circle).
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Fig. 2 Relationship between liquid concentration and solid 
fraction obtained with present model (solid line) and 

Thermo-calc (hollowed circle).
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Results

Validation of Microsegregation-Solidification Model
The proposed method is expected to be capable of tracing the 
microsegregation of CALPHAD or the solidification pass of an 
actual alloy when the distribution coefficient and liquidus 
temperature are known as functions of the liquid concentration 

and temperature. To confirm this, the microsegregation behavior 
was compared between the computed results of Thermo-calc[14]

and the proposed model. 

In this comparison, the chemical composition of the model alloy 
is Fe-0.1mass%C-1.0mass%Ni. In computation of the Thermo-
calc, it is assumed that the redistribution of carbon can be 
regarded as equilibrium and nickel obeys the Scheil model. In 
calculation by the model, the liquidus temperature was described 
as a polynomial function of liquid concentrations, and partition 
coefficients were also expressed as similar functions of 
temperature and liquid concentrations. The functions are 
constructed from the result of Thermo-calc by least square method 
and consist of second and first order terms of all variables and 
cross terms between all variables.

40
004095

insulator

ingot

mold

brick

Fig. 3 Schematic view of computational domain of ingot

Table 1: Physical properties of material used in simulation

Table 2: Physical properties and parameter used in flow 
analysis

Table 3: Thermal resistances of boundary between each 
material

Ingot Air Mold Brick Insulator

Density kg/m3 7000 1.33 7800 2300 1500

Thermal
conductivity J/(s m K) 35 1 25 0.42 3.256

Specific heat J/(kg K) 680 10+300 670 1130 1000

Initial
temperature K 1802 300 300 300 300

Latent heat kJ/kg 260 - - - -

Kinetic viscosity m2/s 2.0×10-6

Max. Courant number - 0.35

Permeability coefficient m2 1.25×10-8

Grid size m 0.02

Ingot Air Mold Brick Insulator
Ingot - 10+300 0.012 0.028 10+300

Air - - 10+300 10+300 10+300

Mold - - - 0.02 10+300

Brick - - - - 0.02
Insulator - - - - -

s 2 K/J

Fig. 4 Transition of carbon segregation ratio distribution
obtained with numerical simulation.

Fig. 5 Transition of computed solid fraction distribution
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The results are shown in Figs. 1 and 2. Figure 1 shows the solid 
fraction-temperature curve that is computed by Thermo-calc and 
the present model. Also, Fig. 2 shows C (equilibrium) and Ni 
(Scheil) microsegregation behavior obtained with both 
calculations. The vertical dashed line located at solid fraction 0.90 
in both figures indicates the peritectic transformation point of this 
model alloy. 

In each case, the result of the present method is in good agreement 
with the result of Thermo-calc. In addition, the computation rate 
of the present model is four hundred times faster than Thermo-
calc. Thus, the present method can replicate accurate analysis of 
microsegregation rapidly, when appropriate liquidus temperature 
and partition coefficients are obtained.

Macrosegregation of 570 t ingot
Numerical analysis of macrosegregation in a 570-ton low-alloyed 
steel ingot was performed according to the present method
discretized in a two-dimensional axisymmetric coordinate. The 
average diameter and height of the ingot were 4095 mm and 4000 
mm, respectively. As can be seen in the schematic view of the 
computational system in Fig. 3, the system consists of an ingot, 
mold, brick, and insulator. Their physical properties, other 
parameters and properties, and thermal resistance of the boundary 
between each material used in the simulation are shown in Tables 

1, 2 and 3. The Carman-Kozeny model was used in this 
simulation, as the isotropic permeability model. The Carman-
Kozeny model is expressed by Eq. (28).
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Here, d denotes the characteristic scale in a porous medium. 
Primary dendrite-arm-spacing (PDAS) was adopted as the
characteristic scale in this simulation. PDAS in a 570-ton ingot 
was assumed to be 1.50 mm, since the result of average PDAS
measurement was about 1.50 mm in the macrostructure of a 600-
ton scale ingot.  

The segregation-ratios of carbon and solid fraction distributions 
obtained with the present model are shown in Figs. 4 and 5. In 
each figure, three distributions denote 100000 s, 200000 s and 
300000 s from the start of solidification. Numerous high-
concentrated streaks appear in the segregation-ratio distribution, 
and a low solid fraction channel can be observed at the same 
position in the solid fraction distribution. According to this 
characteristic, these streaks can be thought of as inverted V 
segregation. For comparison of inverted V segregation between 
the numerical result and the actual macro structure, the computed 
C segregation-ratio in the hot-top portion was examined in detail, 
as shown in Fig. 6, together with the macrostructure of the hot-top 
portion in the actual ingot. In the macrostructure of the hot-top, 
most segregations were V-shaped (Close-up 2) and the streak 
directions of some segregations were curved (Close-up 1). Such 
streak in the downside is toward the mold side and in the upside is 
toward the ingot center. In the numerical result, also, the shapes of 
most channels show a similar inverted V-shape, and bending 
streaks are present similar to the ones observed in the 
macrostructure. Thus the proposed method is able to replicate the 
tendency of inverted V segregation in an actual 570-ton ingot.

Concentration profiles along the ingot axis are shown in Fig. 6 for 
comparison between the numerical result and the experimental 
result of the actual ingot. The computed values are slightly higher 
than the actual measurement value at a distance of less than 2500
mm from the bottom. On the other hand, at a distance of more 
2500 mm from the bottom, the computed values are lower than 
the actual measurement values. However, it is confirmed that the 
result computed by the present method replicates a solution that is 
close to the actual segregation profile.

Fig. 7 Carbon segregation ratio profile along ingot axis 
obtained with present method and experimental result
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Fig. 6 Computed C segregation ratio of hot top and 
macrostructure of actual ingot
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Conclusion
A solidification-microsegregation model that is applicable to Fe-C
alloy was formulated. This model can deal with the redistribution 
behaviors of both equilibrium and non-equilibrium and is capable 
of reproducing accurate microsegregation behavior carried out by 
Thermo-calc rapidly. 

The proposed solidification-microsegregation model was used to 
perform numerical analysis of macrosegregation in a 570-ton low-
alloyed steel ingot. The inverted V segregation that appears in the 
numerical result was compared with the segregation in the 
macrostructure of the hot-top portion. The computed result has a
similar feature of actual inverted V segregation, in terms of the 
direction and shape of the streak. The computed carbon profile 
along the centerline of the ingot presents a similar tendency to the 
actual measurement value.
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Abstract

A three-phase model for mixed columnar-equiaxed solidification 
was recently developed. The most critical features, necessary for 
modelling the macrosegregation, were considered: the progressive 
growth of the columnar dendrite trunks from the ingot surface, the 
nucleation and growth of the equiaxed crystals including the 
motion of the equiaxed crystals, the thermal and solutal buoyancy 
flow and its interactions with the growing crystals (equiaxed and 
columnar), the transport of solute due to melt convection and 
equiaxed sedimentation, and the columnar-to-equiaxed transition 
(CET). Application of the aforementioned model is mainly limited 
by two factors: one is the extreme computational expense; one is 
the lack of reliable parameters required by the model. In order to 
perform a calculation of industry ingot (up to hundreds of tons) on 
the basis of the current computer resources, a compromise is often 
made between the model capability and the computational feasi-
bility, i.e. some necessary model simplifications have to be made. 
In this article the ongoing efforts to scale-up the current model for 
industry applications are reported on. 

Introduction

Most valuable experimental research on the macrosegregation in 
large steel ingots was performed approximately one century ago
[1-2]. A series of steel ingots, scaled from a few hundred kilo-
grams up to 172 tons, were poured and cut for segregation analy-
sis. Primary knowledge was obtained, and a typical segregation 
map of the large steel ingots was drawn [3-5], as shown in Figure 
1. By now, most segregation phenomena can be physically ex-
plained. Multiphase flow such as thermo-solutal convection, 
happening in the interdendritic and bulk regions, and crystal 
sedimentation during solidification are the key mechanism for the 
formation of segregation. The thermodynamics, solidification 
kinetics and thermal mechanics are also coupled with the flow 
phenomena, and contribute to the final segregation results. 

Today due to extremely high costs these kinds of experimental 
trials are only carried out occasionally and with caution [6-9].
Instead, the mathematical (both analytical and numerical) model-
ling approach becomes a most efficient tool for this purpose. 
Some progress has been reviewed by other authors [9-12]. Under-
standing of the segregation mechanism was significantly im-
proved by the mathematical models. Unfortunately, the patterns 
schematically shown in Figure 1 are still not quantitatively repro-
ducible with sufficient details by current numerical models. The 
great challenge arises from the multiphase nature of the solidifica-
tion phenomenon. The solution of the segregation problem de-
mands a precise description of the multiphase flow, which occurs 
and interacts with the solidifying microstructure (dendritic mor-
phology) at different length scales. From the flow dynamic point 
of view, at least three (hydrodynamic) phases are involved in a 
typical ingot casting during solidification: two moving phases 

(liquid and equiaxed crystals) and one stationary phase (columnar 
dendrite trunks). In other words, a model able to reproduce the 
patterns of Figure 1 needs at least to consider these three phases. 
However, the limitation of early computational hardware re-
sources has prevented people from considering so many phases. A 
compromise has to be made between the model capability and the 
computational feasibility. For example, Gu and Beckermann used 
a mixture liquid-columnar solidification model [13] and Combeau 
and co-workers used a two-phase equiaxed solidification model
[8] to simulate the segregation in steel ingots, and some successes 
were achieved.

Figure 1: Typical segregation map in steel ingots (the fig-
ure is reproduced from literature [3]). (a) schematic repre-
sentation with ‘+’ for positive and ‘-‘ for negative segrega-

tion; (b) sulphur print of a 10-ton ingot.

This article does not give a comprehensive review of the topic of 
macrosegregation models, but focuses on the relevant activities 
being performed by the current authors at the University of Leo-
ben. On the basis of previous work by Beckermann [11, 14-17], a 
series of multiphase solidification and macrosegregation models 
were proposed. These include a two-phase globular equiaxed 
solidification model [18-20], a two-phase monotectic solidifica-
tion model [21-22], a three-phase mixed columnar-equiaxed 
solidification model [23-24], an equiaxed solidification model 
with dendritic morphology [25-26] and a five-phase mixed co-
lumnar-equiaxed solidification model with dendritic morphology
[27-28]. As the computational expense increases relative to the 
increasing number of phases, the modelling activities take two 
directions. One is to further develop comprehensive models by 
including as many phases and physical phenomena as necessary in 
order to on one hand solve as much as possible segregation fea-
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tures. Application of this kind of model may still rely on future 
enhancement of the hardware resource. On the other hand, we can 
base the calculations on the available hardware resource by using 
as simple as possible a model to solve the principal segregation 
phenomena of the industry ingots. This article reports on some 
modelling examples by using a three-phase mixed columnar-
equiaxed model [23-24]. The applicability of this model to the 
industry ingots is investigated, and some perspectives and limita-
tions are discussed.

Characterisation of the Three-phase Model

To characterise the three-phase mixed columnar-equiaxed solidifi-
cation model, a benchmark (3 66 mm x 170 mm) of a steel ingot 
was simulated. Macrosegregation formation due to the combined 
thermosolutal convection, grain sedimentation, and sedimenta-
tion-induced convection was modelled. Details about the settings 
for this benchmark stem from previous publications [23, 24, 29].
Model assumptions are summarised as follows: 
- Solidification starts with an initial concentration Fe-0.34 wt.%C 

and an initial temperature of 1785 K; mould filling is ignored;

- The three phases considered are: the melt, globular equiaxed 
crystals and columnar dendrite trunks;

- Morphologies are approximated by step-wise growing cylinders 
for columnar dendrite trunks and spheres for globular equiaxed 
crystals;

- Columnar trunks grow from the side and bottom walls, and the 
columnar tip front is explicitly tracked;

- A three-parameter heterogeneous nucleation law is implemented 
for the nucleation of the equiaxed crystals [30]. The 3 parame-
ters are maximum grain number density maxn [m-3], Gaussian 
distribution width of nucleation ÉÔT [K] and undercool-
ing at the maximum grain production rate NÔT [K].

- Solidification shrinkage is ignored. The buoyancy force for the 
thermosolutal convection and crystal sedimentation is accounted 
for by a Boussinesq approximation;

- The equiaxed crystals ahead of the columnar tip front can move 
freely, but they can be captured by the columnar trunks as the 
local columnar volume fraction is beyond 0.2;

- Hunt’s blocking mechanism [31] is applied for predicting CET 
(columnar-to-equiaxed transition);

- Constant heat transfer coefficients and constant ambient tem-
peratures are assumed [23].

(a) 5 s                                      (b) 20 s                                       (c)  60 s                                    (d)  90 s

Figure 2: Simulated solidification sequence of a benchmark steel ingot.  The left half of each figure shows the volume fraction of 
the columnar phase cf in greyscale from minimum (bright) to maximum (black), together with the liquid velocity vectors

�

�u . The 
right half of each figure shows the volume fraction of the equiaxed phase cf in greyscale, together with the velocity vectors of 

equiaxed crystals eu� . The columnar tip front and CET are indicated with a solid line. Here an arbitrary set of nucleation parameters
is used to characterise the formation and sedimentation of equiaxed crystals: -39

max m 105��n , K 2Ô É �T , K 5Ô N �T . 

The solidification sequence including sedimentation of the equi-
axed crystals, the sedimentation-induced and thermosolutal buoy-
ancy-induced melt convection are shown in Figure 2. The simu-
lated solidification sequence agrees with the explanation of steel 
ingot solidification, as summarised by Campbell [32]. The colum-

nar dendrites grow from the mould wall and the columnar tip front 
moves inwards. The equiaxed grains nucleate near the mould 
walls and in the bulk melt. The columnar dendrites are stationary, 
whereas the equiaxed grains sink and settle in the base region of 
the ingot. The accumulation of such grains at the base of the ingot 
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has a characteristic cone-shape. The sedimentation of grains and 
the melt convection influence the macroscopic solidification 
sequence and, thus, the final phase distribution.  More equiaxed 
grains will be found at the bottom and in the base region, while 
columnar structure will be predominant in the upper part of the 
ingot

As the columnar tip front is explicitly tracked, the simulation 
shows that the columnar tip fronts from both sides tend to meet in 
the casting centre. However, in the lower part of the casting the 
accumulation of equiaxed grains stops the propagation of the 
columnar tip front. Its final position indicates the CET position. 
The CET separates the areas where only equiaxed grains appear 
from the areas where both columnar dendrites and equiaxed grains 
coexist.

The final macrosegregation pattern is predicted, as shown in 
Figure 3(a). From the simulation results it appears evident that the 
main mechanism for the cone-shaped negative segregation in the 
base region is the grain sedimentation. The settling grains are poor 
in solute elements, thus their pile-up results in negative segrega-
tion at the bottom of the ingot. A further contributing factor to the 
strength of negative segregation arises from the flow divergence
of the residual liquid through this zone at a late solidification 
stage. The positive segregation at the top region of the ingot is 
caused by the flow of the enriched melt in the bulk region. This 
kind of positive segregation coincides with classical experimental 
results [32]. It should be noted that channel segregations, which 
are frequently found in large steel ingots, are not predicted in this 
kind of a benchmark ingot with reduced dimensions.  

(a) mixc (0.23 – 0.46)                (b) cd in �m (0~1000)           (c) ed in �m (394~1262)  

Figure 3: Result in the finally solidified ingot. (a)  Macrosegregation pattern, mixc (local average concentration of columnar and 
equiaxed phases); (b) distribution of the columnar trunk diameter, cd , and (c) distribution of the diameter of the equiaxed grains, 

ed . The quantities are shown with grey scales from minimum (bright) to maximum (dark), together with isolines. The CET is 
shown by a black line. 

With the given nucleation parameters �maxn 5. x 109 m-3, �, NT
5 K, �, ÉT  2 K, and a constant primary dendrite spacing of 1& =
1000 �m, the average equiaxed grain size ed , and the average 
dendrite trunk diameter cd , are predicted as shown in Figure 
3(b)-(c). The absolute value of ed and cd depend on the afore-
mentioned modelling parameters, but the predicted size distribu-
tion pattern reflects the special characteristic of the mixed colum-
nar-equiaxed solidification. In the upper part of the ingot, the 
average dendrite trunk diameter has reached the maximal possible 
value, namely 1& . This is due to the fact that (i) equiaxed crystals 
are very scarce ( %1e 4f ), and (ii) no interdendritic eutectic 
solidification was modelled in the present simulation. Contrary to 
the upper region, a totally equiaxed zone without any columnar 
dendrites exists in the area enclosed by the CET line. The cone 
shape distribution pattern for both ed and cd is similar to the 

pattern of the phase volume fractions cf and ef , as shown in 
Figure 2(d).

2.34-ton Ingot

The experimentally measured macrosegregation of a 2.45 ton big-
end-up ingot (Fe-0.45 wt.%C) was reported [1]. The ingot had a 
section of square and was cast in a chilled mould. As a reference, 
the segregation pattern in this ingot is numerically simulated and 
compared with the experiment, as shown in Figure 4. Due to the 
lack of a precise process description, some process parameters and 
boundary conditions have to be derived on the basis of assump-
tions. The sulphur print of this ingot is shown in Figure 4(a). The 
measured (nominal) mixture concentration ((cmix-c0)/c0) map is 
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shown in Figure 4(b). Configuration of this ingot, together with 
necessary boundary and initial conditions used for the calculation, 
is described in Figure 4(c). More details about the simulation 
configurations are presented elsewhere [33], and the same three-
phase model (Section 2.0) is used. 2D axis symmetrical simula-
tions are performed to approximate the solidification behaviour in 
the square section ingot. The predicted solidification sequence is 
shown in Figure 5 and the segregation map is shown in Figure 
4(d).  

The global solidification sequence in this 2.45 ton ingot (Figure 5)
is actually similar to what was characterised by the previous small 
benchmark ingot (Figure 2-3). The sinking of the equiaxed crys-

tals in front of the columnar dendrite tips leads to an accumulation 
of equiaxed phase in the base region of the ingot. The accumula-
tion of the equiaxed phase in the base region will block the growth 
of the columnar dendrite tips, i.e. CET occurs there, hence finally 
causing a characteristic cone-shape distribution of the equiaxed 
zone, being enveloped in the CET line. Relatively strong negative 
segregation is predicted in the low-bottom equiaxed zone. With 
the sedimentation of a large amount of equiaxed crystals down-
wards, the solute-enriched melt is pushed upwards in the casting 
centre, hence causing a positive segregation in the upper region.  
Despite the above similarity between the 2.45 ton ingot (Figure 4)
and the small benchmark ingot (Figure 2), significant differences 
are identified, which are described below.

                  (a) sulphur print           (b) measured segregation                 (c) B.C. and settings           (d) simulated segregation

Figure 4: Configuration of a 2.45-ton industry-scale steel ingot. (a)-(b) experiment [1], (c) simulation configuration and (d) simulat-
ed macrosegregation in greyscale (black for the positive segregation and light for the negative segregation), overlapped with iso-

lines. The macrosegregation, both experimental (b) and simulated (d), is shown for the nominal mixture concentration ((cmix-
co)/co). Nucleation parameters: -39

max m 105��n , K 2Ô É �T , K 5Ô N �T .

Firstly, the flow is much more instable (Figure 5). The melt flow 
in the bulk region ahead of the columnar dendrite tip front is 
driven by three mechanisms: the solutal buoyancy driving up-
wards; the thermal buoyancy driving downwards; and the equi-
axed sedimentation which drags the surrounding melt downwards. 
Generally the two downward driving forces dominate, and the 
melt flows downwards along the columnar dendrite tip front. This 
downward flow along the columnar tips will force the melt to rise 
in the ingot centre. This rising melt will interact with the falling 
equiaxed crystals and with the downward flow near the columnar 
tip front, to form many local convection cells. The pattern of melt 
convection and crystal sedimentation becomes chaotic. These 
local convection cells are developed or suppressed dynamically, 

and the flow direction in the cells changes with time as well. The 
flow instability and the flow chaotic behaviour are dependent on 
the ingot size (ingot height). Therefore, to explain the influence of 
the ingot size on the macrosegregation, knowledge about the 
influence of the ingot size on the flow pattern is required. 

Secondly, a streak-like segregation pattern (Figure 4(d)) in the 
mixed columnar-equiaxed region is predicted, which does not 
occur in the small ingot (Figure 3(5)). For a concrete explanation 
of this segregation pattern, a more detailed analysis of the flow 
and sedimentation and their interaction with the solidification is 
necessary; nevertheless a tentative hypothesis is proposed, as 
follows. As the equiaxed crystal can be captured (crystal entrap-
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ment) by the growing columnar trunks, the entrapment of the 
equiaxed crystals will lead to a heterogeneous, i.e. streak-like, 
phase distribution between the columnar and equiaxed crystals 
immediately behind the columnar tip front, as seen in Figure 5(b)-
(d). The resistance to the interdendritic flow by the columnar 
trunks and the entrapped equiaxed crystals is different; therefore 
the flow direction of the melt in this region is slightly diverted by 
the heterogeneous phase distribution. This diverted-flow can only 
be visible in the carefully zoomed view. As the macrosegregation 
is extremely sensitive to the interdendritic flow, it is not surprising 
that the induced macrosegregation (Figure 4(d)) takes the similar 
streak-like pattern of the phase distribution (Figure 5(d)). 

One may notice that this streak-like segregation has a similar 
contour to the classical A-segregation, but it is still not clear if the 

classical A-segregation is the same as streak-like segregation or 
originates from this kind of streak-like segregation. According to 
the most widely accepted empirical explanation, A-segregation 
belongs to a kind of channel segregation in large steel ingots, 
which originates and develops in the stationary dendritic mushy 
zone. A recent study by the authors [34-35] in a Sn-Pb laboratory 
casting has found that the channel segregation can originate and 
develop in a pure columnar solidification, where no equiaxed 
crystal exists. Therefore, we name the streak-like segregation here 
a quasi-A-segregation. To form this quasi-A-segregation, the 
sedimentation of equiaxed crystals and its interaction with the 
columnar tip front and melt flow seem to play an important role. 
Details about the formation mechanism for this kind of quasi-A-
segregation are still to be verified. 

(a) 100 s                                 (b)  500 s                                      (c)  1500 s                                   (d)  4000 s

Figure 5: Solidification sequence of the 2.45-ton ingot. The volume fraction of each phase (fe or fc) is shown in greyscale from min-
imum (bright) to maximum (dark). The left half of each figure shows the evolution of the equiaxed volume fraction (fe) together 
with the equiaxed sedimentation velocity (

eu� ) in black arrows. The right half of each figure shows the evolution of the columnar 
volume fraction (fc) together with the melt velocity (

�

�u ) in black arrows. The columnar dendrite tip position is also marked with a 
black solid line. 

Thirdly, the simulation of the 2.45-ton ingot shows an isolated hot 
spot in the upper part (Figure 5(d)), which takes a long time to 
solidify. As the middle part of the ingot is already blocked by the 
columnar trunks, the solidification of the hot spot behaves like a 

mini-ingot. Sedimentation of the equiaxed crystals in the mini-
ingot will cause a small region of negative segregation, as shown 
in Figure 4(d). This kind of phenomenon happens very often in 
long (small section) ingot casting or in the continuously-cast 
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round billet casting, and is called ‘bridging and mini-ingotism’ 
[36]. The experimental result of Figure 4(b) seems to show that no 
such ‘bridging and mini-ingotism’ occurs, as no such negative 
segregation zone is identified. It implies that the heat transfer
boundary conditions applied in the current simulation might not 
be coincident with the reality.   

Figure 6: Comparison of the numerically predicted mac-
rosegregation ((cmix-co)/co) along the ingot centreline with 
the experiment [1]. Two simulations are performed: one is 

to consider the mixed columnar-equiaxed solidification 
( -39

max m 105��n ,  K2Ô É �T ,  K5Ô N �T ); one is to 
ignore the occurrence of equiaxed crystal. 

The segregation along the ingot centreline is analysed and 
compared with the experiment, as shown in Figure 6. The 
experiment shows the negative segregation in the lower part 
and positive segregation in the upper part. The model also 
shows the same tendency. They agree with each other qualita-
tively. However, the negative segregation in the lower part is 
predicted more severely than the experimental result. The 
overestimation of the negative segregation in the lower part by 
the model may result from two aspects. One is the assumption 
of globular equiaxed morphology, which can cause significant 
overestimation of the sedimentation-induced negative segrega-
tion. The other aspect is the error assumption of the equiaxed 
nucleation parameters. 

In order to demonstrate the role of the equiaxed phase in the 
formation of segregation, an additional calculation is performed 
by ignoring the occurrence of the equiaxed phase. This case seems 
to show better agreement with the experiment, especially in the 
middle and lower part (Figure 6). The experimental result falls 
actually in a range between the two calculations. Based on the 
above two simulations, one may anticipate that in reality a certain 
amount of equiaxed crystals would appear during the solidifica-
tion of this kind of a 2.45-ton ingot, but the amount of equiaxed 
crystals is overestimated by the current nucleation parameters.

The quantitative disagreement between the experiment and the 
calculations in the top part of the ingot is mainly due to the for-
mation of the cavity, which is not considered by the current mod-
el. 

   
                   (a) etched section     (b) measured segregation              (c) B.C. and settings          (d) simulated segregation

              
Figure 7: Configuration of a 25-ton industry-scale steel ingot. (a)-(b) experiment [1], (c) simulation configuration and (d) simulated 
macrosegregation. The macrosegregation, both experimental (b) and simulated (d), is shown for the nominal mixture concentration

((cmix-co)/co). Nucleation parameters: �maxn -39 m 105 � ,  K2Ô É �T ,  K5Ô N �T . 

0.0

0.2

0.4

0.6

0.8

1.0

1.2

1.4

1.6

-0.4 -0.2 0.0 0.2 0.4
Macrosegregation ( ( cmix-c0) /c0)

Co
or

di
na

te 
alo

ng
 th

e c
en

tre
 li

ne
 (m

) 

 Experiment result  
 Mixed three-phase
 Two-phase 

Fe-0.44 wt.%C
T0 = 1769.75 K
C0 = 0.0045 

g = 9.81 m s-2

4.
5 

m

1.1 m

H
ot

 to
p

C
hi

ll
m

ol
d

176



25-ton Ingot

As a further step to validate the current three-phase solidification 
model, a 25 ton ingot is also simulated (Figure 7). The shape of 
the ingot is octagonal, and the real industry alloy is multicompo-
nent, but here only a 2D axis symmetrical calculation for a simpli-
fied binary alloy (Fe-0.44 wt.%C) is performed. Process parame-
ters and material data have to be assumed based on the infor-
mation provided by the original report [1]. Mould filling is ig-
nored, and the nucleation parameters are assumed as: �maxn

-39 m 105� ,  K2Ô É �T ,  K5Ô N �T . The same three-phase 
model as presented in Section 2 is used.  

Figure 8: Comparison of the numerically predicted mac-
rosegregation ((cmix-co)/co) along the ingot centreline with 

the experiment [1]. 

The predicted macrosegregation are compared with the experi-
mentally reported results, as shown in Figure 7 and Figure 8.
Qualitatively, the predicted macrosegregation pattern follows the 
experimentally measured one. The bottom equiaxed zone, accom-
panying relatively strong negative segregation (cone shape), is 
predicted. This cone-shaped negative segregation is mainly due to 
the equiaxed crystal sedimentation. Above the tail of the cone-
shaped negative segregation zone, there is a positive segregation 
zone. The mechanism to form such positive segregation zone is
due to the transport of the solute-enriched melt in the bulk. In the 
upper region of the ingot, just below the hot top, when the colum-
nar dendrite tips, growing from side walls, meet together in the 
casting centre, some solute-enriched melt is ‘frozen’ to form this 
positive segregation. The late solidification of the hot top behaves 
like a mini-ingot. Sedimentation of the equiaxed crystals contin-
ues in the mini-ingot, but the crystals can only settle in the base 
region of the mini-ingot, causing a secondary negative segregation 
zone in the mini-ingot. Finally, a large positive segregation occurs 
in the hot top. Segregates along the centerline (Figure 8) of both 
experiment and simulation show the same tendency: the negative 
segregation in the lower part and positive segregation in the upper 
part, and negative segregation region between ½ and ¾ height 
(just below the hot top) of the steel ingot. 

Despite the above agreement, the quantitative discrepancy be-
tween numerically predicted and experimentally reported results 
is still significant. A cone-shaped equiaxed zone with a narrow 
tail extending along the centreline of the ingot is numerically 
predicted (Figure 7 (d)). However, the experimentally found 
equiaxed zone shows that the equiaxed zone is broader and it 
extends to a higher position, as shown in Figure 7 (a)-(b). The 
negative segregation in the cone-shape sedimentation zone is 
predicted more severely than the experimental result. The main 
reasons for the overestimation of the bottom negative segregation
have previously been discussed: one is the deficiency of the crys-
tal dendritic morphology, and one is the assumption of the crystal 
nucleation parameters. Additionally, the secondary negative seg-
regation zone due to the mini-ingotism below the hot top is nu-
merically predicted at a position higher than the experiment 
shows, and the negative segregation is predicted more intense. 
The reasons for this discrepancy could be the uncertainty of the 
thermal boundary conditions and ignorance of the formation of 
the shrinkage cavity in the top.

For the calculation of this 25-ton ingot, a very coarse grid (be-
tween 15 and 32 mm) was used. The number of total volume 
elements is 2640. The calculation time step used is between 0.01 
and 0.02 s. The solidification time takes about 6.7 hours. The 
calculation takes about 20 days in Intel Nehalem Cluster (8 cores 
in parallel, 2.GHz/core). With such a coarse grid, the quasi-A-
segregation cannot be calculated. 

Discussions

This article related the on-going activities of the group of authors 
to scale-up a mixed columnar-equiaxed solidification model for 
industry applications. Three examples were analysed in order to 
evaluate the potentials and limitations of the model. 

Model Potentials

Firstly, the simulated solidification sequence, the sedimentation of 
the equiaxed crystals, the growth of the columnar tip front and the 
formation of the final macroscopic phase distribution fit with the 
widely accepted explanations of experimental findings, as summa-
rised by Campbell [32]: “The fragments (equiaxed grains) fall at a 
rate somewhere between that of a stone and snow. They are likely 
to grow as they fall if they travel through the undercooled liquid 
just ahead of the growing columnar front, possibly by rolling or 
tumbling down this front. The heap of such grains at the base of 
the ingot has a characteristic cone shape.” These kinds of multi-
phase flow dynamics and interactions among the melt, equiaxed 
crystals and growing columnar trunks are the very important
phenomena for modelling the segregation pattern of Figure 1.
They are considered by the current model.

Secondly, it is also verified by the modelling examples above that 
the most typical segregates, the concentrated positive segregation 
under hot-top and the cone of negative segregation at the base of 
the ingot, can be simulated by the model. A widely accepted 
explanation for the formation of the cone-shaped negative segre-
gation is verified, again in Campbell’s words: “The heap of equi-
axed grains at the base of the ingot has a characteristic cone 
shape. Because it is composed of dendritic fragments, its average 
composition is that of rather pure iron, having less solute than the 
average for the ingot.” The simulated negative segregation for-

0

0.5

1

1.5

2

2.5

3

3.5

4

-0.4 -0.2 0 0.2 0.4

C
oo

rd
in

at
e 

al
on

g 
th

e 
ce

nt
re

 li
ne

 (m
)

Macrosegregation index ((cmix-c0)/c0)

Experiment
Simulation

177



mation process by equiaxed crystal sedimentation (Figure 2 and 5)
seems to have reproduced the experimental phenomenon. Mecha-
nisms for positive segregations under the hot-top in steel ingots 
are diverse. It is generally agreed that they are caused by the melt 
convection in the bulk region or the partially solidified and/or 
remelted mushy zone. For example, the upper positive segregation 
is explained by the melt convection in the bulk region, because the 
light solute-rich melt rises. In actual fact, according to the recent 
modelling results, with the sedimentation of a large amount of 
equiaxed crystals downwards, the relatively positive segregated 
melt is pushed upwards, instead of ‘rising’ by itself, in the casting 
centre, hence causing a positive segregation zone in the upper 
region. 

Thirdly, the possibility to calculate the distribution of the colum-
nar and equiaxed structure has been demonstrated. The upper 
region of the ingot mainly consists of columnar dendrites, whereas 
a larger amount of equiaxed grains are predicted in the base re-
gion. Within the CET enclosed region, only the equiaxed phase 
exists, while outside of the CET region both columnar and equi-
axed phases coexist. The macrostructure strongly depends on 
certain modelling and process parameters, i.e. the equiaxed nucle-
ation parameters NT, , maxn , �T, , the primary columnar space 

1& , and boundary conditions.

Finally, the capability of the current model for the interdendritic-
flow-induced channel segregation was also demonstrated [34-35],
but it was not clearly shown in the above examples. The model-
ling result for the channel segregation is extremely sensitive to the 
grid resolution. Grid size less than 0.1 mm is often required, and 
this is unrealistic for the large industry ingots on the basis of the 
current computer resources. One interesting finding by the current 
three-phase solidification model, worth mentioning here, is the 
streak-like (quasi-A) segregation pattern, which occurs in such 
large ingots and is strengthened by the columnar-equiaxed interac-
tion at the columnar tip front. The streak-like segregation pattern 
has some similarity to the classical A-segregation, but it is not 
clear if the classical A-segregation is the same as or whether it
originates from the streak-like segregation. This is still to be 
verified. 

Limitation of the Model

The importance of the applied process conditions, e.g. the pouring 
temperature, pouring method, mould materials and interfacial heat 
transfer between the ingot and the mould, etc., for the quantitative 
accuracy of the simulated solidification process and, hence, for 
the accuracy of the macrosegregation is evident. It is not dis-
cussed here. Following discussions focus on the aspect of numeri-
cal model.  

a) macrosegregation                                       b)  macrograph                                                 c) micrograph

Figure 9: An example of the modelling result of an Al-4wt.%Cu ingot with a five-phase mixed columnar-equiaxed solidification 
model with dendritic morphology. (a) Comparison of the measured (spark analysis) macrosegregation (left half) with the calculated 

one (right half). The casting is poured at 800 °C. The mixture concentration mixc is shown in greyscale (dark for the highest and 
light for the lowest value). CET positions are plotted. This numerical simulation result shows satisfactory agreement with the as-

cast macrostructure (b) macrograph, (c) micrograph. 

Firstly, the influence of the nucleation event on macrosegregation 
was addressed in the example of the 2.45-ton ingot. The origin of 

the equiaxed grains may be due to different mechanisms, e.g. 
heterogeneous nucleation, and/or fragmentation and detachment 
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of dendrites by re-melting, and/or nucleation formed during pour-
ing by contact with the initial chilling of the mould. The recent 
model condenses all of these phenomena into a single effective 
nucleation description. Here, a three-parameter heterogeneous 
nucleation law [30] is applied for the origin of equiaxed crystals. 
It is only possible to obtain the reliable nucleation parameters 
experimentally. 

Secondly, no shrinkage cavity and porosity are considered. This 
deficiency will influence the accuracy of the calculation, especial-
ly in the hot-top region. As shrinkage contributes to or influences 
the interdendritic flow, it will also influence the final distribution 
of the channel segregation. However, the global segregation pat-
tern, e.g., the concentrated positive segregation in the upper re-
gion and the cone of negative segregation at the base of the ingot, 
will not be significantly influenced by the shrinkage. 

Thirdly, no thermal mechanics is considered. The thermal me-
chanical shrinkage of the solidified outer shell of the ingot will 
influence the internal flow, but this may not be particularly signif-
icant. What is most important is the deformation of the growing 
crystals due to the thermal shrinkage or the solid phase transition, 
which would have great impact on the flow near the end of solidi-
fication at the centreline. The ‘V’ segregation is very much related 
to this kind of deformation. This ‘V’ segregation is not modelled 
by the current model. 

Finally, the current three-phase model does not include dendritic 
morphology. This deficiency has overestimated the cone of the
negative segregation at the base, like what we see in Figure 6 and 
8. In order to consider the dendritic morphology, more phases, i.e. 
the interdendritic melt, must be separately considered. A five-
phase model was developed by the group of authors to consider 
the mixed columnar-equiaxed solidification with dendritic mor-
phology [27-28]. The calculation expense is so high as to prevent 
application in industry ingots. The validity of this model for such
a purpose has been verified, but in a laboratory Al-4.0 wt.%Cu 
ingot casting, as shown in Figure 9. A cylindrical casting (3 75
mm x 133 mm) was poured and was analysed for both macro-
structure and macrosegregation. The experimental results were 
used to validate the numerical simulations. Satisfactory agreement 
between them was obtained, as reported elsewhere [37-39]. 

Outlook

The future modelling activities for macrosegregation in large steel 
ingots will progress in two directions. One is to further enhance 
the model capability by including more physical phenomena such 
as crystal morphology, solidification shrinkage, thermal mechan-
ics, dendrite fragmentation, etc. Another direction is to further 
validate and improve the existing multiphase model, and to apply 
it for the purposes of solving engineering problems and enhancing 
fundamental understanding of different segregation phenomena.  
1. Thanks to the work of the Iron Steel Institute [1], many steel 

ingots scaled from 600 kg to 172 tons were poured and sec-
tioned for segregation analysis. This work provides most val-
uable information for the validation of the numerical models. 
Although many process parameters for those ingots are un-
known and have to be assumed, the capability to reproduce 
segregation patterns of all (most) those ingots numerically is 
an important step for the development of macrosegregation 
model. 

2. The existing model can be applied for studying the process 
parameters. Despite the difficulty of quantitatively reproduc-
ing the segregation pattern of reality, the influence of the pro-
cess parameters, such as casting geometry, mould materials, 
pouring temperature, and other engineering measures on seg-
regation can be well described by the model. By performing 
this kind of a parameter study, metallurgists would acquire
ideas for process optimisation.

3. Any segregation mechanism, as proposed from experimental 
observation, can (should) be verified quantitatively by the 
mathematical (numerical or analytical) model. The three-
phase model can help to explain many well-known segrega-
tion phenomena in detail. It may also help to explore the new 
segregation phenomena, which are caused by the multiphase 
flow. For example, the question of streak-like segregation, 
here referred to as quasi-A-segregation, is raised by the au-
thors for the first time on the basis of the current modelling 
result. The equiaxed-columnar interaction at the columnar 
dendrite tip front and its influence on the melt flow seems to 
induce or enhance this kind of a streak-like macrosegregation
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Abstract 

Freckle formation depends on solidification front angle in ingots.
Freckles can be divided into two types; one is a solute-enriched 
liquid trail growing upward and the other is a solute enriched 
liquid trail growing downward. The effect of solidification front 
angle on upward type freckling alloy was reported by Sakurai et
al. However there are few studies on the effect on downward type 
freckling alloys. In this study, the effect of solidification front 
angle on freckle formation was investigated using downward type 
freckling Alloy 625. Although freckle becomes difficult with 
decrease in the solidification front angle as expected, the effect on 
its solidification front angle was larger than that on upward type 
alloy A286. It is suggested that the difference is due to the freckle 
formation mechanism 

Introduction 

"A" segregation (inverted “V” segregation) is one form of 
macrosegregation that appears in conventional cast ingots. This 
form of segregation is often termed “channel type segregation” or 
“freckle” (the term “freckle” is commonly used in Ni-based 
superalloy field). It is widely accepted that freckle (channel type 
segregation) is induced by gravity-driven flow. Freckle appears in 
some specific solid fraction.1)

Experimental literatures reported the effect of solidification front 
angle on freckle formation. Sakurai et al.2) studied the effect of 
the solidification front angle on freckle formation in A286 alloy 
using a horizontal directional solidification furnace and assessed 
the effect quantitatively. The result revealed that lowering Si and 
Ti contents and reducing the liquid pool angle, which 
corresponded to shallow liquid pool in an actual ESR ingot, were 
favorable for reducing "A" segregation (channel type 
segregation).  

Wan-hong Yang et al. 3) conducted similar experiments, however, 
they did not distinguish between upward type and downward type 
segregation. Also, they did not show the macrostructure of their 
tilted solidification experiment ingots and it is difficult to know 
the details of the experimental results.  Auburtin et al. 4)  showed 
the effect of the solidification front angle on freckle formation.
However, their freckle is not channel type segregation but a 
freckle in dendrite arms.  

In terms of liquid density difference, researchers have identified 
two types of freckle based on the liquid density difference 
between bulk liquid and solute enriched liquid.  Grugel and 
Brush5) used Sn-Pn binary alloy and two alloy compositions, Pb-
45mass%Sn and Pb-75mass%Sn, were selected for investigation. 
The 45mass% tin alloy is a less-dense solute alloy. In contrast, the 
75mass% tin alloy is a dense solute alloy. Although the 45mass% 
tin alloy showed freckles in the ingots, there are few freckles in 
the 75mass% alloy ingots. 

Weinberg’s group performed several vertical directional 
experiments. Kaempffer and Weinberg6) used a Cu-8mass%Ag 
alloy whose interdendritic liquid was denser than the bulk liquid. 
They found that there seems to be no segregation plume and only 
the displacement of interdendritic liquid occurred at the bottom of
the ingot. Also, Streat and Weinberg7) used Sn-Pn binary alloy 
and, by changing its composition ratio, two types of segregation 
tendencies were studied. In upward type segregation alloy Pb-
20mass%Sn, macro segregation plumes appeared. These 
originated in the interior of the ingot as an interdendritic channel, 
which subsequently widened and moved towards the mold wall. 
However, Sn-4mass%Pb, which was selected as an example of a 
composition where the interdendritic liquid would be denseer than 
the bulk liquid above,  did not show any segregation plumes. 
These results suggest that the freckle tendency of the downward 
type alloy is different from that of the upward type alloy. 

Our previous study8) showed that freckling tendency can be 
marshaled by using liquid density difference and freckle 
formation index proposed by Suzuki and Miyamoto8). The study 
indicated the importance of distinguishing upward type 
segregation from downward type segregation. There are few 
studies on the effect of the solidification front angle on freckle 
formation in downward segregation alloys. Also few articles 
discuss formation of the two freckle types.  

In this study, we investigated the effect of the solidification front 
angle on freckle formation in the case of the downward type 
segregation alloy. 

Experimental procedure 

Alloy 625 was selected for this experiment, because the value of 
the freckle formation index2) of the alloy is close to that of A286 
that was reported by Sakurai et al. If the value is too small, it may 
be impossible to form freckle in the tilted solidification front 
condition. Also Alloy 625 is a typical downward type freckling 
alloy8). 

The horizontal directional solidification furnace used for this 
study is schematically illustrated in Figure 1. The furnace is a 
rectangular-shaped resistant heat furnace using a Kanthal Super 
heater. An Al2O3 crucible was used for the experiment. The inner 
size of the crucible was 55Wx190Lx230Hmm. The chiller was 
cooled by compressed air. In order to simulate the titled 
solidification front condition, specially designed chillers were 
used for this experiment. The designs of the chillers are shown in 
Figure 2.  

The chillers are composed of silicate sand filled in stainless steel 
casing. In this series of experiments, the chiller angle of the 
original straight shape was 90 degrees. 60, 45, and 30 degree 
chillers were made in addition to 90 degrees. In order to work the 
slope portion as the major cooling interface, silicate sand on the 
straight portion of the top side of the chiller was thicker than that 
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on the slope portion. This thicker sand portion acted as a type of 
insulation. 

Figure 1. Schematic of the horizontal directional solidification 
furnace 

Figure 2. The chillers used for the experiment 

The alloy was melted in an induction furnace and poured into the 
crucible using a small ladle. Just after pouring, cooling air was 
blown into the chiller. The cooling rates were controlled by the 
flow rate of the compressed air. Thermocouples were inserted into 
the crucible in order to acquire the temperature profile during 
solidification. The ingots were cut perpendicular to the cooling 
interface. The cut plane was polished and macro etched to confirm 
the existence or non-existence of freckles in the ingots. If freckles 
were found in the ingot, the ingot was cut on the vertical cross 
section of the freckle spot that is close to the chiller face. The 
cooling rate "(K/min) and growth rate R(mm/min) are obtained 
from the thermal history of the ingot. By using those two values, 
freckle formation index )=" R1.1 was calculated. Chemical 
analysis of the alloy was conducted by an X-ray fluorescence 
method.

Results 

Examples of the thermal histories of the ingots are shown in 
Figures 3 and 4. In the 30 degree chiller experiment, the sequence 
of 4CH and 5CH was reversed, i.e., 5CH was solidified faster than 
4CH. This may be because the location of 5CH is close to the face 
and the liquid mass was small. However the freckle initiation 
point was far from 5CH; therefore, data was considered usable for 
freckle formation condition analysis.  

The vertical cross section of each ingot is shown in Figures 5-6.
Hereafter, the straight chiller is described as a 90 degree chiller. 

Figure 3. Thermal history of 60 degree chiller ingot 

Figure 4. Thermal history of 30 degree chiller ingot 

In each photograph, left hand side arrays are the chiller side. The 
directional solidified structure was obtained in each condition 
although the primary crystal structures were not perpendicular to 
the chiller face. Yellow dotted lines in both figures indicate 
freckles observed in the ingots 

Chiller face angle, chemical composition, liquid density 
difference, and freckle formation index in each experiment are 
shown in Table 1. Liquid density data10-13) and Thermo-calc14)

with Ni-data15) were used for the liquid density calculation. There 
are some deviations in the chemical composition. 

Accordingly, liquid densities vary slightly. However, the 
deviation is not too large to analyze the condition of freckle 
formation. The relationship between freckle formation indexes 
and chiller angles is shown in Figure 7. In this figure, the freckle 
formation criterion proposed by Suzuki and Miyamoto8) was used 
for the vertical axis. The criterion is an empirical value come from 
their experimental results. The equation of the criterion is 
expressed as follows: 

α = ε  R1.1     (1) 

where α is a critical freckle formation index, ε is the cooling rate, 
and R is the growth rate. This α means that if the actual 
solidification condition exceeds the value, freckle forms. There 
seems to be a relationship between the chiller face angle and 
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freckle formation index, i.e., if the chiller angle is smaller, the 
freckle formation index becomes smaller. This tendency is almost 
the same as the result of upward segregation alloy A2862). 
However, it is noteworthy that the result of 45 and 30 degree 
chiller. In this angle, freckling tendency is steeply decreases 
compared to that of A286. This figure suggests that the effect of 
the solidification front angle on freckle formation in downward 
type segregation alloy is larger than that of the upward type 
segregation alloy. 

Figure 5. Vertical cross section of 90 and 60 degree chiller ingots 

Figure 6. Vertical cross section of 45 and 30 degree chiller ingot 

Table 1: Chemical composition of test alloys (mass %) 

Figure 7. The relationship between freckle formation indexes and 
chiller angles 

Solidification front angles are slightly different from the chiller 
angles. The solidification front angles were estimated from 
primary dendrites morphology in the ingots. The angles in A286 
ingots were estimated from the photographs of each macro etched 
structure. The relationship between freckle formation indexes and 
solidification front angles is shown in Figure 8. Although the 
tendency of the curvature is the same as the diagram using the 
chiller angle, the convex shape shifts toward the lower angle side. 
This figure suggests that the effect of the solidification front angle 
on freckle formation may be marshaled factor that utilize the 
angle. 

Figure 8. The relationship between freckle formation indexes and 
solidification front angles 

Discussion 

As described above, the chiller face angle is not equal to the 
solidification front angle. The solidification front angle in the 
horizontal directional solidification experiment is around 70 – 80
degrees in the case of the straight shape chiller that gives a 90 
degree angle. The freckle formation index proposed by Suzuki 
and Miyamoto9) is considered to be the index for the solidification 
front angle of 70 – 80 degrees. The freckle formation index 
indicates good prediction for freckling location in conventional 
ingots 16,17),  because the solidification front angle in the side mold 

50mm

chiller

chiller
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is in the same range as the solidification front angle in the 
horizontal directional solidified ingot. In the previous study8), the 
90 degree chiller and the freckle formation index were used to 
evaluate the freckling tendency of commercial alloys. Our unified 
evaluation was successful using the same experimental condition 
and the same index for each alloy. The freckle formation index 
worked well for the evaluation. 

Figure 9. Vertical cross section of 90 and 60 degree chiller A286 
ingot 

Figure10. Vertical cross section of 45 and 30 degree chiller A286 
ingot 

The macro structure of A286 alloy horizontal directional 
solidified ingots using tilted chillers is shown in Figures 9, 10. All 
freckle streaks shown here grow upward and the directions are 
almost the same regardless of those solidification front angles.
Meanwhile, in contrast to conventional cast ingots, solidification 
proceeds with a more angled solidification front in the secondary 
melt process such as ESR and VAR. The experiment aimed to 
simulate the tilted solidification front. The effect of the 
solidification front angle is considered using a vector diagram. A
vector diagram of gravity induced force at the tilted solidification 
front is shown in Figure 9. 

Figure 9. A vector diagram of gravity induced force at the tilted 
solidification front

Here, in order to simplify the problem, other effects such as bulk 
liquid convection are ignored. In this figure, the component of 
gravity force parallel to the solidification front is extracted using 
sin�. The driving force of the flow direction is expressed using 
liquid density difference, gravity and the angle.  

Wan-hong Yang et al. 3) reviewed all freckling criteria, including 
Fleming’s solute redistribution equation19), several Rayleigh 
criteria20-26), and so forth. There should be interdendritic flow 
owing to solidification shrinkage and bulk liquid convection.
They ultimately proposed that freckle formation criterion G R
divided by sin� is the freckle formation index for the tilted 
solidification front angle. They proposed the following equation 
for freckling criterion. 

(2) 

where G is temperature gradient, R is growth rate and � is the 
angle of solidification front from the horizontal line. G R2.1

equals " R1.1 in the steady state solidification. 

Freckle formation is affected by fluid flow 18). In order to discuss 
the effect of fluid flow on the freckle formation, numerical 
simulation was performed. The model did not consider 
solidification for simplification and only the effect of the tilted
solidification front on fluid flow is discussed. The convection 
driven by the intentionally given driving force was considered to 
be affected by the solidification front angle. The driving force in 
the system is solutal convection only. The governing equations in 
the model are as follows: 

(3) 

(4) 

where u is flow rate, D is Diffusion coefficient, p is pressure, *�is 
dynamic viscosity, g is gravity force,�� is liquid density, and CL is 
chemical composition of the liquid. In the calculation, the order of 
the ratio of dynamic viscosity and diffusion coefficient (Pr 
number in solute) was accorded with liquid metal and viscosity 
was increased to prevent turbulent flow.  

Maximum flow rates were compared at the steady state using the 
model. It may be necessary to consider the solute distribution in 
the liquid. The flow rate equation by solutal effect is expressed as
the following formula: 
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(5) 

Where g’ is the component of gravity force and L is characteristic 
length. The value g’ along with the solidification front is g sin�#�
Accordingly, the flow rate would relate to the solidification front 
angle �. Figure 10 shows the fluid flow simulation result. 

Figure 10. Fluid flow simulation result in tilted side wall 

The result indicates that the flow rate at the tilted wall depends on 
the angle. If the gradient becomes shelved, the flow rate is small. 
It is important to note that the flow rate is not exactly proportional 
to sin�. +CL in equation (5) also depends on the side wall angle 
because solute distribution in the vertical direction varies in the 
calculation. The result shows that if the solidification front angle 
decreases, flow rate at the solidification front decreases.  

There should be other effects on the freckle formation in the tilted 
solidification front. Modification of freckle formation criterion 
may be required. Figure 11 shows the value derived from 
multiplying the freckle formation index at the 90 degree chiller by 
sin�  

Figure 11. The effect of sin� for the freckle formation indexes 

The values of the indexes at 60 degrees and 45 degrees are larger 
than that of multiplying the index at 90 degrees by sin�. Since the 
deviation of 60 degree and 45 degree values is large, simple 
modification using sin� may not be able to evaluate the effect of 
the solidification front angle on freckle formation.  

Thermosolutal convection in the mushy zone affects freckle 
formation in an ingot, which may account for the deviation. 
Although there is some deviation in freckle formation indexes 
derived from the horizontal directional solidification experiment, 
this method showed the tendency of freckling. Simple criterion 
such as " R1.1or G R2.1 is desirable from an industrial perspective.
Criterion using ", R, G may need further modification to make 
more precise estimation for freckle formation at tilted 
solidification front.

The effect of the solidification front angle on freckle formation 
varies depending on the type of freckle, such as upward type and 
downward type. There are two types of freckle suppression 
mechanism. Figure 12 is a schematic of freckle formation in the 
tilted solidification front for upward type and downward type 
segregation. 

Figure 12. The effect of tilted solidification front for freckle 
formation 

One is in the case of upward type segregation formation alloy. 
Freckle streak formed in solidification grow upward owing to its 
density difference from bulk liquid. If the solidification front is 
tilted, the direction of freckle floating up is close to the 
solidification direction. The formed freckle streak proceeds 
toward low solid fraction direction. Morikawa et.al. made a series 
of experiment that cast ingots were inclined in some solidification 
period. Carbon steels that are typical upward type segregation 
alloy were used for their study. Figure 13 is schematic drawing of 
freckle observation in the inclined ingot 9) based on the result of 
Morikawa et.al. experiment27). 

Figure 13. Schematic model of inclined ingot26)

They reported that if a carbon steel ingot is inclined during 
solidification, the diameter of the freckle streak becomes large and 
it disperses toward the upper direction. The result suggests that a
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solute-enriched liquid would be easy to diffuse at the tilted 
solidification front in upward type segregation alloys. This may be 
the effect of freckle suppression by the tilted solidification front 
for upward type segregation.  

In contrast, solute-enriched liquid is dense in downward type 
freckling alloys. In the case of downward type segregation, 
gravity driven force owing to liquid density difference is in the 
direction of the reverse of upward type segregation. Therefore, 
solute-enriched liquid tends to move toward the bottom of the 
ingot. If the solidification front is tilted much (freckle growth 
direction arrow in the figure is stuck in the mushy zone), it is 
impossible to penetrate into the high solid fraction dendrite forest. 
Therefore freckle streak grows in low solid fraction regions, i.e., 
freckle streak grows along the solidification plane. Since 
downward type segregation may be difficult to grow upward, the 
growing direction toward high solid fraction suppresses freckle 
formation.  

Figure 14 Schematic of assumed freckle suppression mechanism 
by solidification front tilting in downward type freckle 

  
Figure 14 shows the schematic of the assumed freckle suppression 
mechanism by solidification tilting in the case of downward type 
segregation. Solute-enriched liquid tends to be trapped by the 
solidified layer before freckle formation in the right side of the 
solidification condition in Figure 14. This may be the suppression 
mechanism of downward type segregation due to the effect of 
solidification front tilting. Streat and Weinberg’s experimental 
result7) could support this idea. The result showed no freckle was 
found in their vertical directional solidification experiment using 
dense solute alloy. If the angle of the solidification front becomes 
much smaller, freckle would not form in Alloy625 because of this 
mechanism.  

Conclusions 

How the solidification front angle affects freckle formation in the 
downward type segregation alloy was investigated using the 
horizontal directional solidification experiment with tilted surface 
chillers. The following conclusions can be drawn from this study.  

1. If the chiller angle decreases, the freckle formation index 
becomes smaller. The tilting solidification front suppressed 
freckle formation in downward type segregation Alloy625. 

2. The effect of the solidification front angle on freckle 
formation in the downward type segregation alloy is larger 
than that of the upward type segregation alloy. 

3. Simple modification using sin� may not be able to evaluate 
the effect of the solidification front angle on freckle 
formation. 

4. The effect of the solidification front angle on freckle 
formation varies depending on the type of freckle, such as 
upward type and downward type. 

5. There are two types of freckle suppression mechanism. The 
suppression mechanism in downward type segregation is
different from that in upward type segregation.  
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Abstract

The results of experiments are reported in which air bubbles were 
held for varying lengths of time in melts of three different Al 
alloys, (commercially pure Al, Al-7Si-0.3Mg, (2L99), and Al-
5Mg alloy), with the air bubbles acting as analogs for the behavior 
of the interior atmosphere of double oxide film defects. After 
solidification a Pore Gas Analyser was used to measure the 
contents of the bubble, to determine how their oxygen, nitrogen 
and hydrogen content varied over time in the different alloys. The 
results showed that, firstly, oxygen should be consumed by 
reaction with the surrounding melt to form an oxide, followed by 
nitrogen, forming a nitride, probably AlN. Simultaneously, 
hydrogen dissolved in the melt passed in to the air bubble. At the 
end of the 40 minute holding period the air bubbles, and by 
analogy the interior atmosphere of a double oxide film defect, 
largely consisted of a nitrogen/hydrogen atmosphere. The reaction 
rates obtained from these experiments were used to estimate the 
time taken for the interior atmosphere of a typical double oxide 
film defect to be consumed, which was found to vary with alloy 
type, and to be about 25 minutes in the case of a defect in the Al-
7Si-0.3 Mg alloy.   

Introduction

The transfer of liquid Al alloys, and the action of pouring into a 
mould, is often accompanied by entrainment of the oxidized 
surface skin of the alloy. The very high reactivity of liquid Al 
with oxygen in the air means that the surface of the liquid metal 
can be considered to be permanently coated with an oxide film. 
Therefore, as the oxide film is ruptured by movement of the liquid 
metal underneath, the rupture must be almost instantaneously 
sealed by reaction between the Al and oxygen in the air. Pouring 
or transfer of the liquid metal results in considerable splashing of 
the liquid metal, (which has a viscosity similar to that of water), 
and as the splashes coalesce and merge with the bulk liquid, a 
doubled-over oxide film can be carried into the liquid metal. The 
sides of the double oxide film defect are unbonded, and the defect 
would capture a portion of the local atmosphere to be carried into 
the melt, from where it may be swept into the mould cavity, (see 
Figure 1) [1].

Double oxide film defects therefore consist of a crevice in the 
solid metal, formed by the unbonded oxide films, and containing a 
layer of gas. They form a defect in the final solidified casting of 
variable size, and with variable orientation with respect to any 
applied load experienced by the casting in service. It is therefore 
thought that double oxide films play a major role in influencing 
the variability of mechanical properties in Al alloys, [2], Mg 
alloys, [3], and possibly other alloys as well [4].

Since the defects consist of unbonded oxide surfaces containing a 
layer of gas, this gives rise to the speculation that the interior 
atmosphere of the defect can continue to react with the 
surrounding bulk liquid metal once it has been entrained. If the 
interior atmosphere becomes consumed, it may be possible for the 
oxide surfaces of the defect to be brought together where they 
may bond in some way, reducing the deleterious effect of the 
oxide film defect.

Figure 1. Sketch of the formation of an entrained double oxide 
film defect.

Nyahumwa et al. [5] speculated that if the interior gas in the 
defect was air, then, initially, the oxygen would react with the 
surrounding liquid metal to form alumina, and once all of the 
oxygen was consumed, the remaining nitrogen would react with 
Al to form AlN. Once all the internal atmosphere was consumed, 
Ar would remain, (air consists of 1 vol.% Ar), which would be 
inert and insoluble. The entrapment of an atmosphere consisting 
of air would be reasonable if a die casting is considered. In the 
case of a sand casting, the breakdown of the binder would produce 
a local atmosphere containing gases such as water vapour, 
hydrogen and hydrocarbons, of varying amounts, depending on 
whether a greensand or chemically-bonded sand was used.

Raiszadeh and Griffiths performed an experiment in which a 
bubble of air, acting as an analogue for a double oxide film defect, 
was held in a melt of commercial purity Al for several hours [6]. 
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The volume of the air bubble was monitored using a real-time X-
ray instrument, which showed a reduction in the bubble volume 
corresponding to the reaction of the air bubble with the 
surrounding melt. It was inferred that the air bubble contracted 
initially due to the reaction of Al with oxygen to form Al2O3,
followed by the reaction of Al with nitrogen to form AlN. 
Examination of the surfaces of the solidified sample of the air 
bubble surface confirmed the occurrence of Al2O3 and AlN. It 
was suggested that these reactions occurred as the skin of the air 
bubble was ruptured and resealed, rather than by diffusion of the 
interior gases through the oxide skin of the bubble. 

In melts containing relatively low hydrogen contents the bubble 
volume initially contracted, and then steadily shrank. In melts 
containing relatively high hydrogen contents, the bubble volume 
initially expanded, and then contracted, and from this it was 
inferred that hydrogen was passing through the oxide film into the 
air bubble, showing how double oxide film defects could be 
initiators of hydrogen-related porosity. Reaction rates obtained 
from observation of the rate of reduction of the bubble volume 
were used to infer likely lifetimes of the interior atmosphere of 
double oxide film defects of a couple of minutes, about the typical 
solidification time of an Al casting.

El-Sayed et al. suggested the occurrence of two competing 
mechanisms during the holding of Al castings in the liquid state 
before solidification that could affect any entrained bifilms. The 
first mechanism was the consumption of the air inside bifilms, 
which reduced their size and in turn improved mechanical 
properties. The other mechanism was the diffusion of H into the 
defects, increasing their size and making the properties worse
[7,8]. 

The work presented here is a more detailed study of the behaviour 
of air bubbles held in Al melts, as a method of understanding the 
behavior of double oxide film defects. Previous work mostly 
employed commercial purity Al alloy, which would form Al2O3
on its surface. Commercially used alloys would form different 
oxides, and in this work other alloys were also used, namely, an 
Al-7Si-0.3Mg alloy, (2L99), where the surface oxide film would 
be spinel, (Mg2AlO4), and Al-5Mg, where the surface oxide film 
would be expected to be MgO. Such different oxide films would 
have different characteristics, and this may affect double oxide 
film defect behavior. In the previous work, reaction rates were 
inferred by changes in bubble volume, whereas in this work the 
air bubbles held in the melt were preserved by solidification of the 
surrounding liquid metal, and the contents of the air bubbles 
subsequently analysed using mass spectroscopy.

The results obtained allow a more detailed understanding of 
double oxide film defects in commercial alloys, and may point 
towards methods of eliminating the defects once they are formed.

Experimental Procedure

Air bubbles, to represent double oxide film defects, were trapped 
inside Al alloy melts by immersing a steel strip of length 50 mm, 
containing two blind holes of height 5 mm and diameter 6 mm. 
The steel strip was immersed in a melt to a depth of 20 mm, and 
then rotated at 540 rpm, giving an angular velocity at the position 
of the trapped bubbles of 1.4 ms-1, (see Figure 2). This procedure 
was intended to represent the shearing action that might occur as a 

double oxide film defect was carried through the melt during 
mould filling.

Figure 2. (a). Schematic of the experimental technique. (b).
Illustration of the steel strip immersed in the melt.

The steel strip was rotated in the melt for periods of time ranging
from 2 to 40 minutes, during which time the contents of the air 
bubble reacted with the surrounding Al alloy melt. Following the 
desired holding period the rotation was halted, and the alloy melt 
quickly solidified by the insertion of cold alloy blocks. The 
trapped air bubble was then sectioned out of the solidified melt 
and placed in a Pore Gas Analyser, (built by Hiden Analytical 
Ltd., Warrington, UK).

The Pore Gas Analyser was evacuated to a pressure of less than 
about 10-8 bar, and then the air bubble was pierced, and its 
contents passed through a mass spectrometer for analysis. In order 
to test the accuracy and reproducibility of the Pore Gas Analyser, 
air was trapped inside a piece of Cu tube of similar dimensions, 
which was soldered shut at both ends, and then its contents 
analysed in the same way. Table 1 shows the measurement of the 
composition of the air trapped inside three Cu tubes, with the
different samples agreeing largely with the expected analysis of 
air, although the oxygen content, about 18%, was slightly lower 
than expected. However, the reproducibility and relative accuracy 
of the measurements gave confidence in the method used. The 
determination of the composition of the bubbles held in the melt 
for varying time periods was obtained from the Pore Gas Analyser 
by comparison with the results obtained from the analysis of air.    
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Experiments were carried out using bubbles of air trapped in three 
alloys having variable Mg contents, namely, commercial purity Al 
alloy, 2L99 alloy, (Al-7Si-0.3Mg), and Al-5Mg alloy. The 
varying Mg contents meant that each alloy should form a different 
surface oxide film. These reactants, formed on the surface of the
alloy melt exposed to the air bubble, were analysed using 
scanning electron microscopy and EDX spectroscopic analysis.

Table 1. Measured compositions of samples containing air, as 
measured using the Pore Gas Analyser.

The change in composition of the air bubbles was used to estimate 
the rates of reaction of the bubble contents with the surrounding 
melt, (i.e., the change in oxygen and nitrogen content), and the 
rate of diffusion of hydrogen into the bubble. From these 
estimated rates of reaction, estimates were made of the time taken 
for consumption of the interior atmosphere of a double oxide film 
defect.

Results

Figure 3 shows a typical output from the Pore Gas Analyser, 
showing the variation in pressure obtained from the mass 
spectrometer as it analysed a sample of an air bubble in an Al-7Si-
0.3Mg alloy melt, after 2 minutes holding. The largest peak was 
associated with nitrogen, as was to be expected, followed by 
oxygen, and hydrogen and argon, with a trace amount of water 
vapour.

Figure 3. An example of the output from the Pore Gas Analyser.
(The largest peak is due to nitrogen, the smaller peak is due to 

oxygen. There was little hydrogen in this sample).

Figures 4(a) to (c) show the change in volume for air bubbles 
trapped in the three different alloys. In the case of the 
commercially purity Al alloy, and the Al-5Mg alloy, the bubble 
volume decreased to about 40% of its original volume, with 40 
minutes holding time, (see Figures 4(a) and 4(c)). In contrast, in 
the Al-7Si-0.3Mg alloy (Figure 4(b)), the reduction in bubble 
volume was much less, reaching about 70% of its initial volume.

Figure 4 (a). The reduction in air bubble volume with time for the 
commercial purity Al alloy melt.

Figure 4(b). The reduction in air bubble volume with time for the 
Al-7Si-0.3Mg alloy melt.

Figure 4(c). The reduction in air bubble volume with time for the 
Al-5Mg alloy melt.

Vol.% of gases inside bubble
%

VariationGas 
Sample 

1 
Sample 2 Sample 3

Ar 0.98 0.96 0.96 2.0

H 0.71 0.73 0.73 2.0

N 79.47 78.68 78.68 1.0

O 18.24 18.42 18.42 1.0

H2O 0.59 0.59 0.59 1.0
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Figure 5 shows the change in composition of the air bubbles 
trapped in the different alloy melts. Figure 5(a) shows that for 
commercial purity Al alloy, there was an initial reduction in 
oxygen content, from about 20% to nearly 0%. As the oxygen 
content declined there was a corresponding increase in nitrogen 
content. Once most, (but note, not all), of the oxygen had been
consumed, the nitrogen content began to decrease, presumably 
due to the formation of AlN.

As first the oxygen content was decreased and then the nitrogen 
content decreased, the hydrogen content steadily increased. At the 
end of the 40 minute holding period, the bubble consisted of 
approximately 50% nitrogen and 50% hydrogen.

Figure 5(a). The change in composition for an air bubble held in a 
commercial purity Al alloy melt for up to 40 minutes.

Figure 5(b) shows the change in composition with the air bubble 
being held in a melt of Al-7Si-0.3Mg alloy. As Figure 4(b) 
showed, the rates of reaction were much less, but with the same 
trends. There was an initial reduction in oxygen, and a 
corresponding increase in nitrogen content until most of the 
oxygen was consumed, followed by a reduction in nitrogen 
content. During this time there was also an increase in hydrogen 
content. At the end of the 40 minute holding period the air bubble 
had a composition that was about 80% nitrogen, and 20% 
hydrogen.

Figure 5(b). The change in composition for an air bubble held in 
an Al-7Si-0.3Mg alloy melt for up to 40 minutes.

Figure 5(c) shows the change in composition of an air bubble held 
in an Al-5Mg alloy melt. This also showed a reduction in oxygen 
content to almost 0% over the first five minutes, and a 
corresponding increase in nitrogen content, followed by a 
decrease. The hydrogen content also increased during this period, 
but slowed after about 25 minutes. The final composition of the 
bubble after 40 minutes holding time was about 70% hydrogen 
and about 25 to 30% nitrogen.

Figure 5(c). The change in composition for an air bubble held in 
an Al-5Mg alloy melt for up to 40 minutes.

Figure 6 shows the changes in composition for each element in 
the case of the different alloys. Figure 6(a) shows the change in 
oxygen content over time, which shows that for each alloy the 
reduction in oxygen occurred over about 5 minutes, with the Al-
5Mg alloy, expected to have a porous MgO interface, having the 
quickest rate of loss.

Figure 6(a). Change in oxygen content in the three alloys.

Figure 6(b) shows the change in nitrogen content over time for the 
three alloys, with the rate of reduction being greatest in the Al-
5Mg alloy, and the least rapid being in the Al-7Si-0.3 Mg alloy.

Figure 6(c) shows the change in hydrogen content of the three 
alloys, with hydrogen passing into the air bubble most quickly in 
the case of the Al-5Mg alloy, almost reaching equilibrium, and 
least quickly in the case of the Al-7Si-0.3Mg alloy.
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Figure 6(b). Change in nitrogen content in the three alloys.

Figure 6(c). Change in hydrogen content in the three alloys.

Following analysis of the air bubble contents the interface of the 
alloy with the air bubble was examined using scanning electron 
microscopy and EDX to infer the compounds formed by reaction 
between the bubble and the melt. The oxides formed in the case of 
the three alloys appeared to be as expected, namely, alumina in 
the case of the commercial purity Al alloy, spinel (MgAl2O4) in 
the case of the Al-7Si-0.3Mg alloy, and MgO in the case of the 
Al-5Mg alloy. A nitride, probably AlN of Mg3N2, was also 
detected in all of the three cases.

Discussion

The reaction rates of oxygen and nitrogen obtained from the Pore 
Gas Analysis results were used to estimate the rate of 
consumption of the interior atmosphere of a typical double oxide 
film defect. This required an assumption of a typical double oxide 
film defect size, and specifically dimensions for the surface area 
of the defect, through which the reactions must occur, and the 
interior volume of the defect, and hence the amount of gas 
available for reaction. Previous work, using commercial purity Al,
[9] had assumed a defect dimension of 10 x 5 mm with a 
���\����������Ä�������������� �����������������	����� ¢1]. This 
led to an estimate for the duration of the defect atmosphere of up 
to around two minutes.

More recently microfocus X-ray studies of porosity in cast Al 
alloys have been carried out, [10] which suggested dimensions of 
oxide film defects of around 2.2 x 2.2 x 0.1 mm. The duration of 
the atmosphere was estimated assuming these dimensions, and 
found to vary considerably with alloy composition, (see Figure 7). 
This was presumably due to the different nature of the oxides 
formed in each case, leading to variations in the reaction rates.
Figure 7 shows that the atmosphere in a double oxide film defect 
in Al-5Mg alloy may have a duration of about 6 minutes, in 
commercial purity Al about 8 minutes, and in Al-7Si-0.3Mg alloy 
about 25 minutes. That the shortest predicted duration was 
associated with the Al-5Mg alloy is suggested to be due to the
surface oxide film expected to form on the liquid alloy being 
(porous) MgO, which would allow a faster reaction rate. Note that 
the predicted time period for the presence of oxygen in a double 
oxide film defect was similar, and it was the varying rates of 
reaction with nitrogen which led to the predicted variation in the 
time taken for the interior atmosphere to be consumed.

Figure 7. Estimates of the duration of the atmosphere in a double 
oxide film defect of assumed dimensions, for the three different 

alloys.

These predicted time periods for the survival of the interior 
atmosphere of double oxide film defects were longer than the 
expected solidification times of most thin section Al castings, 
showing how double oxide film defects formed during pouring 
would persist into the solidified casting. Furthermore, these 
estimates of duration of the atmosphere would be greatly extended 
by the passage of dissolved hydrogen from the melt into the 
defect, as shown in Figure 5. 

Assuming that the melt hydrogen content was approximately 
equal in the tests, the greatest hydrogen pick-up by the bubble 
atmosphere occurred in the case of the Al-5Mg all�����$�!~�Ä�����
in 40 minutes), while the commercial purity Al alloy was 
associated with a slightly less hydrogen pick-�	����$�%��Ä���������
the Al-7Si-0.3Mg alloy was associated with the smallest hydrogen 
	��\��	����$����Ä�����<������ �����
�������� �����
ogen pick-up
were probably related to the variations in the nature of the oxide 
film associated with each alloy, with the greatest hydrogen pick-
up being associated with the porous MgO film expected to form 
on the Al-5Mg alloy melt.

Finally, Figure 8 shows an example of an SEM picture taken from 
a sample of commercially pure Al alloy held for 40 minutes. EDX 
analyses at points X1, X2 and X3 revealed alumina, probably AlN 
and pure Al alloy, respectively, one layer over another. At this 
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time, all or most of the oxygen in the air bubble had been 
consumed, (see Figure 5(a)), and the bare Al alloy surface 
(labeled X3), would have been in contact with an atmosphere that 
was largely nitrogen and hydrogen. That the bare Al alloy surface 
can occur in the presence of nitrogen, suggests that the formation 
of AlN may require some sort of incubation period, (at least in the 
case of the commercial purity Al alloy).

Figure 8. SEM micrograph showing the surface of a sample after 
holding in commercial purity Al alloy for 40 minutes. EDX 
analysis revealed the presence of alumina (at position X1), a 

nitride, probably AlN, (at position X2), and Al, (at position X3).

Conclusions

1. Pore Gas Analysis experiments were carried out on air 
bubbles held in three different Al alloys for periods of 
up to 40 minutes, to act as analogues for double oxide 
film behaviour in liquid Al. The measured changes in 
bubble composition were used to infer reaction rates to 
predict the duration of the atmosphere in typical double 
oxide film defects, leading to estimates of between 6 to 
25 minutes, depending upon alloy composition.

2. The Pore Gas Analysis results also showed an increase 
in hydrogen in the bubble atmosphere, as it diffused in 
from the melt. The rate of diffusion also varied with 
alloy composition, and was again most rapid in the case 
of the Al-5Mg alloy. The estimated durations of the 
oxide film defect atmospheres would be greatly 
extended by the presence of hydrogen.

3. Examination of the compounds formed during reaction 
between the melt and the air bubbles indicated the 
formation of nitrides. In the case of the commercial 
purity Al alloy, circumstantial evidence suggests an 
incubation period may be necessary before the 
formation of AlN can take place.
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Abstract

The control of inclusion population remains an important issue for 
the steelmaking and aluminum making industries where the 
removal of particles is mainly operated by flotation and gravity 
separation. Argon gas is injected through porous plugs in the ladle 
of liquid steel whereas a rotating impeller and a mixture of argon 
and chlorine stir up the aluminum liquid bath. Nowadays the 
modeling of such complex three-phase-reactors is possible by 
combining Population Balance with convective transport of the 
inclusions so as to calculate the time evolution of the size 
distribution of the inclusion population. An operator splitting 
technique is employed to solve the coupled Population Balance 
Equation and the transport equation. Results are provided for 
either pilot or industrial scales and allow us to compare the 
respective roles of mechanisms (flotation, entrapment on the 
liquid surface, gravity separation, agglomeration) on the particle 
size distribution and on the inclusion removal rate.

Introduction

The control of metal cleanliness has always been an issue of great 
concern for the metallurgists since the inclusions influence 
directly the mechanical properties of the alloys mainly the 
workability, surface quality and fatigue strength. In most of the 
metallurgical routes a refining treatment of the molten alloy has 
been introduced in particular with the aim of improving the metal 
cleanliness which means a better control of the amount, the size 
and morphology and finally the composition of inclusions. After 
solidification of the metal these properties can be quantified by 
either destructive or non-destructive assessment techniques but 
the cleanliness can be hardly modified by thermal treatments. That
is one very good reason why the inclusion treatment occurs before 
casting. Since the beginning of the XXIst century this issue is a 
new challenge for the metallurgists for two main reasons: on one 
hand the reduction in the weight of high performance materials 
together with the improvement of mechanical properties requires 
an improvement of the metal cleanliness. On the other hand the 
increase of the recycling of used metal reinforces the role of 
molten metal refining. Gas-stirring ladle treatment of liquid metal 
has been pointed out for a long time as the processing stage 
mainly responsible for the inclusion population of aluminum and 
specialty steels. A particular attention has been paid on the 
optimization of this complex three-phase-reactor, where strongly 
dispersed inclusions are transported by the turbulent liquid metal / 
bubbles flow.

The numerical simulation of such complex metallurgical reactor 
has already been the purpose of many studies. The mathematical 
modeling became in the early ‘70s an intrinsic part of materials 
engineering and the numerical simulation of refining reactors has 
been initially driven by Szekely. Hence as an example, Nakamishi 
and Szekely [1] initiate the use of k-� turbulent model for the 
prediction of agglomeration kernels in order to estimate the Al 
deoxidation rate of liquid steel reactor. Other authors followed 
this approach among them Guthrie [2,3] who improved step by 

step the numerical simulation of gas stirred ladle systems. 
Mazundar and Guthrie published in 1995 a relatively exhaustive 
review addressing physical and mathematical models of ladles. 
Since then, the simulations of liquid metal processing were 
developed with an increasing level of sophistication. This type of 
work, performed under the leadership of KTH in Stockholm [4]
and the University of Urbana-Champaign [5], can be considered 
as a benchmark in this field. KTH and Mefos in Sweden have 
carried out a number of projects within Jernkontoret’research 
especially focused on non-metallic inclusions in ladle and tundish. 
Jonsson [6] pointed out that the understanding of particle behavior 
nearby the liquid surface remains very poor and no model exists 
for predicting the deposition rate. The authors gave a first 
approach by Lagrangian calculation of particles near the slag-
liquid interface and concluded on the role of particle inertia on the 
deposition rate. A similar approach has been followed by Gardin 
[7] revealing a lack of a detailed description of the non-isotropic 
and damped turbulence near the interface.

An integrated model coupling CFD and a nucleation-growth-
removal model has been recently developed in Postech by Kwon 
et al.  [8]. Even if the authors do not provide all the details of the 
numerical methods employed the numerical platform is probably 
one of the most integrated since in addition to the bubble-liquid
flow calculated by an Eulerian-Lagrangian method the model 
simulates nucleation, growth and agglomeration of inclusions.
Recently, a very innovative work was performed by Claudotte et 
al. [9] by coupling a population balance equation (PBE) with the 
computational fluid dynamics (CFD) to model the convective 
transport of particles and the probability of collisions due to the 
turbulent molten steel flow and the changes of particle properties 
due to breakup and aggregation. A variant of the quadrature 
method of moments (QMOM) has been adapted by the authors for 
the prediction of inclusion population in terms of chemical 
composition and size taken into consideration nucleation, 
diffusion growth and aggregation.  A comparison of two 
numerical methods for solving the PBE is given by Daoud et al. 
[10] and reveals that the QMOM and the CM (class method) lead 
to similar results. However, most models used by these authors 
should be regarded as general models of processes that do not 
accurately describe the behavior and the capture of particles at 
interfaces (refractory wall, surface and bubbles).

In this paper we present the development, using the CFD code as 
a basis, of two- or three-dimensional simulation models applied to 
aluminum and steel stirred reactors.

The metallurgical reactors

Liquid metal processing shows similarities between aluminum 
and steel since in both cases the argon injection is operated. 
Flotation is one of the aims of gas injection which is a process 
widely used in industry to separate particles from a continuous 
liquid phase. During their ascension through the bulk, the bubbles 
collect the dispersed particles and release them at the surface, 
where they accumulate in the dross layer for Al and in the slag for 
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steel. Figures 1a and 1b give a schematic diagram of the ladles 
used in the two industries. In the Al flotation tank, the gas (often a
mixture of chlorine and argon) is injected into the melt through a 
rotating impeller. This impeller generates a turbulent fluid flow in 
the reactor, enhancing the probability of collisions between 
bubbles and unwanted inclusions. In the steel ladle , an injection 
of argon through one or more porous plugs at the bottom of the 
reactor provides both mixing of the liquid metal to achieve 
thermal and chemical homogeneity and the entrapment of the 
inclusions by the flotation mechanism.

Figure 1a: Al flotation tank

Figure 1b: Steel gas stirred ladle

Inclusions most frequently found in molten aluminum are oxide 
films, refractory particles and aluminum carbide (originating from 
refractory degradation or refractory metal reactions). Inclusion 
population in molten steel is mainly composed of non-metallic 
oxide inclusions such as calcium aluminate inclusions. Size of 
these inclusions may vary from one micrometer to a few hundreds 
micrometers, for the coarsest ones. 
Hence, the technology applied to remove the inclusions remains 
quite similar. The mechanisms involved are:
- the collisions between inclusions, which can lead to aggregation 
and even to agglomeration if reconstruction of the aggregate 
occurs,
- the collisions with bubbles, which lead to the mechanism of 
flotation, 

- the entrapment at the interface between the liquid bath and slag 
coverage, 
- the separation induced by gravity.
- the entrapment at the ladle walls.

Mathematical modeling

The approach adopted for reactor modeling is divided into two 
parts. The bubbles plume play an important role in metal bath 
mixing while, owing to their small weight fraction (<0.01%), the 
inclusions do not affect the flow. First, the two-phase flow 
turbulent bubble-liquid metal is simulated for the 2D or 3D 
geometry of the ladle and a strong coupling is achieved between 
the liquid metal and the bubbles. This resolution provides the 
velocity fields as well as the maps of local flow turbulence and 
retention rate (gas volume fraction in the mixture); these data 
define the conditions of inclusion interaction (aggregation, 
flotation, entrapment). Details of the hydrodynamic modeling will
be found in ref. [11]. In the second step, the behavior of the 
inclusion population is caused to both the transport at the 
macroscopic scale of the ladle and the interaction mechanisms at
the mesoscopic scale of the particle. The main features of this
mathematical modeling are presented below.

As presented by Kumar and Ramkrishna [12], population balance 
is a powerful way of synthesizing the behavior of a population of 
discrete particles from the behavior of single particles in their 
local environment. The behavior of the inclusion population, 
defined by a distribution function of particle size (Ni is the 
number of inclusions of class “i” –volume of the particle is 
between vi and vi+1 -per m3 of liquid metal), is described by the 
population balance equation (PBE). Equation (4) represents the 
macroscopic transport phenomena of inclusions (left member), 
and mesoscopic phenomena such as bubble-inclusion (flotation 
Zbi) and inclusion-inclusion (aggregation Bi-Di) interactions:
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In equation (4), Si is the inclusion gravity separation term.

The transient solution to this equation can be obtained by 
separating the transport and collision operators [13]. In the first 
step, the transport equation of the quantity Ni is solved using the 
Finite Volume Method:
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In the second step, the population balance (equation 6) is solved in 
each control volume applying the cell average technique [14]
which is a variant of the fixed pivot method of Kumar and 
Ramkrishna [12] leading to a significant reduction in numerical 
diffusion:
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t
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The aggregation and flotation kernels are an issue of great 
development and the reader will find details of the physical 
phenomena and of the applied models in [10,11]. Concerning the 
separation induced by gravity, following the decomposition of 
particle velocity into local fluid velocity and Stokes velocity, the 
source term Si for the transport equation is:
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where us is the  vertical Stokes velocity in the case of small 
inclusions whose particle Reynolds number is lower than 1.
A particular attention has been paid on inclusion entrapment at the 
liquid metal / slag interface. It is modeled following the approach 
based on a deposition law developed initially by Wood [15] and 
adapted to a free liquid surface condition by Xayasenh [16]. The 
entrapment of inclusions at the ladle walls is not considered. 

Concerning the aluminum stirred reactor, the axisymmetric 
feature allows us to develop a 2D homemade code to solve the 
equation 2. On the contrary, since the flow in the steel ladle is 3D 
in nature (due to the location of the porous plugs), the equation 2 
is solved within the frame of the CFD code FLUENT.

Numerical simulation of the Al flotation tank

A cylindrical laboratory scale apparatus with an inner diameter of 
33 cm and containing 70 kg of molten aluminum at 1000 K was 
modeled (figure 2). At the tip of each blade, a gas injector blows a 
mixture of argon and chlorine into the melt. Bubble size was 
calculated with correlations established from water experiments 
and transposed to liquid aluminum by Waz [17].

Figure 2: Schematic representation of the laboratory scale
apparatus

In an industrial cast house, tuning of the flotation process is 
achieved with three parameters that are gas flow rate, rotor speed 
and location of the rotor in the tank. Dimensions of the pilot tank 
being relatively small, the rotor is positioned closed to the bottom 
in order to allow significant residence time of the bubbles into the 
melt. Influence of the gas flow rate and rotor speed on the process 
efficiency is studied through three different cases, referenced in 
table I. 

Table I: Operating conditions

N
(RPM)

Qg
(Nm3/h)

A 250 0.5
B 250 1.5
C 500 0.5

In the following calculations, we consider alumina inclusions with 
a 3900 kg.m-3 density. Initial size distribution of the inclusions 
was established using the mean of several measurements 
performed with a Liquid Metal Cleanliness Analyzer (LIMCATM). 
Twenty-three classes of inclusions were considered with 
representative diameters spanning from 2.5 μm to 205 μm. As the 
resolution of LIMCATM does not go below 20 μm, the measured 
distribution was extrapolated (the four smallest classes) to obtain 
a more realistic distribution. The complete distribution is reported 
in figure 3 and is used as the initial PSD (Particle Size 
Distribution).

At time t=0, the inclusions spatial distribution is supposed to be 
homogeneous in the melt.

Figure 3: Initial PSD. In gray, the extrapolated part of the 
distribution

Fluid flow and bubble repartition

CFD calculations show a relatively weak influence of the 
dispersed gas phase on the liquid metal flow pattern in the bulk of 
the reactor. Figure 4 gives the calculated time-averaged 
streamlines in the steady state for case B. A weak swirl is noticed 
near the shaft, close to the surface of the bath. It becomes more 
pronounced at higher rotation speed. ��
��������	
�	�
�����������
k) reach their maximum value around the blades of the rotor 
where the shear is strong. 
As shown in figure 5, increasing rotor speed with a constant gas 
flow rate improves bubbles dispersion in the reactor, leading to an 
upward trend in mean gas holdup. No significant difference 
between bubbles dispersion in cases A and B (same rotor speed 
and higher flow rate) is noticed. 
On the other hand, the highest mean gas holdup is predicted for 
case B, which has a gas flow rate 3 times higher than cases A and 
C. Average residence time of the bubble into the melt ranges from 
0.6 to 0.86 depending on the case considered.
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Figure 4: Computed streamlines for case B

Figure 5: Computed local gas holdup (volume fraction in %) and 
bubbles Reynolds number for cases A, B and C

Time evolution of the inclusion population

A ten minute treatment was simulated for the three cases studied. 
Time evolution of the total number of inclusions into the melt is 

reported in figure 6. After a strong decrease in the total number of 
inclusions at the beginning of the treatment, the rate of removal 
slowly softens. This change is due only to the depletion of the 
number of inclusions in the melt (driving force of agglomeration 
and flotation phenomena).

Figure 6: Computed evolution of the total number of inclusions 
into the melt for case A (black), B (gray) and C (doted gray). 

Cases A and B have the same rotor speed, but the gas flow rate of 
case B is three times higher than that of case A. It appears that 
cases A and B are relatively close to each other, case B being 
slightly more efficient. Case C has a low gas flow rate (equivalent 
to case A) but a high rotor speed. As previously seen, those 
operating parameters allow a good dispersion of the bubbles into 
the liquid bath and especially in the zones of high turbulence 
intensity, which is the best situation to promote flotation. 

Agglomeration versus flotation

For comparison purposes we have plotted in figure 7, the flotation 
removal rate (the negative sign of the rate is not mentioned on the 
figure) and the evolution rate due to agglomeration for the same 
class of inclusions. Inclusions considered on this plot have a
representative diameter of 47.5 μm and the operating conditions 
correspond to case A. The plotted values are computed at the 
beginning of the treatment (initial time). 
Under those conditions the computed evolution rate due to 
agglomeration is positive in the whole tank, which means that the 
birth rate is greater than the death rate.
Comparison between the left and right parts of figure 7 reveals 
that, in a large part of the tank, removal by flotation is in the same 
order of magnitude as birth by agglomeration. This means that 
equilibrium between agglomeration and flotation may be reached
locally for certain classes of inclusions, which results in very low 
evolution rates. 

Figure 7: Computed flotation removal rate (left) and 
agglomeration feed rate (right) (m-3.s-1) 
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PSD after 5 and 10 minutes of treatment are shown for case B in 
figure 8. No significant difference between those two PSD can be 
observed, except for the smallest classes that keep on loosing 
inclusions.
At the beginning of the treatment coarser inclusions (dp > 70 μm) 
are quickly removed from the melt since they are more likely to 
collide with bubbles, and because of their high settling rate. 
Evolution rates (agglomeration, flotation and settling) of the 
smallest classes remain quasi constant with respect to time since 
the probability of collision and flotation are very low. 
Intermediate classes (40 < dp < 70 μm) reach a balance between 
removal by flotation and feed by agglomeration, as previously 
explained.

Figure 8: PSD after 300 sec. (black) and 600 sec (gray), for case B

Numerical simulation of the steel gas stirred ladle

The numerical simulation is applied to a full scale 60 t steel ladle. 
Argon is injected through two porous plugs, located at the base of 
the ladle, into a bath of molten steel contained in a slightly tapered 
cylindrical vessel. Argon flow rate used for modeling is small 
(less than 30 Nl/min for each plug), a relatively low flow rate for 
such a quantity of liquid steel. The model assumes a uniform 
liquid temperature equal to 1600 °C.

Fluid flow and bubble repartition

Two-phases (liquid/bubbles) flow is calculated by the CFD 
commercial code Fluent and  the liquid steel velocity and argon 
plume region on a plane passing through the porous plugs of the 
ladle are shown in Figure 9. One can observe the shapes of the 
two bubble plumes rising from the two porous plugs (the 
isosurface of gas volume fraction equal to 1% is drawn). These 
regions are characterized by weak bath aeration as the distance 
from the porous plug increases. The gas volume fraction was 
found to be below 5% in each plume. The liquid metal flow is 
associated with two recirculation zones in each half of the plane 
of symmetry. Turbulence is strongly non-uniform and the 
dissipation rate of the turbulence kinetic energy ranges between 
10-6 and 10-1 m2 s-3. 

Figure 9: Predicted velocity of the liquid steel along with the 
argon plumes (isosurface of the 1% gas volume fraction) in a 

vertical plane passing through the porous plugs.

Time evolution of the inclusion population

With the aim of highlighting the capability of such numerical 
model to predict the time evolution of an inclusion population, a 
typical initial distribution of inclusions is considered in the 60 t 
stirred ladle for the hydrodynamics condition simulated above. 
For confidential reasons, the initial distribution does not 
correspond to real industrial conditions but is sufficiently close so 
as to the conclusions might be significant.

The inclusion population is discretized into twenty different size 
classes in the range [1-200 �m]. Figure 10 compares the PSD
after 100 s of gas stirring (blue) with the one obtained at the end 
of the 600 s of treatment (red). The computed distribution 
continuously evolves with time, as larger size particles appear due 
to the agglomeration of small size particles leading to an increase
of the Sauter diameter d32  (diameter of a sphere that has the same 
volume/surface area ratio as the inclusion of interest) over time as 
shown (see figure 11). Since the flotation and sedimentation 
mechanisms are strongly dependant of the particle size, the large 
size aggregates are preferentially removed. As a consequence the 
total mass of inclusions in the ladle diminishes and the associated 
rate of removal is not constant but slowly increases. 

2,0 9,0 28,0 90,0

600 s
100 s

N 
(#

/m
3)

inclusion size (microns)

10n

10m

Figure 10: PSD after 100 and 600 seconds (arbitrary Y-
coordinate).

197



Figure 11: Total mass of the inclusion population and Sauter 
diameter of the PSD versus time

The numerical simulation allows us to compare the relative 
importance of the different removal mechanisms on the inclusion
population. The frequencies of the aggregation, flotation, settling 
and capture on the free surface mechanisms have been reported in 
figure 12 (at the beginning of the process i.e. at time equal to 30
s). The sign (-) or (+) indicates that the numerical density of a 
given class decreases or increases following either the 
aggregation, flotation, separation and entrapment processes. As an 
example, the aggregation frequency FA is calculated as:

( )A i i
V

F B D dV� #5
  (5) 

Figure 12: Frequency of mechanisms as a function of inclusion 
size at 30 s – (-): reduced  (+): produced

The figure 12 clearly highlights that the major role is played by 
agglomeration, since the frequency of the flotation mechanism is 
two orders of magnitude lower than the agglomeration one. This
is the main reason why the PSD continuously evolves with time
and does not reach the equilibrium in this example (as was noticed 
in the case of Al). Large size inclusions are produced by 
agglomeration with a rate larger than the flotation removal rate. 

This strong difference between Al and steel reactors stems from 
the blowing rate which can be much stronger in Al making. The 
efficiency of the flotation mechanism is then directly influenced 
by the gas holdup and by the dispersion of the bubbles into the 
bath. The turbine blades allow a large dispersion of the bubbles 

within the Al reactor whereas the bubble swarms are weakly 
dispersed in the gas stirred ladle.

Conclusion

Nowadays the numerical modelling affords the possibility to 
simulate complex three-phase metallurgical reactor by combining 
CFD and Population Balance resolution. Hence a mathematical 
model of inclusion behaviour in a stirred ladle has been built up 
step by step. First the turbulent flow is simulated using the Euler-
Euler method, taking into account all the interaction forces 
between the two phases (gas bubbles and liquid steel). Second the 
numerical model handles both agglomeration and removal 
mechanisms (flotation, gravity separation, free surface 
entrapment) together with the convective transport of inclusions 
into the melt. The coupling of convective transport equation and 
the PBE is achieved using a time-splitting technique. The discrete 
class method with the cell average feature was adopted to solve 
the PBE and was implemented into CFD codes. 
As an illustration, the numerical modeling is applied to both an Al 
laboratory reactor and an industrial steel ladle. The results 
emphasize the relative role of agglomeration versus flotation as a
function of the blowing rate and of the dispersion of bubbles into 
the bath.
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Abstract

A maraging steel containing nitrogen and titanium is considered. 
As solidification proceeds, the segregation accounts for an 
increase of Ti and N mass fraction in the liquid phase. This 
eventually leads to the formation of TiN if the supersaturation is 
high enough. A model has been developed to calculate the 
creation and evolution of the TiN distributions in both phases. 
Microsegregation is modeled using the lever rule, while the 
kinetics of precipitation is mainly driven by the supersaturation of 
the liquid bath. The model enables one to investigate the 
competition between segregation and precipitation regarding the 
solute concentrations and the shape of the particle size 
distributions in the liquid and solid phases. A parametric study on 
the solidification time reveals the existence of a maximal 
inclusion size. It also confirms the influence of the initial 
composition on the final size of TiN particles. 

Introduction

Aperam Alloys Imphy (France) steel plant produces a maraging 
steel devoted to automotive applications. This Fe-based alloy 
contains 18%Ni, 9%Co, 5%Mo, and 0.45%Ti. Its casting process 
involves a passage through the liquid state and a solidification 
step. Nitrogen is present in traces amount in the initial material, 
and it is supposed to be completely soluble at the liquidus 
temperature. However, as solidification proceeds, micro-
segregation may lead to the formation of titanium nitride (TiN) 
inclusions. The largest TiN inclusions are recognized as a major 
defect for this alloy regarding its fatigue properties, because they 
increase the vulnerability of the steel to fatigue cracks propagation 
[1]. A deeper understanding of the kinetics of nucleation and 
growth of those inclusions during the steel casting would help 
steel producers to find ways to reduce both number and size of 
TiN inclusions. 

A model has therefore been proposed to study the coupling of 
segregation and precipitation of TiN inclusions during the 
solidification of steel. This model, that is rather simple, is 
intended to be later included in a more complete simulation of the 
actual remelting process to study the effect of operational 
parameters on the inclusion population. In its present state, it 
enables one to quantify the effect of various parameters with 
fewer side effects than in a larger, more complex calculation. The 
equations of the model are presented as well as some results that 
give some insight on the inclusion behavior in this particular 
alloy. 

Equations of the Model

A liquid steel bath at liquidus temperature in an arbitrary volume 
is considered. This bath contains oxides that are supposed to be 
inert and to follow a precisely known distribution. The nucleation 
is supposed to be only heterogeneous and to occur during the 
solidification on the preexisting oxide distribution in the liquid 
phase. The TiN particles which have been engulfed in the solid 
phase become inert until the end of the solidification. This 
assumption is supported by the much lower rate of the transport of 
solutes in the solid phase compared with the transport in the liquid 
phase. A sketch of the system is provided in figure 1. 

Figure 1: Drawing of the system modeled

No heat equation is modeled and the evolution of the 
solidification is simply calculated by applying an arbitrary 
evolution of the temperature of the bath with time. The 
relationship between the temperature and solid fraction is also 
supposed to be known, so the solidification state of the bath is 
completely defined at any moment. The attention is turned on the 
evolution of dissolved Ti, N and solid TiN concentrations. A 
competition takes place between the segregation which brings 
solutes in the liquid phase and the precipitation which consumes 
solutes. 

All equations are written in terms of the molar concentrations of 
element X: �I (mol.m-3). This choice considerably simplifies the 
equations. It is possible to derive the mass fraction from the molar
concentration by the relation: 

JI =  �I
KI

LM;<<&
(1)

where JI is the mass fraction of element X, �I its molar 
concentration, KI its molar mass (kg.mol-1), and LM;<<& the 
density of the alloy (kg.m-3). 
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Germination of the TiN Inclusions

An arbitrary distribution of spherical oxide particles in the bath, 
following a log-normal distribution, is considered. The density 
function and the cumulative distribution function are given below.

N(O) =  
1

O PQ2R
S T�"

 UVW ?�X
Y Z

.

(2)

#(O) =
1
2

+
1
2 erf U

ln O � [
PQ2

Z (3)

The normalized numeral density obtained with arbitrary ( [, P)
parameters is plotted on figure 2. This arbitrary oxide distribution 
is kept in all our further calculations.

Figure 2: Numeral density function of the log-normal distribution 
of the oxides

The kinetic reaction Ti + N \ TiN(s) is characterized by a 
dissolution product corresponding to the inverse of the 
thermodynamic constant associated with the precipitation 
reaction. The dissolution product ]TiN is dependent on 
temperature and is defined by:

]TiN = �Ti
<` S �N

<` (4)

ln ]TiN = U�
a

3(b) + cZ (5)

where a and c are two constant that need to be determined 
experimentally, b is the time and 3 is the temperature of the liquid 
bath (K).

The supersaturation is then introduced as:

d =
gNgTi�Ti�N

]TiN
(6)

where gN and gTi are the activity coefficients of N and Ti in the 
liquid steel, independent of the temperature.

The nucleation model is derived from the classical one reported in 
[2] and developed in a similar way for athermal nucleation of 
solids in [3]. It is based on the computation of the Gibbs energy 
variation of an elemental volume of supersaturated liquid. The 
Gibbs energy variation is composed of a chemical enthalpy term 
(negative when d h 1) and a positive term coming from the 

surface tension forces that act against nucleation. In order to 
create precipitates, the supersaturation in the liquid should be 
sufficiently higher than 1 to compensate the creation of new 
surfaces. It can be shown (see [3]) that the curvature radius of a 
stable TiN nucleus is depending on the supersaturation through 
the formula: 

Onucl
TiN =

2gTiN/ steel KTiN 
23 ln(d) LTiN

(7)

where Onucl
TiN represents the radius of a TiN nucleus (m), gTiN/ steel

the interfacial energy of TiN in the steel (J.m-2), KTiN the molar 
mass of TiN (mol.kg-1), 2 the ideal gas constant (J.mol-1.K-1), 3
the temperature (K) of the liquid steel, d the supersaturation of the 
bulk, and LTiN the TiN density (kg.m-3). 

It is considered that nucleation always takes place upon spherical 
oxides of radii m. The curvature radius of the TiN nucleus should 
be high enough to enable the connection on the underlying oxide 
in accordance with the wetting angle of the TiN on the oxide, 
because geometrically:

sin o p
m

Onucl
TiN (8)

where o represents the theoretical wetting angle of a TiN on an 
oxide in steel and m is the oxide radius (m). 

The geometric condition Onucl
TiN sin o q m combined with equation 

7 induces the existence of a minimum supersaturation written dv, 
needed to activate an oxide as a nucleation site for a TiN 
inclusion. We end up therefore with the following relationship 
giving the minimum supersaturation of nucleation dv as a function 
of the oxide radius:

dv(m; 3) = exp z
2gTiN/ steel

KTiN
LTiN

sin o

23m { (9)

The nucleation is easier on large oxides than on small ones. It is 
considered that once d h dv(m; 3), all oxides of the same size are 
immediately activated, because the nucleation frequencies are 
usually extremely high. In this sense, nucleation is said to be 
athermal [3]. 

The increase in TiN particle mass will be taken into account 
during the growth of the inclusion. However, the size of the initial 
oxide will be recalled in memory in order to have a proper solute 
balance.

Growth of the TiN Inclusions

We consider the following kinetic law:

|O
|b = O} = $(d) = ~�(d � 1) (10)

where O is the radius of an oxide-TiN assembly (m), $ is the 
growing speed of the inclusion, d the supersaturation, and ~�  a 
kinetic factor which gathers the chemical phenomena at the 
interface and the Ti and N mass transport from the supersaturated 
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bulk liquid to the TiN particle surface. This law was inspired by a 
similar model from reference [4]. It describes the fact that the 
more the bath is supersaturated, the faster an inclusion will grow. 
Ti and N solutes play an equal role in the mechanism of inclusion
growth. 

From the speed of growth, a transport equation in the internal 
coordinate space (inclusion size) for the particle distribution can 
be derived:

��TiN
& (O, b)

�b =  �$ 
��TiN

& (O, b)
�O

(11)

where ����
& (O, b) is the distribution of TiN in the liquid phase 

(number of inclusions of radius O per unit volume of liquid metal 
and per unit length of particle radius). 

This type of differential equation is similar to the advection 
equation encountered in fluid flow modeling. Its resolution is 
performed using a high resolution TVD scheme.

The TiN distribution in the liquid phase is related to the TiN 
concentration in the liquid through the equation:

�TiN
& (b) =

LTiN

KTiN
�� �TiN

& (O, b)
4
3 RO�dO

��

�

� � �OxAct
& (O, b)

4
3 RO�dO

��

�
 �

(12)

where �TiN
& (O, b) represents the distribution of TiN in the liquid 

phase (number of inclusions of radius O per m4) and �OxAct
& (O, b)

the distribution of oxides which were activated (number of oxides 
of radius O per m4). 

It is then considered that the increase of volume of the inclusions 
is the result of the chemical advance of reaction: Ti + N \ TiN(s). 
The differential increment of the volume chemical advance 
(mol.m-3) of the reaction in the liquid phase is therefore obtained 
by equation:

d� = d�TiN
& (13)

Solidification Model

A lever rule model has been used to describe the solidification of 
the alloy, thus assuming infinite diffusion of the solutes within the 
two phases. The theory can be found in reference [5]. Without any 
precipitation, the mass conservation leads to:

(1 � �M + ~I�M) d�I
& = �I

& (1 � ~I) d�M (14)

� d�I
& =  

(1 � ~I)�I
& d�M

1 � (1 � ~I)�M
(15)

where �M is the solid fraction of the system, ~I is the partition 
coefficient, and �I

& the concentration of a solute (Ti or N) in the 
liquid phase.

This equation expresses the transfer of solutes from the liquid 
phase volume occupied by the corresponding d�M mass fraction of 
solid solidifying, to the solid and liquid phases.

When precipitation occurs, some of the solute is redistributed into 
the TiN phase. The balance equation is then modified as below:

d�I
& =  

(1 � ~I)�I
& d�M

1 � (1 � ~I)�M
�  

(1 � �M)d�TiN
&

1 � (1 � ~I)�M
(16)

It is noted here that d�TiN
& = d�, the chemical advance, so that the 

segregation is indeed strongly coupled to the precipitation of the 
TiN in the liquid phase.

The Ti and N concentrations in the solid phases are then 
calculated by the lever rule:

�I
M = ~I�I

& (17)

where � stands for Ti or N and ~I is the partition coefficient of 
element �. 

Temperature and Solidification Path

The temperature is arbitrary given by a linear variation between 
the liquidus and solidus temperatures, so that the whole 
solidification is controlled by the solidification time b�. The 
solidification path is also arbitrary set as linear between 0 and 1:

�
�
�

�
�3 = 3liq � �3liq � 3sol� 

b
b�

�M =  
3 � 3sol

3liq � 3sol

(18)

� �
�M =  

b
b�

3 = 3liq �  �3liq � 3sol��M

(19)

where 3 is the temperature (K), �M the solid fraction, 3liq and 3sol
the liquidus and solidus temperatures (K). 

It is noted that these two assumptions can be far away from the 
real alloy behavior and solidification process. However, it enables 
one to focus on the competition between segregation and 
precipitation, without introducing more phenomena in the 
problem. As already stated, more sophisticated models can be 
derived from this one by implementing it into a process simulation 
software. 

Engulfment of TiN Inclusions

When solidification proceeds, the solidification front engulfs 
some TiN inclusions from the liquid into the solid. Those 
inclusions will no more be available in the liquid to grow further, 
so they become inert: as stated previously, the model assumes no 
diffusion of solutes in the solid phase at the macroscopic scale.

Considering a uniform spatial distribution of the TiN inclusions in 
the liquid at each time, the solidification of a mass fraction d�M of 
the bath during the interval db transfers the density 
a (O) �TiN

& (O, b) d�M of TiN of radius O from the liquid to the solid 
phase.
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The following equation is therefore obtained:

|��M�TiN
M (O, b)� = +a (O) �TiN

& (O, b) d�M (20)

| �(1 � �M)�TiN
& (O, b)� = �a(O)�TiN

& (O, b)d�M (21)

The factor a (O)  �  [0; 1] takes into account a possible rejection 
of TiN at the solidification front. In the rest of the article, it will 
be considered that �O � ��, a(O) = 1. This expresses that no 
obstacle is set on the engulfment of an inclusion into the solid 
phase. The equations therefore become:

|��M�TiN
M (O, b)� = +  �TiN

& (O, b) d�M (22)

| �(1 � �M)�TiN
& (O, b)� = ��TiN

& (O, b)d�M (23)

  |�TiN
& (O, b) = 0 (24)

As it can be seen from equation 24, the TiN distribution in the 
liquid will not be affected by the engulfment of particles whereas 
the one in the solid phase will be progressively filled in by 
engulfing inclusions from the liquid phase (eq. 22). 

Numerical Aspects

A FORTRAN code has been written to simulate those coupled 
equations: germination (eq. 9), calculation of the speed of growth 
(eq. 10), transport of the TiN particles in the liquid (eq. 11), 
calculation of the chemical advance (eq. 12 and 13), calculation of
the segregation and consumption of Ti and N in the liquid phase 
(eq. 16), calculation of the concentrations in the solid phase (eq. 
17), evolution of the temperature and solid fraction (eq. 18), and 
engulfment of TiN particles in the solid phase (eq. 22 and 24). All 
equations were discretized in a conservative manner. In addition, 
the transport equation of the distribution in the liquid (eq. 11) is 
solved using a total variation diminishing scheme (TVD), 
described in reference [6]. The discretization involves a time 
interval ¡b and a radius interval ¡O. 

Results and Analysis

Our model enables one to calculate the evolution of the TiN 
distributions in the liquid and solid phase. It is especially 
instructive to look at the distribution of inclusions in the solid 
phase after complete solidification, and in the very last liquid 
droplet. As the final size of the largest TiN inclusions is the most 
interesting information for industrial concerns, a distribution will 
be characterized by its O¢£¤ radius, which corresponds to the 
radius which is above 97% of the radii of the TiN distribution. 
The variation of this indicator with some input parameters such as 
the initial nitrogen mass fraction, the total solidification time and 
the density of oxides will be investigated. It must be noted that a 
convergence study has been previously carried out on the time 
step to ensure the convergence of the numerical model, and that 
the total Ti and N balances are systematically verified.

Nominal Case

A nominal case has been defined and is reported in table 1. Most 
of the parameters had to be estimated. The parameters whose 
effect will be investigated on the model are separated from the 
ones which are set to a constant value in all simulations.

Table I: Nominal parameters of the model

(i) Variable parameters

Parameter Value
J�

� 15 ppm = 1.5 S 10�¨¤
b� 200s

�-© 1 S 10""oxides. m-3

(ii) Constant parameters
Parameter Value

¡O 1 S 10�«m
¡b 1 S 10�¨s
¬® 0.4
¬¯ 1.09
±®

� 0.²³¤
k® 0.74
k¯ 0.125

LTiN 5100 kg.m-3

¶·¸¹¹V 7450 kg.m-3

~� 8.23 S 10�¢m.s-1

gTiN/M;<<& 1 J.m-2

o ¼
 

rad
3liq 1470°C
3sol 1440°C

In the nominal case, precipitation occurs from the very beginning 
of the solidification because the initial melted bath is largely 
supersaturated. Figure 3 shows the variation of the O¢£

& and O¢£
M

radii at each time. Both continuously rise as segregation always 
provides more solutes available for the precipitation. A departure 
between the two curves is observed, because when solidification 
proceeds, the apparent growth of the TiN particles in the solid is 
only caused by the engulfment of inclusions from the liquid. The 
TiN particles already present in the solid keep the size that they 
had previously reached in the liquid phase.

Figure 3: Evolution of the radii  O¢£
& and O¢£

M of the TiN 
distributions in the liquid and solid phases during solidification

Figure 4a shows the evolution of the mass fractions in the liquid 
phase. In this particular case, segregation is sufficiently high to be 
little affected by the consumption of solutes from the 
precipitation. The mass fractions in the solid phase (fig. 4b) show 
a similar evolution as they are proportional to the ones in the 
liquid.
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(a) Liquid phase

(b) Solid phase

Figure 4: Evolution of the mass fractions of Ti, N and TiN in the 
two phases

Finally, figure 5 shows the final distribution of TiN inclusions in 
the liquid and solid phases. The only distribution that would be 
experimentally observable is obviously the one in the solid phase. 
The initial oxide distribution of the liquid is also drawn. It appears 
that all oxides were used as a base for precipitation, because the 
supersaturation was quite high.

Figure 5: Initial oxide distribution, and final TiN distributions in 
the liquid and solid phases

It is observed that the numerical treatment of the transport 
equation is not perfect, because the TiN distribution in the liquid 
should exhibit exactly the same shape as the one of the oxide 
distribution. It however exhibits a rather close shape, which seems 
acceptable.

The TiN distribution in the solid phase shows a very different 
shape from the distribution in the liquid. This comes from the 
progressive engulfment of the TiN inclusions in the solid where 
they become inert. Figure 6 plots this curve with more appropriate 
scales. It is noticed that the distribution is much flattened, as 
compared to the one of the initial oxides.

Figure 6: Final TiN distribution in the solid phase

Effect of Varying the Initial Numeral Oxide Density

The effect of a variation on the initial numeral oxide density is 
plotted on figure 7 in semi-logarithmic scale. For relatively high 
densities, an increase of the oxide density leads to a reduction of 
the O¢£

M radius reached by the final TiN distribution in the solid 
phase. This comes from the fact that the more TiN are present in 
the bath, the more solute they will consume in order to grow. As 
the total amount of solutes remains the same, the final size of the 
TiN is lowered. 

Figure 7: Influence of the oxide density on the TiN distribution. 
Semi-logarithmic scale
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Effect of Varying the Initial Mass Fraction of N 

Increasing the initial mass fraction of nitrogen in the bath leads to 
an increase in the O¢£

M radius of the final TiN distribution in the 
solid phase as shown on figure 8. However, for relatively high 
solidification times, an inflection on the curve is observed. This 
indicates that the consumption of solutes by TiN particles 
becomes much higher than the segregation contribution, which 
leads to a decrease of the growing speed of the inclusions. This is 
mostly observed when the solidification time is high, so that the 
TiN growth can develop and become significant.  

Figure 8: Influence of the initial N mass fraction on the final O¢£
M

of the TiN distribution in the solid phase

Effect of Varying the Total Solidification Time

Figure 9 shows the effect of varying the solidification time for a 
given initial nitrogen mass fraction (15 ppm).

Figure 9: Effect of the solidification time on the final O¢£
& and O¢£

M

radii of the TiN distributions

For small solidification times, an increase of b� leads to an 
increase of the size of the final TiN. It expresses the fact that the 
growth of the TiN inclusions takes place on a longer period of 
time, so that their final size is larger.

However, a maximum value is reached, followed by a decrease in 
inclusion size with the solidification time. A detailed analysis has 
shown that in those cases, the particles develop so much that the 
consumption of solutes is larger than the contribution of 

segregation, which leads to a decrease in the supersaturation and 
hence in the growing speed of the TiN inclusions. If the total 
solidification time is high enough, this effect is very probably 
dominant. 

Conclusion

A nucleation and growth model has been developed to describe 
the formation of TiN particles in a maraging steel during its 
solidification. This work enables one to understand the 
competition which takes place between segregation and 
precipitation. The effect of the initial composition of the bath and 
total solidification time on the final size of the inclusions has been 
investigated. It reveals some unattended trends: 
� the oxide density influences the final inclusion size;
� the final inclusion size increases with the initial nitrogen 

content, but this effect is reduced when the solidification 
time is high enough;

� the value of O¢£
M as a function of the solidification time 

shows a maximum, due to the competition between the time 
given for the inclusion to grow, which increases with the 
solidification time, and the diminishing of the 
supersaturation (hence the growing speed) as solutes are 
consumed.

As stated previously, further use of this model can be considered 
by implementing it in a more complete process simulation, in 
order to simulate the inclusion cleanliness of an ingot during its 
solidification. A similar model could also be used to simulate the 
dissolution of a distribution of TiN particles in the liquid phase 
during the melting of steel, mutatis mutandis. 
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Abstract

Thermodynamic equilibria between CaO-Al2O3-SiO2-CaF2-MgO
(-MnO) slag and Fe-1.5%Mn-0.5%Si-0.5%Cr steel was 
investigated at 1873 K to understand the effect of slag 
composition on the concentration of Al2O3 in the inclusions in Si-
Mn-killed steels. The composition of the inclusions were mainly 
equal to (MnO)/(SiO2)=0.8(60.06) (mole ratio) with various 
Al2O3 content which increased by increasing the basicity of slag. 
The concentration ratio of the inclusion components, (MnO�
Al2O3/SiO2) and the activity ratio of the steel components 
showed a good linear relationship in a logarithmic scale, 
indicating that the activity coefficient ratio of the inclusion 
components was not significantly changed. From the slag-metal-
inclusion multiphase equilibria, the concentration of Al2O3 in the 
inclusions was expressed as a linear function of the activity ratio
of the slag components in a logarithmic scale. Consequently, the 
compositional window of the slag for obtaining the inclusions 
with low melting point in the Si-Mn-killed steel treated in an 
alumina refractory was recommended.

Introduction

Non-metallic inclusions in steel cause deterioration of mechanical 
properties as well as severe problems during steel processing.[1-3]

The cleanliness of the steel is important in spring steel and tire 
cord steel since nonmetallic inclusions act as crack initiation sites 
when subjected to cyclic stress. However, no steel can be totally 
free from inclusions. For this reason, Si and Mn are generally 
used as deoxidizers in spring steel and tire cord steel in order to 
avoid harmful Al2O3-rich inclusions.[4,5] A number of studies
have been carried out to identify techniques that achieve 
inclusions that are as harmless as possible.[4-18] The application of 
optimized slag to suppress the formation of harmful inclusions 
such as alumina and spinel is one such method used for various 
steel grades including Si-Mn-killed steel.

For these reasons, the MnO-Al2O3-SiO2 ternary system has 
gained attention for several decades. Many studies have been 
performed to fundamentally understand this oxide system in terms
of thermodynamics.[6-10] Thanks to previous work, if we determine
the concentration range of Mn, Si, Al, and O in molten steel, we 
can predict the corresponding composition window for MnO, 
SiO2 and Al2O3 in the above inclusion system. Based on this 
background, several researchers suggested deoxidation for liquid 
inclusion in the MnO-Al2O3-SiO2 system.

Kang and Lee reported that inclusions having a MnO/SiO2 mass% 
ratio near unity and Al2O3 content in the range of 10~20 mass% 
have low liquidus temperatures (~1473 K) and suggested that a 

Mn/Si ratio of 2~5 meets these conditions when Mn+Si=1.0% in 
the steel.[9] Bertrand et al.[12] found that slag composition during 
secondary metallurgy must have a low basicity (CaO/SiO2), and 
Al content in the steel should be maintained under 15 ppm to
avoid the formation of Al2O3. Chen et al.[5] studied the effect of 
top slag on the inclusion composition in tire cord steel and found 
that inclusion plasticization can be achieved by controlling the 
binary basicity of top slag (CaO/SiO2) around 1.0 and 
maintaining the Al2O3 content in top slag below 10%. However, 
an experimental study to identify conditions for obtaining liquid 
inclusion when the slag has relatively high basicity (CaO/SiO2)
coupled with Al2O3 saturation, which corresponds to the alumina 
refractory lining, has not yet been conducted.

Therefore, in the present study, the equilibria between CaO-
Al2O3-SiO2-CaF2-MgO(-MnO) slag and Fe-1.5%Mn-0.5%Si-
0.5%Cr melt was investigated at 1873 K in order to understand 
the effect of slag composition on the concentration of Al2O3 in 
the inclusions.

Experimental

A Fe-1.5%Mn-0.5%Si-0.5%Cr alloy (235 g), Fe-0.23(60.02)%O
alloy (65 g) and CaO-Al2O3-SiO2-CaF2-MgO(-MnO) slag (CaO/ 
SiO2=0.5~2.0) were equilibrated for an hour at 1873 K in a fused 
alumina crucible (60 mm � 52 mm � 120 mm) with a graphite 
heater under an Ar-3%H2 gas atmosphere using an induction 
furnace. The Fe-0.23(60.02)%O alloy was prepared in an MgO 
crucible by blowing oxygen gas on Fe melt for 20 minutes using 
an induction furnace. The slags were pre-melted in a graphite 
crucible for two hours in an electric resistance furnace. Some 
slags, disintegrated into fine powders due to high basicity, were 
pelletized to enable accurate addition to the melt surface.

Temperature was controlled by a B-type thermocouple. After the 
temperature reached 1903 K, Fe-O alloy was added to the Fe-Si-
Mn-Cr melt under an inert atmosphere to control the initial 
oxygen content. The slag was then added to the melt when the 
temperature was recovered to 1873 K. After a period of 60 
minutes, which was preliminarily determined to achieve
equilibrium, sampling was performed using a quartz tube and then 
the samples were directly quenched by dipping them in brine.

The chemical composition of each steel sample was determined 
by ICP-AES, and the nitrogen and oxygen content was analyzed 
using a combustion analyzer. The characteristics of inclusions 
including 3-dimensional morphology and chemical composition 
were analyzed using the potentiostatic electrolytic extraction 
method and SEM-EDS. Details regarding characterization of 
inclusions are given in previously published articles.[19,20] The 
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composition of the inclusion in each sample was taken as the 
average of about ten inclusions.

Results and Discussion

The following reactions occurred at the slag-metal interface:[21,22] 

2[Al] + 3[O] = (Al2O3)slag     [1]

K)1873(at13.60][loglog 3
O

2
Al

OAl
[1]

32 �
�

�
aa

a
K

s
  [2]

[Si] + 2[O] = (SiO2)slag
   [3]

K)1873(at4.67][loglog 2
OSi

SiO
[3]

2 �
�

�
aa

a
K

s
  [4]

where K[n] and a i are the equilibrium constant of Eq. [n] and the 
activity of element i in molten steel. The superscript s represents 
the ‘slag’ phase. The activity of oxygen determined by the 
equilibrium of [Al]/(Al2O3), Al

Oa and by [Si]/(SiO2), Si
Oa can be 

estimated from Eqs. [5] and [6], respectively.

)loglog 2(log
3
1log [1]AlOAl

Al
O 32

Kaaa s ##�   [5]

)loglog(log
2
1log [3]SiSiO

Si
O 2

Kaaa s ##�   [6]

In addition, the activity coefficient of solute element (M) can 
be calculated by classical Wagner formalism using the first- and 
second-order interaction parameters, which are listed in Table 
I.[21-28]

1
�

����
O Al, Mn, Si, Cr,

2
MMM )][%][%(log

i

ii irief   [7]

where Mf , ieM and irM are the Henrian activity coefficient of 
element M, and the first- and second-order interaction parameters 
between M and i, respectively. 

Table I.  Interaction Parameters Used in the Present Study.[21]

)( j
i

j
i re Cr Si Mn Al O 

Al 0.03[27] 0.056 0.035[28] 0.043 -1.98
(39.8)[26]

Si -0.021[23] 0.1 -0.007[17] 0.058 -0.12 

O -0.032[24] -0.066 -0.037[25] -1.17
(-0.01)[26] -0.17 

The activities of oxygen calculated from the [Al]/(Al2O3) and 
[Si]/(SiO2) equilibria are plotted against the activity of oxygen 
determined from classical Wagner formalism as shown in Figure 
1. The activity of Al2O3 and SiO2 in the slag at 1873 K was also 
calculated using thermodynamic software, FactSageTM6.3, 
assuming that the CaF2 (~10%) does not seriously affect the 
activity of slag components. This software has been successfully 
applied to compute the phase equilibria of multicomponent steel 
and oxide systems.[15-20,29-47]

The activities of oxygen calculated from the [Si]/(SiO2) and 
[Al]/(Al2O3) equilibria were in good agreement with that from 
classical Wagner formalism, while several points for the activity 
of oxygen calculated from the [Al]/(Al2O3) equilibrium were 

slightly higher than those determined using Wagner formalism. 
This scatter is probably due to the fact that the concentration of 
total Al, instead of dissolved Al, was used when the activity of Al 
in molten steel was calculated.[48] Nevertheless, the slag-metal 
reaction is believed to have been in equilibrium in the present 
experiments.

Fig. 1. Relationship between activities of oxygen calculated from 
classical Wagner formalism and deoxidation equilibria by

aluminum and silicon.

The composition of the inclusions is plotted on the MnO-Al2O3-
SiO2 ternary phase diagram as shown in Figure 2, which was 
generated by FactSageTM6.3 with the FToxid database at 1873 K 
and p(O2)=10-10 atm. Five solid phases, SiO2, MnO, MnAl2O4,
Al2O3 and Al6Si2O13 (mullite), are shown to be in equilibrium 
with the liquid phase. All of the inclusions were located in the 
liquid phase and their compositions were nearly equal to 
(MnO)/(SiO2)=0.8(60.06) in mole ratio. The only exception was
sample #1, the composition of which corresponded to high silica
area because of the relatively low aluminum content in molten 
steel in conjunction with the high activity of SiO2 in slag.

Fig. 2. Computed phase diagram of the MnO-Al2O3-SiO2 system 
at 1873 K and p(O2)=10-10 atm. The triangles and circles are the 

average composition of ten inclusions per sample.
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The effect of slag basicity (=CaO/SiO2 ratio) on the concentration 
of alumina in the inclusions at 1873 K is shown in Figure 3. The
alumina content in the inclusions increased with increasing slag 
basicity up to about C/S=1.5, followed by some variation in the 
Al2O3 content around 40(610)% when the C/S ratio was greater 
than 1.5. When the basicity of the slag was greater than 1.5 
(#4~#12), the slag was saturated by Al2O3-rich phase such as 
CaO•2Al2O3 or CaO•6Al2O3, whereas the alumina content was 
dependent on the slag basicity when the basicity was lower than 
1.5 (#1~#3). Hence, the content of alumina in the inclusions is
strongly affected by the activity of alumina in the slag in 
equilibrium with molten steel. 

Fig. 3. Effect of the ratio of CaO/SiO2 in the slag on the 
concentration of Al2O3 in the inclusions. 

The effect of alumina content on the melting point and the 
primary crystalline phase of the inclusion is shown in Figure 4.
The liquidus surface of the (MnO)/(SiO2)=1.0 join in the MnO-
SiO2-Al2O3 inclusion system at 1873 K was calculated using the 
FactSageTM6.3 program. Increasing the concentration of alumina 
in the inclusions changed the primary phase in the order of 
MnSiO3 (rhodonite), Mn3Al2Si3O12 (spessartite), MnAl2O4
(galaxite) and Al2O3. The melting point of the inclusion 
decreased with increasing alumina concentration up to about 8%,
followed by a rebound after this composition. 

When the slag basicity was relatively low, i.e. C/S < 1.5, the 
melting point of the inclusion was lower than 1623 K and the 
primary crystalline phases were spessartite and galaxite. In 
contrast, the melting point of inclusions ranged from about 1523
to 2023 K and the crystalline phase was mainly alumina when the 
basicity of the slag was greater than 1.5. Therefore, controlling the 
slag basicity to be less than 1.5 is recommended in order to avoid 
Al2O3-rich inclusions during both the refining stage and the 
solidification process.  

The oxide-forming elements including Al, Si and Mn in 
molten steel are in equilibrium with not only the slag phase as 
shown in Eqs. [1] and [3], but also the inclusion phase as 
indicated in Eqs. [8], [10] and [12].

2[Al] + 3[O] = (Al2O3)inclusion   [8]

OAlOAlOAl[8] log3log2ålogloglog
3232

aaXK ii ##�� [9]

[Si] + 2[O] = (SiO2)inclusion   [10]

OsiSiOSiO[10] log2logålogloglog
22

aaXK ii ##�� [11]

[Mn] + [O] = (MnO)inclusion    [12]

OMnMnOMnO[12] loglogålogloglog aaXK ii ##�� [13]

where the superscript i represents the ‘inclusion’ phase. By
combining Eqs. [9], [11] and [13], the following equation can be 
deduced:
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where C is constant at a given temperature. From Eq. [14], the 
molar composition ratio of the inclusions, viz. MnO�Al2O3 to 
SiO2 will be directly proportional to the activity ratio of steel 
composition (Al2�Mn�O2 to Si) on a logarithmic scale if the 
activity coefficient ratio of the inclusions would not be seriously 
changed. In order to calculate the activity of steel components, the 
activity coefficient of each element was calculated using Eq. [7], 
and the interaction parameters listed in Table I. 

Fig. 4. Calculated liquidus temperatures in the MnO-SiO2-Al2O3
systems as a function of the concentration of Al2O3 when the 

ratio of MnO to SiO2 (mol%) is unity.

The relationship between )/(log 2SiOMnO3O2Al XXX � and

]/[log Si
2
OMn

2
Al aaaa �� is shown in Figure 5. A linear 

correlation between them is evident with a slope of 1.2 within 
experimental scatters, which is relatively close to unity within the 
composition range investigated in the present study. Therefore, it 
is concluded that the components in molten steel and each oxide 
in the inclusions are in equilibrium and that the activity coefficient 
ratio of oxide components in the inclusions (second term on the 
right-hand side in Eq. [14]) would be constant under the present 
experimental conditions.
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Alternatively, the activities of the components in molten steel 
are also affected by those of their oxide components in the slag 
phase as indicated by Eqs. [1], [3] and [15].[21] 

[Mn] + [O] = (MnO)slag     [15]

K) 1873(at1.27][loglog
OMn

MnO
[15] �

�
�

aa
aK

s
[16]

Fig. 5. Effect of activities of Al, Mn, Si and O on composition of
inclusions in steel at 1873 K. 

By combining Eqs. [2], [4], [14] and [16], the following 
equation can be deduced:
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This equation implies that the activity ratio of slag components 
directly affects the concentration of the inclusions since the 
activity coefficient ratio of the inclusion components can be 
assumed to be constant from Figure 5 and Eq. [14]. Furthermore, 
Figure 2 (excluding sample #1) indicates that the molar 
concentration ratio of MnO to SiO2 in the inclusions is constant,
i.e., 0.8(60.06). Consequently, Eq. [17] can be simplified to Eq. 
[18].

'loglog
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  [18]

Thus, it is simply expected that there is a linear relationship 
between iX

3O2Allog and )/(log
2SiOMnO3O2Al

sss aaa � with a 

slope of unity, which is confirmed by the result shown in Figure 6. 
The slope of the line was found to be 1.1 from linear regression 
analysis. Even though there were some experimental scatters, this 
result qualitatively implies that the activity ratio of slag 
components directly affects the concentration of alumina in the 
inclusions.

Actually, from the FactSageTM6.3 computation, the activity of 
Al2O3 and MnO in the slags investigated in the present study was 
found to range from about 0.5 to 0.9 and from 0.015 to 0.03 

(approximately two-fold increase), respectively. However, the 
activity of SiO2 varied from about 0.01 to 0.1, i.e. a ten-fold 
increase within the present composition range. The iso-activity 
contours of Al2O3, MnO, and SiO2 in the CaO-SiO2-Al2O3-5% 
MnO slag system at 1873 K are shown in Figure 7.

The results shown in Figure 4 indicate that the Al2O3 content in 
the inclusions should be kept lower than about 18% in order to 
maintain the melting point of the inclusions below 1573 K. Hence, 
from Figure 6, the activity ratio of the slag components,

)/(
2SiOMnO3O2Al

sss aaa � , should be lower than unity.

Fig. 6. Effect of activities of Al2O3, MnO and SiO2 in the slag on 
the concentration of Al2O3 in the inclusion.

Fig. 7. Iso-activity contours of MnO, Al2O3 and SiO2 in the CaO-
SiO2-Al2O3-5%MnO slag at 1873 K. The circle is the 

recommended slag composition for obtaining liquid inclusion of 
which melting point is lower than 1573 K in Si-Mn-killed steel 

refined in the alumina ladle. 

Because the activity of Al2O3 in the slags ranged from about 0.5 
to 0.9, the activity of MnO should be lower than that of SiO2 to 
satisfy the above condition. The compositional window 
corresponding to this condition is also shown as a circle in Fig. 7. 

In summary, this experimental study of the slag-steel-inclusion 
multiphase equilibria for Si-Mn-killed steels found that the
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MnO/SiO2 ratio of the inclusions was relatively close to unity 
with varied Al2O3 content. From thermodynamic analyses of the
steel-inclusion and the steel-slag systems, quantitative 
thermodynamic information for the slag-inclusion system was 
obtained. Finally, we propose the operating window of ladle slag 
in which the activity of MnO should be lower than that of SiO2
for obtaining inclusions with a low melting point (< 1573 K) in 
Si-Mn-killed steel, which is treated in an alumina-lined ladle.

Conclusions 

The thermodynamic equilibria between CaO-Al2O3-SiO2-CaF2-
MgO(-MnO) slag and Fe-1.5%Mn-0.5%Si-0.5%Cr melt was 
investigated at 1873 K in order to understand the effect of slag 
composition on the concentration of Al2O3 in the inclusions. Our 
major findings are as follows:

1. The activities of oxygen calculated from the [Si]/(SiO2) and 
[Al]/(Al2O3) equilibria were in good agreement with those 
determined from classical Wagner formalism. The slag-metal 
reaction was believed to be in equilibrium in the present 
experiments.

2. The composition of the inclusions were mainly equal to 
(MnO)/(SiO2)=0.8(60.06) (mol%) with Al2O3 content that was 
increased from about 10 to 40 mol% by increasing the basicity of 
the slag from about 0.7 to 2.1. 

3. The )/(log 2SiOMnO3O2Al XXX � of the inclusion was 

expressed as a linear function of the ]/[log Si
2
OMn

2
Al aaaa �� of 

the steel, indicating that the activity coefficient ratio of the 
inclusion components, )åå/(å MnO3O2Al2SiO

iii �  was not 

significantly changed under the present experimental conditions.

4. The concentration of Al2O3 in the inclusions linearly 
increased with an increase in the activity ratio of slag components,

)/(
2SiOMnO3O2Al

sss aaa � , in a logarithmic scale. This linear 

relationship enabled determination of the appropriate 
compositional window of slag for obtaining inclusions with a low 
melting point in Si-Mn-killed steel refined in an alumina ladle.
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THE INFLUENCE OF DIFFERENT MELTING AND REMELTING ROUTES ON THE CLEANLINESS 
OF HIGH ALLOYED STEELS

Gerhard Reiter, Wolfgang Schuetzenhoefer, Angelika Tazreiter, Carlos Martinez, Paul Wuerzinger, Christian Loecker
Bohler Edelstahl GmbH&CoKG, P.O.-box 96, A-8605 Kapfenberg, Austria

Keywords: cleanliness, NMI, nonmetallic inclusions, high alloyed steel, EAF, remelting, ESR, PESR, VAR, ASTM E45  

Abstract

The cleanliness of steel has an essential impact on many 
properties like corrosion resistance or toughness. Beside the 
deoxidation treatment, remelting or even multiple remelting 
strongly influences the cleanliness and can result in huge 
improvements. After a rough overview on measurement methods 
and the melting and remelting facility at Böhler Edelstahl, this 
work first shows typical cleanliness results according to the 
ASTM E45 measurement of two different steel types taken from 
standard production. The investigated steels range from hot work 
tool steel to austenitic stainless steel covering also different kinds 
of deoxidation procedures. Furthermore the differences of various 
melting and remelting routes are described and compared to each 
other, including the process routes EAF, EAF+ESR, EAF+PESR 
and EAF+VAR. Additionally, the morphology and composition of
the different inclusion types found in the investigated material are 
described and compared.

Introduction

One of the efforts of today’s steel melting is very simple: keep the 
material clean. The reason is clear; cleanliness influences strongly 
required properties like corrosion resistance, toughness and 
fatigue. Beside a state of the art metal treatment during primary
melting, performing a subsequent remelting step either in open, 
protective ESR or VAR is the most effective method in order to 
guarantee a low content of inclusions and, hence, a high 
cleanliness [1, 2]. The requirements on materials for aviation 
industry, power generation or for human implants can only be 
fulfilled by remelted grades. Cleanliness is not the only, but a very 
important factor for this.

The potential for improvements due to remelting has already been 
reported [1, 2, 3, 5], but due to the progress in melting, it is worth 
having a look on the current situation. 

Cleanliness Measurement By Means Of Optical Microscopy

Among many different ways to judge the cleanliness of steel, the 
standard methods use optical microscopy to classify the 
cleanliness based on  

� the amount,
� the size and 
� the optical appearance 

of inclusions in steel samples taken from converted hot formed
material. Many standards were developed that can be basically 
distinguished between worst field measurements, that give only an 
information about the field with the highest inclusion content, and 
frequency measurements, that also give information about how 

frequent inclusions appear. Figure 1 gives an overview on several
of the available standards [6, 7, 8, 9, 10]. 

Figure 1: Overview on standards for cleanliness 
measurements [6]   

In order to evaluate rather clean material, worst field methods 
don’t give a good picture and, hence, they are not a proper way
for comparing and judge remelted material. Frequency 
measurements allow a better description of the occurring 
inclusions and are a better method for comparison. Among the 
frequency measurements, ASTM E45 method D is a widely used 
standard method capable to handle the content of small inclusions. 
Therefore, the focus of this investigation is on ASTM E45 method 
D.

Melting And Remelting Of High Alloyed Steels

Figure 2: Melting and remelting facilities at Böhler Edelstahl in 
Kapfenberg [4]

The samples for investigation are taken from standard production 
at Böhler Edelstahl GmbH & CoKG in Kapfenberg (Austria). 
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Figure 2 shows the melting and remelting facilities at the 
production site in Kapfenberg. Conventionally melted material is 
melted in EAF, followed by ladle metallurgy, ingot casting and 
conversion. Remelted material is also melted in EAF, followed by 
secondary metallurgy. For casting either ingot or continuous 
casting are possible. A subsequent remelting step is carried out 
either in open, protective ESR or in VAR facilities. For primary 
melting, VID and VIM processes are also available.

Note that the focus of the work is on the comparison of final 
material. Hence, the results for conventionally melted material are 
taken from final products and not from electrodes (prior to 
remelting). Due to different deoxidation treatments, the 
cleanliness of electrodes and final products can differ. 

The investigation for this work is carried out on three different 
steel grades, two comparable hot work tool steel grades and a Cr-
Ni steel grade. Conventionally melted material is compared to
remelted material, including ESR, protective ESR and VAR 
processes. 
Table 1 gives an overview on the investigated steel grades and 
melting and remelting routes. E45 states that an ASTM 
measurement was carried out; SEM indicates that additional SEM 
measurements were performed. 

Table 1: Overview on investigated grades and melting 
routes

Grade  EAF ESR PESR VAR 

Tool steels E45/SEM E45 E45/SEM E45/SEM 

Cr-Ni steel E45   E45/SEM E45/SEM 

The investigated material was produced in production facilities at 
the plant in Kapfenberg. For remelting in open and protective 
ESR a similar standard Wacker slag was used.

Methods of Investigation

The cleanliness measurements were carried out according to
ASTM E45 method D on a fully automated Olympus light 
microscope using the software package analySIS auto Inclusion 
Inspector5.2.  

Additionally to the light microscopy measurements, a fully 
automated JEOL 6490 scanning electron microscope (SEM) 
equipped with an Oxford Instruments energy dispersive 
spectrometer (EDS) was used to scan the surface of polished steel 
samples, identify the existing inclusions and characterize their 
chemical composition. The acquisition and analysis of the 
measurement data was performed with the INCA Feature software 
package.

Results

Cleanliness Ratings According To ASTM E45 Method D

Each result represents the mean value of several measurements 
carried out on different ingots. Hence, the results represent an 
average for standard production. As indicated in 
Table 1 measurements were carried out on all steel grades and all 
possible routes, except open ESR for the Cr-Ni steel grade. 

Hot Work Tool Steels

First, two hot work tool steel grades were investigated; the 
chemical composition is shown in
Grade  C Si Mn Cr Mo V 

X38CrMoV 5 1 0.38% 1.10% 0.40% 5% 1.3% 0.4% 

X40CrMoV 5 1 0.39% 1.10% 0.40% 5.20% 1.4% 0.95% 
. 

Table 2: Composition of the investigated tool steels [4]
Grade  C Si Mn Cr Mo V 

X38CrMoV 5 1 0.38% 1.10% 0.40% 5% 1.3% 0.4% 

X40CrMoV 5 1 0.39% 1.10% 0.40% 5.20% 1.4% 0.95% 

Generally, a 3-dimensional graph is used to illustrate the ASTM 
results that usually come in tables. The x axis of the graph shows 
the inclusion type, starting from A thin on the left hand side to D 
thick on the far right hand side. The y axis shows the severity 
from 0.5 to 1.5. The frequency of inclusions is plotted on the z 
axis.

Figure 3 displays the cleanliness results of material melted in 
EAF without a subsequent remelting step. It shows that there are 
mainly D thin type inclusions (small globular oxides) up to a 
severity of 1.5 and some D heavy types of severity 0.5. Very 
rarely B thin type inclusions can be found.  A type and C type 
inclusions are not apparent in the investigated material. 

Figure 3: ASTM E45 results of conventionally melted 
material (EAF/AOD); (X38CrMoV51)

Figure 4: ASTM E45 results of material remelted in open 
ESR (X38CrMoV51)
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Using open ESR as a subsequent remelting step changes the 
cleanliness as shown in Figure 4. D thin type inclusions (globular 
oxides, severity 0.5) are predominant. All other inclusions appear 
rather rarely and only up to severity 0.5.
B thin type (elongated oxides) and D heavy (massive globular 
oxides) are reduced in number and size compared to
conventionally melted material. Their overall occurrence is very 
rare (lower than 1 field per sample).

Remelting in protective ESR instead of open ESR changes the 
cleanliness in such that only both thin and heavy D 0.5 type 
inclusions occur, as shown in Figure 5. A, B and C type inclusion 
cannot be found. The amount of fields showing D thin 0.5 type 
inclusions is reduced compared to open ESR.  

Figure 5: ASTM E45 results of material remelted in 
protective ESR (X40CrMoV51)

A similar result shows Figure 6 for material remelted in vacuum. 
D thin 0.5 are predominant, whereas D heavy type inclusions are 
almost completely removed compared to protective ESR material.
A, B and C type inclusions cannot be found.

Figure 6: ASTM E45 results of material remelted in VAR 
(~X38CrMoV51)

Martensitic Cr-Ni Steel

Compared to tool steels in Cr-Ni steels usually a lower Al and Si 
content are requested which results in a lower deoxidation 
potential. The chemical composition is shown in
Grade  C Si Cr Ni Cu Nb 

X5CrNiCuNb 
17 4 4 0.04% 0.25% 15.3% 4.5% 3.25% 0.30% 

.

Table 3: Chemical composition of grade X5CrNiCuNb 17 4 
[4]

Grade  C Si Cr Ni Cu Nb 
X5CrNiCuNb 

17 4 4 0.04% 0.25% 15.3% 4.5% 3.25% 0.30% 

Figure 7 shows the cleanliness rating of conventionally melted 
material. Similar to hot work tool steel mainly D type inclusions 
(globular oxides) and B thin 0.5 type occur. B and C type 
inclusions, except B thin 0.5; appear only in very low frequency 
of less than one field per sample. A type inclusions (sulfides) 
cannot be found.

Figure 7: ASTM E45 rating of conventionally melted 
material (X5CrNiCuNb 17 4) 

Figure 8: ASTM E45 results of material remelted in 
protective ESR (X5CrNiCuNb 17 4) 
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Figure 9: ASTM E45 results of material remelted in VAR 
(X5CrNiCuNb 17 4) 

The steel remelted in protective ESR shows only globular oxides 
of type D thin 0.5 and 1.0 as well as D heavy 0.5 as shown in 
Figure 8. Except for type D thin, inclusions of severity 1.0 or 
higher do not occur. 

In VAR material only D thin 0.5 inclusions occur (see Figure 9), 
the amount is further decreased compared to material remelted in 
protective ESR.

Composition Of Inclusions

As indicated in 
Table 1, SEM measurements were carried out on samples taken 
from conventionally melted as well as from material PESR and 
VAR remelted tool steel.

Generally, the composition of inclusions according to SEM 
measurement cannot be compared to ASTM E45 ratings, since the 
judgment in optical microscopy is only based on the optical 
appearance of the inclusions. All results are shown in the ternary 
system Al2O3 – CaO – MgO. Each dot corresponds to the 
measured composition of a single inclusion, and its color 
distinguishes between oxides, oxisulfides (typically sulfides 
nucleated at oxidic inclusions) and sulfides. 

Hot Work Tool Steel

Figure 10 shows the distribution of inclusions in the mentioned 
ternary system for conventionally melted hot work tool steel. A 
rather complex inclusion landscape can be seen, mainly oxides 
(MA spinel and different CA types) and oxisulfides (containing 
CaS).

Figure 10: Distribution of inclusions in EAF melted Cr-Ni-
steel (X38CrMoV51)  

Figure 11 shows the composition of inclusion in hot work tool 
steel remelted in protective ESR. The inclusions are mainly oxides 
and can be found in the Al2O3-rich corner of the ternary system. 
Most of the particles contain MA spinel or have a very similar 
composition. Sulfides (CaS) are not predominant and can only be 
found very rarely.  

Figure 11: Distribution of inclusions in hot work tool steel 
(X38CrMoV51) remelted in protective ESR

MA
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Figure 12: Distribution of inclusions in hot work tool steel 
(X38CrMoV51) remelted in VAR

In hot work tool steel remelted in vacuum MA spinel is the 
predominant type of inclusions as can be seen in Figure 12.
Similar to all other samples sulfides are very rare.

Martensitic Cr-Ni steel

Since the basic results are similar, here only the differences to the 
results reported for tool steel are pointed out. 

Compared to tool steel the inclusion landscape of Cr-Ni steel is 
different, showing slightly higher Al2O3 and CaO contents.
Hence, the amount of CA type inclusions is increased and the 
composition of MA type inclusions is shifted to a higher Al2O3
content, as shown in Figure 13. 

Figure 13: Distribution of inclusions in Cr-Ni-steel 
(X5CrNiCuNb 17 4) remelted in PESR

A similar effect is apparent in VAR material. As in the tool steel 
MA type inclusions are predominant, but a slight content of 
calcium aluminates can also be seen in Figure 14. 

Figure 14: Distribution of inclusions in material remelted in 
VAR in the Al2O3-CaO-MgO system (X5CrNiCuNb 17 4) 

Discussion

The ASTM results quite clearly show the improvement in 
cleanliness from conventionally melted material to the alloys
remelted in ESR, protective ESR and VAR. The most effective 
cleaning effect is shown – not surprisingly – by the protective 
ESR process and even more by the VAR process. Globular oxides 
are predominant, silicates and elongated oxides only occur in 
conventionally melted steels and – to a very low extent – in 
material that is remelted in open ESR facilities. PESR or VAR 
remelted material does not show any of these inclusion types. 

According to the ASTM measurements it seems that remelting 
simply decreases the amount and the size of inclusions, which 
corresponds to a lower frequency of occurrence and a lower 
severity, but the SEM measurements show a change in the 
inclusion composition, too. The rather complex inclusion 
landscape of EAF melted material is modified after remelting to 
inclusions with a very high Al2O3 content, although the cleaning 
mechanism in ESR and VAR are different. 

It is also shown, that the small difference between protective ESR 
and VAR material according to the ASTM results, which is “just” 
a lower content of small globular oxides in VAR material, 
corresponds as well to slightly different inclusions, with a small 
portion of CA type inclusions in PESR remelted steel, whereas in 
VAR mainly MA type inclusions can be found.

Finally, different steel grades with different deoxidation treatment 
and different solubility for trace elements also have an influence 
on the type of inclusions, as can be seen from the comparison 
between the SEM results of tool steel and Cr-Ni steel.

MA spinel

MA spinel

MA spinel
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Abstract

The effects of applied electric current on the cast microstructure 
of hypoeutectic Al-13 wt.% Si and Al-20 wt.% Si alloys have 
been investigated. This involved, with a constant voltage power 
supply, an application of an electric current density of about 500 
mA/cm2 of melt surface area to laboratory-size ingots during 
solidification in a metal mold. In general, the applied electric 
current refined the cast microstructure of the hypereutectic Al-Si 
alloys. Specifically, the electric current did not modify the 
eutectic silicon particle, but changed the size distribution of the 
primary silicon particles by increasing the population of 
comparatively smaller size particles. The extent of the observed 
cast microstructure refinement was less than the reported effects 
of applied electric current in the technical literature and is 
significantly less than the effects of the traditional refinement 
obtained by addition of strontium and phosphorus to the molten 
metal prior to casting.

Introduction

Hypereutectic Al-Si alloys are widely used in the automobile and 
aerospace industries because of their excellent wear resistance, 
high strength-to-weight ratio, low coefficient of thermal 
expansion, good corrosion resistance, excellent fluidity, and good 
castability [1–3]. They are used in various applications such as 
liner-less engine blocks [4], automotive pistons [5], compressor 
bodies, and pumps [6]. Hypereutectic Al-Si alloys are used to 
produce engine blocks without cylinder liners, automotive pistons, 
and a number of other products primarily because of their high 
wear resistance which results from a large volume fraction of the 
hard primary silicon phase.

However, all of the aforementioned desirable properties of 
hypereutectic Al-Si alloys depend on the characteristics of their 
cast microstructures, namely secondary dendrite cell size or arm 
spacing, and the size, morphology, and distribution of eutectic and 
primary silicon particles. The morphology of primary silicon 
particles can be rather complex, such as plate-like [7], star-shaped 
[7,8], polygonal, blocky, or feathery [9], varying with 
solidification conditions, chemical composition, and alloying 
elements. In these forms, primary silicon particles compromise the 
machinability, wear resistance, and mechanical properties of the 
alloy castings. Refinement and control of the eutectic and primary 
silicon particles is an effective way of improving the properties of 

the hypereutectic Al-Si alloys. For example, hypereutectic Al-Si 
alloys with a uniform distribution of fine primary silicon particles 
have higher strength and better wear resistance.

Several different techniques have been proposed for the 
refinement of eutectic and primary silicon particles in 
hypereutectic Al-Si alloys. They include: (i) chemical treatments 
by addition of elements such as Na, P, Sr, La, etc. [3,10,11], (ii) 
mechanical stirring [12], (iii) electromagnetic stirring [9,13,14]
and vibration [15], (iv) ultrasonic treatment [16], and (v)
application of an electric current during solidification [5,17]. 

Interest in using an applied electric current to modify cast 
microstructures began with several early studies that involved 
investigation of segregation, solute redistribution, and planar front 
stability [18,19]. The studies in the mid-1980s examined the 
potential use of applied electric current to refine cast 
microstructures and improve mechanical properties. These studies 
were performed on a variety of materials, but can be divided into 
two groups based on processing conditions: (i) high density 
pulsed current [5,17,20–28], and (ii) low density steady current 
[29–33]. Several studies that used pulsed current sources 
attributed the observed refinement to shearing of dendrite arms 
caused by the pinch force [17,20,21,24,25]. However, this 
mechanism does not explain refinement in the case of low current 
density, steady current application. Other proposed mechanisms 
include a change in the free energy barrier to nucleation, resulting 
in an increased undercooling and subsequent increase in 
nucleation rate [22,23], and increased interfacial stability caused 
by joule and Peltier heating [30,33]. 

The purpose of this study is to investigate the effect of applied 
electric current on the microstructure of hypereutectic Al-Si 
alloys. The goal is to develop a process that can be used to 
effectively refine the primary and eutectic silicon particles without 
the associated technological, practical, and environmental 
drawbacks associated with traditional methods [11,34].   While 
results of previous studies show that the application of electric 
current during solidification can produce significant refinement of 
the cast microstructure  of different metallic alloys [22,26,32,33],
few studies have been published on the application of electric 
current to Al-Si alloys [5,28,27].   

219

Proceedings of the 2013 International Symposium on Liquid Metal Processing & Casting
Edited by: Matthew J. M. Krane, Alain Jardy, Rodney L. Williamson, and Joseph J. Beaman

TMS (The Minerals, Metals & Materials Society), 2013



Experimental Procedure

Two different hypereutectic Al-Si alloy compositions were used 
for this experimental study, namely, a near-eutectic Al-13 wt.% Si  
and hypereutectic Al-20 wt.% Si alloys, to investigate  the effects 
of electric current on the eutectic silicon particles and primary 
silicon particles, respectively. A natural gas furnace was used to 
melt the charge material, in a graphite crucible, to a superheat of 
about 150oC. Each casting consisted of approximately 1.5 kg of 
charge material. None of the castings was modified, so no 
strontium, sodium, or phosphorus was added to any of the alloy 
melts.  The molten metal was then manually poured into a steel 
mold with dimensions 177.8 mm x 101.6 mm x 25.4 mm with 
thermocouples located at 38.1, 88.9, and 139.7 mm from the top 
of the mold. Temperature data were recorded at 2 Hz with k-type 
thermocouples. The temperature data were used to derive the 
average solidification rates at the known distances from the top of 
the castings.

A steady electric current density of approximately 500 mA/cm2

was applied using a constant voltage power supply and graphite 
electrodes. A power resistor was added to the circuit to avoid 
shorting the power supply. Figure 1 shows a schematic of the 
experimental setup including the circuit design, electrode 
placement, and thermocouple locations. The experimental 
conditions are given in Table I. 

Figure 1: Schematic of experimental setup and circuit design for 
application of electric current to castings during solidification.

Four castings of each alloy were made with and without applied 
electric current. The applied electric current was calculated with 
Ohm’s law using the resistance of the circuit, measured after 
solidification, and the voltage set on the power supply. The 
current density was calculated using the cross sectional area 
normal to the direction of current flow. Samples of the cast ingots 
were taken near each thermocouple location, metallographically 
prepared, and examined with a metallurgical microscope. The 
secondary dendrite cell size and the sizes of the primary silicon 
particles were determined with the Leco IA32 image analyzer.  
The limited quantitative measurement of primary silicon particle 
size was conducted on only the Al-20 wt.% Si alloy castings.

Results

The average solidification rates derived from the measured 
cooling curve data are given in Table II. It is apparent that 
application of the electric current during solidification did not 
affect the rate of solidification of any of the castings.

As shown in Figures 2 and 3, the cast microstructure of the 
unmodified Al-13 wt.% Si alloy consists of primary Si particles, 
fairly coarse eutectic dendrite-like aluminum and coarse eutectic 
Si particles. As apparent in Figure 2 (i), in the near-eutectic Al-13
wt.% Si alloy, the eutectic structure is dominant; amount of 
primary phase (the angular/blocky primary silicon particles or À-
Al dendrites) is relatively small. The cast microstructure of the 
unmodified Al-20 wt.% Si alloy consisted of primary silicon 
particles in a matrix of aluminum and eutectic silicon (Figures 4 
and 5). In the cast microstructures of both alloys, there are 
primary aluminum solid solution dendrites and unmodified 
primary and eutectic silicon particles.

As shown in the measured secondary dendrite cell size data in 
Table III, application of electric current during solidification 
reduced the average dendrite cell size. It also reduced the 
maximum dendrite cell size. The effect appeared to be 
independent of solidification rate but slightly dependent on 
location in the casting. The observed reduction in average dendrite 
cell size appeared to be greatest at mid-length and towards the 
bottom of the castings. In the Al-13 wt.% Si alloy castings, 
applied electric current reduced dendrite cell size by 7.80% near 
the top, but by 25.7% and 26.5%, at mid-length and near the 
bottom of the casting, respectively (Table IV).  In the Al-20 wt.% 
Si alloy castings, the reduction in dendrite cell size is significantly 
less, varying from 3.40% near the top, to 10.4% at mid-length, 
and no change near the bottom of the casting. 

Table I: The experimental casting conditions.

Experimental conditions
Al-13 wt.% Si Al-20 wt.% Si

A B C D E F G H 

Molten metal pouring 
temperature , oC 825 826 825 826 852 850 856 851

J������
��® - - 4.5 4.5 - - 3.0 4.5

>����
���
���������������
������® - - 5.17 4.85 - - 4.05 4.7

Applied voltage, V - - 110 110 - - 85 110

Calculated electric current, A - - 21.3 22.7 - - 20.98 23.4

Electric current density, mA/cm2 - - 472 503 - - 464 518
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Table II: Average solidification rate at known distances from the top of the castings of 
hypereutectic Al-Si alloys with and without application of electric current

Distance from 
the top of the 

mold, mm

Average solidification rate, oC/s
Al-13 wt.% Si Al-20 wt.% Si

No 
current 

A

No 
current 

B

472 
mA/cm2 

C

503 
mA/cm2  

D

No 
current

E

No 
current 

F

464 
mA/cm2  

G

518 
mA/cm2  

H
38.1 0.08 0.08 0.08 0.08 1.09 0.93 0.98 1.11
88.9 0.09 0.09 0.12 0.10 1.15 1.20 1.06 1.20

139.7 0.12 0.12 0.12 0.13 1.52 1.61 1.55 1.52

Figure 2: Optical photomicrographs showing the effects of application of electric current during solidification on the cast 
microstructure of hypereutectic Al-13 wt.% Si alloy. 
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(i)                                                                                                       (ii)
Figure 3: Optical photomicrographs showing the effects of application of electric current (471-502 mA/cm2) during 

solidification on the cast microstructure of hypereutectic Al-13wt.% Si alloy solidified at 0.08oC/s. Note the lack of effect of 
electric current on the eutectic Si particles in (ii).

Table III: Effects of application of electric current during solidification on the dendrite cell  size in castings of hypereutectic 
Al-Si alloys (based on the measurement of the sizes of 60 dendrites per condition for Al-13 wt.% Si castings, 

and 120 for Al-20 wt.% Si castings).

Alloy Condition
Distance from 
top of casting, 

mm

Average 
Solidification 

Rae, oC/s

Dendrite cell size, μm 

Average Std. Dev. Max. Min.

Al-13 wt.%Si

No Current
38.1

0.08 37.8 12.2 89.9 16.6

With current* 0.08 34.9 10.4 66.4 14.5
No Current

88.9
0.09 34.7 12.4 70.4 16.2

With current 0.09 25.8 12 51.7 12.2
No Current

139.7
0.12 31.4 10.1 58.5 7.66

With current 0.12 23.1 8.7 45.5 9.06

Al-20 wt.% Si

No Current
38.1

0.93-1.09 38 11.74 72 18
With current# 0.98-1.11 36.7 12.98 81.7 14.4

No Current
88.9

1.15-1.20 36.7 9.33 60.3 18
With current 1.06-1.20 32.9 13.01 75.3 8 
No Current

139.7
1.52-1.61 26.1 9.79 51.8 9.66

With current 1.52-1.55 26.2 10.23 58.1 7.96

Two-tailed t-tests showed that the observed reductions in dendrite 
cell size by application of electric current during solidification of 
the castings of both alloys were statistically significant. However, 
the observed reductions in dendrite cell size in Al-13 wt.% Si 
alloy castings were more statistically significant than those 
observed in the Al-20 wt.% Si alloy castings. 

The optical photomicrographs of the cast microstructures of the 
castings of both alloys in Figures 2 and 3 suggest that application 
of electric current during solidification reduced the average size of 
the primary silicon particles. Specifically, the electric current 
appeared to have increased the population of the very small size 
primary silicon particles. Similar to the effect on dendrite cell 
size, image analysis results show that the electric current reduced 
both the average and maximum primary silicon particle sizes in 
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Figure 4: Optical photomicrographs showing the effects of application of electric current during solidification on the cast microstructure of 
hypereutectic Al-20 wt.% Si.

the Al-20 wt.% Si castings (Table V). In addition, the lower 
standard deviation of sizes of the primary silicon particles in the 
castings solidified with application of electric current suggest that 
the electric current improved their size distribution. The observed 
percent reduction in primary silicon particle size appeared to be 
significant at all of the locations of the casting examined, varying 
from 58.0% near the top, to 36% and 64%, at mid-length and near 
bottom, respectively (Table VI). Two-tailed t-tests showed that 
the observed reductions in primary silicon particle size in the Al-

20 wt,% Si castings by application of electric current during 
solidification were statistically significant.  

However, unlike the effects on dendrite cell and primary silicon 
particle sizes, application of electric current during solidification 
did not appear to have significant effects on the size and 
morphology of eutectic silicon particles in both alloys (Figures 3 
and 5).  
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Figure 5: Optical photomicrographs showing the lack of effect application of electric current (465-518 mA/cm2) during solidification on the 
sizes and morphology of the unmodified eutectic silicon particles in hypereutectic Al-20 wt.% Si alloy solidified at 0.93-0.98oC/s.  

Table IV: Percent reductions in average dendrite cell size in castings of hypereutectic Al-Si alloys caused by application of 
electric current during solidification and p-values resulting from t-tests comparing the corresponding data sets.

Alloy Distance from top 
of casting, mm

Average 
solidification rate, 

oC/s

Reduction in average 
dendrite cell size, % p-value

Al-13 wt.% Si * 
38.2 0.08 7.80 0.079
88.9 0.09 25.7 0.055

139.7 0.12 26.5 0.078

Al-20 wt.% Si # 
38.2 0.98-1.11 3.40 0.213
88.9 1.06-1.20 10.40 0.005

139.7 1.52-1.55 �0.30 0.473
*Current density – 472-503 mA/cm2, #Current density – 465-518 mA/cm2

Table V: Effects of application of electric current during solidification on primary silicon  
particle size in castings of hypereutectic Al-20 wt.% Si alloy.

Condition
Distance from 
top of casting, 

mm

Average 
solidification 

rate, oC/s

Primary Si particle size, Ám2 No. of 
particles 
measuredAverage Std. dev. Max. Min.

No Current 38.1 0.93-1.09 5,744 7,118 37,708 10 98
With current# 0.98-1.11 2,394 3,850 22,430 10 137
No Current 88.9 1.15-1.20 4,863 6,018 33,717 26 108
With current 1.06-1.20 3,110 8,415 52,295 21 164
No Current 139.7 1.52-1.61 5,352 6,602 35,235 40 95
With current 1.52-1.55 1,918 4,711 35,610 27 156
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Table VI: Percent reduction in mean primary silicon particle size in castings of hypereutectic Al-20 wt.% Si alloys caused 
by application of electric current during solidification and p-values resulting from t-tests comparing the corresponding data sets.

Distance from top of 
casting, mm

Average
solidification rate, 

oC/s

Reduction in mean 
primary Si particle 

area, %
p-value

38.2 0.98-1.11 58.0 0.000022
88.9 1.06-1.20 36.0 0.019

139.7 1.52-1.55 64.0 0.000009

Discussion

Dendrite Cell Size
  
The observed reduction in dendrite cell size in the Al-13 wt.% Si 
castings in this study (Table III and IV) is consistent with 
published results. Anyalebechi and Tomaswick [33] reported a 
decrease of 29% in dendrite cell size in aluminum alloy 7050 
castings solidified with an applied electric current density ranging 
from 465 to 930 mA/cm2. They found that the level of refinement 
was independent of both the current density and the application 
mode (steady or pulsed).  The results of this study also compare 
favorably with those found by Vaschenko et al. [29], who reported 
25% to 40% reduction in the size of graphite flakes in gray cast 
iron.  

Anyalebechi and Tomaswick [33] speculated that localized 
convection currents produced by Joule and Peltier heating at the 
solid-liquid interface caused shear stress induced fragmentation of 
dendrite arms, which would then float into the melt and serve as 
additional nuclei. This mechanism may explain the reduction in 
dendrite cell size found in this study since similar electrical 
conditions were used. Other studies [20,21] proposed similar 
theories, but speculated that the shearing mechanism was the 
pinch force caused by high density electric pulses. This theory 
does not explain the observations of this study since a low density 
steady current was used.

Anyalebechi and Tomaswick [33] also suggested that a secondary 
mechanism in which the applied electric current dramatically 
changed the solid-liquid interfacial energy, leading to an increase 
in nucleation rate. Qin and Zhou [23] theoretically studied this 
refinement mechanism and calculated the level of refinement as a 
function of electric current density for a variety of pure metals. 
Their calculations did not predict significant refinement at electric 
current densities below 103 A/cm2. However, they made no 
predictions for comparatively more complex multi-component 
systems. In the case of dendrite arms in hypereutectic Al-Si 
alloys, the interfacial energy of concern is between solid primary 
silicon particles and eutectic composition liquid transforming into 
eutectic aluminum dendrites. It is possible that this interfacial 
energy is affected to a greater extent by the application of electric 
current in pure metals. Alternatively, this mechanism may make a 
small contribution in combination with other mechanisms to result 
in the observed refinement of dendrite cell size.

For the Al-20 wt.% Si alloys, the change in the dendrite size was 
not statistically significant in the samples from the top and bottom 
of the castings. Good statistical significance (p = 0.005) was 
found at the center of the casting, but the reduction was modest in 
comparison to the Al-13 wt.% Si alloy at 10%. This result 
suggests that the presence of a large volume fraction of primary 
silicon particles in the melt at the time when the eutectic 

aluminum dendrites formed changed the interaction between the 
electric current and the solidifying eutectic aluminum dendrite 
cells. This may have been a result of increased Joule and Peltier 
heating caused by the large volume fraction of primary silicon 
particles. At the eutectic temperature for the Al-Si binary system, 
pure silicon has an electrical resistivity approximately four orders 
of magnitude greater than that of aluminum [35-37]. Joule heating 
is directly proportional to resistance, and as such, for a given 
current density, local heating caused by the Joule effect may be 
increased by a larger volume fraction of primary silicon particles. 
Peltier heating is a function of the interface between two 
dissimilar materials. As such, this heating would increase with the 
increased volume fraction of primary silicon particles. 

Primary Silicon Particles

Only two previous studies examined the effects of an applied 
electric current on solidification of primary silicon particles in Al-
Si alloys. Ban et al. [17] observed an obvious refinement of the 
primary silicon particles when using high density current pulses. 
They attributed this refinement to the pinch force, which, when 
caused by each current pulse, produced a vibration in the melt 
which broke apart larger primary silicon particles. This 
mechanism does not explain the refinement observed in this study 
since a steady current source was used, with a current density 
several orders of magnitude smaller.

Hongsheng et al. [5] observed that high density current pulses 
reduced the aspect ratio of primary silicon particles. They 
determined that the presence of an electric current changed the 
free energy barrier for nucleation in the melt, resulting in the 
promotion of Al nucleation, but suppression of Si nuclei. This 
would cause an increase in the undercooling at which primary 
silicon nucleation begins, and a subsequent increase in nucleation 
rate, resulting in smaller particles with a more uniform size 
distribution. This mechanism might explain the refinement 
observed in this study, although it is unclear if this mechanism 
alone fully describes this phenomenon.

An additional explanation for the primary silicon refinement may 
be localized joule heating. Since silicon is much more electrically 
resistive than aluminum, the electric current may cause localized 
high temperature regions, which, while not large enough to 
change the solidification condition of the entire melt, might 
locally impede the growth of the primary silicon particles.

Eutectic Silicon Particles

The lack of an observed effects of the applied electric current 
during solidification on the size and morphology of the eutectic 
silicon particles in this study is not consistent with the reported 
effects of pulsed electric current in the technical literature 
[5,28,27]. For example, Hongsheng et al. reported that the 
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application of a high density pulsed electric current during 
solidification reduced the length of the eutectic silicon particles 
[5]. The electric current density used for this study was not 
reported, but the voltage used was 2000V, discharged via a 
capacitor bank. As such, it may be assumed that the electric 
current density was much larger than that used for the present 
study. Xu et al. [28] experimented with both direct and alternating 
electric currents on hypoeutectic Al-Si alloys. They reported 
similar results as Hongsheng et al. [5], in that the length of the 
eutectic particles was decreased, and noted that the result was 
more dramatic with the alternating current. Again, the electric 
current density was not reported, but electric currents of 220A 
were used, so assuming that the cross sectional area of the casting 
was on the same order of magnitude as this study, the current 
density was much greater. 

The electric current density used in this study was several orders 
of magnitude less than that used by Hongsheng et al. [5] and Xu et 
al. [28]. Additionally, electric current was administered in a 
steady rather than pulsed [5] or alternating [28] manner. 
Considering that no change in the eutectic silicon particles was 
observed in this study, it may be concluded that the effect of the 
application of electric current during solidification to Al-Si alloys 
on the eutectic particles is either a function of electric current 
density, or the manner of application. Hongsheng et al. [5]
suggested that the mechanism of refinement was suppression of 
the nucleation of silicon. This effect is likely a function of current 
density, and thus may not have been significant in this study with 
a current density of 500 mA/cm2. Xu et al. [28] attributed 
refinement of the eutectic silicon particles to vibration induced by 
the alternating current, similar to refinement via electromagnetic 
vibration. The current in this study was applied in a direct manner, 
so this effect was not applicable.

Zhang et al. [27] applied pulsed electric current densities ranging 
from 800 A/cm2 to 2400 A/cm2 to Al-Si alloys of eutectic 
composition. They reported that this procedure produced areas of 
fine lamellar structures of eutectic silicon, distributed among the 
usual, randomly oriented needle or plate-like eutectic structure. 
Zhang et al. [27] concluded that the fine lamellar eutectic silicon 
structure was formed because the Lorentz force generated by the 
pulsed electric current constantly fed solute to the solidifying 
region. However, the Lorentz force is only generated under a time 
dependent magnetic field [37]. Steady applied electric current, 
such as used in this study, is not time dependent, and therefore, 
does not generate the Lorentz force. Therefore, the lack of such 
fine lamellar structures in the samples from this study is not 
surprising.

Conclusions

1. The application of approximately 500 mA/cm2 of steady 
electric current to Al-20 wt.% Si alloy during solidification 
reduced the mean primary silicon particle size by 36% - 64% 
with statistical significance  (8.98 x 10-6 < p < 0.019). 

2. The application of 465-518 mA/cm2 of steady electric current 
to Al-13 wt.% Si alloy during solidification reduced the 
average dendrite cell size through the casting by 7.8% -
26.5% with statistical significance (p < 0.1). The application 
of electric current during solidification to the Al-20 wt.% Si 
alloy did not significantly change the dendrite cell size at the 
top or bottom of the casting, but it reduced the average 

dendrite cell size at the center of the casting by 10.4% (p = 
0.005).

3. Qualitatively, the application of a steady electric current 
during solidification did not appear to have any effect on the 
size, size distribution, or morphology of the eutectic silicon 
particles in both the Al-13 wt.% Si and Al-20 wt.% Si alloys.
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Abstract

Oxide bifilms are a proposed casting inclusion reported to have 
been observed in vacuum investment cast polycrystalline Ni-base 
superalloys. Ongoing research seeks to determine if current 
superalloy casting practices can result in the formation of oxide 
bifilms, and subsequently if it is possible to observe and 
characterize this phenomenon. The effect of casting atmosphere, 
turbulence, filtering, hot isostatic pressing (HIP), and heat 
treatment have been investigated to identify the critical parameters 
that can result in bifilm formation in Ni-based superalloy IN100. 
Tensile and fatigue testing is used to identify the effects of each 
casting and processing parameter on bifilm formation and the 
resultant effects on mechanical properties. Characterization of 
mechanical test specimens seeks to identify the role of bifilms in 
the fracture mechanics of the conditions utilized, as well as the 
prevalence of bifilm formation and the chemical composition(s) of 
oxide bifilms. The characterization methods used were scanning 
electron microscopy (SEM), energy dispersive x-ray spectroscopy 
(EDS), and Auger electron spectroscopy (AES). Across the range 
of process parameters investigated, bifilms were not indicated by 
mechanical testing or identified by the characterization methods 
employed. A nano-layer of sulfur has been identified on the 
surface of dendritic casting porosity and characterized by in-situ 
fractographic Auger analysis.

Introduction

Nickel-base superalloy components are often produced using the 
investment casting process. Many types of casting anomalies are 
possible, and it is necessary that each be minimized to optimize 
performance. A newly proposed casting anomaly known as oxide 
bifilms has been recently reported. Oxide bifilms are theorized to 
form if a liquid metal capable of growing a solid oxide is 
subjected to turbulence during casting. It has been reported that 
molten metal reacts with its casting atmosphere, forming a 
nanoscale thickness oxide skin [1-4]. It has also been reported that 
the formation of this oxide skin is possible with vacuum cast 
components [1, 2, 5-7]. This oxide skin folds due to casting 
induced turbulence. When folded, the oxide forms a bilayer 
structure and can be entrained into the melt [1-4]. The entrained 
bifilm behaves as a preexisting material discontinuity. For this 
reason, bifilms have been reported to decrease the mechanical 
properties of nickel-base superalloys and other alloy systems. This 
degradation of mechanical properties includes a significant 
reduction in tensile strength and fatigue life [2, 5, 6, 8-11]. In 
addition, bifilms are theorized to play a major role in the 
formation of casting porosity [1-3, 5, 6, 8, 9, 12-16]. This type of 
casting porosity is created during solidification after the bifilm is 
entrained into the melt. As dendrites form and grow, the oxide 
bifilm is wedged between the growing dendrites. As the alloy 
cools, the bifilm theoretically unfolds and fills the space between 
dendrite arms, thus creating casting porosity [1, 15]. This process 
can be exacerbated if gas content from the casting environment 

has been trapped between the layers of the bifilm during the 
entrainment process [1, 15]. 

Bifilms are often distinguished categorically as being either “new” 
or “old” bifilms [1, 5, 7-9, 11, 17]. New bifilms are described as 
the alumina films that are present immediately following turbulent 
casting [1, 17]. Old bifilms are described as being an oxide film 
which has thickened [1, 5, 7, 17]. New bifilms have been 
characterized as exhibiting a thickness of only about 20 nm [1],
whereas thickened bifilms have been characterized as being as 
much as three orders of magnitude greater in thickness [5, 7]. The 
old films are stated to originate from the growth of “new” alumina 
films [1, 5, 7, 17]. Such growth can occur from the thickening of 
new bifilms that have been entrained at any stage during liquid 
metal processing, and such accumulation of new bifilms is 
considered to be additive with each stage of molten processing [1, 
7]. Oxide film growth is usually attributed to exposure of the alloy 
to elevated temperatures following the casting of ingots [7]. Such
thickening is also theorized to coincide with a conversion of the 
oxide structure from alumina to spinel [1, 17]. The new alumina 
bifilms can therefore function as a type of precursor for the 
formation of “old” thicker spinel bifilms. New bifilms are difficult 
to characterize, therefore when bifilms are observed in the 
literature it is most often thick spinel bifilms that are being 
characterized [5, 7]. Characterization of new bifilms is rarely 
reported, with only a few exceptions [1, 16].

Several publications report degradation of numerous material 
properties due to the formation of bifilms [1-6, 8, 9, 11, 14, 17-
24]. This includes a reduction of tensile strength, bend strength, 
impact strength, creep strength, ductility, and fatigue life. This 
also includes an increase in casting porosity, hot tearing, scatter in 
mechanical test data, inclusions, secondary phase embrittlement, 
and intergranular embrittlement. In addition, there have been 
reported predictions of astounding increases in mechanical 
properties if bifilms can be successfully avoided [1, 2, 5, 23]. For 
this reason, there has been significant interest in methods of bifilm 
prevention and/or bifilm remediation. One suggested method of 
bifilm prevention, particularly in Ni-base superalloy components, 
is to bottom fill investment castings [6]. Reports suggest that a 
properly designed bottom-gated casting would eliminate 
turbulence during casting, therefore preventing bifilm creation. A 
suggested method for reducing the impact bifilms have on 
mechanical properties is hot isostatic pressing (HIP) [1, 8, 9, 11].
Reports suggest that the use of HIP can cause perforations in the 
oxide structure, allowing for metal bonding across the oxide film, 
and can reduce the effect of bifilms on properties. This process is 
sometimes referred to as bifilm “healing”.

Since bifilms have a strongly negative impact on tensile and 
fatigue properties, bifilms are often located by fractographic 
analysis of mechanical test specimens [1, 5, 7-9, 12, 17]. The 
existence of the thin alumina films is frequently determined by 
inference. For example, planar surfaces seen during fractographic 
analysis can in many cases be considered the result of cracking 
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along the bilayer of oxide, effectively splitting the oxide bifilm [1, 
5, 7-9, 17]. This is a common method seen in the literature for 
identifying the presence of new bifilms during fractographic 
analysis. A wide variety of cracking observed during 
microstructural analysis is also frequently attributed to a similar 
mechanism of bifilm splitting [1, 2, 5, 7-9, 11, 12]. However, 
sufficient evidence to support these conclusions is currently 
limited [12, 25]. Furthermore, quantitative characterization 
beyond the observation of old bifilms identified through 
fractographic analysis is also limited [5, 7]. Other locations 
expected to exhibit new bifilms such as porosity, cleavage planes, 
grain boundaries, dendrite arms, etc. are observed and also often
assumed to be due to bifilm formation [1, 8, 9, 12, 13, 15, 17].
Therefore, extensive and detailed characterization of such 
locations to indicate the presence of an oxide film is imperative to 
confirming the existence of oxide bifilms. 

Experimental Procedure

Casting/Processing

The alloy selected for investigation was polycrystalline 
investment cast IN100.

Table I: Nominal composition of IN100 (wt%) [26]
Cr Ni Co Mo Ti Al Fe C B Zr V
10 Bal. 15 3.0 4.7 5.5 <0.6 0.15 0.015 0.06 1.0

A wide variety of processing and casting parameters were 
investigated to determine the effect of each on material properties 
and inclusion formation. A full sample matrix can be seen in 
Table III. Charges were melted by induction and investment cast 
into cluster molds. Each mold contained both cylindrical bar 
samples to be machined into mechanical test specimens, and 
generic power turbine blades to be used for further microstructural 
characterization. Vacuum casting was conducted using standard 
VIM and investment casting procedures. Melting and casting 
atmospheres were carefully controlled and maintained at less than 
15 mTorr. Argon casting was conducted by backfilling the melt
chamber with Ar to a pressure of 10 Torr. Air casting was 
achieved by casting in atmospheric air. For each casting 
environment, samples were either top filled or bottom filled. Top 
filled samples utilized a gating design which would allow the 
molten metal to turbulently fill the mold cavity from the top 
down. Bottom filled samples were gated to fill the mold cavity 
from the bottom up to minimize turbulence. In addition, some 

vacuum cast samples employed turbulent gating, where 
turbulators were installed in the gating of the mold setup to induce 
additional turbulence. An extruded ceramic filter was utilized for
some air cast samples. Castings were provided by Alcoa Howmet 
Research Center in Whitehall, MI.

Some samples from each casting condition were hot isostatically 
pressed (HIP) and heat treated. Industry standard HIP and solution
heat treatment cycles were used and can be seen in Table II. The 
remaining samples were examined in both the as cast and heat 
treated condition.

Table II: Sample processing parameters
Processing Procedure
HIP 2200 °F, 15 KSI, 4hrs
Solution 
Heat 
Treatment

1975 °F in vacuum, hold 4hrs; gas fan cool to 
1600 °F, hold 12hrs; air cool to room 
temperature

Mechanical Testing

Cylindrical bar castings where machined into threaded tensile 
samples and threaded high cycle fatigue (HCF) samples. Tensile 
samples were pulled to failure, and 0.2% yield stress, ultimate 
tensile stress, and elongation were measured. Fracture surfaces 
from each tensile bar pulled to failure were removed and mounted 
for fractographic analysis. The opposite half of each tensile bar
was cross-sectioned along the gauge length, then mounted and 
polished for metallographic analysis, allowing for a transverse 
examination of the microstructure near the fracture surface.
Samples prepared for metallographic analysis were swab etched 
with åç etchant Pratt & Whitney #17 (100 mL H20 + 100 mL HCl 
+ 100 mL HNO3 + 3 g MoO3). Fractographic and metallographic 
characterization was conducted using scanning electron 
microscopy (SEM) and energy dispersive x-ray spectroscopy 
(EDS). 

All HCF samples were subjected to stress-controlled HCF testing 
at room temperature until failure, and the number of cycles to 
failure was recorded. HCF was conducted using a tension-tension 
stress condition with Émax=690 MPa, Émin=69 MPa��ÔÉ=621 MPa,
and R=0.1. A triangular waveform was used with a frequency of 
15 Hz. Fracture surfaces from each bar fatigued to failure were 
removed and mounted for fractographic analysis via SEM. 

Table III: Complete Sample Matrix
Environment Filtering Fill Condition Gating Processing Heat Treatment Tensile Bars (#) Fatigue Bars (#) Blades (#)

Vacuum No Filter

Top Fill
Conventional HIP Heat Treat 6 6 18

No HIP Heat Treat 2 6 6

Turbulent HIP Heat Treat 2 4 4
No HIP Heat Treat 2 4 6

Bottom Fill
Conventional HIP Heat Treat 4 4 10

No HIP Heat Treat 2 4 6

Turbulent HIP Heat Treat 2 4 4
No HIP Heat Treat 2 3 6

10 Torr Argon No Filter
Top Fill Conventional HIP Heat Treat 4 4 14

No HIP Heat Treat 2 4 4

Bottom Fill Conventional HIP Heat Treat 4 4 10
No HIP Heat Treat 2 4 6

Air

No Filter Top Fill Conventional 
HIP Heat Treat 2 4 8

No HIP Heat Treat 0 4 0
As Cast 2 6 3

Bottom Fill Conventional HIP Heat Treat 1 0 4

Filter Top Fill Conventional 
HIP Heat Treat 4 4 0

No HIP Heat Treat 4 4 0
As Cast 4 4 6
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Auger Analysis

Cast blades were machined by electrical discharge machining 
(EDM) to remove several small Auger pin samples from each 
blade. The Auger pins were cylindrical notched samples 20.3 mm 
in length and 3.18 mm in diameter. A blunt notch was machined 
11.4 mm from the top of the sample, and to a depth of 0.51 mm. 
Each Auger pin was loaded into a PHI 660 scanning Auger 
microscope and fractured in-situ with an actuating hammer. In-
situ fracture occurred in ultra-high vacuum conditions of 
approximately 0.3-0.6 nTorr. Samples were immediately analyzed 
fractographically.

Results and Discussion

Tensile Testing  

There was no discernible improvement in tensile properties from
bottom filling investment castings (Figures 1-3). In either 
condition, fracture was dominated by the formation of microvoids 
in the presence of cracked M(Ti, Mo)C carbides. Carbide 
chemistry was confirmed by EDS analysis. Examples of carbide 
cracking observed during fractographic and metallographic 
analysis is shown in Figure 4. Casting atmosphere did exhibit an 
effect on tensile properties. In particular, air casting increased 
scatter and decreased ductility. This is likely due to the presence 
of nonmetallic inclusions (NMIs). SEM and EDS analysis 
indicates that the inclusions observed in air cast samples are 
heterogeneous in structure, consisting of stringy M(Ti,Mo)C
carbide structures and highly discontinuous alumina. Examples of 
NMI structures observed during fractographic and metallographic
analysis is shown in Figure 5. Turbulators in the gating of castings 
did not exhibit a significant effect on tensile properties.
Microstructure and fracture mechanisms were unaffected by 
turbulators. Filtering also did not have a significant effect on 
tensile properties (Figures 6 and 7). 

Figure 1. Mean UTS across fill conditions and casting 
atmospheres. Error bars representative of data set range. 

Figure 2. Mean YS across fill conditions and casting atmospheres. 
Error bars representative of data set range.

Figure 3. Mean elongation across fill conditions and casting 
atmospheres. Error bars representative of data set range.

(a)   (b) 

(c)
Spectrum (at%) C Ti Mo Total

1 44.18 46.54 9.29 100
  

Figure 4. Examples of typical carbide cracking. (a) Transverse 
SEM imaging of vacuum cast sample; (b) Fractographic SEM 

imaging of argon cast sample; (c) Quantitative EDS of spot 
indicated, matrix signal omitted
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(a)    (b) 

(c) 
Spectrum 

(at%) C O Al Mo Ti V Cr Co Ni

1 50.03 ----- 4.81 2.52 23.31 1.98 2.71 3.88 10.76
2 7.29 56.18 13.69 1.41 17.03 1.36 ----- ----- 3.04

Figure 5. Examples of typical NMIs in air cast sample.
(a) Transverse SEM imaging of unetched condition; (b) 

Fractographic SEM imaging; (c) Quantitative EDS of spots 
indicated

Figure 6. Mean tensile strengths between filter conditions. Air 
cast samples. Error bars representative of data set range.

Figure 7. Mean elongation between filter conditions. Air cast 
samples. Error bars representative of data set range.

The results of this study do not indicate that tensile strength trends 
strongly with relative amounts of casting turbulence (Figures 8
and 9). Instead, it seems clear that of the casting conditions 
investigated, the most critical was oxygen content of the casting 
atmosphere. Excessive oxygen content led to the formation of 
deleterious non-metallic inclusions.

Figure 8. Mean tensile strengths between gating conditions.
Vacuum cast samples. Error bars representative of data set range. 

Figure 9. Mean elongation between gating conditions. Vacuum 
cast samples. Error bars representative of data set range.

Utilization of HIP had a discernible effect on tensile properties. 
HIP followed by heat treatment generated reduced yield strength 
and increased ductility (Figures 10-12). This is explained by 
�����������������åç����
��������X
���	���������
���������������
���
observed microstructurally in samples that had been HIPed. An 
�[��	������åç� ���
������������������� ���Z���
��#3. HIP and no-
HIP samples were given the same heat treatment represented in 
Table II��^�������\�����������������
����������������������������åç�
following HIP. This is an expected result as cooling rates 
following HIP are extremely slow, which was then followed by a 
subsolvus heat treatment, which would not have been sufficient 
temperatures ���
����������åç�

Figure 10. Mean UTS across processing conditions and casting 
atmospheres. Error bars representative of data set range. 
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Figure 11. Mean YS across processing conditions and casting 
atmospheres. Error bars representative of data set range.

Figure 12. Mean elongation across processing conditions and 
casting atmospheres. Error bars representative of data set range.

(a)   (b) 

(c)   (d) 

Figure 13. Vacuum cast samples, Pratt & Whitney #17 etched.
(a, b) Typical heat treated microstructure; (c, d) Typical HIP and 

heat treated microstructure

The oxide inclusion structure was examined fractographically by 
SEM for air castings in the “HIP and heat treat” and “as cast” 
conditions. There was no discernible difference between the 
nonmetallic inclusions found in either condition. Both consisted 
of a heterogeneous M(Ti, Mo)C carbide and discontinuous 
alumina structure, as seen in Figures 14 and 15. Composition was 

confirmed by EDS. It has been theorized that such oxide 
inclusions possess a continuous morphology following casting, 
and are fractured during HIP [8, 9]. These observations indicate 
that the oxide structure is discontinuous regardless of HIP. The 
discontinuity is observable on the microscale, where the oxide 
appears patchy. In addition, nanoscale voids in the oxide structure
are observable in Figures 14 and 15. The implication of such 
discontinuities is that the oxide would not be capable of 
“inflating” as had been previously theorized [1]. 

(a)   (b) 

(c)
Spectrum 

(at%) C O Al Mo Ti V Cr Co Ni

1 16.17 58.35 13.25 1.17 5.75 0.33 0.87 0.94 3.17
2 68.05 ----- 4.20 2.02 11.00 0.59 2.02 1.85 10.28

Figure 14. NMI in HIP and heat treated air cast sample. (a) SEM 
fractography showing inclusion discontinuity; (b) EDS location 

showing micro and nanoscale gaps in oxide structure;
(c) Quantitative EDS of spots indicated

(a)   (b) 

(c)   (d) 

(e)
Spectrum 

(at%) C O Al Mo Ti V Cr Co Ni

1 4.99 28.40 13.54 1.48 9.91 1.12 4.90 7.01 28.64
2 38.58 ----- 0.75 5.95 34.81 2.20 2.45 2.86 12.41

Figure 15. NMI in as cast air cast sample. (a) SEM fractography 
showing inclusion discontinuity; (b) EDS location; (c) Micro-

scale oxide discontinuities (d) Nano-scale oxide discontinuities
(e) Quantitative EDS of spots indicated

Fatigue Testing

There was no discernible improvement in fatigue life from bottom 
filling investment castings. There was also no significant 
degradation of fatigue properties from the utilization of 
turbulators. For vacuum or argon cast samples in the no-HIP
condition, fatigue crack initiation occurred by slip band formation 
in the presence of near-surface M(Ti, Mo)C carbides, near-surface
dendritic casting porosity, or both. For vacuum or argon cast 
samples in the HIPed condition, fatigue cracking only initiated at 
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near-surface M(Ti, Mo)C carbides. Carbide chemistry was 
confirmed by EDS analysis. An example of each fatigue crack 
initiation mechanism observed during fractographic analysis is
shown in Figure 16. Casting atmosphere did have an effect on 
fatigue life (Figures 17-19). Air cast samples exhibited greater 
relative scatter and reduced fatigue life. Filtering air cast samples 
did not have a significant impact on fatigue life (Figure 20). 

(a)   (b) 

(d) 
Spectrum (at%) C Ti V Mo

1 69.50 21.23 2.25 7.01
2 56.25 31.65 2.93 9.17
3 64.82 26.28 1.60 7.29
4 67.55 24.07 1.34 7.05
5 65.60 26.00 1.51 6.89
6 54.84 32.60 2.80 9.76
7 69.90 20.92 2.26 6.92

Figure 16. Fatigue crack initiation examples in no-HIP samples. 
(a) Combined M(Ti, Mo)C and porosity fatigue crack initiation of 

vacuum cast sample; (b) Fatigue crack initiation on porosity of 
vacuum cast sample; (c) Fatigue crack initiation on M(Ti, Mo)C 

carbides of argon cast sample; (d) Quantitative EDS of spots 
indicated

Figure 17. Mean fatigue life across fill conditions and casting 
atmospheres. Error bars representative of data set range. 

Figure 18. Mean fatigue life across processing conditions and 
casting atmospheres. Error bars representative of data set range. 

Figure 19. Mean fatigue life between gating conditions and 
casting atmospheres. Error bars representative of data set range. 

Figure 20. Mean fatigue life between filter conditions and casting 
atmospheres. Error bars representative of data set range.

The results of this study do not indicate that fatigue life is strongly 
related to casting turbulence. Instead, it seems clear that of the 
casting conditions investigated, the most critical was oxygen 
content of the casting atmosphere. Interestingly, HIP did not have 
a significant effect on fatigue life. This is likely related to the fact 
that for many no-HIP samples, the initiation site did not exhibit 
porosity. This suggests that near-surface porosity is not always the 
optimal location for fatigue crack initiation.

Auger Analysis

At least one blade from each blade sample condition (Table III) 
was used to machine Auger pins. Pins from each condition were 
used for in-situ fractographic Auger analysis. AES spectra were 
collected from fractographic regions of interest including: 
Cleavage planes, dendritic porosity, cracked carbides, fracture 
surface facets, and non-metallic inclusions (Figures 21-24). AES 
results did not indicate the presence of bifilms in any sample 

0

50000

100000

150000

200000

Vacuum Argon Air

C
yc

le
s t

o 
Fa

ilu
re

Casting Environment

Top Fill

Bottom Fill

0

50000

100000

150000

200000

Vacuum Argon Air

C
yc

le
s t

o 
Fa

ilu
re

Casting Environment

HIP

Heat Treated

0

50000

100000

150000

200000

Vacuum Argon Air

C
yc

le
s t

o 
Fa

ilu
re

Casting Environment

Turbulent

Conventional

0

50000

100000

150000

200000

Vacuum Argon Air

C
yc

le
s t

o 
Fa

ilu
re

Casting Environment

No Filter

Filter

20 μm

50 μm

(c)

10 μm

Carbides

Porosity

Carbides

1

2

3

4

5

6

7

Porosity

234



condition. Oxide was only detected on the surface of the alumina 
structure of NMIs found in pins machined from air cast samples. 
Sulfur was detected on the surface of dendritic casting porosity
(Figures 24 and 25). 

       (a)

(b)

Figure 21. Fractured Auger pin from top filled air cast blade.
(a) Cracked carbide in microvoid; (b) Corresponding AES 

spectrum

    (a)

                  (b)

Figure 22. Fractured Auger pin from top filled air cast blade. 
(a) Cleavage plane; (b) Corresponding AES spectrum

            (a)

(b)

(c)

Figure 23. Fractured Auger pin from top fill air cast blade. 
(a) NMI exhibiting discontinuous oxide structure; 

(b) Corresponding AES spectrum taken from oxide region; 
(c) Corresponding AES spectrum taken from carbide region

It has been theorized that MC carbide cracking seen in Ni-based 
alloys is also due to the presence of bifilms [1, 5, 7]. The bifilm 
would behave as a heterogeneous nucleation site for the carbide, 
such that carbide cracking observed in fracture samples can be
due to bifilm splitting. In this study, oxide films were not 
observed on the surface of cracked carbides, indicating that they 
would not have nucleated in this manner. Cleavage planes can, in 
some cases, be used as an indication that bifilm splitting has 
occurred [1, 5, 7-9, 17]. In this study, the cleavage planes 
observed did not exhibit oxide films. The oxide inclusions that 
were detected were similar to those seen in SEM fractography of 
tensile samples. Auger analysis indicates that this is a 
heterogeneous structure, consisting of discrete locations of oxide 
on M(Ti, Mo)C carbide.

25 μm

5 μm

5 μm

b

c
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               (a)

  
(b)

Figure 24. Fractured Auger pin from top filled air cast as cast
blade. (a) Dendritic casting porosity; (b) Corresponding AES 

spectrum

It has been theorized that dendritic casting porosity can be formed 
due to the presence of bifilms [1-3, 5, 6, 8, 9, 12-16]. The results 
of this study indicate that dendritic casting porosity investigated 
did not form due to bifilms. If porosity were to form from the 
expansion of an oxide film, it should be detectable on the pore
surface. This was not the case for the samples analyzed. Instead, a 
continuous layer of sulfur was observed. Interestingly, this sulfur 
layer was ubiquitous, and was observable on the surface of every 
analyzed dendritic casting pore.

It has been theorized that non-metallic inclusions observed in Ni-
based superalloy castings originate from the thickening of a new 
bifilm [7]. This thickening is due to exposure of the material to 
elevated temperatures during alloy manufacture, with the bifilm 
acting as a precursor to the formation of more classical oxide 
inclusions. In order to properly state that oxide inclusions found in 
such samples are due to thickening of bifilms, the new bifilm 
precursor would need to be characterized. The absence of bifilms 
in the in-situ fractographic Auger samples indicates that the oxide 
inclusions characterized in this study likely did not form due to 
the thickening of bifilms.

(a)   (b)

(c)

       (d) 

(e)

Figure 25. Fractured Auger pin from vacuum cast heat treated 
sample. Marked region is the same area in images (a) & (b). 

(a) Dendritic casting porosity; (b) Elemental Auger map of sulfur 
for region indicated; (c) Corresponding AES spectrum; (d) depth 

profile of spot indicated in (a). Sputter conditions used produced a 
sputter rate of 2.5nm/min on a Ta2O5 standard; (e) Post-sputter 

AES spectrum of same indicated location

25 μm
25 μm 25 μm
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Conclusions

Tensile properties of IN100 castings were not strongly influenced 
by casting turbulence. HIP has a softening effect, likely due to 
��	
�	�
� åç� 
������������� ��
���� ���������� ���� �
��������
following HIP. Air casting had a deleterious effect on tensile 
properties, increasing scatter and decreasing ductility. Tensile 
failure was due to microvoid formation on cracked M(Ti, Mo)C 
carbides. Non-metallic inclusions observed in tensile samples 
exhibited a heterogeneous morphology, consisting of highly 
discontinuous alumina on stringy M(Ti, Mo)C carbide. These 
inclusions likely did not form due to the thickening of a new 
bifilm precursor. Fatigue life was not strongly influenced by 
casting turbulence. Fatigue crack initiation occurred due to slip 
band formation on near-surface porosity, near surface M(Ti, 
Mo)C carbides, or both. Auger analysis indicates that in these 
samples carbide cracking, cleavage plane formation, and dendritic 
casting porosity was not due to the presence of bifilms. A sulfur 
nano-layer was observed on the surface of dendritic casting pores. 
The findings of this study conflict strongly with previous reports 
pertaining to bifilms. For this reason, substantial further 
investigation is necessary. It is suggested that characterization 
techniques with nanoscale spatial resolution or surface sensitivity 
be used for future efforts to characterize oxide bifilms.
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Abstract

Mathematical modeling is routinely used in the process 
development and production of advanced aerospace alloys to gain 
greater insight into system dynamics and to predict the effect of 
process modifications or upsets on final properties.  This article 
describes the application of a 2-D mathematical VAR model 
presented in previous LMPC meetings.  The impact of process 
parameters on melt pool geometry, solidification behavior, fluid-
flow and chemistry in Ti-6Al-4V ingots will be discussed. Model 
predictions were first validated against the measured 
characteristics of industrially produced ingots, and process inputs 
and model formulation were adjusted to match macro-etched pool 
shapes. The results are compared to published data in the 
literature. Finally, the model is used to examine ingot chemistry 
during successive VAR melts.

Introduction

The basic process of VAR is the continuous melting of a 
consumable electrode by means of a direct current arc in a 
vacuum on the order of 0.1 to 1 Pa. In titanium the consumable 
electrode is manufactured using compacted sponge and master 
alloys or is the output of a previous melt cycle (either VAR or 
Cold Hearth melted) /1/. The consumable electrode is suspended 
in a water cooled copper crucible. A DC electric arc is struck 
between the bottom of the VAR crucible (stool or baseplate) and 
the bottom of the electrode. The electrode melts creating an ingot 
within the crucible. For titanium and titanium alloys, currents can 
range as high as 35 kA with arc voltages typically between 24 and 
45 volts. 

Titanium VAR melting furnaces have an external magnetic coil 
installed around the water jacket as shown in Figure 1.  This
magnetic coil is used to control the motion of the arc and prevent 
its attachment to any particular location on the water cooled 
crucible wall. Any such prolonged attachment could breach the 
crucible and produce a catastrophic failure of the furnace by either 
steam or hydrogen explosion. /2/. Interacting with the current in 
the furnace, the induced magnetic field also stirs the liquid which 
can impact segregation during solidification. 

The mathematical model, SOLAR, (SOLidification during Arc 
Remelting) is routinely used at TIMET for new process 
development and process improvement efforts. The model was 
developed at the École des Mines, Nancy, and over the past 
decade, several papers have been published (including LMPC 
proceedings) describing the model and highlighting its 
capabilities.  In short, the ingot growth during VAR is simulated 
using a two-dimensional, axi-symmetric representation.  The 
model computes the current, temperature, turbulent flow and 
species distribution in the ingot by iteratively solving the 
appropriate governing equations with prescribed boundary 
conditions using the finite volume method. /3-4/.  

The primary focus of this paper is validation of this model using 
available data from published literature /5-6/.  Specifically, the 
predicted pool profile is compared against previously reported 
measurements from 0.914 m (36 inch) and 0.864 m (34 inch) 
diameter Ti-6Al-4V ingots.  Nominal thermo-physical properties 
were used in these simulations /7/.  

Results

VAR ingot 1

As reported /5/, a 0.914 m dia. ingot was melted at a constant 
current of 33 kA and voltage of 44.7 V, which resulted in a 
constant melt rate of 0.45 kg/sec.  A 0.002 T axial stirring field,
reversing every 60 seconds, was applied during this melt.  These 
parameters, along with the nominal thermo-physical properties 
were input into SOLAR.  A uniform mesh, 15mm by 9 mm was 
used in this simulation, and using a time step of 0.015 sec, run 
times on machine with a 2.66 GHz processor was about 24 hrs.  
The output from the model is shown in Figure 2. The VAR 
conditions described produce a very deep liquid pool, reaching a 
depth of nearly 1.5 m at the center.  Also, the pool walls are very 
steep in the top half of the ingot.  Due to the narrow solidification 
range of the alloy, the mushy zone size is relatively shallow. The 
predicted pool depth and profile compare reasonably well with 
measurements reported in the literature /5/. The flow of liquid 
metal in the longitudinal plane (Figure 1A) consists of two 
circulating cells positioned one on top of the other.  Metal moves 
down the central axis and returns along the ingot wall, indicating 
that the flow is driven primarily by electromagnetic forces (note 
that the direction of flow is dependent on the polarity of the 
stirring field).  Maximum velocity is of the order of 0.02 m/sec.  

Figure 1:  Sketch of the VAR Process used in Titanium alloys.
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Figure 2:  Model prediction for the 0.914 m (36 inch) diameter ingot, electrode diameter is 0.762 m (30 inch).  A: Pool 
profile and flow in the longitudinal plane, B: current distribution, C: liquidus isotherm at different times after power off,
D: likely location of macro-shrinkage porosity at the top of ingot, liquid feeding is cut-off at fl=0.45.  Stream lines are in 

Kg/sec.
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Figure 3:  Computed results from the 0.86 m diameter VAR ingot.  
A:  the melt rate profile, B:  pool profiles during different stages 

of VAR, C:  Turbulence intensity in the ingot, D: Predicted 
oxygen segregation in the ingot.
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Figure 2-B shows the computed current distribution in the ingot.  
The magnitude is illustrated by the individual vector lines, and the 
current flow path is shown by the stream-lines (solid lines).  As 
seen, a fraction of the applied current enters the ingot from the 
crucible contact zone on the side of the ingot, while the remainder 
of the current flows down the crucible and enters the ingot from 
the bottom.  It should be noted that the radial current entering 
from the contact zone interacts with the applied axial magnetic 
field to generate the flow in the angular direction.  This flow is 
nearly an order of magnitude higher than the longitudinal flow.  

The liquidus isotherm after power off is shown in Fig. 2-C.  These 
calculations show that it takes nearly 3.5 hrs for the entire ingot to 
solidify.  The model also predicts cavity location, which is shown 
in Figure 1-D.  This analysis indicates that voids would be present 
in the top 0.5 m of the ingot.  

VAR ingot 2

The second case simulated in this study, was a 0.86 m (34 inch) 
diameter, VAR ingot from a 0.76 m (30 inch) diameter, Ti-6Al-
4V electrode /6/.  As reported, this was a carefully planned trial 
where tantalum balls were used at three different times to mark 
different stages of the melt.  The three stages include: bottom of 
the ingot, end of high power, and end of hot top, just before power 
off.  Figure 3-A shows the calculated melt rate, pool depth and 
ingot height for the melt trail.  Vertical lines crossing the ingot 
height correspond to the time that the tantalum markers were 
added.  As in the previous validation exercise, the processing data 
was entered into the model, and simulations were carried out with 
the same set of properties.  Note, the power input was estimated 
from correlations provided in the available literature /8/, and a 
stirring field strength of 0.006 T, with 60 second reversal was 
used in this simulation.  

The predicted pool shapes at the three stages are shown in Figure 
2-B.  At the ingot bottom, the pool is “dish” shaped with an 
essentially flat bottom and a steeply sloping liquidus in proximity 
to the ingot surface.  As the ingot grows the pool profile changes
significantly.  At the end of the high-power stage, the pool is 
approximately 1.3 m deep and has a “U” shaped profile.  When 
the power is reduced during the hot-top, the pool shrinks upwards, 
and just prior to power off, the simulation predicts a more “V”
shaped pool profile with walls of nearly uniform slope.  All three 
predicted pool shapes match reasonably well with the 
measurements of pool depth and profile reported in reference /6/.  

The predicted turbulence intensity (ratio of turbulent to laminar 
viscosity) in the molted pool at ingot length of 1.72 m is shown in 
figure 3-C.  The turbulence is not uniform within the pool, but is 
higher at the top of the ingot where there is significant angular 
velocity.  This, in turn, results in lower temperature gradients at 
the top of the pool.  Deeper in the pool, the stirring subsides and 
turbulence diminishes.

The model also predicts macro-segregation, and the predicted 
oxygen content in the final ingot is shown in figure 3-D.  Since 
oxygen segregates negatively during solidification (K>1), there is 
enrichment of 2 to 5 % at the surface of the ingot, whereas the 
center is depleted in oxygen by nearly 10%.  These trends are 
consistent with a similar modeling study published in the 
literature [9].    

Concluding Remarks

Two production size ingots Ti-6Al-4V VAR ingots were 
simulated using the SOLAR code.  Modeling results indicate,
significant changes to the pool evolution during a complete VAR 
melt cycle.  In both cases, the predicted pool shapes, location of 
the shrinkage cavity and macro-segregation pattern compared 
reasonably against data available in the literature /5, 6, 9/. This 
model is being routinely used to determine the effect of melting 
variables on metallurgical parameters.  Figure 4 below shows the 
oxygen re-distribution, when the 0.86 m dia. electrode is melted 
into a 0.914 m dia. ingot using same melting conditions.

Figure 4: Computed oxygen distribution in a 0.914 m dia. VAR 
ingot, melting conditions are from VAR ingot 2, Fig. 3.
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Abstract

It is believed that the final microstructure in vacuum
arc remelted (VAR) ingots is strongly influenced by the
molten metal pool profile. Thus, if the pool profile was
properly controlled during the melt then defect-free mi-
crostructures would be obtained. The recent development
of a reduced-order model of VAR solidification allowed the
design of a pool depth controller to accomplish this task.
The controller used a linear quadratic regulator and a
Kalman filter to stabilize the melt pool solidification front
under the effect of uncertain process dynamics and noisy
measurements. Basic Axisymmetric Remelting (BAR),
a high-fidelity VAR ingot model, was used in real time
to provide pool depth measurements that were incorpo-
rated in the control loop. The controller was tested at Los
Alamos National Laboratory in a 21.6 diameter Alloy 718
ingot. Details of the controller design will be presented,
along with comparisons to experimentally-measured pool
depths.

Introduction

Vacuum Arc Remelting (VAR) is a secondary melting
process used for producing fully-dense homogenous in-
gots. These ingots are expected to be free from macroseg-
regation, porosity, shrinkage cavities, and other defects
that result from uncontrolled solidification processes. The
VAR process involves the loading of a cylindrical metal
electrode into a water-cooled copper crucible. Current
passes through the electrode resulting in a DC arc being
struck between the electrode (cathode) and some start
material on the bottom of the crucible (anode). The arc
eventually melts the bottom of the electrode and the start
material. Molten metal will fall into the bottom of the
crucible and form the ingot. During the solidification pro-
cess, a liquid metal pool exists on the top of the ingot;
the metal will be in three phases: liquid, liquid-solid mix-
ture (mushy zone), and solid. As the electrode melts, it
is translated down toward the anode pool to keep the gap
between the electrode and metal pool constant.

Industrial VAR practice usually involves production of
ingots of 50 cm diameter. Even larger diameter forging
stock is desirable but the increasing risk of forming so-
lidification defects limits the size of VAR ingots. Inad-

equate control of the solidification front in large ingots
may result in macrosegregation defects known as “freck-
les”, which appear as thin channels extending towards
the center of the ingot. It is believed that the collec-
tive effects of interdendritic fluid flow and concentration
gradients within the mushy zone result in the formation
of freckles. It was reported by Kou [11] that macroseg-
regation increases with increasing depth of mushy zone
and decreasing solidification rate (higher local solidifica-
tion time). The opposing case, a shallow pool depth and a
higher solidification time, may result in a different kind of
macrosegregation defects called solidification white spots.
Therefore, it is clear that it is necessary to understand
and control the factors affecting the geometry of the liq-
uid pool profile - and, as a result, the local solidification
time - in order to prevent macrosegregation defects from
occurring in vacuum arc remelted ingots.

Although ingot solidification is the crucial part of
the remelting process, which defines the microstructural
properties of the obtained material, it is not directly con-
trolled in usual industrial VAR practice. Years ago, it
was common for remelting companies to control the DC
current sent to the furnace and assume that, by doing
so, the solidification front will be controlled. Modern day
VAR practice usually calls for some form of melt rate
control using load cell feedback, although it is possible to
perform melt rate control without them [6]. Current con-
trol is still employed at the beginning and end of melting
where melt rate control using load cell feedback is diffi-
cult. Extensive testing was used for companies to develop
what is called a melt recipe, which defined how melt rate
and current should be changed during the melt in order
to obtain a defect-free microstructure. Such an approach
lacks robustness and treats the whole process as a black
box as there is no information of how the solidification
front is being affected by the varying current.

In the past years, the Specialty Metals Processing
Consortium (SMPC) has worked on the development of
model-based controllers for the VAR process. These con-
trollers combine uncertain measurements with knowledge
of the physics of the process to provide improved esti-
mates of process parameters used to stabilize the melt
even under process upsets. The developed control algo-
rithms have been implemented into the SMPC Advanced
VAR Controller (AVARC). This controller has separate
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routines for the electrode gap and for the solidification,
which is controlled differently depending on the operat-
ing mode. The electrode gap is controlled by changing the
ram speed using estimates coming from voltage measure-
ments or drip-short frequency, as proposed by Hysinger
[9]. The current reference is defined by the process con-
troller to stabilize the melt. The SMPC VAR controller
has three operating modes: current control, melt rate
control, and pool power control, which is defined as the
total amount of power flowing into the liquid pool [13].
These controllers were seen as significant improvements
but there was still no way to control solidification. The
main impediment came from the lack of an appropriate
ingot solidification model that could be used for estima-
tion and control of VAR.

A reduced-order model of ingot solidification in VAR
was developed exclusively to be used for pool depth con-
trol [5]. A first implementation of the pool depth con-
troller, running in an open-loop mode, was reported in
[14]. The author suggested that the performance of the
controller could be improved with the inclusion of some
means of measurement feedback for pool depth, and pro-
posed that a high-fidelity ingot simulation could be used
to provide the required pool depth measurements. Based
on the idea described by Williamson, Basic Axisymmetric
Remelting (BAR) was embedded in the pool depth con-
troller to provide real-time measurements of the geometry
of the liquid pool profile.

This paper describes the implementation and testing
of a method of dynamic pool depth control for the VAR
process, using feedback from a multiphysics ingot model,
capable of stabilizing the solidification front at a desired
reference. The experimental validation was performed at
Los Alamos National Laboratory (Los Alamos, NM). A
full treatment of the mathematical development under-
lying the controller has been reported elsewhere [4]. A
concise description of the proposed process controller and
estimator are given in the upcoming sections, followed by
a depiction of the implementation of a high-fidelity com-
putational model in the control loop. Experimental re-
sults confirming the accuracy of the proposed controller
in the steady state part of the melt and conclusions are
given at the end of the paper.

Reduced-order thermal model

Modeling of VAR has been studied extensively both in
the industrial and academic worlds [16, 7, 10, 1] at the
macroscale and microscale levels. VAR is a multiphysics
process with involves not only heat transfer, but also fluid
dynamics, mass transfer, phase transformations, and elec-
tromagnetics [15]. Macroscale models have been used for
prediction and for comparative study of the interaction
between all energy domains, while microscale models were

used to study the mechanisms that produce defects and
segregation problems.

The models found in the literature show good accuracy,
but they are not suitable for real-time control applications
due to the simplifying assumptions used in their develop-
ment or due to the extensive number of state variables
used to model the process. A reduced-order model devel-
oped specifically for estimation and control purposes was
presented in [5]. This approximate thermal model seeks
to predict liquid pool shape dynamically when input cur-
rent and melt efficiency are given. The nonlinear system
is solved using Galerkin spectral methods [8], linearized
about nominal conditions and finally reduced when fast
modes are removed. However, because this model ac-
counts only for the solidification process it must be used
with a different reduced-order model that accounts for
the melting of the electrode [6]. The models have been
linearized about the nominal operating point because in a
real melt there is a short start-up period after which the
majority of the melt occurs in quasi-steady conditions.

The dynamic equations of the reduced-order VAR
model have the form

δẋ = Aδx+Bμδμ+BIδI (1)

δy = Cδx (2)

where δx is the perturbation in the n state variables, δμ
is the perturbation in melt efficiency which is modeled as
an uncontrolled input, δI is the perturbation in melting
current, and δy is the perturbation in the vector of pool
depths at the radii where pool profile is measured.

Pool depth control

A diagram showing the overall controller architecture for
the pool depth controller, using feedback from a com-
puter simulation, is shown in Figure 1. The reduced-order
model is used to design a pool depth controller and a pool
depth (ingot) estimator. These new tools are designed to
work with the electrode estimator, developed by Beaman
[6].

Reference values are given to the controller as an elec-
trode gap reference and a pool depth reference. In this
first implementation, only one pool depth reference is sent
to the controller; however, the pool depth controller is
also capable of handling the more general case of hav-
ing more than one reference pool depth at different radii.
The accuracy of the control system in this case could
be decreased as the controller would attempt to meet all
the given references by minimizing deviations from de-
sired values. The VAR pool depth controller is internally
composed by two separate controllers: one for the elec-
trode gap, and another for the liquid pool profile. The
dynamics of the two systems are assumed independent.
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Figure 1: Pool depth control of VAR

Electrode gap is controlled by changing the ram speed
in the furnace independently of the melting conditions.
However, control of ingot solidification involves using the
reduced-order model to invert the dynamic equations of
the system and compute the required value of current
that would drive the system to desired conditions. The
pool depth controller computes the inputs (current and
ram speed) to be sent to the furnace based on estimated
electrode states, ingot states, and gap. Two separate es-
timators are used to reconstruct the states: one for the
electrode and one for the ingot.

Furnace measurements (i.e., voltage, current, electrode
weight, drip-short frequency) are sent to the electrode es-
timator along with the inputs fed to the furnace. The
electrode estimator returns electrode states (electrode
thermal boundary layer), estimated electrode gap, esti-
mated instantaneous melt rate, and estimated melt ef-
ficiency. A high-fidelity computational model is run in
parallel with the melt using the instantaneous melt rate
obtained from the electrode estimator, and current and
voltage coming from the furnace. More details on the
implementation of this computational model are given in
the upcoming sections. The high-fidelity model is used
to provide measurements of the liquid pool profile, which
could not be measured in real-time in any other way, that
are sent to the ingot estimator. The ingot estimator re-
turns estimates of the ingot states (i.e., indicators of the
enthalpy distribution in the ingot) that are sent back to
the pool depth controller.

The model used for control is only an approximation
of the highly complex dynamics of VAR and all measure-
ments in this process are known to be noisy. Therefore,
uncertainty plays an important role in the design of the
process controller. A Linear-Quadratic-Gaussian (LQG)
strategy was used to design an optimal controller solving
the linear quadratic regulator equations, and a Kalman

Filter for optimal state estimation. The LQG controller
returns the required optimal input even under model un-
certainty and noisy measurements. A detailed description
of the Linear Quadratic Gaussian controller can be found
in the tutorial paper by Athans [3].

Current corrections are computed to make liquid pool
depth coincide with the desired values at m radii ri as
shown

I = I0 + δI (3)

δI = −Kxδx−Kμδμ−Krefδyref (4)

δyref =

⎡
⎣ δSpoolref (r1, t)

· · ·
δSpoolref (rm, t)

⎤
⎦ (5)

where the control gains matrices Kx, Kμ and Kref are
defined by the linear quadratic regulator. A detailed de-
scription of the linear quadratic controller is given in the
full paper [4].

Pool depth estimation

The proposed structure for the controller would be able
to drive the system to the desired pool depth if both the
model and the measurements are perfect, i.e. process and
measurement noises are zero. However, it is known that
electrode gap measurements, based on voltage or drip-
short frequency, are inherently noisy and uncertain, and
there is no way to measure the liquid pool depth directly
in real-time.

Kalman filters have been successfully used in the esti-
mation and control of remelting processes [6, 2]. Kalman
filters are used to construct optimal estimates based on
uncertain measurements and a low-order approximation
of the physical process.

In the Kalman filter, everything is developed under
the assumption that all random variables are modeled
as white noise processes. However, the change in melt
efficiency is better described by a random walk process,
so a way to express perturbation in melt efficiency as a
white noise is required. Although we cannot model melt
efficiency as a white noise sequence we can still do so with
its increments. Thus, the state vector is augmented to in-
clude an extra variable: perturbation in melt efficiency,
whose increments are modeled as white noise. In this
case, it is assumed that process uncertainty comes only
from inaccuracies in the values of I and μ.
The continuous-time dynamic system was transformed

into a discrete-time process, because most measurements
are available only at discrete times. The continuous-time
equations are transformed into the discrete-time dynamic
equations of the augmented system, given by equation
(7) where Φ denotes the state transition matrix, x is the
augmented state vector, u is the input vector, and w is
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Table 1: PROCESS NOISE LEVELS.

Parameter Noise strength
Current (wI) 120 A

Melt efficiency rate (wμ) 0.01 μ0

the process uncertainty.

[
δx
δμ

]
n+1

= Φ

[
δx
δμ

]
n

+ ΛδIn + Γ

[
wIΔt
wμ

]
n

(6)

xn+1 = Φxn + Λun + Γwn (7)

The measurement equation is modified as well to in-
clude melt efficiency, which is now a state that can be
“measured” from the electrode estimator, as shown in
Figure 1. Uncertainty caused by noisy measurements,
both for pool depth and melt efficiency, is included in
the form of the vector v and is observed in the vector of
augmented measurements y shown in equation (9).

[
δy
δμ

]
n

=

[
C 0
0 1

] [
δx
δμ

]
n

+

[
vPD

vμ

]
n

(8)

yn = Hxn + vn (9)

One more set of matrices are required to derive the
Kalman gain matrix, namely, the covariance matrices cor-
responding to the process and measurement noise vectors
wn and vn. Noise terms are modeled as zero-mean white-
noise random sequences. As a result they are defined
completely by their covariance matrices. The process co-
variance, usually denoted Q, is defined as a diagonal ma-
trix to denote that the noise terms are not correlated. The
measurement covariance, usually denoted R, contains the
uncertainties related to the pool depth measurements at
m radii and the estimated melt efficiency, which is a mea-
surement returned by the electrode estimator described in
[6].

The levels of process noise and measurement noise used
for the design of the Kalman filter are shown in Tables
1 and 2. The noise strengths are the standard deviation
of the parameters. Some of these standard deviations
were obtained from experiments, as in the case of the
current. Melt efficiency noise strength was obtained from
computer simulation, and the others were defined based
on empirically realistic values.

The estimates obtained with the Kalman filter are used
by the LQR to compute the optimal inputs as the true
value of the state variables is never known exactly. A
detailed description of the Kalman filter is given in [4].

Table 2: MEASUREMENT NOISE LEVELS.

Parameter Noise strength
Pool depth at centerline (nPD) 6.0 cm

Pool depth at 0.7ri (nPD) 0.2 cm
Estimated melt efficiency (nμ) 2.33 ×10−5
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Figure 2: Proposed control strategy

LIQUID POOL DEPTH VIRTUAL
MEASUREMENTS

An obvious inconvenience with the proposed controller
and estimator is that no direct measurements are avail-
able for the liquid pool profile of the ingot in the furnace.
If no measurements are available from the furnace then
the system is unobservable and, therefore, accurate pro-
cess control is not possible. Although today’s technology
does not provide with an accurate way of measuring the
pool profile or the temperature distribution in the ingot, a
high-fidelity computational model such as Basic Axisym-
metric Remelting (BAR) could be used to improve the
observability of the system and the overall performance
of the controller. BAR, which is the closest approxima-
tion available to the actual melt, would be used as a non-
invasive method to provide virtual measurements of the
parameters that cannot be measured in any other way.
Because liquid pool profile is known to be related to de-
fect formation in VAR, it will be monitored and controlled
throughout the melt. If other parameters are reported to
be related to other solidification defects, they would be
included in the high-fidelity model and the control system
in a similar way.

BAR was not intended to be used in process control
systems but to study the physical conditions that would
lead to the formation of defects in remelting processes [7].
The structure of the model had to be modified so that it
could be run in parallel to the actual melt. BAR is run
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with the same inputs that are sent to the actual furnace
(i.e., current, voltage, melt rate, and helium pressure) to
ensure that the model and the furnace are synchronized.
The desktop computer was used for the real-time imple-
mentation of the computational model. BAR is used to
provide a measurement of the temperature distribution in
the solidifying ingot. These temperature measurements
can be used to get an estimate of the liquid pool profile
using a linear interpolation to find the location where the
liquidus temperature occurs. The pool depth measure-
ments can be obtained for as many radial locations as
required.

In the case presented in this paper, only two virtual
measurements were used to improve the observability of
the control system. The locations where the measure-
ments are taken are carefully chosen to get measurements
that are representative to describe the liquid pool profile.
The centerline pool depth and that of r = 0.7ri are used.
The centerline pool depth provides information about the
maximum liquid pool depth in the ingot, and 0.7ri is a
representative mean radius for which the internal cross-
sectional area is the same as the external cross-sectional
area. The two virtual measurements are not treated with
the same uncertainty, as shown in Table 2. The physi-
cal properties used for the thermal model were calibrated
to match BAR liquid pool depth predictions at 0.7ri in
steady-state, but the same properties result in an offset
for the pool depth predictions at the centerline. In or-
der to follow closely the prediction at the mean radius,
a very small uncertainty is used for this virtual measure-
ment compared to the one of the centerline.

IMPLEMENTATION OF THE POOL DEPTH
CONTROLLER

The LQG pool depth controller was successfully imple-
mented in SMPC AVARC. The new pool depth con-
trol tool was tested at a laboratory-scale furnace in Los
Alamos National Laboratory using Alloy 718 in July 2011.
A 15.2 cm electrode was melted into a 21.6 cm ingot.
More information about the furnace and the material used
for the test is given in Tables 3 and 4.

The goal of the experiment was to prove that the pro-
posed estimation strategy, using a computational model
in real-time to provide pool depth measurements, resulted
in stable pool depth control around the reference pool
depth; and that the pool depths predicted by the pool
depth controller coincide with profiles measured experi-
mentally.

As a first step in the development of this new gener-
ation of controllers, only one pool depth was monitored
and controlled. The pool depth at 0.7ri was chosen as
the most representative pool depth because it is an aver-
age value for which the internal area equals the external

Table 3: FURNACE PARAMETERS.

Parameter Value
Electrode radius 7.62 cm
Ingot radius 10.8 cm

Nominal current 2800 A
Nominal voltage 23.5 V
Nominal melt rate 34 g/s

Nominal electrode gap 1.0 cm

Table 4: THERMOPHYSICAL PROPERTIES OF AL-
LOY 718.

Property Value
Melt temperature 1623 K

Density 7.75 g/cm3

Heat capacity 0.65 J/g K
Latent heat 210 J/g

Solidus enthalpy 762.4 J/g
Liquidus enthalpy 1070.0 J/g

Thermal diffusivity (solid phase) 0.0637 cm2/s
Thermal diffusivity (liquid phase) 0.0676 cm2/s

one. Although only one pool depth will be monitored
in the controller, two measurements will be used in the
estimator.

Virtual pool depth measurements are recorded from the
beginning of the melt. However, they are included for es-
timation only when the measurements are close to the
estimated pool shape, starting with the line denoted as
BAR Feedback in Figure 3. It can be seen that the dy-
namics of the estimates and measurements are a lot closer
after feedback is turned on. The reason for this is that
the reduced-order model is based on a steady-state ap-
proximation so it is valid only close to steady-state. In
the beginning of the melt the ingot is very small and
just starting to solidify, so controlling the pool profile
would not make much sense. The melt was started in
current control mode and pool depth control was turned
on approximately at 0.05 hours, as shown in Figure 3 with
the first vertical dashed line. The pool depth estimator
was turned on at 0.28 hours, as marked with the sec-
ond vertical dashed line. After the pool depth estimator
was turned, a series of step inputs were used to perturb
the pool depth reference in order to test the behavior of
the controller in a tracking problem. Experimental re-
sults show that once the virtual measurements have been
included in the estimator, the measured pool depth for
the mean radius and the estimated one match. A small
amount of steady state error can be seen, but its value
is negligible compared to the desired liquid pool depths.
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Small oscillations are shown after step changes in pool
depth reference but they disappear quickly.

In a real melt the desired liquid pool shape will, most
likely, be kept a constant value in order to prevent
macrosegregation. The case of a constant reference pool
depth of 12.6cm was tested from 0.86 to 1.06 hours. In
this part of the experiment the controller showed good
performance and was able to maintain the predicted liq-
uid pool depth close to the desired value. It should be
noted that the current required to stabilize the system
at the desired pool depth was 2300A, which is below the
nominal value of current because the pool profile in this
experiment was a little shallower than the nominal one.

Pool profiles

A comparison between the pool profiles predicted by BAR
and those measured experimentally is given in Figure
4. To measure the pool profiles, the ingot was sec-
tioned lengthwise to expose the mid-plane, which was
then ground and macro-etched to reveal the solidification
microstructure. The etched surface was then digitally
photographed at different locations across the surface us-
ing a SLR camera with a macro lens, stitched to form
a mosaic, and digitally merged into a single image. Ex-
posed pool outlines due to tree rings or freckle channels
where then manually marked and exported into Matlab
for plotting and comparison. Additional details on this
procedure can be found in [12]. BAR predictions of liquid
pool profiles were obtained from the temperature distri-
butions returned by the computer simulation for five dif-
ferent instants of the melt: 0.5, 0.7, 0.9, 1.1, and 1.3 hours
after the arc was struck. The correspondent profiles are
shown as profiles A to E in the figure.

Agreement between predicted and measured pool
depths is seen in the quasi steady part of the melt, as seen
in profiles C and D which are close to the pool depths
measured manually. A large discrepancy is observed in
the early stage of the melt, shown in profiles A and B.
Also, different behavior can be seen on each side of the
axis close to B. The profiles observed on the right hand
side show a steeper slope than the profiles on the left hand
side. A similar asymmetric profile is observed close to the
profile A. The VAR furnace at Los Alamos National Lab-
oratory does not have co-axial power feeds and this may
have resulted in asymmetric pools due to arc steering by
stray magnetic fields. BAR, the high-fidelity model, is an
axisymmetric model and will not be able to describe any
asymmetric behavior. A three-dimensional model would
be required for such a task.

The discrepancy between the computational model
used for pool depth feedback and the pool depths mea-
sured experimentally can be very problematic for the pro-
cess controller. Mainly because the controller attempts to
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Figure 4: Comparison between predicted and measured
liquid pool profiles
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Figure 3: Experimental results

control pool depth based on the assumption that the pool
depth measurements are accurate. Better agreement has
been reported in past experiments for this same model [7].
A more accurate computational model may also result in
a better pool depth controller that could be used for the
entire melt. The current version of the pool depth con-
troller is based on a linear approximation of highly non-
linear dynamics, and therefore, is valid only when close
to the nominal operating conditions. The high-fidelity
model is also accurate in this region proving that the pool
depth controller using feedback from a high-fidelity model
results in accurate quasi-steady control of the liquid pool
depth in the solidifying ingot.

Conclusions

It is believed that if liquid pool shape, closely related
to local solidification time (LST), could be controlled
precisely to stabilize the solidification zone in the ingot,
larger diameter defect-free ingot alloys could be produced.
A new generation of VAR controllers was designed to con-
trol the liquid pool shape based on the stochastic Linear-
Quadratic-Gaussian (LQG) problem. One obvious prob-
lem with this approach is that the liquid pool shape can-
not be measured directly from the ingot. In order to solve
this observability problem a high-fidelity model that de-
scribes the solidification of the ingot in a VAR process is
incorporated in the control system. The furnace and the
computational model are synchronized by using the same
inputs in both systems (i.e., current, voltage, and melt

rate) and using equal time steps.

The measurements coming from the high-fidelity
model, just like the real ones, are subject to bias and
noise. An estimator based in a steady-state Kalman filter
was designed to provide accurate state estimates given
a reduced-order solidification model and measurements
coming from the high-fidelity model. The new controller
was successfully implemented in a laboratory-scale fur-
nace in Los Alamos National Laboratory in July 2011
showing a stable response and that the liquid pool depth
predicted by the computational model could be driven to
any desired reference. The pool depth controller showed
a good performance under the assumption that the high-
fidelity model accurately predicted the liquid pool profiles
obtained in reality. Pool profiles were measured experi-
mentally in the ingot to validate the hypothesis.

Agreement between predicted and measured pool
depths is observed for the steady-state part of the melt.
However, large discrepancies were observed between the
pool profiles predicted by the high-fidelity model and the
ones measured manually at the beginning of the melt.
The accuracy of the pool depth controller is highly depen-
dent on the accuracy of the high-fidelity model. There-
fore, a more accurate model is required for more accu-
rate pool depth control, especially for the highly-transient
parts of the melt, such as start up.

The controller proposed in this paper is based on a
linear model which is valid when close to steady-state
melting conditions. In the experiment reported in this
paper, the melt was just starting to reach steady-state
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when the melt ended. The performance of the controller,
and the accuracy of the computational model used for
feedback, are expected to be better in the case of a larger
ingot where most of the melt occurs in steady-state. A
dynamic controller would be required to improve accu-
racy in cases where the melt does not reach steady-state
conditions, e.g. when melting titanium alloys.
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SIMULATION OF RADIATION HEAT TRANSFER IN A VAR 
FURNACE USING AN ELECTRICAL RESISTANCE NETWORK

A. Stewart Ballantyne
MeltMet Technologies LLC; 3208 Mattia Ct; Charlotte, NC 28270, USA

Keywords: VAR, radiation, arc, model, electrical analogy, resistance network

Abstract

The use of electrical resistance networks to simulate heat transfer 
is a well known analytical technique that greatly simplifies the 
solution of radiation heat transfer problems. In a VAR furnace, 
radiative heat transfer occurs between the ingot, electrode, and 
crucible wall; and the arc when the latter is present during 
melting. To explore the relative heat exchange between these 
elements, a resistive network model was developed to simulate the 
heat exchange between the electrode, ingot, and crucible with and 
without the presence of an arc. This model was then combined 
with an ingot model to simulate the VAR process and permit a 
comparison between calculated and observed results during steady 
state melting. Results from simulations of a variety of alloys of 
different sizes have demonstrated the validity of the model. 
Subsequent simulations demonstrate the application of the model 
to the optimization of both steady state and hot top melt practices,
and raises questions concerning heat flux assumptions at the ingot 
top surface. 

Introduction

One of the important elements in the formulation of a 
comprehensive model for the VAR process is the simulation of 
the heat distribution in the vacuum arc. From a process modelling
standpoint, a time-averaged description of heat transfer between 
the arc, electrode, ingot, and crucible wall would enable 
specification of the ingot top boundary condition in terms of 
furnace operating parameters which are readily available to a 
process engineer. At the completion of melting when no arc is 
present and the furnace is still under vacuum, heat transfer 
between the ingot, electrode, and crucible wall occurs essentially 
by means of radiative exchange between these surfaces. The 
solution of such heat transfer problems involving multiple 
reflections and re-reflections between “shiny” surfaces can be a 
very cumbersome, time-consuming exercise if ray tracing 
methods are used. However such radiation heat transfer problems 
can be solved much more readily through the use of an analogous 
electrical network in which current flow corresponds to heat flow, 
and voltage nodes correspond to radiation emitting surfaces. Once 
this formulation has been completed, a power source representing 
the arc may be introduced to permit calculation of the appropriate 
heat exchange between the relevant surfaces. While this approach 
ignores the detailed spatial energy distribution within the arc such 
as that due to anode and cathode falls, it does capture the overall 
energy balance in the system and, if successful, could lead to 
development of a macro process model to assist in the 
development of VAR practices.

Basic Network Elements

In the electrical analogy approach to solving radiation heat 
transfer problems, a typical surface element (Figure 1a) consists 
of a surface node �ë"�having a “voltage” representing the Stefan-

Boltzmann 
��������� �É�4), connected through a resistor to a 
radiosity node (J) representing the net radiation (both emitted and 
reflected) emanating from the surface. The value of the resistor 
connecting the surface node and the radiosity node can be shown1

to be (1-"{<ì� ��
�� � ��� ��� ��
����� ����������� ���� <� ��� �he 
surface area. A simple network involving heat exchange between 
two surfaces (Figure 1b) consists of the two surface nodes 
connected to two radiosity nodes which are then joined to each 
other by a connecting resistor. This connecting resistor represents 
the amount of radiation emanating from one surface which 
reaches the second surface, and depends on the emitting surface 
area and the view factor or fraction of emitted radiation from 
surface 1 which reaches surface 2. The value of this connecting 
resistor is given by 1/A1•F12 where F12 is the view factor from 
surface 1 to surface 2; or by 1/A2•F21 by the reciprocity theorem1.
In the resistive network, the potentials of the radiosity nodes can 
��� ����
������ ��� �		������ ?�
������� ���� �§'���� ������ ¸� $"� ���
each node and solving the resulting two simultaneous equations. 
This approach can then be expanded to construct a resistive 
network for a multi-surface problem as found in a VAR furnace.

Figure 1.  Network analysis elements

Resistive Network Without an Arc

Using a resistive network approach, the heat exchange between 
the ingot, electrode and crucible wall may be represented by the 
simple network shown in Figure 2. `����� ëI�� ëE�� ���� ëC

�	
��������� ��� ��������� 	���
� �É�4) of the ingot, electrode, 
and crucible wall surfaces are connected to nodes J1, J2, and J3 
representing the radiosity of each surface. The resistors RI, RE, 
and RC relate the radiosity to the Stefan-Boltzmann radiation 
from each surface. The resistors RIE, RIC, and RCE which join 
pairs of radiosity nodes are evaluated from the respective surface 
area and view factor for each radiosity pair. Since some of the 
heat that reaches the electrode surface will be conducted into the 
electrode and lost to the crucible wall, an additional resistance 
representing this loss has been added to complete the circuit 
(Figure 3). The current flow (heat flow) in this leg is not 
calculated as part of the network solution, but is evaluated 
separately with a one-dimensional electrode model.
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Figure 2.  Network analysis for radiative exchange between
electrode tip, ingot, and crucible wall

Figure 3. Network analysis incorporating conduction into stinger

The underlying assumptions made in this network (Figure 3) are 
that all surfaces are grey bodies and are isothermal, the latter 
assumption being reasonably valid for the electrode and the 
crucible wall, but decidedly invalid for the ingot surface. To 
accommodate this fact, the ingot surface was divided into eleven 
concentric rings each of which was assumed to be isothermal. As 
each ring was added to the network, the group of resistors within 
the encircled region was replicated with the resistor values being 
adjusted for the different ring areas and view factors (Figure 4). 
The result was a network comprised of eleven radiosity nodes for 
the ingot and one each for the electrode and crucible wall. View 
factors between the rings, the electrode and the crucible were 
calculated from the geometrical relationship between these 
elements. The application of Kirchoff’s law at each radiosity node 
resulted in a system of thirteen simultaneous equations which 
were solved repetitively to calculate the heat transfer rates within 
the furnace in the absence of an arc. In this form, the electrical 
network in combination with an ingot model could be used to 
predict the post-melt solidification of an ingot once the arc has
been extinguished. However, greater value could be derived from 
the model if it could be expanded to include a heat source 
representing the arc, and then coupled with an ingot model where 
it could provide the top boundary condition.

Figure 4.  Modified network analysis to incorporate multiple ingot 
nodes

Resistive Network With an Arc

The introduction of a heat source into the resistive network first 
required a decision as to what physical form the source should 
take to represent a diffuse arc between the electrode and the ingot. 
The geometry of this pseudo-arc in relation to the electrode, ingot 
and crucible would determine the view factors needed to 
formulate the resistance network. Neither a point source nor a 
spherical source was felt to be physically compatible with the 
geometry of a gap between the ends of two cylinders.

Figure 5.  Introduction of planar heat source to simulate arc

As a result, the source was assumed to be represented by an 
opaque circular plane situated midway between the electrode and 
the ingot, and having a diameter equal to the average of the 
electrode and ingot diameters. This plane divided the arc gap 
horizontally (Figure 5) and was assumed to emit radiation 
uniformly and equally above and below the plane as would a 
uniform diffuse arc. This modification required the insertion of an 
arc node into the network at the location shown in Figure 5.

Because the arc was assumed to be opaque, the crucible wall was 
divided into two regions, above and below the plane of the arc 
since radiation from the upper surface of the arc plane would not 
fall on the lower region of the crucible wall and vice versa (Figure 
6). 
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Figure 6. Network analysis for an opaque arc

Initial calculations with this model however yielded ingot top 
temperatures that were thought to be excessively high. Since the 
arc consists of a plasma and intermittent arc columns which 
continually move over the entire electrode surface, it was felt that 
a more realistic approach would be to assume that the arc plane 
was transparent. This meant that the electrode and ingot could see 
each other for a significant fraction of the time, and that the 
electrode and ingot surfaces could also see an expanded portion of 
the crucible wall through the arc. This assumption required the 
addition of a series of resistors (RIEi) connecting the radiosity 
node of each annular ring on the ingot to the electrode radiosity 
node (Figure 7).

Figure 7.  Modified network analysis for a transparent arc

Additionally, the resistances between the electrode and the 
crucible (REC + RC), and the ingot and the crucible (RICi + RC) 
had to be modified since each of these surfaces could now see an 
expanded crucible wall area through the transparent arc. 
J������*�����������ëC and J13 radiosity nodes above and below 
the arc plane are identical, the network was rearranged to that 
shown in Figure 8.

The assumption that liquid metal leaves the electrode at the 
liquidus temperature and arrives at the ingot at a superheated
temperature above the liquidus requires the addition of a heat sink 
to withdraw this energy from the arc, depending on the specific 
heat of the alloy and the melt rate of the process.

Figure 8.  Modified network combining ëC and J13 nodes, and 
adding a latent heat sink

The final modification to the resistance network was the inclusion 
of an additional power source representing the current flow from 
the electrode to the crucible wall above the arc gap. Axial voltage 
measurements along the crucible wall during melting confirm the 
presence of this side arc which has been estimated to account for 
45% of the total current flow4. For the purpose of inclusion in the 
model, the physical representation of this arc was assumed to be 
that of a transparent concentric cylinder located midway between 
the electrode surface and the crucible wall (Figure 9). 

Figure 9. Physical representation of the side arc in VAR

The power generated in this side arc was defined as a percentage 
of the total furnace current, and was apportioned between the 
electrode and the crucible wall based on the view factors between 
these surfaces and the arc cylinder (Figure 10). Since the spatial 
distribution in the axial direction was of secondary concern with 
regard to the heat balance, the heat flows from the side arc to the 
electrode and crucible wall were concentrated in single nodes, J18 
and J19. The end result of these changes is a resistive network 
(Figure 10) with nineteen radiosity nodes for which a solution 
must be obtained. Removal of the arc at the completion of melting 
leads to the network shown in Figure 11 which is equivalent to the 
original post-melt solidification network of Figure 2.
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Figure 10.  Final resistance network incorporating axial and side 
arcs in VAR

Figure 11.  Post-melt network for final ingot solidification

Model Verification

Obtaining a solution to the resistive network equations requires 
specification of several parameters, notably the surface 
emissivities and the percentage of the melt power dissipated in the 
side arc. To determine which emissivities were the most critical, a 
sensitivity analysis was performed in which changes in the 
predicted melt rate were related to changes in the independent 
variable. The percentage change in melt rate due to a comparable 
percentage change in the selected emissivity (Figure 12) reveals 
that the electrode tip emissivity is the most critical parameter 
followed closely by that of the ingot pool. The emissivities of the 
crucible wall and electrode/stinger surface were of intermediate 
importance while that of the solidified ingot surface was minimal. 
The emissivities of the electrode tip and ingot pool were each 
assumed to be 0.2 since both are reflective molten metal surfaces. 
The crucible and stinger emissivities were assumed to be 0.4, 
being associated with duller, rougher surfaces.

An estimate of the power distribution between the axial arc and 
the side arc was obtained from the relative resistances of the arc 
gap and the annulus with the assumption that these resistances are 

Figure 12. Effect of emissivity changes on melt rate

much greater than other resistances in the circuit7. The resistance 
of the electrode-������ ��	� �Ò_{<"� ��� ����������� ��� ��� !Ò�{¶|2

while that of the electrode-�
������� ��	� ��� Ò�{¶|� ��
�� ��
represents the arc gap; a, the annulus; h, the electrode height over 
which the side arc is distributed, and D, the axial and side arc 
diameters which are assumed to be equal. The ratio of gap 
resistance to annulus resistance is thus given as 4g•h/a•D. Voltage 
measurements3 on the crucible wall during melting of a 500 mm 
diameter ingot of alloy 718 reveal that the voltage gradient drops 
to zero approximately 100 mm above the arc gap. For a typical 
~430 mm diameter electrode, the height of the side arc would be 
~0.25•D. The ratio equation thus becomes g/a, which for an 
annulus of 38 mm (432 mm electrode, 508 mm ingot) and an arc 
gap of 10 mm, leads to an estimate of the side arc power of 
approximately 20% of the total furnace power.
  
The remaining geometrical parameters (electrode and ingot 
diameters) and operating conditions (voltage, current, and arc gap) 
complete the necessary input data. Notably, voltage and current 
combine to specify the power input with no distinction being 
made between low voltage – high current or high voltage – low 
current conditions. Presently, the assumption is made that the 
power is partitioned equally above and below the arc plane 
recognizing that this may not be the case in practice due to 
differences in the anode and cathode falls, but reflecting a lack of 
more quantitative information.

Verification of the model results involved several phases. Heat 
balances over the electrode, arc, and ingot domains were 
calculated and compared to ensure internal consistency (Figure 
13). The arc balance input is calculated from the melt power while 
the various losses are calculated from the solution to the resistive 
network. Agreement between input and output is very good with a 
closure of 0.07%. The electrode balance is superficial since the 
energy from which melt rate is calculated is not determined 
independently, but is simply the difference between the net energy 
into the electrode tip minus the stinger loss. The ingot balance, 
derived from the results of the ingot model, shows a heat balance 
difference of -7.8 kw compared to a calculated enthalpy difference 
of 1.8 kw out of a total energy flow of 100 kw. The heat 
accumulation within the ingot can appear as a source or a sink 
depending on whether the sensible heat of the ingot is decreasing 
or increasing respectively.
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Figure 13.  Heat balance - 508 mm 718 ingot at 6000 A

The next phase of verification involved comparisons between 
model predicted and observed melt rates. In reported examples
where sufficient data (voltage, current and arc gap) were 
available, simulations of several different alloys of different 
diameter were performed. The alloys involved were 718, AISI 
4340, M2 high speed steel, Waspaloy, and a marage steel; in sizes 
ranging from 300 mm to 1520 mm. Based on reported operating 
conditions6,9,10, the calculated melt rate plotted against the 
observed melt rate (Figure 14) exhibited very good agreement. 
The specific power consumption over the examined range of sizes 
averaged 650 kwh/tonne  (Figure 15) with the value for a 508 mm 
ingot of 718 (617 kwh/tonne) agreeing well with reported values2. 

Figure 14.  Predicted melt rate versus observed melt rate

Finally, for each of the aforementioned cases, the pool depth was 
calculated and compared to reported values5,9,10. In most cases, 
there was reasonable agreement between calculated and reported 
pool depths (Figure 16) with the discrepancies being attributed to 
uncertainty in the material thermophysical properties.

Figure 15. Specific power consumption versus ingot diameter

Figure 16.  Predicted pool depth versus observed pool depth

Model Applications

Several examples of applications of the model illustrate how the 
model can be used to assist in the development a melt practice and 
contribute to a deeper understanding of the process. The first was 
that of using the model to examine the solidification conditions in 
an ingot during steady state melting.

It is well known that solidification conditions vary as a function of 
melt rate (Figure 17). In particular, the existence of a minimum in 
the local solidification time (LST) was predicted from modeling 
work several years ago11, and selection of a melt rate to minimize 
the LST is known to convey benefits in terms of structure 
refinement. However, it is also interesting to examine some 
hypothetical cases to see how this effect may vary with different 
alloy systems. In the following example, alloy 718 is compared 
with two hypothetical alloys similar to 718 in all respects, but 
having narrower (1300-1350) and wider (1100-1350) liquidus-
solidus ranges. The LST has been normalized to the minimum for 
each respective alloy and plotted as a function of melt rate (Figure 
18), and the results reveal that as the liquidus-solidus range 
widens, the minimum LST moves to a higher melt rate. This 
unfortunately is not the trend we would like to see since a more 
highly alloyed system would tend to exhibit a wider liquidus-
solidus gap, but would also likely exhibit a greater tendency 
toward freckle formation. Under such circumstances, use of a well 
substantiated model may assist in the definition of an acceptable 
melt practice window.

0
100
200
300
400
500
600
700
800

0 50 100 150 200

Po
w

er
 C

on
su

m
pt

io
n 

(k
w

h/
to

nn
e)

Ingot Diameter (mm)

257



70 75 80 85 90 95 100

Po
ol

 D
ep

th

% Ingot Length

No HT
HT

70 75 80 85 90 95 100

Lo
ca

l S
ol

id
ifi

ca
tio

n 
Ti

m
e

% Ingot Length

No HT
HT

Figure 17.  Variation in solidification conditions with melt rate

Figure 18. Effect of liquidus-solidus range on LST-melt rate 
minimum

The second application illustrates the use of the model to examine 
solidification conditions throughout a hot top cycle and the 
subsequent post-melt cooling cycle for a 508 mm diameter ingot 
of alloy  718. Two cases consisting of a full power abort from 
steady-state melting and a stepped reduction in melt power over 
the last 10% of the ingot were examined (Figure 19). As expected, 
the stepped power reduction led to a diminishing pool depth 
throughout the hot top cycle (Figure 20). Predicted post-melt 
solidification times varied from 46 minutes for the non-hot topped 
ingot to 26 minutes for the hot topped case, both times being 
within the realm of expected values. The final solidification void, 
assumed to be associated with the maximum final temperature, 
was calculated to be 60 mm below the ingot top in reasonable 
agreement with literature results8. 

Figure 19.  Simulated hot top profile

Figure 20. Variation in pool depth throughout hot top cycle

The predicted liquid-solid gap throughout the hot top cycle does 
not exhibit a large variation (Figure 21), however the LST shows 
significant (>50%) difference between hot topped and non-hot 
topped ingots (Figure 22). The final ingot quality and cropped 
yield will depend on the relationship between structure and LST, 
and the extent to which these final solidification conditions can be 
manipulated by operating parameters.

Figure 21.  Variation in liquid-solid gap throughout hot top cycle

Figure 22.  Variation in local solidification time throughout hot 
top cycle

Finally, it is interesting to examine the energy distribution over 
the top ingot surface. The assumption of a uniform incoming 
metal flow leads to a uniform sensible heat input to the top of 
ingot. However, the calculated net radiation flux based on the 
assumption of a uniform diffuse arc and incorporating the various 
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internal reflections does not yield a uniform radiation flux to the 
ingot, but rather yields a flux distribution which increases by 
about 25% from the ingot center to the edge of the electrode 
shadow on the ingot and which then drops within the annulus 
region (Figure 23). This variation reflects the variation in the 
electrode-ingot view factor and the ingot-electrode temperature 
difference from ingot center to edge. While this distribution to the 
ingot is in part a consequence of the assumed uniform diffuse arc,
the question arises as to how the usual assumption of a Gaussian 
distribution5 for the radiation heat input is affected by reflections 
within the arc gap. Preliminary results from a model incorporating 
a multi-zone source (Figure 24) suggest that the internal 
reflections reduce the Gaussian distribution within the arc to a 
more uniform distribution at the ingot surface. 

Figure 23.  Heat fluxes for a uniform arc flux input. 

Figure 24.  Heat fluxes for a Gaussian arc flux input. 

Summary

The solution of the radiative heat transfer problem between the 
ingot, electrode and crucible wall within a VAR furnace under 
vacuum was accomplished through the use of an analogous 
electrical resistance network. This network, subsequently 
modified to include planar and cylindrical radiating heat sources 
representing the gap and side arcs, led to a comprehensive model 
capable of predicting the steady state melt rate of a variety of 
alloys of different diameters using only power input and arc gap 
as input variables. The combination of this arc model with an 
ingot model provides a useful macro engineering tool for 

simulation of the VAR process from steady state through the hot 
top cycle and post-melt solidification which should aid process 
engineers in the optimization of a melt practice. Preliminary 
results from a multi-zone arc model indicate that internal 
reflections between the electrode, ingot, and crucible alter the 
incoming arc energy distribution to yield a significantly different 
distribution at the ingot pool surface.. 
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Abstract

The solidification microstructure of a laboratory-scale Nickel 
alloy 718 vacuum arc remelted (VAR) ingot was analyzed. The 
cylindrical, 210-mm-diameter ingot was sectioned along a plane 
bisecting it length-wise, and this mid-plane surface was ground
and etched using Canada’s reagent to reveal segregation contrast. 
Over 350 photographs were taken of the etched mid-plane surface 
and stitched together to form a single mosaic image. Image data in 
the resulting mosaic were processed using a variety of algorithms 
to extract quantities such as primary dendrite orientation, primary 
dendrite arm spacing (PDAS), and secondary dendrite arm 
spacing (SDAS) as a function of location. These quantities were 
used to calculate pool shape and solidification rate during 
solidification using existing empirical relationships for Nickel
Alloy 718. The details and outcomes of this approach, along with
the resulting comparison to experimental processing conditions 
and computational models, are presented.

Introduction

Vacuum Arc Remelting (VAR) is a secondary melting process 
used to remove impurities from ingots cast using Vacuum 
Induction Melting (VIM) or similar primary techniques. During 
VAR, a continuous arc is struck between an electrode and a 
solidifying ingot, which results in material melting off the 
electrode and falling into a melt pool that sits atop the new ingot 
(Figure 1). By performing this procedure in a vacuum (typically 
10-6 Torr), oxides and other volatile compounds are removed from 
the ingot material, which improves material properties [1]. 
Despite this advantage, the VAR process is susceptible to ingot 
defects produced by un-dissolved material fall-in (white spots), 
macro-segregation due to convection instabilities (freckle 
channels), and discontinuous solidification structures due to 
thermal perturbations in the melt pool (tree rings) [2].

To prevent such defects from forming, certain melt conditions 
should be maintained throughout the VAR production cycle. In 
order to prevent solute-lean white spots, deep melt pools need to 
be used so that any fall-in material has time to dissolve into the 
melt pool [3]. To prevent solute-rich freckle channels, the 
solidification front must be resistant to the formation and 
propagation of thermosolutal convection caused by local 
Rayleigh-Taylor instabilities. This can be accomplished by 
reducing the buoyancy driving force for convection or by using a 
shallow pool [4]. Preventing both white spots and freckles is 
therefore a balancing act that requires using a melt pool that is 
shallow enough to avoid freckle channels, while being deep 
enough to dissolve any solid material that falls in from the shelf, 
crown, or electrode regions. 

Figure 1. VAR process and solidification defects

Tree rings, the third of the aforementioned defects, are caused by 
thermal instabilities in the melt pool that produce local 
constitutional undercooling ahead of the advancing solidification 
front [

2]. Preventing tree rings relies primarily 
on controlling the current input into the melt pool such that 
temporal variations in heating do not occur. This is achieved 
through robust power supply design and careful control over the 
arc gap distance, but these alone are not 100% effective due to 
drip-shorts that occur randomly and result in unpredictable
voltage and current fluctuations [

5]. With sufficient time and undercooling, randomly-
oriented “equiaxed” dendrites can nucleate and block the 
approaching solidification dendrites. These features show up as 
“tree rings” when a VAR ingot is sectioned by a plane 
perpendicular its length and this cross-section is examined with a 
macro-etchant. Tree rings are not as deleterious as white spots or 
freckles insofar as fatigue strength is concerned, but they are still 
considered undesirable [

6]. 

Controlling the pool shape during solidification is a critical aspect 
of being able to minimize defects in VAR ingots. To accomplish 
this task, the software package BAR (Basic Axisymmetric 
Remelting) has been used to exert greater control over the pool 
profile during the VAR process. BAR is a finite volume model 
developed by Sandia National Laboratories to simulate 
solidification in the vacuum arc remelting process. The model 
simultaneously solves conservation equations for energy, 
momentum, charge, and mass. It has been used extensively both 
in research environments as well as in industry, showing good 
agreement with experimental results [7]. During the summer of 
2011 at Los Alamos National Laboratory (LANL), BAR was used 
in closed-looped control for the solidification of a Nickel Alloy
718 VAR ingot with different stages of melt pool control. This 
was the first time that the pool depth controller incorporated 
feedback from the VAR process measurements. The resulting 
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laboratory-scale, cylindrical ingot was approximately 60 cm tall 
and 20 cm in diameter. Plots of the arc current and voltage vs.
position from the base of the ingot are shown in Figure 2. The 
region from approximately 38 to 47 cm corresponds to a constant 
pool depth set-point for BAR.  

Figure 2. VAR ingot process current and voltage profiles

This ingot was sectioned on a plane that bisects its length for 
observation of its solidification microstructure. Additional 
sections were then cut simply to ease handling and preparation of 
the section surface for observations. Photographs of the ingot 
cross-section after grain-etching are shown in Figure 3. As shown 
in the figure, the ingot was separated into four pieces to facilitate 
preparation.

Figure 3. LANL VAR ingot cross-section photograph (grain etch)
(Image is rotated 90° clockwise relative to other ingot images.

The ingot diameter is oriented vertically in this image.)

The goal of this study is to analyze the VAR ingot and compare 
the results against the predictions made by BAR. This is
accomplished using optical photography, hand measurements, and 
various image-processing techniques. Pool shapes are determined 
using two methods: First, by recording tree rings or freckle 
channels that serve as pool markers. Second, by examining the 
local primary dendrite orientation, which is an indicator of the 
local thermal gradient, and hence a local normal to the melt pool 
surface [8]. In addition to pool shape, the local solidification rate 
can be estimated by examining the primary dendrite arm spacing 
(PDAS), as well as the secondary dendrite arm spacing (SDAS).
Both of these features are correlated with the local solidification 
rate, which can further be decomposed into a product of thermal 
gradient and solidification front velocity [9-11]. PDAS and SDAS 
measurements are historically made by hand from select regions 

of interest (ROIs). While there has been some work using semi-
automated measuring techniques, to the authors’ knowledge a 
fully-automated PDAS/SDAS measurement technique has not 
been attempted to date. Such a technique will be employed here, 
largely out of necessity given the large number of measurements 
needed to construct a reasonably dense solidification map.

Image Processing

The LANL ingot was first grain-etched and photographed, then 
ground and etched with a segregation etch (Canada etch). The 
photograph shown in Figure 3 was taken with each slab of the 
ingot photographed separately as a single image. The resulting
resolution is sufficient for an overall assessment of ingot 
microstructure and for extracting some pool profiles, but it is 
insufficient for assessing any fine-scale features. To obtain higher 
resolution data, the Canada-etched ingot slabs were photographed 
as a mosaic using an 8 megapixel SLR camera (Canon EOS 
Digital Rebel XT) and a 90 mm macro lens (Sigma f/2.8),
mounted on a vertical stand. Various lighting techniques were 
used, but it was ultimately determined that ambient room 
(overhead fluorescent) lighting was best for producing a 
consistent exposure with sufficient contrast. An example image is 
shown in Figure 4, which also provides a magnified view showing 
primary and secondary dendrites. The spacing between secondary 
dendrites was generally around 4 to 6 pixels, which is small but 
sufficient for calculating dendrite spacing.

  
Figure 4. Example photograph of the Canada-etched LANL ingot 

surface (center-left of 3rd slab)

A single 8MP photograph of the ingot corresponds to a region 
approximately 4.3×2.9 cm in size ����#����Ä��	�
�	�[��". The four 
slabs shown in Figure 3 (in order from left to right) required 26, 
126, 124, and 75 individual photographs, respectively. A linear 
overlap of 20 to 50% was used for each photograph so that 
stitching could be performed to reconstruct a single, continuous 
image. FIJI (FIJI is Just ImageJ) was used for the majority of the 
image stitching and processing [12]. FIJI is a custom-build of 
ImageJ that incorporates numerous plugins designed for image 
processing, segmentation, and registration used in the life 
sciences, and it can take advantage of the increased memory 
capacity of 64-bit computers needed for working with large data 
sets. To perform the image stitching, the TrakEm2 plugin was 
used, as it best facilitated initial placement of the large image 
array prior to optimization and employs the SIFT (Scale Invariant 
Feature Transform) algorithm for robust automatic feature 
detection [13- 16]. The stitching algorithm calculates a 
transformation for each individual image such that the SIFT-
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selected points within an image overlay with the same points in 
the surrounding images. The results of the initial stitching for the 
second slab are shown in Figure 5 (left). 

Figure 5. VAR ingot composite photographs  
(before and after affine-trans/blending)  

The stitched photographs for the second slab are shown after 
blending in Figure 5 (right). The blending procedure creates a 
mask for each photograph that results in a minimum change in 
brightness between the overlapping pixels. Once this is done, the 
mosaic was “flattened” and exported as a single TIF image. Each 
of the four resulting mosaics was then combined into a single 
mosaic for the entire ingot, shown in Figure 6. The four image 
mosaics were all processed using the automatic SIFT algorithm, 
as described above, but were manually set in place since there 
were no overlapping pixels between slabs. Statistics for the 
composite images are provided in Table I. 

Figure 6. VAR ingot mosaic (full size: 782 megapixels)  
(Image is rotated 90° clockwise relative to other ingot images) 

Table I. Image Processing Statistics

Mosaic Size 
pixels (MP)

Particle ROIs
(FIJI)

Slab 1 18,215 × 5,116      (93) 13,709
Slab 2 20,624 × 16,337 (337) 73,400
Slab 3 19,636 × 16,434 (323) 184,892
Slab 4 18,244 × 11,051 (202) 84,520
Mosaic 17,216 × 45,408 (782) 356,521

ROI = region of interest

After stitching, the primary dendrite arms were analyzed in FIJI. 
The image processing and analysis used the following steps (see 
Figure 7): The mosaic was first processed using contrast-limited 
adaptive histogram equalization (CLAHE), which establishes a 
uniform histogram across the image area [17]. A bin size of 
127×127 pixels was used for the CLAHE. A uniform histogram is 

required for proper thresholding, which was the next step in the 
process, since variations in image illumination can result in entire 
image regions being incorrectly thresholded. Thresholding 
converts the grayscale image into a binary image, which can then 
be processed using various “morphological” techniques. The 
mosaics were thresholded at a value of 127, or one-half of 
maximum 8-bit image intensity of 255. The following 
morphological processes involved erosion (removal of feature 
edges), followed by dilation (growth of feature edges). The 
erosion algorithm was applied twice, followed by dilation. This 
resulted in the effective detachment of secondary dendrite arms 
from the primary dendrite arms, which serves to isolate most of 
the primary dendrite arms so they could be subjected to FIJI’s 
particle analysis algorithm. This last step was performed using a 
minimum particle area of 100 pixels, and a maximum circularity 
of 0.5 to help filter out globular features. The particle analysis 
routine in FIJI searches for all regions of connected pixels, and 
calculates various feature properties such as center of mass, 
bounding box coordinates, and elliptical fitting. The results of the 
analysis can then be exported to a text file for further processing.

  

Figure 7. VAR ingot primary dendrite images (Slab 2):
(a) After CLAHE filter, (b) thresholding, 

(c) erosion ×2 + dilation, (d) particle analysis ROIs 
  

After processing in FIJI, the particle region of interest (ROI) data 
was loaded into Matlab for additional filtering. The following 
conditions were used for filtering the initial ROI list: (1) Aspect 
ratios for a fitted ellipse of less than 5 were rejected to avoid 
clusters of dendrites and nearly equiaxed features. (2) A minimum 
object ������ ��� �$� 	�[���� ���!� Ä�"� ���� ����� ��� �����
� ����
inadvertent secondary dendrite arms and other small-scale noise. 
(3) A maximum length of 1000 pixels (12.7 mm) was used to 
remove excessively long dendrites or image boundary artifacts. 
(4) ROIs with a dendrite pixel intensity variation of greater than 
50% were rejected to filter out non-lineal shapes. This step was 
performed by calculating the standard deviation of the pixel 
intensity across the appropriate diagonal of the ROI bounding box 
and dividing it by the corresponding mean pixel density. ROIs 
with a resulting error of greater than 50% were rejected. The 
result of these four filtering steps was an almost tenfold reduction 

(a) (b) 

(d) (c) 
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in ROIs. A line plot of the resulting primary dendrites for the 3rd

slab is shown in Figure 8. 

Figure 8. VAR Ingot primary dendrites (3rd slab)  

An easier to interpret view of dendrite orientation is obtained by 
using a Voronoi diagram, which calculates the cells surrounding a 
collection of irregular data points [18]. Each cell contains all 
points in space whose location is closer to the contained data point
than to any surrounding data location. The size of the cells is 
therefore a direct indication of the local spatial resolution. The 
resulting Voronoi diagram for the 3rd slab is shown in Figure 9
(bottom), along with a photograph of the grain-etched ingot for 
comparison (top). 

Melt Pool Analysis

Once the image mosaics were formed, pool shapes were manually 
measured by tracking dark bands along the expected pool profile, 
attributed to freckle channels or similar dark-etching regions, or 
by tracking regions with clusters of randomly-oriented dendrites 
akin to tree rings [4,5,19,20]. This technique is a common 
practice, though some intrinsic subjectivity exists in the resulting 
measurements. The pools were marked using the multi-point 
selection tool in FIJI, exported to a text file, and imported into 
Matlab for additional processing. Several manually-tracked pool 
shapes for the third slab are shown in Figure 10. 

For pool shape estimates, the angle of the primary dendrite arms 
can be used as an indicator of the pool shape normal. This is based 
on the fact that dendritic growth is a competitive process where 
the fastest-growing dendrites are those oriented in the direction of 
maximum heat transfer, or greatest thermal gradient. Therefore, 
the dominant dendrite orientation at a given location should be an 
indicator of the local thermal gradient, and subsequently pool 
shape. However, it should be noted that some dendrites can extend 
for tens of millimeters into the ingot and may, as a result, provide 
a false indicator of the local pool shape. Dendrite orientation is 
therefore most relevant to melt pool shape near the base of the 
dendrite or at its lowest point in the ingot. 

Figure 9. Grain etch (top), and primary dendrite orientation map
(bottom) for 3rd slab. The scale bar indicates degrees counter-
clock-wise from the positive radial direction, as shown on the 

horizontal axis.

Figure 10. VAR ingot manually-selected pool profiles  

To compare the hand-measured pool shapes to the automated 
dendrite processing results, the closest points on the dendrite map 
were chosen next to the pool profiles, as shown in Figure 11 for 
slab 2. Slab 2 was chosen for this comparison because it had the 
best microstructure of the four slabs for manually tracing pool 
profiles. The top image in Figure 11 shows the overlaid pool 
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profiles (red) on the primary dendrite lines (blue). The bottom 
image shows the pool profiles (red lines), and the closest dendrite 
locations used for comparison (blue points).  

Figure 11. Slab 2 pool profiles (top), and selected dendrite 
locations (bottom)

The manual pool-shape curves were converted into pool normal 
vs. position by calculating the local slope of the pool (m = í�{í["�
���������
�����������������
����	�����������
����������������î�
= tan-1(-1/m). A distance-weighted average of all dendrite 
orientations within a 2 mm radius of each manual pool coordinate 
was used for comparison. Results of this comparison are shown in 
Figure 12 for three of the pools indicated in Figure 11. The 
dendrite-based pool profiles correlate very well with manually 
measured profiles in some cases, with a coefficient of 
determination (R2) value up to 93%. But, in other locations the 
correlations are relatively poor, with R2 values below 50%. These 
initial comparisons indicate that image analysis based upon 
primary dendrite orientation is a promising technique for the 
measurement of historical melt pool profiles in VAR ingots. This 
technique has the distinct advantage over manual measurement in 
that it can be used throughout the ingot, not just where tree ring or 
similar structures are visible.

Figure 12. VAR pool profile normal comparisons (slab 2 region) 
(The shaded region indicates the local standard deviation of the 

primary dendrite orientations within a 2 mm radius)

The hand-measured and dendrite-based pool profiles were also 
compared to the BAR pool profile predictions. The BAR pool 
profiles were estimated by interpolating where the temperature 
equaled the liquidus temperature for Ni Alloy 718 in the 2D data 
set at a given time step. This interpolation of the temperature 
produced a faceted pool profile because of the gridding used in 
computations. To overcome this issue, data was smoothed using a 
mean (moving average) filter prior to comparison with the manual 
pool measurements (which were also smoothed for comparison). 
Results of this comparison are shown in Figure 13. At early times 
the BAR simulation tends to have a melt pool with a flatter base 
than shown in the manual measurements. However, the pool 
profiles match reasonably well in the middle region of the ingot 
(-30 cm to -20 cm). 
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Figure 13. VAR Ingot Pool Profile Comparisons: (left) VAR 
composite photograph, (right) manual and BAR pool comparisons

The BAR simulation results were also compared to the dendrite 
orientation map, using the same procedure shown in Figure 11
and Figure 12. The results of this comparison are shown in Figure 
14. The disagreement of the BAR profiles with the local primary 
dendrite orientation data is similar to that with the manual pool 
shape measurements. There can be significant scatter in the 
dendrite data, due in part to the equiaxed solidification structure in 
the center of the ingot, as shown in Figure 3 and Figure 9. 

Solidification Rate Analysis

In addition to pool shape estimates, the dendritic solidification 
structure can also be used to estimate the local solidification rate, 
based on existing empirical relationships with the primary and 
secondary dendrite arm spacing (PDAS, SDAS). To measure the 
secondary dendrite arm spacing, an offset line was created next to 
each primary dendrite. The offset line sets the region to be 
searched for secondary dendrites near the primary dendrite arm.
For the initial analysis, ��� ������� ��� �� 	�[���� ��!� Ä�"� ���� ������
The corresponding pixels in the CLAHE-processed image were 
then used as data points to generate intensity vs. position curves, 
as illustrated in Figure 15. 

Figure 14. BAR pools and dendrite orientation comparisons

The location of secondary dendrite arms was determined by using 
a local-maximum filter with a window size of 7 pixels (89 Ä�"��
The spacing was calculated by taking the mean value of the 
difference between the resulting maxima locations. As in the 
primary dendrite analysis, the standard deviation was also 
calculated for each line, and data that had a relative error 
(standard deviation / mean) greater than 50% was ignored. The 
resulting Voronoi diagram for secondary dendrite arm spacing 
(SDAS) is shown in Figure 16. Unlike the primary dendrite 
orientation shown in Figure 9, overall trends are less obvious for 
the SDAS map. This suggests a rather uniform solidification rate 
throughout the ingot.

Figure 15. Secondary Dendrite Arm Spacing (SDAS) analysis
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Figure 16. VAR ingot SDAS map. The scale indicates the 
secondary dendrite arm spacing value, �
����$������$�Ä�

The primary dendrite arm spacing (PDAS) can also be used to 
estimate the local solidification rate. The PDAS map was 
calculated by iterating through each primary dendrite and finding 
nearby dendrites within a certain range of distances (0.062-12.7 
mm) and relative angles (±10 degrees). The distance to the closest 
dendrite was then used as the PDAS. The resulting Voronoi 
diagram is shown in Figure 17. The coarse mesh is due to a
limited number of recognized dendrites of similar orientation, but 
this might be improved upon through different image processing 
approaches.  

   
Figure 17. VAR Ingot PDAS map. The scale indicates the primary 

dendrite arm spacing value, from 0 to 4.2 mm

A notable observation of the PDAS data shown in Figure 17 (and 
more clearly in Figure 19) is that the central “column” of 
decreased PDAS is not consistently centered throughout the 
height of the ingot. Rather, it wanders back and forth several 
times as the ingot “grows” upward. This may indicate a dynamic, 
asymmetric pool shape due to a number of causes (arc rotation,
cooling asymmetries, etc.), and while this is not a new concept for 
VAR processes, it is interesting to have supporting quantitative 
evidence in the solidification microstructure. 

Numerous correlations have been created between dendrite arm
spacing and solidification rate. The general form is given below in 
Equation 1����
���2 is the secondary dendrite arm spacing, t is 
the solidification time (time for a given location to go from the 
liquidus to solidus temperature), G is the thermal gradient across 
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the mushy zone (K/m), � is the liquidus front velocity (m/s), � is a 
material constant, and n is an exponential coefficient that is 
usually equal to 1/3 [9]. For Nickel Alloy 718, the coefficients for 
��� �������
�� ����
���� �
�� �	������ �2 were 
calculated to be ï2 = ���!�Ä�, and n2 = 0.43. A similar equation 
can ���������
��������
����	
���
������
�����
���	�������1, with 
�1 = 36.5 Ä�, and n1 = 0.33. These numbers were calculated 
based on data presented by Bouse and Mihalisin [21].

Ã = �bW = �($�)�W (1) 

3} = ¡3 �Ä.

Å
�

/0
Æ (2) 

Figure 18. Cooling rate estimated using SDAS measurements

These equations can be used to solve for the average cooling rate 
in the mushy zone by writing the solidification time as a function 
of the local cooling rate 3} and the difference between the liquidus 
and solidus temperature ¡3 (76K for Ni Alloy 718), as b = ¡3 3}Ç . 
The final equation for the cooling rate is given as Equation 2. The 
resulting cooling rate for the ingot using the SDAS data is shown 
in Figure 18. The mean cooling rate for the ingot using this 
approach was 6 K/min, which is in the range of conventional 
cooling rates for Ni Alloy 718 VAR ingots [21]. The 
corresponding Voronoi image for the PDAS-based cooling rate is 
shown in Figure 19. It should be noted that some of the low 
cooling rate (dark blue) regions may correspond with regions of
poor image data, and therefore poor dendrite recognition during 
image processing.

Figure 19. Cooling rate estimated using PDAS measurements
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The cooling rates were subsequently compared to data calculated 
using BAR. This was done by taking the temperature output of 
BAR, and calculating the time at each location spent between the 
liquidus and solidus temperatures. The resulting average mushy 
zone cooling rate for the ingot is shown in Figure 20. The large 
BAR-predicted cooling rate at the ingot bottom is not immediately 
evident in the SDAS and PDAS maps, though the general trend of 
increased cooling rate near the centerline is present. 

Figure 20. Average mushy zone cooling rate, calculated from 
BAR results

In addition to the average mushy zone cooling rate, the cooling 
rate next to the liquidus curve was also calculated, with the results 
shown in Figure 21. These results were obtained by calculating 
the mean cooling rate at a given location from the time that 
location initially reaches the liquidus temperature, plus one 
minute (equal to 12 time steps in the BAR results). These results 
are not necessarily useful for comparing against dendrite arm 
spacing, but they can serve as indicators for regions where freckle 
channels and tree rings may be present. Specifically, regions with 

rapid fluctuations in driving current (shown in Figure 2) tend to 
result in temperature perturbations in the melt pool (shown in 
Figure 21), which can lead to the aforementioned solidification 
defects [2, 4, 5]. Comparing these melt pool perturbations to the 
ingot microstructure data will be the subject of future work.

Figure 21. Cooling rate for 1 minute after liquidus, calculated 
from BAR results

Conclusions

Analysis of the Alloy 718 VAR ingot revealed that BAR 
simulations tended to predict wider pools at early times than pools 
calculated using either manual measurements or dendrite 
orientation maps. However, BAR pool shapes agree reasonably 
well with the manual measurements during the middle of the melt 
cycle. It is likely that differences early in the melt cycle are due to 
ill-defined thermal boundary conditions at the mold walls. 
However, phenomena such as asymmetric pool shapes indicated 
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by dendrite arm spacing maps are currently beyond the capability 
of axisymmetric codes like BAR to predict. 

Dendrite orientation and spacing maps are a potentially useful 
method to estimate pool profiles and solidification rates, though 
there can be significant scatter in the data. Additional image and 
data processing techniques are expected to yield more consistent 
results in the future. Future work will also include comparison of 
observed solidification defects with calculated melt pool 
perturbations.
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Abstract 
Melt quenched high pressure die casting (MQ-HPDC) is a new die 
casting process developed recently for improving the casting 
quality of the conventional high pressure die casting (HPDC) 
process. In the MQ-HPDC process, an alloy melt with a specified 
dose and superheat is quenched by directly pouring the alloy melt 
into a preheated metallic container. The thermal mass and 
preheating temperature of the container is selected so that the 
alloy melt is quenched just below the alloy liquidus and 
heterogeneous nucleation takes place during the melt quenching. 
The quenched alloy melt is then fed immediately into the shot 
sleeve for component casting. In this paper we present the MQ-
HPDC process and the resultant microstructures and mechanical 
properties of a MQ-HPDC A356 alloy. 

Introduction 
The cold chamber high pressure die casting (HPDC) process has 
been widely used for manufacturing shaped castings of light 
alloys due to its high efficiency, high consistency and low further 
machining, low cost and versatility in component shapes. 
However, this process still faces several technological challenges. 
For example, die castings have relatively poor mechanical 
performance due to porosity and other casting defects and the 
formation of a large solid lump in the shot sleeve before die 
filling. Major effort has been made over many years to overcome 
these challenges, using semisolid metal (SSM) processing [1,2], 
vacuum die casting [3,4] and squeeze casting [5,6].

Recently, we have developed a melt quenched high pressure die 
casting (MQ-HPDC) process to overcome the problems associated 
with conventional HPDC process, in particular, to reduce the 
casting defects and the formation of the large solid lump in the 
shot sleeve. This paper presents the MQ-HPDC process and the 
microstructure and mechanical properties of A356 aluminum 
alloy processed with the MQ-HPDC process. 

The MQ-HPDC process 
The MQ-HPDC process (Figure. 1) consists of three sequential 
steps: melt quenching, melt dosing and high pressure die casting. 
This process originated from the concept that large dendrites and 
solidification in the shot sleeve could be reduced by quenching the 
melt in a metallic container before being transferred into the shot 
sleeve. For a given alloy melt with a specified superheat and dose, 
the thermal mass and the preheating temperature of the metallic 
container can be selected so that the alloy melt can be quenched to 
a temperature close to the alloy liquidus for enhancing 
heterogeneous nucleation without significant crystal growth. The 
quenched alloy melt has the following characteristics: 

(a) a temperature just a few degree below the alloy 
liquidus; 

(b) an almost isothermal temperature due to the severe 
convection caused by melt pouring; 

(c) copious nuclei due to significantly enhanced 
heterogeneous nucleation during melt quenching. 

If the nuclei are uniformly distributed throughout the entire 
volume of the melt, the growth of such nuclei ensures a relatively 
uniform melt temperature in the shot sleeve before filling the die 
cavity. This will prevent the formation of the large dendrites and 
the solidification in the shot sleeve will facilitate die filling and 
will promote a more uniform solidification after die filling, and 
therefore reduce the formation of casting defects. 

The MQ-HPDC process requires the use of a number of metallic 
containers. The number required for processing is determined by 
the specified melt dose, cycle time and container thermal mass. 
The container will be cooled naturally to the temperature which 
equals the preheating temperature described previously for a 
single container. 

Figure 1: Schematic illustration of the melt quenched high 
pressure die casting (MQ-HPDC) process. 

Experimental 
Commercial grade ingots of A356 alloy were used to demonstrate 
the MQ-HPDC process. The A356 ingots were melted at 710°C in 
a clay-graphite crucible using an electric resistance furnace. The 
container used was made of stainless steel with dimensions (in 
mm) as shown in the inset in Figure 2. The container was 
preheated to the specified temperature in the furnace. The die 
casting was carried out using a 4500kN cold chamber die casting 
machine. The melt was manually dosed into the shot sleeve 
followed by the standard HPDC process. In the MQ-HPDC 
process, the melt was poured at 710°C into the preheated 
container, and then transferred immediately to the shot sleeve 
followed by a full automatic HPDC cycle. The HPDC die 
produced three 6.35mm diameter tensile test bars and three square 
bars (2x6.3mm2, 3x6.3mm2, 5x6.3mm2) in each shot. The die was 
heated by the circulation of mineral oil at 250°C. 

Tensile tests were conducted following ASTM standard B557, 
using an Instron 5500 Universal Electromechanical Testing 
Systems with a ±50kN load cell. All tensile tests were carried out 
at ambient temperature with a 2mm/min crosshead speed. The 

Step I: Quenching Step II: Dosing Step III: Shaping

ladler

container Shot sleeve

Piston

container

Shot 
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diedie
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specimen for microstructural examination was cut from the 
middle of the tensile test bar. Each specimen was examined using 
a Zeiss optical microscope with quantitative metallography using 
an AxioVision 4.3 Quantimet digital image analysis system.  

Figure 2: Temperature recorded by three thermo-couples in the 
stainless steel container during quenching of the A356 melt. The 

insert shows the dimensions of the container in mm and the 
positions of the thermo-couples in the container. The temperature 
of A356 melt was 650°C. The initial container temperature was 

200°C.The liquidus temperature of A356 is 615ºC. 

Results 
Experiments were carried out to understand the thermal history of 
the melt during melt quenching. Three thermocouples were fixed 
in the metallic container at different locations prior to melt 
pouring as shown in the insert in Figure. 2. The recorded 
temperatures against the time during one of the quenching 
experiments are shown in Figure. 2. At all the three locations the 
temperature increased in a fraction of second to a maximum and 
then leveled off to a temperature just below the alloy liquidus 
(615°C). The slightly slower reaction of the thermal couple T2 is 
mainly caused by the delayed emersion of T2 in the alloy melt. In 
consideration of the above time delay, it should be noted that the 
recorded temperatures reached the maximum value within 1s and 
achieved an almost isothermal temperature within 2s. It needs to 
emphasis that the initial temperature includes the responding time 
of the thermocouple. However, from the time to reach the 
maximum temperature and the pouring temperature, it is possible 
to estimate the average cooling rate of the melt during melt 
quenching. The results showed that the cooling rate during the 
melt quenching was in the order of 102K/s, which is comparable 
with that achieved in the shot sleeve during HPDC process. As 
discussed in ref. [7], the cooling rate in the shot sleeve of die 
caster is at a level of 100 K/s. The similar level of cooling rate 
will provide similar undercooling for microstructural evolution. It 
needs to emphasis that the operation from pouring liquid into the 
container and then to the shot sleeve can results in the temperature 
variation because of the heat loss and the multiple process steps. 
However, the process time of melt quenching is very short and the 
whole process can be automatically achieved during production. 
Therefore, the benefits are obvious.  

  

  

Figure 3: Optical micrographs showing the microstructure of 
A356 alloy biscuit (�70mm) after HPDC process on a cross 

section 15mm from the surface in touch with the piston, (a) top of 
the section, (b) middle of the section, and (c) bottom of the 

section. 

The microstructure of the biscuits (the material solidified in the 
shot sleeve) was examined to understand the primary phase 
formation in the shot sleeve prior to die filling. During the 
conventional HPDC process, superheated alloy melt (about 
700°C) is directly poured into the shot sleeve that is at a 
temperature between 200°C and 400oC. Formation of a solid lump 
at the bottom of the shot sleeve prior to die filling is inevitable. 
Such a solid piece is pushed and deformed by the moving piston 
during the die filling, resulting in severe cracking in the solid. 
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Such cracked solid is usually found at the bottom of the biscuit 
(Figure 3c) and occasionally also found at the top of the biscuit. 
Except the cracked solid in the biscuit, the rest of the biscuits 
(middle and the top section) exhibit a coarse dendrite structure as 
shown in Figure 3a&b).  

Figure 4: Optical micrographs showing the microstructure of 
A356 alloy biscuit (�70mm) after MQ-HPDC process on a cross 

section 15mm from the surface in touch with the piston, (a) top of 
the section, (b) middle of the section and (c) bottom of the section. 

However, although with the same condition, the biscuit produced 
by the MQ-HPDC process has a different microstructure: (1) the 
cracked solid region (Figure. 4a) is very much reduced or perhaps 
even eliminated; (2) no cracked solid was found at the top of the 

biscuit; (3) the dendrite size was considerably smaller (Figure. 
4a&b). This demonstrates that melt quenching can significantly 
enhance heterogeneous nucleation (smaller dendrite size) and 
reduce/eliminate solid formation in the shot sleeve. 

Figure 5: Optical micrographs showing the microstructure of 
A356 alloy (�6.35mm bar) produced by HPDC process showing 
(a) the overall microstructure and (b) the morphology of primary 

α-Al phase. 

The microstructures of A356 Al-alloy processed by the 
conventional HPDC process the MQ-HPDC and are shown in 
Figures 5 and 6, respectively. The HPDC sample shows 
fragmented dendrites with an elongated morphology and up to 
100μm in size (Figure. 5a), fine spheroids of 8μm in average size 
(Figure. 5b) and substantial amount of irregular shaped cracks 
resultant from hot tearing during the final solidification in the die 
cavity (Figures 5a&b). However, the microstructure of the MQ-
HPDC sample is considerably different from that of the HPDC 
sample. Figure 6 shows that the primary α-Al phase was 
characterised by the co-existence of two types of globular 
particles. The relatively large primary α-Al globules (Figure. 6a) 
with an average size of 35μm were fragmented from the rosettes 
formed in the shot sleeve, while the fine α-Al globules (Figure.
6b) with an average size of 7.5μm were formed in the die cavity.
The MQ-HPDC samples were much less cracked than the HPDC 
samples, suggesting that there was much less hot tearing in the 
MQ-HPDC process. For A356 alloy, the measured average 
porosity level was 0.95% for the HPDC castings and 0.27% for 
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the MQ-HPDC samples. This indicates that MQ-HPDC could 
produce castings with lower porosity and higher integration. 

Figure 6: Optical micrographs showing the microstructure of 
A356 alloy (�6.35mm bar) produced by MQ-HPDC process 

showing (a) the overall microstructure and (b) the morphology of 
primary α-Al phase. 

The mechanical properties of A356 alloy processed by both MQ-
HPDC and HPDC processes are shown in Table 1. Although both 
yield strength and ultimate tensile strength (UTS) show little 
difference between the two groups of samples, elongation of the 
MQ-HPDC samples was significantly improved. The average 
elongation was increased from 10.1% for HPDC samples to 
12.6% for MQ-HPDC samples, a 25% increase.  

Discussion
The unique feature of the MQ-HPDC process is melt quenching 
prior to conventional HPDC process. The high cooling rate 
achieved by pouring superheated alloy melt into a relatively cold 
metallic container results in a large thermal undercooling, which 
allows an increased number of existing solid particles in the melt 
to nucleate. However, the growth of such nuclei will be restricted 
in the container due to lack of time and cooling capacity. The fast 
growth of the nuclei in the alloy melt in the shot sleeve can
generate latent heat, which acts as a temperature regulator to 
ensure a relatively uniform temperature field in the alloy melt, in 
comparison of the situation in conventional HPDC process. The 
simultaneous growth of increased number of primary grains 
results in a relatively small growth of each primary grain and 
therefore large dendrites are eliminated, which improve the die 
filling and result in a reduction of casting defects and improve the 
mechanical properties.  

Summary 
A melt quenched high pressure die casting (MQ-HPDC) process 
has been developed to improve casting quality. In this process, 
melt quenching by purpose designed metallic container is used to 
enhance heterogeneous nucleation; and the latent heat released by 
the growth of the increased number of nuclei in the shot sleeve is 
used to achieve a relatively uniform melt temperature. This helps 
to reduce the formation of large dendrites and solidification in the 
shot sleeve, produces slurry with fine globules, and facilitates the 
die filling process, reduces casting defects and improves casting 
quality.  
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Table 1: Tensile properties of A356 alloy produced by 
HPDC and MQ-HPDC processes.

Yield strength 
(MPa)

Ultimate 
tensile 
strength 
(MPa)

Elongation 
(%)

HPDC 120.2±3.97 262.1±2.66 10.1±1.05

MQ-HPDC 120.6±3.56 262.3±2.93 12.6±1.16
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Abstract 

DC casting is a well established casting method for producing 
aluminum and magnesium alloys. One of the major defects 
frequently encountered in DC casting ingots is hot tearing which 
originates during the phase transition region. Previous research 
works reported that the copper content significantly lengthen the 
solidification interval and further certain critical concentration 
makes the alloy highly prone to hot cracks (so-called delta curve). 
In this work, the existing thermal, mechanical, and thermo 
mechanical hot tearing criteria are extensively reviewed. The 
critical solid fraction (0.9-0.99) is more focused where the 
ductility of the material changes drastically. The strength of the 
solid skeleton, dendritic network, feeding possibility, viscosity of 
the liquid, alloying element segregation, and cooling profiles are 
the important parameters considered for the integration of all the 
existing criteria.

Introduction 

A hot tear is a fracture formed during solidification. Shrinkage, 
hindered contraction and lack of feeding in the mushy zone are 
the main phenomena that cause hot tear initiation [1]. The 
complex mechanisms acting during the solidification of metals 
makes the study of hot tearing a difficult task. Several 
mechanisms of hot tearing are proposed by various researchers. 
The criteria can be classified into three main categories based on
non-mechanical aspects such as feeding behavior [2-4], based 
only on mechanical aspects [5-6], and a combination of both non-
mechanical and mechanical aspects [1],[7]. 

To implement the above suggested criteria in the real time 
castings, the formation of solid dendrites and their growth in 
mushy zone needs to be studied.  Based on the permeability of the 
solid network in the mushy zone, the transition zone from liquid 
to solid can be divided into four stages as: Mass feeding, in which 
both liquid and solid are free to move. Inter dendritic feeding, in 
which the liquid has to flow through the dendritic network and the 
permeability of the network is still large enough. Inter dendritic 
separation, in which the liquid network becomes fragmented and 
pore formation or hot tearing may occur. With increasing solid 
fraction, liquid is isolated in pockets or immobilized by surface 
tension. When the permeability of the solid network becomes too 
small for the liquid to flow, further thermal contraction of the 
solid will cause pore formation or hot tearing [1]. The 
mathematical description of the above mechanisms and related hot 
tearing criteria are briefly explained in this article.

Non Mechanical Criteria 

Feurer’s Criteria 

This criterion focuses mainly on the liquid feeding and shrinkage 
during solidification. This approach considers that hot tearing 
occurs due to the lack of liquid feeding, due to the difficulty of the 
fluid flow through the mushy zone as a permeable medium 
competing with solidification shrinkage. Feurer considers two 
terms, SPV and SRG that indicates maximum volumetric flow 
rate (feeding term) through a dendritic network and volumetric 
solidification shrinkage, respectively. The maximum volumetric 
flow rate per unit volume through a dendritic network can be 
formulated as

                            (1) 

where fl is  the volume fraction of liquid, λ2 is secondary dendritic 
arm spacing, Ps is the effective feeding pressure, μ is viscosity of 
the liquid and L is the length of coherent mushy zone. The 
volumetric solidification shrinkage due to the density difference 
between solid and liquid phases can be calculated as [2],

                          (2) 

where is the mixture density of the mushy. The Feurer criteria
says that hot tearing is impossible if SPV >SRG.

Clyne and Davies Criteria

The hot tearing criteria proposed by Clyne and Davies [3] is based 
on the theory that during the last stage of freezing, the liquid has 
the difficulty to move freely in between the strong dendrite 
network, so that the strain applied during this stage cannot be 
accommodated by mass feeding. This last stage of solidification is 
considered as the most susceptible zone for hot cracks. The 
cracking susceptibility coefficient is defined as the ratio between 
the vulnerable time period (hot tearing susceptibility) tR and time 
available for stress relief process (mass feeding and liquid 
feeding) tV

                                 (3) 

where t99 is the time when the volume fraction of solid  fs is  0.99; 
t90 is the time when fs is  0.90; t40 is the time when  fs is 0.40
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Katgerman’s Criteria 

Katgerman’s criteria [4] is derived based on the theoretical 
considerations of Clyne and Davies and Feurer. The model can be 
applied to binary and commercial alloys. A hot tearing index is 
defined as follows:

                                    (4) 

where t99 is the time at the solid fraction fs = 0.99; t40 is the time at 
the solid fraction fs = 0.40 and tcr is the time to reach a critical 
point where liquid feeding is inadequate . This critical time is
determined using Feurer’s criteria and it is the time when 
SPV=SRG.

Mechanical Criteria 

Magnin’s Criteria 

The criteria proposed by Magnin [5], is based on the strain 
experienced during solidification in relation to the fracture strain 
of the mush. This criterion is also focused on the last stages of 
solidification, where liquid feeding is inadequate. The hot 
cracking sensitivity, HCS, is taken as the ratio between the 
circumferential plastic strain εc, at solidus temperature and the 
experimentally determined fracture strain, εcr, close to the solidus 
temperature. Thus, the sensitivity can be calculated as

                                         (5) 

If HCS is higher than one, a crack will develop. Therefore, the 
model can be used to predict hot tearing both qualitatively and 
quantitatively. While implementing  this criterion in real time 
castings, the circumferential plastic strain can be found from the 
Thermomechanical simulation of castings.  

Prokhorov’s  Criteria 

Prokhorov [8] formulated a mechanical criterion, in which the hot 
cracking sensitivity is determined by the shrinkage strain rate 
and apparent strain rate in the mush in relation to the fracture 
strain rate of the mush. In this approach, effects of the 
surrounding configuration are accounted  by the apparent strain 
rate. It is assumed that during solidification, alloys pass through a 
low-ductility temperature range called the brittle temperature 
range (BTR). The brittle temperature range is from the coherence 
temperature until the solidus temperature. The minimum fracture 
strain rate in this range is . A hot tear will form in the 
solidified body, if

                          (6) 

The above equation is more sensitive to constitutive behavior of 
the mush, which is generally not precisely known for alloys.

Lahaie  criteria 

The criterion also focuses on the liquid flow in between the 
dendritic network. Considering the last stages of solidification, 
when macroscopic flow of the liquid impossible and liquid film is 

constrained in between the dendrites, Lahaie [9] proposed a hot 
tearing model based on the liquid film rupture. Due to the 
deformation of the solid skeleton, the tensile stresses are induced 
in the liquid films and liquid will break when the stresses reach 
critical. The strain, the viscosity of the inter granular fluid, the 
solid fraction, the isothermal compressibility of the fluid, the 
surface tension of the liquid, the limiting liquid-film thickness for 
viscous flow and microstructure are the various parameters that 
influence the liquid film rupture. The semisolid body at above 0.9 
solid fraction is assumed in the form of regular hexagons with thin 
films of liquid distributed along the solid boundaries, as depicted 
in Fig 1. The behavior of the liquid films in the hexagonal 
structure before and deformation is studied in developing hot 
tearing criteria. 

In the undeformed state, it is assumed that the inter granular liquid 
film is uniformly distributed between the hexagonal grains. When 
the strain is applied to the solid body, the liquid films start 
flowing from the inclined channels into horizontal channels.  At 
certain maximum strain εmax, the inclined channels will be 
completely flowed into horizontal channels. If the strain is applied 
beyond εmax, and it is assumed that the solid grains are rigid, the 
only way to preserve compatibility during continued straining is 
by dilatation of the fluid in the direction of the applied 
deformation. The liquid film will start to develop the fracture and 
hot tear forms. During the viscous flow of inter granular liquid 
from inclined channels to horizontal channels, the strength of the 
solid is given as [9],

Figure 1. The deformation of a semi solid body due to applied 
strain. (A) Hexagonal structure with liquid films uniformly 

distributed (B) Hexagonal structure with liquid films flowing from 
inclined to horizontal channels (C) Hexagonal structure with 

liquid films distributed along horizontal channels.(Picture taken 
from [9])

                   (7)

where the micro structural parameter m is equal to 1/2 for 
columnar and 1/3  for Equiaxed grains. The mechanical response  
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of the semisolid body depends on the viscosity of the inter 
granular liquid μ, applied strain rate , the accumulated strain ε,
and the solid fraction fs. However, the above equation is valid 

until the accumulated strain reaches . Beyond 

this maximum strain, the strength of the mush is calculated using 
the relation,

                       (8)

where KT is the isothermal compressibility of the liquid. The 
complete mechanical response of the mush during the transition 
from local viscous flow of the intergranular liquid to dilatation of   
constrained liquid films can be found by the combination of Eq 7 
and Eq.8. The total stress of a semisolid body should not exceed 
the fracture initiation stress. The fracture initiation stress σi can be 
expressed in terms of solid fraction and the accumulated strain as

                       (9)

The criteria proposes that the hot tear (physically the fracture in 
the liquid films) will appear, if the stress in semisolid network 
exceeds the fracture initiation stress. 

 Criteria Combining Both Non Mechanical and Mechanical  
Aspects 

The coupling between non mechanical aspects such as liquid 
feeding deep in the mushy zone and the mechanical aspects such 
as strain and strain rate of the mushy is modeled by several 
authors with the objective of predicting defect formation. They 
propose the hot tearing criteria in terms of the strain or strain rate 
in the mushy zone at which feeding is stopped.

RDG criteria 

The RDG (Rappaz-Drezet-Gremaud) criterion [7] focuses on the 
liquid metal feeding in between the coherent dendrites in the 
mushy zone. The liquid must be fed to accommodate both 
solidification shrinkage and mechanical deformation of the solid 
phase. The liquid feeding is very easy during the early stages of 
the mush. However, deep in the mushy zone, where the solid 
network is strongly connected, the liquid feeding is difficult and 
hot tear may develop at critical regions. The liquid pressure drop 
in the mush is introduced as a critical factor for the hot tear 
development. The pressure drop is the difference between 
metallostatic and local pressure in the mush and depends on the 
location in the mushy region. Hot tear will develop if the local 
pressure falls below the cavitaion pressure. Both shrinkage and 
deformation of the solid contributes to the local liquid pressure 
drop. The shrinkage and deformation contributions to the pressure 
drop and are calculated using the mass balance performed over the 
mushy region. As shown in fig 2, in a reference frame attached to 
the isotherms, the mass balance can be written as 

   (10) 

The deformation rate of solid along the y direction 

and the solidification shrinkage β are substituted in 

the above equation and integrating, the expression for the velocity 
of liquid any point of the mushy zone can be expressed as

Figure 2. Schematic of the columnar dendrites (Picture taken from 
[7])

(11) 

with E(x) = dx. The liquid velocity can be related to the 
pressure gradient in the liquid using Darcy equation,

                      (12) 

where μ is the viscosity of the liquid, K is the permeability of the 
mushy zone which is determined as

                      (13)

Substituting these relations in Eq.11, and integrating over the 
entire mushy, the shrinkage contribution ΔPsh and the deformation 
contribution ΔPε to the pressure drop are calculated as

                     (14)

                     (15)

The total depression pressure ΔP= + , is a measure for 
the hot cracking sensitivity. The hot tear will form if ΔP ≥ ΔPc,
whereΔPc is the critical depression pressure taken as 2 kPa. The Λ
shaped curves, typical of hot tearing, is well reproduced by this 
criteria, when applied to a variable-concentration aluminum-
copper alloy. The susceptibility of the hot tearing increases with 
addition of copper to a maximum value and the reduces with 
further addition of copper.
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Suyitno Approach 

Suyitno modified the above approach and proposed that, the lack 
of feeding results in the formation of cavity. The cavity formed 
becomes a hot tear when a critical dimension is reached: 
otherwise, porosity will result. Thus the model combines the 
macroscopic cooling process with microscopic porosity 
prediction. The flow behavior of the semi solid is included in 
order to model the mechanical response of semi solid. The feeding 
during solidification is incorporated using transient mass balance 
as

                                                   (16)

where fv is the cavity fraction, fr is the sum of shrinkage and 
deformation contributions, fe is the feeding rate. Both fr and fe are 
calculated as  

                      (17)

                     (18)

where K is the permeability of the mush, Ps is the effective 
feeding pressure, μ is the viscosity of the liquid and L is the length 
of the porous network. If fr < fe, feeding will be sufficient, the 
flow rate is equal to the shrinkage and deformation rate and no
cavity or hot tear will form. If fr > fe , the feeding is insufficient 
and a cavity will form. Once the conditions for the cavity 
formation are fulfilled, the cavity length a is calculated based on 
the cavity volume fraction fv and the diameter of the cavity as

                     (19) 

where C1 is constant that depends on the grain size and Vchar is the 
characteristic volume of the local geometry. According to Griffith 
approach, the critical cavity length that propagates as hot tear can 
be calculated as

                     (20) 

The hot cracking sensitivity sensitivity (HCS) is defined by the 
ratio, HCS = acrit /a and qualitatively if HCS is greater than one, 
the hot crack will develop.  

Constitutive Behavior of the Mush  

From the above discussion, it can be inferred that the mechanical 
response of a semisolid body to an applied strain rate is  important 
in relation to the hot tearing. Several authors, presented about the 
constitutive behavior of the semi solid based on the experimental 
observations. RDG criteria consider the deformation of the 
semisolid is considered only in the direction perpendicular to the 
dendrites growth direction. MHamdi et.al.[10]  provided a method 
for solving the fully coupled problem taking into account the 
complex rheology of the mushy alloy. From the physical
standpoint, this approach is close to the RDG criterion but it 
allows for a more accurate description of the strains development 

in a cast part during an actual process. This approach models two-
phase mushy zone as a viscoplastic porous medium saturated with 
liquid. Many studies [11] have previously shown that as-cast 
micro structural features such as grain size and shape, porosity, 
inter metallics and the configuration of the liquid add to the 
complexity of semi-solid deformation. To date, the application of 
microstructure modeling to predict semi-solid constitutive 
behavior has not been possible, due to the difficulty in realistically 
characterizing the semisolid microstructure. However, in work by 
Mathier et al [12] this difficulty was addressed through the 
application of a granular model using the Voronoi tessellation 
technique to model the solidification of globular grains. Phillion 
[13] then applied this Voronoi tessellation technique to 
demonstrate the feasibility of applying microstructure deformation 
models to semi-solid materials. 

Figure 3. Semi solid micro structure represented by Voronoi 
tessellation. (A) Grain boundary liquid; (B) Rounded grain 

vertices; (C) Triple-junction porosity.(Picture taken from [14])

Phillion [14] proposed a model for  constitutive relation which 
include the effects of the key micro structure features such as 
solid fraction, grain size and the porosity fraction.

(21)

where Kp is the porosity coefficient,  is the initial strain, fp and 
fs are the volume fractions of the pore and solid respectively. The 
pore volume fraction fp can be calculated from the suyitno 
approach. This relationship is valid for high fraction solid, where 
the solid phase plays a major role in the deformation properties. 
Furthermore, this relationship includes the relevant effects of 
grain size and fraction porosity on the stress strain predictions. In 
terms of their effect on constitutive behavior, fraction solid is 
most important, followed by grain size and then fraction porosity.
The integration approach of Phillion’s material model with
suyitno approach can better predict the hot tear sensitivity of the 
mush.
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Summary 
  
Different existing thermal, mechanical, and thermo mechanical 
hot tearing criteria are extensively reviewed. The mechanisms of 
interdendritic liquid feeding to accommodate the shrinkage and 
thermal contraction of the semi solid are explained in brief. The 
thermal contraction of the mushy depends on the constitutive 
behavior of the mushy, which is precisely not known. The 
constitutive behavior which is based on the fraction porosity and 
grain size can be easily implemented in FEM to simulate the real 
process. The fraction porosity can be found from the suytino 
approach, the grain size can be calculated from the local cooling 
rate at the growth of dendrites. 
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Abstract 

Grain refinement and degassing of Al alloys are the fatal 
processes to keep the high quality castings. The most widely used 
process for the grain refinement and the degassing is the addition 
of inoculants and the rotary degassing, respectively. However, 
these processes affect each other and make low efficiency of each 
process, in addition, these increase the cost. The application of the 
ultrasound for grain refinement and degassing has been studied to 
modify the processes, but  the ultrasound could be only applied in 
special casting condition, such as solidification or in the semi-
liquid state, and the effect of ultrasound in this state seriously 
decreases because the fluidity of melt extremely dropped. In this 
study, new process using ultrasound, named as NUMT 
(Nucleation Ultrasonic Melt Treatment), is suggested as the melt 
treatment for grain refinement and degassing simultaneously in 
melt. NUMT process could be established by the special design of 
the sonotrode made by Ti, and it makes supply the nuclei in Al 
alloys melt continuously and efficiently. The grain size and the 
content of hydrogen drop extremely by NUMT. 

Introduction 

The study to apply the ultrasound in casting process has been 
studied for the last a decade [1,2]. The application of ultrasound in 
casting process has been focused on the degassing and the grain 
refinement, and especially the grain refinement has been mainly 
studied on the point of view the mechanism that the dispersion of 
the broken particles of dendrite resulting from the ultrasound 
injection during solidification or the state which is the coexistence 
of solid and liquid phase of metal [3]. The process which should 
be only applied in special casting conditions, as solidification or 
in the semi-liquid state, could not extend to the general casting 
process, such as sand casting, permanent mold casting and die 
casting. The grain refinement and the degassing by the ultrasound 
injection have been represented as the very effective processes, 
and mechanisms for the grain refinement under ultrasound 
injection have been proposed but they have been still arguable 
[4~6]. The effectiveness which is the most important basis to 
adapt in industry will be lost, and in addition the degassing by 
ultrasound never performs well because the fluidity of melt 
extremely dropped. Based on this research back ground, we have 
studied to modify the process which can apply in normal casting 
process, and finally established the process by the new design of 
the sonotrode. The process named as NUMT (Nucleation 
Ultrasonic Melt Treatment) is that the ultrasound is injected into 
Al alloy melt with the special sonotrode. The most important 
phenomenon of ultrasound injection in liquid is the cavitation 
effect and the acoustic streaming, but these effects could not have 
been used in the previous study because of the restriction on the 
flow caused by the injection condition which only could be the 
state of the semisolid [7~10]. But, the ultrasound injection into 

full melt makes it possible to use these unique effects completely 
and then a lot of new ideas can be suggested as the new process. 
From this point of view, NUMT could be the most effective 
process because the process can do the melt treatment for grain 
refinement and degassing simultaneously from hypo-eutectic to 
hyper-eutectic Al-Si alloys without the concerns on the alloy 
composition by using the cavitation and acoustic streaming effect. 
Fig. 1 shows the mechanism of NUMT, especially, the grain 
refinement mechanism. NUMT process makes good use of the 
cavitation conversely to supply Ti substrates in the melt that can 
act as nucleation sites by the adaption of the sonotrode made of 
pure Ti for the grain refinement. This paper involves the effect of 
NUMT process on grain refinement and degassing of aluminum 
alloy the mechanism based on the analysis of chemical 
composition and the microstructure of the alloy. 
 
 

Experimental Procedure 
 
Fig. 2 shows the experimental system for NUMT which can 
generate and inject the ultrasound in metal melt, for Al casting. 
The frequency of the system is 20 kHz and the maximum power 
output is 1900 W/cm2. The system is consisted of three parts, 
ultrasound generator, sonotrode and cooler. The ultrasound 
generator is the piezoelectric device laminated three layer lead 
zirconate titanate (PZT) as the Bolt-Clamped Langevin Ultrasonic 
 

Ultrasound
Generator

Melt

Ti Sonotrode
Heterogeneous 
Nuclei Source

 
 

Figure 1. Grain refinement mechanism of NUMT process 
by Ti sonotrode. 
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Figure 2. Photograph of NUMT system: (a) air cooling for 
ultrasound generator and (b) water jacket for prevention 

of conducting heat of the sonotrode. 
 
 
Transducer Type (BLT). The PZT piezoelectric lost its property 
when it is heated to the Curie temperature, therefore the 
ultrasound generator must keep on cooling not to be heated by the 
proper method. This system adapted a water jacket and forced air 
cooling. The water cooling jacket was set up at the booster 
sonotrode not to transfer the heat through conduct, and the PZT 
was cooled by forced air cooling supplied with an air compressor 
as shown in Fig. 2. 
 
The experimental alloys are A356 and A390 aluminum alloy and 
the chemical compositions are shown in Table I. A356 exhibits 
good castability, high strength and elongation and considerable 
ductility, and A390 exhibits the low coefficient of thermal 
expansion, high hardness and good wear resistance. These alloys 
are the representative alloys of casting aluminum alloys. The 
about 500 g alloy ingot was melted by the electric resistance 
furnace with using an graphite crucible and the A356 alloy was 
melted at 700 oC and A390 was 750 oC, respectively. The furnace 
temperature for alloys melting was varied as the NUMT time 
because the melt temperature increased with an increase 
ultrasound injection time by high intensity vibration energy. As 
the results, the pouring temperature could be controlled uniformly. 
 
 

Table I. Chemical composition of A356 and 
A390 aluminum alloy. (wt%) 

 
Element A356 A390 

Si 6.9 16.9 

Cu 0.2 4.3 

Mg 0.4 0.5 

Mn 0.1 0.1 

Fe 0.1 0.1 

Al Bal. Bal. 

Ingot

Melting

NUMT

Casting

700 ~ 750 oC
Melt Temperature

500 2 g

Ingot Weight 
(A356, A390)

• Power        : 1900 W/cm2

• Frequency : 19~20 kHz
• Time          : Variable

Ultrasound Conditions

Casting Conditions
• Gravity casting
• Permanent mold
• Mold size : 120 130 12 mm
• Mold preheating : 150 oC  

 
Figure 3. Experimental procedure for NUMT of A356 and 

A390 aluminum alloy. 
 
 
The frequency of the ultrasonic generator is 20 kHz at 25 oC and 
about 19 kHz at 700 oC, and the ultrasonic power up to 1900 
W/cm2. The experimental procedure shows in Fig. 3. The 
sonotrode made by Ti was used to inject the ultrasound into alloy 
melt as the design which makes have the resonant frequency of 20 
kHz at 25 oC as shown in Fig. 4 after simulation. When the 
temperature of the aluminum melt was reached at the 
experimental condition, the sonotrode was immersed into the melt 
about 20 mm in depth. The sonotrode was heated for 5 minutes at 
just above the melt before dipping into melt, and also held in melt 
for 5 minutes to maintain the melt temperature before NUMT. 
The melt after the NUMT as each experimental target is poured 
into the steel mold coated as boron-nitride. After cooling to the 
room temperature in air, the specimens were prepared to observe 
the macro and microstructure at each condition. The micro and 
macro structure of A356 was observed after etched by 0.1 % HF 
 

(a) (b) (c)

 
 

Figure 4. Simulation results of sonotrode vibration mode 
with frequency: (a) extinction at 17.6 kHz, (b) distortion 

at 19.2 kHz and (c) normal at 20.0 kHz 

284



 

 
 

Figure 5. Microstructure of A356 with NUMT time: (a) without NUMT, (b) NUMT for 30 sec, 
(c) 90 sec, (d) 180 sec, (e)  300 sec, and (f) 600 sec. 

 
 
and Poulten’s reagent (HCl 12 ml + HNO3 6 ml + HF 1 ml + 
water 1 ml), respectively. The microstructure of A390 was mainly 
observed with a perspective on the variation of the size of the 
primary Si without the special chemical etching. The grain and 
primary Si size of A356 and A390 were measured by the image 
analysis software, Image-Pro Plus (Media Cybernetics Inc., 
U.S.A), to characterize the effect of NUMT on microstructure. 
 

Results and Discussion 
 
Fig. 5 shows the microstructure of A356 alloy after NUMT for 30, 
90, 180, 300, and 600 sec and as-cast without NUMT. It can be 
seen that the microstructure consisted of matrix α Al phase and 
eutectic Si phase. The microstructure of A356 alloy cast without 
NUMT, Fig. 5 (a), α phase was coarse dendrite, whose length of 
 

 
 

 
 

Figure 6. Macrostructure of A356 with NUMT time: (a) without NUMT, (b) NUMT for 30 sec, 
(c) 90 sec, (d) 180 sec, (e)  300 sec, and (f) 600 sec. 
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Figure 7. Eutectic Si morphology of A356 alloy (a) without 
and (b) with NUMT for 300 sec. 

 
 
secondary arm was about 300~400 μm and width was about 100 
μm. The eutectic Si phase was acicular type, because of the 
absence of a chemical refiner, sodium, strontium and antimony for 
eutectic modification. A356 with NUMT showed the 
microstructure of very fine eutectic Si interspersed with fine 

globular primary aluminum grains with increasing NUMT time as 
shown in Fig. 7. The huge dendrite arms were changed to the very 
globular primary aluminum grains with increasing NUMT time as 
small and rosette type structure with NUMT. The macro etching 
was carried out to observe the grain clearly and measure the size. 
The result shown in Fig. 6 suggests that NUMT is very effective 
to obtain very fine grains of A356 alloy in a short time. The grain 
size was decreased to a half by NUMT for just 30 sec, and the 
more fine structure has shown with the more NUMT time. 
 
The effect of ultrasound on the microstructure in A390 alloy is 
very clear as shown in Fig. 8. This figure shows the 
microstructure of A390 alloy after NUMT for 30, 90, 180, 300, 
and 600 sec in alloy melt and as-cast without NUMT. The primary 
Si of the microstructure of A390 alloy without NUMT was very 
coarse and non-uniform as shown in Fig. 8 (a). In addition, the 
primary Si was conglomerated in some area in Al alloy matrix. 
The average length of primary Si was about 150 μm. As 
compared with this microstructure, the primary Si of A390 alloy 
with NUMT was very small and dispersed uniformly in Al alloy 
matrix without adding other chemical refiners as shown in Fig. 8 
(b)~(f). The effects of NUMT of the alloy melt on microstructure 
refinement of primary Si were increased with NUMT time. The 
apparent effect on the refinement of the primary Si was appeared 
to be injected for 90 sec. The optimized injection time for 
refinement of primary Si was 300 seconds at these experimental 
conditions and the primary Si size was about 30 μm, and the size 
was similar after then time. The modification of eutectic Si phase 
in A390 cannot be established by the only thesis figures, however, 
it is very obvious that the distribution of eutectic Si is changed to 
the very uniform with increasing of the NUMT time. 
 
The grain size of A356 and primary Si size was measured by the 
image analysis to characterize NUMT effect as the size with time, 
and the results was represented at Fig. 9. The grain size of A356

 
 

 
 

Figure 8. Microstructure of A390 with NUMT time: (a) without NUMT, (b) NUMT for 30 sec, 
(c) 90 sec, (d) 180 sec, (e)  300 sec, and (f) 600 sec. 

50 μm 
(e)
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(f) (d) 

10 μm 

286



 
 
Figure 9. (a) Grain size of A356 and (b) primary Si size of A390 

alloy as NUMT time. 
 
 
The grain size of A356 and primary Si size was measured by the 
image analysis to characterize NUMT effect as the size with time, 
and the results was represented at Fig. 9. The grain size of A356 
without NUMT was about 760 μm, however, the size decreased 
with increasing NUMT time and reached to about 100 μm after 
NUMT for 300 seconds. The size was maintained after the time in 
spite of increasing of NUMT time. Fig. 9 (b) shows the primary Si 
size of A390 alloy with NUMT time. The result was similar with 
A356. The primary Si size of about 180 μm which was shown 
without NUMT became smaller with increasing NUMT time to 
about 30 μm by NUMT for 300 seconds too and kept the size. 
 
The mechanism of the grain refinement of A356 and A390 alloys 
by NUMT is based on the role of the Ti injected in melt by the 
process. Ti content in melt was analyzed by inductively coupled 
plasma mass spectrometry at each NUMT conditions of A356 and 
A390. Ti content increases with NUMT time from 0.08 wt% for 
30 sec to 0.31 wt% for 600 sec of NUMT time linearly. The effect 
of Ti on grain refinement of A356 is very clear. The size of grains 
is decreased with NUMT time, but the size does not decreased 
more after NUMT for 300 seconds. The similar result was 
exhibited at A390, the size of the primary Si of A390 maintains 
after 300 seconds. This means that there is the minimum time for 
NUMT on grain refinement, and there is no more effect on that 
though the more NUMT time exceed the minimum time. This 
result is related to Ti added to melt in the middle of NUMT 
through the sonotrode. Grain size is increased with Ti content, 
however, there is also the minimum Ti content not to affect any 
more the decreasing of the size. The minimum Ti content for grain 
refinement was 0.25 wt% and 0.30 wt% at A356 and A390, 
respectively. This result suggest that optimum NUMT condition  

(b)

(a)

 
 

Figure 10. Removal of porosities of A390 alloy by NUMT 
degassing : (a) without and (b) with NUMT for 15 sec. 

 
 
for the grain refinement is directly related the Ti content and the 
degree of grain refinement by NUMT can be controlled by Ti 
content, than the time. The existence of the minimum content of 
Ti not to affect any more the grain refinement could be explained 
by the formation of the intermetallic phase of Ti-Al-Si. The extra 
Ti cannot be participated the nucleation process as α Al could be 
easily consumed as the formation of (AlSi)3Ti or Ti(AlSi)2. This 
means that there is also maximum Ti content on the grain 
refinement. 
 
Degassing by NUMT was carried out in A356 and A390 melt. 
The alloys were melted and then held at predetermined 
temperatures for a half of an hour before degassing, and the 
hydrogen content was measured. The hydrogen content before 
degassing was 0.32 ml and 0.15 ml per aluminum 100 g in A356 
and A390, respectively. A356 melt had higher content at about 
two times than A390. This is because that the Si in A390 makes 
reduce the solubility of the hydrogen in melt. The degassing by 
NUMT was carried out as time for 15, 45, 75, 105, and 150 sec at 
each new melt, without any degassing treatment, and the 
hydrogen content was measured by a device for the direct 
measurement of hydrogen concentration (FOSECO Inc., U.K), 
respectively. Fig. 10 shows the macro and micro porosities on 
castings. The all macro and micro porosities clearly removed from 
the castings by NUMT for just 15 seconds. The initial hydrogen 
concentration was 0.32 ml and 0.15 ml at A356 and A390, 
respectively. With NUMT, the hydrogen contents decreased 
sharply with increasing process time in just few seconds and then 
reached a plateau hydrogen content, which corresponds to the 
steady-state hydrogen concentration. The results shown in Fig. 11 
suggest that NUMT time for degassing of aluminum melt was 
extremely short. 
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Figure 11. Hydrogen content in melt with NUMT time: 
(a) A356 and (b) A390. 

 
 
It is supposed that the high effectiveness of NUMT degassing 
results from the pressure of the cavities produced in negative 
pressure [11]. The bubbles produced by blowing of other gas have 
the positive pressure, and want to enlarge for the expansion of 
their volume. The size of bubbles is decided by the balance of 
pressure between blowing gas and surrounding liquid. Therefore, 
degassing by the gas bubbling, usually using in foundries, is not 
effective because hydrogen is removed by the adhesion on the 
surface of bubbles, or just pushed on the melt surface. In contrary, 
the bubbles produced by cavitation effect have negative pressure 
as mentioned above. The pressure of cavitation bubbles is lower 
than surrounding melt, and hydrogen very easily diffuses into the 
cavitation bubble. This means that the gathering hydrogen atoms 
change to hydrogen molecular which has some volume, and 
floating to melt surface by itself. These reasons make increase the 
efficiency of NUMT degassing. 
 

Summary 
 
This research starts from the questions; how can we use 
ultrasound for the grain refinement and degassing of Al alloys in 
melt, simultaneously? For making this answer, we suggested the 
mechanism by heterogeneous nuclei, named as Nucleation 
Ultrasonic Melt Treatment. NUMT starts on the basis of the 
model, and setting up the system for verifying the concept. The 
system could be worked by the sonotrode made by Ti, and it was 
designed to transfer the ultrasound energy without loss and supply 
the nuclei. The effect of NUMT was normalized by the grain size 
and hydrogen content at various experimental conditions, and 
these data could be the guideline of the process. In A356, the huge 
dendrite arms were changed to the very small and rosette type 

structure with NUMT. The grain size was decreased to a half by 
NUMT for just dozens of seconds, and the more fine structure has 
shown with the more process time. The grain size of A356 
without NUMT was about 760 μm, however, the size decreased 
with increasing the time and reached to about 100 μm after 
NUMT for 300 seconds. The size was maintained after the time in 
spite of increasing of time. In A390, the primary Si size of about 
180 μm which was shown without NUMT became also smaller 
with increasing the time to about 30 μm by the NUMT for 300 
seconds too and kept the size. When the initial hydrogen 
concentration was 0.32 ml and 0.15 ml at A356 and A390 without 
degassing, respectively, the hydrogen contents decreased 
dramatically to 0.02 ml/100 g Al with increasing NUMT time in a 
few seconds and then reached a plateau of hydrogen content. 
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Abstract

In all casting processes, liquid metal treatment is an essential step 
in order to produce high quality cast products. A new liquid metal 
treatment technology has been developed which comprises of a 
rotor/stator set-up that delivers high shear rate to the liquid melt. It
generates macro-flow in a volume of melt for distributive mixing 
and intensive shearing for dispersive mixing. The high shear 
device exhibits significantly enhanced kinetics for phase 
transformations, uniform dispersion, distribution and size
reduction of solid particles and gas bubbles, improved 
homogenisation of chemical composition and temperature fields 
and also forced wetting of usually difficult-to-wet solid particles 
in the liquid metal. Hence, it can benefit various casting processes 
to produce high quality cast products with refined microstructure 
and enhanced mechanical properties. Here, we report an overview 
on the application of the new high shear technology to the 
processing of light metal alloys.

Introduction

Alloys of light metals such as Aluminum and Magnesium are 
widely used in various industrial sectors mainly automotive for 
the purpose of weight saving [1]. Melt quality is crucial for both 
continuous and shape casting of these light alloys. Gas, oxides and 
other inclusions in the melt usually deteriorate the quality of the 
casting products. Liquid metal treatment prior to solidification 
processing is crucial for ensuring the high quality of the cast 
products regardless of which casting process is used. The existing 
methods for liquid metal treatment mainly include melt filtering, 
mechanical stirring by an impeller, electromagnetic stirring, and 
rotary degassing. However, such processes are time consuming, 
energy intensive and high cost. Recently, melt conditioning by 
intensive melt shearing in a twin-screw machine was studied and 
used to treat both liquid and semi-solid light alloys [2-4]. 
Improved microstructure and mechanical properties of both 
wrought and cast light alloys were achieved by the application of 
this technology [5-9]. Based on the similar principle, a new 
technology [10] but with simpler equipment has been developed 
for treating liquid metals using a high shear unit. The new 
technology uses a simple rotor-stator unit to provide intensive 
melt shearing, which disperses effectively the harmful inclusions 
into fine particles to enhance nucleation during the subsequent 
solidification processing. Experimental results have demonstrated 
that the high shear unit can be used for general melt treatment, 
physical grain refinement, degassing and preparation of metal 
matrix composites and semisolid slurries [11]. In this paper we 
offer an overview of the high shear device and its application in 
processing light alloys.

The New High Shear Device 

Intensive melt shearing for melt treatment can be achieved in a 
rotor-stator unit [10]. A schematic of the new rotor/stator high 
shear unit is shown in Fig. 1. This unit comprises of a set of rotor 

and stator attached to an electrical motor with a speed control. 
During its operation, the motor passes the power to the rotor by 
the shaft and drives the rotor to rotate and shear the liquid metal in 
the gap between the rotor and the stator and also in the openings 
of the stator. The rotation speed can be in the order of 5000-15000 
rpm providing a shear rate of up to 105s-1. The new high shear 
device provides macro-flow in a volume of melt for distributive 
mixing and, intensive shearing near the tip of the device for 
dispersive mixing. The main advantages of the high shear device 
include significantly enhanced kinetics for chemical reactions or
phase transformations, uniform; dispersion, distribution and size 
reduction of solid particles & gas bubbles, improved 
homogenisation of chemical composition and temperature fields 
and also forced wetting of usually difficult-to-wet solid particles 
in the liquid metal. Therefore, the high shear device can be used 
for; physical grain refinement by dispersing naturally occurring 
oxides, for degassing of Aluminium melts, for the preparation of 
metal matrix composites and also for preparation of semi-solid 
slurries. Hence, the newly developed high shear technology can 
be applied to benefit various industrial casting processes such as 
sand casting, low & high pressure die casting, twin-roll casting 
and direct chill casting. 

Figure 1: The new rotor-stator high shear device for conditioning 
of liquid melts by application of intensive melt shearing, (a) 

inside a crucible of melt illustrating the macroscopic flow pattern 
and (b) bottom view of the high shear device.
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Figure 3: Schematic illustration of the melt conditioned direct chill 
casting (MC-DC) process, with the high shear device submerged 

in the sump of a conventional DC mould, also showing the 
macroscopic melt flow pattern generated by the high shear device.

Applications

Melt Conditioning

The new rotor/stator type high shear device can be inserted in a 
crucible with molten metal, Fig. 1, and apply intensive shearing to 
disperse particulates that already exist in the melt and due to the 
sucking action and macro-flow, uniform temperature and chemical 
composition can be achieved before pouring the melt into a mould
to produce a casting. This can be used for simply conditioning 
liquid melts, preparing semi-solid slurries of alloys and for 
preparing metal matrix composites where uniform dispersion and 
distribution of particles like SiC, Alumina etc.., is required to 
produce better quality castings [11]. 

Degassing

The high shear device can also be applied to benefit degassing of 
Aluminum alloy melts in addition to, just shearing in a crucible. A
schematic illustration of this is shown in Fig. 2. Since the rotor is 
spinning at high speed, this creates a centrifugal force that 
displaces the melt upwards in a pumping action, followed by 
squeezing the same volume of melt through the stator holes.
Conventional degassing of Aluminium melts is done by the rotary 
degassing method where inert Argon gas is supplied into the melt 
through a hollow graphite rotor which spins at relatively low speed 
with the aim of distributing the Argon bubbles evenly throughout 
the volume of the melt. By replacing the graphite rotor with the 
new rotor/stator type high shear device, each Argon bubble is 
dispersed into many tiny bubbles, hence increasing the overall 
surface area of the bubbles in the melt which in turn improves the 
degassing efficiency. The degassing efficiency is improved by 
decreasing the size of the Argon bubbles and by increasing the 
number density of these bubbles, and at the same time, minimizing 
disturbance of the melt surface. Large bubbles cause turbulence 
during their release through the surface of the melt, and at that 
point some Hydrogen is known to dissolve back into the melt.

Direct Chill Casting

Direct chill casting is the major technology for providing billets or 
slabs of light alloys for the production of wrought products. 
However, the billets or slabs made by conventional DC casting 

process often have coarse and non-uniform microstructures, severe 
chemical segregation, porosity and hot tearing, which not only 
burden the downstream thermo-mechanical processing but also 
have a negative influence on the mechanical properties of the final 
products. The new rotor-stator high shear device can be applied to 
conventional DC casting for production of high quality billets and 
slabs. The combination of the high shear device and DC casting is 
termed as; Melt conditioned DC casting, the MC-DC casting 
process [12, 13]. This is schematically illustrated in Fig. 3. In the 
MC-DC process, the high shear rotor/stator unit is submerged in 
the sump of a conventional DC casting mould to provide intensive 
melt shearing during casting. The high shear device operates at a 
rotation speed of ~6000rpm depending on the size of the mould, 
providing a shear rate up to 105s-1. During operation, liquid metal 
is sucked into the high shear device, is subjected to intensive 
shearing in the gap between the rotor and stator and is forced to 
escape from the holes on the stator. The escaping liquid forms a 
unique macroscopic flow pattern in the sump, as shown in Fig. 3. 
Due to the sucking action of the high shear device the macroscopic 
flow in the lower part of the sump is much more intensive than that
in the upper part of the sump. Due to this unique melt flow 
patterns, uniform temperature and chemical composition is 
maintained throughout the casting process.

High Shear Pump

Pumping of molten metal is sometimes necessary in order to 
quickly transfer melt from a melting furnace to a holding furnace
with minimal exposure to air and to avoid unnecessary turbulence 
due to pick-up of inclusions and also to minimize oxidation. The 

Figure 2: A schematic of the high shear device for degassing 
(Hydrogen) of Aluminium melts with Argon gas.
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Figure 4: Schematic illustration of the multi-stage high shear 
pump for supply of fully sheared melt.

Figure 5: Microstructures of AZ91D magnesium alloy cast (a) at 
650°C without shearing, (b) at 650°C after shearing, (c) at 605°C 

without shearing and (d) at 605°C after shearing.

new high shear device can be utilized as a pump for transfer of 
melt to a holding furnace or directly to a casting facility such as the 
‘shot sleeve’ in case of high pressure die-casting process or 
directly to the hot-top in case of the direct chill casting process. A 
schematic illustration of the multi-stage high shear pump is shown 
in Fig. 4. The high shear device not only pumps the molten metal 
but also applies intensive melt shearing at the same time in order to 
condition the melt. In the multi-stage high shear unit, when the 
rotor is running at high speed, a volume of melt is sucked upwards 
into the first stator chamber, then forced out through the stator 
holes, then sucked back into the second stator chamber and so on, 
until it is discharged completely in a fully sheared state, out of the 
high shear pump. The intensively sheared melt can be pumped out 
of the furnace to feed an insulated laundering system or simply 
collected and poured for casting. The discharge rate or flow rate 
can be controlled by the speed of the rotor. There will be a 
minimum speed required for the sucking and pumping, after 
which, increasing the speed would directly increase the flow rate.
In comparison with the single stage high shear device, Fig. 1, the 
multi-stage high shear pump ensures that only intensively sheared 
melt is discharged. In the case of a single stage high shear mixer
placed in a large crucible and volume of melt, there is a chance of 
some melt not been fully sheared. This multi-stage high shear 
pump can also be allowed to discharge back into the furnace in 
case of large quantities of melt to ensure that all the melt in the 
crucible goes through the shearing stages at some point or multiple 
times. The discharge pipe can be submerged below the surface of 
the melt so as to avoid unnecessary turbulence on the melt surface
to minimise the creation of new oxides films.

Grain Refinement by Intensive Melt Shearing
In order to demonstrate the effect of intensive melt shearing on the 
grain refinement of Mg-alloys, AZ91D alloy was sheared at two 
different temperatures, 650°C and 605°C, and then cast in a TP-1
standard mould [14]. The TP-1 mould was prepared under standard 
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Figure 6: Microstructures of Aluminium alloys (a) A6082 alloy 
cast at 730°C without shearing, (b) after shearing and (c) A7075 

alloy cast at 700°C without shearing, (d) after shearing.

conditions for grain size observation with a constant cooling rate of 
~3.5K/s. Reference samples without shearing were also cast at the 
same temperatures, respectively. The resulting microstructures are 
shown in Fig. 5. It is clearly observed, that with intensive melt 
shearing, the microstructure becomes more uniform and the grain 
size is significantly reduced at both casting temperatures. When 
measured, the as-cast grain size was reduced from 550�m to 
170�m when cast at 650°C, and from 180�m to 90�m when cast at 
605°C. It is interesting to note that the grain size of Mg-alloys has 
a strong dependence on melt superheat and that such superheat 
effect is suppressed significantly by intensive melt shearing. In the 
case of Aluminium alloys, similar grain refinement is achieved by 
application of intensive melt shearing prior to solidification, as 
shown in Fig. 6.

AZ91D magnesium alloy was also experimented for the effect of 
intensive shearing in the semi-solid state together with high 
pressure die-casting process. This resulted in a fine and uniform 
semi-solid microstructure with the �-Mg grains uniformly 
distributed with a very narrow size range together with a 
substantial improvement in tensile elongation. Preparation of metal 
matrix composites was also experimented with AZ91D magnesium 
alloy with 9�m diameter SiC particles [9]. Intensive melt shearing 
improved the wetability and resulted in a uniform distribution of 
these particles.

Degassing by Intensive Melt Shearing

Dissolved hydrogen gas in Aluminium alloys is detrimental to the 
mechanical properties of the casting products, due to the fact that 
during solidification this gas is released which results in porosity 
within the casting. The hydrogen gas concentration in aluminium 
alloys is assessed by calculating the density index Di [15, 16], 
from the measured densities using a water balance. The density 
index Di is defined as: Di = (Da – Dv) / Da, where Di is the 
density index, Da is the density of the sample solidified in air, and 
Dv is the density of sample solidified under partial vacuum using 
the reduced pressure test (RPT) method, [17, 18]. Fig. 7 shows the 
density and density index of A7075 Aluminium alloy with and 
without degassing by the new high shear device. The inert Argon 
gas that was introduced into the melt at the bottom of the 
rotor/stator high shear device (as shown in Fig. 2), was set at flow 
rate of 1 liters/min. After 60s of degassing and intense shearing, 
the density index was significantly reduced from 13% to less than 
0.2%, which indicates that the level of dissolved hydrogen in the 
alloy can be effectively reduced within a very short period of time 
by using the new rotor/stator type high shear device. The sectioned 
samples from the RPT test showed that both the number and size 
of the porosity were remarkably reduced after intensive melt 
shearing. Compared with the conventional rotary degassing 
process, this new shearing technology showed significantly 
improved degassing efficiency. This is mainly due to the 
improvement of the uniformity of the inert gas bubbles and the 
reduction of the bubble size and in consequence the total area of 
gas-liquid interface. This is one of the important advantages over 
the conventional degassing process. Another point of degassing by 
this technology is that, the liquid flow near the liquid surface and 
the vortex of the liquid are very weak, which can avoid severe 
turbulence near the liquid surface and, consequently, prevent the 
entrapment of contaminants and further dissolution of Hydrogen 
gas from the atmosphere. Isothermal holding of the melt after 
degassing using the new high shear device still resulted in low 
density index values for up to 60-90 minutes of holding.
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Figure 7: Comparison of density and density index before and 
after degassing of A7075 Aluminium alloy melt, by the new 

rotor/stator high shear device with Argon gas.

Direct Chill Casting with Intensive Melt Shearing

The melt conditioned direct chill casting process (MC-DC) is 
shown in Fig. 3 where the new rotor/stator type high shear device 
is submerged in the sump of a conventional DC mould to provide 
intensive melt shearing during casting. In order to demonstrate the 
effect of in-situ intensive melt shearing on the microstructure of
the DC cast billet, AZ91D magnesium alloy was cast by the MC-
DC casting process by switching on and off the high shear device. 
The high shear device was submerged in the sump of the DC 
caster, and was switched-off during the first half of the billet 
production and then switched-on during the second half of the 
billet production. Fig. 8 shows the microstructure of the DC cast 
AZ91D alloy with the transition from the section cast with the 
high shear device off (bottom) to the section with the high shear 
device on (top). Without intensive melt shearing, the DC cast 
billet shows a coarse dendritic microstructure, while with 
intensive melt shearing it turns sharply into a fine and equiaxed 
microstructure. From the transition upwards, the billet maintains 
the same fine and uniform microstructure. It is clear from the 
result, that during the DC casting process, the application of
intensive melt shearing has a significant grain refining effect and 
can improve the uniformity of the microstructure in the as-cast 
billets. The DC cast billet of AZ31 magnesium alloy with and 
without melt conditioning was also analysed for the chemical 
composition across the cross section of the billet from edge to 
edge. The resulting difference in chemical composition of this 
billet is shown in Fig.9. The chemical analysis was done by spark 
emission spectroscopy. The melt conditioned (MC-DC) billet 
shows much more uniform chemical compositions from the 
surface towards the centre of the billet compared with those of the 
conventional DC cast billets. This is mainly attributed to the 
achievement of uniform microstructure through out the billet 
including from the centre to the edge. The macro-etched section 
of the AZ31 magnesium alloy billet is shown in Fig. 10, in 
comparison with conventionally DC cast and MC-DC cast billets.
In order to understand the grain refining mechanisms by intensive 
melt shearing, temperature measurements during DC casting were 
carried out by attaching thermocouples to the head of the high 
shear device. Based on the direct measurement of the sump depth
with stainless steel rods, during the casting process, the bottom of 
the high shear device is placed about 40mm above the liquid/solid 
interface. Without melt shearing, when the high shear device is 

off, the melt temperature in the sump is quite non-uniform; the 
further the distance from the solidification front the higher the 
melt temperature. However, with the start of the high shear 
device, there is a sharp change of melt temperature distribution in 
the sump. Intensive melt shearing in the sump makes the
temperature curve become closer together, resulting in a more or 
less uniform melt temperature in the sump. The temperature 
curves also show that after application of the intensive shearing, 
the melt temperature becomes very close to the liquidus 
temperature of the alloy being cast, eventually reaching a plateau
which is slightly lower that the liquidus temperature. This is 
deemed to have an important contribution to the microstructural 
grain refinement and reduced or eliminated chemical segregation 
achieved in the MC-DC casting process. A similar set of results 
have also been achieved with Aluminum alloys [13], such as 
2xxx, 6xxx and 7xxx series wrought alloys and including some 
selected cast alloys as well. Microstructural grain refinement and 
reduced or eliminated chemical segregation is also achieved in the 
case of MC-DC casting of these Aluminium alloys.

Figure 8: Microstructure of DC cast AZ91D magnesium alloy 
billet with and without intensive melt shearing, showing the 

transition from coarse dendritic grain structure without intensive 
melt shearing (high shear device OFF), to a fine and equiaxed 

grain structure with application of intensive melt shearing (high 
shear device ON).
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Figure 9: Comparison of chemical composition from the centre 
towards the edge of the AZ31 Magnesium alloy DC billet cast 

with and without intensive melt shearing.

Figure 10: Macrographs of vertically sectioned billets of AZ31 
Magnesium alloy; (a) Conventional DC cast and (b) Melt 

conditioned DC cast.

Recycling of Alloy Scrap by Intensive Melt Shearing

The high shear pump can be utilized for conditioning of melts 
directly inside a furnace. Since the intensive shearing can disperse 
oxide films into individual particles, this can benefit recycling of 
scrap metals. A 10kg melt of AZ91D alloy was sheared 
continuously at 660°C using the high shear pump where the melt
was let to discharge back into the furnace. After 20 minutes of 
continuous shearing the entire volume of melt was grain refined, as 
shown in Fig. 11. It is still possible to achieve grain refinement 
even if the fully sheared melt is mixed with non-sheared melt, as
long as there are enough dispersed oxide particles to facilitate grain 
refinement. An experiment was performed to show that grain 
refinement is still achieved by mixing sheared melt with non-
sheared melt of AZ91D magnesium alloy. After shearing and 
mixing the two melts in different quantities, samples were taken 
using the TP-1 standard mould. The samples were examined for 
their microstructure and grain size measurements were taken. The
plot of grain size corresponding to the mixture of sheared melt and 
non-sheared melt is given in Fig. 12. The sheared melt controls the 
grain refinement up to a 50% mixture of non-sheared melt, after 
which the grain size starts to become coarser.

20mm

20mm

(a)

(b)
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Figure 11: A 10kg melt of AZ91D Magnesium alloy was 
conditioned using the high shear pump at 660°C, and TP-1
samples were cast after; 0mins, 5mins, 12mins and 20mins.

Figure 12: Plot of grain size corresponding to the mixture of fully 
sheared melt with non-sheared melt of AZ91D Magnesium alloy.

Solidification Mechanisms

Liquid melts of Aluminium and Magnesium alloys inevitably 
contain oxide in forms of clusters or films with a non-uniform 
distribution. Such oxides may act as substrates for nucleation but 
are not effective for grain refinement due to their poor wetability
and low number density. However, such oxide clusters and films 
can be dispersed effectively by intensive melt shearing. It has been 
confirmed that the well dispersed oxide particles can be as 
effective nucleation sites [2]. The high shear device can not only 
provide intensive melt shearing in the gap between the rotor and 
the stator and in the openings of the stator, which can disperse 
oxide clusters or films to individual particles, but also forced 
convection in the melt, which can distribute particles uniformly in 
the entire volume of the melt. Intensive melt shearing is also 
believed to be helpful for improving wetability between the liquid 
alloy and the dispersed oxide particles. It is therefore concluded 
that the intensive melt shearing can enhance nucleation and make
significant contribution to the formation of fine and uniform 
microstructures. It has been well demonstrated that intensive melt 
shearing prior to solidification processing is capable of significant 
grain refinement of Al and Mg alloys, and this grain refining effect 
has been attributed to the enhanced heterogeneous nucleation on 
the dispersed oxide particles. However, the effect of in situ melt 
shearing during solidification processing on grain refinement needs 
to be discussed further. The macroscopic flow pattern that is 
generated by the rapidly escaping liquid from the openings on the 
stator provides a distributive mixing action which homogenizes the 
temperature and chemical composition of the melt. As a 
consequence, the melt temperature and chemical composition will 
be uniform as long as the high shear is being applied by the 
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rotor/stator device. In addition, this macroscopic melt flow will be 
stronger near the tip of the stator and weaker near the surface of the 
melt. This will prevent the occurrence of gas entrapment from the 
melt surface. In the specific case of DC casting, where in situ melt 
shearing is applied, there is usually a built-up of solute elements at 
the advancing solidification front. The forced convection generated 
by the high shear device will suck the solute elements at the 
solidification front and distribute them uniformly in the sump. 
Such uniform fields of both temperature (slightly below liquidus) 
and chemical composition will create a condition which promotes 
heterogeneous nucleation and equiaxed growth. In the MC-DC 
casting process, firstly, the intensive melt shearing generates more 
potential nucleating particles by dispersing the already existing 
oxide films. The anticipated increase in particle number density by 
intensive melt shearing can be as high as 3 orders of magnitude 
[19]. It is well known that increased nucleation events will lead to 
grain refinement. Secondly, the uniform temperature field in the 
sump can increase the survival rate of the existing nuclei by 
avoiding their dissolution in the hotter melt which is higher than
the liquidus temperature of the alloy being cast. This would also 
additionally contribute to the formation of fine grains. Thirdly, 
there is a possibility that intensive melt shearing promotes 
fragmentation of dendrite arms that have already formed at the 
liquid/solid interface, since the melt temperature in the sump is 
maintained below the liquidus of the alloy being cast. Hence, the 
dendrite arm fragmentation phenomena may also contribute 
partially to the microstructural grain refinement achieved in the 
MC-DC cast billets, with the anticipation that its contribution will 
be much less than that from the enhanced heterogeneous 
nucleation. Besides equiaxed solidification and grain refinement, it 
should be noted that the MC-DC process exhibits a number of 
other factors; a grain refined microstructure without the addition of 
chemical grain refiners and therefore avoiding any adverse effects 
of these grain refiner additions, eliminates or significantly reduces
macro-segregation which in turn facilitates down-stream thermal 
mechanical processing of the billets such as extrusion and heat 
treatments, mitigates the harmful effects of oxides and other 
inclusions by substantially reducing their physical size, reduces the 
tendency to hot tearing and the formation of gas porosity in the 
billets and also that it provides an opportunity for DC casting Al 
and Mg alloys which are difficult or even impossible to DC cast by 
conventional methods. With regards to enhanced heterogeneous 
nucleation by the dispersion of potent oxide particles, the 
application of intensive melt shearing can facilitate recycling of 
scrap Al and Mg alloys. Al and Mg scrap is usually discarded due 
to their high content of oxides and other inclusions. Since there are 
no external chemical additions required to achieve grain 
refinement by intensive melt shearing, it should be noted that 
almost any kind of melt can be conditioned in order to produce 
better quality recycled Al and Mg alloy castings. In addition, the 
intensive melt shearing would disperse and make a huge number of 
potent oxide particles, of which only a small fraction of them will 
get an opportunity to participate during solidification. Hence, after 
intensive shearing of a melt which contains an increased amount of 
oxide clusters and films than usual, there will be surplus amount of 
potent oxide particles left over in the melt upon solidification. It is 
believed, that these surplus potent oxide particles can get a second 
chance to participate in the nucleation event, when the already 
solidified casting or ingot is re-melted and cast again. Grain 
refinement can still be achieved just by re-melting the once sheared 
ingot without applying intensive melt shearing again. For the same
reason, an intensively sheared melt can also be mixed with primary 

melt that has not been intensively sheared and still achieve grain
refinement upon solidification. 

Summary

Liquid metal engineering by application of intensive melt shearing 
can be achieved by the newly developed Rotor/Stator high shear 
technology to produce high quality cast products. This new 
Rotor/Stator type high shear device provides distributive and 
dispersive mixing and exhibits; significantly enhanced kinetics for 
phase transformations, uniform dispersion, distribution and size
reduction of solid particles and gas bubbles, improved 
homogenisation of chemical composition and temperature fields, 
forced wetting of usually difficult-to-wet solid particles in the 
liquid metal and most importantly, provides physical grain 
refinement by dispersing naturally occurring oxide particles. 
Therefore, the new Rotor/Stator type high shear device can be 
applied; to condition melts of Aluminium and Magnesium light 
alloys, for efficiently degassing melts of Aluminium alloys from 
dissolved Hydrogen gas, to benefit conventional casting processes 
such as DC casting, sand casting, low & high pressure die casting, 
twin roll casting and also ingot casting with regards to recycling 
and re-melting of scrap. In addition, the new Rotor/Stator high 
shear concept can also be combined into a melt conditioning 
transfer pump for molten metals of Al and Mg alloys and also 
other low melting point alloys in general, which can be combined 
with various conventional casting processes to produce high 
quality cast products.
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Abstract

Novelis Inc. recently developed and patented a unique Direct 
Chill (DC) casting process whereby two different alloys can be 
cast simultaneously, producing a laminated aluminum ingot, 
known as Fusion™1 casting.  In this process, a high quality 
metallurgical bond is formed between the two simultaneously cast 
alloys; the mechanism of how this bond formation occurs between 
the two alloys is not clearly understood.  Since direct observation 
of wetting and interface formation in the Fusion casting process is 
difficult to obtain in practice, due to temperature and proximity 
issues, an analog test was designed to mimic the processes on the 
laboratory scale. The apparatus provides a means of controlling 
the basic variables thought to influence bond formation in Fusion 
casting, namely: i) the relative temperatures of the two alloys in 
contact, ii) the sample contact time, and iii) surface oxidation.  
The results of two test series will be presented, highlighting the 
relative importance these variables have on as-cast interface 
quality.

Introduction to the Fusion DC Casting Process

The invention of laminated aluminum sheet metal has its roots in 
the US air force.  In the 1920’s, as high strength aluminum (2xxx 
series) gained traction in the manufacture of wing skins, concerns 
regarding their susceptibility to inter-granular corrosion in sea-
water environments rose.  Research at Alcoa [1]-[2] to alleviate 
this problem resulted in the invention of the famous Alclad sheet 
metal.  Alclad sheet metal has a core which consists of high 
strength aluminum, which is metallurgically bonded to an alloy 
with high corrosion resistance.  In the early patent literature [2],
the Alclad material was said to be made by casting the core 
aluminum alloy against solid clad material (in the forms of sheets 
presumably), and then using a combination of heat treatment and 
rolling to improve the bond between the two alloys.  Modern 
production of Alclad is done predominately by roll bonding, i.e., 
forgoing the casting step in the above description; however, 
successful roll bonding requires meticulous preparation of the 
mating surfaces prior to rolling, which adds to process costs [3].
Since the 1920’s, other markets have immerged for aluminum 
clad sheet.  

An equally important class of aluminum clad products are brazing 
sheet metals.  A brazing sheet consists of a low melting point 
aluminum alloy clad onto a formable and moderate strength 
aluminum core.  These sheet metals are used in the fabrication of 
aluminum parts which require brazing processes, such as an 
automobile heat exchangers.  The low melting point alloy is 
typically an Al-Si brazing alloy, whereas the core alloy is 
typically a 3xxx series alloy; however, various 5xxx, 6xxx, and 
7xxx series alloys can also be successfully brazed together [4].

1 Fusion is a trademark of Novelis Inc.

Again, roll bonding is the predominate route for fabricating 
brazing sheet stock.  

Novelis Inc. utilizes a Direct Chill (DC) casting process, whereby 
two alloys can be cast simultaneously, to produce clad ingots.
This process is known as Fusion casting [5].  This process offers 
two distinct advantages over current aluminum clad sheet 
processing routes: i) the ingots produced via Fusion casting can be 
rolled down to thin-gauge aluminum ‘clad’ sheet without the 
meticulous cleaning procedures or high rolling reductions 
required in traditional roll-bonding production of clad sheet and
ii) since the core/clad metallurgical, oxide-free bond is formed 
during the ingot casting step, a scalping step is saved on one side 
of each ingot, thus reducing scrap volume and increasing overall 
process efficiency. Accordingly, other techniques have been 
proposed in recent years for laminated ingot production [6]-[15].  

The Fusion casting process is a direct descendant of traditional 
DC continuous casting technology.  Starting with a generic DC 
casting setup, a solid divider is inserted into the mould which acts 
as an inner mould.  The divider is typically a water-cooled metal 
chill plate, hence the name chill bar, see Figure 1.  The role of this 
device is to isolate the liquid metal input (feed) streams.  A design 
specific starting block, (details not shown), effectively separates 
the two alloys at the start of the casting process.  To start the 
casting, the higher melting point alloy (based on the liquidus 
temperature) is poured into one region of the mould, thus 
beginning the solidification process.  At a predefined time, the 
lower melting alloy is poured into the adjacent side of the mould, 
and begins to solidify independently from the first alloy.  The 
starting block is withdrawn shortly after, and the two streams 
gradually come into contact and begin the process of bond 
formation.  The ingot is constantly withdrawn with the end result 
producing a laminate ingot. In general, bond quality will depend 
on the process conditions during casting, with optimal conditions 
dependent on the alloys being cast.

Figure 1 - Schematic of Fusion casting process.  Depicted here is 
a scenario with 50% clad and 50% core being cast.
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To produce a quality composite ingot, the interface between the 
two alloys must be free of metallurgical defects such as porosity 
or oxide films.  Furthermore, mixing of the two alloys during 
solidification must be minimized since the goal is to achieve an 
ingot having two distinct regions (inner and outer region) that 
vary in alloy composition.  The structure of the resulting 
metallurgical interface between the core and clad can also play an 
important role in the subsequent processing steps and the final 
properties of the clad alloy.  ‘Why’, and ‘under what conditions’ 
does the Fusion casting process yield quality, oxide-free core/clad 
interfaces are some of the key intellectual questions to fully 
understand the bond formation at the interface mechanistically. 
Since Fusion casting is used to commercially produce aluminum 
brazing sheet, specifically AA3003 core with AA4045 clad, it has 
been chosen as the candidate alloy system to study.

Apparatus Details and Testing

As direct observation of wetting and interface formation in the 
Fusion casting process is difficult to obtain in practice, due to 
temperature and proximity issues, an analog test was designed 
which would mimic the wetting and interface process on the 
laboratory scale.  In our approach a unique test apparatus to study 
this phenomena was designed and built at the University of 
Waterloo. In the test apparatus, a hollowed out cylindrical 
AA3003 is preheated to a desired temperature and then immersed 
into a melt of A4045 at a predefined speed, thus creating an 
interface between the AA3003-core/AA4045-clad alloys.  The 
apparatus provides a means to independently control the following 
basic variables: sample and melt temperatures, sample immersion 
speed, and solid-liquid contact time.  Additionally, the ambient 
atmosphere surrounding the sample and the melt can be carefully 
maintained using this apparatus, to either limit or promote the 
degree of surface oxidation on the AA3003 sample and AA4045 
melt.  The apparatus consists of the following major assemblies: i) 
a two-zone tube furnace, ii) a stainless steel vessel, iii) a sample 
positioning system, iii) a sample cooling system, and iv) an 
ambient gas control system. A cross sectional schematic of the 
two-zone furnace assembly used to heat and cool the AA3003 
specimen and AA4045 melt is shown in Figure 2. 

In test series 1, samples were cleaned in alcohol, etched, de-
smutted, dried with compressed air, and allowed to stay in a dry 
box for 24 hours prior to testing.  AA4045 was first melted in the 
bottom portion of the furnace, and its temperature allowed to
stabilize.  The melt was then skimmed prior to inserting the 
AA3003 sample into the furnace for sample heat-up and testing.  
Heating times for the AA3003 samples were approximately 40 
minutes.  Throughout both series of tests, a constant immersion 
speed of 1.5 mm/s was used, which is similar to the typical casting 
speed used in other casting trials [16].  Test samples were 
immersed into the melt to a depth of ~30mm then immediately 
withdrawn and cooled with a stream of Argon.  The temperatures 
of the AA3003 sample and the AA4045 melt were kept constant 
for each test.  Furthermore, the test temperatures used were such 
that the AA4045 could not re-melt the AA3003 samples.

Figure 2 - Schematic of the analog test apparatus.

AA4045 melting and AA3003 sample heating was initiated using 
an air atmosphere inside the furnace, however; the furnace was 
specifically purged with Argon at pre-defined times during sample 
heating. Thus, the degree of surface oxidation present on the 
AA3003 sample and on the AA4045 melt could be varied.
Calculations were also performed to determine the extent of 
oxidation on the AA3003 samples and on the AA4045 melt prior 
to immersion of the test specimens, see Figure 3.  Oxidation 
calculations were made using the parabolic rate constants given 
for AA3004 in [17], and by scaling them to discount the effect of 
Mg on overall oxidation.  Although oxidation of aluminum may
not be purely parabolic at high temperatures, see
[18]-[21] for example, however this was a good first 
approximation.

Figure 3 - Calculated sample oxide layer thickness, AA3003, melt 
oxide layer thickness, AA4045 for both test series.
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In test series 2, the AA4045 melt temperature was progressively 
increased from test to test, while the AA3003 sample temperature 
was kept constant.  This allowed us to study the effect of AA3003 
surface re-melting on interface formation.  For these tests, the 
furnace atmosphere was air.  

Fusion Casting Trials

Additionally, AA3003/AA4045 ingots were Fusion cast [16] at 
the Novelis’ research centre in Kingston, Ontario.  Ingot cross 
sections were 15" by 6", and were comprised of 50% core and 
50% clad material.  Casting times were over 5 minutes in length,
long enough to reach a steady-state condition
[21].  Metallurgical analysis of the interface was performed on the 
ingots for the purpose of comparing with the analog test results.

Analog Test Results

It was possible to examine and categorize the exterior surfaces of 
the AA3003 samples after the tests were completed.
Qualitatively, the result surfaces could be grouped into one of four 
categories, one example of each category is shown in Figure 4.
The samples shown in this figure had all been immersed to a 
depth of around ~35 mm.  The depth at which the AA4045 melt 
metal level reaches on the samples can be clearly distinguished in 
the sample shown in Figure 4a, whereas this is less noticeable in 
the remaining samples.  This sample was part of the oxide tests 
series, with an estimated AA3003 surface oxide of 15 nm. Above 
the metal immersion level, the AA3003 remains untouched 
throughout the test, notice its surface has a dull lustre. Below the
metal immersion line, the sample surface appears shiny.   Here, 
the AA4045 melt has interacted with the sample.  As can be 
ascertained by the slight reduction in AA3003 sample diameter 
below the AA4045 melt metal level, the AA3003 was slightly 
dissolved by the AA4045 during the time in which it was in 
contact with the AA4045 melt. Additionally, the shiny surface 
was very uniform over this sample, with little or no regions below 
the AA4045 metal level showing bare patches of un-reacted 
AA3003. 

The sample shown in Figure 4b was immersed under the same 
conditions as that of Figure 4a, however; with this sample the 
estimated AA3003 surface oxide was 105 nm.  This was achieved 
by exposing the sample to air during the initial stages of sample 
heating and flushing the furnace with Argon at a pre-defined point 
in time.  Comparing the surface obtained with these test 
conditions to that shown in Figure 4a, there are two noticeable 
differences.  Firstly, there exists many bare portions on the 
AA3003 sample surface.  These bare spots are below the AA3003 
sample immersion depth, meaning they would have technically 
been in contact with AA4045 but did not interact with the metal.  
In general, it was observed that as the degree of AA3003 surface 
oxidation increased, the amount of bare area found on the 
AA3003 samples after immersion increased.  Additionally, it is 
hard to decipher the final AA3003 sample immersion depth for
the sample shown in Figure 4b, as the metal level line is not 
continuous.  

The sample shown in Figure 4c was one from one of the re-melt 
test series samples.  Here, the tests were done in an air 
atmosphere.  By varying the temperature of the AA4045 melt, the 
effect of AA3003 sample re-melting was assessed.  For this 
particular sample, the AA3003 temperature was 903 K, while the 
AA4045 melt temperature was 913 K.  Thus, re-melting was not 
expected, as the equilibrium solidus and liquidus temperatures for 
AA3003 are 915 K and 929 K.  The external surface of the 
AA3003 after immersion into the AA4045 melt are starkly 
different than those of Figure 4a and 4b.  It was clear that the 
AA3003 sample, while being immersed to a depth of ~35 mm into 
the AA4045 melt, had little to no interaction with the AA4045.  
The majority of the AA3003 appeared unaltered after sample 
immersion, with the exception of small metal fragments of 
AA4045 metal shown as the darker gray coloured areas in Figure 
4c.  These AA4045 fragments however were superficially
adherent to the AA3003, and in fact were easily removed with the 
brush of a finger. This behavior, i.e., minimal interaction of 
AA3003 and AA4045, was consistent for all tests conducted in air 
where the AA4045 melt temperature was not great enough to 
induce AA3003 sample re-melting.

When the AA4045 melt temperature was raised to a high enough 
temperature such that it could re-melt the AA3003 sample, the 
exterior surfaces of the sample looked similar to that shown in 
Figure 4d.  In this test, the AA3003 temperature was 903 K, while 
the AA4045 melt temperature was 953 K.  Again, these tests 
samples were immersed to a depth of ~ 35 mm.  Upon immersion 
of the AA3003 sample into the hot melt, AA3003 re-melting 
ensued.  As the re-melting process requires heat transfer, there is a 
time lag required for re-melting to begin.  Thus, the bottom 
portion of the AA3003 samples, having been exposed to the 
AA4045 melt for the longest period of time (in relation to a point 
higher up on the AA3003 sample surface) exhibits the most re-
melting.  The portion of the AA3003 sample which was in contact 
with the AA4045 melt for a short period of time showed little 
signs of re-melting.  Similar to Figure 4b, the AA4045 metal 
immersion level is not clearly discernible, indicating negligible 
interaction between the AA3003 sample and the AA4045 melt in 
the region where the contact time was short.    The portion of the 
AA3003 which appeared to have undergone re-melting did have 
regions where the re-melt surface was shiny, similar to the luster 
shown in Figure 4a where AA3003 dissolution has taken place.  
Unlike Figure 4a however; this shiny surface was not continuous 
and uniform over the re-melted portion of the samples.  
Additionally, the texture of the re-melted regions appeared rough, 
indicating a non-continuous re-melting front.

Qualitative ranking of the AA4045/AA3003 sample interaction, 
based on uniformity, by test conditions was (from best to worse): 
tests done in Argon, test done in Argon with some air exposure 
(oxidation during sample heating), tests done in air with AA3003 
sample re-melting, tests done in air with no AA3003 sample re-
melting.
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Figure 4 - Exterior surfaces of AA3003 tests samples after immersion in AA4045 melt, a) tested in Argon with low level of AA3003 
surface oxidation, b) tested in Argon but AA3003 sample exposed to air for prolonged time during sample heating, c) tested in air and 

AA4045 temperature 640°C d) tested in air and AA4045 temperature 680°C. 

Figure 5 - Effect of AA4045 melt oxidation, a) appearance of 
AA3003 exterior after immersion into a lightly oxidized AA4045 
melt, b) top view of a lightly oxidized AA4045 melt after melt re-
solidification, c) appearance of AA3003 exterior after immersion 

into a heavily oxidized AA4045 melt, notice dry patch (see arrow) 
along the side of AA3003 sample, and d) top view of a heavily 

oxidized AA4045 melt after melt re-solidification.

The Oxide Ring

For all tests which were performed, the bottom surfaces of the 
AA3003 sample was consistently unaffected by immersion into 
the AA4045 melt (the horizontal portion of the sample to first 
come into contact with the AA4045 melt).  It was also observed 
that as AA4045 oxidation increased (either by higher AA4045 
melt temperatures, or by longer exposure times to air), bare 
patches were found along the sides of immersed AA3003 samples.  
These patches were always located near the bottom of the sample 
(i.e., the first vertical portion of the AA3003 sample to come into 
contact with the AA4045 melt), see Figure 5a and Figure 5c. 
Upon visual examination of the AA4045 melts after solidification 
and cool down, there was an obvious ring pattern found on what 
would have been the free surface of the AA4045 melt.  This can 
be seen in Figure 5b, for AA4045 which was lightly oxidized, i.e., 
held in an Argon atmosphere, and in Figure 5d, for AAA4045 
melt which had been exposed to atmospheric air.  This ring 
corresponds to the point at which the AA3003 contacted the 
AA4045 melt upon immersion, and subsequently broke through 
whatever oxide layer had been grown on the AA4045 melt during 
the sample heating period.  Notice the difference in oxide film 
colour, and fracturing patterns.

Optical Microscopy of Interfaces

Various test samples were also sectioned longitudinally along 
there centerline, and standard metallography was performed to 
assess the AA3003/AA4045 interfaces.  Samples from the 
oxidation test series were typical of those shown in Figure 6. In 
Figure 6a, the sample shown had minimal exposure to air, and the 
expected amount of oxidation on the AA3003 sample surface was
15 nm.  In this micrograph, the AA3003 material appears dark 
grey, and has a fine grained microstructure which is barely 
discernible at this magnification.  The lighter toned, and higher
contrast material shown in Figure 6a is AA4045 metal.  In this 
example, one clearly sees that the AA4045 liquid penetrated and 
dissolved some of the original AA3003 sample, leaving behind a 
sample with a slightly reduced diameter. In Figure 6a, there is a 
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clear and continuous interface between the AA3003 sample and 
the AA4045 material. It is also worth noting that alpha aluminum 
grains appear to be forming at the AA3003/AA4045 interface, 

with the direction of the grains perpendicular to that of the 
interface.  This is similar in behavior to previous dissolution 
studies [22]-[24]. Additionally, the bottom of the sample, which 
corresponds to the bottom surface shown Figure 6a, is clean of 
AA4045 and shows no sign of interaction with the AA4045 melt 
(as mentioned in the previous subsection).

In comparison with Figure 6a, the sample shown in Figure 6b was 
exposed to air for a longer period of time during sample heating,
and had an expected AA3003 oxide layer thickness of 55 nm.  
This figure shows two bare spots along the left vertical edge of the 
micrograph, where AA4045 had clearly not penetrated the 
AA3003 sample.  This corresponds to the bare spots depicted in 
Figure 4b.  Adjacent to these bare spots are regions where the 
AA4045 has again penetrated the AA3003 sample and dissolved a 
portion of it.  In contrast to the sample shown in Figure 6a, the 
AA3003/AA4045 interface is not continuous and not a straight 
curve.  In addition to regions of bare spots, there are also cusps 
along the interface.  A good example of this is shown along the 
left edge of this micrograph, about half way up the sample.  Here 
a cusp is clearly shown along the AA3003/AA4045 interface.

A higher magnification image of the AA3003/AA4045 interface is 
shown in Figure 7.  Here the AA3003 material appears on the left
hand side of the micrograph, and the AA4045 material on the 
right hand side. It can be observed that in addition to the alpha 
aluminum grains which protrude perpendicularly from the 
AA3003/AA4045 interface, there are also some intermetallic 
particles present near the interface. As the AA4045 dissolves the 
AA3003 material, one would expect Mn enrichment of the 
AA4045 liquid.  Upon re-solidification of the AA4045 liquid, this 
may manifest in additional intermetallics being formed in and 
around the interface, which would not normally be present in the
AA4045 alloy material. 

Figure 5 - Longitudinal section of analog test sample. Arrow 
indicates intermetallics near interface.

Fusion Casting Results

Similar to the analog tests, Fusion cast ingots were sectioned
(both transverse and longitudinal directions), and optical 
metallography was performed.  Two longitudinal sections of 
AA3003/AA4045 Fusion cast ingot are shown in Figure 8 and 
Figure 9.  The sample shown in Figure 8 was taken from the top 
of the ingot, i.e. it was the last portion of the ingot to be cast. 

Figure 6 - Longitudinal section (parallel to test immersion 
direction) of analog test samples conducted in Argon, a) 
AA3003 surface oxide approximately 15 nm, b) AA3003 

surface oxide approximately 55 nm.
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Hence, this material represents the final point of contact between 
the AA4045 metal and the AA3003 metal during casting.  What 
looks like a frozen metal meniscus can be seen near the top centre 
region of the micrograph.  In this micrograph the AA3003 appears 
as the fine grained light gray structure, and the AA4045 appears 
as a region of large primary aluminum dendrites surrounding by a 
dark grey eutectic mixture of aluminum and silicon.  Here we see 
that the AA4045 metal has penetrated/dissolved a significant 
portion of the AA3003 metal surface it has come into contact 
with.  A rough estimate puts the dissolution depth on the order of 
1 mm. There are also clear similarities between the analog
samples, see Figure 6b, and the Fusion sample shown in Figure 8.
Both interfaces are not straight, and both show a cusp partway 
along the interface.  Additionally, primary aluminum grains 
growing along the interface, in a direction perpendicular to the 
interface are evident in both Figure 8 and Figure 9.

This primary aluminum grain growth is clearly depicted in Figure 
9, at higher magnification.  Some other observations to note: the 
size and spacing of the alpha aluminum grains appear finer in the 
Fusion cast interfaces when compared with the analog test 
interfaces.  This may be due to the high solidification rates 
encountered in Fusion DC casting, in comparison to the relatively 
slow cool down rates experienced by the analog test samples.  
Also, there are intermetallics present in the AA4045 metal portion 
of the Fusion cast ingot, which are not present in standard 
AA4045 cast material, see Figure 9.  Here, a series of Chinese 
Script shaped intermetallic particles are visible, which upon 
comparison with literature [25] and SEM EDX analysis [16], may 
potentially be Al15(FeMn)3Si2 particles.  This is another sign that 
dissolution of AA3003 takes place at the interface during Fusion 
casting. 

Figure 6 - Longitudinal section (parallel to casting direction) of 
Fusion cast interface, portion displayed here is the end of the cast 

with the frozen AA4045 meniscus shown near top centre of 
figure.

Figure 7 - Longitudinal section of Fusion cast interface. Arrow 
indicates intermetallics near interface.

Discussion

Oxidation Effect on Interface Formation

As shown in Figure 4a and 4b, there was a clear and marked effect 
of AA3003 surface oxidation on the final AA3003/AA4045 
interface quality. This can be explained by examining the 
AA3003 sample surface texture.  The AA3003 samples used in 
this study were etched in NaOH prior to testing, which is known 
to strip any protective alumina oxide layer already present on the 
AA3003 sample surface.  Additionally, it can generate surface 
defects in the aluminum [26].  This etched, and now defected, 
surface will re-oxidize unless the partial pressure of oxygen in 
extremely small. As such, the defects present on the as-etched 
surface can potentially be sealed by the aluminum re-oxidation 
process.  As the degree of oxidation increases, there is more 
likelihood these defects become sealed by aluminum oxide.  This 
in turn reduces the number of sites available for AA4045 liquid to 
penetrate the AA3003 surface oxides upon contact with the 
AA3003 sample. Thus, less uniform AA4045 and AA3003 
dissolution would take place.

It should be noted however, that even when the calculated amount 
of AA3003 surface oxidation is equivalent, there was a striking 
difference in results when the furnace atmosphere during sample 
immersion (into the AA4045 melt) is air or Argon.  When tests 
are done in air and sample re-melting did not occur, there is no 
interaction between the AA4045 melt and the AA3003 sample.  
When samples were immersed into the AA4045 melt under an 
Argon atmosphere, penetration and dissolution of the AA3003 
sample readily occurs.  This is indicative that the AA4045 oxide, 
in addition to the AA3003 surface oxide plays a role in interface 
formation. 
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Comparison of Interfaces: Analog Tests and Fusion Ingots

The AA3003/AA4045 interface microstructures obtained in 
analog tests done in Argon atmospheres, see Figure 7 are 
strikingly similar to those obtained from Fusion cast ingots, 
Figure 9.  This suggests that they share similar interface formation 
mechanisms.  It is postulated that the interface formation 
mechanism for Fusion cast ingots is largely governed by 
penetration and dissolution of the AA3003 shell.  Additionally, 
the cusp shown in Figure 6b match those seen in Fusion cast 
interfaces, see Figure 8.  This behavior suggests that the contact 
time is also an important parameter, as there is a finite time 
required for bridging of the penetrated sites to occur, via 
dissolution of the AA3003 metal.

Effect of AA3003 Re-Melting

It was consistently observed that only minimal AA3003/AA4045 
interaction took place in the analog tests conducted in air.  Re-
melting of the AA3003 by the AA4045 liquid did promote bond 
formation, although it is unclear if re-melting alone is a sufficient 
pre-requisite for obtaining sound metallurgical bonds during 
Fusion casting.  Recent Fusion casting trials have focused on the
role of oxide film growth and movement, in addition to re-
melting. 

Conclusion

This works suggests that analog testing is a simple method to help 
elucidate the mechanism of interface formation in Fusion cast 
ingots.  The AA3003/AA4045 interfaces obtained in analog tests 
qualitatively match those observed from Fusion cast ingots.  They 
both suggest that the mechanism of interface formation involves 
penetration of the AA3003 surface oxide, followed by dissolution 
of the AA3003 material by liquid AA4045.  How the oxide 
defects are generated in the real casting process has still not been 
clearly defined.  In the analog test samples, the AA3003 surface 
oxide morphology has yet to be carefully studied, although it is 
presumed that local defects are resent in these thermally grown 
oxide films.  

Additionally, AA4045 oxidation has also been shown to play a 
critical role in interface formation.  Observed analog test results 
suggest that if there is a sufficient AA4045 oxide film present 
between the AA3003 sample and the AA4045 liquid metal, than it 
can pose a serious impediment to obtaining a defect free 
metallurgical bonds between AA3003 and AA4045.
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Abstract

As a result of cost sensitiveness, the demand on hot working steels 
with advanced characteristics and properties are ascending. We 
have used a controlled gas-metal-reaction in a P-ESR furnace to 
produce high quality hot working steel. These types of materials 
are also known as High Nitrogen Steels (HNS). An overview of 
the development in a pressurized induction furnace to the final 
industrial scale using P-ESR will be provided. Different heat 
treatment strategies are conducted and their effect on mechanical 
properties is investigated.

Introduction

Nitrogen as an alloying element has been known and used in 
technical applications since the 1940s, initially under the premise 
for nickel substitution in stainless grades.
Nitrogen in low alloy steels is undesirable due to the formation of 
brittle nitrides. However, the use of nitrogen in high alloy steels 
has an array of advantages that makes it appear interesting as an 
alloying element. In references one find this sufficiently 
researched, so that in this situation only the most important points 
need to be summarized [1-5]:

� Significant increase of strength by keeping ductility 
acceptable

� Improve of corrosion resistance 
� Increase high temperature tensile strength
� Extended / stabilized austenite form
� No formation of tension induced martensite induced by 

high cold working rates
� Avoids / delays the precipitation of inter-metallic phases 

HNS-Alloy (High Nitrogen Steels) as specific material group is 
characterized through an interesting material profile. The nitrogen 
effect is positive on the mechanical properties, in particular to the 
offset yield strength. 

Figure 1. Effect of nitrogen of tensile strength [3]

Figure 1 and 2 clarify the increase in the tensile strength with the 
increasing nitrogen content and accordingly a comparison 
overview over the increase in tensile strength and the effect of 
different elements.

Figure 2. Effect of different alloy content on tensile strength [3]

The increase of the corrosion resistance leads back to the support 
of the short range order of Cr-atoms. While carbon supports the 
formation of Cr-atoms clusters on the basis of its electron 
configuration, nitrogen provides for a uniform allocation of Cr-
atoms in a grid so that the risk of a M23C6-formation is reduced.  
A cluster is to be realized as local accumulation of approx. 100 
atoms (see Figures 3 sand 4). 
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Figure 3. Schematic of a short range order [5]

Nitrogen increases the concentration on free electros in austenitic 
steels. Thereby non-directional bonding and an equal distribution 
of the atoms within the crystal lattice forms [5]. 

Figure 4. Schematic of a cluster formation [4]

Carbon decreases the concentration of free electros in austenitic 
steels. Thereby directional bonding of non-equal distribution of 
the atoms within the crystal lattice will be formed [5]. 

The P-ESR-Process

The investigated steel is re-melted and pressurized according with 
the P-ESR-process. For this Energietechnik Essen GmbH operates 
a furnace with a max 40 bar operating pressure and can achieve 
production with ingot weights up to 20t with a diameter of 
1030mm. The functional principle of this process is shown 
schematically in Figures 5.

Figure 5. Schematic design of a pressure electro slag remelting 
furnace (P-ESR) [7]

  
Basically, the P-ESR process is a conventional remelting facility 
that works in a pressure tank. The process is designed to meet 
both, an ESR refining and nitrogen pick up. The metallurgical 
approach is similar to a standard ESR-process, i.e. refining, low 
segregation, no porosity or shrinkage, defined microstructure and 
solidification. 

The physical fundamentals of nitrogen pick up are specified over 
the Sievert’s square root law; accordingly the nitrogen solubility 
is a function of pressure and temperature:

2][% NpkN �� (1) 

With PN2: Nitrogen partial pressure over melt in bar, k: Material 
constant (temperature and alloy dependent). 

In real systems, the actual solubility is additionally codetermined 
through the alloy composition. Thermodynamic activities are used 
to describe the effect of the individual elements.

2
][%

][% NX
N

Fe
XFe p

f
N

N ��# (2)

With [%N] Fe-X: Nitrogen solubility in multi-component systems, 
[%N]Fe= 0,044% (equilibrium constant in pure Fe at 1600 °C and 
1 bar). The activity coefficient f is thereby defined as:

][%log Xef X
N

X
N � (3)
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With :X
Ne interaction coefficient, [%X]: Concentration of the 

elements X in %.

It is obvious that specific elements increase the nitrogen solubility 
(e.g. manganese), while others reduce the solubility (e.g. Silicum).  
This has not only an impact on the nitrogen pick up at remelting 
but also on the precipitation of inter-metallic phases in the solid 
state. Table 1 summarizes the effect of different elements on 
nitrogen solubility.

Table 1. Activity coefficients of several elements with effect on 
the nitrogen solubility in steel at 1 bar.

Element Coefficient eN Remarks
C
Si
Ni

+ 0.125
+ 0.065
+ 0.01

Reduces the N-
Solubility

W
Mo
Mn
Cr
V 
Nb
Ti

- 0.0015
- 0.01
- 0.02
- 0.045
- 0.11
- 0.06
- 0.053

Increases the N-
Solubility

The nitrogen solubility is accordingly larger in austenitic as in 
ferrite or martensitic steels.
The nitrogen pick up can occur through the gas phase and from a 
solid nitrogen carrier, respectively. The choice of a solid body 
nitrogen pick up medium is down to the following boundary 
conditions:

� Nitrogen partial pressure: high enough to allow a 
dissociation at ~ 40 bar

� Characteristics of the slag or flux are not allowed to 
change (e.g. electrical conductivity, metallurgical 
properties, etc.) 

In practice the standard Si3N4 and in some special cases CrN use 
to pick up nitrogen. Table 2 provides a comparison about 
advantages and disadvantages of Si3N4 and gaseous nitrogen.

Table 2. Advantages and disadvantages different nitrating 
mediums

Nitrating medium Advantage Disadvantage

Si3N4

- Nontoxic
- Ease of operation 

and storage
- Ease of dissociation

- Very  abrasive 
(joints and 

gaskets, valves)
- Kinetic of 

dissociation of N3-

-ion must be 
regarded.

- Non-continuous 
allowance on slag
- Silicon transfer 

in melt

N2 – Gas

- Continuous  
allowance possible
- Simple regulation 
over the pressure

- High equal 
distribution in ingot
- Appropriate for Si-
critical steel grades

- slag composition 
very important

- Sievert´s law at 
high pressure not 
ideally achieved.

- Diffusions 
conditions in 

system slag-metal 
must be known.

The selection of the slag takes place after metallurgical 
consideration and depends on the alloy. Above all, the slag 
composition has importance for the nitrogen pick up of the steel.

Alloy Development

The developed alloy consists of the following nominal chemical 
composition, see Table 3.

Table 3. decomposition of developed alloys
C Si Cr Co Ni Mo Nb/Ta V N
0.4 < 0.8 5.0 0.5 1.0 2.5 0.6 0.2 Def.

The nitrogen content is above the solubility limit at atmospheric 
pressure, i.e. pressurized melting must apply. Due to the defined 
nitrogen content in combination with a limitation in Si, the use of 
Si3N4 as a nitrating agent was not feasible. Alternatively, nitrogen 
gas was used. To evaluate the equilibrium and most important 
boundary conditions, a pressurized induction furnace was used 
and various trials have been carried out prior to industrial scale 
melting. Figure 6 and Figure 7 provide an overview of the furnace 
[6].
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Figure 6. Furnace unit [7]

Figure 7. Sketch of the labsize furnace [7]

As seen in Figure 8, there is a clear relation between pressure, 
time and resulting nitrogen content. The captured data have been 
used for upscaling the process; however one should consider that 
P-ESR melting is different to a pressurized induction furnace. 
This will be explained in more detail within the next section.

Figure 8. N-content vs. holding time in 1600°C and 40 bar [6]

Industrial Scale Melting

The electrodes have been manufactured using an induction 
furnace with limited secondary metallurgy, i.e. virgin materials 
have been used to make up the charge. The cast ingot was fully 

ground prior to melting to avoid any potential impurities. The P-
ESR melting process was carried out as per the standard 
procedures without any issues. Due to the unknown crack 
sensitiveness, the ingot size was limited to some extend and the 
material was directly soft annealed after stripping (see Figure 9).

Figure 9. P-ESR Ingot [7]

Heat Treatment and Mechanical Properties

Based on the existing experiences on High Nitrogen Steels and its 
heat treatments, a study was carried out to determine the relevant 
heat treatment parameters. The chemistry of this new alloy was 
plugged into JMatPro (simulation software) to get a first 
indication on the most relevant key issues (see Figure 10). 

Figure 10. Analytical investigation on developed alloy with 
JMatPro

The hardness was checked for special aging temperature, the 
results are shown in Figure 11. 
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Figure 11. Analytical investigation on developed alloy with 
JMatPro

To evaluate the warm strength, compression tests at 600 °C 
(cylinder shape sample: diameter of 10 mm and length of 15mm) 
were carried out on a hydraulic press. As seen on Figure 11, the 
force-displacement diagram shows an impressive strength at this 
temperature. Calculating the strength from the point of plasticity 
(approx. 100 kN), the resulting compressive strength is around 
1900 MPa at 600 °C. Tensile test have not been finished when 
writing this report.

Figure 12. Force-Displacement diagram based on compression 
test

Summary

New high nitrogen steel was developed using P-ESR melting 
using a controlled gas-metal-reaction. The alloy confirms a high 
warm strength which makes it interesting as an engineering 
material for closed dies, forging mandrels, piercers and high 
temperature fasteners.
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Abstract

NETL has developed a design and control philosophy for the 
addition of nitrogen to austenitic and ferritic steels.  The design 
approach uses CALPHAD as the centerpiece to predict the level 
to which nitrogen is soluble in both the melt and the solid.  
Applications of this technique have revealed regions of 
“exclusion” in which the alloy, while within specification limits of 
prescribed, cannot be made by conventional melt processing.
Furthermore, other investigations have found that substantial 
retrograde solubility of nitrogen exists, which can become 
problematic during subsequent melt processing and/or other 
finishing operations such as welding.  Additionally, the 
CALPHAD method has been used to adjust primary melt 
conditions.  To that end, nitrogen additions have been made using 
chrome nitride, silicon nitride, high-nitrogen ferrochrome as well 
as nitrogen gas.  The advantages and disadvantages of each 
approach will be discussed and NETL experience in this area will 
be summarized with respect to steel structure.

Background and Introduction

Alloying with nitrogen has a long history and offers many 
advantages (1-7). At levels below 0.4 wt%, nitrogen has been 
used in stainless steels for more than 60 years. The history of the 
use of nitrogen has been interesting. Initially, nitrogen was used 
primarily to stabilize the austenite phase in austenitic stainless 
steels. In small quantities it is a potent solid solution strengthener. 
It also reduces the tendency of the steel to transform to martensite.  
In the last thirty years, nitrogen has been used to replace carbon, 
such as in AISI 304 LN and 316 LN grades, in order to produce 
austenitic stainless steels with strengths similar to carbon steel but 
with less susceptibility to sensitization. Mostly nitrogen is used as 
primary as a solid solution strengthening agent and it is very 
effective. More recently high nitrogen stainless steels, i.e., with 
nitrogen levels exceeding 1 wt%, have been produced (3). 

With respect to pure iron, nitrogen has low solubility, only about 
0.045 wt% at 16007C and atmospheric pressure. Nitrogen 
solubility can be increased, however, by alloying and/or 
increasing the N2 gas pressure above the melt. Additions of 
chromium and manganese increase nitrogen solubility, whereas 
nickel lowers solubility in austenitic alloys. For example, AISI 
200 series and Nitronic austenitic stainless steels, based on Fe-Cr-
Mn-Ni-N system, were designed for increased nitrogen solubility 
through alloying. Even with alloying the nitrogen concentration in 
cast and wrought Fe-Cr-Mn-N stainless steels is typically less 
than 0.4 wt% (4, 5). 

Nitrogen solubility in liquid iron generally follows Sievert's law. 
The solubility is proportional to the square root of the N2 gas 
pressure over the melt. Higher pressures and/or nitrogen levels 
cause deviation from Sievert's law and increases in nitrogen 

concentration with pressure occur to a power less than 0.5 (5). 
Designing an alloying using certain elements enhances the 
solubility of nitrogen in the melt. For example, elements such as 
titanium, zirconium, vanadium and niobium, have a positive 
influence on nitrogen content. However, these elements also have 
a strong tendency to form nitrides, some of which persist in the 
liquid well above typical liquidus temperatures.  Chromium also 
increases the solubility of nitrogen in the liquid iron but it does so 
with a lesser tendency to form nitrides.

From a mechanical behavior perspective nitrogen is added to 
austenitic stainless steels to increase the yield strength (6). For 
example, in AISI 304 stainless steel, an almost linear relationship 
exists between nitrogen wt% and yield strength. In heat resistant 
ferritic/martensitic steels, nitrogen is added to form a specific 
matrix precipitate strengthening phase, designated MX (7). The 
MX phase in its pure form is VN. However, the complex nature of 
the ferritic/martensitic heat resistant steels is such that the metal 
portion (M) can include niobium, tantalum, titanium, 
molybdenum and chromium in addition to vanadium. The 
interstitial portion (X) of the precipitate can include carbon and 
boron in addition to nitrogen. From a strengthening perspective 
MX is coherent with the BCC matrix and coarsens slowly. As 
such it offers long-term obstacles to dislocation motion during 
creep.
  

Alloy Design Considerations

Alloy design is crucial to the success of high nitrogen steels.  In 
general, it is easier to avoid gas formation during melt processing 
of a high nitrogen austenitic steel versus a high nitrogen ferritic 
steel since nitrogen is an austenite stabilizer and preferentially 
partitions to the austenite phase during solidification.  The ferrite 
phase typically has a much lower solubility for nitrogen in 
comparison to the liquid.  Thus, an alloy that solidifies by forming 
a BCC phase will enrich the liquid with nitrogen as solidification 
progresses.  It is interesting to note that even commercial alloys 
have regions of “exclusion” in which a level of nitrogen—within 
alloy specification—cannot be achieved since the alloy 
preferentially forms nitrogen gas during solidification.  Usually 
this is brought on by a combination of high nitrogen aim, low aim 
for nitrogen stabilizing elements such as Ni, Mn and Cr and high 
aim for nitrogen destabilizing elements such as Si (in some cases).
Caution is advised however, in classifying an element as strictly 
nitrogen “stabilizing” or “destabilizing”.  Complex interactions 
with other alloy additions as well as the overall phase stability of 
the alloy need to be taken into account.  

NETL’s approach utilizes the CALPHAD method using the 
commercial software ThermoCalc.  Usually this region of 
exclusion within the alloy specification is avoided in the melt 
shop by heat formulation.  However, when a melt shop is 
unfamiliar with an alloy they may be unaware of this region.
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Thus, it is imperative that the alloy specification be thoroughly 
investigated before formulation and melting.  Alloys that form gas 
in the early stages of solidification, or which form a greater 
amount, are the most difficult to deal with.  Another problematic 
phenomenon is retrograde solubility.  Usually solubility of an 
element increases as temperature is increased since the entropic 
contribution to the Gibb’s energy also increases.  The solubility of 
gasses can decrease with rising temperature, however, sometimes
quite severely.  This can have a detrimental effect on weld
chemistry for example since temperature control is not as good.  It 
also has implications for process and temperature control during 
melt operations.  

Examples of both a region of “exclusion” within the specification 
as well as retrograde solubility can be demonstrated by examining 
type S24100 austenitic stainless steel which is a low cost (low Ni) 
austenitic steel often used for shafting, bolting, etc., when high 
corrosion  resistance and non-magnetic materials are required.  
The alloy specification is as follows: C-0.15 max, Mn 11-14, Si-
1.0 max, Cr 16.5-19.5, Ni 0.5-2.5, N 0.2-0.45, balance Fe (all 
values in wt%).  Setting C=0.05 and Si=0 (for simplicity) and the 
rest of the alloy constituents to the specification minimum, a 
temperature versus weight percent nitrogen diagram can be 
calculated (Figure 1).  This figure demonstrates retrograde 
solubility for nitrogen.  The maximum solubility of nitrogen in the 
liquid for this alloy is about 0.4 wt% at about 14307C, which is a 
eutectic point (and is below the specification maximum for 
nitrogen in this alloy).  At 16007C the nitrogen solubility is 
reduced to about 0.3 wt%; thus, as temperature increases the 
solubility of nitrogen in the melt decreases (retrograde solubility).  
Clearly, it would not be possible to make a 0.45 wt% N heat of 
this alloy with the other elements adjusted towards the lower 
range of their specification.  It also is not possible to make a low 
nitrogen heat under these conditions.  

Consider the solidification sequence at for nitrogen at 0.2 wt% 
(the specification minimum).  The liquid starts to solidify as BCC 
at 1448.27C; gas first appears at 1406.37C; FCC begins to form at 
1380.67C; the solidus is reached at 1377.97C; and the extinction 
of gas phase formation occurs below this at 1368.27C (Figure 1).  
Under these conditions the alloy solidifies with roughly 85 wt% 
BCC containing 0.11 wt% N and 15 wt% FCC containing 0.41 
wt% N.  Thus, it is estimated that the nitrogen level achievable is 
about 0.16 wt% at best.  This is mainly due to solidifying the 
majority of the liquid as BCC with the inherently low solubility of 
N in the BCC phase.  Higher levels of austenite stabilizing 
elements such as C and Si would help avoid gas formation at the 
lowest N specification level (other elements remaining near the 
lower range of the specification).  Not surprisingly, C has the 
greatest effect, being the better austenite stabilizer in comparison 
to Si.  However, with the transition elements set low substantial 
BCC phase still forms during solidification.  With higher C and 
Si, some of the BCC transforms to FCC during solidification 
which increases the overall solubility of N in the solid.  Thus, it is 
best to consider how alloy additions affect phase stability which in 
turn establishes the possible level of nitrogen rather than focus on 
nitrogen solubility.  However, this scenario is strictly an 
equilibrium consideration and it relies on the transformed BCC 
(into FCC) to absorb nitrogen by solid state diffusion during 
solidification to achieve the higher solubility (which is 
questionable).

Figure 1: As the above solidifies (N=0.2 wt%): + BCC 
(1448.27C), + gas (1406.37C) + FCC (1380.67C) – liquid

(1377.97C) – gas (1368.27C).  The ThermoCalc predicted phases 
are - 1: BCC, 2: Gas, 3: FCC, 4: Liquid.

Method of Nitrogen Addition

Nitrogen can be added to a melt by additions of nitrogen 
compounds such as CrN or Si3N4, additions of high nitrogen 
master alloys such as high nitrogen ferro-chrome or by the 
exposure to a controlled nitrogen partial pressure in the gas.  Air, 
of course, consists mostly of nitrogen and could be considered to 
have a controlled nitrogen partial pressure.  However, since the 
majority balance gas is oxygen, melting in air can cause the 
formation of a slag layer which inhibits the uptake of nitrogen 
from the atmosphere.  In the lab scale furnaces at NETL, which 
range in capacity from a few pounds to a few hundred pounds, the 
strategy utilized is to melt under a controlled atmosphere 
containing a known amount of nitrogen and to also utilize a solid 
nitrogen addition.  Thus, the nitrogen level is achieved by the 
solid addition and maintained by the gas.  To further complicate 
matters, most of the melts at NETL are made with virgin stock of 
high purity components.  The impact of this is that the melt 
chemistry continually changes as each component is melted in 
turn.  This means that the melt will have a changing ability to 
absorb nitrogen as the melt progresses.  One way to combat this is 
to make the solid addition and the cover gas addition after the full 
melt is established.  This is not always possible, however.  Also, 
the solid addition can locally super saturate the melt with nitrogen 
leading to uncontrolled boiling and nitrogen evolution.  An 
alternative is to load the solid addition dispersed in the lower 
portion of the melt stock within the crucible along with high 
nitrogen stabilizing elements such as Cr and Mn.  With respect to 
“solid” nitrogen additions, the high nitrogen ferro-chrome is 
perhaps the most preferred since it has a low melting point and 
dissolves easily into the melt while the Si3N4 is much less 
preferred since it appears to dissolve as a peritectic reaction which 
can be quite slow.  The concentration of higher nitrogen solubility 
elements eases the absorption of the solid nitrogen into the melt.  
A critical component to the success of this strategy is the level of 
nitrogen overpressure.
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Each element comprising the melt will have a thermodynamic 
activity at a given set of conditions (temperature, chemistry, etc.) 
including nitrogen.  A convenient way to calculate the activity of 
nitrogen is to utilize any of the commercially available 
thermodynamic software packages such as ThermoCalc.  The 
goal, of course, is to equalize the activity of nitrogen in the melt 
with the activity of nitrogen in the gas (aN2,gas).  If the gas is ideal, 
a reasonable estimate of activity is the nitrogen gas pressure 
divided by the standard conditions pressure (typically one 
atmosphere).   Thus, if the desired activity were 0.1, then the 
required nitrogen gas pressure would be 76 torr.  It turns out that 
such low pressures, by themselves, are insufficient to maintain the 
nitrogen in the melt in alloys that solidify either partially or 
completely as ferritics.  This is because the BCC crystal structure 
has a much lower solubility for nitrogen.  Thus, during 
solidification these alloys expel nitrogen into the liquid and 
quickly supersaturate the remaining liquid, causing interdendritic 
gas bubble formation.  Unfortunately, it is typical for nitrogen 
bearing ferritics to have nitrogen melt activities on the order of 
0.01-0.10; thus, relatively low partial pressure of nitrogen is called 
for.  To combat the potential for gas evolution during 
solidification additional gas pressure of an inert gas such as argon 
has been employed.  Total pressure, on the order of a few hundred 
torr, appears to be adequate.  Austenitic alloys, with their typically 
higher nitrogen aims, will have target nitrogen gas activities on 
the order of 0.3-0.9, and thus, require a nitrogen partial pressure 
of a few hundred torr eliminating the need for additional inert gas 
pressure.

Experimental Results

In this section examples of austenitic and ferritic/martensitic 
alloys will be given.  The first example is an experimental high 
nitrogen austenitic alloy with a composition of Fe- 0.4 C- 5.95 
Mn- 0.26 Si- 21.26 Cr- 6.1 Ni- 2.0 Mo (wt%) with the intended 
use for high wear applications. A temperature versus weight 
percent N plot for this alloy is shown in Figure 2.  This 
composition shows the retrograde solubility described earlier.  
The desired nitrogen content for this alloy was 0.50 wt%; 
however, the calculated maximum nitrogen solubility in the liquid 
is 0.49 wt% at the liquidus temperature (13807C).  Upon 
reevaluation, a nitrogen content of 0.45 wt% was deemed 
acceptable from a materials point of view, but the desire for “as 
high as possible” remained.  Thus, a design target of 0.47 wt% 
was selected.  With this level of nitrogen, gas bubbles may form 
in the melt at temperatures above about 14077C; however, even 
with a useful superheat of ~507C (14307C) the nitrogen solubility 
in the liquid is 0.455, which is still reasonable.  

With the base composition and target nitrogen taken into account, 
the nitrogen activity in the gas phase can be calculated at the 
liquidus (aN2,gas( at T = 13807C) = 0.905).  This can be used to 
calculate the partial pressure of nitrogen required to achieve this 
chemistry:  PN2 = P*aN2,gas = 760*0.905 = 687 torr.  Thus, 
rounding up, a partial pressure of 700 torr of high purity nitrogen 
was used when melting the constituents which constituted this 
alloy.  A high nitrogen ferro-chrome master alloy was also used.  
This was placed near the bottom of the charge dispersed within
the Mn, Ni, C and some of the Cr.  Layered on top of this was a 
compact of ~1/3 of the iron followed by a compact of Cr, Mo and 
Si followed by two additional compacts of the remaining Fe 
charge.  After melting, the nitrogen wt% was found to be 0.47, 

which is reasonably close to the desired level of 0.50 and very 
near the design level.  

Some closing comments are necessary.  This alloy has some 
features which make it limited in its practicality, and thus, its 
usefulness:  First, the retrograde nitrogen solubility and high 
nitrogen content makes repeatable chemistry results in doubt at 
this level of nitrogen.  An aim of 0.3 would be much more 
practical.  Second, this alloy would not be field weldable since the 
nitrogen content raises the activity above atmospheric nitrogen.  
These two conspire against the practical use of the alloy. 
However, it does serve as a useful example (if not an extreme 
case) of this technique.

Figure 2: Plot of temperature vs. weight percent nitrogen for an 
alloy with a composition of Fe-0.4 C-5.95 Mn-0.26 Si-21.26 Cr-
6.1 Ni-2.0 Mo (wt%).  The ThermoCalc predicted phases are - 1: 

HCP, 2: Gas, 3: FCC, 4: BCC, 5: M23C6, 6: Liquid.

This next example is an experimental high nitrogen austenitic 
steel with a composition of Fe- 0.1 C- 8 Mn- 0.5 Si- 21 Cr- 7 Ni- 
3 Cu- 0.3 Mo- 1 W- 0.8 Nb (wt%) with the intended use for high 
strength applications.  A temperature versus weight percent N plot 
for this alloy is shown in Figure 3.  This alloy also shows 
retrograde solubility for nitrogen with maximum nitrogen 
solubility in the liquid of about 0.5 wt% at about 13687C.  The 
nitrogen solubility decreases to about 0.34 wt% at 16007C.  A
reasonable nitrogen aim for this nominal composition would be 
below 0.45 wt% nitrogen.  An alloy was subsequently designed 
with an aim of 0.3 wt% nitrogen.  This alloy had a liquidus of 
about 13757C and an aN2,gas(at T = 13757C) = 0.257, which 
equates to a nitrogen partial pressure of 195 torr.  This alloy was 
melted with nitrogen partial pressure of 320 torr.  This partial 
pressure is high enough to produce a nitrogen content of about 
0.37 wt%, if held for an extended time at the liquidus. However, 
the melt was poured as soon as the desired temperature was 
reached (typically less than 25 minutes).  As a result, minimal 
nitrogen pickup from the gas was observed.  Several heats of this 
formulation were made using these conditions with the resulting 
nitrogen contents ranging from 0.284 to 0.334 wt%.
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Figure 3: Plot of temperature vs. weight percent nitrogen for an 
alloy with a composition of Fe-0.1 C-8 Mn-0.5 Si-21 Cr-7 Ni-3

Cu-0.3 Mo-1 W-0.8 Nb (wt%).  The ThermoCalc predicted phases 
are - 1: Z-phase, 2: HCP, 3: Gas, 4: FCC, 5: BCC, 6: Liquid, 7: 

MC, 8: M23C6. 

This next alloy example is an experimental ferritic/martensitic 
steel with possible applications for power plant components.  The 
composition is Fe-0.13C-10.6Cr-0.41Mo-0.20V-0.88Cu-0.69Mn-
0.23Si-0.006Nb-0.06Ni-1.97W-0.001B with a nitrogen aim of 
0.045 (wt%).  A plot of temperature versus weight percent 
nitrogen for this alloy is shown in Figure 4.  Note that the range of 
nitrogen composition is an order of magnitude lower than that of 
Figures 1-3 because of the much lower nitrogen solubility in 
ferritic alloys.  Below 16007C no gas/liquid phase field is 
observed through 0.1 wt% nitrogen both at and above the liquidus.  
Between the liquidus and solidus, the maximum nitrogen 
solubility with gas exclusion is about 0.052 wt% at about 14187C.  
There is higher nitrogen solubility both above and below this 
temperature.  Considering the solidification of an alloy with 0.045 
wt% nitrogen, solidification starts from the liquid as a BCC phase 
when the liquidus is reached at 14947C. At this point the nitrogen 
activity in the gas phase is aN2,gas(at T = 14947C) = 8.92 � 10-2.
The alloy continues to solidify as BCC until 14207C at which 
point it switches to FCC, which continues through the completion 
of solidification.  Concurrent with this solidification path is the 
transformation of about half of the original BCC phase to the FCC 
phase structure (equilibrium solidification).  This increase in FCC 
phase is the reason gas phase formation is pushed to higher 
nitrogen contents as shown in Figure 4.  This alloy was melted 
using a nitrogen partial pressure equal to 70 torr with the balance 
argon for a total overall pressure of 200 torr.  The resulting 
nitrogen content was 0.044 wt% with no signs of gas formation.   

Figure 4: Plot of temperature versus weight percent nitrogen for 
an alloy with a composition of Fe-0.13C-10.6Cr-0.41Mo-0.20V-
0.88Cu-0.69Mn-0.23Si-0.006Nb-0.06Ni-1.97W-0.001B (wt%).  

The ThermoCalc predicted phases are - 1: BN_HP4, 2: 
M2B_TETR, 3: MC, 4: BCC, 5: Gas, 6: Liquid, 7: FCC.

This next example is another ferritic/martensitic steel, alloy P92, 
an advanced commercial alloy which is used for power plant 
piping.  The compositional range of this alloy is C 0.07-0.13, Cr 
8.5-9.5, Mo 0.3-0.6, V 0.15-0.25, Mn 0.3-0.6, Si 0.5 max, Nb 
0.04-0.09, Ni 0.4 max, W 1.5-2, B 0.001-0.006 and nitrogen from 
0.03-0.07 (balance Fe, all wt%).  A plot of temperature versus 
weight percent nitrogen for this alloy with nominal (middle) 
values for all the elements is shown in Figure 5.  Upon cursory 
inspection, this looks very much like Figure 4; however, it appears 
that the maximum nitrogen solubility with gas exclusion is about 
0.04 wt% N, which is much lower than the previous example and 
results in a large region of exclusion within the specification.  
Exploration within the alloy specification only provided marginal 
improvement in this limited solubility.  Increasing the C, Mn, Si, 
Cr, W, V, Nb, B and Ni contents gave a slight increase in nitrogen 
solubility, while increasing Mo slightly decreased the solubility, 
giving a predicted maximum nitrogen content of about 0.047 wt% 
while simultaneously avoiding gas formation.  Thus the alloy, as 
specified, has a substantial region of exclusion with respect to 
nitrogen content.  A heat of this alloy using the nominal 
composition was formulated with a nitrogen aim of 0.039 wt%.  
The liquidus for this alloy is about 15067C at which point the 
nitrogen activity in the gas phase is aN2,gas(at T = 15067C) = 8.95 
� 10-2.   This alloy was melted using a partial pressure of 70 torr 
nitrogen with the balance argon for a total overall pressure of 200 
torr. The total melt time was approximately 45 minutes.  The 
resulting chemistry gave 0.037 wt% N with no signs of gas 
formation.   
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Figure 5: Plot of temperature vs. weight percent nitrogen for an 
alloy with a composition of Fe-0.07-0.13C-8.5-9.5Cr-0.3-0.6Mo-
0.15-0.25V-0.3-0.6Mn-0.5Si-0.04-0.09Nb-0.4Ni-1.5-2W-0.001-

0.006B (wt%).  The ThermoCalc predicted phases are - 1: 
M2B_TETR, 2: BN_HP4, 3: Gas, 4: FCC, 5: Liquid, 6: BCC, 7: 

MC. 

Concluding Remarks

The practical considerations regarding the formulation and 
melting of high nitrogen steels has been presented.  Often times 
alloys will have regions of exclusion in which certain chemistries 
cannot be made by melt processing due to gas formation either in 
the melt or during solidification.  Some alloys exhibit retrograde 
solubility of nitrogen.  These tend to be austenitic alloys with their 
inherently higher nitrogen aims.  Nitrogen can be added to the 
melt through additions of nitrogen compounds such as CrN or 
Si3N4, additions of high nitrogen master alloys such as high 
nitrogen ferro-chrome or by the exposure to a controlled nitrogen 
partial pressure in the gas.  NETL formulates nitrogen containing 
alloys with the addition of nitrogen containing solids along with 
melting under a controlled nitrogen partial pressure.  The 
philosophy is one of establish and maintain with respect to 
nitrogen content.  The desired nitrogen partial pressure is 
estimated by calculating the activity of nitrogen in the gas at the 
liquidus temperature (aN2,gas(TL)).   The nitrogen partial pressure 
for austenitic alloys tends to be on the order of a few hundred torr
while that of ferritic alloys tends to be a few tens of torr.  This 
nitrogen gas pressure alone appears to be adequate while the low 
pressure required in ferritics appears to benefit from added inert 
gas pressure to raise the total gas pressure to a few hundred torr.  
Example calculations and practical melt experiences are provided. 

Disclaimer

"This report was prepared as an account of work sponsored by an 
agency of the United States Government. Neither the United 
States Government nor any agency thereof, nor any of their 
employees, makes any warranty, express or implied, or assumes 
any legal liability or responsibility for the accuracy, completeness, 
or usefulness of any information, apparatus, product, or process 
disclosed, or represents that its use would not infringe privately 
owned rights. Reference herein to any specific commercial 
product, process, or service by trade name, trademark, 
manufacturer, or otherwise does not necessarily constitute or 
imply its endorsement, recommendation, or favoring by the 
United States Government or any agency thereof. The views and 
opinions of authors expressed herein do not necessarily state or 
reflect those of the United States Government or any agency 
thereof."
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Abstract

Segregation during casting of microalloyed steels can affect 
subsequent processing and final properties. In optimising 
composition – processing combinations an accurate prediction of 
the composition and distribution of solute-rich and solute-depleted 
regions is needed. A series of low carbon (0.06 - 0.14 wt % C) as-
cast steel slabs have been investigated using statistically 
significant SEM-EDS mapping to characterise the compositions 
of solute-rich and solute-depleted regions as well as their size and 
spacing. A Clyne-Kurz model has been applied to these alloys 
(which all involve the peritectic formation of austenite during 
their solidification) using Thermo-Calc predictions of 
transformation temperatures and compositions. Initial modelling 
using carbon re-distribution predicted solute-rich fractions within 
3 % of experimentally-determined values. Measured composition 
agreement with Clyne-Kurz and Thermo-Calc predictions was 
less good. The microalloying elements such as Nb seemed to have 
little effect on the prediction of solute-rich fractions. This paper 
will report the progress in modelling and characterisation of 
segregation in continuously cast steel slabs.

Introduction

Microalloyed structural steels are widely used in many major steel 
market sectors (e.g.automotive and aerospace industries) due to 
their combination of high strength and good toughness. This arises 
from a combination of small grain size and distribution of fine 
precipitates. Nb, Ti and V are the most commonly used 
microalloying elements, which form carbide, nitride and/or 
carbonitride precipitates along with C and/or N. These 
microalloying additions show varying tendencies to segregate to 
the interdendritic regions during initial casting of the steel, which 
can result in inhomogeneous composition, structure and properties 
in the final product [1, 2]. The variation in [Nb] and pinning 
particle contents between the solute-rich and solute-depleted 
regions can lead to variation in critical grain growth temperatures 
and form bimodal grain structure (abnormally large grains present 
in a matrix of fine grains) during reheating[3, 4]. Reduced 
toughness and increased scatter, due to the bimodal grain 
structure, has been found in some Nb-microalloyed thermo-
mechanically controlled rolled (TMCR) plates consisting of 
banded coarse and fine grains [2].

Accurately understanding and simulating the micro-structural 
development during solidification of Nb microalloyed steel calls 
for the solution of a combination of microsegregation and 
thermodynamic models. Investigators have employed various 
types of microsegregation models for calculating the solute 
content from the primary solidified phase rejected during 
soldification into the interdendritic liquid [5, 6, 7]. The 
solidification of low carbon microalloyed steel is modified by the 
occurrence of the peritectic transformation involving solidification 
as and solute redistribution from both delta ferrite and austenite. 

Several studies have been reported in the open literature, although 
there is less agreement between these and experimental results [8,
9, 10]. In addition, commercially available thermodynamic 
software packages (e.g. Thermo-Calc and MT-DATA) have been 
used to predict micro- and macro-segregation in alloy systems [9,
11].  Davis and Strangwood have predicted the microsegregation 
of microalloying elements in continuously cast steels using 
Thermo-Calc, but this has not been extended to volume fractions 
of solute-rich or solute-depleted regions [11].

In modeling the structure and properties of hot rolled 
microalloyed steels then it is necessary to account for the amount, 
size and composition of solute-rich and solute-depleted regions 
prior to considering reheating and hot deformation processes.
This paper reports progress in determining spatial composition 
variations in as-cast material.

Modeling Approach

Micosegregation during steel solidification has been predicted by 
many models with different assumptions and simplifications [7,
12, 13]. Typically, most of microsegregation models consist of an 
expression for solute concentration in terms of solid fraction 
between the neighbouring dendrite arms. There are several 
common assumptions to all quantitative treatments: equilibrium at 
the liquid-solid interface, no significant undercooling before solid 
nucleation and constant partition coefficient of solute element. 
The two basic limiting models are the lever-rule and the Scheil 
equation. The former is an equilibrium solidification model, 
which assumes complete mixing in the solid and liquid phases. At 
a temperature T*, the composition of solid at the solid-liquid 
interface, CS, as the function of fraction solidified, fs, is 
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where k is the equilibrium partition coefficient, and C0 is the bulk 
composition. In term of the system temperature, the solid fraction 
may be written as
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where Tf is the melting temperature of pure material, pure iron for 
steel (1536 7C), TL is the liquidus temperature.

Because solid-state diffusion is slow, especially for the larger 
solute element atoms such as Nb, the lever-rule model is not 
accurate during solidification [7]. The Scheil equation deals with 
non-equilibrium conditions, assuming complete mixing in the 
liquid, no diffusion in the solid and local equilibrium at the solid-
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liquid interface. In the Scheil model, the following quantitative 
expression is applied:  
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or, expressing the fraction of solid as a function of temperature
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However, it is apparent that the Scheil equation inadequately 
estimates the final solute composition concentration, because the 
Scheil equation generates an infinite value at fs=1. This model is 
only used for very rapid solidification process such as laser 
welding with the cooling rates over 102 7C /s [14]. In order to 
predict microsegregation during solidification accurately, the 
finite solute diffusion in solid must be considered. Brody and 
Flemings [15] have proposed a model that assumes finite back –
diffusion in the solid and infinite diffusion in the liquid, based on 
one-dimensional solute redistribution. By assuming that the local 
interface advance velocity V decreased parabolically with 
increasing time, the final equation for a binary solution is:
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ge, since even mass 
conservation cannot be satisfied. A number of modifications have 
been developed to address this limitation [16, 17, 18]. Among 
them, the Clyne-Kurz model [16] seems to be more popular. This 
modification makes the model physically reasonable by replacing 
Ê�����������������(�) as follows:
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The equations mentioned above are all semiempirical results, but 
they can be very useful in predicting the microsegregation if 
applied carefully [6, 7, 17].

As noted above, the solidification of a range of microalloyed 
steels involves the peritectic reaction. For these steels the 
development of microstructure can be summarized as in Figure 1.

         

Figure 1: Schematic diagram of solute-rich and solute-depleted 
areas formation on solidification of the continuous cast steel slab.
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alloy elements. Initially the interdendritic regions are 
interconnected, but as the fraction of solid increases, these get 
pinched off as isolated pockets of solute-rich liquid. Cooling to 
the peritectic temperature allows austenite to nucleate at the 
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substitutional elements such as Si, Mn, V in the delta phase is 
approximately 2 or 3 (especially Nb) orders of magnitude greater 
���� ���� ��� ��� å-phase at the peritectic temperature. Due to the 
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austenite. Pearlite finally forms in the solute-rich region 
containing higher alloying element content.

If the hypothesis summarized above holds, then the fraction of 
solute-depleted material should correspond to the fraction 
solidified at the peritectic temperature. The composition at the 
boundary between solute-rich and solute-depleted material should 
also correlate to the compositions of the solid phases at the 
peritectic temperature. 
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Thus a Clyne-Kurz model has been used to predict the fraction 
and composition of solute-rich and solute-depleted material using 
the peritectic temperature predicted from Thermo-Calc software. 
The latter was also used to predict solute compositions at that 
temperature. These predictions are compared with experimental 
characterization of as-cast steels.

Experimental Procedure

As-continuously cast low-carbon microalloyed steel slabs, table I, 
containing of a range of alloying elements were investigated. The 
structural and ship building steels were supplied by Shougang 
Steel Company, China as 220 mm thick slabs, nitrogen levels 
were not specified, but these will not significantly affect
segregation or solidification behavior. Slab 1 was supplied by 
Tata Steel, UK as a 290 mm thick, 1800 mm wide slab. 
Longitudinal sections were mounted in conductive bakelite, 
polished to a 0.05 OPA suspension polish and etched in 2%-nital. 
All samples were taken at quarter thickness. Optical observations 
were conducted on a Zeiss Akioskop-2 microscope using 
AxioVision 4.6.3 image capture and analysis software to quantify 
microstructural feature, such as the secondary dendrite arm 
spacing (SDAS). Chemical characterization of dendrite 
segregation was performed on polished, unetched and lightly 
etched samples using a Jeol 7000 SEM with an Oxford 
instruments EDS system. Statistical sampling using 200 or 300 
point SEM-EDS composition measurements were carried out on 
each steel using a square array of points, Figure 2. The EDS step 
size (the distance between two consecutive measurements) was 
larger than the average secondary dendrite arm spacing of the cast 
samples. Several sections per sample were analysed. The number 
of grid points and the grid spacing of the investigated three steels 
are listed in Table II. These randomly sampled electron 
microanalysis data were ranked using a Flemings – Gungor (F-G) 
approach [19, 20]. The F-G sorting is a statistically significant and 
accurate means of quantifying the distribution of alloying 
elements and all elements are sorted independently into ascending 
or descending order according to their segregation direction 
regardless of sampling location. This led to smooth and 
continuous concentration profiles from which changes in slope 
were used to distinguish variations in the solidification behavior. 

Results and Discussion

Predicted solidification sequence

Using the bulk compositions (Table I), the equilibrium 
solidification sequences were predicted using Thermo-Calc. The 
Ship building and Slab 1 grades were predicted to solidify via the 
sequence:

L 0L � / 0 L � / � +

The Structural steel was predicted to solidify fully as /-ferrite, but 
at only 1 K above the temperature at which austenite should 
appear. Hence, with non-equilibrium cooling, all three should be 
expected to comply with the hypothesis presented above for 
formation of solute-rich and solute-depleted regions involving the 
peritectic reaction. The Structural steel is predicted to complete 
solidification as a (	+
) mix, whilst the other two steels are 
predicted to complete solidification as single-phase austenite. 
Before these differences occur the solute-rich and solute-depleted 
regions should have been established. The predicted temperatures 

for onset of the peritectic reaction are 1479, 1482 and 1483 7C
respectively for Structural steel, Ship-building steel and Slab 1.

Microstructure of as-cast slabs

The Clyne-Kurz approach requires input of a solidification rate, 
which was determined from the secondary dendrite arm spacing at 
the quarter thickness position of the slab (all experimental results 
came from this position). The microstructures of the as-
continuously cast steel slabs, Figure 3, all exhibited a ferrite – 
pearlite structure. In the Ship building and Slab 1 samples there 
was a clear ferritic dendrite structure and the SDAS values was 
readily obtained from mesurements of centre-to-centre spacings of 
the interdendritic pearlite colonies. The Structural steel, however, 
had a much lower pearlite content, which made the dendritic 
structure less easy to define, leading to unacceptable errors in the 
SDAS values determined optically. 

Table I: Major alloying element contents (wt %) of the as-cast 
slabs

Steel C Si Mn Al V Nb Other
Structura

l
0.0
6

0.3
0

1.5
2

0.035
8 - 0.05

2 - 

Ship 
building

0.1
4 

0.3
8 

1.3
5 0.039 0.00

3 
0.00

2 

0.01 Ni, 
0.01Cu,0.00
4 Ti, 0.001 

Mo

Slab 1 0.1
0 

0.3
1 

1.4
2 0.046 0.05

2 
0.04

5 

0.52 Ni, 
0.002 Ti, 
0.008 N

Figure 2: SEM image of an etched (in 2 % nital) as-cast ship 
building steel with overlaid sampling square grid points and 

dendritic (A) and interdendritic (B) areas identified.
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Figure 3: Typical microstructures of as-cast (a) Structural steel, 
(b) Ship building steel and (c) Slab 1 steel at the quarter thickness 

positions

Mathematical Modelling of Solidification Based on Clyne-
Kurz Model

Assumptions

This present model was based on the Clyne-Kurz 
microsegregation model and Thermo-Calc software. Carbon 
diffusion is regarded as one-dimensional (normal to the solid-
liquid interface). The other main assumptions adopted for the 
formulation of the mathematical model are:

i. The cooling rate is constant for the solidification 
temperature range.

ii. ����
�������ô�	�����������
�����������
��������������
iii. ��� ���������� ��� �������
���� ��� ��������� ��� ��� ô� ����

liquid interface.
iv. ��� ��
���� 	�
������� ������������ ��� ��� ô� 	���� ���

assumed constant.

v. Due to the high diffusivity of carbon atoms during this 
temperature range, there is little undercooling from the 
equilibrium temperature for the peritectic reaction [6].
So the equilibrium condition was assumed at the 
peritectic temperature.

                  SDAS and Cooling Rate

In the Clyne-Kurz model, the secondary dendrite arm spacing 
�SDAS is an important parameter as it has a great effect on the 
development of micro-segregation during solidification. An 
empirical relationship between SDAS and cooling rate was used 
based on equation 11, which has previously been fitted to 
experimental data [7]: 

0.4935(169.1 720.9 (% ))SDAS RC C& #� # � �

              
for 0<(%C"¥$�#�          

         0.3616 (0.5501 1.996(% ))143.9 (% ) C
RC C# #� � �

               for 0.15<(%C)                                                             (11)

where CR is the cooling rate (7C /s) and (%C) is the carbon 
content (wt % C)

The mean pearlite colony spacing of Ship building and Slab 1 
steels, which corresponds to the secondary dendrite arm spacing 
were measured. From this, the cooling rates of Ship building steel 
and Slab 1 steel were calculated by equation (11). Because the 
Structural and Ship building steels were cast using the same caster 
with the same slab dimensions by Shougang, their cooling rates 
on solidification should be very similar. As the error in measuring 
SDAS from pearlite colonies was high, the cooling rate has been 
assumed to be the same for these two steels so that the SDAS of 
Structural steel was calculated by equation (11). The cooling rates 
and SDASs of all investigated steels were listed in Table II. Table 
II also includes the spacing of the square grid used for statistical 
SEM-EDS analysis as that needs to be greater than the SDAS for 
F-G ranking of the results.

Table II: Characteristic Second Dendrite Arm Spacing (SDAS) of 
Structural, Ship building and Slab1 steels and experimental 
parameters used for SEM-EDS grid scanning and modeling 

parameters predicted by Thermo-Calc software.
Steel Structural Ship building Slab 1

Cooling rate 
(7C/s) 0.64 0.64 0.18

&SDAS (�m) 157 85 225
Number of F-G

grid points 200 300 300

Grid point 
spacing (�m) 400 150 400

,TS (K) 41.2 51.3 47.7
tf (s) 64 80 265

Peritectic T (7C) 1481.4 1483.5 1485.9

Parameters Predicted by Thermo-Calc Software Considering the 
Effect of Microalloying Elements

For the constant cooling rate assumed in the present work, the 
local solidification time (tf) simplifies to

a

c

b
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�                                                                                   (12) 

��
��ÔTS = TL-TS is the solidification temperature range ,  TS is 
��� �������� ���	�
���
��� ÔTS and tf (s) of all investigated steels 
were listed in Table II, along with the equilibrium predicted 
peritectic temperature. In the case of the Structural steel this was 
taken from extrapolation of the /-ferrite and austenite liquidus 
�������� ��� ������� �
������� ��� ô� ��

���� ��� �� ��������� ���
���	�
���
��������������������
��
��������
���������
����������ô�
ferrite present when austenite was first predicted to form.
^����
������ ��������� �#$"� ���� ��� 	�
�����
�� ��� ������ ^^�� ��� ô�
phase fraction fS which corresponded to the solute-depleted 
fractions were calculated at the predicted peritectic temperature 
and the corresponding solute-rich fractions were listed in Table 
III. Also, the predicted solute-rich fractions were greater than the 
pearlite area fractions, suggesting that pearlite colonies cannot 
represent all the solute-rich areas and some parts of the ferrite 
probably have higher alloying element contents. The Structural 
steel is predicted to contain a smaller amount of solute-rich 
material than the Ship building and Slab 1 steels. This is 
consistent with the lower carbon content (0.06%) increasing the 
liquidus temperature whilst lowering peritectic temperature. The 
ô-��

����������	�����
����
����
����	�
���
��
���������
���-phase 
forms so that more partition occurs. The major difference between 
the Ship building and Slab 1 grades was the cooling rate, which 
gives little change in predicted solute-rich fraction consistent with
the very rapid diffusion of C at these temperatures. 

Experimental Profiles

Results for the F-G array of SEM-EDS spectra have so far been 
analysed to quantify the major alloying element analysis (Mn, Si 
and Ni). WDS will be undertaken to characterise the 
microalloying element contents. The ranking of the EDS results 
for these elements all showed similar trends, as shown by the 
[Mn] data in Figure 4. The compositional profiles of Mn in the 
Structural, Ship building and Slab 1 steels all showed a similar 
shape; the middle parts of the Mn compositional profiles were 
approximate straight lines and at the end of the lines the slopes of 
the curves started to change and increase until 100% solid 
fraction. The change of slope could be associated with a change in 
the degree of mixing in the liquid, e.g. as interdendritic regions 
get ‘pinched off’ or by a change effective partition coefficient. 
The latter would be consistent with the first appearance of 
austenite. Slabs with different SDASs would be expected to give 
‘pinch off’ at different fractions solidified. The similarity of the 
plots for the Ship building and Slab 1 steels would support the 
change in slope is associated with austenite appearance. The 
������ ��� ���	�� ���� ���� �������� ��� ��� �
������� 	�������� ��� �-
	���� ��
����� ��� ��� ����
����� ��� ô-ferrite and liquid, which 
separates the solute-rich and solute-depleted regions. These solute 
separation points are marked by the intersection points of the red 
������� ������ ���Z���
��!��<�� ���� 	������ �-	���� ������������ ��
� ô-
ferrite growing into liquid and also growing back into already-
�����������ô-��

�����������\��������������>������������-phase is 
much slow�
� ���� ���� ��� ô-ferrite which would not allow the 
change in slope of the Mn compositional profile to be removed by 
back diffusion. 

Figure 4: Mn content as a function of solid fraction in Structural, 
Ship building and Slab 1 steels.

Table III: Comparison of predicted and experimental solute rich 
fractions (%) and measured Mn contents at solute separating 

points and pearlite area fractions (%)
Steel Structural Ship building Slab 1

Solute-
rich 

fraction 
(%)

C-K prediction 10 25 26
T-C prediction 0 20 16

F-G
measurement 12 28 24

Pearlite area fraction (%) 8.3 22.4 17.7

Measured solute-rich fractions in Table III agreed well with the C-
K predictions within 2-3 %, whereas the liquid fractions, just 
above the peritectic temperature (basis of Thermo-Calc 
prediction) gives poor agreement. Thus, the Clyne-Kurz approach 
gives good correlation for the volume fraction of solute-rich 
material for this range of compositions and casting route.

Composition Comparison

��� ����
������ ��� ô-ferrite and li������ ô-��

���� ���� �-	����� å-
phase and liquid were assumed to be under equilibrium condition. 
]���������������~"����������������������
����������ô-ferrite at the 
interface as a function of solid fraction and the boundary 
equilibrium conditions, the interface concentrations of solute 
��������� ��� ��� ô-��

����� �-phase and liquid at peritectic 
temperature were calculated. These calculations treated the steels 
as a series of binary alloys with no mutual interaction effects 
between the alloying components and are listed in Table IV. The 
elements C, Ni and Mn (k	�� <k��) are austenite-forming elements 
which can stabilize the austenitic structure and thus their contents 
��� å-	���� ��
�� ��� �������� ��� ������� ��
� ô-ferrite and liquid, 
������������������������ �
��� ������� ���ô-��

���� �
����å-phase. 
Elements such as P, S, Nb, V, Ti are ferrite-forming elements 
�������� ��� ���������*�� ���������� 
��������� ��� ����
� ��������� ��� å- 
	���� ���� ����� ��� ô-ferrite and liquid, which prevented the
further transportation from solute-rich region to solute-depleted 
regions. 
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Table IV: Clyne-Kurz prediction of interface elements 
concentratio at peritectic temperature of Structural, Ship building 

and Slab 1 steels
Steel C Si Mn Nb Ni

Structural
ô 0.045 0.32 1.70 0.050 -
� 0.087 0.32 1.84 0.037 -
L 0.295 0.52 2.59 0.274 -

Ship 
building

ô 0.068 0.36 1.30 0.001 0.010
� 0.131 0.35 1.40 0.001 0.011
L 0.445 0.58 1.98 0.008 0.013

Slab 1
ô 0.047 0.30 1.39 0.033 0.516
� 0.092 0.29 1.50 0.024 0.583
L 0.311 0.48 2.11 0.180 0.658

Measured Mn contents at solute separation points from the F-G
sorting of the SEM-EDS data were used as a quantitative measure 
of the composition prediction, both C-K and T-C. The C-K
prediction ignores interactions between different alloying 
elements, whereas the T-C prediction should deal with these, but 
at equilibrium. The predictions and measured [Mn] at the phase 
separation points in the three steels were listed in Table V. 

Table V: Comparison of measured and predicted [Mn] contents 
(wt %) in austenite at the phase separation point (measured) and at 

the peritectic temperature (predicted)
Steel Structural Ship building Slab 1
C-K 1.84 1.40 1.50
T-C 1.63 1.32 1.42

Measured 1.73 1.49 1.61

The agreement between measured and predicted composition 
values is less good than for the volume fraction of solute-rich 
material. In addition to the differences being greater, there is also 
no monotonic trend for the discrepancy, e.g. for the Structural 
steel the measured value falls between those for C-K and T-C
predictions, whilst for the other two steels the measured values 
exceed both sets of predicted values. This would suggest that 
there are strong inter-alloying element effects that are 
concentration-dependent. This would be consistent with the trends 
shown in Table V for overall carbon level. A full quantitative 
prediction requires modification of the effective partition 
coefficients, based on the interactions accounted for by solution 
thermodynamic models. 

Conclusions

1. The combination of a Clyne-Kurz-type mathematical 
model and Thermo-Calc has been used as a first step in 
modelling segregation behaviour in three continuously-
cast microalloying steel slabs.  Due to the low 
diffusivity of solute ��������������� ��������� ��� å-phase, 
��� ����
����å-	���� ��
������� ��� ����
��������ô-ferrite 
and liquid was used to separate the solute-rich and 
solute-depleted regions. Predicted solute-rich fractions 
are in agreement with experimental results measured by
statistically significant SEM-EDS mapping (F-G
sorting).  

2. �������
������������
��������������������������������ô-
��

������-phase and liquid at peritectic temperature were 
predicted by present model. The predicted interface Mn 
��������� ��� �-phase are lower than measured Mn 

contents at the solute separating point. The predicted 
composition need to be further verified. 

3. The present model only took into account carbon 
diffusion.  Microalloying elements such as Nb seemed 
to have little influence on the prediction of the solute-
rich and solute-depleted fractions.
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Abstract

Many times small scale melts are made for the purposes of alloy 
development, component evaluation, or simply economic 
concerns when “commercial” alloys are unavailable in small 
quantities.  Not only is it critical that the major alloy elements 
meet the desired levels, but “tramp” elements or trace element 
additions must also be controlled.  Control of tramp and trace 
elements on the small scale is often done differently simply due to 
the scale of the melt or the equipment available.  In this paper 
several approaches will be presented that have been used at NETL 
in manufacturing alloys for in-house research, including, for 
example, vacuum refining. Also, the relative effectiveness of 
various gettering elements will be explored.   The successes 
achieved as well as the failures of the various approaches will be 
discussed in terms of thermodynamic and kinetic considerations.  
The presentation will conclude with practical alloy examples.

Background and Introduction

The control of tramp elements has been a concern for the foundry 
man for ages.  The foundational control efforts are by the 
selection of high purity melt stocks.  However, either by lack of 
availability or by extreme costs the melt formulation often times 
includes unwanted tramp elements such as oxygen, carbon and 
sulfur, for example.  In nickel alloys, sulfur can be detrimental 
even at low levels.  Sulfur is known to strongly concentrate at the 
grain boundaries (1).  Sulfur enrichment at grain boundaries can 
be detrimental to oxide scale adhesion (2, 3).  Furthermore, sulfur 
can have an adverse effect on grain boundary ductility (4) and has 
been found to embrittle the gamma/gamma prime interface (5).  
Finally, sulfur can form unwanted phases.  In the case of alloys 
containing carbon and niobium, for example, it has been shown 
that M2CS phases can form.  These carbo-sulfide phases are low 
melting and embrittling phases (6, 7), which can be problematic 
during hot working and other subsequent operations.  

Sulfur levels in iron and nickel-iron alloys have been reduced by 
induction melting in fused lime crucibles (8), while unwanted 
metalloid elements were removed by vacuum distillation (9).  
These metalloid elements, Bi, Sb, Sn, and As, along with Pb, also 
tend to concentrate at the grain boundaries similar to sulfur.  The 
reduction of unwanted elements through vacuum distillation can 
be described by the Langmuir loss equation:

                           (1) 

where L = Langmuir Loss [g/(cm2s)], P = partial pressure of pure 
element at temperature [Pa = g/(cm.s2)], RT = gas constant times 
absolute temperature [erg/mole = g.cm2/mole], and M = 
molecular weight of element [g/mole]. 

The time required to remove a particular element from the melt is 
given by:

    (2) 

where t = time to lose a particular element from the melt [s]; a 
function of T and C, T = absolute temperature [K], C = mass 
fraction of element in melt, W = mass of element in the melt 
(taken as the melt weigh times the weight fraction) [g] and A =
surface area of the melt (taken as the cross-sectional area of the
crucible) [cm2].

Combining equations 1 and 2, and accounting for the fact that in 
alloys it is the partial pressure of the component in solution, gives:

   (3) 

where a = activity of element in the melt and P = partial pressure 
of pure element at temperature [Pa = g/(cm.s2)].   

Experimental Approach

For the sulfur distillation experiments, high purity starting 
materials were used to formulate each heat with a target 
composition of Ni- 22 Cr (wt%).  Approximately 6800 g of raw 
materials were used with the Cr formed into two compacts. The 
nickel was cut from 70 mm diameter bar stock.  Each alloy was 
induction melted and held for the prescribed time and 
temperature.  Three different superheat temperatures were 
employed: TL + 507C, TL + 1007C, and TL + 1507C. These melts 
were held for 20 minutes (TL is the liquidus temperature).  The 
effect of hold time was explored with a superheat of TL + 1007C, 
i.e., hold times at this superheat were 10, 20 and 60 minutes.  In 
experiments where a getter was used, it was either added to the 
melt once the prescribed temperature was reached or included 
with the charge materials.  Each melt run was held for a certain 
time/temperature.  These melts were poured into 70 mm diameter 
steel molds.  After casting, a 2 mm thick slice was sectioned from 
each ingot approximately 40mm from the as-cast top.  These 
slices were used for chemical analysis.  The metal chemistries 
were determined by x-ray fluorescence (XRF) using a Rigaku 
ZSX Primus II, with NIST traceable standards (reported values 
are accurate to 0.01 wt%). Carbon and sulfur chemistries were 
determined with a LECO CS444LS using NIST certified 
standards (reported values are accurate to 10 ppm for C and 1 ppm 
for S).  Oxygen and nitrogen chemistries were determined with a 
LECO TC436AR using NIST certified standards (reported values 
are accurate to 1 ppm).  Trace element chemistries were 
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determined with either the Varian 820 MS with precision to 0.02 
ppm at 1 ppm, or the Varian Vista-Pro with precision to 0.001 
ppm at 0.1 ppm and 0.1 ppm at 5 ppm again using NIST certified 
standards (reported values are accurate to 1 ppm). 

Results

To make use of equation 3, the activity of S in a liquid metal melt 
pool was calculated with ThermoCalc employing the melt hold 
temperature and alloy formulation with the SSUB4 database 
appended onto the TCFe6 database.  This, along with typical 
starting sulfur contents (0.01 wt%), the crucible diameter (9.5 cm) 
and the partial pressure of the pure element were the variables
needed to make predictions.  Figure 1 shows the sulfur loss time 
versus temperature (7C) for Ni-22Cr alloy with 100 ppm S which 
shows increasing time is required as temperature decreases. The 
loss rate is also a function of composition and decreases 
substantially with decreasing S content based on equation 3.
Figure 2 shows the sulfur loss time versus sulfur content (at TL +
1007C). This figure shows that the loss time increases 
substantially below about 20 ppm S based on equation 3. Both 
these figures predict that holding a melt for a few seconds to a few 
minutes at reasonable superheats should drop the sulfur content 
down to only a few ppm (Figures 1, 2). 
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Figure 1: Schematic representation of sulfur loss rate versus 
temperature (7C) for Ni-22Cr alloy with 100 ppm S.
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Figure 2: Schematic representation of the time it takes to reduce S
level in a nominal Ni-22Cr alloy with 100 ppm S and TL + 1007C.

To evaluate S removal with vacuum experimentally, Ni-22Cr 
melts were made employing the hold times and superheats
described previously. The Ni remelt stock comes with a S content 
of 1-2 ppm.  The Cr stock comes with 133 ppm S and was
compacted into two “pucks”.  Thus, based on the input values, 
levels of roughly 30 ppm S are expected in the Ni-22Cr alloy after 
melting and solidification. However, historically the S level is 
closer to 100 ppm under normal melt conditions. The additional S 
was traced to a zirconia wash that was used to protect the mold.  
A low sulfur wash was employed for subsequent experiments.

The experimental conditions and resulting S content in Ni-22Cr 
alloys is shown in Table I. Three superheats (50, 100 and 1507C) 
with a 20 min hold were employed as well as three hold times (10, 
20 and 60 min) for a total of 5 conditions.  The first heat was 
melted in a small VIM furnace. Due to a furnace excursion during 
a subsequent melt, this furnace was unavailable for the remaining 
experiments. Thus, the first melt conditions were repeated in a 
second (larger) VIM furnace (although it employed the same size 
crucible). This same larger furnace was used for all subsequent 
melts of this series.  These experiments show that reducing S to 
levels much below 40 ppm was not possible using the standard 
VIM melt practice and that Equation 3 is not a very good 
predictor for S distillation. Not surprisingly, longer melt hold 
times and/or higher superheat temperature led to more Cr loss 
(although not significant).  The more extreme conditions also led 
to lower carbon contents, presumably by CO boil rather than 
vapor loss of C.  Since the goal was to reduce S to as low a level
as possible, preferably 10 ppm or lower, the effect of chemical 
additions to "getter" S (i.e., tie up and remove) was next 
evaluated.

Table I: Experimental melt conditions and subsequent chemistries.

Experiment Cr
(w/o)

S
(ppm)

C
(ppm)

O
(ppm)

N
(ppm)

507C/20 min 21.74 50 28 45 61

507C/20 min 21.74 43 43 173 46

1507C/20 min 21.57 43 <10 59 27

1007C/60 min 21.67 43 16 90 12

1007C/20 min 21.67 39 12 38 17

1007C/10 min 21.63 41 18 42 22

Besides using a vacuum to distill sulfur it may also be possible to 
remove sulfur by “gettering” with an element that has high S 
affinity. Such elements include Group II elements Mg, and Ca, the 
lanthanides, including La and Ce as well as Y. The following will 
be a brief presentation of additional thermodynamic
considerations. Once again, the base alloy chemistry will be a 
simple binary of Ni-22 Cr.  The addition of 0.1 atomic percent of 
the following sulfur active elements from groups IIA and IIIA of 
the periodic table (Mg, Ca, Y, La, and Ce) were considered at
14777C, a temperature at which the base material is fully molten.  
The thermodynamic results are shown in Figure 3 as a plot of 
W(S) (weight fraction sulfur) versus BPW (weight fraction 
phases). Thus, a value of 10-6 W(S) is 1 ppm S by weight. Below 
about 0.325 wt% S the only sulfides that remain are those formed 
from Groups IIA and IIIA elements. The amounts of each that 
form can then be used to create a ranking as to their effectiveness 
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in gettering S: La > Ce > Y > Ca > Mg. The critical sulfur level, 
below which the respective sulfides no longer form (when all 
these elements are present), can then be used to create yet another 
ranking: Ca > La > Y > Mg> Ce. Thus, La was favored by one 
measure while Ca was favored by another.

Figure 3. The thermodynamic results of W(S) (weight fraction 
sulfur) versus BPW (weight fraction phases) are shown in the plot 

above.  The phase identities are as follows: 1: liquid, 2: CaS, 3: 
La2S3, 4: YS, 5: MgS, 6: CeS, 7: CrS, 8: NiS.

Since handling elemental Ca can be somewhat problematic the 
combination of Mg, Y, La, and Ce (i.e., no Ca) was evaluated. 
Interestingly, La appeared to rank highest using both measures,
forming compounds at the lowest S levels evaluated and forming 
the highest weight fraction (Figure 4).

Figure 4. The thermodynamic results of W(S) (weight fraction 
sulfur) versus BPW (weight fraction phases) are shown in the plot 
above.  The phase identities are as follows: 1: liquid, 2: La2S3, 3: 

YS, 4: MgS, 5: CeS, 6: CrS, 7: NiS.

To evaluate S removal with melt additions of sulfur-active 
elements, additions were made to Ni-Cr melts. The same Ni and 
Cr remelt feedstocks used in the vacuum distillation experiments 
were used in these experiments. All were added after a full 
molten pool was established with a temperature of TL + 50-
1007C.  One experiment with Mg was run with the addition 
contained within the Cr compact.  Magnesium and Y were added 
as elemental additions.  Additions of master alloys of La (NiCrLa; 
32.3 wt% La), Y (NiCrY; 10 wt% Y), and Mg (NiMg; 14.4 wt% 
Mg) were also made.  The master alloys were useful in several 
ways.  In the cases of Mg, La, and Y, alloying increased the 
density of the addition easing its incorporation into the melt rather 
than allowing it to sit on the top of the melt pool allowing it to 
oxidize rather than react with the melt.  It was also felt that the 
NiMg master alloy would have a lower Mg vapor pressure (lower 
Mg activity).  The added benefit of the Y master alloy is that it 
had a greatly reduced melting temperature, thereby easing its 
incorporation into the melt.  All experimental melts were held at 
temperature for 10 minutes following the master alloy addition.  
Table II contains the experimental details and the results of these 
melts.

Table II: The experimental conditions and resulting S and residual 
active element contents in Ni-XCr (where X = 22, 30, 40 & 50) 

alloys are shown below. Each melt was made under vacuum with 
very low leak rates.

Experiment S (ppm) Retained (ppm)

Ni-22Cr  

2.0 g Mg 54 10 Mg 

25.6 g IncoMg 1 59 110 Mg 

2.0 g Mg in ea. Cr 31 18 Mg 

26.5 g NiCrLa 4 102 La 

7.1 g Y 23 247 Y 

23.3 g NiCrY 14 246 Y 

Ni-30Cr  

35.1 g NiCrLa 5 106 La 

Ni-40Cr  

46.2 g NiCrLa 33 106 La 

Ni-50Cr  

35.1 g NiCrLa 9 227 La 

25.4 g NiCrLa 67 61 La 

35.1 g NiCrLa 7 118 La 

These experiments showed that the best results were obtained 
with the addition of a La containing master alloy. Additional 
observations included: Mg tends to vaporize, which may reduce 
its effectiveness. Use of the NiMg master alloy appeared to 
reduce the Mg vapor pressure (i.e., less Mg loss).  Incorporating 
the Mg into the Cr compacts may have helped to reduce S, 
however, this may also be attributable to the increase in Mg 
addition (2x).  Additions of Y (elemental or master alloy) did not 
prove as effective in reducing S and there was the secondary 
problem of retaining more of the S active element (the preference 
is that the S be removed and no other additions remain).
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Interestingly, addition of the Y master alloy to more complex 
alloys was very effective in reducing S, so more work in this area 
may be warranted.  It may be that Y reacts with S in the Ni-Cr 
binaries forming compounds but these remain in the melt (which
leads to the higher retained Y values).  In the more complex alloys 
the YS that forms in the melt may be modified by the other alloy 
constituents, which in turn modifies the tendency of the sulfide to 
wet or otherwise stick to the crucible.  Further work is also needed 
to verify this.  Some variation in the S results was observed with 
the NiCrLa master alloy which may be attributed to the level of 
superheat at the time the addition is made.  It was observed that 
lower superheat temperature resulted in less sulfur removal. Again 
this might be attributable to reduced reaction kinetics or perhaps 
less than adequate removal of the sulfide particles.   

The sulfur reduction strategy has been applied to other model 
alloys.  These alloys are nominally Ni-22Cr-XMo-0.05C with 
X=0, 1, and 8 wt%.  These alloys were made by utilizing some of 
the low sulfur heats shown in Table II, along with additional 
amounts of Cr, Mo and C to bring the chemistry up to the desired 
levels.  An effort was also made to eliminate the retained La.  This 
was achieved by making a NiO addition.  This addition was 
strategically placed in the lower level of the crucible while the C 
addition was placed at the upper level since C can easily reduce 
NiO.  The resulting chemistries of the three heats are given in 
Table III. As can be seen, S remained low and the La was also 
removed. Thus, the main objectives were achieved.

Table III: Chemistries of experimental Ni-22Cr-XMo-0.05C 
alloys are given below.  Cr, Mo, and C are given in weight percent 

while N, O, S and La are given in ppm. 

Cr  Mo C  N O S La

Ni22Cr0Mo 22.18 0.016 0.04 49 8 11 21

Ni22Cr1Mo 22.04 0.99 0.05 54 14 4 3

Ni22Cr8Mo 22.04 7.77 0.05 64 11 11 3

The NiCrLa master alloy is effective in reducing sulfur contents in 
Ni-Cr melts. Based on calculations ESR, with the proper selection 
of slag components (e.g., Ca) can be used as an alternative way to 
remove S and provide low S melt stock for VIM melting. Further 
exploration of these methods is planned in the future.

Disclaimer

"This report was prepared as an account of work sponsored by an 
agency of the United States Government. Neither the United 
States Government nor any agency thereof, nor any of their 
employees, makes any warranty, express or implied, or assumes 
any legal liability or responsibility for the accuracy, completeness, 
or usefulness of any information, apparatus, product, or process 
disclosed, or represents that its use would not infringe privately 
owned rights. Reference herein to any specific commercial 
product, process, or service by trade name, trademark, 
manufacturer, or otherwise does not necessarily constitute or 
imply its endorsement, recommendation, or favoring by the 

United States Government or any agency thereof. The views and 
opinions of authors expressed herein do not necessarily state or 
reflect those of the United States Government or any agency 
thereof."
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Abstract

This article presents the mathematical modeling of Si infiltration 
material in a porous carbon fiber preforms. Capillary infiltration 
kinetics in the limit of both interface and diffusion control for 
situations where the capillary radius decreases with time, and the 
contact angle was assumed constant during infiltration were 
studied. One major manufacturing process of the carbon fiber 
reinforced SiC composite materials is the liquid silicon infiltration 
(LSI) of a porous carbon fiber preforms to form C-SiC 
composites. The results show that the large-radius (r0 = 5 Ä�"�
capillary yields faster infiltration kinetics and longer penetration 
lengths than the small-diameter (r0 = 1 Ä�"�

Introduction

Ceramic matrix carbon fibre (CMC) reinforced composites today 
are being developed for the application in high-performance 
structures [1]. In addition to, high-performance ceramics are 
gaining increasing attention because (i) the good oxidation 
resistance of the ceramic matrix makes the composites attractive 
for high-temperature applications, and (ii) continuously 
decreasing price of carbon fibers makes the use of carbon fiber 
reinforced composites economically feasible [2, 3]. C-SiC 
composites are used for nose tip of reusable space vehicles, 
leading edges of hypersonic vehicles, jet-vanes for thrust 
vectoring and brake disc of high speed automobiles [1-3]. One 
major manufacturing process of the carbon fiber reinforced SiC 
composite materials is the liquid silicon infiltration (LSI) of a 
porous carbon fiber preforms to form C-SiC composites. The 
processing by LSI consists on the infiltration of a porous carbon
fiber preforms with molten silicon using a conventional furnace. 
Carbon and silicon react to form SiC at temperatures in the range 
of 1450-1650 ºC, and dwell time between 1-3h under vacuum [4]. 
Understanding of infiltration dynamics of molten silicon in carbon 
fiber preforms is essential for the development of LSI based C-
SiC composites. Direct observation of silicon infiltration in 
carbon fiber preforms is not possible; because of high temperature 
and vacuum conditions. Therefore mathematical modeling is the 
only way to get close results with the experimental values.
This article presents mathematically modeling of the capillary 
infiltration kinetics in the limit of both interface and diffusion 
control for situations where the capillary radius decreases with 
time, and the contact angle was assumed constant during 
infiltration. In this system, pore shrinkage caused due to the 
deposition of a product phase of a higher specific volume alters
the resulting interface [4].

Analysis

In this section, model considerations will be presented to analyse 
the reactive wetting in the liquid-silicon/solid-carbon system. A

two-dimensional schematic view of the infiltration dynamics 
model of C-SiC composites is shown in Fig. 1. +�� ���� É� is the 
surface tension, r is ���	�
�� 
������� �� ����
������� Ò� is the fluid 
��������� Ä� is the fluid viscosity, and h is the infiltration height. 
The differential equation of motion for capillary rise under quasi-
steady state can be written as:

2 2 cos
8

dh rh gh
dt r

% � �
� %

� �
� #� �

� �
(1) 

In ter face - l imi t ed  capi l l ary  r i se

As mentioned earlier, the pore sizes shrink with time as solid SiC
is formed, and the reaction kinetics can be expressed by the 
following relationship:

0( )r t r kt� # (2) 

Here r0 is the initial capillary radius, k is the reaction-rate 
constant, and t is the time. Substituting for r(t) in eq. [1] with g = 
0 and        î ¸�îõ, gives

� 	0
4 coshdh r kt dt� �
� 8� # (3) 

Taking the integration in eq. [3], gives

� 	2 2
0

4 cos 2h r t kt� �
� 8� # (4) 

Di f fu s ion- l imi t ed  cap i l l ary r i se

For the diffusion-limited capillary rise, the capillary radius 
decreases parabolically with time by the following relationship:

0( )r t r m t� # (5) 

where m is a parabolic-reaction rate constant, and r0 is the initial 
capillary radius at t = 0. Substituting for r(t) in eq. [1] with g = 0 
����î�¸�îõ, gives

� 	0
4 coshdh r m t dt� �
� 8� # (6) 
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Taking the integration in eq. [6], gives

(7) 

Results and Discussion

According to eqs. [4] and [7], infiltration length and penetration 
length of porous carbon fiber preforms of two different initial 
radii (r0 = 1 Ä� and r0 =5 Ä�"� ���� ����� ����� ���� �����*���
(Figures 2). The experimental Si infiltration heights were 
calculated [4] at    1650 oC for different durations ranging from 6 
to 180 s (Table 1). Figures 2 show the theoretical Si infiltration
profiles in capillaries of initial radii, (r0 = 1 Ä� in (a) and (b) and 
r0 = 5 Ä� in (c) and (d)); based on (i) interface-limited (Eq. 4), 
and (ii) diffusion-����������	����
�� 
���� �}����"��������������î�¸�
î� and variable r. The values of \�����î�, É, and Ä were used in 
the simulation for the Si/C couples at 1480 oC, and reported in [4, 
5].

Conclusions

Capillary infiltration kinetics under the limiting cases of interface 
and diffusion control has been derived for the reactive-infiltration 
phenomenon. Understanding of infiltration dynamics of molten 
silicon in carbon fiber preforms is essential for the development of 
LSI based C-SiC composites. A new feature of the model is the 
inclusion of the pore shrinkage caused due to the deposition of a 
product phase. The results show that the large-radius (r0 = 5 Ä�"�
capillary yields faster infiltration kinetics and longer penetration 
lengths than the small-diameter (r0 = 1 Ä�"�
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Table I. The experimental Si infiltration heights by C-C preforms

S. No. Infiltration time, s Infiltration height, m
1 6 0.032
2 18 0.066
3 24 0.070
4 30 0.072
5 36 0.074
6 48 0.088
7 90 0.118
8 108 0.121
9 138 0.126
10 180 0.148

Figure 1. A two-dimensional schematic view of the infiltration 
dynamics model of C-SiC composites. 

Figure 2. Theoretical Si infiltration profiles in capillaries of initial 
radii, (r0 = 1 Ä� in (a) and (b) and r0 = 5 Ä� in (c) and (d)); based 
on (i) interface-limited (Eq. 4), and (ii) diffusion-limited capillary 


�����}����"��������������î�¸�î� and variable r.
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Abstract

In the modern power engineering machinebuilding the high 
demands are made for the quality of forged semiproducts for 
producing of different parts. It is possible to guarantee their high 
quality only at conditions of metallurgical defects absence in 
initial ingots before forging.

In result of fulfilled investigations of deep deoxidized steel quality 
for producing of large-size ingots, the evidence of secondary
contamination of steel by exogenous nonmetallic inclusions were 
obtained. In order to determine the source of contamination, the 
chemical and phase composition of inclusions were investigated. 
It is established that they are formed in result of complex 
interaction in “slag – metal – refractory” system. The mechanism 
of system component interaction at three levels of ladle which 
corresponds to contact of refractory lining mostly with slag, metal 
or slag-metal was studied. With using of petrography analysis and 
scanning electron microscopy techniques the peculiarities of 
refractory destroying and metal contamination were shown. 

Introduction

Currently, one of the conditions of the stable development of 
power generation industry is providing of new generation units 
with high reliability in operation. Therefore, the modern power 
engineering is requiring increased quality for original ingots 
(forgings) for producing of modern equipment components. It is 
possible to guarantee the high quality of forgings through the 
absence of metallurgical defects in the initial ingot. To do this, it 
is necessary to get pure on harmful impurities steel with dispersed 
and uniformly distributed non-metallic phase. The quality of 
material, a complete resource of service characteristics of parts are 
formed greatly during melting and casting. This may be provided 
by the application of modern metallurgical engineering and 
technology[1-3].

This approach is realized in new productive route to provide a 
high level of metallurgical warranties of ingot in one processing
module, using the productive unit structure, which is universal. 
This approach to the production is implemented in electric
steelmaking shop of Public Joint Stock Company 
“Energomashspetsstal” (PJSC "EMSS") during melting of
different grades of steel, which is poured into large ingots 
weighing up to 415 tons for the production of turbines shaft, rolls
for rolling mills and other large products [4-6]. To implement this 
approach, it was necessary to transform the production of large 
steel ingots to a modern technological system on PJSC "EMSS".  
But new technology has many features, which may have the 
influence on final content and distribution of non metallic phase. 
Current work is devoted to analysis of developed productive route 

efficiency in terms of cast metal purity from nonmetallic 
inclusions.  

Multifunctional Modular Production Scheme for Large Size 
Ingots Production

The modern multifunctional modular production scheme was 
taken as the basis for technical modernization of PJSC "EMSS", 
which is based on the application of integrated production units, 
allowing the sequence of heating, refining, deoxidizing, alloying 
the steel in the ladle. In general, production scheme include: 

The melting of carbon or alloyed semi-product in electric arc 
furnaces  EAF-50t and EAF-100t, including the melting of charge 
materials, metal dephosphorization and its heating to a 
temperature of pouring. 

Slag-free pouring of semi-product in teeming ladle with filling to 
the  last one de-oxidants and slag materials (if necessary, 
fulfillment of the operations of alloying metal is possible) in 
combination with steel steering by blowing of inert gas via
elements, mounted in the bottom of the ladle. 

Secondary treatment technology in the ladle furnace, comprising:
� arc heating of melt in the ladle in order to compensate  the 

loss of heat during processing of the melt at atmospheric 
pressure and under vacuum;

� a continuous steering of the melt during all process steps 
of secondary treatment in order to equalize the steel 
temperature  and the intensify the mass transfer processes 
during desulfurization, diffusion and sediment reduction, 
alloying and degassing;

� -injection under the slag of powder materials in a stream of 
gas through uncooled expended lance to adjust the carbon 
content;

� feeding into the metal the reagents in the form of a powder 
wire with wire feeder for deep steel deoxidation and 
modification of non-metallic inclusions. 

Vacuum processing of deoxidized metal under the refining slag in
chamber type degasser, with the possibility of additional alloying 
and adjusting the chemical composition (about 60% of the steel 
subjected to evacuation to reduce the hydrogen content of less 
than 1.5-2.0 ppm and 30% - to decrease the content of non-
metallic inclusions). 

Vacuum oxygen decarburization;

Pouring of steel into molds (including under the vacuum in the 
vacuum chamber) to obtain the required quality of surface and 
internal structure of a large ingot while reducing the consumption 
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of the metal, as well as to achieve economies of molds, pallets and 
refractories;

Large ingot solidification and its cooling in the mold, stripping of 
ingot and transportation for later processing.

The Technology of Production of Forging Ingots with Weight
415 Tons

The melting of steel is fulfilled in electric arc steelmaking 
furnaces of traditional design EAF 50t and EAF 100t, where deep 
dephosphorization is realized. After the mass fracture of phosphor 
becomes not more than 0.004%, oxidizing slag is removed. 
During tapping deoxidizing is fulfilled by aluminium additions 
and heat insulation slag mixtures are introduced in ladle. 

Collection of metal for 415 ton ingot pouring is realized by 
consequent tapping of heats from EAF 50t furnace via
transporting ladle to the teeming ladle and from EAF100t - in 
teeming ladle directly. Ladle used at the LFU ladle is the same as 
the degassing ladle and the teeming ladle Teeming ladle is 
installed on special stand, after that the metal from transporting 
ladle is transferred to it through the damper. Teeming ladle, filled 
by metal, is transported to the out-of-furnace treatment facility. To 
collect necessary quantity of metal, metal in the every ladle after 
teeming from the furnace placed subsequently in LFU and 
degasser. The consequent pouring of steel was carried out from 
four teeming ladles in vertical mould under a vacuum through a 
tundish with protection of stream by argon. The minimal
residence time of molten metal in the teeming ladle was …. and 
maximal - …..  

Treatment of steel at ladle-furnace unit is fulfilled under highly 
basic deoxidized refining slag in order to deep desulfuration, 
compensation of heat losses during treatment, correction of 
chemical composition and providing of overheating of metal 
before the degassing. The composition of the ladle treatment of 
metal of electro steelmaking shop includes ladle furnace and
vacuum chamber  

It is necessary to consider a substantial increase in the residence 
time of melting in steel ladles. This is for two reasons:

1. Purity of steel for harmful impurities, dispersed and uniformly 
distributed structure of the non-metallic phase ensures rather long 
time of ladle treatment. The average duration of treatment in the 
Ladle-Furnace Unit (LFU) is 141 and 88 minutes, and Vacuum 
Degasser (VD) - 57 and 47 min, respectively, for 100 and 50-ton 
ladles. The average processing time of melting in aggregates of  
ladle metallurgy is about 198 and 135 minutes for the 100 and the 
50-ton ladles, respectively.

2. Low productivity of arc steelmaking furnaces leads to increase 
of storage time for casting of metal ingots, weighing more than 
100 tons. The average waiting time between the tapping and the 
start of treatment in the LFU is for the 100 and 50-ton steel ladle 
84 and 51 minutes, and between the LFU and VD - 21 and 10 
min, respectively. The overall average waiting time - 105 and 61 
minutes for the 100 and the 50-ton ladles, respectively.

High velocity of desulfuration is provided by low oxidizing of 
melt from the first minutes of treatment [4]. Velocity and degree 

of desulfuration of melt increases with intensity of argon blowing 
through the aperture plugs [5]. 

Parallel to heating and desulfuration of the steel, the correction of 
alloying elements content is fulfilled. Adding of ferroalloys is 
made at increased argon consumption. Maximal portion of 
ferroalloys is not more than 200 kg. After ferroalloys addition and 
(if necessary) carburizing, the averaging argon blowing is fulfilled 
for period not less than 5 minutes after that the probe of steel for 
chemical composition determination is picked up.

Exposure of metal in ladle from finishing of treatment in LFU to 
beginning of degassing usually does not exceed 30 min.

After obtaining of necessary chemical composition and 
temperature, the steel teeming ladle with metal transferred for 
degassing. To provide the good degassing the refining slag is 
partially removed

Degassing of metal is realized in two stages. At first step, the 
liquid metal in the ladle is subjected to treatment in chamber 
degasser. Second, finishing step is fulfilled during the pouring of 
metal in mould, placed in vacuum chamber.

Pouring of metal after treatment in degasser is fulfilled in vacuum 
in special chamber too. For casting of ingots with 415 ton by 
mass. the special mould was designed and manufactured. It 
provides the good formation and crystallization of ingot.

Ingot pouring is fulfilled from the top at vacuum less than 1.5 
mBar through the intermediate stopper type tundish with mullite – 
corundum lining. Corundum barrels with diameter 55 mm are 
used and velocity of pouring in this case consists 7.0 – 7.5 
ton/min. The process of pouring is monitored through the special 
looking windows in the lid of vacuum chamber. The parts of 
casting mould are heated before the assembling to the temperature 
more than 100 ÷Û��^���������	��������������������������������
��
was mounted. In order to decrease the liquation processes in ingot 
the multipouring technology was used. It based on the principle of 
different metal composition concerning C and Mo obtaining in 
different ladles. To decrease the liquation, the low content of such 
elements as P (0.009%), S (0.005%) and Cu (0.19%) was 
obtained. After pouring, the top part of ingot was warm-kept by 
additions of heat insulating mixtures in quantity 2 kg per ton of 
ingot.

Investigation of Non-Metallic Inclusions in Large-Mass Ingots

One of the important questions of the technology  is quality 
inspection. To do this, the laboratory was organized at the plant 
and all types of research are conducted: from the chemical 
analysis to non-destructive testing.

Taking into account large size of ingots, three variants of samples 
selection were used:

� sampling of liquid metal at different steps of 
liquid metal treatment;

� sampling from specially designed points of 
ingots or forged semiproducts;

� sampling from the points, where defects were 
found by ultrasonic inspection.
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For evaluation of inclusion content, the methods of optical 
microscopy and SEM microscopy were used.  Scanning electron 
microscope JSM-6490LV (JEOL, Japan) was equipped by:

-energy dispersive spectrometer INCA Penta FETx3 (Oxford 
Instruments, England),

- wave spectrometer INCA  Wave (Oxford Instruments, England)

- detector of backscattered electron diffraction  HKL (Oxford 
Instruments, England).

Quantitative determination of contamination by non-metallic 
inclusions was conducted with the use of software package 
“Videotest” (programmatic module «Metal 1.2») in the automatic 
and manual modes.

Procedure of ultrasonic inspection was performed on forged billet.
Specimens for investigation of non-metallic phase were sampled 
from the specially designed points of billet or from the sections, 
where inadmissible defects were found by ultrasonic inspection 
technique.  Analysis has shown that most informative results were 
obtained from samples, selected on the basis of ultrasonic 
inspection results., because in these points the maximal relative 
content of different nonmetallic inclusions was found. .

Preliminary analysis has shown that at average concentration of S 
and P less than 0.005 – 0.007% and deep deoxidizing provide 
very low volume fraction of inclusion (less than 0.05% by vol.). 
Typical manganese sulphide of spherical shape is shown on 
Figure 1. It was detected single sulphides only, usually not in 
every field of view. Average size of such type of inclusion did not 
exceed 10 microns.  

Picture, mentioned above, is typical for stable technology.  At 
these conditions the main fracture of inclusions was represented 
by single inclusions with sporadic location on micro-, meso-, and
macro levels. Mostly the formation of such inclusion deals with 
sporadic deviation of manufacturing process. Statistical analysis 
has shown that in practice of PJSC “EMSS” this defect formed 
very rarely. 

Figure 1. The general SEM view of manganese sulphide inclusion 
(1) in investigated steel

But simultaneously with endogenous manganese sulphides, 
another variant of inclusions was found. Typical their view is 
shown on Figure 2.  

Figure 2. The general SEM view of combined exogenous 
inclusion in investigated steel

Main difference deals with morphology and chemical composition 
of these inclusions. They are non homogenous and have relatively 
large size and complex nonuniform composition. Distribution of 
chemical elements in complex inclusion from previous figure is 
shown on Figure 3. As it is seen from the Figure 3, the inclusions 
are oxide phases primarily of aluminum, calcium and silicon. In 
addition, the clusters of manganese sulphide and magnesium 
compounds are present in inclusions. The difference between the 
inclusions of round and elongated morphology is different 
quantitative ratio of the individual components. It can be assumed 
that the formation of rounded inclusions is due to coagulation of 
aluminates and silicates under the influence of calcium 
compounds in the compact conglomerates and flotation of 
inclusions in the liquid metal, while the elongated chain of 
inclusions formed in the interdendritic spacing during 
crystallization.

Compounds of calcium are not included in the composition of the 
steel and can get into the metal from the slag phase or from 
refractory lining. Oxides of aluminum and silicon may have an 
endogenous origin (formed as a result of the processes of 
deoxidation) and exogenous (result of refractory destroying). In 
the in favor of this hypothesis is the large size of the particles 
(especially aluminum oxide), and the presence in a non-metallic 
phase of magnesium oxide, which can get into metal only from
the refractories. 
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Figure 3. Distribution of chemical elements in complex inclusion 
(see Figure 2) (X-ray microspectral analysis)

The morphology of inclusions of such type usually is irregular 
(Figure 4). It is the additional evidence of their exogenous origin. 

Figure 4. Typical morphology of combined exogenous inclusion

However, formation of endogenous and exogenous particles 
always occurs in the production of metal. Therefore the additional 
investigations are necessary to find main mechanism. In order to 
do this, the investigation of structure and chemical composition of 
pouring ladle refractory lining was fulfilled.

Interaction of Refractory Lining with Deep Deoxidized
Molten Metal

The samples were taken from the refractory lining of the pouring 
ladle after full working cycle before repair of lining. The samples 
of refractory were selected from different areas of ladle lining: the 
sample from the zone, which was mostly in contact with slag
(upper part of ladle), with slag and metal alternating during the 
pouring (middle part), mostly with metal (bottom part), as well as 
a control sample. The petrography section view of control sample 
is shown on Figure 5. 

  

Figure 5. Structure of control sample

Structure of refractory from slag, slag – metal and metal zones are 
shown on Figures 6 – 8 respectively.

Figure 6. Structure of sample from slag zone

Figure 7.  Structure of sample from metal - slag zone
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Figure 8.  Structure of sample from metal zone

Analysis of general structure of refractory has shown that 
structure transformations in refractory take place during the 
exploitation. Degree of transformation development depends on 
the total time of refractory contact with molten metal. Thus, at 
Figure 6 we can see that structure transformation in contact with 
slag is minimal. With increasing duration of contact with molten 
metal the transformation becomes more developed (compare 
Figure 7 and Figure 8). 

In zones, where contact with metal takes place, main 
transformation deals with formation of cracks and filling of them 
by liquid metal. Penetration of metal in crack (Figure 7) is 
accompanied by a halo of refractory conversion of replacing 
minerals of binder by cryptocrystalline aggregates.

In a sample from the metal belt (Figure 8) replacement of binder
by cryptocrystalline mineral aggregate and subsequent 
recrystallization, develops in cracks and in the surrounding area. 
Transformed zone occupies the large areas.

The results of X-ray microspectral analysis of chemical elements 
distribution in  initial refractory are shown on Figure 9 and table 
1. 

As can be seen from table 1, binder consists mostly of silicon and 
calcium oxide (points 2 – 6), whereas grains are the magnesium 
oxide (points 1,7).  In result of interaction with deep deoxidized 
metal, the destroying of binder may take place (Figure 10) and 
dissolution of magnesium oxide grains in binder develops.

Figure 9. The general SEM view of refractory in initial state and 
locations of points for analysis

Table 1. Results of chemical analysis (points – on Figure 9)

Point C O Mg Al Si Ca
Content of element, % wt.

1 22.84 35.12 40.99 0.08 0.03 0.02
2 23.44 29.54 4.87 0.03 13.06 28.36
3 25.24 29.35 6.43 0.05 12.49 25.99
4 21.97 30.26 5.35 0.07 13.07 28.68
5 24.31 31.66 10.99 0.10 13.14 19.14
6 35.65 23.05 1.47 0.08 2.28 26.42
7 22.51 35.44 40.99 0.13 0.01 0.05

Figure 10. Penetration of molten metal in refractory 
through the binder areas. 

This process may cause the destroying of refractory material on 
pieces of microsize, which may form the exogenous inclusions, 
shown on Figure 2 – Figure 4.

Discussion of Obtained Results

It is shown that for stable technology at low concentration of S 
and P and deep deoxidizing very low volume fraction of inclusion 
(less than 0.05% by vol.) was detected. Inclusions has the 
endogeneous nature and are represented by spherical manganese 
sulphides. Average size of inclusion did not exceed 10 microns.  
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Mostly the formation of such inclusion deals with sporadic 
deviation of manufacturing process. 

Investigation confirms that in the points, where defects were 
found by ultrasonic inspection, most of inclusion are formed by
complex oxides of type (Al,Ca,Mg,Si)mOn that have the 
exogenous origin.. In favour on this assumption, the form of 
defects talks, namely areas of irregular shape, filled by the 
conglomerates of particles of different form and composition.

Another argument in behalf on the exogenous origin of including 
is their spatial localization in the volume of ingot. For the 
endogenous inclusions more characteristic is enriching of axial 
area of ingot, while in this case most inclusions are located 
relatively close to the surface of ingot (billet) (at the distance 70 – 
120 mm). Probably it can be related with driving back of the large 
inclusion, getting in mould, from a surface to the center during 
rapid crystallization of skin area with subsequent their mechanical 
«fixing» between growing columnar crystals.

Due to difference of surface tension on boundary of non-metallic 
inclusions with metal and slag, coagulation of them with slag 
droplets takes place. But it is very important that during 
investigation the presence of inclusions, formed by pure slag 
particles, have not been found. It means that technology of 
tapping and pouring prevents the entering of large portion of slag 
in metal and only interaction of slag droplets with products of 
refractory erosion causes the formation of slag – inclusion 
aggregates. Therefore to prevent the formation of such type of 
defect, it is necessary to use the refractory with improved 
properties and increased resistance to the action of molten metal.

Conclusions

1. The analysis showed that the production capacity of PJSC 
"Energomashspetsstal" can solve actual scientific and engineering 
problems and implement modern approaches in production of 
high-quality large forging ingots for the production of turbine 
shafts and backup rolls for rolling mills.

2. The developed technology of melting, secondary treatment and 
casting of large forging ingots provides the high degree of purity 
of steel on compounds of sulphur and phosphorus and the oxides 
of aluminium and mixture of complex oxides of type 
(Al,Ca,Mg,Si)mOn become a basic non-metallic phase in large 
mass ingots.  

3. The most probable source of their formation is destruction of 
refractory lining of furnaces and ladles; however it is possible to 
assume, that part of them formed in the process of deoxidizing 
and modifying of melt due to coagulation of aluminates and 
silicates under the influence of calcium compounds in the 
compact conglomerates and flotation of inclusions in the liquid 
metal
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Abstract 

 
The interfacial reactions of titanium with investment molds 
containing alpha-case compound systems were studied. 
Especially, the alumina molds that are containing titania which is 
one of the alpha-case compounds were used as a mold material for 
the alpha-case control. Micro Vickers-hardness and 
microstructure was analyzed for evaluation of reactivity of 
titanium with mold material. It was found that the thickness of the 
alpha-case was effectively reduced, indicating that the titania in 
the mold can increase the inertness of the alumina mold. The 
microstructural and compositional characterizations of molds 
were also analyzed for confirming effect of alpha-case control 
mechanism. The composition of the mold surface turns titania into 
oxygen-deficient titania which act as effective barrier on the mold 
element diffusion.  
 
Therefore, the based on the thickness of the alpha-case and the 
maximum hardness of titanium castings, alumina mold containing 
titania may be the best choice for titanium investment casting. 
 

Introduction 
 
Titanium has a high specific strength with a low density that is 
only about 60 percents of that of steel or nickel-base superalloy. 
Therefore titanium has been widely used for chemical, electric 
power and aero space industries as major metal material by taking 
advantage of their characteristics. [1-3] In addition, cast pure 
titanium has been increasingly used to make fixed and removable 
prostheses because of its outstanding biocompatibility and light 
weight compared to conventional dental alloys. [4] Also, it was 
widely recognized that investment casting is the best option for 
producing complex net or near net shape titanium components 
with a minimum waste material in view of the poor machinability 
and workability of these alloys. [5, 6] 
 
However, liquid titanium is well known as a universal solvent, 
because violent reactions with gasses, liquids, and solids result in 
contamination of the titanium. Furthermore titanium is extremely 
reactive to ceramics used in conventional investment mold at high 
temperatures, resulting in interfacial reaction layers. The result of 
this interaction is an oxygen and metallic element enriched 
surface layer known as the alpha-case. [7, 8] In the case of 
reaction between titanium and alumina, the alpha-case layer, 
consisting of TiO2 (interstitial compound) and Ti3Al 
(substitutional compound), was formed. [3, 7] In general, alpha-
case can lower the fatigue strength and tensile ductility because of 
larger microcracks in the alpha-case. Therefore this alpha-case, 
which is hard and brittle because of its high oxygen content, is 
usually removed from the castings by chemical milling. However, 
removal process is waste producing, expensive, and limits the 
complexity and detail that can be achieved in a casting. [3, 6, 7] 

This study was to investigate the alpha-case on the pure titanium 
castings using an alumina based mold that are containing alpha-
case compound (interstitial and substitutional compound) for 
alpha-case control. Finally, alpha-case control mechanism was 
verified at the interfacial reactions between titanium and alumina 
based mold containing alpha-case composition during casting.  
 

Experimental Procedure 
 
The wax patterns for the examination of metal/mold reactions 
were made by pouring molten wax into a simple cylindrical 
silicon rubber mold (Ø 15 mm×30 mm). Subsequently, the 
patterns coated with Al2O3, Al2O3+10wt%Ti, Al2O3+10wt%Ti5Si3 
and Al2O3+10wt%Ti-Vac slurry, which was mixing with colloidal 
silica (15nm, 30 wt% SiO2) and powder (purity of 99%, 45 μm). 
The shell molds were dried under the condition of 21±1 oC and 
50±10 % humidity for 4 h. The dipping, stuccoing with the Al2O3 
(purity of 99%, 1-0.5 mm) procedures were repeated two times. 
After the primary layer coating, the patterns were coated with the 
back-up layers by the chamotte. The dewaxing of the shell mold 
was carried out at around 150 oC and 0.5 MPa in an autoclave. 
Finally, the Al2O3, Al2O3+10Ti, Al2O3+10Ti5Si3 shell molds were 
fired at 950 oC for 2 h at atmosphere condition. And in the case of 
Al2O3+10Ti-Vac mold was fired at 950 oC for 2h at vacuum 
condition (fewer than 70 mtorr). The shell mold burnout 
conditions are given in Table I. 
 

Table I: The alumina based mold burnout conditions. 

Oxide 
Al2O3 : Ti 
or Ti5Si3  
(wt%) 

Binder Burnout 
Condition 

Al2O3  - 

colloidal  
silica 

1223 K /2 h 
Atmosphere Al2O3+10Ti  

9:1 Al2O3+10Ti5Si3  

Al2O3+10Ti-Vac  1223 K /2 h  
70 mtorr  

 
The casting was progressed using plasma arc melting furnace for 
preventing any contamination from refractory crucibles. A 
titanium (ASTM B-348, grade 2) rod of 120g was melted and 
casted into the alumina based mold under argon atmosphere. And 
the surface of titanium castings were observed optical microscope 
(Olympus PME3) and electron prove microanalysis (EPMA, 
JEOL EPMA JXA-8900R) for the identification of alpha-case 
composition. Furthermore, the micro Vickers hardness (Mitutoyo 
MVK-H2) was used to determine the thickness of the alpha-case. 
Also, Microstructural and compositional characterization of molds 
were analyzed by scanning electron microscopy (SEM, JEOL 
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JSM-7600F), X-ray diffraction (XRD, M18XHF-SRA) and 
electron probe microanalyses (EPMA). 
 

Result and Discussion 
 
Analysis of Mold Composition 
 
Figure 1 shows the XRD spectra results of the alumina based 
mold. Firstly, TiO2 and Al2O3 were found in the Al2O3+10Ti mold. 
This result was signified that the Ti which was added in the mold 
was change into the TiO2. And that is because of the reaction of 
titanium with the atmospheric oxygen produced TiO2 during the 
burnout process. Also, P. Kofstad et al. [9] reported that titanium 
is oxidized through the recrystallization to TiO2 at temperature 
over 950 oC. Secondary the reaction phase in the Al2O3+10Ti5Si3 
mold was not formed and that was implied that there were no 
reactions between the Al2O3 and Ti5Si3 in the mold. Finally, the 
Al2O3 +10Ti-Vac mold was composed of Ti2O, Ti5Si3 and Al2O3, 
indicating that titanium reacted with small amount of oxygen in 
the vacuum chamber and also, colloidal silica. And the results of 
the thermodynamic calculation based the XRD result at 1200 K 
were shown along with the reaction equations below. [10, 11]  
 
2Ti(s) + O2(g)  → 2TiO2(s)     (1)                         

 ∆G = -598.51 kJ/mol 
  
3SiO2(s) + 23Ti(s) → Ti5Si3(s) + 6Ti2O(s)   (2) 

∆G = -1352.74 kJ/mol 
 
2Ti(s) + 1/2O2(g) → Ti2O(s)      (3) 

∆G = -475.00 kJ/mol 
 
∆G has negative value for the formation of TiO2, Ti2O and Ti5Si3 
in the Al2O3+10Ti, Al2O3+10Ti-Vac mold. The comparison result 
XRD and thermodynamic calculation, the reaction (1), (2) and (3) 
confirm a spontaneous reaction 
 

 
Figure 1: XRD spectra of oxide burnout at 950 oC for, 2h (a) 

Al2O3, (b) Al2O3+10Ti, (c) Al2O3+10Ti5Si3 (d) Al2O3+ 10Ti-Vac 
 
Titanium Reactivity with Alumina Based Molds 
 
Figure 2 illustrates the titanium castings microstructure of the 
regions below the surfaces of titanium castings made with 
alumina based molds. The titanium casting was located at the left 

side. There appeared a quite serious reaction region between the 
titanium and the Al2O3, Al2O3+10Ti5Si3, Al2O3+10Ti-Vac molds. 
And the morphology of alpha-case was lamellar structure. 
However, there is no visible reaction layer in the titanium surface 
using Al2O3+10Ti mold (Casting surface was similar to the 
titanium matrix). The result of micro Vickers hardness in titanium 
castings from the outer to inner surfaces are shown in Figure 3 
The titanium made in Al2O3 molds are similar harden layer to the 
Al2O3+10Ti5Si3 and Al2O3+10Ti-Vac mold. And the thickness of 
the reaction layers was approximately 350 μm. The castings from 
the Al2O3+10Ti mold had an extremely thinner harden layer about 
50 μm than the other molds. In Figure 4, it can be observed that 
the alpha-case composition on the casting surface with respect to 
the aluminum, silicon, oxygen. The oxygen was detected 
throughout, from the surface to the inner region for all the castings. 
The aluminum, silicon and oxygen diffusion coefficient in 
titanium matrix were determined from the rate of increases of the 
interface width. The aluminum, silicon and oxygen diffusion 
coefficient were 1.4x10-9 cm2/s (at 1256-1523 K), 6.3x10-5 cm2/s 
(1223-1423 K), and 4.4x10-7 cm2/s (923-1073 K), respectively. 
[12, 13] 
 

 
Figure 2: Metal/mold reactions of titanium with (a) Al2O3, (b) 

Al2O3+10Ti, (c) Al2O3+10Ti5Si3 (d) Al2O3+10Ti-Vac 
 

 
Figure 3: Micro-Vickers hardness profile of titanium with (a) 

Al2O3, (b) Al2O3+10Ti, (c) Al2O3+10Ti5Si3 (d) Al2O3+10Ti-Vac 
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The titanium castings made with Al2O3 mold can easily observe 
that the Al and Si were severely dissolved in the alpha-case. C. 
Frueh et al. indicated the Silica, used as a binder for the mold, 

drives the metal mold reaction regardless of the refractory used. 
[7] And Saha and Misra signified the formation of the Ti5Si3 at the  

 
Table II:  EPMA elemental spot analysis of Al2O3+10Ti-Vac mold surface of before and after the casting.

Mold Before casting 
/After casting Position Ti O Al Si Total 

Al2O3+10Ti 
-Vac 

Before casting 
A (Al2O3+SiO2)  0.01 56.86 27.28 15.86 100 
B (Ti2O)  70.84 28.71 0.33 0.12 100 

After casting C (AlO)  0.04 44.47 55.22 0.40 100 
  
casting surface during the casting of titanium in zircon sand molds. 
[6] Also, S. Y. Sung et.al suggested that the alpha-case is TiO2 and 
Ti3Al between titanium and Al2O3. [14] The interstitial diffusion 
of oxygen and substitutional aluminum dissolved form mold 
material. The high temperature during casting procedure induced 
decomposition of the Al2O3 mold and substitutional diffusion of 
aluminum and silicon of colloidal silica into titanium castings. 
Also, the castings made with Al2O3+10Ti5Si3 and Al2O3+10Ti-
Vac have not silicon layer but a thick aluminum layer. In this 
results mean that the Ti5Si3 in the mold side could not control the 
aluminum and oxygen diffusion but silicon diffusion. Also, the 
diffusion of oxygen from the Al2O3+10Ti-Vac mold to titanium 
castings had no effect. However, in drop castings made in 
Al2O3+10Ti molds, very thin aluminum layer was found on the 
metal mold interface. It means that the diffusion length of metal 
and oxygen effectively decrease by act of TiO2.  

 

Figure 4: Comparison of elemental mapping image of oxygen, 
aluminum and silicon in titanium castings in (a) Al2O3, (b) 
Al2O3+10Ti, (c) Al2O3+10Ti5Si3 and (d) Al2O3+10Ti-Vac 

 
Therefore the oxygen diffusion length is thicker than aluminum 
and silicon in titanium matrix. Consequently, castings made in 
Al2O3 mold, the Ti3Al, Ti5Si3 and TiO2 and can be formed by the 
aluminum, silicon and oxygen diffusion in the high concentration 

element layer. And also, the silicon layers at the 
titanium/Al2O3+10Ti-Vac or Al2O3+10Ti5Si3 surface was not 
visible because of the Ti5Si3. However, the castings in Al2O3+10Ti 
mold are apparent that the benefits of metal and oxygen diffusion 
resistance increase. 
 
The Role of Reaction Phase on the Metal/Mold Reaction 
 
Effect of Ti2O and Ti5Si3 on the Metal/Mold Reaction The 
diffusion of oxygen and aluminum from the Al2O3+10Ti-Vac 
mold into the titanium castings took place during the casting 
process. The mold surface was analyzed to investigate the 
diffusion behavior of the Al2O3+10Ti-Vac molds. As shown in 
Figure 5, spherical Ti2O and plate-like Al2O3 primary coating 
layer, which was build the network with colloidal silica existed in 

  

 
Figure 5: Mold surface change of Al2O3+10Ti-Vac mold 

(a) before the casting and (b) after the casting. 
 

 
Figure 6: Binary phase diagram of Ti-O. [15] 

 
before the casting Al2O3+10Ti-Vac mold surface. However, 
because of the interfacial reaction between titanium and mold, 

343



most of spherical Ti2O was hard to observe after the casting mold 
surface and the only coarse alumina grit can be observed (Table II). 
These results of interaction can be explained using phase diagram 
that was illustrated at figure 6. The metastable Ti2O in the 
Al2O3+10Ti-Vac mold was transformed into stable alpha-titanium 

(14wt% oxygen solubility limit) dissolved a significant amount of 
oxygen during the casting temperature. As the transformed stable 
alpha-titanium reacted with titanium melts, most of alpha-titanium 
swept away or melted inward the titanium melts and then the 
coarse alumina grit exposed at mold surface. 

 
Table III:  EPMA elemental spot analysis of Al2O3, Al2O3+10Ti mold surface of before and after the casting. 

Mold Before casting 
/After casting Position Ti O Al Si Total 

Al2O3 
Before casting A (Al2O3+SiO2)  0.01 52.95 34.62 12.42 100 
After casting B (AlO)   0.19 49.24 50.38 0.19 100 

Al2O3+10Ti 
Before casting 

C (Al2O3+SiO2) 0.14 53.6 32.9 13.36 100 
D (TiO2)   26.32 67.51 5.09 1.08 100 

After casting 
E (AlO)   0.82 49.84 48.55 0.80 100 
F (TiO)   55.29 41.55 2.37 0.8 100 

 
Furthermore, the silicon diffusion was effectively reduced because 
of the Ti5Si3 in the Al2O3+10Ti-Vac and Al2O3+10Ti5Si3 mold. 
The Ti5Si3 had a higher binding energy (1095 ± 40 kJ/mol) than 
the silica (769 ± 12 kJ/mol) causes the highest melting 
temperature. [16, 17] Therefore, the Ti5Si3 was more stable than 
silica during the casting process so the diffusion of silicon was 
effectively prevented. However, the Ti5Si3 cannot prevent the 
oxygen and aluminum diffusion. Consequently the alpha-case was 
composed of metal element and oxygen. 
 

 
Figure 7: Mold surface change of (a) Al2O3 before the casting, (b) 
Al2O3 after the casting, (c) Al2O3+10Ti before the casting and (b) 

Al2O3+10Ti after the casting 
 
Effect of TiO2 on the Metal/Mold Reaction Figure 7 show the 
Al2O3+10Ti mold surface before and after the casting. Before the 
casting, the Al2O3+10Ti mold surface was consisted of prickly 
sphere TiO2 and plate-like morphology of Al2O3 primary coat 
layer that are similar to the Al2O3 mold. After the reaction 
between titanium and Al2O3+10Ti mold, a small amount of Al2O3 
primary coat was detected, moreover the shape of TiO2 was 
change. The morphology of Al2O3+10Ti mold change during the 
casting process was plate-like surface TiO2 and polygonal Al2O3. 
Because of the decomposition of the Al2O3+10Ti mold and 
diffusion of oxygen into the titanium melts, the chemical 
composition altered oxygen deficient-TiO2 and oxygen deficient- 

Al2O3 that oxygen and metal element were in the ratio of one to 
one (table III). Figure 8 illustrated the estimate the oxygen 
solubility limits in liquid titanium at various temperatures when 
titanium was in contact with its oxides. It was shown that oxygen 
solubility limit was restricted when the ratio of oxygen on the 
titanium decreased. [18] Therefore, the oxygen deficient-TiO2 in 
the mold side could be restricting oxygen diffusion, also, the 
titanium oxide layer on the casting surface act as a diffusion 
barrier during the casting process owing to the decline of 
concentration gradient between titanium and titanium oxide in the 
Al2O3+10Ti mold. 
 

 
Figure 8: Solubility limit of oxygen in liquid titanium in contact 

with titanium oxides [18] 
 

Conclusion 
 
Interfacial reaction was investigated between titanium and alumina 
based mold that are containing alpha-case compound (Ti5Si3 and 
titanium oxide) for alpha-case control.  
 
1. The surface hardened layer of the casting made with an Al2O3 
mold was about 350 μm thick, and the aluminum, silicon and 
oxygen rich layer were located along the casting surface, because 
the metal element and oxygen diffused to the titanium melts. 
Moreover, the oxygen was faster diffused than the metal element 
since; the oxygen had a high diffusion coefficient.  
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2. The silicon concentration was reduced to Al2O3+10Ti, 
Al2O3+10Ti5Si3 in the titanium castings but, the oxygen and 
aluminum concentration were not decreased. Because the Ti5Si3 
was very stable during the casting procedure, therefore, the control 
of silicon diffusion was effective. 
 
3. The mold stability of oxides could be obtained by determination 
of microhardness profile and EPMA result in cast titanium. And 
the most stable mold was Al2O3+10Ti, because the TiO2 was act 
as a diffusion barrior by reducing oxygen solubility.  
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Abstract

A semi analytical study is presented for the solidification of liquid 
metals in the form of ingots or billets in a theoretical manner. A 2-
D heat transfer with solidification effects are considered in non 
dimensional form and solved using numerical methods. The 
surface of the ingot is assumed to be maintained at constant 
temperature which is practically reasonable. This assumption also 
delivers the kind of cooling profile which has to be applied in 
reality. Fourier and Phase change numbers, mass flow rate,
specific heat, conductivity, and ingot geometry are the influencing 
parameters which governs the total metallurgical length of the 
plant. At the end of solidification, the ingot must undergo 
temperature compensation before rolling. Therefore, the influence 
of temperature distribution on the compensation length is 
presented in non-dimensional form. The novelty of the study is 
that the extreme two cases such as plate and square considered 
here will provide many design guidelines.

Introduction

Continuous casting is a well established technique for the 
production of steel billets and ingots and successfully used by 
many industries across the world. For example, in a continuous 
casting of steel alloys, heat is removed in primary mold cooling 
and in the secondary water cooling zones as shown in Fig 1. The
liquid metal starts to solidify and small layers of solid steel will be 
formed along the walls of the mold. After the mold exit, the 
solidified strand with liquid core will be bent horizontally and the 
cooling water is continuously sprayed on the surface of the strand.
The liquid core rejects the heat to the cooling water and solidifies 
completely after a certain time. The entire heat transfer process is 
transient in nature and it is important to know the time required 
for the complete solidification. However, the heat removal rate
and the corresponding heat flux and/or heat transfer coefficient in 
the different zones is difficult to find and can be obtained from the 
costly industrial trails.

It is attempted to develop a general model which finds the time 
required for complete solidification based on the approximation of 
constant surface temperature. The model is valid for most of the 
metals ranging from copper to steel alloys, that are to be cast by 
continuous casting and the approximation of constant surface 
temperature is valid. The model also finds the influence of cross 
section on the time of solidification. The infinitely long plate, 
square and rectangular cross sections are studied and compared.

Continuous casting of major alloys is integrated with hot rolling 
and the ingots after the complete solidification are directly sent to 
hot rolling mills. At the moment of complete solidification, the 

ingots has solidus temperature at the core and a different 
temperature at the surface. But the rolling requires a uniform
temperature through the ingot and they must be heat compensated 
for some time to achieve this. The typical temperature curves are 
shown in figure 2.

Figure 1: Schematic representation of Continuous Casting of 
Steels [1]

Figure 2: Temperature profiles of an ingot during the Continuous 
Casting Process [2]

A model is developed to find the time required for this 
compensation. This model is also generalized in a way that it 
studies the influence of cross section on the compensation time. In 
this way, this study attempts to find the minimum time required 
for the complete solidification and for the compensation of
differently sized ingots. The following sections explain about the 
analytical and numerical procedures. 

347

Proceedings of the 2013 International Symposium on Liquid Metal Processing & Casting
Edited by: Matthew J. M. Krane, Alain Jardy, Rodney L. Williamson, and Joseph J. Beaman

TMS (The Minerals, Metals & Materials Society), 2013



Analytical Solution for Infinite Slab

Consider a domain that contains fully molten metal at liquidus 
temperature. In order to solidify, the cooling is applied at the
surface by maintaining it at constant temperature which is well 
below the liquidus temperature. A thin solidified layer forms at 
the surface and its thickness increases with time. The heat transfer
is assumed to be one dimensional and solidification front which 
separates the liquid and solid will move along the positive x
direction. The Fig.3 shows the solidified layer and the 
corresponding temperature profiles at different times t1 , t2 and tf . 
The heat conduction in the solidified layer is governed by Fourier 
differential equation of the form

LÈ É�
É;

= É.�
É©.                          (1)

The initial condition is  

3(b = 0) = 3� (2)

and the boundary conditions are, at the phase boundary

3(Ê = Ë) = 3�                          (3)
on the surface

3(Ê = 0) = 3Ì                          (4)

where s is thickness of the slab, 	 is the solidified layer thickness,
Tf is the freezing/liquidus temperature and Tw is the surface 
temperature. The movement of solidification front can be obtained 
through energy balance at the front as

Ã É�
É©

(Ê = Ë) = ÍÎ. L. B�
B;

                          (5)

where  is thermal conductivity, � is density, Ôh is the latent heat 
of fusion. From the above equations, it is evident that the solution 
T depends on several parameters like x, t, Tf , Tw, Ôh,  and c. The 
above system of equations are non-dimensionalsed by arranging 
the relevant variables into suitable groups as explained below.

1. Dimensionless temperature                       � = ���Ï
�Ð��Ï

2. Dimensionless space coordinate               X = ©
M/ 

3. Fourier Number                                       Fo = C;
(M/ ).

4. Dimensionless solidification thickness Ô = Ñ
(M/ )

5. Phase change Number                           Ph = �(�Ð��Ï)
ÍÒ

The appropriate substitution of the above dimensionless numbers 
in the differential equation Eq.1 results in [3]

ÉÓ
É1>

= É.Ó
ÉI.                                    (6) 

with initial and boundary conditions modified as

o(#Ô = 0) = 1                                (7) 

o(� = 0)  =  1                                  (8)

o(� = 1) = 1                                 (9)

Figure 3: Local temperature profiles during solidification

and the energy balance at the phase boundary modified as

ÉÓ
ÉI

(� = Õ) = "
�Ò

BÑ
B1>

                          (10)

The dimensionless solidification thickness (Ô) is thus a function 
of Fourier number (Fo) and Phase change number (Ph). The 
analytical solution of Eq. 6 by imposing the energy balance at the 
phase boundary gives the relation between Ô, Fo and Ph as

ÖQ¼
 Q1>

. e
Í.

×ØÙ erf ( Í
 Q1>

) = �Î                          (11)

The analytical solution is explained briefly in [3]. For the 
complete solidification, Ô=1 and Eq.11 becomes,

"Q¼
 Ú1>Ð

. e
0

×ÛÜÐ erf ( "
 Ú1>Ð

) = �Î                          (12) 

where Fof is the Fourier number corresponding to the complete 
solidification.

#Ô� = #Ô(Í= 1)                          (13) 

348



This relation Eq.12 is depicted in Fig. 4. For a given Ph and a 
complete solidification Ô=1, Fof is calculated first. The time 
required for the complete solidification is calculated from the 
definition of Fof as

b� = #Ô�
(M/ ).

�
                         (14)

Figure 4: Fourier number vs Phase change number for infinite slab

This time can be converted to casting length with the use of 
casting speed Vc as,

6� = b�
�                          (15) 

The casting speed can be calculated from the mass flow 
rate K} as


� = Ý}
ÞßM

(16)

with B and s are the width and thickness of the plate. By 
substituting the expressions for the time and casting speed, the 
length required for complete solidification can be expressed as

6� = �Ý}
¨à

M
ß

#Ô�                         (17)

and assuming b as the ratio of width to thickness,

6� = �Ý}
¨à

1>Ð(�Ò,á)
á

                        (18)

From the above equation, it is evident that the solidification length
(Lf ) depends on the ratio of Fof and b. However, Fof itself is a 
function of b. For the semi infinite plate b = �� and Lf can be 
expresses as

6� = �Ý}
¨à

#Ô�(�Î)                  (19)

From the Eq.19, it can be inferred that the solidification length is 
proportional to mass flow, Fourier number and inversely 

proportional to thermal conductivity. The change of initial melt 
temperature, wall temperature, specific heat and latent heat 
changes the Ph value.  Once Phase change number (Ph) and 
degree of solidification (Ô) are known, the solidification length is 
calculated using the above relations. In this way, the solution is 
generalized for different kind of metal alloys.

Analytical Solution for Finite Slab

Generally in the casting process, the ingots are either rectangular 
or square in shape. The heat conduction is typically two 
dimensional in these bodies and the differential equation that 
governs the heat transfer becomes [4],

LÈ É�
É;

= É.�
É©. + É.�

Éâ.                          (20)

Now, the space dimensions are non dimensionalised with X = x/ 
(B/2), Y = y/(s/2) and the above equation becomes

ÉÓ
É1>

= É.Ó
ÉI. + M.

ß.
É.Ó
Éã.                          (21)

The analytical solution for Eq.21 is a difficult task and the 
imposition of solidification condition makes the problem more 
complex. The governing equations are solved numerically for the 
finite slabs. In the numerical solution, the solidification front 
needs to be determined in each time step to impose boundary
condition Eq.5. Again this is a difficult task and in this study, the 
fixed grid method is used which considers both liquid and solid as 
a mixture in single computation cell. The solidification and the 
corresponding latent heat release are incorporated by increasing 
the specific heat.
  

È = È + ÕÎ É�
É�

                          (22)

where f is the liquid fraction. By modifying the specific heat and
non dimensionalising the Eq 1, the final form of the governing 
equation for 1D becomes,

(1 + "
�Ò

É�
ÉÓ

) ÉÓ
É1>

= É.Ó
ÉI.                          (23) 

Similarly for the 2D problems, Eq 20 is modified as

(1 + "
�Ò

É�
ÉÓ

) ÉÓ
É1>

= É.Ó
ÉI. +

 M.

ß.
É.Ó
Éã.                         (24) 

For Two dimensional geometries, the solidification length is thus 
a function of solidification thickness (	), Fo, Ph and the geometric 
parameter b as presented in Eq.18. The numerical solutions are 
obtained by using COMSOL Multiphysics 4.3a. To check the 
accuracy of numerical method, the nondimensionalised governing
equation for one dimensional geometry Eq.23 is solved 
numerically and compared with the analytical solution given by 
Eq.12. The relation between Ph and Fof is analyzed. First the Ph 
is fixed with a certain value and the governing equation is solved 
for
Fof . The Ph value is varied from 0.4 to 2 and in each case, Fof is 
recorded for complete solidification with degree of solidification 
equals to one. Fig.4 shows the variation of Fof with Ph and there 
is a good agreement between analytical and numerical solutions.
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Generally the copper alloys has specific heat in the range of 380 
kJ/kg.K , latent heat in the range of 205kJ/kg and initial liquidus 
temperature of 1120oC. For an assumed constant surface 
temperature of 1000oC, the Ph number for most of the copper 
alloys varies from 0.4 to 0.5. The steel and its alloys has specific
heat in the range of 700 kJ/kg.K , latent heat in the range of 272 
kJ/kg and initial liquidus temperature of 1550oC. For an assumed 
constant surface temperature of 900oC, the Ph number for most of 

Figure 5: Fourier number vs Phase change number for various 
values of b

the steel alloys varies from 1.6 to 1.8. The method can be easily
extended to low or high Ph numbers if needed. However, too low 
Ph numbers can produce the numerical challenges.

The developed numerical method is used to solve the governing 
equation Eq 24 for 2D geometries. In each trail, first the 
geometric parameter b and Ph is fixed and the Fof required for 
complete solidification is estimated. Now with the same value of 
b, similar to the one dimensional case, Ph is varied from 0.4 to 2 
and the corresponding Fof is recorded in each trails. After this b 
value is changed from 1 to 2 in steps and the similar trails has 
been carried out. The Fig 5 shows the variation of Fof with Ph for 
various b values.

The value of b=1 represents the case of square cross section. As 
the value of b increases, one can observe that the Fof vs Ph curve 
reaches to 1D plate solution. Almost at the value of b=1.8, the 
solution of 2D equals to the 1D. This means that the two 
dimensional cross sections with width greater than 1.8 times of 
thickness can be considered as plate and the heat transfer is purely 
one dimensional.

In the continuous casting problems, it is important to know the 
minimum length required for the complete solidification. For a 
given cross section of the ingot to be cast, b value is known. Ph 
can be calculated from the alloy properties and surface 
temperature. By the use of b and Ph, Fo is estimated from the Fig 
5. From this Fof value, the corresponding solidification time is 
calculated using Eq.14. The final solidification of continuously 
cast alloys depends purely on the geometric ratio b rather than the 
actual ingot dimensions.

Temperature Compensation

As explained in the previous sections, ingot has different
temperature at core and surface after the solidification. In order to 
achieve constant temperature throughout the ingot, the surface is 
insulated for some time such that the surface cannot exchange 
heat with the ambient. The heat transfer takes place from the core 
to surface because of the temperature difference. This process is 
time dependent and stops after both core and surface reaching the 
same temperature. Now, it is important to know the time required
for this compensation and the corresponding length required.

This transient problem can be solved by using the
nondimensionalised Fourier differential of the form Eq.21. The 
initial and boundary conditions that govern the compensation 
problem are clearly explained in Fig.6. The distribution of 

Figure 6: Initial temperature Profile inside the body before the 
compensation [5]

temperature inside the ingot is assumed to be linear. The equation 
is solved numerically by keeping all the boundaries insulated at all 
times. Here, a new parameter � is defined as the ratio of the 
temperature difference between core and surface after 
compensation to the maximum initial temperature difference. The 
degree of compensation � can be expressed as

È= Í�
(�Ð��Ï)

                       (25)

where ÔT is the temperature difference between core and surface 
after compensation. It is often allowed to have a some difference 
between core and surface temperatures. For this reason � can vary 
from 0 to 0.2. The � value of 0.2 represents that the temperature
difference between core and surface after compensation is 20 
percent of the maximum initial temperature difference. By 
following the same procedure explained in solidification, first b is 
fixed and then the curve of compensation Foc vs � is estimated. 
The same curve is estimated for various b values and the variation 
of compensation Foc with b is plotted in Fig.7. The compensation 
length increases with the mass flow rate and b. It can be inferred 
from the above that the time of compensation of continuously cast
alloys depends on b. The b value rather than the actual ingot 
dimensions plays an important role in the compensation also. As b 
increases, the compensation Fourier number and thus the 
compensation time is increased.
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Figure 7: Variation of compensation Fo with � for arious b values

Effect of Casting Speed

For a fixed b value, the casting speed depends on mass flow rate. 
From Eq. 19, it can be seen that the solidification length depends 
on the material properties and mass flow rate for a fixed b value. 
For a known values of b ratio and Ph, the freezing Fourier number 
Fof can be calculated from Fig.5. This Fof value can be used to 
find the solidification length using Eq.19.

Figure 8: Solidification length variation with b for steel

Fig.8 shows the variation of solidification length with b and mass 
flow. The solidification length increase with increase in mass flow 
rate(or casting speed). The solidification length increases with 
increase in b until 1.1 and then decreases gradually. This is 
evident from the Eq.18, that the solidification length depends on 
the ratio of Fof to b, and Fof in turn is a function of b. For the 
solidification length point of view, the higher b is 
recommendable. During the billet casting, generally the cross 
section shapes are nearly square with b as one and for thin slab 
casting b is very high.

But in contrast to the solidification length, the compensation 
length always increases with increase in b. The compensation 
length for different mass flow rates and the various b values is 
plotted in Fig.9. During the square billet casting compensation 
length is less and for thin slabs compensation length is more.

Figure 9: Compensation Length for various B/s for �=0.1 for steel

Summary

An analytical model for one dimensional solidification is 
presented for the constant surface boundary condition. A
numerical model for both one dimensional and two dimensional 
heat transfer and solidification is presented. The procedure to find 
the time and the length required for complete solidification is 
explained. The model is valid for the continuous casting of alloys 
ranging from copper to steel. The influence of ingot cross section 
is explained in detail. It is found that the width to thickness ratio 
plays a key role in finding the solidification and compensation 
length.
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Abstract

Flexibility in raw material has prompted interest in better control 
of phosphorus (P) in molten steel. While significant work has 
been done on the partition of phosphorus to slags with chemistries 
relevant to those in the Basic Oxygen Furnace (BOF), there is 
little reported work on slag chemistries corresponding to that in 
Electric Arc Furnace (EAF) when direct reduced iron (DRI) is 
used. In the current phosphorus equilibration between molten Fe-
P alloys and slags relevant to EAF-DRI manufacturing is carried 
out and the thermodynamic limit is compared to existing partition 
correlations developed for BOF. It is found that the existing 
correlations cannot be extended to EAF-DRI conditions and a new 
correlation is presented.  The correlation based on thermodynamic 
data measured in the laboratory is validated with EAF plant data.

Introduction

Over the past decade, steelmakers have been facing two major 
obstacles: the elevation in raw materials prices and the 
requirements for manufacturing clean steel with very low amounts 
of impurities of phosphorus, nitrogen, and sulfur. Phosphorous 
(P), which is a non-metallic residual element, is un-desired and 
should be controlled. It is largely originated from the gangue or 
metal in the DRI. In fact, the DRI contains significantly higher 
levels of phosphorus as compared to scrap and the content is 
expected to increase as cheaper sources of raw materials are 
sought. Iron ore price has increased dramatically to five times 
what it was in 2006 and this encourages the use of lower grade 
iron ore that contains higher levels of P in both EAF and 
integrated routes of steelmaking. With the requirement of steels 
with low phosphorus content such as in thin sheets, deep drawn 
applications, automobile exteriors and all high uniform 
deformability applications and with the known detrimental effects 
of phosphorus in steel which includes various forms of 
embrittlement that reduce the toughness and ductility, a better 
understanding of thermodynamics and kinetics of the slag/metal 
reactions that govern phosphorus removal is required. [1-7]

Phosphorus in Steelmaking

The oxidation of phosphorus (dephosphorization) occurs 
according to the following equation written in ionic form as [4]: 

  (1)

Or as molecular form:

  (2)
   
Equilibrium constant of equation 1 can be defined as:

   

   (3)  

From equations 3, two terms can be defined:

The phosphorus partition ratio:

     (4)

  

 

And the apparent equilibrium constant:

     (5)  

In the above equations:
The underlined represents the content in the metal while the 
parentheses represent the content in the slag
a: activity in the metal or in the slag
P: partial pressure

: activity coefficient
T.Fe: total iron in the slag

To evaluate the interaction between different parameters, it is 
useful to use multivariate analysis. This analysis is used to 
evaluate a statistical dephosphorization equation.  The slag-metal 
system of EAF is sensitive to several parameters and is an 
extremely dynamic system. The slag chemistry and furnace 
temperature should be known to model the dephosphorization 
chemical reactions. The slag chemistry can change with oxidation 
of metallic charge materials during melting, reduction of FeO 
from slag, addition of CaO and MgO, and slag flushing. [8]

Equilibrium phosphorus distribution correlations had been 
investigated in the past by many researchers [9-21] and 
phosphorus distribution equations had been developed. Briefly, 
some correlations will now be reviewed:
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Equation by Healy [14]:

       (6)

      
The equation developed by Healy in 1970 related phosphorus 
partition ratio to the CaO content in the slag and temperature. 
Many researchers [12, 18] have concluded the inaccuracy of this 
correlation.

Equation by Suito et al. [19]: 

   (7)             

Equation by Ide and Fruehan [15]: 

         (8)        

In equation 8 above, re-evaluation of MgO coefficient of equation 
7 was made by using CaO crucibles in order to ensure that the 
slag had variable MgO contents.

In a recent work by Assis et al. [9], change of coefficients of 
equation 7 was made and the following revised correlation was 
introduced:

           (9) 

While the work on developing relations such as the 
aforementioned ones is quite extensive, it is not clear which and to 
what extent they represent thermodynamic equilibrium or not. It is 
also not clear to what extent the role of metal droplets plays in 
industrial processes. Finally, despite the extensive work on 
phosphorus reactions in steelmaking, limited data exists in the 
literature that treats and tests low basicity and FeO contents of 25-
50% slags that are relevant to DRI based EAF. All the correlations 
developed by Suito et al. [19] and the revised ones by Ide and 
Fruehan [15] and by Assis et al. [9] were mainly developed for 
high range basicity (CaO/SiO2). Therefore, the goal of this work 
is to evaluate phosphorus equilibrium between metal and slag in 
conditions similar to DRI based EAF slags. 

Evaluation of Correlations

As mentioned earlier, there are many correlations for phosphorus 
equilibrium. To test the validity of equilibrium equation 7, all the
data in the literature [10, 11, 18, 19] are used to get the plot of 
Figure 1, which represents log kp versus coefficients of equation 
7.

Figure 1. Log kp vs. coefficients of equation 7, T=1650oC. The 
triangles represent Basu’s et al. [10, 11] data; the squares 

represent Suito’s et al. [18, 19] data.

Overall, the data fits reasonably well with the line. The slight 
difference in the slope from the equilibrium equation 7 might be 
due to the fact that the very low basicity (CaO/SiO2<0.5) and/or 
very high FeO (>60%) data have been omitted.

On the other side, looking at the target chemical compositions 
relevant to DRI-EAF as summarized in Table I, Figure 2 is 
plotted. It is obvious that the scatter is more and the slope is 
higher compared to Figure 2. The R2 value in addition is less. 
Because the plot is in a log scale, even with the closest point to 
the line, which represents the equilibrium equation, the predicted 
and the measured phosphorus in the metal vary significantly. The 
equilibrium equations 7, 8, and 9, therefore, are directed to BOF 
slags.  

Figure 2. Log kp vs. coefficients of equation 7, T=1600oC, 
CaO/SiO2: 0.9-2.1 and FeO: 22-52%. The triangles represent 

Basu’s et al. [10, 11] data; the squares represent Suito’s et al. [18, 
19] data.
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Table I.  DRI-EAF target basicity and iron oxide content

Experimental Procedure

The experimental equipment and procedures are similar to that 
described elsewhere [9, 17]. Therefore, only a brief description 
follows. 

Designing the Chemical Compositions

This work concentrates on basicity ranges from 1.0 – 2.1 and FeO 
concentrations of 25-40% on the slag system CaO-SiO2-MgO-
FeO-P2O5. 

Equilibration Time

The time required to reach equilibrium between the slag and the 
metal varies and depends on compositions and temperature. It can 
be noted that a time between 3 and 10 hours was reported as 
sufficient for equilibration [9-11, 13, 15, 16, 18, 19, 22, 23]. To 
ensure that equilibrium between the metal and the slag is 
achieved, 10 hours is used in the present work as equilibrium 
time. The present work has approached equilibrium from both 
sides i.e. slag to metal and metal to slag. For equilibrium, the two 
approaches should give the same phosphorus partition ratio 
values.

Materials Preparation
  
Master Alloy Approximately 600 g of alloy was prepared by 
adding 0.05 wt.% phosphorus in the form of iron phosphide Fe3P
to the iron chips (99.95 wt.%). The total mix was put in MgO 
crucible in a resistance box furnace in high purity Ar gas and 
heated up to 1600 oC. 

Master slag A total of around 300 g was prepared. Initially, CaO, 
SiO2 and MgO dried in air at 900oC for 8 h in a resistance box 
furnace. Then, the products were mixed and heated for 4 h at 1600 
oC in Ar gas. When the mixture was at 1600 oC, the furnace was 
opened and the melt was quenched in water to ensure 
homogenized mixing. Then, the solid was crushed to powder and 
decarburized at 1200oC for 10 h. The main objective of pre-
melting the slag is ensuring a fully liquid slag at the actual 
experiments. In all experiments, FactSage [24] was used to ensure 
that the chemistry corresponds to a fully liquid slag at 1600 oC
and the FeO content was modified accordingly. To confirm that 
the slag was liquid, it was heated to 1600oC and imaged through a 
Confocal Laser Scanning Microscope (CLSM). Three slag 
samples were prepared with slag basicity of 1.0 and 2.0 and it was 
observed that the slag was liquid before reaching 1600oC. A 
horizontal tube furnace manufactured by CM Furnaces with 
MoSi2 heating elements was used for the equilibrium 
experiments. The schematic is shown in Figure 3.

Figure 3. Furnace Setup Schematic

Experiment’s Description

Equilibration was approached from both sides, i.e. phosphorus 
transfers from metal to slag (dephosphorization) and from slag to 
metal (phosphorization). 12 g of metal and 6 grams of slag were 
used. The steel phase was added to the bottom of the crucible. 
Then, the weighted mixed slag was placed at the top with an iron 
disk separator. 

Each experiment lasts around 2 days. The controller was 
programmed for 15 hours heating until it reaches 1600 oC. The 
holding (equilibrium time) was set to be 10 hours. A quickly drop 
of a temperature to 1300 oC was done. Finally, a slow cooling rate 
was set for 14 hours. The samples were removed when room 
temperature was reached. The metal and slag was then separated 
and sent for chemical analysis.

Results and Discussion

To modify the equilibrium equation to suit the DRI-EAF slag 
compositions, EAF database should be established. From Figure 2
previously shown, we could conclude that the number of points in 
the literature that represents the DRI-EAF target compositions is 
not enough and more laboratory experiments should be 
performed. Accordingly, fourteen laboratory experiments were 
performed in this study with basicity ranging from 1.0 – 2.1 and 
FeO contents ranging between 25-40 wt.%. Figure 4 shows the 
initial and equilibrium phosphorus partition ratio for two
experiments. 10 hours hold time does appear to ensure 
thermodynamic equilibrium.  

CaO/SiO2 FeO

DRI-EAF slags 0.9 to 2.1 22 to 52
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Figure 4. Initial and Equilibrium phosphorus partition ratios for 
experiments 1, and 6.

Using the new data with all the existing data in the literature with 
the target slag chemical compositions, a better equilibrium 
equation 10 is formulated. Figure 5 represents the new plot. 
  

   (10)

Figure 5. Log kp vs. coefficients of the present study equation 10, 
T=1600oC. The triangles represent Basu’s et al. [10, 11] data; the 
squares represent Suito’s et al. [18, 19] data; the circles represent 

current work data.

R square in the plot shown in Figure 5 shows that with the 
inclusion of the new data, the scatter is greater. In present work, 
P2O5 content was fixed at roughly 1 wt.% whereas Basu’s et al.
[10, 11] experiments were performed with 3-8 wt. % P2O5 and 
Suito’s et al. [18, 19] experiments varied the P2O5 content 
between 0.7-5 wt.%. 

It can be noticed that the current work data tends to indicate 
higher phosphorus distribution ratios than what is predicted. In 
other words, there appears to be more phosphorus in the slag and 
less in the metal for a given slag composition. Suito and his group 
[18, 19] used 3-5 hours as equilibration time depending on the 
slag compositions while in the present work, 10 hours was used as 

equilibrium time. If we select two points with similar chemical 
compositions as shown in Table II, it can be seen that (i) at lower
basicity, the current data and Suito’s data have similar phosphorus 
distribution ratio whereas (ii) at higher basicity the data differs by 
a factor of 3. The cause for this is not known at this time. More 
experiments and closer analysis of the data are being performed. 
The analytical uncertainties at very low phosphorus contents may 
partially account for the scatter of the data. The phosphorus in the 
slag may present in the form of PO4

3- or P2O7
4- ions. The 

assumption that the phosphorus in the slag presents as only PO4
3-

ions might in addition account for the deviation.

Table II. Two selected points from Suito et al. [18, 19] and 
present data

Industrial Data

Hadeed Company [25] provided the authors with data from 14 
heats from an Electric Arc Furnace with low basicity and FeO 
contents of less than 40 wt.%. In addition to these 14 points, there 
is open data in the literature [26] with 24 points EAF data: 
basicity of less than 2.5 and FeO contents range from 27 to 50
wt.%. A third set of scrap-based EAF plant data recently provided 
from an international steel producer was also analyzed. Using 
these data, the newly developed equation 10 is tested. The results 
are shown in Figure 6. Although, the slope is higher than the one 
in equation 10, R square is 0.86, which is reasonably good. 
Therefore, the new equation is considered reasonable in predicting 
phosphorus partition ratio in conditions similar to EAF real plant 
practice. However, if we plot the plant data with the equilibrium 
equations 7 and 10 as shown in Figure 7, obviously it is clear that 
equation 10 is better than equation 7 in predicting the phosphorus 
partition ratio. It should be noted, however, that the plant data 
consistently falls below the equilibrium line possibly indicating 
equilibrium is not achieved in the EAF.

CaO MgO P2O5 Lp

30.8 14.8 0.971 35 Suito’s data

30 14.08 0.93 41 Current 
work data

36.9 11.6 0.722 63 Suito’s data

38.1 10.44 1.15 173 Current 
work data
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Figure 6. Log kp vs. coefficients of the present study equation 10 
for EAF plant data. The triangles represent EAF data [26]; the 
circles represent Hadeed data [25]; the squares represent the 

international steel producer data.

Figure 7. Log kp vs. equilibrium equations 7 and 10 (the dash 
line). The triangles represent EAF data [26]; the circles represent 

Hadeed data [25]; the squares represent international steel 
producer data.

Conclusion

1. The Presented paper focused on evaluation of existing 
correlations on dephosphorization effectiveness of EAF slags 
when using DRI. A new correlation is developed based on 
laboratory experiments and plant data. 

2. In equilibration experiments, 10 hours was used as holding 
time and appears to ensure that thermodynamic equilibrium 
was achieved. In addition, equilibrium was approached by 
transferring phosphorus from slag to metal and vice versa 
and observing the same phosphorus partition ratio values is a 
good test of equilibrium.

3. Many factors contribute to predict phosphorus partition ratio 
and their effects are overlapping. Accordingly, linear 
equation is produced that take into account several 
parameters including CaO, MgO, P2O5, and temperature. 
The equation is developed based on laboratory data. It is 
validated with plant data, which showed a good fit to the 
developed equation with R Square of more than 0.85. It 
showed scatter from the equilibrium equation, though.

4. For low basicity, phosphorus partition ratios for laboratory 
and plant data are very close and this may explain why the 
correlation works reasonably well with the plant data.

5. Current work data predicts higher phosphorus partition ratio 
than either the existing data in the literature or the plant data 
especially for higher basicity. More work and analysis are 
being performed to explain the differences between present 
work and existing data. 

6. The literature lacks experiments data with Al2O3 addition. It 
is an essential part of EAF slags unlike BOF. This is a focus 
of an ongoing work by the authors of this paper. Upon more 
data is being available, new correlation will be developed for 
EAF slags with addition of Al2O3 and will be tested with 
EAF plant data.
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