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Preface

Composite Materials and Joining Technologies for Composites, Volume 7: Proceedings of the 2012 Annual Conference on
Experimental and Applied Mechanics represents one of seven volumes of technical papers presented at the Society for

Experimental Mechanics SEM 12th International Congress & Exposition on Experimental and Applied Mechanics, held at

Costa Mesa, California, June 11–14, 2012. The full set of proceedings also includes volumes on Dynamic Behavior of

Materials, Challenges in Mechanics of Time-Dependent Materials and Processes in Conventional and Multifunctional

Materials, Imaging Methods for Novel Materials and Challenging Applications, Experimental and Applied Mechanics,

Mechanics of Biological Systems and Materials, and MEMS and Nanotechnology.

Each collection presents early findings from experimental and computational investigations on an important area within

Experimental Mechanics. The Composite Materials and the first International Symposium on Joining Technologies for

Composites conference track was organized by Eann Patterson, University of Liverpool; David Backman, National

Research Council Canada; Gary Cloud, Michigan State University; and sponsored by the SEM Composite Materials

Technical Division.

As composite materials have moved from smaller-scale applications to wider acceptance in larger-scale application areas

such as automotive or aerospace structures, the need for improved joining of composites has become increasingly important.

Composite joining technologies in the past have been widely grouped into mechanical joining or adhesive joining.

Increasingly, joint optimization has required combinations of the two methods as well as introducing innovative new

methods such as composite welding that provide high strength and light weight. Today, developments in composite joining

technologies are being made at a rapid rate, driven by both technology and user requirements.

To provide a forum for an up-to-date account of the advances in the field of composite joining technologies and to

promote an alliance between governmental, industrial, and academic practitioners, SEM has agreed to initiate a Symposium
Series on Joining Technologies for Composites. The 2012 Symposium will be the first of a potential series and will address

pertinent issues relating to design, analysis, fabrication, testing, optimization, reliability, and applications of composite

joints, especially as these issues relate to experimental mechanics of both the macroscale and microscale structures.

Topics included in this volume are:

Composite Joining for Heavy Duty Applications

Advances in Fastening and Joining

Modeling and Validation of Composite Joints

Composite Joints in Aerospace Related Applications

Fatigue and Fracture of Composite Joints

Composite Characterization using Digital Image Correlation Techniques

Nanocomposites for Improved Composite Performance

Impact Behavior of Composites

The contribution of the organizing committee, session chairs, authors and keynote speakers is gratefully acknowledged

along with the support from SEM staff.

The opinions expressed herein are those of the individual authors and not necessarily those of the Society for Experi-

mental Mechanics, Inc.

Liverpool, UK Eann Patterson

Ottawa, ON, Canada David Backman

East Lansing, MI, USA Gary Cloud
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Chapter 1

Evaluating Bolted Joint Strength at High Strain Rates

Srinivasan Arjun Tekalur, Andy VanderKlok, Wei Zhang, and Abhishek Dutta

Abstract Experimental evaluation of bolted joint strength at high strain rates is a challenging but vital research. In the

current study, a single lap bolted joint is studied using a Split Hopkinson Bar Pressure setup. The objective of the study is to

understand the effect of variable geometrical parameters in the single lap bolted joint experimentally. Subsequently, only

those aspects of these parameters that can confine to the dynamic experimental technique are selected. The challenges of the

setup, the role of equilibrium and the occurrence of buckling are all studied critically to understand what is the best method

to evaluate the joint strength under impact/high strain rate loading conditions.

Keywords Monolithic joint • Split hopkinson pressure bac • Equilibrium

1.1 Introduction

Bolted joints is a simple way to attach two structures together, and at the same time allows for a non-destructive means to

separate the structures for repair or maintenance. This method of fastening has been extensively tested in the static to quasi-

static regime with cross head speeds of 0.1–10 mm/s, but has been neglected at even higher rates of loading [1]. Static testing

has been extensively carried out in both bearing and tensile configuration. Within the bearing configuration the primary

modes of failure are considered to be out of plane buckling and hole elongation. Both failure modes are highly dependent

upon geometrical parameters of the specimen. Results for static bearing testing show a trend for increasing diameter by

thickness (d/t) yields lower ultimate bearing strength. Similarly, for edge by diameter (e/d) and width by diameter w/d show

an asymptotic region where failure mode abruptly changes from shear at low stress to buckling at higher stresses. This

asymptotic region of failure mode alteration is common in both the geometrical parameters e/d and w/d for bearing and

tensile loading configuration, and occurs at a ratio of approximately 3.0 [2] [3]. This asymptotic behavior is has been

extensively tested in the static regime where shear failure is abruptly changed to buckling for a certain e/d, w/d, and d/t ratio.

The aim of this paper is to determine if any such behavior is present at high loading rates for monolithic specimens, along

with subsequent determination of an optimal geometry for SHPB testing of bolted joints.

Most failures of bolted structures are predominant when loading acting on the structure is dynamic in nature thereby,

motivating the need for further research on the behavior of bolted joints under impact rates of loading. In this paper we

introduce the preliminary steps involved testing bolted joints in a split Hopkinson pressure bar at loading rates of

approximately 500 MN/s.

This involves satisfying equilibrium and buckling conditions by testing a set of monolithic specimens with varying length

and widths to determine optimum geometric parameters only. A finite element model had been constructed using ABAQUS

to mimic the behavior of the experimentally tested monolithic specimens. This model was verified to match trends of

monolithic specimen loading rate, equilibrium time, and equilibrium start time for a fixed d/t ¼ 1, w/d ¼ 2.83, and varying

e/d ¼ 1,2,3, and 4. Validation of the FEM against experimentally obtained results ensures the application of the model to
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determine monolithic specimen behavior for other geometries that are not restrained by the diameter of the SHPB apparatus.

Finally, an optimal geometry can be determined for ideal bolted joint testing where failure due to buckling and equilibrium

times of specimen will be well established.

1.2 Materials and Methods

Testing of monolithic specimens was conducted using a Split Hopkinson Pressure Bar (SHPB) apparatus. The configuration

utilizes 0.75 in. 6,061 Aluminum incidence and transmission bars with electro-resistive strain gages diametrically opposing

centrally placed on each bar. The incident pulse was generated using a 5 in. striker powered by 30 psi of compressed Helium. For

specimen equilibrium to be obtained, and to limit dispersive effects such as Pochhammer-Cree oscillations a pulse shaping

material was employed between the striker and incidence bar [4]. Data acquisition system consists of an Ectron amplifier E513-

2A with circuitry configured for half bridge and Lecroy Wave Jet 354A oscilloscope. Monolithic specimens that are geometri-

cally similar to a uniaxial loaded bolted joint configuration were prepared with a fixed d/t ¼ 1, w/d ¼ 2.83, and varying

e/d ¼ 1, 2, 3, and 4. For each e/d ratio five specimens were manufactured, and four of each was tested with one spare for any

specimen that may have been lost during testing. Experimental results show 95% confidence error bars for 4 specimens. The

FEM results show an average of 5 calculations of the same e/d configuration to reduce the bias of human calculation of takeoff

and landing of incident, reflected, and transmissionwaves. The FEMmodel was constructed with ABAQUS (version 6.9–2) and

contains an incident and transmission bar. An input pulse directly from experimental data was used for the system excitation.

Using an element in the center of the incident and transmission bar within the model, the incident, reflected, and transmission

waves were extracted for analysis of equilibrium times and loading rate similarly to the experiment (Fig. 1.1a).

Table 1.1 shows the geometrical parameters non-dimensionalized with respect to a hole diameter. It is important to note that

the hole diameter is a fictitious value as there is no hole in the monolithic specimen. Each specimen was loaded into the SHPB

setup where incidence, reflected, and transmission waves were recorded for computation of loading rate, total equilibrium time,

and equilibrium start time. Parameters of w/d and e/d were fixed as the SHPB apparatus restrains from any larger specimens.

1.3 Results

Specimen geometries were altered according to Table 1.1 and incident, reflected, and transmitted waves recorded for each

test. Using one dimensional wave theory and Eqs. 1.1 and 1.2 Figs. 1.2 and 1.3 were constructed to determine optimal

specimen properties for later testing of bolted joints of similar dimensions. The force on the transmission face was calculated

using Eq. 1.2 where the slope of the transmitted pulse was used to calculate the loading rate of the specimen. Five FEM

simulations for e/d of 1 and 4 were run using ABAQUS and averaged to smooth any outliers in the data due to the human

Fig. 1.1 ABAQUS model with specimen 4 ready to be tested (a) and the experimental setup (b) with the specimen sandwiched between the

incident and transmission bars

Table 1.1 Geometric

parameters for monolithic

specimen testing

Specimen # 1 2 3 4

e/d 1.00 2.00 3.00 4.00

l/d 4.50 6.50 8.50 10.50

2 S.A. Tekalur et al.



interface between where to select where each pulse begins and ends. The general trend of the loading rate shows a slight

increase from 450 MN/s to approximately 600MN/s as specimen e/d increase. Calculation of equilibrium times was

conducted using both the force on the incident and transmission sides of the specimen. Plotting the incidence by transmission

on the y-axis and time on the x-axis; equilibrium occurs when this force ratio is at unity. From this plot the total equilibrium

time of the specimen can be obtained as well as when the specimen first reaches equilibrium as shown in Figs. 1.2 and 1.3

respectively.

1.4 Discussion

Using one dimensional wave propagation wave theory for elastic solids the following relations is established to determine

loading rate, and equilibrium times [5].

Finc:ðtÞ ¼ Ainc:barEbarðeiðtÞ þ erðtÞÞ (1.1)

Ftrans:ðtÞ ¼ Atrans:barEbarðeðtÞÞ (1.2)
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Where Finc. and Ftrans. are the force on the incident and transmitted face of the SHPB. Ainc.bar and Atrans.bar is the

cross-sectional area of the incident and transmission bars respectively. Ebar is the elastic modulus of the bars, and ei, er,
and et are the recorded incident, reflected, and transmitted strain pulses from the adhesively bonded strain gages on the

SHPB. Using split Hopkinson bar wave theory, specimen loading rate and equilibrium times can be calculated. This

combined with visually inspecting each monolithic specimen for any mode of buckling will ensure proper specimen

geometry for bolted joint testing in a SHPB setup.

Ideal specimen properties are high total equilibrium times, low equilibrium start times and low chances of buckling or

bending. In the literature [4], it can be seen that equilibrium typically occurs at approximately 17–20 ms for sample lengths of

0.76–1.5 mm in length respectively. Length of the tested monolithic specimens varied from 1.125 to 2.875in (73.025 mm).

For range of specimen length, it can be seen that the equilibrium start time is much higher, ranging from 45 to 63 ms due to
inertia and non-uniform deformation due to wave propagation effects [4]. The increase in equilibrium start time is dependent

on the length and inertia of the specimen as the longer specimen requires more time for the pulse to propagate through the

specimen. As only a finite incidence pulse is generated tradeoff occurs between total time spent in equilibrium and

equilibrium start times. This effect can be noticeably seen at e/d ratio of approximately 2.5. This behavior reflects nicely

with the amount of specimens recorded as bent or deformed during testing with a decrease in total time spent in equilibrium.

The FEM results follow closely to the actual experimental results in that general trends are still kept precise. However the

accuracy of the model shows that some assumptions made in the model need to be refined. This error is mostly introduced

between the interface between the specimen, incidence, and transmission bars has been modeled to be in perfect slip contact.

This can cause the model to underestimate the actual equilibrium start time and over estimate the total time spent at

equilibrium.

1.5 Conclusion

From the collected data it can be deduced that there does exist an optimum bolted joint geometry that can reach equilibrium

and avoid local bending. Figures 1.2 and 1.3 show that increasing a specimen length will decrease the chance of buckling or

local bending to occur, at the same time there exists a geometry where minimal local bending takes place with relatively high

equilibrium times. The ideal bolted joint parameters that would yield the best result would be e/d ¼ 2.0 or total length of

1.625 in. for minimal local bending and maximum time spent at equilibrium for a dynamic loading rate of approximately 500

MN/s. Upon identification of the critical e/d ratio, future work would include varying w/d and d/t parameters to identify

where failure behavior of the joint would no longer be dominated by buckling.
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Chapter 2

Fastening and Joining of Composite Materials

Sayed A. Nassar and Xianjie Yang

Abstract This paper presents some of the most recent advances in fastening and joining research on composite joints, which

are often viewed as the weakest links that can significantly affect the safety and reliability of many mechanical and structural

systems. A system approach is outlined for fastening and joining issues, which includes the effect of six groups of variables;

namely, the joint, the joining element, tool used, process control, in-service loads, and the environmental variables.

Challenging bolting issues are discussed as they apply to composite joints that are subjected to complex mechanical,

thermo-mechanical, and environmental loading. This includes theoretical, FEA, and experimental models for investigating

the effect of bolt holes, failure modes, vibration and impact-induced loosening of preloaded threaded fasteners, loss of clamp

load due to mismatched thermal effects, and elastic interaction. Investigated joining variables in layered joints include

normal and interfacial stresses, properties and thickness of the adhesive layers, additives, and damage modeling. Results

from theoretical and experimental models are presented.

Keywords Composite materials • Composite joining • Bolted composites • Adhesive joined composites

2.1 Introduction

Composite materials have recently become more desirable for use in mechanical and structural components due to their

relatively high specific strength and stiffness-to-weight ratios. Composites can also be designed and optimized to meet

different strength and stiffness requirement in various directions as dictated by the design and performance of a structural

component. Unlike metallic structures, the modeling and analysis of composite structures is a fairly challenging task.

The load-carrying capacity of the composite material continues to be severely limited by the reduced load carrying capacity

at the joint or attachment locations to the main structure. Due to anisotropy and inhomogeneity of composites, their response

to loading is more complex, as compared to metallic structures. For a reliable design of composite structures, it is essential to

thoroughly understand their behavior under static and dynamic mechanical and thermal loading under various environmental

scenarios during the life of the component. The development of such design methods must be based on test data, analytical

and computer modeling as well as numerical models using Finite Elements techniques.

The fastening and joining of composite materials mainly consist of the bonding and mechanical fastening. The main

objective of bolted joints is to transfer applied load from one part of the joint structure to the other through fastener elements.

However, bolt holes cause a stress concentration in the composite joint plates, which can severely reduce the mechanical

strength and fatigue life of the joined structures. There are several possible joint failure modes in composites and three of the

common ones are bearing, net tension and shear-out. Among them, bearing failure is often considered as the “desirable” mode

because it usually gives a higher strength and the failure is less brittle. Other modes are often considered as “premature”

failures which should be avoided through proper design of the joint geometry and the composite material itself. Referring to

the geometric dimensions such as specimen width, hole diameter and hole-to-edge distance, Collings [1] proposed ultimate

bearing strength, net ultimate tensile strength and ultimate shear strength based on average stresses at failure, and the actual

failure mode and load are associated with the one with the lowest load value among them. Fatigue damage around bolt holes
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consists of three types: hole wear, damage in the contact surface of the composite, and the growth of delamination around

the bolt holes induced by the drilling. The hole wear is caused by the erosion of material around the bolt hole as a result of the

friction forces. Damage at the contact surfaces is induced by bolt bending under loading. This would result in hole elongation

during fatigue loading. It was found that the growth of delamination around bolt holes results in a decrease in the fatigue life of

bolted joints. The failure load and pattern of composite bolted joints would obviously depend on the bolt preload level and

distribution, orientation of layer reinforcing fibers, the ratio of bolt diameter to specimen width, bolt type, ratio of hole

diameter to laminate thickness, number of bolts, and bolt arrangement.

Two problems should be addressed in the design of composite structures with joints that have multiple bolts. Firstly, it is

necessary to adequately understand the behavior, strength, failure modes, and failure criterion of single-bolt joints.

Secondly, it is necessary to accurately evaluate the loading magnitude and distribution. The strength prediction methods

developed from single-bolt joints can also be utilized for determining the maximum failure load and the corresponding

failure mode. The loading proportion is not generally equal for each fastener in the same joint. Therefore, determination of

the ratio of loading proportion for each element becomes an important problem in the optimal design of joints with multiple

threaded fasteners. Because this is mostly a highly statically indeterminate mechanical problem, FEA modeling is used for

the determination of the loading ratio. Additionally, the FEA model can simulate the failure prediction based on the different

failure criteria of the bearing, shear-out, and net-tension failure patterns.

An important consideration in joint testing and analysis is the selection of the type of test method with due attention to failure

mode which is likely to lead to specific joint design requirements for a known composite system. The occurrence of a particular

failure mode is primarily dependent on the joint geometry and laminate lay-up. Composite bolted joints may fail in various

modes as shown in Fig. 2.1 [2]. The likelihood of a particular failure mode is influenced by bolt diameter D, laminate width w,

edge distance e, and thickness t. The type of fastener used can also influence the occurrence of a particular failure mode.

For near-isotropic lay-ups in graphite/epoxy composite systems, net-section tensile/compressive failure occurs when the

ratio of bolt diameter D to laminate width W is equal to or greater than one quarter (i.e. D/w � 0.25). It is characterized by

failure of the plies in the primary load direction. Cleavage failure may initiate in the vicinity of the specimen end (rather than

near the fastener); this mode of failure can be triggered by net-section failure. In some instances the bolt head may be pulled

out through the laminate after the bolt is bent and/or deformed. Finally, it is important to note that for any given geometry,

the failure mode may vary as a function of laminate lay-up and stacking sequence. Catastrophic failure modes such as

tension, shear-out and cleavage-tension failures are avoidable through proper design of the joint geometry and the composite

material itself. Most bolted composite structures are primarily designed to avoid bearing failure; investigating the effect of

various joint parameters on bearing failure in a joint is of fundamental importance.

Adhesive joints increase structural efficiency andweight savings. They also minimize the potential for stress concentration

within the joint, which cannot be achieved with mechanical fasteners. However, because of the lack of reliable, economical,

and feasible inspection methods and due to the requirement for close dimensional tolerances in fabrication, designers have

generally avoided bonded construction in primary structures. For bonded composite joints, the non-uniform stress distribution

TENSION FAILURE
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BEARING FAILURE

e

D

CLEAVAGE-TENSION FAILURE

t

W

Fig. 2.1 Typical failure modes for bolted joints in composite laminate
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along the bonding surface should always be accounted for. The peak stress is mainly dependent on the bonding pattern of

the joint, bonded length, adhesive thickness, joint geometry, adherend stiffness imbalance, ductile adhesive response, and the

composite adherends.

The main purpose of an adhesively bonded joint is to transfer loads in a reliable fashion under various environmental

conditions throughout the entire service life of the joint and the parent structural component. The joint interfacial stresses

introduced by those loads must remain essential part of the design, analysis, test, and validation process. Much of the current

methodologies used in the design and analysis of adhesive joints in composite structures is based on the approach developed

by L. J. Hart-Smith in a series of NASA-Langley-sponsored contracts [3, 4] during the early 1970s. Some of the key

principles on which that effort was based on includes: (1) the use of simple 1-dimensional stress analysis of generic

composite joints wherever possible [5]; (2) the need to select the joint design so as to ensure failure in the adherend rather

than the adhesive, so that the adhesive is never the week link; (3) a recognition that the ductility of adhesives is beneficial in

reducing the stress peaks in the adhesive; (4) careful use of such factors as adherend tapering to reduce or eliminate peel

stresses from the joint; and (5) recognition of slow cyclic loading, corresponding to such phenomena as a major factor

controlling durability of adhesive joints, and the need to avoid the worst effects of this type of loading by providing sufficient

overlap length. This ensures that some of the adhesive is so lightly loaded that creep was not significant under the most

severe scenarios of extreme humidity and temperature over the component service life. After Volkersen’s work [6] on the

stress analysis of a single lap joint, many analytical models have been proposed for stress analysis of various adhesively

bonded joints. Sample 3-D analytical models for interfacial stress are developed by Ma et al. [7].

Most recently, several investigational studies have been carried out by Nassar et al. at the Fastening and Joining Research

Institute-Oakland University, on various fastening and joining aspects of advanced composite materials. Experimental and

analytical techniques, as well as FEA simulation, are used to study bolted joint behavior and failure modes different loading

and temperature conditions. That includes deformation, NDE and preload control, Tribology of threaded fasteners, vibration

and impact-induced loosening of preloaded threaded fasteners, elastic interaction, loss of preload, creep relaxation

modeling, and hole and washer variables. Summary of the results from the work by Nassar et al. is presented in this paper.

2.2 Composite Bolting

Mechanical fasteners (bolts and rivets) require drilling of holes in composite materials, which ruptures the composite fiber

reinforcements. Those holes generally cause stress concentration, but equally or even more significant is the increased

probability for micro-cracks and local damage to be introduced around the holes, which can cause structural instability [8].

In spite of those draw backs, mechanical fastening of composites can still be a viable and proven joining option.

2.2.1 Effect of Geometry and Laminate Properties on the Bolt Bearing Behavior

For a single-bolt composite joint, the bolt hole diameter with clearance, laminate thickness, material, and layer stack

sequences, washer, and clamping pressure all have significant effect on the bolt bearing behavior. The bearing stress sbr and
bearing strain ebr are defined as follows

sbr ¼ P

Dh
(2.1)

ebr ¼ dcoupon;bearing
D

(2.2)

where P is applied load,D is bolt hole diameter, h is thickness of the laminate, and dcoupon;bearing represents the deformation in

the bolt hole. The typical bearing stress–strain curve for composite bolted joint coupon have three distinct regions as shown

in Fig. 2.2: initial sliding, linear bearing response prior to the damage, and a nonlinear post damage stress region. The

bearing stiffness is determined from the initial linear part of the curve. Figure 2.2 shows the definition of the bearing

stiffness, the 2% offset bearing strength and ultimate strength.

Other researchers did some work on the effect of geometry and laminate properties on the bolt bearing behavior.

Oh et al. [9] worked on bolted joints for hybrid composites made of glass-epoxy and carbon-epoxy under tensile loading.
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The design parameters investigated were laminate ply angle, stacking sequence, the ratio of glass-epoxy to carbon epoxy, the

outer diameter of the washer and clamping pressure. Results showed that the peak load occurred before the maximum failure

load due to the delamination of the laminate under the washer. The static test results of the hybrid composites with two kinds

of stacking sequences revealed that the bearing strength increased as the � 45� plies were distributed evenly along the

thickness direction irrespective of the joint material and the stacking pattern. The bearing strength increased as the bolt

clamping pressure increased to 71.1 MPa, thereafter the bearing strength saturated to a constant value. The failure mode

changed from bearing failure to tension failure when a 20 mm diameter washer was used.

Aktas and Dirikolu [10] carried out an experimental and numerical study on the strength of a pinned-joint made of carbon

epoxy composite. The experimental results showed that when the ratio of the edge distance to the pin diameter (e/D) is

e=D � 4and the ratio of the specimen width to the pin diameter (W/D) isW=D � 4, bearing failure was dominant, where as

when the ratios were below 4, net tension, shear-out and mixed model failure were observed. The [90/45/-45/0]s joint

configuration showed 20% higher bearing strength than the [0/45-45/90]s configuration.

McCarthy et al. [11] investigated the effect of hole clearance on the strength and stiffness of single-lap, single-bolt

composite joint. Hole clearance had a significant effect on the joint stiffness and ultimate strain and less effect on the

joint strength. The clearance caused a delay in load take up and this was considered to be a significant factor for multiple-bolt

joint applications.

2.2.2 Effect of Tightening Torque and Clamping Pressure on Bearing Behavior

Girard et al. [12] studied the effect of stacking sequence and clamping pressure on the carbon/epoxy bolted composite joints.

Bearing stress vs. hole elongation curves and the bearing stress vs. strain curves showed significant effect of clamping

pressure on the initial bearing stress and the maximum bearing stress. Tightening the bolt increased the initial bearing stress

by 22% and the maximum bearing stress by 105%. The increase in clamping pressure increased the post-peak stiffness,

where as the initial stiffness and the bolt-hole elongation decreased significantly. The bearing stress vs. hole elongation

curves showed that the angle of ply lay-ups had the lowest initial stiffness and the cross-ply lay-up had the highest initial and

post peak stiffness. Orienting the fibers at an angle of 45� improved the bearing behavior. The results from the rosette strain

gage positioned on the bearing zone showed a linear behavior for the angle-ply laminate, where as a nonlinear behavior was

observed for the cross-ply and the quasi-isotropic lay-ups. This nonlinear behavior was mainly due to the stresses

corresponding to the initiation of damage due to local delamination around the hole.

Park [13] investigated the effect of stacking sequence and clamping force on delamination bearing strength and ultimate

bearing strength of mechanically fastened carbon/epoxy composite joints using an acoustic emission (AE) and

load–displacement technique. The stacking sequence and the clamping pressure had a significant effect on the delamination

and ultimate bearing strength of the mechanically fastened composite joint. An increase in clamping pressure increased the

ultimate bearing strength to saturation, whereas the delamination bearing strength increased progressively. The clamping

pressure suppressed the delamination and the interlaminar cracks. The failure mode changed from catastrophic fracture to a

progressive failure as the clamping pressure was increased.

0
50

100
150
200
250
300
350
400
450
500
550
600

0 5 10 15 20 25 30 35

Beaing Strain (%)

Be
ai

ng
 S

tre
ss

 (M
Pa

)

Ultimate Strength

Bearing Stiffness

2% Offset Bearing Strength

2%

Strain 
Correction

Fig. 2.2 Bearing stress–strain

curve for bolted composite

coupon

8 S.A. Nassar and X. Yang



Khashaba et al. [14] investigated the effect of bolt tightening torque and washer size on the bearing behavior of glass fiber

reinforced epoxy composite ([0/�45/90]s) bolted joints. Damage analysis was carried out to understand the failure

mechanism. Tightening torques of 0, 5, 10 and 15 Nm and the washer sizes of Dwo ¼ 14, 18, 22, 27 mm were used in

the study. The washer size of 18 mm and the tightening torque of 15 Nm produced the optimum clamping pressure. The

composite bolted joints with 14 mm washers had higher clamping pressure but showed reduction in maximum bearing

strength. The load–displacement curves of the finger tightened bolt joint showed least stiffness with non-linear behavior that

indicated the unstable development of internal damage. Most of the tested specimens failed in a sequence, delamination, and

net tension failure at 90� laminate, shear out failure at 0� layers and final failure which was nearly catastrophic due to the

bearing failure of 45� layers.

2.2.3 Effect of Washers and Bolt Tension on the Behavior of Thick Composite Joints

Virupaksha and Nassar [15] studied the experimental characterization of thick composite bolted joints to explore the effect

of washer size and bolt preload on bearing properties. S2-glass fabric-epoxy composite coupons [0/90; +45/�45@10sets] of

12.5 mm thickness were tested under double shear tensile loading. Two different washer sizes and thickness were used in the

investigation. Five levels of bolt preload are investigated; namely, 0, 25%, 50%, 75% and 100% of the proof load of 1/200�20

SAE Grade 5 fasteners. Figures 2.3, 2.4, and 2.5 show the effect of initial bolt load on the bearing joint stiffness, offset

bearing strength, ultimate joint strength and joint strain for various joint configurations, respectively. The joint bearing

stiffness was higher for the untightened bolted joint than that with much higher bolt preload (100% of proof load). The

bearing stiffness was smallest for the joint with a preload equal to 25% of bolt proof load, and it increased with bolt preload.

The offset bearing strength increased progressively with bolt preload. The ultimate joint strength was unaffected by

increasing the bolt preload. Joint with small washers had higher bearing stiffness than those with large washers for initial

bolt preload of 0%, 25% and 50%. Joints with small washers had higher offset bearing strength than the joints with large

washers. The washer thickness had an insignificant effect on the ultimate joint strength and strain.
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2.2.4 Vibration-Induced Loosening of Preloaded Threaded Fasteners

Threaded fasteners may have self-loosening when the joint is subjected to cyclic shear loads. The self-loosening leads to the

partial loss or complete loss of the clamp load so that the function of the fastener will lose. When the clamp load loses

completely, the bolt will sustain the whole separating force fluctuation under the cyclic separating force. This may result in

the bolt fatigue failure much more easily. The shear force cannot be transferred between the two clamped joint members by

using the friction force on the contact surfaces when the clamp load is zero. If the clamp load of the gasketed bolted joints

loses, the leakage will occur. Therefore, the loss of the clamp load is one of the common failure modes of threaded fastener.

There have been some studies on the self-loosening of threaded fasteners; most of them are experimental. Junker [16]

studied the effect of the transverse vibrations on the self-loosening of threaded fasteners and showed that the loosening of

threaded fasteners was far more severe when the joint was subjected to transverse cyclic loads. On the other hand, Junker

designed a test machine for the self-loosening as shown in Fig. 2.6. In his work, he concluded that the self-loosening happens

when slippage took place between engaged threads and/or under the bolt head/nut.

Based on the relative kinetic relationships as shown in Figs. 2.7 and 2.8 on the bearing surface and thread surface, Nassar

and Yang [17] proposed the formulations for the sliding bearing friction torque and thread friction torque as shown in the

following:

RTb ¼ Tb
mbqb0

����
���� ¼

ðre
ri

r2dr

ð2p
0

ð�b sin yþ rÞdyffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
�b

2 þ 2�br sin yþ r2
p (2.3)

RFb ¼ Fbs

mbqb0

����
���� ¼ �

ðre
ri

rdr

ð2p
0

ð�b þ r sin yÞdyffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
�b

2 þ r2 þ 2�br sin y
p (2.4)

RTt ¼ Tt
mtqt0

����
���� ¼ ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi

sec2aþ tan2b
p ðrmaj

rmin

r2dr

ð2p
0

½r � �t sin y�dyffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
�2t ð1þ tan2acos2yÞ þ r2 � 2�tr sin y

p (2.5)

RFt ¼ Fts

mtqt0

����
���� ¼ ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi

sec2aþ tan2b
p ðrmaj

rmin

rdr

ð2p
0

ð�t � r sin yÞdyffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
�2t ð1þ tan2acos2yÞ þ r2 � 2�tr sin y

p (2.6)

where Tb is the bearing frictional torque, Fbs is transverse bearing friction shear force, �b ¼ vb1=ob is the bearing translation-

rotational ratio, vb1is the relative translation velocity along x direction, ob is the relative rotation angular velocity of the bolt

underhead to the joint member, mb is bearing friction coefficient, and qb0 is the average bearing contact pressure. Tt is the
thread friction torque, mt is the thread friction coefficient, and qt0 is the average thread contact pressure, and Fts is transverse

thread friction shear force, �t ¼ vtx=ot is the thread translation-rotational ratio, vtxis the relative thread translation velocity
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along x direction, ot is the relative rotation angular velocity of the bolt thread to the joint member, and a is the half of the

thread profile angle and b is lead helix angle.

From Eqs. 2.3, 2.4, 2.5, and 2.6, the sliding bearing and thread friction torque, the sliding bearing and thread shear force

are dependent on the ratio of the relative transition movement to the rotation velocity of the bolt. When there is only

the rotation velocity, the sliding friction torques are corresponding to the ones under bolt tightening and the resultant shear

force is zero. When there is only relative transition movement, the sliding friction torques are zero.

When the pitch torque is larger than the sum of the sliding bearing friction torque and the sliding thread friction torque,

the self-loosening occurs. Based on the dynamic movement equations of the bolted joint, the self-loosening under transverse

cyclic loading can be predicted. Nassar and Housari [18, 19], Housari and Nassar [20] investigated the effect of thread pitch,

initial bolt tension, hole clearance thread fit, bearing and thread friction, and amplitude of the cyclic transverse load on the

loosening of threaded fasteners. They concluded that these parameters have a significant effect on the self-loosening of

threaded fasteners. Yang and Nassar [21] developed a mathematical model for self-loosening of bolted joint under transverse

cyclic loading, and Yang et al [22] proposed a criterion for preventing self-loosening under some specific conditions.

Following a different research route, Shoji and Sawa [23] proposed a 3-Dimensional finite element model to simulate the

mechanism of the self-loosening caused by the relative slippage. Their simulation results show that during one cycle the nut

rotates in both the tightening and the loosening directions with net rotation in the loosening direction. Independently, Jiang

et al. [24] proposed a three dimensional elastic–plastic finite element model to investigate the early stage of self-loosening

caused by the plastic ratcheting deformation of the thread roots, which does not include rotation of the bolt or the nut. After

the bolt tightening, the micro-plastic deformation of the asperities on contact area occurs under the transverse cyclic loading.

On the other side, the misalignment of the bolt assembly will be gradually adjusted in the initial cycles. Those lead to

the initial clamp load loss. When the contact interfaces have relative movement, the wear of the contact area will decrease

the bolt elongation and the joint compression, and it will change the surface roughness and the hardness conditions of the

contact areas. The bolt elongation decrease results in the clamp load loss. The surface roughness and hardness change will

make the friction coefficient on the contact area change with the transverse cyclic loading. As this phenomenon is affected

by lots of parameters, quantitative results are still very scarce.

2.2.5 Elastic-Interaction of Multi-bolted Joints During Tightening

Nassar and Alkelani [25, 26] carried out the elastic-interaction of gasketed joints. Elastic interaction between the various

fasteners in gasketed flanged joints is significantly influenced by the gasket material and thickness, bolt spacing, and by the

tightening strategy and sequence. For the same tightening torque level, using simultaneous tightening of all bolts produces a

higher and more uniform clamp load in the joint. Simultaneous tightening has also reduced the amount of tension drop off

due to the combined effect of elastic interaction and gasket creep relaxation. The fastener grip length had insignificant effect

on the clamp load loss for soft gaskets (e.g. red rubber). The residual clamp load level in gasketed joints was significantly

affected by the gasket material used in the joint (i.e. soft versus hard gaskets). When a soft gasket was used in the joint, it was

observed that increasing the tightening speed significantly has reduced the average residual clamp load in the joint; that was

likely due to the continued gasket creep relaxation after the high-speed tightening process had been completed. Conversely,

for a hard gasket (e.g. flexible graphite), it was observed that increasing the tightening speed increased the residual clamp

load in joint. The study showed that simultaneous tightening of all bolts produced both higher initial and higher residual

clamp loads, as compared to a star pattern tightening of the individual bolts. Using a second tightening pass increased the

residual clamp load more for the individual bolt tightening as compared to simultaneous tightening of all bolts in the joint.

Elastic interaction between preloaded bolts in the same joint was significantly increased by increasing the thickness of a soft

gasket (styrene butadiene rubber), while the thickness of a hard gasket (flexible graphite) has not significantly affected the

elastic interaction.

Alkelani et al. [27, 28] proposed a closed form mathematical modeling of elastic interaction and creep relaxation for the

clamp load as a function of the time elapsed after the initial tightening of the joint as shown in Figs. 2.9 and 2.10. Gasket

constants are found to be independent of the gasket stress level, but are affected by the gasket thickness for the gasket

material considered in this study (red rubber). The bolt tension loss as a percentage of bolt preload does not depend on the

fastener preload level. Fastener preload level has insignificant effect on elastic interaction. The clamp load formulation has

been successfully used to determine the required initial clamp load level that is necessary to provide the desired level of a

steady state residual clamp load in the joint, by taking the gasket creep relaxation into account. The good agreement between

the mathematical model results and the experimental data suggests that the proposed model can be used to accurately

describe the gasket behavior and the clamp load loss due to gasket creep relaxation. The amount of elastic interaction is
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increased by increasing the gasket thickness. Reducing bolt spacing causes more loss of bolt tension due to increased elastic

interaction. The final clamp load level and uniformity is significantly influenced by the tightening pattern. Good agreement

exists between the proposed model and the experimental results as shown in Figs. 2.11 and 2.12. Hence, the model can

reliably be used to predict and/or achieve a uniform clamp load distribution in flat-faced flanged joint.

Nassar et al. [29] did FEA simulation to Study the Effect of Multi-Pass Tightening of Gasketed Bolt Joint. The FEA

model is shown in Figs. 2.13 and 2.14 shows the experimental and FEA results for multi-pass star tightening. For gasketed

joint, the finite element simulation results have a good agreement with the experimental ones. The finite element simulation

methodology can be used to develop bolting procedures for any bolted joint assembly. Four-pass sequential and star

tightening operation is enough to achieve uniform preloads for the 5-bolt gasketed joint model. The experimental and the

FE simulated results show that the multi-pass tightening strategy is very effective for the uniformity of the bolt tensions of
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the gasketed joint. The scatter of bolt load for the star pattern tightening is much higher than that for the sequential tightening

with the same target preload at the end of each pass. For both of tightening patterns, the effect of the tightening history on the

bolt tension variation of the subsequential tightening very significantly even though the previous tightening was completely

removed before the subsequential tightening. It is easier to achieve uniform preload for the lower level of target preload with

multi-pass sequential tightening procedure for the flexible graphite gasketed joint. The single pass tightening approach with

the linear elastic gasket for the uniformity of bolt tensions was proposed, and the approach has been verified by FEA

simulation.

2.3 Adhesively Bonded Composite Joints

This section highlights some of the recent analytical and experimental investigations of the behavior of bonded laminated

joints under mechanical and thermo-mechanical loads.
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2.3.1 Interfacial Stresses in Adhesively Bonded Joints

Nassar and Virupaksha [30] introduced a linear continuum mixture model of periodically-stacked laminates with adhesive

bonding. They derived a set of partial differential equations for interfacial shear stresses on both sides of a representative

adhesive layer using the 3-D multi-layer model shown in Fig. 2.15. Analytical expressions were obtained for the interfacial

shear stresses under thermo-mechanical loading. The numerical results on the model show that increasing the thickness of

the adhesive causes a significant increase in the interfacial shear stresses; the larger difference in the elastic and thermal

properties between the adhesive and the layered adherend leads to the higher corresponding interfacial shear stress.
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2.3.2 Damage and Fracture Analysis of Adhesively Bonded Composite Laminates

The analysis of adhesive joint is usually based on through-thickness average stresses and strains; the corresponding basic

variables are the peel stress s, the shear stress t, the elongation w, and the shear deformation v of the adhesive layer. To study
the two stress components s and t separately, two loading scenarios are considered, namely, adhesive bonded joint loaded in

shear and peel [31, 32].

2.3.2.1 Damage Model of Single Lap Joint

In this scenario, single lap joint is used, the joint is made of S2 glass/SC-15 epoxy resin composite, and bonded by 3 M

Scotch-Weld Epoxy Adhesive DP405 Black [31]. Damage couple constitutive model is developed for this joint as follows

1. Adhesive material

(a) Stress–strain relation

sij ¼ ð1� DAÞ�sij (2.7)

�seq ¼ E�eeq
KA�eneq

�
before
after

yielding
yielding

(2.8)

(b) Damage initiation

w ¼
ð
d�ep

�eD
� 1 (2.9)

(c) Damage propagation

_DA ¼ _�ump (2.10)

2. Adherend material

(a) Stress–strain relation

sij ¼ Mik�skj ¼ �Cikekj (2.11)

(b) Damage initiation

Ff ¼
�s11
XT

� �2 þ �t12
SL

� �2
�s11
XC

� �2
8<
:

�s11 � 0

�s11<0

(2.12)

Fm ¼
�s22
YT

� �2 þ �t12
SL

� �2
�s22
2ST

� �2 þ YC

2ST

� �2
� 1

	 

�s22
YC þ �t12

SL

� �2
8>><
>>:

�s11 � 0

�s11<0

(2.13)
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(c) Damage propagation

di ¼
d f
eq

d f
eq � d0eq

1� d0eq
deq

 !" #
i

(2.14)

3. Interface

(a) Stress–strain relation

ti ¼ Kidi
Kidið1� DIÞ

�
wI � 1

wI > 1
(2.15)

(b) Damage initiation

wI ¼ tn
X

� �2
þ ts

S

� �2
(2.16)

(c) Damage propagation

di ¼
dfeq

dfeq � d0eq
1� d0eq

deq

 !" #
i

(2.17)

The results compared with experimental ones are shown in Figs. 2.16 and 2.17. The correlation between experiment and

prediction is acceptable, the standard deviation is 0.75 MPa in Fig. 2.16 and 1.4 MPa in Fig. 2.17, and with the increase of

adhesive thickness or overlap length, the prediction tends to be improved as shown in Figs. 2.16 and 2.17. Figures 2.18, 2.19,

and 2.20 give the shear stress distribution in the joint. From the figures, the overlap length affects the distribution of the

interfacial stress; the adhesive thickness does not significantly affect the interfacial stresses except at locations near the

edges; increased plastic deformation of the adhesive makes the interfacial stress distribution significantly more uniform

except at locations near the edges, plastic deformation also reduces the difference between the maximum and minimum

stress values.

2.3.2.2 Fracture Analysis of Double Cantilever Beam

Double Cantilever Beam (DCB) is used in this scenario. Unlike classical beam theory and El-Zein and Reifsnider [32, 33],

the crack tip rotation is considered. Also, the material properties and geometry of adhesive layer are taken into account in the

model. Another difference compared with existing theories is the parameter c in the model, a nonlinear equation as list below

is derived to solve this parameter

1

c2ðl� aÞ þ
E
ð1Þ
x Iha
2E2

y

c2

bðl� aÞ þ
1
2
ðl� aÞ � 1

c

1� ecða�lÞ ¼ 1

2
ðlþ aÞ (2.18)

Model for determining the compliance and strain energy release rate of adhesive bonded composite joint is proposed as

2 Fastening and Joining of Composite Materials 17



14

12

10

8

6

4

2

0

30 35 40 45 50 55 60 65 70

Adhesive Overlap Length, mm

Experiment

Simulation

A
ve

ra
g

e 
S

h
ea

r 
S

tr
en

g
th

, M
P

a 

Fig. 2.17 Average shear

strength versus adhesive

overlap length

14

12

10

8

6

4

2

0

0.5 1 1.5 2 2.5 3

Adhesive Thickness,min

Experiment
Simulation

A
ve

ra
g

e 
S

h
ea

r 
S

tr
en

g
th

,M
P

a

Fig. 2.16 Average shear

strength versus adhesive

thickness

0

-0.1

-0.2

-0.3

-0.4

-0.5

-0.6

-0.7

-0.8

-0.9
0 0.2 0.4 0.6 0.8 1

L=1”

L=1.5”

L=2.5”

L=3.5”

Relative Horizontal Location

N
o

rm
al

iz
ed

 S
tr

es
s 

S
12

/s
0 

Fig. 2.18 Shear stress S12

distribution for various

overlap length

18 S.A. Nassar and X. Yang



C ¼ 2

E
ð1Þ
x I

E
ð1Þ
x Ihacðcaþ 1Þðl� aÞ
2E

ð2Þ
y b½1� ecða�lÞ�lk

þ 1

3
l3 þ ðl� aÞ2l� l2ðl� aÞ � 1

3
ðl� aÞ3

" #
(2.19)

GI ¼ P2

2b

dC

da
¼ P2

E
ð1Þ
x Ib

E
ð1Þ
x Ihac

2ðl� aÞ
2E

ð2Þ
y blk

1þ caecða�lÞ

½1� ecða�lÞ�2
þ a2

( )
(2.20)

Four existing theories are used to compare with the current proposed model, as well as the experimental result given by

Meo and Thieulot [34].

From Table 2.1, the predicted critical load is the one closest to experiment, in regards to strain energy release rate, current

developed theory is close to Pradeep’s theory [35] and beam theory. Note that the adhesive layer is relatively thick, the

Penado’s theory [36] gives very poor prediction.

The effect of various parameters on the model prediction is discussed in detail below.

1. Effect of Young’s modulus

Effect of Young’s modulus varies depends on the crack length. When the crack length is relatively small, the influence of

Young’s modulus ratio between adherend and adhesive is obvious, with the increase of the ratio, strain energy release

decreases a lot. However, when the crack length is relatively larger, the increase of the ratio has almost no effect on the

strain energy release rate (Fig. 2.21).
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2. Effect of adhesive thickness

Effect of adhesive thickness is shown in Fig. 2.22. The change of adhesive thickness ha has almost no influence on critical

SERR when the thickness ratio of adherend to adhesive is below about 100, beyond which, however, the influence

becomes significant, decrease of ha greatly increases critical SERR. In real application, the thickness ratio of adherend to
adhesive is rare beyond 100, current study provides a theoretical support for other theories which neglect the effect of

adhesive thickness.

3. Effect of initial crack length

Joint compliance C versus crack length a is shown in Fig. 2.23. It is illustrated in the figure that joint compliance increases

nonlinearly with the extension of crack length, and the increase rate becomes larger as crack length increase. This

indicates that the load is going to decrease as crack propagates.

Table 2.1 APC-2/AS4-CFRP

JOINT
Critical load, N GI, 10

3 J/m2

EXP. 65

Current theory 65.02813 0.813683716

Penado 1993 [36] 27.39576 0.342422089

Pradeep et al. 2010 [35] 65.10282 0.813726064

El-Zein and Reifsnider 1988 [33] 65.09943 0.967903038

Beam theory 65.09943 0.812440909
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4. Effect of correction factor

Figures 2.24 and 2.25 show, respectively, the effect of k in correction factor on the joint compliance and critical SERR.

From these figures, the joint compliance is in inverse proportion to k, increase of k decreases joint compliance at a given

crack length, and results in an increased nonlinearity compliance versus crack length curve, meanwhile, the curves

becomes much closer. On the contrary, the critical SERR is in direct proportion to k, increase of k increases critical

SERR, while the rate of increase is decreased as the tangent of the curve decrease.
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2.4 Conclusions

This paper highlights some of recent research advances in bolting and adhesive joining of composite materials. Significant

findings are summarized regarding joint modeling, testing, behavior, failure modes, vibration-induced loosening, gasket

creep relaxation, bolt elastic interaction, and bearing strength. Novel criteria for preventing vibration loosening of preloaded

threaded fasteners are discussed. For adhesively bonded joints, studies on peel strength and shear stress distributions under

mechanical and thermo-mechanical loading, damage coupled modeling, and fracture analysis are outlined.
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Chapter 3

Inter-cellular Joining for Amorphous Honeycombs

Balaji Jayakumar, Masoud Allahkarami, and Jay C. Hanan

Abstract The discovery of metallic glass ribbons with excellent Yield strength (sys) and Elastic Modulus (Es) has lead to

several new technologies and products otherwise impractical or even impossible. However, the alloys are generally high

density and brittle, limiting their use in low density, high toughness applications. To reduce density, cellular solids offer

promise as a mechanism to employ high strength base materials. Recent research has led to the discovery of amorphous

metal honeycombs. Using novel manufacturing approaches, even cell sizes as small as 1 mm have been achieved. Such

honeycombs offer a mechanical performance exceeding other similar low density materials. However, to be practical as a

future solution for applications ranging from spacecraft to construction, manufacture of the material must be scalable so that

significant volumes are produced quickly and cost effectively. The inter-cellular bonding method is critical due to its

influence on mechanical strength and weight of the honeycomb. The feasibility and effectiveness of an adhesive and the

selected welding techniques for inter-cellular bonding in amorphous Fe45Ni45Mo7B3 honeycombs was investigated. Results

from lap-joint tests using adhesive bonding show a wide range of performance. Diffraction results indicated crystallization-

induced embrittlement in the ribbons from welding. The embrittled amorphous metal showed significantly inferior

mechanical strength. Due to embrittlement of this alloy, adhesives provide the most effective path for production of viable

high specific strength materials. However, the weight advantage of welding drives future work to overcome the challenge.

Keywords Amorphous metal honeycomb • Adhesive bonding • Welding • Shear strength

3.1 Introduction

Metallic glasses lack microscopic defects such as grain boundaries and exhibit higher yield strengths, elastic modulus and

elastic strains, in contrast to crystalline materials [1, 2]. They also exhibit good corrosion and wear resistance. These unique

mechanical properties have attracted interest in using them in structural, biomedical, and MEMS applications [3–5].

However, the limited plasticity and the lack of large-scale manufacturability have restricted their use in bulk form for

large scale structural applications. Owing to their unique properties, metallic glasses have also been produced in cellular

form to make materials with a high strength-to-weight ratio. The first cellular glass was made in the form of a Pd foam with

an 83% porosity and a compression strength of 30 MPa [6]. Analytical models indicate that, for the same base material,

honeycombs offer a 16X strength advantage in comparison with foams [7]. The high elastic strains (2%) and the lack of

global plasticity had limited amorphous material fabrication as honeycombs, produced using the conventional expansion

method with a hexagonal cellular structure. The first Amorphous Metal Honeycomb (AMH) using an amorphous

Fe45Ni45Mo7B3 alloy with a nominal density of 0.29 g/cc was produced with a “teardrop” cellular structure using a

bottom-up manufacturing approach [8, 9]. Analytical models reveal that the attainable axial strengths exceed any existing

honeycomb. The influences of defects and limited cell sizes have restricted the achievable strengths of AMH, and inter-

cellular joining plays a critical role.

The selection of a bonding process is critical due to the weight added to the cellular structure, and connectivity of the

cellular network. From a manufacturing standpoint, the cost, complexity of the application process and their mechanical
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properties are important. The majority of commercially available metallic honeycombs made using base materials such as

Aluminum, Stainless steel and Titanium are either adhesively bonded or welded to the neighboring cells [10]. The most

commonly used honeycomb base material is Aluminum. Crystalline base materials allow for weldability and have been

tested with compatible adhesives that provide the required strength in the case of expanded honeycombs. On the other hand,

AMH need to be produced using a suitable joining method, to provide highest net specific strength while not affecting the

base material properties. In earlier work, joining methods such as laser welding of metallic glasses indicated amorphous-

crystalline phase changes, indicating embrittlement and surface cracking [11–13]. It is therefore necessary to study the

influence of bonding method on the honeycomb structure and evaluate the which methods can be used in the bottom-up

manufacturing technology of AMH production. This work outlines the study of adhesive bonding resistance spot welding,

and laser welding techniques on amorphous Fe45Ni45Mo7B3 foils, the base material of AMH. Lap joint shear strength testing

was used to evaluate the strength of bonding. XRD was used to study crystallization due to welding and the influence of

welding on amorphous Fe45Ni45Mo7B3 ribbons.

3.2 Background

3.2.1 Welding Metallic Glasses

Metallic glasses in ribbon form are produced using slip casting at a critical cooling rate of 105 to 106Ks�1. One of the

limitations of amorphous alloys is their tendency to crystallize on heating. Based on which, joining methods for amorphous

alloys can be grouped into two categories [14] dependent on the crystallization temperature. Bonding methods under

conditions lower than the crystallization temperature; typical examples include adhesive bonding, brazing or soldering, cold

pressure welding, explosive welding, and ultrasonic welding. The others involve temperatures greater than the crystalliza-

tion temperature and at short time intervals; typical examples include resistance welding, electron beam welding, and laser

beam welding. In consideration of Bulk Metallic Glasses (BMG) as structural materials for several applications, welding

techniques have been previously examined.

Welding of amorphous alloys refers to a non-equilibrium process of reheating and cooling a disordered microstructure with

small solidification shrinkage. The cooling process is a non-equilibrium condition leading to Coring, a formation of higher

melting temperature element(s) in the external layers. It is important to suppress grain growth which may cause centre cracking

while avoiding deviation from the glass forming composition. The amorphous state of the weld interface needs to be retained for

a successful bond. When the interface temperature is less than Tg (Glass Transition temperature), the presence of surface oxide

film prevents bonding. Subsequently, when the temperature is equaled or exceeded Tg, there is super cooled liquid state; where

the surface oxides need be either broken or prevented from formation in order to form successful bonding. Further, a surface

contact can be created at the atomic scale through fresh surfaces to form an amorphousweld [15]. Otherwork [11–13] has shown

evidence that crystallization during the weld deteriorates properties with cracks formed due to surface oxidation.

Focuses on achieving higher length-scales of BMGs have attracted interest on welding. Pulse-current, Friction [15–17],

and Electron beam welding techniques [18–21] have been reported to work on BMG-BMG and BMG-crystalline material

combinations. Other welding studies reveal that Zr based and Pd based bulk glassy alloys can be welded together by the use

of Joule heating. Work [13] on Zr-based metallic glass indicated that high power laser welding was suitable for welding

amorphous Zr-based BMG with no crystallization around the heat affected zone (HAZ). In welding studies for amorphous

foils, Capacitor discharge welding has been reported to successfully weld Co and Fe based amorphous foils with no

measurable oxide formation or crystallization [22]. A Ni-based glassy alloy was reported weldable using electron beam

welding with no crystallization [23]. Ultrasonic welding and explosive welding have proven to work on Fe40Ni40P14B6

amorphous foils [24].

3.2.2 Laser Welding and Resistance Spot Welding

Laser welding has been identified most successful in welding metallic glasses, due to the relatively smaller melting volume

of base material [11, 25–27]. Successful welding has been achieved for a Ni53Nb20Ti10Zr8Co6Cu3 metallic glass foil with a

25 mm thickness using high power fiber laser welding [28]. The same work also indicates that weld rate affects Crystallinity.

Also, high quality welds have been achieved on (CoFe)70(MoSiB)3 foils using Nd:YAG laser welding, but limited to a
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narrow window of voltage, pulse duration, and focus position, with tensile shear strength data of these amorphous foils

supporting these claims [14]. Fe-based and Co-based thin amorphous ribbons were tested for weldability using the spot

welding method [12]. The welding results of the Fe40Ni40Mo4B16 showed the embrittlement of spot welded regions, and

crystallization induced embrittlement which caused deterioration in joint strength. Results from this work indicate that the

spot weld-ability of the amorphous ribbon largely depends upon the chemistry of the foil.

3.2.3 Adhesive Bonding

In the expansion route of honeycomb manufacturing, thermally activated adhesives are pre-printed to accommodate cellular

bonding in both metallic and non-metallic honeycombs. The handling time, curing time, viscosity, cost and complexity of

use are some practical consideration involved in the choice of an adhesive used in high volume manufacturing [10]. With the

advent of several welding techniques successful in welding amorphous base materials, it is natural to imagine welded

amorphous honeycombs consisting of a chemically homogenous cellular network with a high strength-to-weight ratio.

However, the cost and availability of amorphous base material, in addition to manufacturing process compatibility limits

some techniques and base materials. This work focuses on the study of adhesive bonding, laser welding and resistance spot

welding technique on amorphous Fe45Ni45Mo7B3 substrates for use as an inter-cellular joining method for AMH.

3.3 Materials and Methods

The amorphous base material under study is a Fe45Ni45Mo7B3 alloy, in ribbon form with an 8 mm width and 28 mm
thickness. The same alloy was used in producing AMH with a cell size as small as 1 mm. Several other cell sizes were also

made and tested [9]. Different adhesives were chosen to test for adhesion strength using lap joint shear strength testing.

Epoxy based adhesives commercially known as 3 M-DP110, 3 M-DP 420, Gorilla (bisphenol-A type), 3 M78 aerosol spray

type insulating adhesive, and Ad tech. 271, a hot melt adhesive were chosen. Adhesives were chosen based on compatibility

of use with the production method of AMH, adhesive handling time, curing time, viscosity, cost and ease of applicability.

Lap-joints were formed between Fe45Ni45Mo7B3 ribbons (Fig. 3.1).

Two sets of samples, one with the as-is condition and the other set with surface roughened (using 380 grit sandpaper)

conditions were made. ASTM D 1002, “Standard Test Method for Apparent Shear Strength of Single Lap-Joint Adhesively

Bonded Metal Specimens by Tension Loading (metal–metal)” was followed for tension tests. The lap joints were allowed to

cure and tensile shear strength was measured using a 5967 Instron UTM.

While forming the “teardrop” cellular structure [8], the high elastic limit (2%) of the ribbon allows for the ribbon to spring

back to its original state, the adhesive force varies as a function of the honeycomb cell size. The lower the cell size, higher the

adhesive force required to form the teardrop cell. A simple bending formula was used to calculate the adhesive force

required for inter-cellular bonding, and experimentally tested using a ribbon-bending experiment between flat platens.

Amorphous Fe45Ni45Mo7B3 ribbon samples were also welded using resistance spot welding and laser welding methods.

The weld conditions are presented in Table 3.1

In the laser welding process carried out in EWI, only the top side of the weld was exposed to an argon atmosphere. Laser

welding was done using a 600 W fiber laser at 10% power and a rate of 285 mm/s. Sample sizes were chosen to

accommodate for shear strength tests under tension (Fig. 3.2).

Microscopic observations were made before subjecting the samples for destructive testing. Non-destructive testing on the

welded samples was done using XRD. Diffraction was performed with Cu–Ka radiation at tube parameters of 40 kV/40 mA

using a Bruker D8 Discover XRD2 micro-diffractometer equipped with the General Area Diffraction Detection System

(GADDS) and Hi-Star 2D area detector. The detector distance to the center of diffraction was kept at 30 cm which covers

approximately the area of 20� in 2y and 20� in w with 0.02� resolution. A motorized five axis (X, Y, Z (translation), w (tilt), ’
(rotation)) stage was used to move the measurement spot to the instrument center within 12.5 mm position accuracy. Sample

positioning was controlled by video-laser positioning system before each exposure to ensure diffraction patterns comes from

welded region of ribbon. After XRD measurements, the samples were tested following ASTM D1002 for lap joint shear

strength in tension.
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Fig. 3.1 Schematic of a lap

joint on ribbon, not drawn to
scale: Inset shows a
Fe45Ni45Mo7B3 ribbon

Table 3.1 Welding conditions

Type/place of welding

Miyachi Unitek

(Set A) EWI (Set B)

Resistance welding Weld force (N) Hold time (ms) Weld force (N) Hold time (ms)

13.3–17.8 150 62 30

Fiber laser welding Spot size (mm) Power (KW) Type Spot size (mm) Power (KW)

0.3 0.2 Pulse 0.006 s pulse 0.06

Cont. 0.009 0.06

Fig. 3.2 (a) Resistance spot welding of amorphous ribbons between copper electrodes, (b) Welded spots (4) across the 8 mm ribbon width,

(c) Matte side of the amorphous Fe45Ni45Mo7B3 ribbon, (d) Matte side of the amorphous Fe45Ni45Mo7B3 ribbon, (e) Top side of the laser weld
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3.4 Results and Discussion

The failure load for each of the adhesively bonded lap joint samples was normalized with the bonding area. The tensile shear

strengths of the adhesives are presented in Fig. 3.3. Clearly, bisphenol-A based epoxies have better adhesion to the

amorphous Fe45Ni45Mo7B3 substrate. The aerosol based spray epoxy had the least strength. The influence of surface

treatment is not clearly observed. There is 10–12% difference in the shear strength values of the surface treated and

untreated samples; however for a substrate as thin as 28 mm, increasing the surface roughness may cause surface damage,

with a possibility of increasing the surface roughness of the ribbon to increase the adhesion properties. Amorphous ribbons

manufactured using the slip casting method exhibit different surface characteristics on the two faces. Since the

manufacturing method involves a high cooling rate of 106 K/s, the reflective and smoother side is the surface in contact

with the copper disc, while the other side has a darker matte finish. Earlier work on the measurement of surface roughness

indicate that the mean roughness is higher for the matte side than for the reflective side [14]. The bonding surfaces were

noted for each of the tested samples, but there was no clear trend for the influence of surface roughness on the sample.

Increasing the number of samples would be necessary for statistical significance to determine the role of surface roughness

and surface treatment. The present results reveal adhesion properties on a comparative scale. In addition to these, the

handling time, cost and adhesive viscosity can help in selection of the most suitable adhesive.

While forming a “teardrop” cellular structure, a minimal adhesive force is required to form the cell. This force was

calculated using the simple bending formula and was experimentally validated. The bending formula is given by

F ¼ EI

Rd
(3.1)

E is the Young’s modulus of the material, I the resistance to bending, R the radius of curvature, and d the teardrop cell

dimension. In a teardrop cellular structure, the elastic limit of the ribbon allows for storing elastic energy in the form of

residual stress and remains elastic up to a stress limit. Beyond this limit, plastic deformation occurs in the amorphous ribbon

as an onset of shear bands. Figure 3.4 shows that a decrease in the honeycomb cell size, (cell size <1 mm), requires a higher

adhesive force for inter-cellular joining. A corresponding trend for the axial strength is also presented in the secondary

y-axis. This is however not the case for honeycombs with crystalline base materials. Their low elastic limit (about 10X

lower) and ability to plastically deform, enables the formation of a hexagonal structure where no force is required to suppress

elastic relaxation.

Inter-cellular bonding in defective honeycombs due to broken or missing cell walls have shown to reduce the strength and

stiffness by up to 30% [7]. Therefore it is critical to select the appropriate bonding method. This becomes an even more

difficult constraint with the formation of smaller cell sizes. Manufacturing limitations for smaller cell sizes can also be
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overcome by using ribbon reinforcements between cellular rows of the honeycomb. A reinforced design is already used in

the industry for a crystalline base material such as Aluminum [29].

The welded amorphous samples were analyzed for their crystallization characteristics using XRD. Amorphous structures

do not coherently diffract X-rays, while the ordered atomic planes of small crystal grains cause diffraction. This is easily

detected by a 2D detector as a spot.

Figure 3.5 illustrates the diffraction frames from a resistance welded (13.3 N/150 ms) sample showing isolated spots

reflected from single crystal grains. The number of the observed spots depends on the beam size, detector area, and number

of crystal grains in the irradiation volume. In practice only a few grains in the irradiated volume may orient properly to

satisfy Bragg’s law and diffract. Observations of these spots reveal crystallization of the amorphous material at and around

the weld due to heat and consequent cooling at an insufficient rate. These spots are observed only at the Heat Affected Zone

(HAZ) around the welded spots and not elsewhere on ribbon.

The welded samples did not possess the minimum handling strength for loading on the UTM for tensile lap joint shear

strength tests. In these samples, crystallization of was caused due to the interaction of the heat source with the amorphous

substrate. In addition to a slower cooling rate (in resistance welding), surface melting and re-solidification could be the

governing process leading to crystallization. Earlier work on spot welding of the same alloy revealed successful welds with a
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lap joint shear force of 30 N/spot. Multiple spots increased the strength of weld, while the tensile strength was also dependent

of the electrode force [12]. XRD results from the same work also reveal crystallization as a result of spot welding. Nuggets

were reported to brittle off the welded sample and the XRDmeasurements of the nugget and the HAZ on the ribbon matched,

substantiating the deterioration in joint strength due to crystallization. A similar result was observed while testing the spot

welded Fe45Ni45Mo7B3 sample, but with no handling strength on the lap joint.

With laser welding techniques, a cooling rate of 105 Ks�1 is common during re-solidification of melted metals. It is

seemingly easy to retain an amorphous state, with a rapid cooling rate to accommodate solidification shrinkage, without

crystallization. However, Crystallization of many materials under laser melting has been reported [23, 26, 30, 31] (Fig. 3.6).

In contrast to the welding results discussed earlier, the resistance welded samples under a 62 N force and a 30 ms hold

time and the laser welded samples using a 0.06 KW power laser on a 0.009 mm spot size did not reveal signs of

crystallization. XRD plots indicate no sharp peaks revealing a retained amorphous state. Resistance welded samples and

both the pulsed laser weld and the continuous laser weld samples showed no crystallization. When tested for their tensile lap

joint shear strength, the samples exhibited a brittle failure in comparison with adhesives. The failure loads of resistance

welds were 3.4 N for 4 spots, and the highest strength for a Laser welded sample was 52.8 N over a 2.4 mm2 area. Laser

welded lap joints exhibited the highest strength of 22 MPa in tension. However, the sample failed in a brittle fashion under

bending. Micrographs of the laser welded regions of sample set-A are presented in Fig. 3.7. In the pulsed laser welded

sample shown in Fig. 3.7a, there are traces of visible thermal ablation. This process occurs as a result of surface vaporization

caused by a localized increase in temperature. Smaller thermal diffusivities lead to efficient ablations. The thermal

diffusivities of amorphous materials are in the order of 0.2 cm2s�1 [32]. In the pulsed laser welding case, a long (6 ms)

pulse duration was used, making thermal ablation an unlikely reason [30]. However the visible material removal features

from the micrographs remain suggestive.
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Fig. 3.7 Microscopic observations: (a) pulsed laser weld across the amorphous Fe45Ni45Mo7B3 ribbon, (b) Continuous laser weld on the ribbon-

ribbon interface
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The continuous wave laser welded sample in Fig. 3.7b revealed a straight line, which can be treated as a laser irradiated

track which also failed in a brittle fashion. The tensile lap joint shear strength was measured at 52.8 N; however there were

signs of embrittlement. Embrittlement effects have been postulated to occur due to structural relaxation involving short-

range order accompanied by a reduced quenched-in free volume [33, 34]. Visible “ripple-like” formation was observed

initiating from the laser track. DSC measurements and Microhardness testing are ongoing work for further confirmation. For

structural applications involving inter-cellular joining of amorphous metal honeycombs it is unfavorable to have a weak

brittle bond between the cells.

3.5 Conclusions

Adhesive bonding, resistance spot welding, and laser welding techniques were attempted on a Fe45Ni45Mo7B3 ribbon

investigated for use in inter-cellular joining of amorphous metal honeycombs. Several adhesives were chosen and tested for

their tensile lap joint shear strength with an amorphous substrate. Bisphenol-A based epoxies showed better bonding strength

compared with aerosol based and hot melt adhesives. Future work and further testing of samples could reveal the influence of

surface roughness on the bonding properties. Under limited welding conditions, laser welding and resistance spot welding

were attempted and results reveal embrittlement of the amorphous substrate, deeming the bond weak and brittle. Due to the

effect of embrittlement, adhesives currently provide the more effective solution for inter-cellular joining of amorphous metal

honeycombs. However, the weight advantage offered by welding drives ongoing and future work.
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Chapter 4

Milled Glass Reinforced Polyurea Composites:

The Effect of Surface Treatment

Zhanzhan Jia, Kristin Holzworth, and Sia Nemat-Nasser

Abstract Polyurea is commonly utilized in blast-mitigating applications due to its excellent thermo-mechanical properties.

In this work, we seek to develop polyurea-based composite materials capable of enhanced blast-induced stress-wave

management through material design. Typically the matrix, the filler, and the interfacial surface chemistry comprise the

basic structure of a composite material. Here we evaluate the effect of the matrix-filler interfacial properties through

the integration of surface treated milled glass fibers into polyurea. The milled glass fibers are connected to the matrix via

weak (van der Waals force), intermediate (hydrogen bonding), or strong (covalent bonding) interactions using a variety of

surface treatments. Although a complete understanding of the interfacial relationships is exceedingly complex, experimental

studies are essential in providing a basic understanding to support simulations and ultimately guide the optimal design of the

polyurea-based composites. The properties of the resultant composite materials are thermo-mechanically characterized

using dynamic mechanical analysis. Additionally, the surface treatments are also applied to glass slides in order to allow for

water droplet contact angle measurements to assess the hydrophobicity/hydrophilicity. Furthermore, interfacial adhesion

tests are conducted on samples fabricated by casting polyurea on surface treated glass slides. These efforts are part of an

ongoing initiative to develop elastomeric composites with optimal properties to manage blast-induced stress-wave energy.

Keywords Polyurea elastomer • Interface • Milled glass • Surface treatment • Dynamic mechanical properties

4.1 Introduction

Polyurea is the generic name of the type of elastomer derived from the reaction of an isocyanate component and a resin

component. In this study, polyurea is synthesized using the diamine component Versalink P-1000 [1] and the isocyanate

component Isonate 143 L [2]. The resulting polyurea elastomer is a block copolymer, which consists of hard domains

dispersed throughout a soft matrix. The hard domains reinforce the soft matrix and create a cross-linked backbone. Polyurea

has excellent thermo-mechanical properties, and it is an attractive choice for developing composites with optimal stress-

wave energy management capabilities.

Milled glass is a type of finely powdered glass fiber used as reinforcement in composite material systems. The milled glass

fibers utilized in this study are cylindrical-shaped micro-glass with an aspect ratio of 16. The glass surface is grafted with

various functional groups such that different types of interfacial bonds form between the polyurea matrix and the milled glass.

With the polyurea matrix and the surface treated milled glass filler, composite materials with different interfacial bonding

strengths are fabricated. Interfacial properties are critical in composite material systems. In theory, the onset of damage is

controlled by the interfacial strength [3]. However, the manner in which the interface affects the dynamic properties of the

composite material is not fully understood. Thus, the milled glass reinforced polyurea composite materials with different

interfacial bonding strengths are characterized using dynamic mechanical analysis (DMA).
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Additionally, the same surface treatments are applied to glass slides in order to allow for evaluation of hydrophobicity/

hydrophilcity through water droplet contact angle measurements. Lastly, interfacial adhesion test samples are made by

casting polyurea on the surface treated glass slides in order to evaluate the surface treatment effect on bond strength.

4.2 Surface Treatments

Three types of silanes are used to treat the glass surfaces including: a silane with an aliphatic chain, a silane with a urea

group, and a silane with an amine group, all purchased from Sigma-Aldrich. These three surface treatments graft three types

of functional groups on the glass surfaces that connect the glass surface with the polyurea matrix via van de Waals force,

hydrogen bonding, and covalent bonding respectively. Prior to the silane surface treatment, all glass surfaces are washed

using piranha solution, a 3:1 mixture of sulfuric acid and hydrogen peroxide.

4.3 Composite Materials

Composite materials are fabricated by mechanically mixing the surface treated milled glass fibers with the polyurea matrix.

For each type of surface treatment, samples containing 10%, 15%, and 20% fiber volume fraction are created. SEM images

of the fracture surface for the 10% fiber volume fraction samples of each surface treatment are shown in Fig. 4.1. The

fracture surface of the amine sample is noticeably different than the other three surfaces; the attached polyurea at the surface

of the milled glass fiber is indicative of strong bonding (i.e. this surface treatment is effective). Since the chemical

mechanisms of the three types of surface treatments are very similar, it is expected that the other two types of surface

treatments are also effective. The adhesion test results, which are discussed later in this paper, support this hypothesis.

Fig. 4.1 SEM images of 10% fiber volume fraction milled glass reinforced polyurea composites
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4.4 DMA Characterization

DMA characterization is conducted for each milled glass reinforced polyurea composite configuration. The DMA results

indicate that the fiber volume fraction is the dominant contributing factor to changes in the storage modulus and loss

modulus, while the effect of the surface treatment is inconclusive. The results demonstrate that the 10%, 15% and 20% fiber

volume fraction milled glass reinforced polyurea composites increase both the storage and loss moduli by more than 50%,

100% and 200% respectively in comparison to pure polyurea.

4.5 Surface Treatments on Glass Slides

The three surface treatments are also applied to glass slides, and static water droplet contact angles are measured for each

type of surface treatment. Figure 4.2 shows the water droplet contact angles for the three surface treatments as compared to

the glass surface only washed by piranha solution. The functional group grafted to the glass surface has a minimal effect on

the static water droplet contact angle.

Lastly, adhesion test samples are made by casting polyurea on the surface treated glass slides. Two columns of polyurea

are aligned and cast on opposing sides of the surface treated glass slides. The opposing polyurea columns are loaded in

tension at a ramping rate of 0.5 N/s until failure occurs. The amine surface treatment, which establishes covalent bonds at

the interface, results in very strong interfacial bonding, such that the polyurea column starts to yield prior to failure at the

interface. The adhesion test qualitatively shows that different surface treatments create interfaces with various bonding

strengths. The strength of the interface with amine surface treatment is at least 50% stronger than that with urea surface

treatment, and 600% stronger than that with aliphatic surface treatment. The development of a refined adhesion test is

currently in progress.

4.6 Discussion

Based on the contact angle measurement, the adhesion test, and SEM imaging, the effectiveness of the surface treatments is

evident. However, different interfacial bonding strengths has a negligible effect on the dynamic mechanical properties of the

surface treated milled glass reinforced polyurea composites.

Different functional groups on the glass surface have different polarity. Yet, we did not observe a significant difference in

the water droplet contact angle measurements for the various surface treatments. Literature shows the contact angle is

sensitive to both the reaction condition and also to the molecular topology [4]. It is a complex phenomenon affected by many

factors and not directly related to the interfacial bonding properties, which is of greatest interest here. Nevertheless, it is a

useful way to qualitatively evaluate the repeatability of surface treatment.

Fig. 4.2 Water droplet contact angles on the surface treated glass slides
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Chapter 5

Experimental and Numerical Characterization of Relaxation

in Bolted Composite Joints

Ronald F. Gibson and Srinivasa D. Thoppul

Abstract This paper reports on experimental and numerical studies of the effects of bolt preloads, viscoelasticity, and

external applied static and dynamic loads on bolt load relaxation in a unidirectional carbon/epoxy composite bolted joint.

Experimental measurements of bolt-connected joints in three-point bending specimens were employed in the studies, and

relaxation was observed to depend on the initial preload and external dynamic applied loads. It was observed that for any

magnitude of external load the bolt load relaxation decreases with increasing initial preload. These findings emphasize the

importance of the magnitude of the preload. It was concluded that only about 1/3 of the bolt force relaxation in the composite

joints could be attributed to viscoelastic behavior of the polymer matrix in the composite, and the remaining 2/3 of

the relaxation is likely caused by other mechanisms such as bolt thread slip, plasticity and/or external excitation. This

paper also briefly reviews some relevant relaxation studies found in the literature for mechanically fastened composite and

hybrid joints, as well as the effects of environmental conditions such as temperature and moisture on joint relaxation, and

points out some gaps where more research needs to be carried out to understand the behavior of such joints.

Keywords Composites • Bolted joints • Viscoelastic • Relaxation

5.1 Introduction

In today’s economy, aircraft and automotive vehicle manufacturers are scrambling to improve fuel efficiency by improving

the engine technology and/or reducing weight by using light weight composite materials, which have high strength-to-

weight ratio. Commercial airliner and business jet makers such as Boeing, Airbus and Gulfstream Aerospace Corporation

are making greater use of composite materials in their airframes and primary structures than ever before. Advanced

composites on the Boeing 787 account for 50% of its structural weight mainly in the wings and fuselage [1]. Gulfstream

Aerospace makes modest use of composite materials on its new and innovative business jet G650 from tail assembly to floor

panels and furnishings [2]. The usage of composite materials as primary structures in aircrafts presents challenges in terms of

manufacturing and joining the parts. In composite structures, three types of joints are commonly used, namely, mechanically

fastened joints, adhesively bonded joints, and hybrid combinations of mechanical and bonded joints. Combinations of

bonded and mechanically fastened joints are primarily used in the aerospace industry to join two or more composite parts, or

to join a composite part to a metallic structure (hybrid joint). Mechanically fastened joints usually consist of either solid bolts

with collars or nuts, rivets, screws and blind bolts (pull-type). Some common advantages of fastened joints are: simple joint

configuration, and ease of assembly, manufacturing and inspection. But when joining composite structures one has to

consider stress concentration, poor bearing strength of composites, joint fatigue and environmental exposure. Any joint in a

composite structure, if not designed properly, may act as damage initiation point and may lead to failure of the component at

that location. For fiber-reinforced composites joined mechanically through bolts with an initial through-the-thickness
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preload, viscoelastic relaxation has a direct bearing on how much of the initial preload will be retained in the joint over time,

and how much the preload will be affected by external mechanical loads and environmental conditions. The question

becomes hard to answer when the composite material is fastened to metallic structures to form hybrid joints.

The procedure for designing mechanically fastened composite or hybrid joints relies mostly on experimental data.

An overview of design requirements, different approaches, and industrial codes of practice used for the design and analysis

of bolted and bonded joints is given by Broughton, et al. [3]. In the most recent review on mechanics of mechanically

fastened joints in polymer composite structures [4], standard methods available to determine joint design allowables such as

bearing strength, open hole tension (OHT), open hole compression (OHC), filled hole tension (FHT) filled hole compression

(FHC), and bearing by-pass are given. The article also discusses the effects of geometric parameters (width-to-diameter

(w/d), edge distance-to-diameter (e/d), washer size, and bolt type), hygrothermal effects, and bolt clamp-up and relaxation

(or preload) on bearing strength, failure load and fatigue life in composite joints.

In both of the above articles [3, 4], it is stressed that for composite laminates, the through-the-thickness (TTT) force

(preload) exerted by the fastener on the joined members is critical to the performance of the joint. Bolt preload induces

compressive load in the washer and material being joined, and tensile load in the bolt shank. This serves two purposes: in

terms of carrying load by friction and suppressing delamination driven failure modes, while increasing bearing strength.

However, for composite structures, if the preload is not sufficient to begin with, some of the preload may be lost in the joint

due to viscoelastic behavior. It is well known that for polymeric composites, viscoelastic effects are predominant in the

matrix dominated TTT direction, and this viscoelastic behavior is magnified when the composite is exposed to elevated

moisture and/or temperature levels. The relevant previous studies found in the literature on clamp-up force relaxation in

composite-to-composite joints and composite-to-metal or hybrid joints, are reviewed in the next two subsections.

5.1.1 Composite-to-Composite Joints

As mentioned earlier, it is important to select an optimum preload for the joint or torque applied to the fastener. Some

designers use the existing MSFC-STD-486B design code as a guideline from NASA Marshall Space Flight Center (MSFC)

[5–7], which was developed originally for metallic structures. A process has been developed for recommending the torque

range to apply for fasteners as per MSFC-STD-486B to join composite structures [8]. This process calls for the use of a

torque versus tension test, and monitoring of the joints using acoustic emission during the test. It is also recommended that

nondestructive thermal images and thermographs be taken after the tests. Some studies also recommend using instrumented

bolts to measure the pre-load in composite joints while applying torque to the fastener [9]. Earlier experiments in 1980s

showed the clamp-up force relaxation in graphite/epoxy (T300/5208) laminates [10, 11], under three steady state

environments: room temperature ambient (RTA) with 0.46% moisture content by weight, room temperature dry (RTD),

and elevated temperature (66�C) dry (ETD). Relaxation in clamp-up force of 12% for RTD and 14% for RTA for a 100 day

period was reported for a double-lap joint configuration tightened with an initial torque of 5.65 N-m, which clearly indicates

that increasing moisture content increases the relaxation.

Fastener type, different torque values and also the material may have different effects on bolt load relaxation. Horn and

Schmitt [12, 13] showed that bolt load relaxation for graphite/thermoplastic composite materials (Dupont’s IM6/KII) is

3.8%more than that of the ICI-Fiberite’s IM8/APC(HTA) in a single-lap shear configuration for a 1,000 h period, with initial

torques of 65 and 100 in-lbs. It was also found that the relaxation rate increased by 4.7% for hot (250�F)/dry (0.0% moisture)

conditions. To understand the effect of bolt-load relaxation on the bearing strength, the composite specimens were tested to

failure after the end of 1,000 h relaxation tests. On comparing the bearing strength of relaxed joints with those of joints tested

to failure immediately after tightening, it was concluded that the bolt-load relaxation did not significantly affect the bearing

strength. Zhao and Gibson [14] showed that compressive clamping stress relaxed by 18% and 15% in E-glass/epoxy beams

with and without polymeric interleaves, respectively, for a period of 50 h, whereas the corresponding relaxation in an

aluminum beam was negligible.

It is clear from the previous experiments that exposure to high temperature and moisture increases the clamp-up force

relaxation in composite joints. But the effect of hygrothermal cycling on clamp-up force relaxation is unclear as observed by

Chen [15, 16]. Experiments on IM6/3501-6 [45/90/�45/03/�45/03/�45]s showed a 5.5% and 7.6% reduction in clamp-up

force over a period of 4 months at RTA and 98�F/98% Room humidity (RH) 12 h on-off cycling, respectively, but at

120�F/98% RH cycling the results showed an increase in the clamp-up force by about 55%. For IM7/8552 [45/0]10,21.7%

reduction in clamp-up force was observed at RTA, whereas there was no change in the clamp-up force at 120�F/98% RH

cycling. It was concluded that material swelling under humid room conditions and some possible nonlinearity of the

instrumented bolt characteristics were responsible for this increase.
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It is suggested that titanium alloy fasteners be used to prevent galvanic corrosion and tension heads be used to avoid

pull-through for composite assemblies in aircraft primary structures [17]. It is very common practice to use blind or one-

sided fasteners in primary structures where access to both sides of the assembly is not possible or practical (e.g., general

aviation wing covers, empennage surfaces, and control surfaces). Monogram Aerospace Fastener is one of the leaders in

blind bolt technology, its patented Composi-Lok® is approved for use on most of the composite airframe programs [18].

A typical blind fastener joint is shown in Fig. 5.1. The blind fastener consists of a stem and a sleeve which forms the fastener

head. The stem extends through the sleeve head in the form of a threaded shank. The other end of the stem has a diameter

slightly larger than the sleeve. The sleeve rests against the part being fastened and the stem is pulled out, flaring the sleeve

and thus forming the bulb which serves as a nut. The quality of the joint, the clamp-up force and the strength of the joint have

been shown to depend on the ratio of the part thickness to the manufacturer specified grip length ratios (part thickness to

recommended grip length) [19]. Clamp-up force relaxation in graphite/epoxy ([�45/0]s) composite laminate joints using

blind fasteners (NAS1919-M06) has been investigated experimentally [20]. The clamp-up force was measured for different

ratios of part thickness to recommended grip length. For a 21 day monitoring period, the relaxation was observed to be

3–8%, and it was also found that the rate of relaxation increased with increasing grip ratio.

5.1.2 Hybrid Joints

It is very difficult to avoid composite-to-metal connections in aircraft structures, and the design of these connections presents

its own challenges as additional loads are generated due to thermal expansion differences, and the behavior is different when

the joint is subjected to elevated or cold temperature conditions. Comprehensive experimental studies have shown that the

clamp-up force relaxation in composite-aluminum (C/Al) and composite-steel (C/St) bolted joints is significantly different

and highly variable [21–23]. The experimental study involved testing C/Al and C/St joints using both protruding head and

countersunk head bolts over a 3 month period under ambient and elevated temperature (62�C). The C/Al and C/St joints

showed 45% and 30% clamp-up force relaxation, respectively for 2,000 h, while the composite-to-composite joint had 55%

relaxation. It was concluded that using a countersunk bolt did not affect the relaxation, when compared to a protruding head

bolt. Significant thermal response was observed from the above joints as expected, because of the coefficient of thermal

expansion mismatch between the materials. Structural health monitoring methods which come under the umbrella of

structural vibration analysis have been successfully used to detect the clamp-up force relaxation in a large hybrid (C/St)

structure [24]. Three different methods for assessing the change included: (1) fundamental model properties; (2) transfer

functions; and (3) transmittance function using a piezoelectric actuator bonded to the composite panel to deliver the

controlled vibration. Experiments involved detecting the loosening of bolts using the above three methods on a 622 mm
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Fig. 5.1 Blind Fastener protruding head MBF 2010 [18]

5 Experimental and Numerical Characterization of Relaxation in Bolted Composite Joints 41



square composite plate joined to a steel plate with 16 bolts at its perimeter in two ways: first, by reducing torque of only one

bolt, and second where the torques in all the bolts were reduced by the same amount. It was concluded that the transmittance

function was the most promising method of the three in reliably detecting a single bolt loosening.

Most of the above studies were carried out without external static or dynamic loads acting on the joint. Bickford [25]

suggests that external vibrations on any bolted joint will increase the clamp-up force relaxation because of wear and

hammering. After sufficient pre-load is lost, friction forces drop below a critical level and the nut actually starts to back off

and shake loose. With higher initial pre-load, longer or more severe vibration is required to reduce pre-load to the critical

point at which back-off occurs. In fact, in some circumstances, if the pre-load is high enough to start with, nut back-off will

never take place. It is not known if these observations apply to composite bolted joints. Hence, an effort has been made to

determine the clamp-up force relaxation in a single composite bolted lap joint subjected to static and dynamic loads. The

focus of the current investigation was to characterize the effects of various clamping loads (bolt preloads), external static

loads and dynamic beam loads on relaxation in a composite bolted joint under combined bending and shear loads (3 point

bending). An attempt was also made to back out the effect of viscoelasticity on relaxation by comparing experimental

relaxation curves for a composite bolted joint with those of a steel joint, which does not exhibit viscoelastic behavior at room

temperature.

5.2 Experimental Set-up

The composite specimen used for the test was made out of unidirectional P2254-20-305 T800 carbon/epoxy prepreg tape

from Toray Composites America, Inc. A total of 48 layers of prepreg were laid on top of each other in the mold along with

bleeder cloth and release fabric. The mold assembly was placed in the molding chamber of a TMP autoclave-style vacuum

press. After curing, the thickness of the sample was 7.75 mm. There was no post curing cycle. After removing the laminate

from the mold assembly, it was cut into two-piece rectangular beams of 269.87 mm � 25.4 mm and machined with a

diamond cutting tool to the required dimensions as shown in Fig. 5.2. The joint was clamped together by a standard

hexagonal head cap screw steel bolt with built in strain-gages (Strainsert®, 9.525 mm or 3/8 in. in diameter, model: SXS-FB)

and washers (19 mm diameter). The joint was subjected to 3-point bending using an Enduratec servo-pneumatic testing

machine. The design of the specimen support was selected in such a way to maintain combined bending and shear loading.

The joints were clamped with three different bolt preloads, 4,200 N, 5,050 N and 7,850 N, which correspond to 12.5%,

15% and 23.5%, respectively, of the maximum manufacturer recommended tensile load in the instrumented bolt. The

corresponding through-the-thickness compressive stresses generated in the composite specimen were approximately 25%,

29% and 45%, respectively of the estimated transverse compressive strength of the composite. After applying an initial

preload to the composite bolted joint, the bolt load was monitored for a period of 30 h under the following conditions:

(a) Preload only condition without application of external load, (b) preload and a static applied load of 250 N (combination

of ramp and dwell) in the 3 point bend setup (Fig. 5.2) and (c) preload and a 250 N amplitude dynamic load in the 3 point

bend setup at frequencies of 1 Hz, 2 Hz and 5 Hz. External static and dynamic load experiments were carried out using the

3-point bend fixture.

261.5 mm

25.4 
mm

57. 15 mm27.2 mm

3.87 mm

Instrumented Bolt P = applied load

7.75 
mm

Composite beam with
single lap joint

 Washer

Fig. 5.2 Specimen configuration and three point bend set-up
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Two separate data acquisition systems were used; one for the instrumented bolt and another to control the Enduratec

servo-pneumatic testing machine and also to record the beam load and displacement values. A stability check on the data

acquisition system was carried out by monitoring the signal from the instrumented bolt for a period of 30 h without the

application of load to the bolts. The drift in the signal for the above period was less than 1%. Also, the drift in the signal was

taken into account when the percentage relaxation was calculated. Preload only experiments were also conducted on a steel

joint having the same dimensions as those of the composite joint. The bolt load was monitored for a period of 30 h using the

same 3-point bend set-up and the instrumented bolt for preloads mentioned above.

5.3 Experimental Results

5.3.1 Effect of Preload Only Conditions on Relaxation in Composite and Steel Joints

Experimental bolt load relaxation results for composite bolted joints with initial preloads of 5,050 N and 7,850 N for preload

only condition (i.e. no external load) are shown in Fig. 5.3, where the normalized bolt load is the instantaneous load divided by

the initial load. It is clear from the results that for both steel and composite bolted joints, the magnitude of relaxation decreases

with increasing bolt preload. However, for steel joints, the magnitude of relaxation is less than that of the composite joints.

By comparison with the steel joints, some additional relaxation due to viscoelastic behavior in the composite joint was

expected. Relaxation of approximately 3.0% and 2.5% was observed after 30 h in the composite joints preloaded to 5,050 N

and 7,850 N, respectively, whereas the corresponding relaxation in the steel joint was approximately 1.9% and 1.75%,

respectively. Numerical results from finite element analysis (FEA) will be discussed later.

5.3.2 Effect of Static External Loading Conditions on Relaxation in Composites Joints

Figure 5.4 shows the effect of a 250 N static beam load on bolt load relaxation in the composite bolted joint under the 3 point

bend setup. It is observed that the magnitude of relaxation decreases with increasing bolt preload. However, when compared

with the preload only condition, the bolt load relaxation increases for lower preloads (5,050 N) and the bolt load relaxation

decreases for higher preloads (7,850 N) by approximately 0.5%, and the result for the lower preload (4,200 N) seems

inconsistent with that trend.

Fig. 5.3 Bolt preload relaxation in composite and steel joints for preload only condition without any external beam load (Note: S ¼ Steel joint,

C ¼ Composite joint)
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5.3.3 Effect of Dynamic Loading Conditions on Relaxation in Composites

Figures 5.5 and 5.6a, b show the effects of dynamic load at 1 Hz, 2 Hz and 5 Hz, respectively, on bolt load relaxation in the

composite bolted joint under the 3 point bend setup. It is observed that at 1 Hz frequency (Fig. 5.5), the magnitude of

relaxation decreases with increasing bolt preload. However, as the frequency of external beam load is increased to 2 Hz and

5 Hz (Fig. 5.6a, b), it is observed that the magnitude of relaxation tends to increase for both preloads. For lower preload

(5,050 N) the reduction in the bolt load is significant during the initial stages of the experiment, and the rate of relaxation

decreases with time, however, for higher preload the relaxation is higher. The increase in the rate of relaxation at higher

frequencies of excitation may be due to the increase in temperature at the joint interfaces due to frequency-dependent

frictional sliding and heating. The specimen configuration was not suitable for monitoring the temperature at the interface

during the experiment. When the relaxation in bolt load due to applied dynamic load at 2 Hz and 5 Hz is compared with those

due to applied static loads, it is observed that for lower preload (5,050 N) the applied static load increases the bolt load

relaxation whereas for higher bolt preload (7,800 N) the bolt load relaxation decreases.

Fig. 5.4 Bolt preload relaxation in composite joints for preload only and preload with a static external beam load of 250 N (Note: P¼ preload only

condition, P + S ¼ preload + static 250 N beam load)

Fig. 5.5 Bolt preload relaxation in composite joints for preload with a dynamic external beam load of 250 N at 1 Hz
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A comparison of the bolt load relaxation in composite joints at the end of the 30 h duration is shown in Fig. 5.7a for two

preloads with different external loading conditions. It is observed that for any external loading condition, the bolt load

relaxation decreases with increasing initial bolt preload. These findings emphasize the importance of preload selection.

For higher preload (7,850 N) the bolt load relaxation increases with increasing frequency of excitation, which could be partly

due to an increase in the temperature at the interface due to frictional heating. Comparing the bolt load relaxation in steel and

composite joints for the duration of 30 h (Fig. 5.7b), it is observed that only about 1/3 of the total relaxation in the composite

joint is due to viscoelastic behavior of the polymer matrix material in the composite, while the remaining 2/3 is apparently

due to the other relaxation mechanisms such as plasticity and/or slip in the bolt threads, which probably occur in steel joints

as well.

5.4 Numerical Studies and Results

In this section, a brief summary of finite element analysis (FEA) simulations is given. For more detailed explanations of

material characterization and complete FEA results, see [26]. The purpose of FEA is to develop predictive numerical

models, and to promote a more meaningful interpretation of the experimental results. Hypermesh® 5.0 [27] was used to

develop a three-dimensional (3D) FEA model of the composite bolted joint (see Fig. 5.8), and post-processing the results.

ABAQUS®V 6.3 Standard 3-D [28] was used predict the bolt load relaxation using the quasi-elastic analysis. A global–local

submodeling technique was used to model the bolted composite joint, where the displacements around the bolted joint

section in the global model (a one-piece beam with no bolt) are used to drive the refined local model. This technique has the

advantage that more detailed results in the vicinity of the bolted joint can be obtained with fewer elements than with the full

model. All models were developed using C3D8 and C3D6 type 3-D solid elements. Since the model is symmetric about the

Fig. 5.6 Bolt preload relaxation in composite joints for preload with a dynamic external beam load of 250 N at (a) 2 Hz (b) 5 Hz
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Fig. 5.7 (a) Effect of external beam load on bolt load relaxation in composite bolted joints for a period of 30 h (b) comparison of relaxation in

composite and steel joints for a period of 30 h under preload only condition
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vertical midplane of the beam, only a half model was used, and symmetric boundary conditions were applied. The threads in

the bolt were neglected in the FEA models, and the bolt was assumed to be a solid cylinder. Thus, possible bolt load

relaxation due to plastic deformation and/or thread slip in the threads was not included in the models. The solid bolt

simulation requires that contact surfaces be defined between all the surfaces that are in contact, and these surfaces were

modeled using the contact pair approach in ABAQUS. The contact pairs are defined from free element faces. Since the

sliding between the surfaces was expected to be small, the ‘small sliding’ option was used in all analyses. Friction

coefficients were set to 0.2 for all contact surfaces, as used by Ireman [29].

5.4.1 Time Dependent Material Property Characterization

The three-dimensional (3-D) elastic lamina properties needed for the finite element analysis were calculated from composite

micromechanics equations [30] (for example: the rule of mixtures to calculate the longitudinal modulus and Tsai-Hahn

equations to calculate the transverse modulus and shear modulus) using the fiber and matrix properties together with the

following assumptions: (1) the fibers are linearly elastic, (2) the matrix is linearly viscoelastic, with its creep compliance

described by a power law, (3) the composite is specially orthotropic and transversely isotropic, and (4) the viscoelastic

response depends only on the time elapsed since application of the load (i.e. the material is assumed to be non-aging). The

analysis consisted of three parts: first, since the viscoelastic creep and relaxation data for the epoxy resin used in the prepreg

is not available, Beckwith’s [31] measured linear viscoelastic properties for Shell 58–68 epoxy at 75o F were assumed. Next,

these properties were used in the FEA to predict the bolt load relaxation for an epoxy beam under different loading

conditions using the quasi-elastic approach (for model validation see [26]). Since ABAQUS viscoelastic modeling capability

is limited to isotropic materials, it was necessary to validate the quasi-elastic approach (explained in the next section).

Lastly, Beckwith’s [31] creep test results were extrapolated out to 50 h from the available data, by using the empirical power

law equation for creep compliance:

DðtÞ ¼ D0 þ D1t
n (5.1)

where, from [31],

D(t) ¼ time dependent isotropic creep compliance of matrix

D0 ¼ initial elastic compliance of matrix ¼ 2.726 � 10�4 (MPa)�1

D1 ¼ creep coefficient of matrix ¼ 1.0 � 10�3 (MPa)�1 (min)�n

t ¼ time in minutes

n ¼ dimensionless creep exponent ¼ 0.19

The time-dependent viscoelastic properties of the composite joint were assumed to depend only on the time-dependent

properties of the epoxy matrix material. Based on the linear viscoelastic assumption, a time-dependent matrix modulus,

Em(t), was estimated from the following equation:

EmðtÞ � 1

DðtÞ (5.2)

Fig. 5.8 Bolt FEA model

(Local)
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It was assumed that the power law constants; D0, D1 and n at room temperature are the same as those measured by

Beckwith for Shell 58–68 epoxy [31]. By using these constants and the power law, the time-dependent creep compliance, D
(t), for the epoxy material was calculated. The time-dependent Young’s modulus of the matrix material, Em(t), (see Table 5.1)
was found from Eq. 5.2. The tensile modulus data for T800 carbon fibers was obtained from the fiber manufacturer, Toray

Composites America, Inc. as Ef ¼ 294 GPa and was assumed to be independent of time. Viscoelastic properties of the

lamina (i.e., longitudinal modulus E1(t), transverse moduli E2(t) and E3(t), Poisson’s ratios u12(t), u13(t) and u23(t),
longitudinal shear modulus G12(t), and transverse shear moduli G13(t) and G23(t)) were estimated using elastic fiber

properties and time-dependent viscoelastic resin properties through an application of the Elastic-Viscoelastic Correspon-

dence Principle to the micromechanics equations [30] with a fiber volume fraction, vf ¼ 0.45 (see Table 5.1). The fiber

volume fraction for the composite laminate was indirectly estimated using a combined experimental/numerical technique.

Measured load–displacement response from static 3 point bend tests was compared with the predicted response (FE models)

initially assuming the fiber volume fraction to be 0.6. The difference between the predicted and measured response was then

minimized using fiber volume fraction as curve fitting parameter. These properties were then used in the FEA to calculate the

bolt load relaxation. Due to the limitations of ABAQUS [28], the quasi-elastic approach [30] was used to predict the bolt

load relaxation for the orthotropic composite beams. In this approach, the viscoelastic solutions were approximated by a

series of elastic solutions corresponding to different elastic properties at different times, while the stresses were assumed to

be constant within each time increment.

As in the experiments, the external load was applied as a concentrated nodal force at midspan. pre-tension in the bolt was

applied in a separate loading step by defining a pre-tension section in the bolts. Assembly loads were transmitted across the

pre-tension section by means of a pre-tension node. Preload was applied by giving an initial displacement (in the direction

parallel to the bolt axis) to this node. Bolt preload was maintained by using the fixed option under boundary conditions, and

was monitored by checking the total force output on that node. The model geometry and boundary conditions were chosen to

simulate the experiments, as shown in Fig. 5.2. For the composite beams, both experiments and FEA (using the global–local

model and quasi-elastic approach) were conducted, but only experiments were conducted for steel joints.

Bolt load relaxation was predicted for a period of 30 h in composite bolted joints using a quasi-elastic analysis and the

material properties listed in Table 5.1 for various preload under the following types of loading: (1) bolt preloading in

the absence of external beam loading, (2) bolt preload in the presence of a static beam load of 250 N, and (3) bolt preload

in the presence of dynamic loading of amplitude 250 N at a frequency of 1 Hz. The dynamic beam load was applied using

the periodic loading option in ABAQUS for 5 cycles under each quasi-elastic step and mean bolt load data was recorded in

each case.

The predicted bolt load relaxation captures the relaxation in composite joints and is well within the measured relaxation

curves (Fig. 5.3). The relaxation in bolt load is predicted using the quasi-elastic approach with the material properties listed in

Table 5.1. It is observed from Fig. 5.3 that the predicted relaxation is not affected by increasing preloads, but the relaxation is

higher than that measured in steel joints. This contradicts the experimental observation that relaxation decreases with

increasing bolt preload. There are several possible reasons for this disagreement. First, the material model does not capture

the viscoelastic effects in the polymermatrixmaterial at themicromechanical level. Themicromechanical analysis referred to

in the discussion following Eq. 5.2 was based on “mechanics of materials” type models which do not take into account the

details of the in-situ micromechanical stress and strain distributions in the viscoelastic polymer matrix. A 3-D finite element

Table 5.1 Micromechanics estimate of time-dependent material properties for unidirectional carbon/epoxya

Time (Hrs) Em(t) (GPa) E1(t) (GPa)

E2(t) ¼ E3(t)

(GPa)

G12(t) ¼ G13(t)

(GPa)

u12 (t) ¼ u13(t)(t)
¼ u23(t) G23(t) (GPa)

0 3.662 134.5 12.07 3.612 0.30 2.535

1 3.607 134.4 11.66 3.469 0.307 2.446

2 3.515 134.4 11.55 3.449 0.308 2.434

4 3.495 134.4 11.51 3.428 0.309 2.421

6 3.482 134.4 11.48 3.414 0.309 2.412

8 3.473 134.4 11.45 3.403 0.310 2.405

10 3.465 134.4 11.40 3.395 0.310 2.40

15 3.450 134.4 11.37 3.379 0.311 2.390

20 3.439 134.4 11.34 3.366 0.312 2.382

25 3.430 134.4 11.32 3.356 0.312 2.376

30 3.422 134.4 11.55 3.348 0.313 2.371
a Toray Composites America T800 carbon fibers with assumed viscoelastic compliance for Shell 58–68 epoxy matrix material [31]
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micromechanics model which takes into account the micromechanical geometry is needed to accurately simulate the effects

of such parameters as boundary conditions at the bolt-composite interface on the viscoelastic relaxation of the composite.

Figures 5.4 and 5.5 show the comparison of predicted bolt load relaxation for composite joints under external static and

dynamic loads. Again, the predicted relaxation falls within the measured relaxation curves for both static and dynamic loads.

Also, it is observed that the predicted bolt loads are shifted slightly with the application of the static and dynamic beam loads,

but otherwise the relaxation curves are not significantly affected by the external loads. Again, the mean bolt load is plotted

for the dynamic analysis.

5.5 Conclusions

• Experiments have been employed to study the effects of various bolt preloads, along with the effects of static and

dynamic external loads on bolt load relaxation in composite bolted joints.

• Experiments show that for any external loading condition the bolt load relaxation decreases with increasing initial bolt

preload, and these findings emphasize the importance of bolt preload selection.

• If the bolt preloads are small enough (as a percentage of bolt failure load), applied static and dynamic beam loads at 1 Hz

frequency increase the magnitude of bolt load relaxation. However, for higher bolt preloads the bolt load relaxation

decreases for both static and dynamic loads.

• It is observed that increasing the frequency of the external dynamic load from 1 to 5 Hz increases the rate of relaxation,

and that the friction-induced heating may be at least partially responsible for this effect.

• Finite element models for bolt load relaxation in bolted composite joints based on a global/local quasi-elastic approach

show reasonably good agreement with experiments except that the experimentally observed decrease in relaxation with

increased bolt preload is not predicted by the models.

• The FEA predictions of bolt load relaxation agree well with the experimental observations when subjected to external

static and dynamic loads, however, more detailed modeling of the polymer matrix behavior at the micromechanical level

and possible time-dependent boundary conditions at the bolt-composite interface are needed to understand the experi-

mentally observed relationship between bolt preload and bolt force relaxation.

• Comparing the bolt load relaxation in steel and composite joints for the duration of 30 h, it is clear that only about 1/3 of

the total relaxation in the composite joint is due to viscoelastic behavior of the polymer matrix material, while the

remaining 2/3 is apparently due to the other relaxation mechanisms such as plasticity and/or slip in the bolt threads, which

probably occur in steel joints as well.
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Chapter 6

New Composite Timbers, Full Field Analysis of Adhesive Behavior

Boris Clouet, Régis Pommier, and Michel Danis

Abstract Green gluing technology may have a large interest in wood industry. It allows energy saving so reducing costs.

In order to fulfill requirements in relevant building codes and standards, these composite timbers have to present sufficient

structural performance and shape stability. The drying step during the process of green gluing may lead to local strains and

stresses development on the adhesive interface. This strains and stresses development could impact the shape stability of the

product and induce joint failure. However, wood spatial microstructure may absorb these developments. It has to be noticed

that, for an organic material like wood, the measurement of hygromechanical properties must be done without any

interactions between the material and the measurement system. In order to process in this way, an optical measurement

system such as the Digital Image Correlation can be used. Results give us the local behavior of the interface, during

shrinkage and swelling of wood. The strains and stresses of the adhesive bond will be calculated from the measurement by

the mean of an inverse method. Then, the structural performance of this new bonded material will be presented.

Keywords Green wood gluing • digital image correlation • Drying

6.1 Introduction

Nowadays, about 50% of wood products are processes by gluing technology. This technology is very convenient to get

homogenized wood properties and standard desired dimensions. It also provides a way of using low quality wood, which

otherwise would become waste or fuel. Maritime Pine is a low quality raw material, which has got a lot of knots and cracks.

Only 25% of the sawn lumbers are considered “defects free” and are done for the carpentry; the rest being used for

packaging. Nevertheless, the length of lumbers used for the framework cannot exceed 2.40 m and are unable to be used in

construction that requires lengths above 3 m. In order to use this wood in industrial conditions, it has to be modified, using

the gluing technologies.

Glued laminated beams may provide large lengths up to 30 m. In order to manufacture these Engineered Wood Products,

the wood needs to be dried before gluing, leading to a waste of energy and time in the process. Nevertheless, for a few years,

new adhesives formulations have been developed to allow the gluing of wood at a green state (above the fiber saturation

point) [1]. The two manufacturing processes (dry gluing and green gluing) differ significantly and are presented in and

Figs. 6.1 and 6.2 [2].

The major distinction between the two processes is in the drying step. In the dry gluing process, the boards needs to be

dried at moisture contents between 8% and 16% before gluing whereas the green gluing process allows bonding at high
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moisture contents (above saturation point). The drying step induces different distortions and cracks of wood. An edging is

necessary to remove these cracks, which induces a reduction of boards lengths and a loss of sawing yield. Thus, a planning

before flat gluing is required, which reduces the material yield even further. In a distinct way, the green gluing process is

carried out using straight and flat boards for which only smoothing is required, providing less material loss.

More than the technical benefits brought by the green gluing process, there are important advantages in the quality of the

final product which deserve to be discussed. From previous research it is well known that several wood characteristics that

influence the structural properties of sawn timber vary in a distinct way according to their position in the lumber [2–4]. In this

way, it has been shown that the modulus of elasticity in softwood increases significantly from pith to outwards of logs

sections. Since there is a correlation between the stiffness and strength in wood, this means that the strength at the bark of a

log is larger than at the pith. Accordingly, side boards possess excellent structural properties. Added value would be

achieved when using such boards as laminations in engineered wood products rather than for packaging. K€allsner and
Pettersson [5] showed that the performance of bond lines between wet-glued pairs of side boards was very good and that the

strength of the wet-glued side boards pairs was better than for corresponding structural timber. Serrano et al. [2] found that

green-glued bonds can fulfill the strength requirement for glulam.

The green gluing process also permits to get a best shape stability during drying. Serrano et al [2] found that the shape

stability of green glued laminated beams after drying was satisfying. Petersson et al. showed that there was a potential for

improvement as regards the shape stability of the glued products [6]. Ormarsson [7] simulated the distortions that occur in

sawn timber and glued products during drying. He found optimal configurations that provide fewer distortions of the

products during the step of drying. These numerous drying models were developed to predict the deformations and stresses

of wood, but few were confirmed by experimental tests. Svensson and Martennsson [8] studied the fundamental hygro-

mechanical behaviour of wood applied on convective drying of sawn timber. A material model describing the behaviour of

wood during drying was used to simulate drying stresses in timber. The model was then confirmed by experimental

destructive tests. Several destructive tests may be used to study the material behavior during drying. The best known

techniques to evaluate the drying stresses are prong tests, slicing or dissecting small specimens. These tests provide a

snapshot of differential shrinkage in the moisture gradients, which is related to the stress gradients in the boards at different

drying steps. For an organic material like wood, the measurement of hygromechanical properties will be more efficient if

there is no interactions between the material and the measurement system.

One of the most promising experimental techniques for this kind of problems is noncontact optical measurement based on

Digital Image Correlation principles (DIC) [9]. This techniques provides full-field strain maps of materials under various

loading regimes. Kang et al. [10, 11] show that DIC units provide valuable information about the development of drying

strains and checks under simulated kiln drying conditions. It could also provide efficient results to validate theoretical

simulations of wood drying.

Fig. 6.1 Dry gluing manufacturing process

Fig. 6.2 Green gluing manufacturing process
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The objective of our study is to visualize and measure the progressive deformation in a green – glued wood specimen

subjected to drying conditions using the Digital Image Correlation technique. A test apparatus was designed in order to dry a

green-glued engineered wood product. The specimens were partially sealed so that the deformation that normally occurs in

the middle sections of the dried pieces of lumber could be measured.

6.2 Materials and Methods

The material selected is Maritime Pine (Pinus Pinaster) from the forest of Landes in the South West of France. The selected

boards are taken from a common industrial sawmill. Clear wood was chosen from these boards. The thickness of the boards

after surfacing is 30 mm and their width is 120 mm. The boards are all well above the fiber saturation point (30% moisture

content) before gluing. The two parts of the engineered wood product are cut from the same board. The orientation of the

growth rings is chosen in order to get advantageous shape stability according to the previous studies [4]. A patented one-

component Polyurethane for green gluing has been used to glue these boards.

In order to measure the shape stability of the specimen in drying conditions, moisture gradients in midsections of regular

beams are simulated in the fiber direction. We seal all but the top and bottom surfaces with an Emulsion Polymer Isocyanate

(EPI) adhesive. In this way, the moisture transport in the samples is restricted to one direction. It also allows a more accurate

measurement of the deformations in the cross section. The final dimensions of the specimen are 60 mm in thickness, 120 mm

in width and 100 mm in length.

The experimental apparatus consists of a climate chamber and an optical measurement system (Fig. 6.3). A polycarbonate

glass replaces the original door of the climate chamber. The measurement can be done without any interaction with the hot

and humid environment of the chamber around the sample. Containers are filled with water in order to get a satisfying

relative humidity in the chamber during drying. The temperature and relative humidity are recorded all along the drying test.

The conditions inside the chamber are stabilised 50�C and 70% relative humidity resulting in about 11% equilibrium

moisture content. The deformation of wood is associated with its moisture content. A monitor specimen is placed in the

climate chamber and is daily weighed and measured. This measurement permits us to get the evolution of the moisture

content of the studied sample. Indeed, the use of an optical measurement method does not allow any moves of the sample

during the tests without disturbing the measurement.

All deformations are determined with a VIC3D optical measurement system. This system consists of two triggered

cameras which are focused on the exposed specimen cross section in order to provide stereoscopic images of the specimen

deformations. A random black speckle pattern on the surface of the specimen is necessary to enhance the accuracy of optical

measurement. This pattern is obtained by spray-painting of the cross section exposed to the cameras. Analytical software

based on the DIC principle allows determinations of strains on the surface of the specimens by comparing the positions of

subsets of the speckle pattern in the consecutive images. The images present a resolution of 67 mm/pixel. The calibration is

Fig. 6.3 Simplified diagram

of the experimental set-up
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done through the polycarbonate glass, the projection error given by the calibration results is 0.0255 pixel. The subset size

is 29 pixels and the step is 7 pixels. The maximal interval confidence for the match is 0.00426 mm.

6.3 Results and Discussions

Moisture contents (MC) during drying are predicted from a monitor specimen that is sawn from the same board and has the

dimensions of the studied specimen. The initial and final moisture contents are respectively 60% and 16.2% for the monitor

specimen and 55% and 16,6% for the specimen that was studied. The DIC software calculates all components of local

displacements and local strains vectors on the cross-section surface. It allows visual inspection and a quantitative analysis of

strains development on the cross-section of the specimen. The principal strains exx and eyy roughly correspond to the radial
and tangential directions. The use of the principal strains components e1 and e2 presents much better correspondence with

the radial and tangential strains, respectively [10]. The Fig. 6.4 shows the mean development of the principal strains

occurring during drying the specimen. We observe a development of the principal strains, although the average moisture

content of the sample is well above the fiber saturation point. It is explained by the formation of a moisture content gradient

inside the wood during drying. Indeed, whereas the core of the specimen is still wet, its top and bottom surfaces present a

moisture content that is under the fiber saturation point. That leads to the development of stresses gradients, which are

revealed by strains evolution. During the early period of drying, the ratio between tangential and radial strains is much more

than expected. At 30% moisture content, the ratio radial-to-tangential deformations is about 1/3, whereas the literature

presents a ratio around 1/2. This ratio decreases during the test to approach the theoretical value. The slight decreases

of deformations after 250 h of drying could be explained by the relaxation of stresses inside our specimen. The explanation is

the stabilization of the moisture content; the specimen is at its equilibrium and no more stresses gradients occur inside

the wood.

The Figs. 6.5 and 6.6 show the full field maps of major strain e1 (radial strains) and minor strains e2 (tangential strains) at
different moisture contents.

These measurements roughly correspond to the wood drying theory. The edge surfaces are drying faster than the core of

the sample. At early stage of drying, we observe compressive strains on the edge surfaces. Nevertheless, the core of the

sample is still wet and prevents the surface to shrink. This induces tensile stresses in the edge layers and compressive stresses

in the core layers. When the core of the sample starts to dry, this behavior is reversed.

The color-coded maps of the Fig. 6.7 represents the development of shear strains during the test. It illustrates the stresses

gradients that occur in the specimen. We can observe that the shear strains around the adhesive interface increased much

more than in other zones of the sample. The Fig. 6.8 shows that these strains are 10 times higher in around the adhesive
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interface than in the wood. This behavior is due to the adhesive, which restrains the shrinkage of the wood in this zone.

This induces shear stresses on the adhesive interfaces. It can be notified that these stresses did not lead to an adhesive failure.

The strains gradients in different zones of the thickness of the specimen have been studied. The plots of the strains profiles

at different moisture content for lines A, B and C (Fig. 6.9) are presented Fig. 6.10.

We notice that the strains gradients increase significantly under the fiber saturation point. In the central zone (line B),

the shear strains around the bond line are much more higher than in the edge zones where it almost does not exist.

It may be explain by the difference in the growth rings orientation. Indeed, the growth rings in the middle of the section are

parallel to the adhesive interface. It induces a larger tangential shrinkage than in the other zones, where the growth rings

form an angle around 45�, thus the shrinkage in these zones is supposed to be smaller. In comparison, the strains on the edge

zones grow as the distance from the adhesive interface increase.

It is important to mention that although there is a strain concentration around the adhesive interface, it does not induce

any damage. The stresses that occur close to the bond line are less that the ultimate strength of the material in this area.
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Fig. 6.8 Plots of the mean shear strains values for different zones of the specimen (top, bottom, adhesive interface and average) and evolution of

the moisture content
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Fig. 6.7 Full field maps of shear strains exy for several moisture contents

Fig. 6.9 Position of the lines for the study of the strains gradients in the specimen thickness
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The behavior of timbers frame structure is highly dependent on this point. Other experiences are necessary to confirm this

adhesive behavior, like moisture content cycles and the mechanosorption effect on the joint.

It is also important to mention that the strains profiles are symmetrical in respect with the bond line, meaning that our

drying is homogeneous.

6.4 Conclusion

The behavior of a green-glued wood product has been investigated using the DIC system as a measurement system.

The pattern of strain curves across the thickness of the specimen reveals a symmetrical behavior on each part of the glued

product. Thus the apparatus designed for this study provides a homogeneous drying of the sample. The measurement

technique based on the DIC principles brings direct quantification of strains of drying green-glued wood products. The color-

coded maps of principal strains clearly illustrate the progress of the deformation gradients in wood. A distinction between

behavior of wood and of adhesive interface may be done. The measurement provides efficient results that can be used for a

model validation. The shrinkage and swelling measurements of wood under different climate cycles were not processed,

either the stress modeling.
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Chapter 7

Cylindrical Bending of Bonded Layered Thick Composites

Sayed A. Nassar, Jianghui Mao, Xianjie Yang, and Douglas Templeton

Abstract In this paper, a mathematical model is developed to describe the mechanical behavior of adhesively bonded

multi-layer thick composites. Based on the proposed novel deformation field, the stress field is derived for the layered

composite joint. Unlike conventional shell theory, the proposed model developed takes into account the transverse

shear deformation in the composite and adhesive layers; the adhesive layers are normally much more vulnerable to cracking.

The validity and accuracy of the proposed model is investigated by comparing the results with finite element prediction for

various loading scenarios.

Keywords Adhesive bonding • Thick composite • Layered composite • Finite element analysis

7.1 Introduction

Compared with mechanical joint, the adhesive bonded joint has lots of advantages. Basically, it could join materials of all

sizes and shapes, for example, the very thin and quite delicate material, such as foils, could be joined to each other or to

heavier parts. Also, the adhesive bonding can ensure smooth, unbroken surface contours without protrusions, gaps or holes.

Moreover, because continuous bonding can be obtained throughout a joint, good load distribution and fatigue resistance can

be obtained. In view of these merits of adhesive-bonded joint, it’s worthy to carry out research on this area.

In fact, a lot of research has already been done on this area, either experimentally, or theoretically. Taking into account of

adhesive plasticity, adherend stiffness imbalance and thermal mismatch between the adherends, Hart-Smith [1] developed

an explicit analytical solution for the static load carrying capacity of double-lap adhesive-bonded joints. Markolefas et al. [2]

extended the model to account for the cyclic loading of joint. Mortensen et al. [3] presented a unified approach for the

analysis and design of adhesive bonded joints. Roman [4] carried out extensive experimental study to determine the

mechanical properties of various adhesives used for joining pultruded GFRP. Gustafson et al. [5] reported the influence

of adhesive parameters on the outcome of cohesive zone finite element simulations. Some researchers [1, 6] also considered

damage failure of adhesive bonding. However, all of these mentioned researches were either single lap or double lap joint,

whether or not these analyses would be applied to multilayer joint consists of layers greater than two is still unknown.

There were some studies considering arbitrary number of bonded layers, such as Reissner [7], Mindlin [8], and Whitney

[9]. Another example is Nayfeh et al. [10], in which three materials are considered to form the multi-layer joint. Although

layers larger than 2 were considered, they didn’t take the adhesive layers into account, i.e. the effect of adhesive layers on

joint was neglected in their models. Since the adhesive layers are much weak than adherend layers in general, neglecting of it

will cause unpractical prediction for high loading condition.

To achieve certain strength requirement, it usually requires large number of stacking of same plate in a joint, for example,

the bullet-proof window. In the first place, the transparency is desired, secondly, it requires that the first few lays withstand

the impact of high speed bullet, it also need some layers to stop the cracking and hold the fragment in place to prevent
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personal injury behind the window. In a view of this application, a mathematical model is derived to delineate the

mechanical behavior of adhesive bonded multi-layer thick joint consists of eight layers of STARPHIRE glass in this

paper. The joint is approximate 108.6 mm thick, and made of eight layers of STARPHIRE glass and they are adhesive

bonded by Polyurethane via an autoclave laminating process. The model accounts for the transverse shear deformation and

adhesive layers. Details of the developed model are explained in Sect. 7.2. Case study is carried out in Sect. 7.3, which also

shows the validity and accuracy of the developed model when comparing to Finite element analysis results using shell theory

and continuum theory. Conclusions are drawn in Sect. 7.4. The current study is applicable to static loading situation, future

investigations will address on the dynamic loading and impact.

7.2 Mathematical Model

In this section, the problem of interest is depicted first. A novel deformation field is adopted, using continuum mechanics

method, the closed form solution is sought for deformation variables, the other variables, such as strain, stress, force and

moment, then, can be derived during loading history.

7.2.1 Problem Statement

The problem considered in this paper is an adhesive bonded multi-layer thick joint as shown in Fig. 7.1. It consists of eight layers

of adherends made of STARPHIRE glass, and bonded alternately by seven layers of adhesive made of polyurethane. Each

adherend layer has a thickness of 12.7 mm, and 1 mm for each adhesive layer. The joint is subjected to a load along Z direction.

7.2.2 Formulation

Considering that the joint shown in Fig. 7.1 is simple supported at both end, and subjected to a load at top surface, under cylindrical

bending, the field variables are irrelevant to y component. A novel deformation field is used as shown in Eqs. 7.1 and 7.2.
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Fig. 7.1 Adhesive bonded multi-layer thick joint
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u ¼ z� hkð ÞfðxÞ (7.1)

w ¼ wðxÞ (7.2)

where hk is the central height of each layer,

For finite deformation, the strain displacement relations are given by

ex ¼ @u

@x
¼ z� hkð Þf; x (7.3)

exz ¼ @u

@z
þ @w

@x
¼ fþ w; x (7.4)

Other strain components not specified are zero.

Hooke’s law gives the stress strain relation as

sx
sy
sz
syz
sxz
sxy

2
6666664

3
7777775
¼

C11 C12 C13 0 0 0

C21 C22 C23 0 0 0

C31 C32 C33 0 0 0

0 0 0 C44 0 0

0 0 0 0 C55 0

0 0 0 0 0 C66

2
6666664

3
7777775

ex
ey
ez
eyz
exz
exy

2
6666664

3
7777775

(7.5)

7.2.3 Governing Equations

Neglecting the rotational inertia terms, the stress tensor for the k th. layer of the adhesive bonded joint must satisfy the

following relations

@sðkÞx

@x
þ @sðkÞxy

@y
þ @sðkÞxz

@z
¼ 0 (7.6)

@sðkÞxy

@x
þ @sðkÞy

@y
þ @sðkÞyz

@z
¼ 0 (7.7)

@sðkÞxz

@x
þ @sðkÞyz

@y
þ @sðkÞz

@z
¼ 0 (7.8)

We proceed by integrating Eq. 7.6 with respect to z, considering Eq. 7.5, one obtains

@Nx

@x
¼ 0 (7.9a)

where

Nx ¼
ðh=2
�h=2

sðkÞx dz ¼ B1 � hkA1ð Þf; x (7.9b)

B1 ¼
ðh=2
�h=2

C11zdz (7.9c)
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A1 ¼
ðh=2
�h=2

C11dz (7.9d)

Now multiplying Eq. 7.6 by z and integrating with respect to z over the joint thickness yields

@Mx

@x
� Qx ¼ 0 (7.10)

where

Mx ¼
ðh=2
�h=2

sðkÞx zdz ¼f; x C1 � hkB1ð Þ (7.10a)

C1 ¼
ðh=2
�h=2

C11z
2dz (7.10b)

Qx ¼
ðh=2
�h=2

sðkÞxz dz (7.10c)

Integrating Eq. 7.8 with respect to z,

@Qx

@x
þ q ¼ 0 (7.11a)

q ¼ sz
h

2

� �
� sz � h

2

� �
(7.11b)

On the other hand, from Eq. 7.10c,

Qx ¼
ðh=2
�h=2

sðkÞxz dz ¼ fþ w; x

� �
A5 (7.12a)

A5 ¼
ðh=2
�h=2

C55dz (7.12b)

Following [7–9], we introduce a parameter k in this constitutive relation for both shear force and moment resultants.

Qx

Mx

� �
¼ k

A5 0

0 C1 � hkB1

� �
fþ w; x

f; x

� �
(7.13)

Using Eqs. 7.9b and 7.13, the following equations can be derived from Eqs. 7.9a, 7.10, and 7.11a.

B1 � hkA1ð Þf;xx ¼ 0 (7.14)

C1 � hkB1ð Þf;xx � A5f� A5w; x ¼ 0 (7.15)

A5kf; x þ A5kw;xx þ q ¼ 0 (7.16)

q is the applied load at the adhesive bonded joint. Since any function can be expanded using Fourier sin series, we can

express q as:

qðxÞ ¼
X1
m¼1

qm sin
mp
L

x
� 	

(7.17)
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A set of solution satisfies the boundary conditions could be

fðxÞ ¼
X1
m¼1

am cos
mp
L

x
� 	

(7.18)

wðxÞ ¼
X1
m¼1

bm sin
mp
L

x
� 	

(7.19)

Substituting Eqs. 7.17, 7.18, and 7.19 into Eqs. 7.15 and 7.16, the following linear equations could be obtained in matrix

form.

H1 0 � � � 0

0 H2 � � � 0

..

. ..
. . .

. ..
.

0 0 � � � Hm

2
6664

3
7775

X1

X2

..

.

Xm

2
6664

3
7775 ¼

Q1

Q2

..

.

Qm

2
6664

3
7775 (7.20a)

where

Hm ¼
C1

mp
L

� 	2

þ A5 A5

mp
L

A5k
mp
L

A5k
mp
L

� 	2

2
64

3
75 ; m ¼ 1; 2; � � � ; (7.20b)

Xm ¼ am
bm

� �
; m ¼ 1; 2; . . . ; Qm ¼ 0

qm

� �
; m ¼ 1; 2; � � � : (7.20c)

Solution to Eq. 7.20a is given by

Xm ¼ am

bm

� �
¼ 1

k

� 1

C1

L

mp

1

A5

þ 1

C1

L

mp

� �2

2
6664

3
7775 L

mp

� �2

qm; m ¼ 1; 2; � � � :
(7.21)

7.3 Numerical Illustration

In this section, 108.6 mm � 1,000 mm joint consisting of eight layers of 12.7 mm thick glass and seven layers of 1 mm thick

polyurethane is subjected to two loading scenarios (Fig. 7.2) in order to illustrate the validity of the developed model. In

scenario one, the adhesive bonded joint is subjected sin load, and an exponential load is applied in scenario two. k is

determined as in [9], and it is found that k ¼ 39. The deflection and stress distribution are compared with finite element

results. The finite element calculation is carried out using commercial software ABAQUS, two theories are used, i.e. shell

theory and continuum theory. For the former one, SC8R element is used, and C3D20 is used for the later one. Totally, there

are 28,833 nodes and 6,400 element in the finite element model. Material properties are tabulated in Table 7.1.

7.3.1 Scenario 1: Sinusoidal Load

In this scenario, only 1 term is kept in the Fourier expansion, i.e. m ¼ 1. Comparison of deflection in the bottom of joint is

shown in Fig. 7.3. From Fig. 7.3, the analytical solution correlates well with shell theory prediction, and the continuum
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theory underestimates the deflection about 11.8% at maximum. Comparison of u distribution in joint bottom is illustrated in

Fig. 7.4. The analytical prediction is a little bit lower than the other two predictions in absolute values. Figures 7.5 and 7.6

are the stress distribution in joint bottom predicted by different theories. The analytical solution correlates well with shell

theory solution for sxx, but is higher than the other two solutions for syy.

Table 7.1 Material properties

Material Young’s modulus (MPa) Poisson’s ratio

Glass 73,100 0.22

Polyurethane 3.17 0.499
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7.3.2 Scenario 2: Exponential Load

In scenario 2, the exponential load is expanded using Fourier sin series as

qðxÞ ¼ q0e
2x=L ¼ q0

X1
m¼0

mp
2

1� ð�1Þme2
1þ ðmp=2Þ2 sin

mp
L

x (7.22)

where q0 ¼ �0.01 MPa and m ¼ 10 (discussed later in Sect. 7.3.3) is used in this scenario.

The comparisons of deformation field in joint bottom are depicted in Figs. 7.7 and 7.8. As in scenario 1, the analytical

solution correlates well with shell theory solution for deflection as shown in Fig. 7.7 and is close to continuum theory

solution for u as shown in Fig. 7.8. Besides, the maximum deflection is shifted a little bit to the right of the middle as shown

in both Figs. 7.7 and 7.8. This could also been seen in Figs. 7.9 and 7.10, where the stress distribution are shown.
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The analytically predicted results agrees well with continuum theory for sxx as shown in Fig. 7.9 and a little higher than the

tow theory predictions for syy as shown in Fig. 7.10.

7.3.3 Effect of Fourier Expansion Term m

Theoretically, to make the function exact, the Fourier expansion should consist of infinite number of termsm. this subsection
studies the effect ofm under the exponential load condition. Figure 7.11 illustrates the effect ofm for exponential load. When

m ¼ 1, the deflection distribution along joint length is symmetric, when m ¼ 10, it shift a little bit to the right of middle,

increases to 100 doesn’t make the deflection distribution change a lot, so we can conclude that m ¼ 10 could be used with

high accuracy.
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7.3.4 Interfacial Shear Stress

As already pointed out in [9], the calculation of shear stress using the constitutive relation in Eq. 7.5 will cause the

inconsistence at the adherend/adhesive interface due to the distinct difference in material properties. This is clearly

unrealistic, a practical way to overcome it is calculating shear stress using eqn. outlined in Eqs. 7.6, 7.7, and 7.8.

The calculated shear stresses are compared in Fig. 7.12 for seven interfaces shown in Fig. 7.1. Exponential load and

m ¼ 10 are used in the study. From Fig. 7.12, the interface shear stress near the middle plane is lower than the one away

from the middle plane. Shear stresses change sign at approximately L ¼ 590 mm. Since the Int. 7 is the furthest

interface from the middle plane, it has the highest interface shear stress. The failure is expected to happen at this

interface first.
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7.4 Conclusion

A high order theory is developed in this paper to delineate the mechanical behavior of adhesive bonded multi-layer thick

joint. The model takes into account of transverse shear deformation and the adhesive layers. As the given load function

would be expanded by Fourier series, the analytical solution of the problem is obtained using trigonometric functions.

The prediction given by the proposed theory correlates well with the finite element results. Study shows that the terms used

in the Fourier series for load function doesn’t have significant effect on the deformation outcome in exponential loading

case. In addition, the failure most likely to occur first is at the furthest interface from the middle plane.
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Chapter 8

A Novel Method to Attach Membranes Uniformly on MAV Wings

Yaakov J. Abudaram, Sean Rohde, James Paul Hubner, and Peter Ifju

Abstract Highly compliant wings have been used for MAV platforms, where the wing structure is determined by some

combination of carbon fiber composites and a membrane skin, adhered in between the layers of composite material. The

wing topology can be tailored to obtain the desired change in aerodynamic performance through passive shape adaptation.

Pre-tension of the membrane plays a major role in the static and dynamic response of membrane wings and controls the

overall deflections. In the past, the methods used to apply pretension when fabricating MAVwings were rudimentary. A new

technique of attaching membranes firmly on wing structures is introduced, which involves the application of a technology

known as corona treatment combined with another repeatable method of tensioning silicone membranes on any given frame

geometry. Corona treatment provided a means of increasing adhesion of silicone on carbon fiber through the use of a high-

frequency high-voltage air plasma discharge. The silicone membrane is co-cured with carbon fiber under vacuum pressure at

an elevated temperature. After cool down, the membrane is tensioned.

Keywords Micro air vehicles • MAVs • Membrane wings • Silicone rubber film • Carbon fiber • Wing manufacturing

• Corona treatment • Width tapered double cantilever beam • Digital image correlation • Visual image correlation • Stress

• Strain • Thermal expansion • Pre-tension

8.1 Introduction

Micro air vehicles, or “MAVs”, are defined as an aircraft with a maximum size of 15 cm and are capable operating at speeds

of 25 mph or less [1]. Despite their size, MAVs are expected to be able to carry a payload of 20 g for 20–60 min [2]. The idea

is a design of a small, reliable, and an inexpensive vehicle that can survey a remote area that is not easily accessible with

ground transportation [3]. For example, a MAVmay be placed under a missile and jettisoned right before the missile reaches

the targeted area to send images of the damage to the base. A variety of wings may be envisioned for these vehicles, such as

fixed, rotary, and flapping while this work is concerned with the fixed type [4].

The vehicle may greatly suffer in terms of controllability and range of operation when flying outdoors due to wind gusts

[5]. Similarly, operation of MAVs can be highly challenging when flying indoors because of the air ducts and vents. Two

types of mechanisms are introduced to overcome this issue: utilizing a passive mechanism or an active mechanism. Latter

idea can be highly complex and expensive and in most cases a passive mechanism may be sufficient enough for a given

mission. The wing design can be modified depending on the desired change in aerodynamic performance through passive

shape adaptation [6].

A perimeter reinforced MAV wing fabricated at University of Florida is shown in Fig. 8.1a. Perimeter of the membrane

skin is restricted by the thin strip of carbon fiber. This configuration allows the membrane to bulge out at increasing angles of

attack and higher speeds. Result is an increase in lifting efficiency with high CL and low CMa [4]. Figure 8.1b shows a batten

reinforced wing where the trailing edge of the membrane is not constrained while the membrane is supported by three
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two-layer unidirectional carbon fiber battens on each side of the wing. In this case when the MAV flies into a head-on gust,

the trailing edge flexes upwards resulting in adaptive washout. The effect is a near-constant lift history with exceptional

smoothness even in gusty conditions [7].

Numerous materials have been found applicable to be used as membranes on the aforementioned wing geometries [3].

Most widely used material has been latex due to its benefits (elongation properties, ease of fabrication, and passive shape

adaptation [8]). Nevertheless, latex material does not have appreciable shelf life and degrades at a rapid rate under hot and

humid conditions. Further disadvantages include the degradation of the material when touched or contacted with various

fluids, such as alcohol, oil, or water [9]. Rudimentary methods used to be applied when applying the latex membrane on wing

skeleton: the latex rubber was stretched to be pinned on a particle board and adhered with glue on the carbon fiber wing;

thereby, the pre-tensions achieved on various models were neither repeatable nor measurable.

Static and dynamic response of membrane wings are significantly affected by the pretension. Overall deflections (amount

of camber on a perimeter reinforced wing, trailing edge vibration and reflex on a perimeter reinforced wing, etc.) are

controlled by the tightness of the membrane [9].

The current work focuses on altering the material from latex to silicone to vastly improve durability. A method to

quantify the pretension is discussed in detail by Abudaram et al. [9], in which this paper will use a similar technique to

measure the strains developed on a silicone membrane that is co-cured with carbon fiber composite in an oven. One

drawback is poor adhesion of most adhesives to silicone rubber. The solution to this manufacturing problem is corona

treatment. The goal of surface treatment is to alter the mechanical properties at the surface of the silicone material to

achieve a particular desired characteristic. In the cases to be considered, the primary characteristic of the materials is its

surface energy. Surface energy affects the ability of a material to bond to an outer layer, which can be increased by

roughening the surface area.

Despite being an integral part of the manufacture of polymers, corona treatment is rarely discussed. The name corona

comes from the halo like appearance it gives off. Early tests confirmed its existence, but the potential for commercial

application was not fully realized until the 1950s. Although this unique technique has been used for over 50 years, the

principle behind how corona treatment improves adhesion is not entirely understood. Four generally accepted theories

remain behind how the air plasma affects the surface of the substrate. The formation of electrets, the removal of weak

boundary layers, an increase in roughness caused by small pits, and the deposition of chemically charged hydroxide ions on

the surface are the most common explanations [10]. Electrets are non-conducting substances, like polymers, which become

partially charged when placed under an electric field. The air plasma is generated by creating a steep electrical gradient. The

surface to be treated is placed near the air plasma so the electrets hypothesis is a possible explanation. The weak boundary

layer theory asserts that failures of adhesives are primarily the cause of weak boundary layers, which can be the result of air

pockets between the surfaces or impurities in the adhesive [11]. The third explanation for the improved adhesion of surfaces

treated with air plasma is attributed to an increase in roughness. Common practice is to sand a surface down before an

adhesive is to be applied in order increase the strength of the bond. The theory behind this is that the surface energy increases

as the surface area increases. A change from a flat surface to a rough one increases the surface area of the material on the

microscopic level while on a macroscopic level the material appears as the same size. The increased surface energy means

that a greater energy must be applied to the system to break the bonds and cause fracture. The fourth theory of how corona

treatment improves adhesion to materials is that the air plasma results in a separation of molecules from their electrons,

which creates an abundance of charged free radicals to be deposited on the nearest surface. In the case of these applications

this surface is the substrate being altered. The deposited charged particles now exhibit a strong static attraction to foreign

bodies. Since these theories are not mutually exclusive, the actual mechanism may in fact be a combination of all four of the

aforementioned causes.

Fig. 8.1 Two different types

of airplanes that are fabricated

in micro air vehicle laboratory

at the University of Florida

(a) Perimeter Reinforced

(b) Batten Reinforced
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To analyze how effective the corona treatment is between silicone and prepreg carbon fiber layers a width tapered double

cantilever beam test will be applied. Jyoti et al. [12] has pointed out the difficulty of measuring the crack length during

dynamic fracture toughness testing on double cantilever (DCB) specimens. A practical solution was found by Daniel et al.

[13] with the study of the quasi-static Mode I energy release rate of width tapered specimens, which allowed the energy

release rate to be independent from the crack length. There also exists a similar technique of thickness tapered DCB;

however, this type is cumbersome to manufacture.

8.2 Experimental Techniques

8.2.1 Fabrication of Wings and Pre-tensioning Method

Step 1. A preexisting wing mold is used to construct the wing. A light coat of spray glue is applied.

Step 2. Teflon film is laid on the mold for easy separation of the composite wing after the curing process is completed.

Step 3. Two layers of 45� oriented bi-directional prepreg carbon fiber layers are cut out utilizing a template. Another layer

of carbon fiber is cut out only for the leading edge for added strength.

Step 4. A random speckling pattern is applied on one side of the silicone membrane while both sides are corona treated.

Step 5. The perimeter of the silicone membrane is sandwiched between the layers of the composite. A picture is acquired

by the VIC system as a reference image.

Step 6. The entire assembly is vacuumed to be cured in the oven at 130�C for 4 h.

Step 7. A similar procedure is followed for a batten reinforced wing, except that unidirectional carbon fiber is used for the

construction of the battens. On Step 7 the silicone is tensioned and the final picture is obtained utilizing the VIC

cameras for analysis. Five perimeter reinforced and two batten reinforced wings are manufactured for analysis and

comparison; however, future work will involve a greater number of batten reinforced wings (Fig. 8.2).

Fig. 8.2 Experimental steps involved in the construction and analysis of the MAV wings
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8.2.2 Fabrication of Width Tapered Double Cantilever Beam

The reasons for the choice of the width tapered double cantilever beamsWTDCB specimen are discussed in the introduction.

Four groups of WTDCB are manufactured according to the illustration shown in Fig. 8.3, each group containing six

specimens: plain silicone with bi-directional and unidirectional carbon fiber and corona treated silicone with bi-directional

and unidirectional carbon fiber. Silicone membrane is sandwiched between two six-layer carbon fiber composites. A thin

film of Teflon is applied to initiate the crack at the starting point of the beam. Finally, the entire assembly is cured in the oven

under vacuum pressure to be analyzed in the Instron machine.

8.2.3 Complete Experimental Arrangements for Analysis

The experimental setup for the testing of corona treatment consists of two hinges adhered on both sides of the double

cantilever beam and hinges clamped on the two jaws of the Instron 5567 as seen on Fig. 8.4a. The Instron machine is capable

of measuring loads up to 30 kN with maximum and minimum speeds of 500 mm/min and 0.001 mm/min respectively. The

V-clamp design provides an increasing compression force on the hinges with an increasing vertical tensile force applied on

the jaws to avoid slipping. Crack is initiated with a Teflon film while the crack length (mm) and the required force (N) are

recorded as the jaws pull the two sides of the beam.

Fig. 8.3 Preparation of tapered double cantilever beam

Fig. 8.4 Experimental setup (a) analysis of the DCBT (b) analysis of the deformed silicone membrane
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Figure 8.4b shows the arrangement to measure the strains developed on the speckled specimen with two VIC cameras

connected to the computer through a DAC device. The cameras are calibrated to acquire pictures of the membrane before

and after the curing of the carbon fiber.

8.2.4 Properties of Silicone Membrane

Abudaram et al. [9] calculated the elastic modulus and Poisson’s ratio values experimentally utilizing the VIC system by

hanging weights at the end of a long strip of silicone membrane (12:1 ratio) and recorded the strain values in the x and y

directions. The values provided for the elastic modulus is calculated by curve fitting the data points according to the Eulerian

approach. The thermal coefficient of expansion was computed in a similar manner by recording the temperatures with the

infrared thermometer and strain values in x and y directions utilizing the VIC system. The thickness of the silicone membrane

was measured with digital calipers while the operating temperature range was provided by the manufacturer (Table 8.1).

8.2.5 Visual Image Correlation System

All deformation will be measured with visual image correlation (VIC), a non-contacting full-field measurement technique

originally developed by researchers at the University of South Carolina. The underlying principle is to calculate the

displacement field of a test specimen by tracking the deformation of a random speckling pattern applied to the surface.

Two pre-calibrated cameras digitally acquire this pattern before and after loading, using stereo-triangulation techniques. The

VIC system then tries to find a region (in the image of the deformed specimen that maximizes a normalized cross-correlation

function corresponding to a small subset of the reference image. The reference image is taken when no load is applied to the

structure). The image space is iteratively swept by the parameters of the cross-correlation function to transform the

coordinates of the original reference frame to coordinates within the deformed image. As it is unlikely that the deformed

coordinates will directly fall onto the sampling grid of the reference image, accurate grey-value interpolation schemes are

implemented to achieve optimal sub-pixel accuracy without bias.

The twin cameras are connected with a PC via an IEEE 1394 firewire cable, and a specialized unit is used to synchronize

the camera triggers for instantaneous shots. A standard acquisition board installed in the computer carries out digitalization

of the images, and the image processing is carried out by custom software, provided by Correlated Solutions, Inc. Typical

data results obtained from the VIC system consist of geometry of the surface in discrete coordinates (x, y, z) and the

corresponding displacements (u, v, w). The VIC system places a grid point every N pixels, where N is user defined. A final

post-processing option involves calculating the in-plane strains (exx, eyy, and exy). This is done by mapping the displacement

field onto an unstructured triangular mesh, and conducting the appropriate numerical differentiation, in which the complete

definition of finite strains is used.

8.3 Results and Discussion

8.3.1 WTDCB Test for Corona Treatment

Separation speed on the Instron machine was set to 10 mm/s and average forces from crack initiation until the complete

crack propagation are reported for all specimens on Table 8.2. Standard deviations on treated samples may have been caused

by the application of the corona treatment: the amount of time, plasma charge distance and speed from the silicone surface,

Table 8.1 Properties of silicone

membrane
Property Value (Unit)

Elastic modulus (E) 385 kPa

Poisson’s ratio 0.43

Thermal expansion coefficient(CTE) 2.8*10�4/C

Thickness 0.28 mm

Operating temperature range �62�C–218�C
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uniform application on each specimen during the fabrication plays crucial role in the adhering process. The high deviation on

untreated unidirectional specimens is probably due to the uneven thicknesses composite layers.

The data clearly shows that more energy is required to separate all corona treated specimens. Corona treated and untreated

specimens with maximum averages are reported on Figs. 8.5 and 8.6 along with pictures after separation for further

discussion. Untreated samples are separated in a much smoother fashion in comparison to corona treated samples. The

dynamics involved in the detachment of corona treated samples are extremely complex due to adhesive and cohesive effects.

8.3.2 Membrane Pre-tensioning on Wing

Before acquiring pictures, the wing samples were waited to cool down to room temperature. Normal strains in x and y

directions along with shearing strains are reported in Fig. 8.7 for a typical wing among five experiments. The strain

resolution of the VIC system is estimated to be 500 me, a relatively high value (compared to strain gages, for example) due to

the fact that the data is obtained by appropriately differentiating the displacement fields. The VIC system is not expected to

have the resolution to capture the accurate strain information in the carbon fiber frame; therefore, only the membrane

deformation was taken into account for calculations.

The membrane expanded due to the vacuum pressure and the high temperature in the oven. When cooled down to room

temperature, the wing was naturally pretensioned. The anisotropy of strain is clearly evident from Fig. 8.7 as the wing has a

Table 8.2 Average forces (n) recorded on all specimens

Untreated unidirectional (N) Treated unidirectional (N) Untreated bidirectional (N) Treated unidirectional (N)

Specimen #1 29.7 30.3 19.8 32.9

Specimen #2 21.1 33.9 18.8 22.0

Specimen #3 21.9 30.6 20.6 24.4

Specimen #4 30.5 29.7 20.0 NAa

Specimen #5 21.2 37.2 21.2 20.0

Specimen #6 32.2 30.7 18.9 21.9

Average 26.1 32.1 19.9 24.2

Standard Dev. 5.22 2.91 0.94 5.09
aResults for treated unidirectional specimen #4 are not reported on this table due to a manufacturing error
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Fig. 8.5 WTDCB tests for corona treated and untreated silicone on bidirectional carbon fiber
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camber and the frame geometry is not symmetrical. Note that images on Fig. 8.7 show the bottom of the wing. Higher strains

are computed toward the leading edge while this effect is muted toward the trailing edge for normal strains. Insignificant

amounts of shear strains are recorded for all samples.

All strain values are then converted to stresses using the values on Table 8.1 as seen in Fig. 8.8. Stresses in normal

directions range from approximately 3 kPa to over 9 kPa while much higher averages are recorded for stresses in x direction.

This effect could be due to a shorter span in the chordwise direction in comparison to the longitudinal direction.

Average strains on the right and left sides of the five wings were calculated in x and y directions along with standard

deviations as seen in Fig. 8.9. For each wing slightly higher strain values in the chordwise direction were measured and the

highest standard deviation among all samples was calculated in this direction as well. The rest of the variations were within

the same percentage, which shows the method is reasonably repeatable.
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Fig. 8.6 WTDCB tests for corona treated and untreated silicone on unidirectional carbon fiber

Fig. 8.7 Acquired strain distribution on silicone membrane at the bottom of the perimeter reinforced wing
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8.4 Conclusion

Various samples for corona treated and untreated silicone/carbon fiber specimens were manufactured. The samples were

analyzed via Instron machine. The bonding technique is then applied to a series of MAV wings to be co-cured in the oven

under vacuum pressure and the results are processed utilizing visual image correlation system:

1. When corona treated specimens were compared to their non-treated counterparts, the method showed a significant

effectiveness in bonding.

2. Unidirectional carbon fiber specimens required more tensile force to separate whether they are treated or not.

3. The fabrication technique to build a wing with corona treated silicone membrane is explained.

Fig. 8.8 Calculated pre-tension distribution on silicone membrane at the bottom of the perimeter reinforced wing
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4. VIC system showed the membrane is tensioned on both sides of the wing. The average strains were measured for all

samples to show the repeatability.

5. The pretension was quantified via analysis.

Future work will involve results for batten reinforced MAV wings in a similar fashion. The wings may be cured at various

temperatures to see the effect of temperature increase during the curing process on the strained developed at the room

temperature.
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Chapter 9

A Model for Fracture Characterization of Adhesively-Bonded Joints

Jianghui Mao, Sayed A. Nassar, and Xianjie Yang

Abstract In this paper, an analytical model is proposed to characterize the fracture behavior of an adhesively bonded joint

loaded in peel. Unlike previous theories, the current model includes some new parameters, such as young’s modulus of

adhesive material, thickness of adhesive layer, and parameter c in the stress function, which will be determined by solving a

nonlinear equation. The new developed model also takes into account the crack tip rotation. To verify the current work,

comprehensive comparison is made between previous theories, experimental data, and current model. Result shows that the

current model is better than previous theories in regards to the coincidence with experimental data. The effect of each key

parameter on the prediction is also discussed in this paper.

Keywords Adhesive bonding • Composite joint • COD • Strain energy release rate (SERR)

9.1 Introduction

Adhesively bonded joints, especially composite laminated joints, have been widely used in automotive and aerospace

industry nowadays. Various kinds of failure modes have been identified in everyday use, among which delamination is the

most life-limiting mechanism in bonding joint. The analysis of adhesive joint is usually based on through-thickness averages

of stress and strain, then, the basic variables are the peel stress, s, the shear stress, t, the opening distance, w, and the shear

deformation, v, of the adhesive layer. The shear loading case for adhesive joint has been studied in Nassar et al. [1], current

study will focus on the peel loading case using Double Cantilever Beam (DCB) model.

The adhesively bonded joint loaded in peel has been intensively studied. Whitney [2] carried out experiments on

composite joint and discussed a number of approaches for data reduction schemes, El-Zein [3] tested a composite joint in

elevated temperature and proposed a theory for determining critical load, the developed model only took adherend into

account, and crack tip opening was neglect. Hashemi et al. [4] analyzed some DCB composite joints using corrected beam

theory, Johnson et al. [5] investigated the environmental durability of a series of bonded systems, Shindo et al. [6]

experimentally and analytically investigated the cryogenic Mode I interlaminar fracture behavior and toughness of SL-E

woven glass-epoxy laminate, Jyoti et al. [7] experimentally explored the effect of adhesive layer to the critical energy release

rate of specimen, Xie et al. [8] discussed methodologies and techniques used for characterizing metal/epoxy interfaces,

latter, Pradeep et al. [9] used the evaluation methodologies for assessing the interfacial integrity using FEA, the methodology

considered the effect of adhesive properties such as Young’s modulus and thickness, however the crack tip rotation wasn’t

taken into account. In contrary to the above mentioned researches, increasing number of researches (Barenblatt [10], Yang

et al. [11], Andersson et al. [12] and Andersson et al. [13], Ouyang et al. [14]) used cohesive zone model (CZM) to solve the

adhesively bonded joint. The CZM was critically dependent on accurate constitutive models, i.e. stress-elongation (s-w)
relation of adhesive layer, it had been proven very hard to correlate the bulk properties of adhesives with their behavior in a

thin and constrained layer [15], also, a stress-elongation relation works fine for this adherend material may not work for other

adherend material, hence repeated works were need to determine stress-elongation relation for other adherend material,
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It’s well known that the fracture energy and morphology varies with the thickness of the adhesive layer [16], previous

studies either neglect the existence of adhesive layer [2, 5, 17], or model the adhesive layer as spring [18–20], or neglect

the crack tip rotation [9, 17], others using stress-elongation relation to represent the property of adhesive layer [12–14],

they were suitable for modeling very thin adhesive or interfacial behavior of adhesively bonded joint, however, due to

the lack of consideration about the adhesive material properties and geometry properties, the results obtained by

previous were very limited to specific cases. In this study, a model is developed which takes into account of the adhesive

material properties and adhesive thickness and their geometry configuration, also a novel parameter c is introduced, and
it’s determined by solving a nonlinear equation, in addition, crack tip rotation is considered. Various cases were

compared and discussed to verify the novel developed model. The effective of each key parameter in the model is

discussed.

9.2 Analytical Model

The geometric model for the analysis is presented in Fig. 9.1. Two adherends with same size, length l, height h, and width b
are bonded by an adhesive layer with one end leaving unbounded and this end is subjected to peel load P as in Fig. 9.1a. The

adhesive layer has a thickness of ha, and length l-a. the coordinate is originated at the center of left end in Fig.9.1a. The free
body diagram of adherend is shown in Fig. 9.1b.

Fig. 9.1 Schematic of

analysis model
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For the unbounded adherend portion, the moment is expressed as

MðxÞ ¼ Pðl� xÞ l� a � x � l (9.1)

For the bonded ahderend portion, the moment can be given as

MðxÞ ¼ Pðl� xÞ � b

ðl�a�x

0

ssðxþ sÞds 0 � x � l� a (9.2)

as can be seen in Fig. 9.1b, s is a new coordinate parallels with x-axis, and originated at x.
Force equilibrium of upper adherend gives

b

ðl�a

0

sðxÞdx ¼ P (9.3)

where sðxÞis the stress distribution along the bonding interface, and it is assumed to be

sðxÞ ¼ s0ecðx�lþaÞ (9.4)

where s0 is the stress at the crack tip, and c is the material parameter.

From Eqs.9.3 and 9.4,

bs0
c

1� ecða�lÞ
h i

¼ P (9.5)

The moment and deflection relationship of adherend can be give as

w00ðxÞ ¼ �MðxÞ
E
ð1Þ
x I

(9.6)

where E
ð1Þ
x is the adherend Young’s modulus in x direction. I is the Moment of Inertia.

9.2.1 Modeling of Bonded Region (0 � x � l� a)

For the upper half adhesive, the elongation in y direction is obtained as

wðxÞ ¼ � ha
2

sðxÞ
E
ð2Þ
y

0 � x � l� a (9.7)

where E
ð2Þ
y is the adhesive Young’s modulus in y direction.

First derivative of Eq. 9.7 gives

w0ðxÞ ¼ � hac

2E
ð2Þ
y

sðxÞ 0 � x � l� a (9.8)

Substitute Eq. 9.2 into Eq. 9.6, and using Eqs. 9.4 and 9.5, one obtains,

1

cecðl�aÞ þ
E
ð1Þ
x Iha

2E
ð2Þ
y ecðl�aÞ

c3

b

 !
ecx � xþ l� a� 1

c

1� ecða�lÞ ¼ l� x (9.9)
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From Eq. 9.9, c is depended on x. Following Nayfeh et al. [21], a continuum mixture format is carried out to eliminating

the x-dependence by integrating both side of Eq. 9.9 from 0 to l-a, and divided by l-a, then, a nonlinear equation can be

obtained from Eq. 9.9 for determining parameter c as follows

1

c2ðl� aÞ þ
E
ð1Þ
x Iha
2E2

y

c2

bðl� aÞ þ
1

2
l� að Þ � 1

c
1� ecða�lÞ ¼ 1

2
lþ að Þ (9.10)

Equation 9.10 can be solved by Newton–Raphson method. Theoretically, there are four solutions for this equation, but the

realistic one should be real number, and not far away from 0, otherwise it will cause numerical problem.

9.2.2 Modeling of Unbounded Region (l� a � x � l)

From Eqs. 9.1 and 9.6

Eð1Þ
x Iw0 ¼ 1

2
Px2 � Plxþ B1 (9.11)

Eð1Þ
x Iw ¼ 1

6
Px3 � 1

2
Plx2 þ B1xþ B2 (9.12)

B1 and B2 are constant, to be determined by boundary condition. The continuity condition at x ¼ l� a gives

1

2
P l� að Þ2 � Pl l� að Þ þ B1 ¼ �E

ð1Þ
x Iha

2E
ð2Þ
y

cs0 (9.13)

1

6
P l� að Þ3 � 1

2
Pl l� að Þ2 þ B1 l� að Þ þ B2 ¼ �E

ð1Þ
x Iha

2E
ð2Þ
y

s0 (9.14)

Equations 9.13 and 9.14 give the value of B1 and B2 as

B1 ¼ �E
ð1Þ
x Iha

2E
ð2Þ
y

cs0 � 1

2
P l� að Þ2 þ Pl l� að Þ (9.15)

B2 ¼ �E
ð1Þ
x Iha

2E
ð2Þ
y

s0 1� cðl� aÞ½ � þ 1

3
P l� að Þ3 � 1

2
Pl l� að Þ2 (9.16)

Then, the deflection of unbounded region of adherend can be determined as

w ¼ 1

E
ð1Þ
x I

1

6
Px3 � 1

2
Plx2 þ �E

ð1Þ
x Iha
2E2

y

cs0 � 1

2
P l� að Þ2 þ Pl l� að Þ

" #
x

(

�E
ð1Þ
x Iha

2E
ð2Þ
y

s0 1� cðl� aÞ½ � þ 1

3
P l� að Þ3 � 1

2
Pl l� að Þ2

)
l� a � x � l (9.17)
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9.2.3 Joint Fracture Properties

The loadline deflection will be given by

wP ¼ � 1

E
ð1Þ
x I

E
ð1Þ
x Iha

2E
ð2Þ
y

s0ðcaþ 1Þ þ 1

3
Pl3 þ Pðl� aÞ2l� Pl2ðl� aÞ � 1

3
Pðl� aÞ3

" #
(9.18)

The Crack Open Displacement COD of loadline for the joint is obtained as

COD ¼ 2

E
ð1Þ
x I

E
ð1Þ
x Iha

2E
ð2Þ
y

s0ðcaþ 1Þ þ 1

3
Pl3 þ Pðl� aÞ2l� Pl2ðl� aÞ � 1

3
Pðl� aÞ3

" #
(9.19)

and Crack Tip Opening Displacement CTOD is

CTOD ¼ has0

E
ð2Þ
y

(9.20)

From Eqs. 9.5 and 9.9, the compliance of the joint can be obtained. In the determination of c, the continuum mixture

theory is used, which eliminates the x-dependence of c. A closed examination finds that using the continuum mixture theory,

the prediction tends to deviate from experiment, the deviation is related to crack length and joint length as (l-a)/l/k, which is
called the correction factor in this paper, and k is a constant, which can be determined experimentally or using FEA method.

With the correction factor in consideration for bonded joint region, the compliance of the joint can be expressed as

C ¼ 2

E
ð1Þ
x I

E
ð1Þ
x Ihacðcaþ 1Þðl� aÞ
2E

ð2Þ
y b½1� ecða�lÞ�lk

þ 1

3
l3 þ ðl� aÞ2l� l2ðl� aÞ � 1

3
ðl� aÞ3

" #
(9.21)

The Strain Energy Release Rate (SERR) of the joint can be given as

GI ¼ P2

2b

dC

da
¼ P2

E
ð1Þ
x Ib

E
ð1Þ
x Ihac

2ðl� aÞ
2E

ð2Þ
y blk

1þ caecða�lÞ

½1� ecða�lÞ�2
þ a2

( )
(9.22)

In Eqs. 9.21 and 9.22, the correction factor is incorporated directly after derivation.

Compared to previous studies (shown in Table 9.1, Summary of different theories), such as beam theory (crack tip

rotation is not considered), El-Zein [3], more variables are taken in to account, such as Young’s modulus of adhesive

material and thickness of adhesive layer, although Penado [18] considered these parameters, he modeled the adhesive layer

as spring, while our model treated the adhesive layer more naturally as continuummaterial, and the parameter c is introduced
in the model, in addition, the crack tip rotation is taken into account. The advantages of introducing these variables will be

illustrated subsequently.

9.3 Results and Discussion

One distinct difference of current theory is the introduction of c, which will be determined by Eq. 9.10 using

Newton–Raphson method. Another one is k in the correction factor, FEA method is used, and it’s determined as k ¼ 22.

To compare various theories listed in Table 9.1 Summary of different theories with current theory, three joints are

considered. The experimental results are obtained from various sources, the material properties of each components are

listed in Table 9.2 Material properties , and specimens configuration are shown in Table 9.3 specimen geometry, unit: mm

In regards to the APC-2/AS4-CFRP composite joint, the adhesive properties was unspecified [22], E ¼ 12.5415 MPa, and

n ¼0.4 is assumed.
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9.3.1 Critical Load

Critical load of APC-2/AS4-CFRP joint predicted by different theories is shown in Table 9.4. Note that the adhesive

thickness is relatively thick in this case. From Table 9.4, all the theories give closed prediction with experiment result [22]

except Penado’s theory [18], and the current theory is the most closed one.

For Al/FM®73 M/Al joint, the critical load predicted is shown in Fig. 9.2. From Fig. 9.2, Beam theory and Pradeep’s

theory give prediction almost double the experimental result at small crack length, however, with the increase of crack

length, the results predicted by these two theories improve a lot. On the other hand, El-Zein and Penado’s theory

overestimate the result at small crack length, but underestimated the result at larger crack length. Compared to the other

theories, current theory improves a lot for the whole examined crack length region.

In regards to Titanium/FM-X5/Titanium joint, the results are shown in Fig. 9.3, From Fig. 9.3, Beam theory, El-Zein and

Pradeep’s theories overestimated the critical load about 70% at small crack length, with the increase of crack length,

prediction improves greatly. Current theory gives the best agreement with experiment result.

Table 9.1 Summary of different theories

Theories Compliance Strain energy release rate

Beam theory C ¼ 8a3

Ebh3
GI ¼ 3Pd

2ba

Area method - GI ¼ 1
b
DA
Da ¼ 1

2bDa P1d2 � P2d1ð Þ
where DA is the area under the P� d curve

El-Zein, 1988 [17] C ¼ 12
bh3

a11a
3

3
� a26h

3

24

� �
where aij is the component of adherend compliance matrix

GI ¼ 6P2a11a
2

b2h3

Penado, 1993 [18] C ¼ 8

E
ð1Þ
x b

a
h

� �3
1þ 3

Bh0:25
h
aþ 3 1

B2h0:5
þ E

ð1Þ
x

8G
ð1Þ
x

� �
h
a
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Table 9.2 Material properties

Material

Properties

Ex, Ey, Ez GPa G12, G13, G23 GPa n12, n13, n23
Adherend APC-2/AS4-CFRP [22] 121, 9, 5.2 5.2, 5.2, 1.9 0.34, 0.34, 0.46

7075-T6 Aluminum [5] 70.8 26.62 0.33

Titanium [5] 110 41.98 0.31

Adhesive FM®73 M [5] 2.07 0.77 0.34

FM-X5 [5] 5 1.92 0.3

Table 9.3 Specimen geometry, unit: mm

APC-2/AS4-CFRP joint [22] Al/FM®73 M/Al [5] Titanium/FM-X5/Titanium [5]

l 185 305 305

a 55 vary vary

h 2.5 9.53 6.604

ha 2.5 0.25 0.338

b 10 27.127 27.127
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9.3.2 Strain Energy Release Rate

Critical SERR of APC-2/AS4-CFRP joint is listed in Table 9.4. From Table 9.4, current theory gives the critical SERR very

close to Pradeep, El-Zein, and beam theory. For Al/FM-73 M/Al joint, the results are listed in Table 9.5, the critical SERR

varies a little with crack length, the average critical SERR is about 2.88 � 103 J/m2 from experiment, current theory and

Penado’s theory are closer to experimental one. For Titanium/FM-X5/Titanium joint (see Table 9.6), current theory is even

better than Penado’s theory.

From the above comparison, current theory has wider application than others. El-Zein, and beam theory doesn’t consider

the adhesive Young’s modulus and thickness, the predictions given by these theories are poor when adhesive Young’s

modulus is relatively high, for example, the Titanium/FM-X5/Titanium joint, Pradeep’s theory doesn’t take the crack tip

rotation into account, the application into studied case is not good as shown above, Penado modeled the adhesive as spring,

while the adhesive is relatively thick, the result is very bad as for APC-2/AS4-CFRP joint.

In order to investigate the effect of various variables on the model prediction, parametric study is conducted, and Al/FM-

73 M/Al joint mentioned above is used in the study.

Table 9.4 Comparison of

different theories in calculating

of critical load and Critical SERR

for APC-2/AS4-CFRP joint

Critical load, N GIC, 10
3 J/m2

EXP. 65 –

Current theory 65.02813 0.813683716

Penado93 [18] 27.39576 0.342422089

Pradeep2010 [9] 65.10282 0.813726064

El-Zein88 [17] 65.09943 0.967903038

Beam theory 65.09943 0.812440909
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9.3.3 Effect of Adhesive Young’s Modulus

Figure 9.4 shows the effect of adhesive Young’s modulus on critical SERR, with x-axis showing the Young’s modulus ratio

of adherend to adhesive, and y-axis showing the critical SERR normalized by its initial value. The Young’s modulus ratio of

adherend to adhesive is accomplished by changing the adhesive Young’s modulus, and keep adherend’s constant. From

Fig. 9.4, the adhesive Young’s modulus affects the critical SERR differently at different crack length. When the crack length

is relatively small compared to joint length, the change of adhesive Young’s modulus affects the joint’s critical SERR

significantly, increase of Ea decreases the critical SERR nonlinearly. However, the influence of Ea tends to disappear with

the increase of crack length. At a/l ¼ 0.38, the change of Ea almost have no impact on the critical SERR, and further

increase of crack length, the curves seems to be overlapping as in Fig. 9.4. The result indicates that adhesive Young’s

Table 9.5 Strain energy release rate calculated by various theories for Al/FM-73 M/Al joint, original experiment data from [5], Unit: 103 J/m2

a, mm EXP.a Current theory Beam theory Pradeep (2010) Penado (1993) El-Zein (1988)

57.6 2.488905 3.107943 3.580419 5.855193 3.514229 2.20118

69.81 2.566863 2.935684 3.510627 4.824342 3.163628 1.813645

77.48 3.00945 2.619628 3.145701 4.023975 2.750794 1.512758

90.16 2.87214 2.808973 3.157013 3.945006 2.844677 1.483071

100.39 3.003159 3.124819 3.462503 4.144193 3.089528 1.557953

115.8 2.950404 3.150254 3.457107 3.903236 3.025984 1.467368

128.12 2.808355 3.046448 3.336363 3.61755 2.87414 1.359968

141.18 3.49567 2.969125 3.277991 3.399757 2.759343 1.278092

154.51 2.723483 3.090733 3.25183 3.434655 2.83846 1.291211

167.9 – 2.9156 3.103577 3.162394 2.653622 1.188859

Average 2.879825 2.976921 3.328313 4.03103 2.951441 1.51541
aEXP. Area method is used in data reduction

Table 9.6 Energy release rate calculated by various theories for Titanium/FM-X5/Titanium joint, original experiment data from [5], Unit: 103 J/m2

a, mm EXP.a Theory Beam theory Pradeep (2010) Penado (1993) El-Zein (1988)

57.79 2.5759641 2.695957 3.245316916 5.059703 3.496242 5.314588

71.34 2.6274945 2.791347 3.337686341 4.517814 3.347762 4.745402

81.63 2.7653341 2.647826 3.142969859 3.936969 3.02941 4.135296

93.48 2.9477465 2.694341 3.107263735 3.708148 2.949602 3.894948

105.88 2.9099332 2.726367 2.991920052 3.520433 2.87634 3.697777

129.58 1.486955 2.162289 1.943941124 2.555824 2.166875 2.684575

175.76 1.9748004 1.738753 1.695481897 1.863362 1.649902 1.95723

202.57 – 2.597676 2.50584707 2.698627 2.428324 2.834572

Average 2.4697468 2.506819 2.746303374 3.48261 2.743057 3.658048
aEXP. Area method is used in data reduction
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modulus is necessary to be considered when the crack length is relatively small, however, in a large crack length joint, the

adhesive Young’s modulus is almost irrelevant.

9.3.4 Effect of Adhesive Thickness

Effect of adhesive thickness is investigated by changing the adhesive thickness at fixed adherend thickness. The result shown

in Fig. 9.5 is obtained at crack length a ¼ 69.81 mm. From Fig. 9.5, the change of adhesive thickness ha has almost no

influence on critical SERR when the thickness ratio of adherend to adhesive is below about 100, beyond which, however, the

influence becomes significant, decrease of ha greatly increases critical SERR. In real application, the thickness ratio of

adherend to adhesive is rare beyond 100, current study provides a theoretical support for other theories which neglect the

effect of adhesive thickness.

9.3.5 Effect of Crack Length

Joint compliance C versus crack length a is shown in Fig. 9.6. It is illustrated in the figure that joint compliance increases

nonlinearly with the extension of crack length, the increase rate becomes larger as crack length increase. This indicates that

the load is going to decrease as crack propagates as shown in Fig. 9.2, meanwhile, the critical SERR almost keeps unchanged

as can been seen in Table 9.5, this is in agreement with the statement in [23].
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9.3.6 Effect of k in the Correction Factor

The introduction of correction factor is mainly due to the using of continuum mixture theory for reduction of x-dependence
of c. The effect of k in the correction factor is investigated. Figures 9.7 and 9.8 show, respectively, the effect of k in

correction factor on the joint compliance and critical SERR. From these figures, the joint compliance is in inverse proportion

to k, increase of k decreases joint compliance at a given crack length, and results in an increased nonlinearity compliance

versus crack length curve, meanwhile, the curves becomes much closer. On the contrary, the critical SERR is in direct

proportion to k, increase of k increases critical SERR, while the rate of increase is decreased as the tangent of the curve

decrease.

9.4 Conclusion

Analytical model is developed to characterize the fracture behavior of an adhesively bonded joint loaded in peel. The

model takes various variables into account, and continuum mixture theory is used for determining new introduced

parameter c, also, the crack tip rotation is considered. The model has been applied to 3 different joints, current prediction

has a better agreement with experiment compared with other theories. The parametric study leads to the following

conclusion.
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Adhesive Young’s modulus is necessary to be considered when the crack length is relatively small (less than 20% of joint

length), however, in a large crack length joint (above 38% of joint length), the adhesive Young’s modulus is almost

irrelevant.

The adhesive thickness has little influence on the critical SERR when h/ha is approximately less than 100, but significant

effect is observed beyond this value. Although it rarely happens in real application that thickness ratio of adherend to

adhesive is bigger than 100, current study does provide a justification for other theories which neglect the effect of adhesive

thickness.

Crack length affect joint compliance in direct proportion. With the increase of crack length, joint compliance goes up.

Constant k in the correction factor affects the joint compliance in inverse proportion at a given crack length, however, it

affects the SERR in direct proportion.
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Chapter 10

Probabilistic Characterization of Elastic Properties of Composites

Using Digital Image Correlation Technique

Mark R. Gurvich and Patrick L. Clavette

Abstract Reliability assessment of composite structures requires probabilistic description of material properties including

high-fidelity evaluation of their main statistical parameters. With respect to composite materials, the probabilistic descrip-

tion should capture anisotropy of random elastic properties and their possible statistical correlations. A general approach of

probabilistic characterization of anisotropic stiffness based on digital image correlation (DIC) technique is developed. Since

composites are anisotropic, their “traditional” probabilistic characterization usually requires expensive and time-consuming

programs of multiple tests. The developed approach, however, uses only a single test per coupon to estimate several random

properties in different directions since the entire 2D distributions of surface strains are measured instead of one value in

conventional experiments. Major benefits of the developed approach are significant (a) simplification of characterization; (b)

cost and time reduction; (c) improvement in accuracy; and (d) generation of all necessary statistical parameters. Demon-

stration of the developed probabilistic approach is shown on example of representative carbon-fiber reinforced composite.

Keywords Composites • Reliability • Probabilistic characterization • Digital image correlation • Elasticity • Statistical

correlation

10.1 Introduction

Experimental characterization of the entire elastic behavior of composites is usually a time-consuming problem due to

anisotropy of material properties and necessity to quantify numerous parameters versus only a few characteristics

(e.g., modulus and Poisson’s ratio) in testing of isotropic materials. More traditional testing approaches are primarily

based on “one test, one parameter” philosophy. Thus, application of digital image correlation (DIC) techniques for elastic

characterization of composites seems to be especially promising due to opportunity to measure all strains at considered

surfaces, i.e., potentially generate three independent pieces of data (two normal and one shear strains) from each test.

Another huge advantage of DIC is its capability to characterize the entire field of strains rather than one (or a limited number)

of points in more traditional testing. Along with an opportunity to capture and understand expected deterministic non-

uniformity of strain distributions (e.g., under bending or in the vicinity of holes), DIC can provide a potential way to quantify

statistical non-uniformity due to inevitable randomness of material properties. Based on this motivation, the objective of this

study is to (a) develop a general concept of DIC-based experimental characterization of random elastic properties of

composites; (b) provide a specific solution for a case of uni-axial load; and (c) demonstrate its robust experimental

implementation on example of representative composite.
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10.2 Concept

Developed approach is based on consideration of orthotropic materials under conditions of in-plane loading. Probabilistic

deformation ~eij of the material under random load ~sij can be written in a general matrix form as

~e11
~e11
~e12

2
4

3
5 ¼

~S11 ~S12 0
~S22 0

sym ~S66

2
4

3
5 ~s11

~s22
~t12

2
4

3
5; ~e011

~e011
~e012

2
4

3
5 ¼

~S
0
11

~S
0
12

~S
0
16

~S
0
22

~S
0
26

sym ~S
0
66

2
64

3
75 ~s011

~s022
~t012

2
4

3
5 (10.1)

where ~Sij, ~S0ij are random characteristics of the compliance matrix defined in the axes of symmetry and arbitrary axes,

respectively. (In this study, sign “~”above a variable indicates its random nature, and sign “-”shows its average value).

Deterministic relationships between Sij and S0ij are well-known (see, for example, [1]) and are defined by angle of

transformation a (Fig. 10.1a). Thus, assuming that random compliance characteristics are distributed by the normal law,

the entire problem of probabilistic elastic characterization can be formulated as evaluation of corresponding statistical

parameters in the axes of symmetry, namely, average values �S½ � and correlation matrix KS½ �:

�S½ � ¼
�S11
�S12
�S22
�S66

2
664

3
775; KS½ � ¼

KS11;11 KS11;12 KS11;22 KS11;66

KS12;12 KS12;22 KS12;66

KS22;22 KS22;66

sym KS66;66

2
664

3
775 (10.2)

In case of known deterministic load, random deformation can be experimentally quantified in form of average values �e0ij
and corresponding correlations K0

eij;kl. Therefore, Eqs. 10.1 and 10.2) provide fundamental relationships of a classical linear

regression problem in a generalized form as

y ¼
XM
m¼1

amxm (10.3)

Fig. 10.1 Schemes of (a) composite coupon, (b) its deformation under uni-axial load, and representative DIC measurements of displacements

(c) U0
2 and (d) U0

1 (a ¼ 45�)
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where y are known measurements of strains (both average values �e0ij and correlations K0
eij;kl); am are unknown statistical

parameters of compliance matrix in the axes of symmetry (also both average values �Sij and correlations �KSij;kl); xm are known
parameters defined by load orientation, strain orientation, load parameters; and M¼14 is the total number of unknown

parameters (four for average values and ten for correlations). Classical method of statistical treatment (e.g., the least square

method) can be easily applied to solve regression problem Eq. 10.3. The following section describes practical implementa-

tion of this concept in detail.

10.3 Specific Solution

Consider a case of uni-axial deterministic load s011 (Fig. 10.1b) with corresponding known statistical characteristics of

deformation �e0ij and K0
eij;kl as a result of testing. Therefore, according to Eq. 10.1, three random characteristics of the

compliance matrix can be easily defined as

~S011 ¼ ~e011=s
0
11;

~S012 ¼ ~e022=s
0
11;

~S016 ¼ ~e012=s
0
11 (10.4)

and summarized as the following partial matrices of corresponding statistical parameters:

�S
0� � ¼ �S

0
11
�S012
�S
0
16

2
4

3
5; K0

S½ � ¼
K0

S11;11 K0
S11;12 K0

S11;16
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S12;12 K0

S12;16

sym K0
S16;16

2
4

3
5 (10.5)

where

�S011 ¼ �e011=s
0
11;

�S012 ¼ �e022=s
0
11;

�S016 ¼ �e012=s
0
11 (10.6)

K0
S11;11 ¼ K0

e11;11= s011Þ2; K0
S12;12 ¼ K0

e22;22= s011Þ2; K0
S16;16 ¼ K0

e12;12= s011Þ2
���

(10.7)

K0
S11;12 ¼ K0

e11;22= s011Þ2; K0
S11;16 ¼ K0

e11;12= s011Þ2; K0
S12;16 ¼ K0

e22;12= s011Þ2
���

(10.8)

Assuming that the randomness of material orientation can be ignored, relationships between matrices Eqs. 10.5 and 10.2

can be written in any arbitrary coordinate system as

�S0½ � ¼ F½ � �S½ �; K0
S½ � ¼ F½ � KS½ � F½ �t (10.9)

where

F½ � ¼
m4 2m2n2 n4 m2n2

m2n2 m4 þ n4 m2n2 �m2n2

�2m3n 2mnðm2 � n2Þ 2mn3 mnðm2 � n2Þ

2
4

3
5; m ¼ cos a

n ¼ sin a
; (10.10)

Equation 10.9 are final statements of linear regression analysis to quantify unknown statistical parameters �S½ � and KS½ �
through known (measured) statistical parameters �e0ij and K0

eij;kl . One may note that four unknown parameters of �S½ � are
functions of only three known average parameters of deformation Eq. 10.6. To overcome this discrepancy, at least, two

different angles of transformation should be considered. Similarly, ten unknown parameters of KS½ � are defined by only six
parameters of correlations Eqs. 10.7 and 10.8. It also indicates that, at least, two different orientations should be sufficient for

the entire characterization. Consideration of more than two orientations (a 6¼ 0; 90�) would only increase fidelity of

statistical estimations.
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10.4 Experimental Implementation

For the experimental demonstration of the developed solution, laminated carbon-fiber composite coupons with lay-up a½ �20
were considered. The coupons were prepared using IM7 12000 filament count tow uni-directional carbon tape from Hexcel

impregnated with Cycom 977–3 resin (ply thickness ¼ 0.00500; the volume fraction ¼ ~63%). The rectangular 25�200 mm

coupons were considered with material orientation a ¼ 0; 15; 30; 45; 60; 75; and 90� (Fig. 10.2a). Tensile tests were

conducted on a 90 kN servo-hydraulic MTS load frame (Fig. 10.2b). Hydraulic MTS grips were used. A displacement rate of

1.25 mm/min was applied in a tensile mode to the biased specimens. The displacement was increased at a constant rate until

a load of 2.25 kN was achieved. Linear-elastic behavior was observed for all considered orientations and load ranges.

During the test, full field DIC-based measurement was conducted to observe the center of the specimen gage section. The

DIC equipment was a GOMAramis 5 M (5 megapixel) stereo system (Fig. 10.2c). The DIC imaging frame rate was varied in

order to achieve roughly 100–200 images for each test, being estimated from the anticipated modulus change as a function of

bias angle. The imaged region was an area of ~100 mm length in the center of the approximately 150 mm long gage section.

For the purposes of the analysis, a coordinate transformation was imposed to align (a) the axial direction with the left edge of

the specimen; (b) the long transverse direction with the bottom of the imaged area, and (c) the short transverse direction

normal to the plane surface of the specimen. Representative measured displacements at a ¼ 45� are shown in Fig. 10.1c, d.

Representative DIC results for one specimen at a ¼ 45� demonstrate the deformation behavior in detail in Fig. 10.3 as

function of applied load. Expected non-symmetry of deformation is clearly observed with opportunity to quantify non-zero

Fig. 10.2 Representative coupons (a), coupon under testing (b); and DIC implementation (c)

Fig. 10.3 Distributions of DIC-measured displacements U0
1 as function of applied load: (a) 0; (b) 450; (c) 900; (d) 1,350; (e) 1,800; and

(f) 2,250 N (a ¼ 45�)
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shear strains. Variation of the deformation field as a dependence of material orientation is illustrated in Fig. 10.4. As

expected, deformation at a ¼ 0 and 90� is practically symmetric since compliance characteristics �S16¼�S26 ¼ 0 for such

angles. Minor deviation from the symmetry is observed for a¼ 60 and 75�. Significant shear is observed for angles between
15� and 45�. It is important to note that the iso-displacement contours do not match exactly the bias angle in considered

Fig. 10.4 Representative distributions of DIC-measured displacements U0
1 as function of material orientation: (a) 0; (b) 15; (c) 30; (d) 45; (e) 60;

(f) 75; and (g) 90� (tension of 2,250 N)

Fig. 10.5 Statistical distributions (pdf and cumulative probability) of strains for a representative test (a ¼ 45�)
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examples. This is due to the effect of the boundary conditions at the grip section restricting the shear deformation. To

mitigate this effect, much longer coupons should be considered. In other words, criteria to define coupon sizes for DIC

characterization could be, in general, different than similar definitions applied in more traditional characterization of

composite stiffness and strength.

Finally, representative statistical distributions of random strains are illustrated in Fig. 10.5. The distributions are

calculated for one coupon only (a ¼ 90�) but for relatively large statistical populations of measured strains (more than

12,000 points per each distribution). In the considered example, all DIC-based measurements of strains within one coupon

are taken into consideration. Other more advanced statistical approaches (e.g., sampling) can be applied as well to achieve

more efficient statistical treatment, especially, in case of many coupons and too big statistical populations. This example

shows that statistical parameters of deformation (�e0ij and K0
eij;kl) can be easily quantified. Let us note that, in general, there is

difference between statistical variation within one coupon and within a population of coupons. Therefore, for probabilistic

characterization of material properties (rather than an individual coupon), several samples of the same material orientation

should be considered in a corresponding test program with follow-up statistical treatment of all results together.

10.5 Conclusions

A relatively simple approach of full statistical characterization of random elastic properties of composite materials is

proposed. The approach is based on unique opportunities of the DIC technique, using only one test, to (a) quantify

deformation of multiple points; and (b) capture deformation in different directions. Corresponding convenient relationships

between statistical characteristics of random strains and random characteristics of anisotropic compliance matrix are given

as functions of material orientation. It is shown that only two considered material orientations could be sufficient for

characterization of all average values as well as all correlations of random elastic properties. Experimental illustration of the

approach, shown on example of representative uni-directional composite, indicates applicability and simplicity of

the proposed analysis. Although the approach is illustrated for uni-axial tension, similar implementation can be suggested

for more complex load cases, e.g., in-plane stress state. Also, a simplified variant of the approach can be equally applied

for deterministic characterization of anisotropic elastic properties, where only average values of measured strains are used to

generated average values of compliance characteristics.
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Chapter 11

Mechanics of Fiber-Reinforced Porous Polymer Composites

Sandip Haldar and Hugh A. Bruck

Abstract Fiber reinforcement has been found in natural porous structures, such as Palmetto Wood. These reinforcements

appear to improve the mechanical behavior of these porous structures to enhance strength and energy absorbing capability.

Similar use of fiber reinforcement has yet to be pursued in synthetic porous materials to form composites. Using multi-scale

DIC, we previously investigated the macroscale and microscale mechanisms responsible for the mechanical behavior of

Palmetto wood, which we used to formulate new mechanical models of the effects of fiber reinforcement on the evolution

of damage and plastic strain. We have now formulated synthetic fiber-reinforced porous materials with fiber reinforcement

to determine if these effects translate under quasi-static flexure using multi-scale DIC and the new mechanical models.

Keywords Fiber-reinforced sandwich composite • Flexural behavior • Damage • Digital Image Correlation (DIC)

11.1 Introduction

The multiscale mechanical characterization of Palmetto wood using Digital Image Correlation (DIC) previously revealed

the role of macrofiber reinforcement in porous cellulose matrix on load transfer and failure mechanisms under quasi-static

three-point bending [1, 2]. It was determined that the global bending deformations are transferred through localized bending

of the fibers, while failure occurs due to pore collapse preceding shear-dominated fiber-matrix debonding. A damage model

was subsequently developed to decouple the effect of the pore collapse and plastic deformation in the palmetto wood. The

evolution of damage as well as plastic deformation has been investigated in detail using the model developed for both quasi-

static and dynamic three-point bending [3]. Motivated by the unique mechanical behavior of Palmetto wood, foam-core

sandwich composite structures have been developed to achieve enhanced mechanical behavior through the introduction of

pultruded carbon fibers into the core similar to macrofibers in Palmetto wood. Therefore, in this paper the effect of the fiber-

reinforcement on the mechanical performance and damage evolution of the porous polymer composite has been studied by

comparing porous polymer cores with and without fiber-reinforcement in sandwich composite structures under quasi-static

three point bending.

11.2 Fabrication of Sandwich Composite Structures with Fiber-Reinforced

Porous Polymer Composite Cores

Sandwich composite structures were prepared from soft closed-cell foam as core and epoxy-carbon composites from The

Composite Store. Carbon rods of diameter of 0.02700 from The Composite Store have been used as reinforcement in the soft

foam. Epoxy resin 105 and slow hardener 206 from West System have been used as the adhesive in the interfaces between

facesheet – core and carbon rod reinforcement – foam core. Two types of adhesives were prepared, namely, pure-epoxy based

and nano-enhanced epoxy. West system epoxy resin 105 with 206 slow hardener has been mixed by 5:1 ratio by weight.
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Nano-enhancement was achieved by mixing 1 wt% PR-19 grade low density carbon nanofiber (LDCNF) that was obtained

from Applied Sciences. The pure epoxy adhesive was prepared by hand-mixing of the epoxy resin and hardener for 3–5 min,

with a subsequent degassing for 5 min at a vacuum chamber with 22 mmHg vacuum pressure. The nano-enhanced adhesive

was prepared by a hand-mixing of epoxy resin and LDCNF for 3–5 min followed by 90 min of sonication and a degassing of

3–5 min in the vacuum chamber with 22 mmHg vacuum pressure. These pure epoxy and nano-enhanced epoxy based

adhesives have been used as adhesives to glue the soft foams, and facesheets of carbon strips. The foam and facesheets were

manually attached by the adhesives detailed above. For another class of specimen, reinforcement of Carbon rods have been

used by penetrating the carbon roads in the soft foam core after dipping them in the adhesive to achieve better adhesion

with the foam. The glued and reinforced specimens were cured in a closed chamber at 80�C for 30 h under a dead weight.

The bio-inspired sandwich structures fabricated for this investigation are depicted in Fig. 11.1.

11.3 Effect of Macrofiber Reinforcement on the Damage Evolution in Palmetto Wood

The damage behavior of palmetto wood under quasi-static and dynamic loading is investigated through the flexural response

of the specimens. The Damage parameter is determined by D ¼ 1� E E0=ð Þ2. The following expression for the evolution of
damage with total flexural strain based on strain energy conservation was then fit to the experimental measurements [4],

D ¼ Dlim 1� exp �A e� edð Þð Þ½ � (11.1)

In this expression, Dlim represents the limiting amount of damage that can occur, ep is the strain at which damage initiates,

and A is an acceleration factor that describes the evolution of damage with strain. Results from fitting the curves to

the experimentally determined damage can be seen in Fig. 11.2. Using Eq. 11.1, it was possible to study the effect of the

macrofiber volume fraction and loading rate on the damage accumulation. The acceleration factor and limiting amount of

damage did not appear to be affected substantially by loading rate or macrofiber concentration. However, the strain at which

damage begins to accumulate did decrease by 15–30%.

In addition to the damage that accumulates with flexural strain, the mechanism of plasticity due to pore collapse must also

be accounted for. Therefore, the plastic flexural strain, ep was related to the total flexural strain through a form of the

conventional power law hardening relationship as follows,

ep ¼ e 1� exp �B e� ey
� �p� �� �

(11.2)

where ey is the yield strain and p and Bare related to the power law hardening exponent and coefficient, respectively. The

plastic strain could be determined experimentally by measuring the permanently deformed shape of the specimen.

The evolution of macroscopic plastic strain with respect to the total strain could then be determined by fitting Eq. 11.2 to

the data. The resulting fits can be seen in Fig. 11.3.

From the constants that were determined, it can be seen that the hardening exponent does not appear to vary with

macrofiber concentration and loading rate. Instead, the hardening coefficient appears to increase by approximately 50% as

the loading rate increases. The yield strain also substantially decreases by 40–50% as the loading rate increase, but does not

vary as substantially with macrofiber concentration. This would tend to be consistent with the previous comment on the time

required for the local strain energy level to reach a critical level that results in a strain rate dependency for the pore collapse

Fig. 11.1 (Left) Development of composite sandwich structure with reinforcement in the core and (right) multiscale experimental methodology
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mechanism responsible for plasticity. Equations 11.1 and 11.2 were combined to determine the constitutive response of the

Palmetto wood as follows,

s ¼ E0 1� Dð Þ2 e� ep
� �

(11.3)

The resulting fits to the experimental data can be seen in Fig. 11.4. It was previously determined that for quasi-static

loading these values increased with macrofiber concentration according to the rule-of-mixtures. As the loading rate

increases, these values increase substantially by approximately 300%, a higher increase than was observed with the Weibull

model fit. The sensitivity of these values to loading rate is similar to that observed in polymeric materials. Given the fibrous

nature of Palmetto wood, it is natural to assume that the dependency is related to the viscoelastic behavior of the material.

Thus, the moduli could be associated with the rubbery and glassy response of the Palmetto wood at low and high loading

rates, respectively.

11.4 Characterization of Sandwich Material with Reinforced Core

Sandwich composite structures have been developed using reinforcement of pultruded carbon rod in the porous polymeric foam

core to replicate the structure of Palmetto and investigate the strength and energy absorbing capabilities. The sandwich composite

specimens have been characterized under quasi-static three-point bend test. The quasi-static response of sandwich specimens

with varying reinforcement in the foam core has been depicted in Fig. 11.5. The increase of reinforcement in the foam core

Fig. 11.3 Evolution of plastic

flexural strain with global total

flexural strain in Palmetto

wood of 12 and 20 vol%

macrofiber under quasi-static

and dynamic load [3]

Fig. 11.2 Damage evolution

with total global flexural strain

in Palmetto wood of 12 and

20 vol% macrofiber [3]
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Fig. 11.5 Flexural response of the conventional sandwich and sandwich with bio-inspired core under quasi-static three point bend test
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Fig. 11.4 Model fit to the experimental flexural response of Palmetto wood under quasi-static and dynamic loadwith 12 and 20 vol%macrofiber [3]

Fig. 11.6 Macroscale strain fields in sandwich composite structure under quasi-static flexure associated with global bending deformations

transmitted through localized bending of the fibers
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increases its stiffness as well as energy absorbance. It was determined that a reinforcement 0.90 vol% could result the increase in

stiffness by around 100%. The strain fields obtained by the DIC analysis of the images captured at macroscale in Fig. 11.6 shows

the deformation similar to that of homogenousmaterial under flexure. However, the strain fields obtained fromDIC of the images

captured at higher magnification (~10�) in Fig. 11.7 reveals the inhomogeneous strain field in the sandwich. In Palmetto wood,

similar strain fields were observed at the same magnification levels and attributed to the load transfer of the global bending

Fig. 11.7 (a) Optical image

used for DIC, Local (b)

Compressive and (c) Shear

strain concentration around

the fiber-reinforcement

obtained by DIC.

Inhomogeneous strain fields in

sandwich composite structure

at higher magnification

obtained from DIC of the

images captured at higher

magnification associated with

failure due to pore collapse

and fiber-matrix debonding

mechanisms
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deformations through the localized bending of the fibers, and failure due to pore collapse and fiber-matrix debonding

mechanisms [2]. Therefore, it appears that fiber-reinforcement of the sandwich cores are exhibiting similar mechanisms.

The damage model developed to investigate the damage evolution in Palmetto wood has been employed to the flexural

response of the composite sandwich structures with reinforced core. The constitutive relation developed to relate the

damage and plastic strain is used fit the flexural response of the composite sandwich structure. The resulting fit and

experimental data is shown in Fig. 11.8. The evolution of damage with total global flexural strain is also depicted in

Fig. 11.8. It is seen that the reinforcement of pultruded carbon rod in the core of the sandwich structure enhances the

damage resistance by increasing the stiffness and stress at which damage and plastic deformation initiates, although it is

limited by a lower damage initiation strain (~15%) than is experienced without fiber reinforcement (~30%). The lower

damage initiation strain is closer to what was observed in the Palmetto wood (~4–5%), albeit it the concentration of fibers in

the synthetic core is approximately 10% than in Palmetto wood. So, it is anticipated that higher loading levels will further

decrease the damage initiation strain while increasing the stiffness and stress at which damage and plastic deformation

initiate.

11.5 Conclusions

The damage evolution in Palmetto wood and the effect of macrofiber reinforcement in porous cellulose matrix on the

damage behavior have been investigated. A model has been developed to decouple the effect of the damage due to fiber-

matrix debonding and plasticity due to pore collapse on flexural strain. The model was able to reveal both faster plastic strain

and damage evolution under dynamic loading in Palmetto wood, but the evolution was not substantially affected by

the concentration of macrofibers. However, the stiffness and subsequent strength are affected by both the loading rate and

the subsequent concentration of macrofibers.

Sandwich specimens have been developed based on using closed-cell soft-foam as a core material and carbon-epoxy

laminates as facesheets. Reinforcement of pultruded carbon rods has been used in the soft foam core similar to the

structure observed in Palmetto wood. Using the hierarchical structure of Palmetto wood as a template, nano-enhancement

was employed in the epoxy based adhesive used in the facesheet-foam and reinforcement-foam interfaces. The prelimi-

nary quasi-static and dynamic characterization of the sandwich materials shows that the pultruded carbon fibers with nano-

enhanced adhesives at the fiber-matrix interface increases the stiffness and energy absorption of the sandwich structure.

The damage modeling of the behavior of sandwich composite structures with reinforcement in the core showed that the

use of fiber reinforcement affects the evolution of damage in a manner that is similar to what has been observed in

Palmetto wood.
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Chapter 12

Mechanics of Multifunctional Skin Structures

Hugh A. Bruck, Kelsey Cellon, Satyandra K. Gupta, Mark Kujawski, Ariel Perez-Rosado,

Elisabeth Smela, and Miao Yu

Abstract Robotic structures are typically fabricated using discrete components that serve only a single function, such as

carbon fibers or polymer composites for structural reinforcement. The ability to integrate these discrete components into a

single structure provide enormous opportunities to enhance the performance of robots by reducing weight and increasing the

energy storage/harvesting. We have recently been pursuing the integration of sensors and solar cells into multifunctional

“skin” structures. One issue that limits the integration of these components is the effect that that the interaction between them

will have on the mechanical behavior, and its subsequent impact on multifunctional performance. To minimize these effects

and better understand the mechanics of multifunctional skin structures, we first pursued compliant strain sensors integrated

onto the compliant wings of a flapping wing MAV to sense deformations at the wing in real time. These measurements were

correlated to the thrust force of the wing. The effects of these compliant strain sensors were also determined by comparing

the new thrust measurements with the original wings and with 3D Digital Image Correlation (DIC) measurements. It was

determined by SRS analysis that strain sensors tended to be more sensitive to lower integral modes of the flapping frequency

than the thrust measurement data, while the DIC measurements correlated more directly with thrust measurements in the

time domain. Thus, it would appear that the strain sensor and DIC measurements are sensitive to different aspects of the

mechanics of the multifunctional skin structures that can be taken into account when using the strain sensors for real-time

sensing and control. In addition to compliant strain sensor integration, flexible Solar Cells (SCs) were also integrated onto

the compliant wings. Their ability to harvest energy during flight has the potential to prolong the time of flight for more

autonomous operation. The effects of the integrated SCs on the 3D shapes of the compliant wings were also characterized

during flapping. The solar cells had a significant effect on the wing shape, increasing the stiffness of the wings and reducing

the volume of air that the wings need to capture to generate thrust, particularly at the apex and nadir of the flapping cycle

where thrust is generated by blowback. Thus, a multifunctional analysis was developed to account for the tradeoff between

the extra power require to generate the necessary thrust for the MAV to stay airborne versus what is gained from integrating

the SCs in order to determine how to design the multifunctional skin structures to optimize performance.

12.1 Introduction

Over the past several years, there has been an increasing interest in Miniature Air Vehicles (MAVs). The development of

these vehicles have been for commercial, research, government, and military purposes. The size of these aircrafts is similar

to the size of large insects and small birds. Thus, engineers have turned to nature for better designs. Biological systems are

adaptive and stable, making them an ideal goal for engineers to achieve. Many biological systems are multifunctional and

serve more than one purpose. For example, birds use their wings to fly; however, besides simply creating lift, these wings are

self-sensing, self-healing, and have thermoregulation. If engineers can incorporate these multifunctional structures into their

designs, a simple structure can serve more than one purpose and improve the overall performance of the vehicle.

Many MAVs use flapping wings to create the lift necessary to achieve flight. These designers are trying to achieve the

same flapping motion as birds, bats, or insects. However, these creatures use their wings for more than simple flight. They

are able to sense the pressure created against their wings, and adjust their flight accordingly. By achieving the same
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sensing capabilities on the wings of an MAV, more information of the vehicle’s flight is known at the wing level. This

information allows for a better control system so that the vehicle can autonomously achieve the required lift force to

maintain height.

The best way to sense the deformation of the wing during flight is to measure the strain on the surface of the wing. A new

way to measure strain must be applied that minimizes the effects of the sensors on wing deformation during flight.

Conventional strain gauges add weight and affect the overall compliance of the wing. They also only measure strain at a

specific points on the wing. To get an overall measurement of strain, several strain gauges must be applied across the wing.

This adds even more weight and affects the overall performance of the wings.

To overcome these challenges, compliant latex sensors can be applied to the surface of wings. These sensors have been

previously developed and used for other platforms. The output from these sensors were measured at different frequencies

and correlated to the thrust force generated at those frequencies.

Other processes in nature also help to inspire new ways of integrating multifunctional elements into an existing structure.

Many researchers are looking at ways to integrate solar cells into their designs for energy harvesting. By integrating solar

cells into the wings of an MAV, the wings would also act as an energy source for the MAV. It would allow for an increased

flight time, while decreasing the payload contribution of a large power source, thus potentially allowing for either a size

reduction with the same performance capability, or an increase in overall payload capacity. The integration of solar cells is

also a stepping-stone on the path of completely removing the need for an external power source, such as a heavy battery,

which creates huge improvements in payload requirements. However, the effects of integrating these solar cells and strain

sensors on MAV performance must be characterized and modeled.

In this investigation, we integrate flexible SCs and strain sensors into the compliant wings of a flapping wing MAV. Their

effects on thrust generation are characterized, as are their effect on wing shape. Digital Image Correlation (DIC) was used to

observe the effects of the solar cells and compliant strain sensors on the overall wing shape during flapping.

12.2 Integration of Multifunctional Elements into Skin Structures

There is a general approach to integrating multifunctional elements to existing structures.

1. Integrate Multifunctional Elements into Structures: In this step the materials and processes to integrate the new elements

to the existing structure are determined and performed. The aim is that these materials and processes have a minimal

effect on the wing’s performance.

2. Characterize Impact of the Multifunctional Elements: The effects of the multifunctional elements are actually measured

and compared to the original measurements of wings lift, thrust, and wing shape. Three different measurements must be

taken to have a complete description performance.

3. Develop Multifunctional Models: From the observed physical characteristic of the elements tested, new models must be

developed. These models must quantify the benefits of integrating the elements into the existing structure.

For this case, the sensing elements being integrated into the wings are compliant strain sensors. These strain sensors were

developed by mixing electrically conductive exfoliated graphite (EG) into a latex polymer host. The conductivity of the

overall material is controlled by the amount of EG in the host [1]. These elastomeric strain gages are painted (airbrushed)

onto the surface of interest. They can be readily applied on different parts of the surface, allowing the strain at different parts

of the wing to be measured. These strain sensors have a high gauge factor, making them ideal for this application since they

will have high sensitivity. These elastomeric strains sensors also have a low stiffness making them compliant (stretchable)

and thus compatible with compliant skin structures. ES removed Fig. 12.1.

By using these elastomeric sensors, we can measure the strains on a flapping wing without compromising the wing’s

compliant movement. In Fig. 12.1, the location of these strain sensors on the wing is shown. A grid was patterned where the

largest deformation was seen visually. The output from these sensors was then correlated to the thrust force produced by the

flapping motion.

Because no data had previously been accumulated to guide solar cell placement to minimally affect the compliance

of the wings, the solar cells were selected based on the location of the spars and the shapes of the different cells. The

goal was to minimize the increase in stiffness of the Mylar-based film, so that the wing could still form the ideal bowl-

like shape, to capture as much volume and direct the flow of air out of the wing in a direction to maintain good lift and

thrust. For that reason, the solar cells were placed near the spars in areas that seemed to minimize an increase in

stiffness (Fig. 12.2).
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12.3 Measuring Thrust Force

To measure the thrust forces generated by the flapping wings we used a test stand that we previously developed to

characterize the lift and thrust forces associated with the shapes the wing takes during flight [2]. The main component of

the test stand is a RABIS rigid linear air bearing form Nelson Air. The air bearing has a steel slider in it and is restricts the

motion to one degree of freedom. At the end of the slider was an LCFD-1KG miniature load cell which converted the loads

generated by the wing flapping into a voltage signal for processing. The voltage response from the load cell was collected by

a National Instruments (NI) PXI-6040E cardbus data acquisition system using the NI Measurement & Automation Explorer

software to record voltage as a function of time (Fig. 12.3).

12.4 Measuring 3D Wing Deformations Using DIC

To completely determine the effects the compliant strain sensors and solar cells have on the wings, the deformations of

the wings must be measured. Using these deformations, the strains measured on the wing via the compliant strain

sensors can be validated. 3D Digital Image Correlation (DIC) was used to measure the deformations of the wings.

Fig. 12.2 Location of solar cells of varying size on compliant wing

Fig. 12.1 Compliant strain sensors on a compliant wing for real-time strain sensing with carbon fiber spar locations designated in yellow and the

strain sensing grid located in red
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Digital Image Correlation is an optical method to measure deformation on an object surface under real loading conditions.

The method tracks the gray value pattern in small neighborhoods during deformation. Thus, the wings were painted with a

speckle pattern on the top side for cameras to register these neighborhoods (Fig. 12.4).

Fig. 12.3 Flapping wing

MAV designed at UMD on a

customized test stand for

measuring thrust generated by

the multifunctional compliant

wings

Fig. 12.4 Painted compliant

wing used for DIC
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The same test stand form the lift and thrust measurements was used to observe the wing deformations. In order to get a

complete measurement of deformation only one wing was attached to the MAV. Using two cameras the wing was observed

while the MAVwas flapping at a constant frequency. The cameras were snapping pictures at 30 frames per second. Using the

VIC 3D software from Correlated Solutions, the pictures were analyzed. First, the deformation of the wing was observed in

the out of plane direction. Then the strains throughout the wing were observed. The deformation and strain measurements

were also plotted as a function of time.

12.5 Correlations Between Strain Measurements and Test Stand Measurements

Since all of the measurements were plotted as functions of time, they could all be compared directly. In all of the data, the

frequency of the flapping bird was very clear. The strains showed a large peak, whereas the force measurements showed a

large valley. Thus, it appears that there is some degree of correlation between the two signals (Fig. 12.5).

To obtain a better comparison of the signals, the Shock Response Spectra (SRS) were also obtained to determine the

frequency response due to the transient loading event with no damping. Figure 12.6 shows a comparison of the SRS for a

compliant strain sensor and the load cell at a 3 Hz flapping frequency. From this comparison, it can be seen that the strain

sensors (green) appear to be more sensitive to the lower frequencies associated with the integral modes of the flapping

frequency. However, the load cell tends to have a stronger response at higher frequency integral modes. This may be due to

the strain sensors giving a local response at a given point on the wing, where the load cell is measuring a global response of

the wing. Thus, it may be that the transient characteristics of the strain sensors are such that they will filter out higher

frequency components that contribute to generate thrust, which must be accounted for when correlating the strain sensor to

thrust generation for autonomous flapping control.

In addition to the strain sensors, we have also been able to directly compare the measurements obtained using 3D DIC on

the wing at the same location as the compliant strain sensor. These results can be seen in Fig. 12.7 for the normal strain

transverse to the spar. These measurements indicate that the generated thrusts correlate directly with changes in the

transverse strain, more so than the compliant strain sensor. Furthermore, these strain levels are within the elastic range of

the wing material as well as the sensing range of the compliant strain sensor. Thus, it would appear that both the compliant

strain sensors and 3D DIC are both capable of characterizing different characteristics of mechanics of the compliant wing

associated with its thrust performance.

12.6 Characterization of 3D Wing Shapes with Integrated Solar Cells

It was also possible to characterize changes in the 3Dwing shape due to the integration of solar cells. Figure 12.8 compares the

deformation before and after solar cells were integrated onto the surface of the wing. It can be seen that it was possible to

ascertain the volume changes in the upflap and downflap portions of the flapping cycle at discrete positions during the flapping
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cycle [3]. From Fig. 12.8 it is evident that the wing shape is somewhat flatter than the original shape when solar cells are

integrated onto the compliant wing. Thus, adding the solar cells stiffened the wing. This translates into a slight decrease in the

volume the wing encompasses during the flapping cycle. In particular, it appears to reduce the volume at the apex and nadir of

the flapping cycle, which are the most critical positions for generating lift due to a phenomenon known as “blowback”.

To understand the impact on multifunctional performance of integrating solar cells into flexible MAV wings, we also

developed a “time-of-flight (tf)” trade-off analysis relating the energy stored in the battery (Ubat) with the power consumed

by the flapping of the MAV and the power harvested by the solar cells (PSC). Ubat is a function of the capacitance (C) and
voltage (V) of each battery, and PSC is a function of efficiency (�), solar flux (Ss), and area (Asc). We have determined the

following general equation to predict the effects of integrating solar cells and batteries on tf [3].

tf ¼ Ubat

kPstructure � PSC
¼ nbatteryCV

2

UstructureðEIbat;EISC;Abat;ASC; nbat; nsc;DÞ f � nSC�SsAsc
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In this generalized analysis, power consumption by the structure (Pstructure) is related to the operational frequency (f) and
the operational energy of the structure (Ustructure), which generally increase with battery and SC flexural stiffness (EIbat and
EISC) and the number of batteries and solar cells (�bat, and �SC), while decreasing with fatigue damage (D) and the area of the
individual batteries and SCs (Abat and ASC). The constant k is a “multifunctional performance index” describing the relative

effects of integrating SCs and batteries on power consumption.

We used this analysis to compare tf for MAV wings with and without SCs by determining the flapping frequency

necessary to achieve the same thrust force with and without SCs (Fig. 12.9). Two different wing compliances, A and B, were

examined. Results showed that B could fly twice as long when it did not have SCs, but that A and B performed similarly

when the SCs were integrated. By using variations of wing area and power with mass for our MAV platform, it was possible

to determine the value of k for which infinite tf could be achieved, depending on SC efficiency (Fig. 12.9).

12.7 Conclusions

An increasing interest in MAVs has driven researchers to find ways to improve the design of these vehicles without

compromising performance. Bu introducing multifunctional structures into the MAV design, we can improve the design.

Integrating compliant strain sensors to compliant wings of flapping MAVs allow the vehicle to sense how much the wing is

deforming to enhance performance through autonomous flapping control. The strain measurements made using the

compliant strain sensor have been correlated to the thrust force produced by the wing while flapping, and a SRS analysis

indicated that the strain sensor was more sensitive to lower integral modes of the flapping frequency than the thrust

measurements. Strain measurements made using 3D DIC of the strain transverse to the spars at the same location as the

compliant strain sensor correlated much more directly with the thrust. Thus, it should be possible to modify the output of the

strain sensor to sense forces produced by the compliant wings when using this element to sense in real time, permitting more

autonomous flight control for the MAV in the future.
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The concept of multifunctional wing was further developed by integrating flexible SCs onto the wings. The SCs can

harvest energy while the MAV is in fight, thus prolonging the flight duration and enhancing autonomy. The effects of these

SCs on the compliant wing were seen through the change in the 3D wing shape. The volume the wing encompasses during

flapping was measured with and without SCs. There was a slight difference between the two, especially at the apex and nadir

of the flapping cycle where thrust is generated through blowback, which results in a change in thrust performance whose

affect on the time-of-flight was accounted for through a new multifunctional analysis. Through the characterization data and

multifunctional analysis, it is possible to determine how to minimize the effect of SCs on flapping performance, and by also

increasing the efficiency of solar cells it may one day lead to MAVs completely powered by the sun.
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Chapter 13

Non-local Damage-Enhanced MFH for Multiscale Simulations

of Composites

Ling Wu, Ludovic Noels, Laurent Adam, and Issam Doghri

Abstract In this work, a gradient-enhanced mean-field homogenization (MFH) procedure is proposed for fiber reinforced

materials. In this approach, the fibers are assumed to remain linear elastic while the matrix material obeys an elasto-plastic

behavior enhanced by a damage model. As classical finite element simulations face the problems of losing uniqueness and

strain localization when strain softening of materials is involved, we develop the mean-field homogenization in a non-local

way. Toward this end we use the so-called non-local implicit approach, reformulated in an anisotropic way to describe the

damage in the matrix. As a result we have a multi-scale model that can be used to study the damage process at the meso-

scale, and in particular the damaging of plies in a composite stack, in an efficient computational way. As a demonstration a

stack with a hole is studied and it is shown that the model predicts the damaging process in bands oriented with the fibers

directions.

Keywords Mean-field homogenization • Non-local • Composites • Damage • Anisotropy

13.1 Introduction

As direct numerical simulations of composite structures explicitly accounting for the individual phases are too complex to

handle and as the computation expenses are unaffordable, homogenized properties are usually sought to perform structural

analyzes. Homogenization techniques are known to be efficient tools to derive those homogenized material properties

analytically and/or numerically, see [1, 2] for exhaustive overviews.

Among those different methods, the mean-field homogenization (MFH) approach [3] provides predictions for the

macroscopic behavior of heterogeneous materials and is thus of particular interest for the modeling of particle or fiber

reinforced composites. MFH methods were first developed for linear elastic structures by extending the Eshelby single

inclusion solution [4] to multiple inclusions interacting in an average way in the composite phase, as the Mori-Tanaka
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scheme [5, 6] and the self-consistent scheme [7, 8]. When extending MFH methods to the non-linear regime, the so-called

incremental formulation rewrites the constitutive equations in a pseudo-linear form relating the stress and strain rates [9–12],

allowing the use of the linear techniques.

Although homogenization schemes have achieved a high level of accuracy to capture the non-linear behavior of

composites, accounting for material degradation remains highly challenging [2]. Besides the complexity of formulating

the multiscale method, the governing partial differential equations lose ellipticity and finite element (FE) solution unique-

ness at strain-softening onset. Recently, the authors have proposed an incremental non-local MFH accounting for damage

happening in the matrix-material at the micro-scale [13]. In order to avoid the strain/damage localization caused by matrix

material softening, a gradient-enhanced formulation [14] is adopted during the homogenization process. In this formulation,

the non-local accumulated plastic strain of the matrix is defined and depends on the local accumulated plastic strain and on

its derivatives through the resolution of a new boundary value problem [14, 15]. This formulation avoids the need to develop

higher-order elements, although the elements have now one additional degree of freedom per node. As a result this new

formulation allows simulating the ply-level response under quasi-static loading conditions resulting from the coupled

plasticity-damage model considered at the micro-scale.

This paper extends the non-local formulation of MFH with damage [13] to the analysis of composite laminates, which are

meshed by considering in each ply finite elements whose constitutive behaviors are predicted by the MFH. The elements in

each ply are integrated using a material constitutive behavior depending on the orientation of the ply fibers. This extension

requires reformulating the non-local approach in an anisotropic way in order to introduce different characteristic sizes in the

directions parallel and perpendicular to the fibers. Also, as the non-local formulation implies new nodal degrees of freedom

and the resolution of new equations, the finite element approach presented introduces discontinuities in the non-local

accumulated plastic strain field at plies interfaces to satisfy the new boundary conditions at material interfaces which are

associated to the non-local variables. To illustrate the efficiency of this framework, a laminate with a hole is studied, and it is

shown that the model predicts the damaging process in bands oriented with the fibers directions in the different plies.

13.2 Anisotropic Non-local Gradient Model

A non-local formulation results from replacing an internal variable, as the accumulated plastic strain p, by a weighted

average on a characteristic volume VC:

~pðXÞ ¼ 1

VC

ð
VC

pðyÞfðy;XÞdV (13.1)

where f(y; X) are normalized weight functions. An elegant way to avoid the explicit integral evaluation during a finite

element implementation is to reformulate this equation in an implicit way [14]

~pðXÞ � cr � r~pðXÞ ¼ pðXÞ (13.2)

where c comes from the integration of Eq. 13.1, and has the unit of the squared length. This new Helmholtz-type equation is

completed by an appropriate boundary condition

r~p � n ¼ 0 (13.3)

on the whole body surface, where n is the outward unit normal. This model allows defining a non-local form of the

accumulated plastic strain, which can be used to evaluate a damage evolution law without inducing the loss of solution

uniqueness at strain softening onset, see next section.

However, the set of Eqs. 13.2 and 13.3 is characterized by a unique length scale of the material in all the directions. As we

intend to combine this model with a MFH framework for which characteristic dimensions are advantageously linked to the

fibers orientation, this non-local implicit model is reformulated in an anisotropic framework following our developments in

[16]. Thus the governing equation reads

~p�r � cg � r~p
� � ¼ p (13.4)

with the new boundary condition

cg � r~p
� � � n ¼ 0 (13.5)
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In these last two equations, the symmetric second order tensor cg represents the distribution of characteristic length sizes
in the global axes where the finite element problem is formulated. If in the axes linked to the composite ply, for example with

one axis along the fibers direction, the characteristic lengths are l1 along the fibers, l2 and l3 in the two directions

perpendicular to the fibers, and if R is the rotation matrix representing the change of orthonormal coordinates from global

to local, then this tensor reads

cg ¼ RT � diag l1
� �2

; l2
� �2

; l3
� �2� �

� R (13.6)

The boundary condition Eq. 13.5 states that the non-local accumulated plastic strain gradient should be aligned with the

fiber directions.

13.3 MFH with Gradient-Enhanced Damage Model

This section summarizes the extension of the non-local formulation of MFH with damage [13] to the finite-element analyzes

of laminated composite.

13.3.1 Incremental MFH

In the multiscale framework developed, at each macro-point X of the structure, the macro-strain tensor �e is known, and the

macro-stress tensor �s is sought from the resolution of a micro-scale boundary value problem (BVP) as illustrated on

Fig. 13.1.

The Hill-Mandell condition, expressing the equality between energies at both scales, transforms the relation between

macro-strains and stresses into the relation between average strains and stresses over the RVE. For a two-phase isothermal

composite with the volume fractions v0 + vI ¼ 1 (subscript 0 refers to the matrix and I to the inclusions), the average

quantities are expressed in terms of the phase averages as

�e ¼ v0 eh i0 þ vI eh iI (13.7)

�s ¼ v0 sh i0 þ vI sh iI (13.8)

In the non-linear range no direct relation between the macro-strain tensor �e and the macro-stress tensor �s can be derived,

and a linear comparison composite (LCC) is introduced by linearizing the behaviors of the two phases around the current

strain state. Thus, for a given time step [tn, tn+1], relations Eqs. 13.7 and 13.8 are rewritten in an incremental form

D�e ¼ v0 Deh i0 þ vI Deh iI (13.9)

D�s ¼ v0 Dsh i0 þ vI Dsh iI (13.10)

The Mori-Tanaka (M-T) assumption allows relating the strain increments in the different phases from
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Fig. 13.1 Multiscale method
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Deh iI ¼ Be I; �C alg
0 ; �C alg

I

� �
: Deh i0 (13.11)

with the average values of the consistent algorithmic tangent modulii of the inclusions �C alg
I and of the matrix phase �C alg

0 , and

with Be I; �C alg
0 ; �C alg

I

� �
the strain concentration tensor computed using the Eshelby tensor [4]. Thus, the system of Eqs. 13.9,

13.10 and 13.11 simplifies into

D�s ¼ vI �C
alg
I : Be þ v0 �C

alg
0

h i
: vIB

e þ v0I½ ��1

|fflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflffl{zfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflfflffl}
�C

D�e (13.12)

Finally, if the resolution scheme involves Newton–Raphson iterations, the Jacobian form of Eq. 13.12 is developed under

the form

d�s ¼ �C alg : d�e (13.13)

13.3.2 MFH with Gradient-Enhanced Damage

In this section, the < > symbols are omitted for clarity, but the values are used in the mean sense. The damage model of

Lemaı̂tre-Chaboche [17] is considered for the matrix phase. This defines an effective stress

ŝ0 ¼ s0
ð1� DÞ (13.14)

where D is a representation of the damage in the matrix. The damage evolution reformulated in the non-local way obeys

the law

_D ¼
0 if ~p � pC
eel0 : Cel

0 : eel0

2S0

 !s

_~p if ~p> pC

8><
>: (13.15)

where s, S0 and pC are model parameters. The damage evolution depends on the non-local accumulated plastic strain in the

matrix, which is governed by relations Eqs. 13.4 and 13.5.

From relations Eqs. 13.14 and 13.15, it appears that the linearization ofs0 depends on e0 and on ~p. Thus, the linearization
of Eq. 13.10 reads

d�s ¼ vI �C
alg
I : de1 þ v0 1� Dð Þ �C alg

0|fflfflfflfflfflfflfflffl{zfflfflfflfflfflfflfflffl}
�CalgD

0

: de0 � v0 s
_

0 � @D

@e0

� �
: de0 � v0s

_

0

@D

@~p
: d~p (13.16)

The first two terms at the right hand side of this linearization represent the stress variation of a composite with a fictitious

matrix material of constant non-local damage. In this work we assume that the incremental Mori-Tanaka process can be

applied on these first two terms. The last two terms are related to the softening of the matrix due to the damage in the matrix,

and are not considered in the Mori-Tanaka process. Indeed M-T is only defined when the two tangent moduli are definite

positive, which would not be the case in the softening part, see [13].

Thus, the MFH process with gradient enhanced damage during a time step [tn, tn+1] is defined as follows. Knowing the

internal variables, macro-strain tensor �en, macro-stress tensor �sn and non-local accumulated plastic strain ~pn at time tn, for
given increments in the macro-strain tensor D�enþ1, and in the non-local accumulated plastic strainD~pnþ1, the system to be

solved reads

D�enþ1 ¼ v0De0nþ1 þ vIDeInþ1 (13.17)

�snþ1 ¼ v0s0nþ1 þ vIsInþ1 (13.18)
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DeInþ1 ¼ Be I; �C algD
0 ; �C alg

I

� �
: De0nþ1 (13.19)

The resolution of this system is detailed in [13].

13.4 Finite Element Implementation

The strong form of the problem is stated by the governing equations in the body O

r � sT þ rf ¼ 0 (13.20)

~p�r � cg � r~p
� � ¼ p (13.21)

with the boundary conditions

U ¼ �U on GD (13.22)

s � n ¼ �T on GT (13.23)

cg � r~p
� � � n ¼ 0 on Gi (13.24)

In these last equations GD is the Dirichlet part of the whole body boundary and GT its Neumann part. However, the

boundary condition Eq. 13.24 should be enforced on the body surface G, but can also be enforced on each interface between
different material behaviors , see [13] for a discussion on this boundary conditions between different materials. In the case of

a laminated structure, the different domains with different material behaviors correspond to the different plies with different

fibers orientations see Fig. 13.2.

The finite element weak formulation of the problem is detailed in [16] and results to a system with four degrees of

freedom per node: three displacements and one non-local accumulated plastic strain. However, condition Eq. 13.24 has to be

satisfied on each interface between different material behaviors. This is accomplished by considering the field corresponding

to ~p discontinuous at domain interfaces. This is achieved simply by defining for each node belonging to the interface, besides

the three displacement degrees of freedom, 2 degrees of freedom corresponding to ~p, one for the domain 1, one for the

domain 2 (n in case of an interface between n domains).

13.5 Numerical Applications

In this section we consider composite structures made of continuous carbon fibers reinforced epoxy. The material is made of

prepreg Hexply M10.1/38 %/UD300/HS (R), which results in a fiber volume fraction of 52.5%. Each ply has a thickness

of 0.3 mm. The properties of the epoxy matrix are reported in Table 13.1, with a hardening law following an exponential law

RðpÞ ¼ h0 1� e�mpð Þ (13.25)

ΓΓ
=

M

i
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5ΩFig. 13.2 Description

of a laminate
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and a damage law following Eq. 13.15. The carbon fibers are linear elastic and transversely isotropic with the mechanical

properties given in Table 13.1. A laminate plate with the stacking sequence (�45)2/(45)4/(�45)2 has a hole in its center, see

Fig. 13.3.

Numerical results of a tensile test on the laminate with a hole are presented in Fig. 13.4. Although the plate is not

symmetric due to the fibers orientations, the balanced distribution of the plies induces a quasi-symmetric stress/strain

distribution at the macro-scale and only one half of the plate is represented. The deformation distribution at maximal force,

Table 13.1 Properties of the composite constituents

Expoxy Carbon fibers

E0 [GPa] 2.89 EL [GPa] 230

v [�] 0.3 ET [GPa] 40

sY [MPa] 35 vTT [�] 0.2

h0 [MPa] 73 vLT [GPa] 0.256

m [�] 60 GTT [GPa] 16.7

S0 [MPa] 2 GLT [GPa] 24

s [�] 0.5

pC [�] 0

48 mm 

12 mm 
36 mm

x

y

Fig. 13.3 Geometry of the laminate

Fig. 13.4 Numerical results for the tension of a laminate with hole (a) Displacement vs. force curve, (b) Strain distribution in -45˚ ply, (c)Damage

distribution in -45˚ ply, (d) Damage distribution in 45˚ ply
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in Fig. 13.4a, is presented in Fig. 13.4b. Strain concentration occurs in bands parallel to the fiber orientations. Similarly, the

damage distributions in the �45�, Fig. 13.4c, and in the +45�, Fig. 13.4d, plies exhibit bands, which initiate at the hole, and
which propagate with the fibers orientations, respectively �45� and 45�. Due to the balanced stacking sequence, there is a

second band in each ply, of lower intensity, which is parallel to fiber orientation of the other plies, respectively along 45� and
�45�. It also appears that the location of the band initiation at the hole differs in the �45�, Fig. 13.4c and in the +45�,
Fig. 13.4d, plies.

13.6 Conclusions

In order to analyze failure of laminated composite structures, a gradient-enhanced mean-field homogenization (MFH)

procedure has been developed. In this approach, the fibers are assumed to remain linear elastic while the matrix material

obeys an elasto-plastic behavior enhanced by a damage model. The loss of solution uniqueness at onset of strain softening

has been avoided by using a non-local implicit approach, reformulated in an anisotropic way, to describe the damage in the

matrix. As a result we have a multi-scale model that can model the damage evolution in each ply of a composite stack. As a

demonstration a stack with a hole is studied, and it is shown that the model predicts the damaging process in bands oriented

with the fibers directions.
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Chapter 14

Composite Damage Detection with Self-Sensing Fibers

and Thermal Sprayed Electrodes

Toshio Nakamura and Masaru Ogawa

Abstract Production of novel damage sensor system for carbon fiber-reinforced composite structures is presented.

It utilizes carbon fibers as self-sensing sensors. Two key components are the fabrications of electrodes required to measure

electrical resistivity changes due to damage, and the development of robust data interpretation scheme to diagnose the

damage stage. The former takes the advantage of new technology based on the thermal spray process in which molten copper

are directly deposited onto composite laminate surfaces to fabricate network of electrodes. The latter task relies on

the simulation study and the optimization/inverse analysis to estimate damage state through processing of measured data.

The initial experimental measurements on composite laminates with artificially made damage indicate increased resistivity

among thermal sprayed electrodes.

Keywords Carbon fiber reinforced polymer (CFRP) • Structural health monitoring • Self-sensing fibers

14.1 Introduction

Carbon fiber reinforced polymer (CFRP) is being increasingly used as primary components of aerospace structures.

However, there is yet to be an effective tool to monitor structural integrity and assess possible damage. In the past, to

detect material defects during in-service inspection, non-destructive evaluation (NDE) techniques such as ultrasonic

inspection, vibration response, infrared thermal images and eddy current test have been commonly used. However, these

conventional monitoring methods are relatively expensive and time-consuming and also less effective to perform in-situ

monitoring. Therefore, a novel structural health monitoring approach that can overcome these difficulties and maintain

structural reliability of composites is needed.

Utilizing the electrical conductivity of carbon fibers in CFRP laminates, an alternate concept in health monitoring of

composite was emerged [1, 2]. The idea is to conduct electricity through fibers and measure potential or resistivity changes

between multiple points (i.e., electrodes). Since damage or straining of composite can impede current pathways through

some fibers, it results in the increased resistance of a circuit made of carbon fiber network (distributed throughout the

structure). Hence, this monitoring concept relies on the fibers themselves to act as the sensing elements which should

minimize any structural attrition due to sensor incorporations. An advantage of this method is that any fiber loss/breakage,

which lowers structural integrity, is closely tied to the resistance changes of fibers. In other words, the damage is directly

captured as an increased electrical resistance in the fiber network. In addition, since a resistance is taken over two locations, a

damage located away from electrodes is still detectable as long as the electrical passage between the electrodes is affected.

Recently, methods based on self-sensing fibers have been refined by several investigators. For examples, Todoroki and his

co-workers have studied both the electrical potential change method (EPCM) and the electrical resistance change method

(ERCM) to search for potential embedded flaws in composites [3, 4]. Their efforts concentrated on identification of

interlaminar flaw shape and size in multi-ply CFRP laminates. Other similar studies utilized the circumferential lead

wires with silver paste to probe damage in the unidirectional CFRP [5].
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Although some successful results were reported in these works, major obstacles remain in adopting the conductive carbon

fibers to identify damage outside the laboratory environment. First, the fabrication of high-quality electrical input/output

terminals (i.e., electrodes) onto CFRP laminates is laborious if not practical in large number. For each electrode, matrix

phase encapsulating carbon fibers must be removed to ensure good contacts. Second, many studies considered only 2D

models where the electrical flow is essentially along one direction in laminates (except near the damage). In actual

applications, dominant electrical flow is over a plane (in shell-like structures) which requires 3D models. The purpose in

this study is to develop an in-situ detection device using ERCM and to offer robust identification of damage. In order to

process measured resistance changes, an efficient procedure based on inverse analysis is proposed. To measure electrical

resistances along fibers, many electrodes must be attached to composite laminates. Currently available methods require

laborious steps [6]. In order to develop more effective technique, we are utilizing thermal spray (TS) techniques to deposit

electrodes directly onto laminates. In a thermal spray process, copper powder is fed through a spray gun which instantly

melts the powder at high temperature and sprays them directly onto the composite surface. The molten copper particles

rapidly solidify and form bonding with the substrate. In this paper, a proposed procedure to detect damage in CFRP laminate

is presented and a simulation study is carried out to verify the method. Then a preliminary work on actual laminates with

thermal sprayed electrodes is described to illustrate the capability of self-sensing fibers.

14.2 Damage Identification Process

The proposed sensor systemmeasures resistances among electrodes attached to composite structures and estimate its size and

location within each grid formed by 4 (or 9) electrodes. These electrodes serve as input/output of electrical current, and also

identify the approximate location of local damage. The process is repeated grid by grid throughout the electrode network. The

damage is evaluated according to the following steps. First, the relationship between damage state and electrical resistance

changes is established as the reference solution. Second, changes in electrical resistances due to damage are measured. Third,

the measurements are processed by an inverse analysis to obtain estimated damage parameters. In the present study, the

downhill simplex method, which is a multi-dimensional minimization algorithm, is used to find the best estimates.

14.2.1 Model

In order to establish the reference or so-called forward solutions relating the resistance changes to various damage states, 3D

finite element model is constructed. Here, an eight-ply [0/90]2s composite laminate with 4 electrodes as shown in Fig. 14.1 is

considered. Each ply has 2 element layers with the total element layer along the thickness (z0-axis) to be 16. The in-plane or
the x0-y0 plane is divided into 100 by 100 elements. Thus the total of 160,000 8-noded electrical linear brick elements is used

to construct the model. The electrical properties of CFRP are highly anisotropic and they also depend on the fiber volume

fractions. In the analysis, the electrical conductivities along three directions of composite ply are chosen as s0 ¼ 5,500 S/m,

s90 ¼ 204 S/m and sT ¼ 20.7 S/m along fiber, transverse and thickness directions, respectively [7]. These values corre-

spond to a composite laminate with 62% fiber volume fraction (that of tested laminate in Section 4). Note that other values

used in the simulations and they showed very small differences in the estimated accuracy. The electrical conductivity of

copper electrode is sCu ¼ 58.8 � 106 S/m. The thickness of the model is set t ¼ 1.6 mm. Though the results are not

presented here, other thicknesses ranging from t ¼ 0.8 mm to 2.0 mm are also investigated. The distance between the two

neighboring electrodes is denoted as a and set as a ¼ 0.8 l where l is the side length of panel. The spacing a is varied to

investigate the effects of electrode density. A surface damage is located on the opposite side of laminate and assumed to be in

square shape. The damage size is expressed via the side length d and the depth d. The coordinates of damage center are

denoted by x and y, respectively. A total of four parameters, d, d, x and y, represents the size and location of damage. The

simple damage configuration is considered here but it may be also used as a representative model of more complex damage

in actual composites. As shown in Fig. 14.1, there are altogether six electrode pairs where resistances can be measured; AB,
AC, AD, BC, BD and CD. In actual CFRP laminate, there also exist contact resistance between an electrode and carbon

fibers, which is not modeled in the numerical analysis. The contact resistances do not play a direct role in identifying the

damage since they are subtracted when resistance changes are measured. However, they may influence the accuracy of

damage estimates.
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14.2.2 Estimation of Damage Size and Location

An existence of damage influences the electrical behavior of the laminate, and this relation is utilized to assess the damage

state. As described in the previous section, the finite element model is used to establish such relations for data processing. In

an iterative type of post process, generating the relations at every updating step is impractical since the total number of

calculations can be very large. In order to alleviate the time-consuming process, a reference or forward solution set is

established a priori. Furthermore, to reduce the total number of computations (for various combinations of 4 damage

variables), a scheme to utilize cubic Lagrangian interpolation functions is adopted. In order to extract the most probable

damage parameters, the difference between the measured electrical resistances and the estimated ones is minimized. In this

study, the error object function for n electrical potential measurements is defined as,

’ðx; y; d; dÞ ¼ 1

n

Xn
a¼1

Raðxest; yest; dest; destÞ � Rmeas
a

Rref
a

� �2

(14.1)

Here, xest and yest are the estimated damage locations, d est and dest are the estimated damage size and depth, respectively.

Estimated resistance values Ra(x
est, yest, dest, dest) are calculated from the interpolation. The measured resistance in the

damage model is denoted as Ra
meas, and Ra

ref is taken as the reference resistance damage. The total number of electrode pair

is given as n. Through the minimization of the error objective function, suitable damage parameters are estimated. The

minimum of error objective function is obtained by the ‘downhill simplex method’. This method is a popular method in the

multi-dimensional optimization process, especially when derivatives of objective function are either discontinuous or

difficult to obtain [8, 9]. It is essentially a search process based on the concept of a simplex, which is a polytope of N + 1

vertices in N dimensions. Since there are four unknown parameters in the present work, N is 4 with a polytope of 5.

14.3 Computational Verification

To verify the proposed approach, various numerical simulations are carried out with different damaged models. Initially, to

reduce the number of computations, the depth is set constant at d ¼ 0.4 mm, and three unknown damage parameters x, y and
d are sought. The damage spacing of a ¼ 64 mm is chosen here. After the reference solutions are established, simulated

resistance measurements are obtained by arbitrary choosing the values for x, y and d. For an example, in the first case, the

damage state described by x ¼ 0mm, y ¼ 0mm (center of 4 electrodes) and d ¼ 14.0 mm is imposed on the finite element model.

Fig. 14.1 Square composite model with 4 electrodes on the front surface containing damage on the back surface. The coordinate and the damage

parameters are noted
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With these conditions, the six electrical resistance measurements among 4 electrodes are computed. Using these values as inputs,

the downhill simplex method is carried out to estimate the damage parameters (Table 14.1).

It is expected that for a given size of damage, its detection becomes more difficult as the spacing of electrodes increases or

the total number of electrode reduces for a given size of panel. Here the effects of electrode density are evaluated by considering

various distances between electrodes while the other damage parameters are kept similar. In this analysis, the model thickness,

the damage size and depth are chosen as t ¼ 1.6 mm, d ’ 10 mm and d ¼ 0.4 mm, respectively, while various values of a are
assigned. In addition, the relative positions of damage are set the same with respect to the electrode positions (x ¼ 0.2625a,
y ¼ �0.0625a) in all cases (note a varies in each case). The estimated errors are shown as a function of the electrode density

in Fig. 14.2. Here the electrode density is expressed in terms of (d/a)2 where d is the damage size.

14.4 Fabrication of Thermal Spray Electrodes

14.4.1 Specimen Preparation

To further demonstrate the capability of proposed system, actual test specimens with electrodes deposited by the thermal

spray (TS) process are fabricated. Then resistances between the electrodes are measured with and without damage. Eight-ply

composite laminates with [0/90]2s arrangements and ~2 mm thickness were cut to 1200 by 900 dimensions. Their surfaces were

initially grit-blasted to remove excess epoxy layer (~50 mm). Then, copper powder was fed to Atmospheric Plasma Spray

(APS) and sprayed over a mask with holes for electrodes. Here, the distance between the panel and the injection tip of the APS

was 150 mm, and the nozzle raster speed was set at 700 mm/s. Total of five passes were made to fabricate 75 mm thick copper

electrodes. Argon was used as a shield gas with the electric current at 300 A. In this experiment, the 12 circular shaped

Table 14.1 Estimated damage

parameters compared with exact

values under different electrode

spacing. Large spacing

corresponds to lower density of

electrodes

Electrode spacing a x (mm) y (mm) d (mm)

40 mm Exact 10.5 �2.5 10

Estimated 10.8 �2.8 10.4 (4.3%)

64 mm Exact 16.8 �4.0 9.6

Estimated 15.2 �3.0 10.4 (8.2%)

80 mm Exact 21.0 �5.0 10

Estimated 19.3 �7.4 11.1 (11.3%)

96 mm Exact 25.2 �6.0 9.6

Estimated 21.1 �5.3 11.4 (18.4%)

120 mm Exact 31.5 �7.5 10.5

Estimated 27.2 �5.5 12.8 (21.7%)

Fig. 14.2 Estimated damage

size error is shown as a

function of electrode density
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electrodes with 12 mm diameter as well as two base electrodes as shown in Fig. 14.3 were fabricated. Note unlike the square

electrode shape assumed in the simulation study, the circular electrodes were fabricated in the actual tests to reduce the

possibility of corner delamination. On every electrode, two electric wires were soft-soldered to measure resistances by the

‘four-point probe’ method, which offsets instrumental contact resistances. The spacing between electrodes is a ¼ 51 mm.

14.4.2 Measured Resistances

Resistances between electrodes were measured using a low current meter (Keithley, Inc.) with the four-point probe method.

First, resistances between circular electrodes and base electrodes at the top and bottom (2 locations each) are measured to

determine resistance variations. Since the effective distances from each electrode to wiring locations of the base electrodes

are approximately same, the averaged resistance should offer some information on the contact resistances between electrode

and carbon fibers. It is expected the resistances between two electrodes to be comprised of the carbon fiber resistance and

the interface resistance between carbon fibers and copper electrodes. Although the latter effects can be subtracted when the

difference in resistances due to damage are computed, large contact resistances can increase measurement error or noise.

Rawmeasurements of averaged resistances among electrodes are shown Fig. 14.4a. Then, in order to examine the resistances

Fig. 14.3 Grid of electrodes on composite laminate fabricated by plasma spray. Magnified view of an electrode and wired plate with a hole are

also shown

Fig. 14.4 (a) Averaged resistances between each circular electrode and the two base electrodes without damage. (b) Resistances between the

central electrode G and the neighboring electrodes. As measured and adjusted with estimated contact resistances are shown
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within an electrode grid, the electrode G was chosen as the central electrode. Figure 14.4b shows the resistances between the

central electrode G and its neighboring electrodes. Here the pink bars correspond to “as measured” results while the green

bars represent adjusted results. The each adjustment was made by adding difference of contact resistance (not directly

the contact resistance), which was estimated from the measurements shown in Fig. 14.4a, to measured value. With the

adjustments, more consistent results (e.g., similar resistances for GB, GJ, GD and GL pairs) were obtained. Although not

shown here, the similar analyses of the other panels including unidirectional [0]8 laminates.

In an initial step toward monitoring actual damage in composite laminate with thermal sprayed electrodes, 10 mm

diameter hole was drilled through-thickness to represent damage in the current feasibility study. The size and depth of the

hole were chosen arbitrary but made large enough to detect resistance measurements beyond measurement errors. Thus

through-thickness hole, unlike a part-through damage as described in the simulation study was made. Note that the post-

process to estimate the damage was not carried out in this preliminary experiment since it would require additional

information on the resistivity of each ply within the laminate which was available. As shown in Fig. 14.4, the variations

of contact resistances (between fibers and electrodes) are relatively large compared to expected resistance changed due to

part-through damage. Thus the present aim is to simply verify the changes in resistances due to an existence of a hole in this

preliminary phase, and the refinement to produce more consistent electrodes is underway.

Prior to drilling, the 11 electrode pairs were selected and their resistances were measured (without damage). Their values

ranged 401 ~ 500 mO. Then the hole was drilled as shown in Fig. 14.5, and the resistance measurements were again made.

Since the electrical flow was obstructed with the hole, the resistances between electrode increased by 4 ~ 32 mO. Note the
estimated measurement errors were �5 ~ 8 mO in these test. The changes in resistances are graphically shown in Fig. 14.5.

Here the values were slightly calibrated with the earlier measurements. As expected, large resistances were observed in

electrode pairs whose paths cross or run near the drilled hole (BG, CF, BH, BK pairs). However some inconsistencies were

also observed. For examples, the CJ and DF pairs showed only marginal increases even though their paths pass through the

hole. Further adjustments in these electrode fabrications and resistance measurements are necessary in the future studies.

14.5 Conclusions

A novel health monitoring approach, which utilizes the electrical conductivities of carbon fibers, is proposed to identify

damage on the CFRP laminate. Two key features of the procedure are the robust data processing scheme based on an inverse

analysis technique to identify damage state, and the thermal spray technique to fabricate multiple electrodes. In the inverse

analysis, the downhill simplex technique is adopted to determine the best estimate of damage parameter. Here an error

objective function is introduced to search its global minimum in the four parameter space representing damage location and

size. Several damage models are constructed for the finite element simulations to test the accuracy of estimated parameters.

The results indicate better estimates to be obtained when the damage is located near or on the path connected two electrode

pair. The accuracy of the method is further examined in the error sensitivity analysis. Here random errors/noises are added to

Fig. 14.5 Changes in resistances due to damage (10 mm diameter hole) between electrode pairs are illustrated in different arrow thicknesses and

different colors. For clarity, the measurements from 4 to 9-electrode grid are shown separately
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the simulated resistance changes and processed in the inverse analysis. The accuracy is significantly worsened but the

damage estimate can be improved by adding extra resistance measurements from the nine-electrode grid. With five

additional resistance measurements, the estimated errors are reduced by about half. In summary, the present simulation

study indicate that to identify the damage size within a reasonable accuracy (�20%), the electrode density or spacing to be

about 10 times the expected size of damage. A smaller damage may be still detected but with less accuracy.

In order to prove the feasibility of proposed technique, a network of copper electrodes were deposited on actual composite

laminate. First, resistance measurements were made without damage to verify the electrical conductance among electrodes.

From various electrode pairs, somewhat scattered results were observed. This may be attributed to inconsistent contact

conditions between carbon fibers and electrodes. Next, as a preliminary step toward establishing damage monitoring system

with thermal sprayed electrodes, a 10 mm diameter hole was drilled through-thickness. Since relatively large measurements

errors and noises were expected in this initial phase of test, a through-thickness hole, and not part-through damage as

analyzed in the simulation study was selected. The size and depth of the hole was chosen arbitrary but chose to be large

enough to detect resistance changes. The measured results indicated promising results with the increased resistances due to

the hole. Although much refinement is needed before reliable estimates in damage size can be established, these

measurements support the capability of self-sensing fibers with thermal spray electrodes to detect damage.
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Chapter 15

Experimental Investigation of Fatigue Behavior of Carbon Fiber

Composites Using Fully Reversed Four Point Bending Test

A. Amiri and M.N. Cavalli

Abstract Carbon fiber reinforced polymer (CFRP) has become an increasingly notable material for use in structural

engineering applications. Some of its advantages include high strength-to-weight ratio, high stiffness-to-weight ratio, and

good moldability. Prediction of the fatigue life of composite laminates has been the subject of various studies due to the

cyclic loading experienced in many applications. Both theoretical studies [1–3] and experimental tests [4–6] have been

performed to estimate the endurance limit and fatigue life of composite plates. One of the main methods to predict fatigue

life is the four point bending test. In most previous works the tests have been done in one direction (load ratio, R,> 0). In the

current work, we have designed and manufactured a special fixture to perform a fully reversed bending test (R ¼ �1). Four

point bending tests are carried out on samples of carbon fibers ((0�/90�)15) and polyester resin. The results provide additional
insight into the fatigue behavior of polymer composites.

Keywords Carbon fiber reinforced polymer (CFRP) • Fatigue life • Four point bending test

15.1 Introduction

Due to mechanical and structural advantages, carbon fiber reinforced polymers (CFRP) have become increasingly notable

materials used inmany engineering applications from aerospace to infrastructure to alternative energy. Some of their advantages

include high strength-to-weight ratio, high stiffness-to-weight ratio, and goodmoldability. Efficient and effective use ofCFRP in

design requires understanding their behavior and properties [3].Materials in engineering applications are subjected to long-term

loading and often go through repeated loading and unloading conditions. All materials, when subjected to fatigue loading, are

prone to fail after certain number of cycles; therefore, one of the main aspects of structural design is to study their resistance to

cyclic stresses [4, 5, 7]. Fatigue inmaterials takes placewhen they are subjected to alternating cyclic stresses, with the service life

depending on the applied stress level, loading frequency, and other factors. This behavior is typically collected in the form of an

S-N curve, shown schematically in Fig. 15.1 [6, 8, 9]. Somematerials exhibit a stress below which fatigue failure is not likely to

occur (endurance limit). However, an endurance limit has not been observed in most composites.

As a result of the inhomogeneous and anisotropic nature of composite materials, their fatigue behavior is more

complicated than for more homogeneous and nominally isotropic materials such as metals. Composite fatigue failure

modes include combinations of damage such as matrix failure, fiber cracking, debonding, delamination and ply failure [10].

Unlike the most isotropic brittle materials, fatigue failure in composite materials is usually accompanied with broad damage

through the specimen volume [11]. Many theoretical studies and experimental tests have been performed to estimate the

endurance limit and fatigue behavior of composite plates under axial tension and compression [12, 13]. These tests typically

follow international standards [14] and provide the stress-life curves for tested materials. However, the actual loading

condition of composite materials in service is more complex, potentially involving a combination of multiaxial tension/

compression, bending and torsion. The majority of laboratory fatigue studies are conducted under the conditions of constant

frequency and constant amplitude, e.g. a constant ratio of minimum and maximum load is applied [15]. Figure 15.2 shows

examples of cycle types for stress s [15].
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In this study, the mechanical fatigue in bending of CFRP samples has been investigated. Bending tests are widely used for

research purposes [15–19] and they have some advantages including: (1) in-service load conditions often include bending

components, (2) the danger of Euler buckling is removed, and (3) the forces required to achieve the required stresses are

typically much lower than for uniaxial loading [20]. In order to characterize fatigue behavior in bending, we have designed

and manufactured a special fixture in our lab to perform a fully-reversed four-point bending test. Four-point bending tests are

carried out on samples of carbon fibers ((0/90)15) and polyester resin at constant frequency of 5 Hz. In this study all tests

were done with a load ratio, R, of �1 where R ¼ Load Min/Load Max.

Fig. 15.1 Typical S-N curve, average stress (sa) versus cycles to failure (Nf) [6, 8, 9]
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15.2 Materials and Methods

15.2.1 Sample Preparation

A plate 600 mm long, 300 mm wide with a thickness of 4 mm was made out of 15 layers of carbon fiber plies with fibers in

0�/90� directions using VARTM (Vacuum Assisted Resin Transfer Molding). Plate layup and curing details are given in

Table 15.1.

A VARTM set-up is shown in Fig. 15.3. After gelling of the resin, the plate was cured at room temperature for 24 h, and

then post-cured at 40�C for 16 h. In order to determine the volume fraction of the fibers, a burn-off test was conducted in

accordance with ISO 14127: 2008 [21] and the volume fraction of fibers in the plate was calculated to be 0.47. Test samples

were cut out of the manufactured plate in accordance with ASTM D6272-02 [22] as shown in Fig. 15.4.

Table 15.1 CFRP specimen lay-up, method and curing details

Lay-up Method Details

Biaxial Carbon Plies (0�/90�)15 VARTM Curing

24 h at room temperature

Post curing

16 h at 40�C

Fig. 15.3 VARTM set-up during resin infusion
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15.2.2 Testing Methods

Four-point static bending test were conducted to determine yield and ultimate stress of the samples. The tests were done

using a Shimadzu AG-IS 50 KN tensile test machine with rate of crosshead motion of 10 mm/min. The maximum stress in

the outer fibers was calculated using Eq. 15.1 [22]:

S ¼ PL=bd2 (15.1)

Where S is stress in the outer fiber throughout the load span (MPa), P is load at a given point on the load-deflection curve (N),

L is the support span (mm), b is width of the beam (mm) and d is depth of the beam (mm).

Fatigue testing was conducted using a Bose Electroforce 3510 test system. The machine has a load range of �7.5 kN and

a displacement range of �25 mm. To perform fully-reversed four-point bending tests, a special fixture was designed

and manufactured. The fixture is capable of performing four-point bending tests with maximum applied load of 7 KN. A sine

waveform at a frequency of 5 Hz was applied. All tests were done with a stress ratio, R, of�1. Fatigue testing was carried out

until the specimen failed with visible cracks in it or 1.7 million cycles were reached. Figure 15.5 shows the apparatus and

four-point bending test fixture.

Fig. 15.4 Sample geometry, in accordance with ASTM D6272-02

Fig. 15.5 Test apparatus and four-point bending test fixture
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15.2.3 Experimental Results

Static four-point bending tests were carried out to measure mechanical properties of CFRP samples. Load was applied at the

rate of 10 mm/min until failure. In all cases, samples failed by cracking/buckling on the compressive side of the sample.

Table 15.2 shows the result of these tests.

The modulus of elasticity in bending was calculated using Eq. 15.2 [22]:

EB ¼ 0:21L3m=bd3 (15.2)

Where EB is modulus of elasticity in bending (MPa), L is support span (mm), b is width of the beam (mm), d is depth of the
beam (mm) and m is slope of tangent line to the initial straight line in load-deflection curve for tested samples. The resulting

stress–strain curves for tested samples are plotted in Fig. 15.6. The strain was calculated using Eq. 15.3 [22]:

r ¼ 4:70Dd=L2 (15.3)

Where r is strain in the outer fiber (mm/mm) at deflectionD (mm) of the center of the beam, d is depth of the beam (mm) and

L is support span (mm). The maximum strain occurs at the midspan when deflection of the center of the beam is maximum.
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Fig. 15.6 Stress-deformation curves for four-point bending static tests

Table 15.2 Mechanical properties of composite samples

Property Measured average CVa (%)

Maximum load (N) 747 1.8

Maximum stress (MPa) 315 3.4

Maximum strain (%) 0.58 5.7

Modulus of elasticity in bending (GPa) 62 4.2
aCV ¼ coefficient of variation ¼ (standard deviation/average) � 100%
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Four-point bending fatigue tests were carried out with maximum stresses of approximately 45%, 56%, 67%, 72% and

76% of the measured yield stress. The resulting maximum stresses were nominally 140, 175, 210, 225 and 240 MPa. Fatigue

tests results are listed in Table 15.3. For maximum stresses of 140 and 175 MPa there were no failure detected therefore tests

were stopped after 1.7 � 106 cycles. In all samples that failed during cyclic loading, there was visible crack through the

thickness of the samples.

15.3 Discussion and Conclusions

The fatigue results shown in Table 15.3 and Fig. 15.7 show the expected downward trend in fatigue life with increasing

maximum applied stress. There appears to be a threshold for ‘infinite’ life (defined as 1.7 million cycles in the current work)

at a maximum stress of about 200 MPa. No change in mechanism was observed for specimens that did exhibit failure.

Table 15.3 Fatigue lives for

CFRP samples with (0�/90�)15
layup

Sample Test condition R smax/sy Number of cycles

2 smax ¼ 140 MPa �1 0.45 1.72 � 106

14 1.76 � 106

1 smax ¼ 175 MPa �1 0.56 1.71 � 106

3 1.69 � 106

4 1.71 � 106

6 smax ¼ 210 MPa �1 0.67 1.91 � 105

11 4.66 � 105

12 4.73 � 105

8 smax ¼ 225 MPa �1 0.72 1.31 � 105

9 1.15 � 105

10 1.21 � 105

5 smax ¼ 240 MPa �1 0.76 3.20 � 104

13 2.40 � 104

15 4.04 � 104

300

250

200

150

100

50

0
1 10 100 1,000

Number of Cycles

M
ax

im
u

m
 S

tr
es

s 
- 

M
P

a

10,000 100,000 1,000,000

Failed Samples

No Failure

10,000,000

Fig. 15.7 S-N data for CFRP samples with (0�/90�)15 layup
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Tomita et al. examined the bending fatigue behavior of a variety of different carbon fibers and layups in fully-reversed

bending at a frequency of 30 Hz [23]. For a cross-ply specimens and fatigue life of 10,000 cycles, they found stress

amplitudes ranging from 400 to 475 MPa could be applied. This would correspond to maximum stresses of 200–237 MPa,

very consistent with the values observed in the current work.

Based on previous results in the literature, e.g. [24], fully-reversed fatigue loading is expected to significantly reduce the

fatigue life of carbon composites compared to positive values of R between 0 and 1. Comparing the current results with those

of Kawai and Maki [25], we see that this is indeed the case. Under room temperature bending fatigue at R ¼ 0.1 and 10 HZ,

those authors found that a maximum stress of about 700 MPa resulted in a fatigue life of one million cycles. In the current

study, the maximum stress resulting in failure at one million cycles was only 200 MPa. For fatigue lives of 10,000–1,000,000

cycles, the allowable maximum stress in the work of Kawai and Maki decreased from about 1,000 to 700 MPa (a decrease of

30%). In the current work, for the same range of fatigue lives, the allowable maximum stress decreased from about 250 MPa

to about 200 MPA (a decrease of 20%), perhaps indicating a fundamental difference in the damage accumulation in the

material during testing. Additional characterization work is needed to determine if this is the case.
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Chapter 16

Spark Plasma Sintering and Characterization of Graphene

Reinforced Silicon Carbide Nanocomposites

Arif Rahman, Ashish Singh, Sandip P. Harimkar, and Raman P. Singh

Abstract This study investigates the possibility of incorporating graphene nanoplatelets as a nanofiller in silicon carbide

matrix composites for improvement in mechanical properties. Silicon carbide, an advanced ceramic material, is considered

suitable for structural applications due to its properties that include high hardness, toughness at high temperatures, high

thermal conductivity, and chemical resistance. However, there has been a drive to improve strength and toughness to make

these materials more reliable for engineering applications. Reinforcing these materials with appropriate nanofillers has the

potential to significantly improve strength and toughness. These nanofillers can provide a variety of extrinsic toughening

mechanisms. Nonetheless, the dispersion of nanoscale fillers in ceramic matrix composites remains challenging. In this

study, dispersion of graphene nanoplatelets in precermic polymer using ball milling is done followed by polymer pyrolysis

to obtain near stoichiometric SiC–graphene nanoplatelet powder. Subsequently, spark plasma sintering (SPS) is used to

consolidate SiC-graphene nanoplatelet powders to form bulk samples. Different processing conditions are used, including

various temperatures, and pressures while limiting the grain growth. Density and porosity of SiC-graphene nanoplatelet

nanocomposites are determined as a function of processing temperature. XRD is used to determine changes in phase at

different processing temperature and to estimate grain size variation. Ring-on-ring tests are performed to observe the

effect of nanofiller on biaxial strength of bulk samples. Microhardness of the samples are also determined to understand

the effect of graphene on hardness. Increasing the sintering temperature to 2100∘C has resulted in relative density of 90%

with significant improvement in mechanical properties.

Keywords Silicon carbide • Polymer pyrolysis • X-ray diffraction • Spark plasma sintering • Graphene nanoplatelet

• Ceramic composite

16.1 Introduction

Significant improvements in mechanical properties are expected for nanostructured silicon carbide (SiC) compared to the

conventional microcrystalline (micro-grained) microstructure, primarily due to the very high grain boundary area-to-volume

ratio observed in nanostructured materials [1–3]. Nonetheless, the bulk processing of nanostructured SiC is challenging.

Reducing ceramic grain size to nanoscale along with nanoscale reinforcement in ceramic matrix results in improvement in

mechanical properties [4–7]. Nanoscale fillers also have potential for improving other properties of ceramic matrix

composites (CMCs). For instance, carbon nanotubes (CNTs) significantly affect electrical and thermal properties of

CMCs along with mechanical properties [8–10]. However, processing of nanograined CMCs is difficult. Processing issues

include grain growth during sintering process [11–13] and dispersion of nanofillers (such as CNTs) in the ceramic

matrices [14–16]. Hence, it is critically important to overcome these processing issues to understand the potential of

nanograined CMCs to full extent in advanced applications.

In the current investigation, a novel approach involving polymer precursor processing and spark plasma sintering (SPS) is

developed to process nanostructured SiC and nanostructured CMCwith possibilities of retaining SiC grain size down to sub-

100 nm range while being able to fabricate net-shape dense forms. Spark plasma sintering is a novel technique, where
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combined effect of pulse direct current, pressure and temperature is used to sinter the material at comparatively low sintering

temperatures (200 – 300∘C lower than conventional sintering) and minimal sintering time (few minutes). Since very high

heating rates are achievable using SPS due to the passage of high amount of pulsed direct current through graphite dies and

punches, grain growth of nanostructured bulk SiC can be inhibited due to exposure to high temperatures for very little time.

Recently discovered graphene is a one atom thick 2-D layer of sp2 carbon arranged in a honeycomb lattice [17, 18]. The

properties of graphene, such as Young’s modulus of 1TPa and ultimate strength of 130 GPa, make it one of the strongest

materials available [17, 19]. Moreover, graphene is considered to have super-electrical properties and very high thermal

properties [18, 20]. All these unique properties of graphene make it an attractive nanofiller. Recent studies have

demonstrated that graphene can significantly improve mechanical properties of polymer matrices for very low load-

ing [21, 22]. It is evident that the graphene–polymer nanocomposite system is well studied for quite some time now.

However, graphene–ceramic composite system has not been well studied till now to understand the potential of graphene in

ceramic matrix system.

In the current investigation, graphene nanoplatelet is used as nanofiller for different weight percentages to understand the

effect of graphene nanoplatelet on properties of SiC matrix. Samples with or without graphene were fabricated using

different processing temperatures and the phase and mechanical properties were characterized.

16.2 Material Fabrication

As a first step amorphousnanocrystalline SiC powder was prepared from a commercially available preceramic polymer,

allylhydridopolycarbosilane (AHPCS) (Starfire Systems Inc., Malta, NY). The powder preparation process was started by

heating the liquid polymer precursor to 650�C at 1�C/min, under an inert atmosphere and then holding it at 650�C for

10 min. This initiated the cross-linking of the polymer precursor. For complete conversion to amorphous-nanocrystalline

SiC, the heating was continued till 1400�C at 3�C/min. All material was held at the final temperature for 1 h to ensure

thermal equilibrium and complete processing. Finally, the material was cooled down to room temperature, at a rate of

5�C/min.

Due to the release of hydrogen gas during the polymer to ceramic conversion, the final ceramic product contained large

voids. This was then ground using a hand grinder until the particles passed through a colander of mesh size 12 followed by

subsequent milling into fine powder (� 0.9mm) using a high energy ball mill (Pulverisette, Fritsch GmbH). Subsequently,

spark plasma sintering (SPS) technique was used to consolidate nanostructured SiC obtained through pyrolysis of pre

ceramic precursor using an SPS system (Model 10-3, Thermal Technology, LLC., Santa Rosa, California, USA). The ball

milled SiC powder was loaded in between graphite dies and punches and sintered at various temperatures ranging from 1600

to 1900�C, at 100�C/min. Sintering was performed at 70 MPa of pressure for a soak time of 10 min. Based on the density

and porosity data, a different set of samples were sintered with 150�C/min heating rate to a final temperature of 2100�C.
Pressure and soak time were kept the same.

Exfoliated graphene nanoplatelets, xGnP1-M-5 grade (99.5% carbon) with an average diameter of 5mmwere obtained in

dry powder from XG Sciences, Inc. (East Lansing, MI). For preparing SiC-graphene powder mixture, controlled weight

fraction of graphene nanoplatelets was mixed with AHPCS polymer and ball milled using a planetary ball mill (PM-100,

Retsch GmbH, Haan, Germany) for the first set of samples. Subsequently, this mixture was pyrolyzed using the similar

procedure mentioned earlier. The pyrolyzed amorphous SiC reinforced with graphene nanoplates was carefully milled such

that uniform mixture without significant damage of graphene nanoplatelets can be achieved. Finally, this uniform mixture of

powder was sintered using SPS to different final temperatures ranging from 1600 to 1900�C. Another set of samples was

prepared using a heating rate of 150�C/min and a sintering temperature of 2100�C. Samples prepared by mixing graphene

nanoplatelets with AHPCS polymer by ball milling are referred as AHPCS–%C in subsequent sections. Samples prepared by

mixing graphene nanoplatelets to pyrolyzed amorphous SiC using ball milling are referred as SiC–%C. Figure 16.1 shows a

schematic of the fabrication process.

16.3 Experimental Procedure

Phase analysis of the sintered compacts was performed using X-ray diffraction (XRD). The XRD analysis of the starting SiC

and SiC–graphene powder was carried out using Philips Norelco X-ray diffractometer operating with Cu Ka
(l ¼ 1. 54178 Å) radiation at 45 kV and 40 mA. The diffraction angle was varied between 10� and 90� 2y at a step
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increment of 0.02� 2y with a count time of 1 s. In addition, the buoyancy method [23] was used for determining bulk density

and porosity of the samples using a density measurement kit along with a high-resolution analytical balance.

Ring-on-ring (RoR) biaxial flexure testing was used to determine the flexural strength for SiC and SiC-graphene

composite samples. The configuration used in this test exposes the maximum area under a constant maximum stress. This

configuration employed a support ring diameter of 15 mm and the loading ring diameter of 5 mm, which ensures valid

fracture mode of the samples [24]. The discs were loaded in the RoR fixture using a table-top test frame (Instron1 5567,

Instron Corporation, Norwood, Massachusetts, USA). Adhesive tape was applied on the compressive side of the discs as per

ASTM C1499–05 [25]. Displacement controlled loading at a rate of 0.5 mm/min. was used and the peak load at failure was

recorded. For each kind of sample, at least five discs were subjected to the test to provide a statistical distribution of data.

The flexure strength was then determined from the peak load at failure as per the equation used by Ovri et al. [26].

Microhardness of the polished samples were obtained using a microhardness tester (Clark Instrument, Inc., Novi,

Michigan, USA) at a load of 9.8 N applied for 15 s. Twenty readings were collected for each sample and an average

value is reported here.

16.4 Experimental Results

16.4.1 Microstructure Characterization

Based on available literature, allylhydridopolycarbosilane (AHPCS) completely converts to amorphous SiC at or above

1150�C. Usually crosslinking occurs between 250 to 400�C due to the loss of hydrogen at Si sites [27]. At higher

temperatures, rearrangement of the Si–C network structure occurs. For the current work, SiC powder prepared using

polymer pyrolysis at 1400�C was characterized using X-ray diffraction. Figure 16.2a shows XRD patterns of starting

amorphous powder as well as samples compacted using spark plasma sintering technique.

The XRD pattern of the initial SiC powder, obtained through pyrolysis at 1400�C, exhibited characteristic broad halo

peaks with diffused intensity showing a mostly amorphous structure. Spark plasma sintering of amorphous powder at

various temperatures ranging from 1600 to 1900�C resulted in partial crystallization of amorphous powder during sintering.

Peaks at 2y value of 35.7�, 60.2�, and 72.0� correspond to b-crystalline SiC and suggest ordering of the starting amorphous

SiC structure as processing temperature was increased. Peaks of WC were also present in the XRD data that is mainly due to

the WC balls used for ball milling. Crystallite sizes were estimated from peak broadening using the Debye-Scherrer equation

as shown in Table 16.1. Calculated crystallite sizes showed increasing trend reaching highest value of 35.4 nm for sample

sintered at 1900�C. This shows, first processing of amorphous SiC powder using pyrolysis of preceramic precursor and then

sintering using SPS can be used effectively in order to control the grain size or to make amorphous/crystalline

nanocomposites where in-situ nanosized grains are reinforced in the amorphous matrix during spark plasma sintering.

Samples prepared with 5 and 25 wt% graphene were also studied with XRD as shown in Figure 16.2b, c. In each case,

characteristic graphene-2H peak at 26.6� was prominent and other peaks correspond to b-SiC and grinding media WC as

mentioned earlier. No change in peak position for graphene indicated insufficient exfoliation of graphene nanoplatelets.

Fig. 16.1 Schematic of the fabrication process
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Crystallite size data for samples prepared with 5 and 25 wt% graphene also showed an increasing trend with increasing

processing temperature. However, it was interesting to note that inclusion of graphene have restricted grain growth of SiC at

lower processing temperature as observed by Fan et al. for Al2O3–graphene system [28]. Increasing graphene content to

25 wt% reduced grain size to as low as 17 nm for samples processed at 1600�C. This reduction in grain size was not

observed for material processed at 1800 and 1900�C.

Fig. 16.2 XRD patterns from (a) amorphous SiC powder and spark plasma sintered SiC, (b) AHPCS–5 wt%graphene compacts, (c) AHPCS–25

wt%graphene compacts processed at temperatures ranging from 1600 to 1900�C, and (d) SiC–% graphene compacts processed at 2100�C

Table 16.1 Crystallite size of SPS sintered SiC and AHPCS-C as function of processing temperature

Sample SiC grain size (nm) at processing temperature

constituent 1600(�C) 1700(�C) 1800(�C) 1900(�C)
SiC 30.1 31.7 34.3 35.4

AHPCS-5 wt%C 24.53 29.3 36.5 37.1

AHPCS-25 wt%C 17.4 22.2 37.2 38.8
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Samples prepared with 2 and 5 wt% graphene at 2100�C were also studied as shown in Fig. 16.2d. There was an increase

in crystal size of SiC to � 60 nm as sintering temperature was increased from 1900 to 2100�C. However, addition of

graphene restrained grain growth of SiC grain to � 50 nm for all the samples as shown in Table 16.2.

16.4.2 Density and Porosity

Generally, density and porosity of a bulk sample indicate how effectively the sample has been processed. Bulk mechanical

properties are usually affected by sample density and porosity. Denser samples are desired for ceramic material as pores in

them act as defects and lowers strength. For the current work, samples were processed to different temperatures with a

pressure of 70 MPa. Bulk densities and porosity are listed in Table 16.3 for processed samples with or without graphene

nanoplatelet. Relative densities were calculated assuming absolute densities for each case. For SiC samples, density of b-SiC
(� 3.2 g/cc) was considered to be absolute density for that material. For AHPCS–graphene samples absolute densities were

calculated using rule of mixture equation.

Material density increased with processing temperature, which is in accordance with the amorphous to crystalline

conversion with higher processing temperature. The density of polymer derived amorphous SiC (typically 2.0–2.8 g/cc)

is lower than that of crystalline SiC [36] because at lower processing temperature there are bonds between Si and residual H,

other than Si–C bonds, that reduce the density. At higher processing temperature, the amount of residual hydrogen was

reduced in the structure and density increased. Also, with increasing processing temperature the volume diffusion enhances

resulting in further increase in density. Although SiC processed at 1900�C had the highest observed bulk density

(� 2.42 g/cc), this value is still lower than the theoretical density of SiC (� 3.2 g/cc). This could be the result of several

factors. First, bulk density of the material is affected by the porosity in the material. Since material sintered at 1900�C had

� 18.5% open porosity, the relative density of the material could have been � 81.5%. As can be seen from Table 16.2, the

relative density of sintered SiC at 1900�C was � 75.4% which indicated other factors might have played a role in lowering

the bulk density of the material. Second, material processed at 1900�C was not completely crystalline, and contained

amorphous SiC that has a lower density. Moreover, the presence of excess amorphous carbon could also lower the effective

material density, as amorphous carbon is significantly less dense than SiC [29].

Inclusion of graphene in SiC matrix also showed a similar trend of increasing density with increase in processing

temperature. Although bulk densities of 5 wt% graphene–AHPCS were lower compared to bulk SiC samples, however, this

is reasonable as long as the open porosity remained the same for both set of samples. Since, density of graphene is less

Table 16.2 Crystallite size of

SPS sintered SiC, C–AHPCS,

and C–SiC at 2100�C

Sample Grain size (nm) at 2100�C

constituent SiC Graphene

SiC 59.6 –

2 wt%C–AHPCS 48.0 21.5

5 wt%C–AHPCS 44.0 17.0

2 wt%C–SiC 49.5 31.5

5 wt%C–SiC 47.5 28.0

Table 16.3 Density and

porosity of SPS sintered SiC

and AHPCS–C as function of

processing temperature

Measured Sample Processing temperature (�C)

property constituent 1600 1700 1800 1900

Bulk density (g/cc) SiC 2.0 2.1 2.3 2.42

AHPCS–5 wt%C 1.96 2.0 2.17 2.38

AHPCS–25 wt%C 2.0 2.13 2.14 2.47

Open porosity (%) SiC 28.0 27.9 20.8 5

AHPCS–5 wt%C 27.5 27.8 23.12 3

AHPCS–25 wt%C 22.2 20.3 20.6 9.0

Relative density (%) SiC 62.4 68.3 73.6 75.3

AHPCS–5 wt%C 62.6 63.8 69.3 75.6

AHPCS–25 wt%C 70.0 73.8 68.3 85.6
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compared to crystalline SiC, overall bulk density of AHPCS–C samples should be less. It is interesting to note that bulk

densities of 25 wt% graphene–AHPCS were almost similar to bulk SiC samples. This is mainly due to the reduction of

porosity in 25 wt% graphene–AHPCS bulk samples.

Table 16.3 shows decrease in open porosity with increasing processing temperature for all set of samples. This decrease in

open porosity could be attributed to enhanced diffusion mechanism of particles during sintering at higher processing

temperature.

Change of the processing parameters resulted in improvement in density as shown in Table 16.4. Higher heating rate

favors densification over particle coarsening, hence this improvement in density. In addition, higher processing temperature

also favors volume diffusion resulting in further increase in density. 5 wt%C–SiC sample had the highest open porosity of

10.2%, which could be due to the fact that dry ball milling of graphene nanoplatelets in SiC powder produced non-uniform

dispersion and overall densification mechanism was affected.

16.4.3 Flexural Strength

The biaxial flexure strengths obtained for the bulk samples composed purely of SiC derived from AHPCS and

AHPCS–graphene fabricated using SPS process are shown in Fig. 16.3a. The samples followed a trend of increasing

strength with increasing processing temperature. SiC processed at 1600�C showed biaxial strength of � 34 MPa which is

lower compared to strength obtained for other materials. This is reasonable since material processed at 1600�C had the

lowest bulk density, and possibly contained amorphous SiC.

It should be noted that there was a � 75% increase in strength as processing temperature was increased from 1600 to

1700�C. This increase in strength could be attributed to two factors. One of the factors is increase in density. The other one is
significant conversion of amorphous SiC to nano-crystalline SiC at higher processing temperature. This trend was observed

Table 16.4 Density and porosity of SPS sintered SiC, C–AHPCS, and C–SiC at 2100�C
Sample Density Open porosity Relative density

constituent (g/cc) (%) (%)

SiC 2.86 2.4 89.3

2wt %C–AHPCS 2.81 4.2 88.2

5wt %C–AHPCS 2.85 1.7 90.5

2wt %C–SiC 2.85 3.8 89.6

5wt %C–SiC 2.6 10.2 82.5

Fig. 16.3 Variation of biaxial strength of bulk SiC and AHPCS–C samples (a) sintered at various processing temperatures from 1600 to 1900�C
and (b) sintered at 2100�C as a function of graphene weight percentage
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for material processed at higher processing temperatures. This increase could be attributed to enhanced nanocrystallization

at higher processing temperature.

Inclusion of graphene in the SiC system was expected to enhance materials ability to resist fracture. However, for

materials processed at 1600 and 1700�C showed sudden decrease in strength when compared to monolithic SiC samples

processed at the same temperature. The reason for this sudden decrease in strength at these temperatures could be due to

insufficient densification of the system. Strength of AHPCS–C samples sintered at 1800 and 1900�C was almost similar

to that of sintered monolithic SiC.

Biaxial-strength of samples prepared using higher heating rate and sintering temperature is shown in Fig. 16.3b. There

was a � 40 increase in strength from monolithic SiC to 5 wt%–AHPCS sample sintered at 2100�C. As both the

samples had similar relative density, increase in strength could be attributed to toughening by graphene nanoplatelets.

Addition of graphene nanoplatelets by dry ball milling also improved strength of SiC matrix by � 30% for 2 wt%–SiC

sample. However, non-uniform dispersion of graphene nanoplatelets in 5 wt%–SiC resulted in sudden decrease in

strength.

16.4.4 Microhardness

To understand the effect of graphene inclusion on micro-scale property, samples prepared only using higher heating rate and

sintering temperature were tested. As all the samples fabricated at 2100�C had about the same relative density, either similar

microhardness values or some improvement were expected. Figure 16.4 shows 25% increase in microhardness of AHPCS–2

wt% graphene sample from monolithic SiC sample. However, other samples showed decrease in microhardness. Further

investigation is underway to understand this phenomena.

16.5 Conclusion

Polymer infiltration and pyrolysis technique followed by spark plasma sintering technique was used successfully to

fabricate nano-crystalline bulk SiC samples by in-situ crystallization of amorphous-SiC obtained from pyrolysis of

polymer precursor. Density and porosity of the compacts were affected by heating rate and sintering temperature. Relative

density was increased to � 90% with increase in heating rate to 150�C/min and sintering temperature to 2100�C for

samples with or without graphene inclusion. From x-ray diffraction it was observed that with increase in processing

temperature SiC grain size increased to � 60 nm at 2100�C; however, inclusion of graphene nanoplatelets restricted grain
growth resulting in an average SiC grain size of � 50 nm. Bulk mechanical property was found to be affected by graphene

Fig. 16.4 Microhardness of

2100∘ C samples as a function

of graphene weight fraction
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inclusion. There was a � 40% increase in strength for AHPCS–5 wt%C sample as compared to monolithic SiC sintered at

2100�C. This increase in strength was mainly due to toughening by graphene nanoplatelets. There was a � 25% increase

in microhardness of AHPCS–2 wt%C sample as compared to monolithic SiC sintered at 2100�C. Thus, effect of graphene
nanoplatelets as nanofiller in SiC matrix was studied in terms of microstructural and mechanical properties.
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Chapter 17

Processing, Microstructure, and Properties of Carbon

Nanotube Reinforced Silicon Carbide

Thomas A. Carlson, Charles P. Marsh, Waltraud M. Kriven, Peter B. Stynoski, and Charles R. Welch

Abstract The addition of multi-walled carbon nanotube reinforcements to a ceramic matrix has been suggested to improve

the fracture toughness. The hypothesized improvement is thought to be the result of crack bridging and other toughening

mechanisms. However, no such improvement in toughness has not been achieved to date for a multi-walled carbon nanotube

and silicon carbide composite. However, there are several processing techniques, compositions, and methods for producing

said composite, which may inhibit or foster success. Here, we report the processing, microstructure, and properties of a

multi-walled carbon nanotube and silicon carbide composite material. The processing required careful mixing of the carbon

nanotubes within the matrix in order to maximize dispersion and minimize carbon nanotube damage. The sintering required

careful control of specific parameters to produce the desired microstructure and maximum density. The spark plasma

sintering technique used was. These processing methods resulted in unique microstructures which in turn affected the

material properties. The effect on the mechanical strength was evaluated using three-point flexural testing.

Keywords Silicon carbide (SiC) • Carbon nanotubes (CNTs) • Spark plasma sintering (SPS) • Flexural strength

17.1 Introduction

Silicon carbide (SiC) is a ceramic material with high strength [1]. However, it is brittle and has a low resistance to fracture

[1]. Methods to improve the fracture toughness of SiC have been identified, including changing the SiC grain size and shape

[2] as well as by incorporating additional phases [3]. One method is to introduce carbon nanotubes (CNTs) as a reinforce-

ment material [4]. To successfully improve the toughness of the SiC, the CNTs should be homogeneously dispersed

throughout the SiC [5], retain structural integrity during processing [6] and sintering, and interact well with the SiC [7].

These are the main challenges associated with SiC-CNT composites. Here we describe the dispersion, sintering, and

properties of a SiC-CNT composite. The objective of our experiment was to synthesize a SiC composite containing

dispersed CNTs that resulted in more desirable properties than either component on its own. We used commercial SiC

and multi-walled carbon nanotubes (MWCNTs) as the component materials. The sintering method was spark plasma

sintering (SPS). The mechanical property of interest was flexural strength. In this paper, we explain the methods of our

material characterization, processing, composite formation, and flexural testing.

T.A. Carlson (*) • C.P. Marsh • P.B. Stynoski

Engineer Research and Development Center, Construction Engineering Research Laboratory, 2902 Newmark Drive,

Champaign, IL 61822, USA

e-mail: thomas.a.carlson@usace.army.mil

W.M. Kriven

Department of Materials Science and Engineering, University of Illinois at Urbana-Champaign, 1304 W. Green St, Urbana, IL 61801, USA

C.R. Welch

Advanced Materials Initiative, Engineer Research and Development Center, Information Technology Laboratory, 3909 Halls Ferry Road,

Vicksburg, MS 39180, USA

E. Patterson et al. (eds.), Composite Materials and Joining Technologies for Composites, Volume 7: Proceedings of the 2012 Annual
Conference on Experimental and Applied Mechanics, Conference Proceedings of the Society for Experimental Mechanics Series 44,

DOI 10.1007/978-1-4614-4553-1_17, # The Society for Experimental Mechanics, Inc. 2013

147

mailto:thomas.a.carlson@usace.army.mil


17.2 Methods

17.2.1 Material Characterization

The MWCNTs (Helix Material Solutions, Richardson, TX) manufacturer’s stated diameter was 20–40 nm, the length was

0.5–40 um, and the purity was >95%. The MWCNTs were used in the as-received state and after a silica functionalization

treatment [8]. The as-received MWCNTs were characterized using x-ray diffraction (XRD), scanning electron microscopy

(SEM), and transmission electron microscopy (TEM). The functionalized CNTs were characterized by TEM.

The SiC powder (NanoAmor, Inc., Houston, TX) manufacturer’s stated particle size was 45–55 nm. The stated phase was

b-SiC. The as-received SiC was characterized by XRD, SEM, and TEM.

17.2.2 Powder Processing

Mixtures containing 5 wt% MWCNTs in SiC were ball milled together for 24 h using a 100 ml HDPE bottle with 20 g of

5 mm yttria-doped zirconia grinding medium (Union Process, Akron, OH). Two samples for each mixture were made so that

one could be ball milled dry and the other ball milled in ethanol. The five MWCNT-SiC mixtures discussed in this paper are

given in Table 17.1.

Upon mixing of the MWCNTs and the SiC, additional characterization was completed by SEM and TEM. SEM was used

to qualify the degree of mixing, and TEM was used to determine the degree of damage to the CNTs and the degree of

clumping of the MWCNTs and the SiC.

17.2.3 Composite Formation

A spark plasma sintering unit located at the Army Research Laboratory, Aberdeen, MD, was used to densify the processed

powders. The unit consists of a large vacuum chamber located within a load frame such that the rams pass through the walls

of the chamber and apply the compressive load to the sample. The rams also deliver the pulsed DC electric current; however,

the load system is independent of the electric current system. The processed powder was placed within a graphite die and

punch assembly placed between the upper and lower rams, as shown in Fig. 17.1.

After filling the die, placing it in the chamber, and applying the desired load to the rams, argon gas was introduced into the

chamber while the pulsed DC current was applied. The current was increased at a rate of 300 A/min until the final

temperature was reached, resulting in 4–5 min ramp times. The temperature of the die wall was measured using an optical

pyrometer. When the desired temperature was reached, either a hold time began, or the current and load were removed from

the sample. The sample was allowed to cool to 100 � Celsius before removal from the chamber. The parameters used for each

sample are given in Table 17.2.

Bulk density measurements for the specimens were completed by using the Archimedes method. Characterization of the

specimens was performed using XRD, SEM, and TEM. XRD was used to determine the presence of CNTs in the matrix.

Measurement of grain size using the XRD spectra was done using peak-fitting analysis. Measurement of grain size from the

SEM images was completed using the line-intercept method.

Table 17.1 Description of the powder compositions and processing for all specimens

Sample SiC (g) MWCNT (g) Milling

Theoretical density

(g/cm^3)

2 5.00 0.00 Wet 3.21

3a 4.75 0.25 Dry 3.12

3b 4.75 0.25 Wet 3.12

4a 4.75 0.25 Dry 3.12

4b 4.75 0.25 Wet 3.12
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17.2.4 Flexural Testing

Specimens were prepared for three-point flexural testing by cutting bend bars from the sintered disks. The bars were cut

using a slow-speed saw with a 4 in. diamond wafering blade. The bend bars were then polished using a 15 mm and then a

6 mm diamond polishing wheel under running water. Surface uniformity and the removal of all surface features were

confirmed by optical microscope. Typical bend bar dimensions were 3 mm by 3 mm square in section, with varying lengths.

A load frame (Model 5882, Instron, Norwood, MA) was used to test the bend bars. The loading configuration is given in

Fig. 17.2. Crosshead displacement rate was 0.1 mm/min.

Flexural strength for the specimens was determined using Eq. 17.1, where s is the flexural strength (Pa), F is the measured

load (N), L is the support span (m), b is the specimen width (m), and d is the specimen thickness (m).

s ¼ 3FL

2bd2
(17.1)

Sample, 3.0 mm final height

0.8500

0.5000

1.5000

Platen, 3.75˝ diameter

Spacers (2 each side)

Punch (x2), 1˝ outer diameter

Die, 2˝ outer diameter

Fig. 17.1 Geometry of the graphite die and punch assembly

Table 17.2 Spark plasma sintering parameters used for each sample

Sample

Current ramp

rate (A/min) Load (MPa)

Final temperature

(Celsius)

Hold at final

temperature (min)

2 300 55 1,800 5

3a, 3b, 4a, 4b 300 55 1,800 0
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17.3 Results

17.3.1 Material Characterization

The microstructure of the as-received MWCNT, as determined by XRD, SEM, and TEM, is summarized in Fig. 17.3. The

microstructure of the silica-functionalized MWCNTs is given in Fig. 17.4.

The microstructure of the SiC, as determined by XRD, SEM, and TEM, is summarized in Fig. 17.5. The SiC particle size

measured using these methods is given in Table 17.3.

17.3.2 Powder Processing

The microstructure of the mixed MWCNTs and SiC are given in Fig. 17.6.

Fig. 17.2 Loading configuration for flexural test

Fig. 17.3 As-received MWCNTs showing expected crystal structure, agglomeration, and multiple walls. (a) XRD spectra. (b) SEM micrograph.

(c) TEM micrograph
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17.3.3 Composite Formation

Digital photographs of the spark plasma sintered specimens are shown in Fig. 17.7.

Densities and percent of the theoretical density for the spark plasma sintered specimens are given in Table 17.4.

Figures 17.8 and 17.9 are the XRD spectra and SEM micrographs, respectively, of the spark plasma sintered specimens.

The grain size in each composite specimen, determined using XRD and SEM, is given in Table 17.5. Measurement of the

grain sizes for specimens 3a, 3b, 4a, and 4b could not be obtained by the line-intercept method because individual grains

were not observed in the micrographs which was assumed to be a result of the high porosity.

17.3.4 Flexural Testing

A typical stress versus strain curve for 3-point flexural tests is given in Fig. 17.10, and the flexural strengths of the specimens

are provided in Table 17.6. The reported values are the average of two flexural tests per specimen. Specimen 3b was not

tested.

17.4 Discussion

17.4.1 Materials Characterization

The XRD spectra of the MWCNTs shows the presence of the graphite structure. The SEM micrograph of the MWCNTs

reveals a dense agglomeration of MWCNTs with relatively large diameters as compared to single-walled carbon nanotubes

(SWCNTs). The larger diameter of the MWCNTs allows them to be imaged easier and to withstand mechanical mixing.

The TEM image of the MWCNT confirms the presence of multiple layers in the wall structure.

The XRD spectra of the SiC displays the expected reflections for the SiC structure. Analysis of the spectra confirms that

the powder was the b-SiC phase and the particle size was about 18 nm. The SEM micrograph of the SiC displays small

agglomerates of the SiC, which themselves are about 50–60 nm in diameter. The TEM characterization of the SiC indicates

SiC particles of about 20–40 nm in diameter. There is evidence of a surface oxidation layer, assumed to be Si02.

Fig. 17.4 TEM micrograph of silica-functionalized MWCNT showing silica surface coating
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Fig. 17.5 As-received SiC powder showing expected crystal structure, agglomeration, and surface oxidation. (a) XRD spectra. (b) SEM

micrograph. (c) TEM micrograph
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The particle sizes measured using the line-intercept method from the SEM and TEM micrographs are similar. However,

because we are not looking at a flat cross-section, errors could be introduced. The grain sizes measured from the XRD

spectra were obtained using a strain and size calculation provided by the analysis software. The calculation uses peak

profiling, taking into account the three peaks shown in the spectra. The peak-profile fitting method is only valid for pure

phases, which was the case for this SiC sample.

17.4.2 Powder Processing

The XRD characterization of the mixed MWCNT and SiC contains peaks from both the MWCNTs and the SiC. The

MWCNT signal was not as strong as the SiC signal, but that was to be expected because the composition contained

significantly less MWCNTs than SiC.

The SEM micrograph of the MWCNTs and SiC indicated homogeneous mixing. There were single de-agglomerated

MWCNTs surrounded by small agglomerates of SiC.

The TEM micrograph of the mixed MWCNTs and SiC also confirmed that the two components were mixed well.

The MWCNTs were not clumped in large bundles. The micrograph does show two MWCNTs aligned next to each other.

The SiC particles formed agglomerates, but the agglomerates were separated by bridging MWCNTs.

Fig. 17.5 (continued)

Table 17.3 Particle size of as-received SiC

Method Particle size (nm)

XRD 18

SEM 50–60

TEM 20–40
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Fig. 17.6 Microstructure of MWCNTs and SiC showing combined crystal structure, homogeneous mixing, and undamaged MWCNTs. (a) XRD

spectra. (b) SEM micrograph. (c) TEM micrograph
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Fig. 17.6 (continued)

Fig. 17.7 Digital photographs of the specimens showing the effect of surface sticking. (a) Specimen 2. (b) Specimen 3a. (c) Specimen 3b.

(d) Specimen 4a. (e) Specimen 4b

Table 17.4 Densities of the spark plasma sintered specimens

Sample

Archimedes density

(g/cm^3) %TD

2 2.79 86.8

3a 2.91 93.3

3b 2.75 87.9

4a 2.61 83.6

4b 2.58 82.7
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17.4.3 Composite Formation

Digital photographs were made of those specimens that could be removed from the die and punch without being damaged.

Specimen 2 had partial sticking, however, so the surface was not flat. The specimens measured about 3 mm thick. The hold

time for specimen 2 was 5 min. Because of the sticking, the hold time was eliminated for the remaining specimens.

The densities of the specimens given in Table 17.4 were compared to the maximum theoretical density possible for that

composition as given in Table 17.1. This comparison is denoted in Table 17.4 as %TD (theoretical density). Specimen 2, pure

SiC, had a%TD of 86.8. Specimens 3a and 3b had%TDs of 93.3 and 87.9, respectively. The increase in%TD for 3a compared

to specimen 2 is a result of the added MWCNTs, making the TD initially lower. The decrease between 3a and 3b is attributed

to the processing in ethanol. Samples 4a and 4b had a lower density than all the others, most likely due to the presence of extra

silica as a result of the functionalization. Again, there is a decrease between 4a and 4b, due to the processing in ethanol.

As indicated by the fact that none of the samples reached 100% of TD, the samples were porous. The samples were cut

and polished in order to image the grains on the interior and measure the grain sizes. The SEM images of the polished

surfaces show the presence of pores of various sizes. The pores appear to be closed off. Grains were not observed in

specimens 3a, 3b, 4a, or 4b. This was assumed to be a result of the porosity or the carbon nanotubes within the matrix

preventing the acquisition of quality micrographs. The grain size measured by the line-intercept method for specimen

2 yielded a grain size much larger than that obtained by XRD analysis.

17.4.4 Flexural Testing

Bend bars cut from specimen 2 were not long enough to perform an accurate test. The specimens broke at the support instead

of at the midpoint of the bar, producing an unreliable test. All other bend tests resulted in a clean break at the center of the

Fig. 17.8 XRD spectra of the spark plasma sintered specimens
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Fig. 17.9 SEM micrographs of the spark plasma sintered specimens. (a) Specimen 2. (b) Specimen 3a. (c) Specimen 3b. (d) Specimen 4a.

(e) Specimen 4b

Table 17.5 Grain sizes of spark

plasma sintered composites (units

in nm)

Sample/method 2 3a 3b 4a 4b

XRD 477 168 204 207 265

SEM 4,656 – – – –
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specimen. Because specimen 3b was not tested, no useful comparison was available for specimen 3a. Specimen 3a

demonstrated higher flexural strength than specimen 4a. This result is consistent with the higher density observed for

specimen 3a. Specimen 4a demonstrated a lower flexural strength than specimen 4b. This result is not consistent with the

higher density of specimen 4a. All specimens recorded lower flexural strengths than that listed in published material property

tables [1]. This result is consistent with measured densities being lower than the density for the SiC listed in published

material property tables, which was >98%.

17.5 Conclusion

The results of these experiments confirm that the addition of MWCNTs to a SiC matrix alters the microstructure and material

properties of the resulting composite. The density and flexural strength have decreased and the porosity has increased. These

changes in microstructure and properties are not an improvement as compared with pure SiC. To improve pure SiC,

additional processing steps may be needed or current processing steps need to be modified. The use of MWCNTs as a

reinforcement material for SiC may yet have potential, but reaching that potential will require additional experimentation.

It is recommended that the composition of the MWCNT and SiC mixture be altered to deduce the optimal amount of
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Fig. 17.10 Typical stress versus strain curve for spark plasma sintered bend bars

Table 17.6 Flexural strengths

for the spark plasma sintered

specimens

Specimen Flexural strength (MPa)

2 –

3a 271

3b –

4a 249

4b 317
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MWCNT reinforcement to use. Bonding between the MWCNTs and the SiC matrix needs to be further studied and

optimized. The exact location of the MWCNTs within the microstructure should be determined by TEM characterization.

The fracture toughness of the composite should be determined by single-edged notch beam tests.
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Chapter 18

HP/HT Hot-Wet Resistance of Thermoplastic PEEK and Its Composites

Yusheng Yuan, Jim Goodson, and Rihong Fan

Abstract Advanced thermoplastic polyetheretherketone (PEEK) resin is known to have excellent resistance to

elevated-temperatures in a broad range of severe chemical environments. One of the most challenging oilfield downhole

environments for most engineering polymers is the high-pressure/high-temperature (HP/HT) hot-wet environment. PEEK

resin is proven to be capable of resisting steam and water environments at elevated temperatures above 400�F because of its

thermoplastic polyetherketone polymer chemistry and semi-crystalline polymer structure. However, when various reinforce-

ment phases are incorporated in the PEEK resin to form PEEK matrix composites, their HP/HT hot-wet resistant capabilities

can be very different, depending on the type of reinforcement, the resin-reinforcement interface bonding and the reinforce-

ment geometry. A clear understanding of the HP/HT hydrolysis resistant behavior of the PEEK resin and its composites and

the related mechanisms is critical.

In this study, virgin PEEK resin and its glass-filled composites were investigated, including 30% glass-fiber and 30%

glass-bead filled PEEK grades. The hot-wet degradations studied included hygrothermal material structural damage,

moisture-induced thermal mechanical degradation and hydrolytic reactions. The experimental methods involve HP/HT

hot-wet environmental exposure in NaCl brine up to 400�F and 5,000 psi, mechanical testing and dynamic mechanical

thermal analysis before and after the HP/HT hot-wet exposure. Experimental results and data analysis will be presented.

Deformation and failure mechanisms are also discussed.

Keywords Thermoplastic PEEK • Glass-filled PEEK composites • Hot-wet resistance • Hydrolysis • Mechanical tests

• Dynamic mechanical thermal analysis • Interface debonding

18.1 Introduction

Advanced high-performance thermoplastic PEEK resin and its family were introduced in early 1980s as tough crystalline

thermoplastic aromatic polyetherketone polymers for critical high-temperature applications [1]. Further mechanical and

chemical resistance characterization and applications indicated that they were capable of resisting a broad range of severe

chemical environments to certain elevated temperature levels [2]. With the advantages in high-temperature and chemical

resistance capabilities, this thermoplastic polymer family has been used extensively in almost all the critical industrial areas

including electronics, aerospace, automotive, chemical and energy, including oilfield downhole applications [3, 4]. Among

commonly encountered oilfield downhole environments, a most challenging one to many engineering polymers is the HP/

HT hot-wet environment involving hygrothermal material structural damage, moisture-induced thermomechanical degra-

dation and hydrolytic reactions [5–7]. PEEK resin has been proven to be capable of resisting steam, water and water-based

fluid environments at elevated temperatures above 400�F because of its thermoplastic aromatic polyetherketone polymer

chemistry and semi-crystalline polymer structure [2–5]. However, when various reinforcement phases are incorporated in

the PEEK resin to form PEEK matrix composites, their HP/HT hot-wet resistant capabilities may become very different

depending on the type of reinforcement, the resin-reinforcement interface bonding and the reinforcement geometry.
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The engineering-grade PEEK matrix composites commercially available can be classified as continuous fiber reinforced

and particulate or short fiber filled composites. The continuous fiber reinforced PEEK composites include continuous S-glass

fiber reinforced and continuous carbon fiber reinforced PEEK composites with a standard ~61% fiber volume fraction. The

particulate or short-fiber filled PEEK composites include glass-fiber filled, carbon-fiber filled and glass-bead filled composite

grades with reinforcement contents ranged from 15% to 60% by weight for different processing and application

requirements. The lengths of the chopped short fibers in the filled composites are about 1/32 in. typically optimized from

processability and mechanical performance concerns. The orientation of the short fiber in the molded components depends

on the molding method, mold design and flow pattern. Compared with the glass-fiber filled PEEK composites, the glass

beads have less efficiency for enhancing mechanical properties of the composites according to composite micromechanics

theories [8]. However, when the molding geometry stability of the molded components is critical, the glass-bead filled grade

becomes preferable because there is no fiber-orientation induced effects on molding residual stresses and shrinkage.

Reinforcement fibers in composite materials play important roles providing stiffening and strengthening and taking major

mechanical loads. The commonly used reinforcement fibers in advanced composite materials include glass fibers, carbon

fibers and Kevlar® (aramid) fibers. These advanced reinforcement fibers are commonly small in diameter (5–15 mm) and

provide high mechanical strength, enhanced stiffness and excellent temperature resistant capability in dry or ambient

conditions. However, when contacted with a high-temperature hot-wet environment, some of these fibers behave very

differently [9]. After exposure in a 3% NaCl brine at 204�C, 5,000 psi for 168 h, the glass fibers (E-glass and S2-glass)

became very fragile with no mechanical strength because of hydrolytic scission of the inorganic glass polymer chains in the

glass fibers in this high-temperature hot-wet environment.

In this study, unfilled virgin PEEK, short glass-fiber filled and glass-bead filled PEEK composites are investigated. The

hot-wet environmental degradations considered include hygrothermal material structural damage, moisture-induced

thermomechanical degradation and hydrolytic reactions. The experimental methods involve HP/HT hot-wet exposure in

NaCl brine up to 400�F and 5,000 psi, mechanical tests at ambient and elevated temperatures and dynamic mechanical

thermal analysis before and after the hot-wet environmental exposure. Experimental results and data analysis will be

presented. Deformation and failure mechanisms are also discussed.

18.2 Experimental

Materials and Test Specimens: The test materials used in this study include Victrex unfilled PEEK 450 G, 30% glass-fiber

filled PEEK composite 450 G L30 and 30% glass-bead filled PEEK composite 450 G B30; all are standard flow, injection

molding grades. Tensile test specimens of 450 G, 450 G B30 and 450 G L30, provided by Victrex, used in this study are

injection-molded standard Type 1 reduced gage-section tensile specimens with a nominal 50.8 � 12.7 � 3.2 mm gage

section according to ASTM D638 tensile test standard,. Four tensile test specimens, at least, were prepared for each test

condition. All the material and specimen information is listed in Table 18.1.

HP/HT Hot-wet Environmental Exposure: The HP/HT hot-wet environmental exposure of the test specimens was

conducted in a 3% NaCl brine in a HP/HT autoclave at 121�C, 149�C and 204�C under a nitrogen pressure at 34.5 MPa

for 240 h, respectively, simulating a class of short-term down hole environments and applications. A slow pressure release

rate at ~0.14 MPa (20 psi)/min was used in the depressurization process to avoid any explosive depressurization (ED)

damage to the HP/HT exposed specimens. Weight and the thickness of the gauge section of each test specimen were

measured to 0.0001 g and ~0.01 mm (0.0005 in) before and after the hot-wet exposure. Measured weight increase of each

exposed specimen will be used as its water absorption based on an assumption of minimal leaching of the PEEK resin during

the exposure from an earlier study [3, 5] where the leaching of a carbon/PEEK composite was undetectable after exposure in

3% NaCl brine at 204�C, 34.5 MPa for 240 h.

Mechanical Tests: Tensile tests for the unfilled and filled 450 G, 450 G B30 and 450 G L30 specimens were performed at

room and elevated temperatures in an MTS servo-hydraulic test frame under displacement control mode and a crosshead

Table 18.1 List of materials and specimens in study

Material designation Matrix resin Reinforcement Reinforcement fraction Fabrication method Specimen type

450 G Victrex PEEK 450 G Unfilled 0 Injection molding ASTM D638 Type 1

450 G L30 Victrex PEEK 450 G Short glass fibers 30% by wt. Injection molding ASTM D638 Type 1

450 G B30 Victrex PEEK 450 G Glass beads 30% by wt. Injection molding ASTM D638 Type 1
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speed ~5 mm (0.2 in.) per minute per ASTM D638 before and after the HP/HT hot-wet exposure. The tensile strain during

the test was measured by using a high-temperature extensometer with a 2-in. gage length and 50% extension capability. This

extension capability covered most of the tests at room and lower elevated temperatures, but was not enough to cover the full

elongation of the specimens when tested at a high temperature. In these cases, the extensometer was used only in the early

part of the tests (< 50% strain) and then it was removed from the test specimen and the test was continued further with

displacement reading. Since the maximum stroke of the MTS test frame used for this study at that time is only 6 in., in some

elevated-temperature test cases, this stroke was not long enough to break the test specimens. In all the tensile tests, load,

displacement and strain were recorded. Modulus, ultimate tensile strength, yield strength and strain at break for each test

specimen were calculated and determined from its stress–strain curve or stress-extension curve. When the stress–strain curve

showed a maximum yield stress or a ductile fracture or a yielding plateau within a low strain range (<5%), the maximum

stress or the stress at the plateau was used to define the yield strength. When this method could not be used for the purpose,

the 0.2% offset scheme was used to determine the yield strength [10, 11].

Thermal Mechanical Analysis: Glass transition temperatures (Tg) and the related dynamic viscoelastic behavior of the

Victrex 450 G, 450 G B30 and 450 G L30 samples were analyzed and determined by dynamic mechanical analysis (DMA)

using an TA AR2000 or an ARES G2 analyzer with torsional oscillation mode per ASTM D4065 before and after the

specified hot-wet environmental exposure. In the DMA analysis, a 0.05% torsional strain was applied under 1 Hz frequency

and a heating rate of 3–5�C per minute in an inert atmosphere. The Tg values were determined by the peak temperature of the

loss modulus (G00). The torsional beam samples were about 51 � 12.7 � 3.2 mm in dimensions. This relatively large sample

size is helpful to keep the absorbed moisture inside the exposed test samples during the DMA test.

Microstructure and Interface Examinations: To investigate directly the effect of the HP/HT hot-wet exposure on

microstructures of the test materials under the study and support the mechanical testing and analysis results, microstructures

of the injection molded 450 G, 450 G B30 and 450 G L30 specimens, including resin and reinforcement phases and their

interfaces, were examined under a high-magnification optical microscope, before and after the specified hot-wet exposure.

The unexposed and exposed 450 G L30 samples were cut specially in both longitudinal and transverse directions with

consideration of the glass-fiber flow orientation. All the cut samples were mounted, polished and ultrasound cleaned before

the micro-photographing.

18.3 Results and Discussion

Water Absorption and Geometric Stability: In study of HP/HT hot-wet resistance of the unfilled PEEK and its glass-filled

composites, tensile specimens of 450 G, 450 G B30 and 450 G L30 were exposed in 3% NaCl brine at 121�C (E250), 149�C
(E300) and 204�C (E400) under 34.5 MPa for 240 h, respectively. The measured averaged water absorption and the

thickness changes of the gauge section of the specimens of each material group in each exposure condition are presented in

Table 18.2. From the data presented we can see that: (1) Water absorption increases with the exposure temperature but

decreases with the glass-filled grades since the glass fibers and beads have less water absorption than the PEEK resin matrix.

(2) The water absorption rate of the unfilled PEEK 450 G ranges from 0.87% to 1.39% which is much lower than that of other

resins such as high-temperature epoxy resins under the similar exposure conditions (3–4%) [3, 5]. (3) The thickness

increases of all the PEEK grades in the study are minimal (0.035–0.375%) even after the E400 exposure compared with

other resins and their composites [3, 5], indicating an excellent geometric stability of all the PEEK grades in the HP/HT hot-

wet environment. (4) The thickness changes of the glass filled 450 G B30 and 450 G L30 specimens increase with the

exposure temperature and are higher than those of the unfilled 450 G specimens when the exposure temperature reaches

149�C or higher. Considering the glass filled 450 G L30 and 450 G B30 specimens have a higher thickness increase

but lower water absorption than the unfilled 450 G specimens when the exposure temperature reaches 149�C or higher,

Table 18.2 Measured water absorption and thickness changes of 450 G, 450 G B30 and 450 G L30 specimens after each exposure condition

Exposed in 3% NaCl brine at 121�C,
34.5 MPa for 240 h (E250)

Exposed in 3% NaCl brine at 149�C,
34.5 MPa for 240 h (E300)

Exposed in 3% NaCl brine at 204�C,
34.5 MPa for 240 h (E400)

Water absorption

(%)

Thickness change

(%)

Water absorption

(%)

Thickness change

(%)

Water absorption

(%)

Thickness change

(%)

450 G 0.875 0.185 0.870 0.185 1.395 0.085

450 G B30 0.510 0.035 0.675 0.210 1.310 0.275

450 G L30 0.052 0.090 0.640 0.260 0.855 0.375
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we believe that the mechanism causing these higher thickness increases is from the interface debonding between the glass

fibers or glass beads and the PEEK resin matrix. We conclude this because the glass fibers have been identified to be

susceptible to hydrolytic degradation in a high-temperature hot-wet environment [9]. Evidence of the glass-bead/PEEK and

glass-fiber/PEEK interface debonding have been identified in the cross-sections of the 450 G B30 and 450 L30 specimens

after the E400 hot-wet exposure and presented in Figs. 18.1 and 18.2, respectively. (5) No structural damage observed in the

unfilled, E400 exposed 450 G sample (not shown) and in the PEEK matrix phases in the E400 exposed 450 G B30 and

450 G L30 samples as shown in Figs. 18.1 and 18.2. (6) The thickness increase of the unfilled 450 G specimens after the

E400 exposure is less than the ones determined from the specimens after the E250 and E300 exposure at a lower

temperature. The reason causing this controversy is not clear. A further investigation on this observation is needed.

Glass-Transition and its Wet Shifting: The measured DMA curves of the unexposed (Dry) 450 G, 450 G B30 and

450 G L30 samples are presented in Fig. 18.3, where the dry Tgs of 450 G, 450 G B30 and 450 G L30 samples were

determined to be 149.8�C, 149.8�C and 148.7�C, respectively. These measured Tg values are quite consistent since these

Fig. 18.1 Micrographs of cross-sections of 450 G B30 specimens: (a-left) Unexposed (UE) sample shows good glass-bead/PEEK resin interface

bonding; (b-right) E400 exposed sample shows glass-bead/PEEK resin interface debonding and separations of the glass beads from the PEEK resin

matrix

Fig. 18.2 Micrographs of cross-sections of 450 G L30 specimens: (a-left) Unexposed (UE) sample shows good glass-fiber/PEEK resin interface

bonding on longitudinal cross-section; (b-right) E400 exposed sample shows glass-fiber/PEEK resin interface debonding on the transverse cross-

section
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three 450 G grades have the same PEEK resin matrix that governs the measured Tg values. We can see also from this chart

that (1) the torsional storage modulus curves of 450 G, 450 G B30 and 450 G L30 indicated reasonable differences in their

modulus values; (2) after the glass transition, the unfilled PEEK and the PEEK composites still retained certain useful elastic

modulus because of its semi-crystalline polymer structure.

The measured DMA curves of the 450 G, 450 G B30 and 450 G L30 samples before (dry) and after exposure in 3% NaCl

brine at 204�C, 34.5 MPa for 240 h (E400) are presented in Figs. 18.4, 18.5 and 18.6, respectively. We found from these
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curves that the measured wet Tgs of the 450 G, 450 G B30 and 450 G L30 samples after the E400 exposure shifted from their

original dry Tg to the lower values by 16.9
�C, 14.1�C and 13.9�C, respectively. In general, such as in the case of the unfilled

PEEK 450 G, when the temperature is below the wet Tg, the modulus of the exposed wet sample is still close to the one of the

unexposed dry sample, but above the wet Tg, the modulus of the exposed wet sample dropped quickly even though the

temperature is still below its dry Tg. This phenomenon is known as the moisture-induced thermomechanical degradation that

is supported by classical polymer science free volume theories [12] and is considered in general as a reversible process – a

drying process to the exposed wet sample can usually recover its original dry Tg [5]. However, the material structural
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damage in the filled 450 G B30 and 450 G L30 samples introduced by the HP/HT hot-wet exposure as shown in the previous

section is not reversible. As shown in the Fig. 18.5, a drying process to the exposed 450 G B30 sample may bring its wet Tg

value back to its original dry Tg value but can’t recover its modulus to its original one.

Although we presented the DMA data for the test grades only after the E400 exposure, we believe that a similar or a little

less wet Tg shift will occur with these grades after the E300 and E250 exposure and the wet Tg of each grade after the E250

and E300 exposure should fall in the current ranges since the water absorption values of all the test grades in these exposure

conditions has been identified as presented in Table 18.2.

Mechanical Properties: Tensile tests for 450 G, 450 B30 and 450 G L30 specimens were first conducted at room

temperature (RT), 121�C (~28�C below their dry Tg), 149
�C (near their dry Tg) and 204�C (far above their dry Tg) in

unexposed (UE) dry condition. Then, the tensile specimens of each grade were exposed in 3% NaCl brine at 121�C (E250),

149�C (E300) and 204�C (E400), under 34.5 MPa for 240 h, respectively. And then, the exposed tensile specimens of each

grade were tested at room temperature and the corresponding exposure temperature, respectively. For convenience in data

presentation and analysis, the discussion is grouped first for room-temperature tensile tests and than for elevated-temperature

tensile tests.

Room-Temperature Tensile Properties and Failure Mode Discussion: Room-temperature tensile stress–strain curves of the

unexposed (UE) and E250, E300 and E400 exposed 450 G, 450 G B30 and 450 G L30 specimens are presented in Fig. 18.7,

respectively, where the three stress–strain curves determined from the unexposed dry specimens are plotted with thicker

lines as the baselines in this study. From these three curves, we can see that the unfilled PEEK 450 G has decent tensile yield

strength around 95 MPa, tensile modulus around 3.5 GPa and good elongation at break around 37% at room temperature in

dry condition. The 30% glass fibers in 450 G L30 grade enhanced its mechanical properties significantly. The tensile

strength and tensile modulus of 450 G L30 at room temperature in dry condition reaches about 148 MPa and 11.8 GPa,

respectively. However, the reinforcement function of the 30% glass beads in 450 G B30 grade is not as good as the glass

fibers. Although the tensile modulus of the 450 G B30 increased to 5.6 GPa, its tensile yield strength at room temperature in

dry condition is only 86 MPa, about 10 MPa lower than the one of the unfilled 450 G specimens. This reflects the effect of

reinforcement geometry on the enhancement efficiency of the mechanical properties in the filled PEEK composite grades.

Fig. 18.7 Room-temperature tensile stress–strain curves of 450 G, 450 G B30 and 450 G L30 in unexposed (UE) and exposed (E250. E300 and

E400) conditions
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The purpose of testing specimens of each grade at room temperature before and after the hot-wet exposure and plot all the

room-temperature test results in one chart is trying to identify effectively the hot-wet-exposure-induced material structural

damage and the structural damage-induced mechanical degradation with the exposed test specimens since this comparative

scheme excludes any other effects to the mechanical characterization beside the hot-wet-exposure-induced material

structural damage, such as glass-transition temperature shifting (room temperature is far below both the dry Tg and the

wet Tg of the test material) and preheating damage to the exposed wet specimens in the elevated-temperature testing.

Comparing the room-temperature stress–strain curves of the unfilled 450 G specimens after E250, E300 or E400 exposure

with the one from the unexposed (UE) 450 G specimen in Fig. 18.7, we can see that the exposed and the unexposed 450 G

specimens possess equivalent yield strengths in the range of 94.4–96.4 MPa, and the exposed 450 G specimens have a little

higher modulus (~3.95 GPa vs. 3.48 GPa) and lower elongation at break (18 ~ 32% vs. 37%). This indicates that the unfilled

450 G PEEK resin possesses excellent HP/HT hydrolysis resistance with no degradation in mechanical performance at room

temperature, and we can conclude further that no material structural degradation is expected in the test specimens after the

E250, E300 and E400 HP/HT hot-wet exposure.

For the 450 G B30 and 450 G L30 grades, the situation was quite different. We can see from the stress–strain curves in

Fig. 18.7 that the tensile yield strengths of 450 G B30 specimens after E250, E300 or E400 hot-wet exposure dropped from

~87 MPa (UE) to ~55 MPa (�37%) with gradually lower tensile modulus (�8–40%). The tensile failure strengths of the

450 G L30 specimens after E250, E300 and E400 hot-wet exposure dropped from ~148 MPa (UE) to 107–95 MPa

(�28–36%) with very slightly decrease in tensile modulus and no ductile deformation until after the E400 exposure. The

mechanisms causing these degradations are obvious according to the early discussion on glass-fiber/resin and glass-bead/

resin interface debonding. These fiber/resin and bead/resin debonding process with further weakening in fiber mechanical

strength during the HP/HT hot-wet environmental exposure resulted in irreversible material structural degradation. The

degree of the degradation depends on the exposure temperature and the duration.

The room-temperature failure mode of the unfilled 450 G specimens is typically a yielding with necking no matter their

environmental exposure conditions, as shown in Fig. 18.8, characterized by an engineering stress–strain curve with a

maximum yield strength followed by stress drop until break, as demonstrated in Fig. 18.7, due to the local necking instability

that weakened the test specimens. In this necking process, the necking was not stable and could not propagate because of the

limited flow ability of the semi-crystalline polymer structure of PEEK polymer at room temperature.

The room-temperature failure mode of the unexposed (UE) and exposed (E250, E300, E400) glass-bead filled 450 G B30

specimens is believed to be a ductile failure according to their stress–strain curves. However, unlike the unfilled 450 G

specimens, they were failed without necking, and the plastic deformation is small (<10%) and uniform through the gauge

section of the specimens and could not be seen easily from the failed specimens, as shown in Fig. 18.9. The glass beads

distributed in the PEEK resin matrix interfered the necking instability and reduced plastic flow ability of the resin matrix at

room temperature and might distribute the plastic deformation in the gauge section of the specimen under the tensile loading.

The room-temperature failure mode of the unexposed (UE) and exposed (E250, E300, E400) glass-fiber filled 450 G L30

specimens is typically brittle fracture, as shown in Fig. 18.10, with strain at break 1.36–3.48% although the E400 exposed

specimen showed certain ductility under high tensile stress, where we still could not distinguish the plastic deformation from

Fig. 18.8 Failed room-

temperature test specimens of

450 G in unexposed (UE) and

E250, E300 and E400 exposed

conditions (from top down),
showing necking tensile

failure mode
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the failed E400 exposed specimen since the deformation was very small (<3.5%). Since the 30% glass fibers are oriented in

the longitudinal direction mostly in the gauge section of the specimen, it reduces the ductility of the filled 450 G L30 test

specimens greatly.

Elevated-Temperature Tensile Properties and Failure Mode Discussion: Figures 18.11, 18.12, and 18.13 present the typical
tensile stress–strain curves of the 450 G, 450 G B30 and 450 G L30 specimens tested in unexposed condition (UE) at room

temperature, 121�C, 149�C and 204�C, respectively, and in E250, E300 and E400 exposed conditions at their corresponding
exposure temperatures, 121�C, 149�C and 204�C, respectively. To reveal the full range extension of these tests, the tensile

stress-extension curves of the unexposed and exposed 450 G and 450 G B30 specimens tested at various temperatures are

presented in Figs. 18.14 and 18.15, respectively. From the stress–strain and stress-extension curves presented in these charts

we can see all types of tensile deformation and failure behaviors of the three PEEK polymer grades tested at different

temperatures, including brittle fracture, ductile failure, necking and cold drawing. These failure modes can be viewed clearly

in the photos taken from the failed 450 G, 450 G B30 and 450 G L30 tensile test specimens tested at 121�C, 149�C and

204�C, respectively, in unexposed (UE) and exposed (E250, E300 and E400) conditions, presented in Figs. 18.16, 18.17,

and 18.18. For data comparison convenience, measured tensile modulus and tensile strength values of 450 G, 450 G B30

Fig. 18.9 Failed room-

temperature test specimens of

450 G B30 in unexposed (UE)

and E250, E300 and E400

exposed conditions (from top
down)

Fig. 18.10 Failed room-

temperature test specimens of

450 G L30 in unexposed (UE)

and E250, E300 and E400

exposed conditions (from top
down)
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Fig. 18.11 Tensile stress–strain curves of unexposed (UE) 450 G specimens tested at RT, 121�C, 149�C and 204�C, respectively, and E250, E300
and E400 exposed 450 G specimens tested at 121�C, 149�C and 204�C, respectively

Fig. 18.12 Tensile stress–strain curves of unexposed (UE) 450 G B30 specimens tested at RT, 121�C, 149�C and 204�C, respectively, and E250,
E300 and E400 exposed 450 G B30 specimens tested at 121�C, 149�C and 204�C, respectively
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Fig. 18.13 Tensile stress–strain curves of unexposed (UE) 450 G L30 specimens tested at RT, 121�C, 149�C and 204�C, respectively, and E250,
E300 and E400 exposed 450 G L30 specimens tested at 121�C, 149�C and 204�C, respectively

Fig. 18.14 Tensile stress-extension curves of unexposed (UE) 450 G specimens tested at RT, 121�C, 149�C and 204�C, respectively, and E250,

E300 and E400 exposed 450 G specimens tested at 121�C, 149�C and 204�C, respectively
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and 450 G L30 specimens in unexposed (UE) and exposed (E250, E300, E400) conditions, tested at room temperature and

elevated temperatures, are summarized and presented in Figs. 18.19 and 18.20, respectively. To define the tensile strengths

of different PEEK grades tested at different temperatures in different environmental exposure conditions properly and

consistently, we used the follow guideline in this study: (1) If the test specimen showed substantial plastic deformation and

Fig. 18.15 Tensile stress-extension curves of unexposed (UE) 450 G B30 specimens tested at RT, 121�C, 149�C and 204�C, respectively, and
E250, E300 and E400 exposed 450 G B30 specimens tested at 121�C, 149�C and 204�C, respectively

Fig. 18.16 Failed unexposed (UE) 450 G specimens tested at 121�C, 149�C and 204�C (from top down in the first three), respectively, and the

failed E250, E300 and E400 exposed 450 G specimens tested at 121�C, 149�C and 204�C, (from top down in the second three) respectively
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its yield strength was determined properly, the yield strength is used to define the tensile strength; (2) if the test specimen

showed a brittle fracture failure, the ultimate tensile stress is used to define the tensile strength; (3) if the test

specimen showed certain plasticity or nonlinearity and fractured quickly at a low strain (<5%) without any indication of

yielding, the ultimate tensile stress is used to define the tensile strength.

Unfilled PEEK 450 G: When the test temperature reached 121�C or higher, the unfilled PEEK 450 G specimen showed even

stronger plasticity than that as showed when tested at room temperature. In these elevated-temperature test conditions, the

semi-crystalline polymer structures in the test specimens started breakdown and realignment under the tensile loading – the

“cold drawing” started [10, 11]. As illustrated in the Fig. 18.16, in the cold-drawing process, the necking in the gauge section

is stable in cross-section size and propagated until reaching the widened ends of the test specimens. This was observed from

all the 450 G specimens tested at all three elevated temperatures, 121�C, 149�C and 204�C, but with different drawing rates,
where a higher test temperature gave a higher drawing rate. Also, we found from the tensile stress-extension curves in

Fig. 18.14 that all the drawing extensions are associated with the flow stress increase – the strain hardening. This may be

explained by the consideration of molecular orientation and changes in morphology of the semi-crystalline polymer under

Fig. 18.17 Failed unexposed

(UE) 450 G B30 specimens

tested at 121�C, 149�C and

204�C (from top down in the

first three), respectively, and

the failed E250, E300 and

E400 exposed 450 G B30

specimens tested at 121�C,
149�C and 204�C, (from top
down in the second three)

respectively

Fig. 18.18 Failed unexposed

(UE) 450 G L30 specimens

tested at 121�C, 149�C and

204�C (from top down in the

first three), respectively, and

the failed E250, E300 and

E400 exposed 450 G L30

specimens tested at 121�C,
149�C and 204�C, (from top
down in the second three)

respectively
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Fig. 18.19 Averaged tensile modulus values of 450 G, 450 G B30 and 450 G L30 specimens tested at various temperatures in unexposed (UE) and

E250, E300 and E400 exposed conditions

Fig. 18.20 Averaged tensile strength values of 450 G, 450 G B30 and 450 G L30 specimens tested at various temperatures in unexposed (UE) and

E250, E300 and E400 exposed conditions
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extension when the degree of plastic deformation increases, where the molecular chains are stretched and aligned in the

amorphous phases and the crystalline structure changes from a spherulitic to a fibrillar type in the crystalline phases along

the drawing direction [10, 11]. This consideration is supported by the observation of the tensile failed 450 G specimen tested

at 149�C and 204�C, presented in Fig. 18.16, where the highly drawn specimens with severe transverse rupture are still

capable of bearing hundreds pounds of tensile load at the elevated temperatures. This tensile failure mode and failure

mechanism can also be applied to the E250, E300 and E400 exposed 450 G specimens tested at 121�C, 149�C or 204�C,
respectively, as shown in Fig. 18.16, where the E300 and E400 exposed specimens could not be broken by the test machine at

149�C and 204�C.
From the stress–strain curves and the stress-extension curves presented in Figs. 18.11 and 18.14 we can see that when the

tests were conducted at 121�C, a temperature blow the dry Tg of the unexposed (UE) 450 G, the test specimens can retain

decent modulus and mechanical strength. When the tests were conducted at 149�C or 204�C, a temperature near or above the

dry Tg of the unexposed (UE) 450 G, both the modulus and yield strength of the test specimens dropped quickly and

significantly. In comparison of each stress–strain curve determined from each of the E250, E300 and E400 exposed specimens

tested at the corresponding exposure temperature (121�C, 149�C or 204�C) with the one determined from the unexposed (UE)

specimen tested at the same temperature we can see that (1) when tested at 121�C, the E250 exposed specimens showed a 13%

lower elastic modulus (2.8 vs. 3.22 GPa) and about 30% lower yield strength (31.6 vs. 45.9 MPa); (2) when tested at 149�C,
the E300 exposed specimens showed about 50% lower elastic modulus and 30% lower yield strength; (3) when tested at

204�C, the E400 exposed specimens and the unexposed (UE) specimens showed very similar and very weak elastic moduli

(0.31–0.35 GPa) and yield strengths (6.4–7.8 MPa), as presented in the charts in Figs. 18.19 and 18.20.

The above observation along with the room-temperature test results discussed earlier can be explained further with the

viewpoint of the moisture-induced thermomechanical degradation and the consideration of no material structural damage

introduced to the 450 G specimens by the hot-wet exposures. Since room temperature is far below both the wet Tg and the

dry Tg of the 450 G samples, the room-temperature mechanical properties of the exposed wet samples are retained to

equivalent to the room-temperature properties of the unexposed dry samples. Since 121�C is a little lower than the wet Tg but

much lower than the dry Tg of the 450 G samples, the E250 exposed samples have a moderately lower modulus and yield

strength than the unexposed samples tested at 121�C. Since 149�C is above the wet Tg but near the dry Tg of the 450 G

samples, the modulus and yield strength of the exposed wet sample dropped more from those of the unexposed (UE)

specimens tested at 149�C. Finally, since the 204�C is far above both the wet Tg and the dry Tg of the 450 G samples, no

matter the test specimen is in exposed (E400) or unexposed (UE) condition, their mechanical properties at 204�C are all very

week and similar as summarized in the charts presented in Figs.18.19 and 18.20.

Glass-Bead Filled 450 G B30: The filled 450 G B30 specimens showed substantial plasticity to failure when the test

temperature reached 121�C or higher in both unexposed (UE) and exposed (E250, E300 and E400) conditions. The

unexposed (UE) specimen tested at 121�C, as shown in Figs.. 18.12 and 18.17, is considered to have a local yielding with

a maximum yield stress (48.4 MPa) followed with stress decrease and fractured at 13.7% strain without local necking

observed. With this exception, the deformation modes of all other test cases are basically cold-drawing, as demonstrated in

Figs. 18.15 and 18.17. It is also observed that a higher test temperature could facilitate the cold-drawing and gave a higher

drawing rate; also the debonding of the glass-bead/PEEK interfaces in the hot-wet exposed specimens could facilitate the

drawing process with higher drawing rates.

Measured modulus and tensile strength values of the unexposed (UE) 450 G B30 specimens at 121�C, 149�C and 204�C
follow the trends defined by “below”, “near” or “far above” the dry Tg of the 450 G B30 samples, as discussed for the unfilled

450 G specimens in the previous section. In evaluation of the mechanical properties of the E250, E300 and E400 exposed

450 G B30 specimens at different temperatures, however, the situation is more complicated because of the additional effect

from the hot-wet-exposure induced material structural degradation. Comparing the test results of the E250, E300 and E400

exposed 450 G B30 specimens with the test results of the unexposed (UE) 450 G B30 specimens tested at 121�C, 149�C and

204�C, respectively, quite large differentiations are observed in both modulus and yield strength values at 121�C and 149�C
even 121�C is below the wet Tg of the exposed test samples. When tested at 204�C, the mechanical properties of the exposed

and unexposed (UE) specimens become quite similar since the test temperature is far above both the dry Tg and wet Tg,

where the PEEK resin matrix in the 450 G B30 specimens becomes soft and the glass-bead/resin interface debonding could

not give much effect to the mechanical properties of the material. The comparative data of the E250, E300 and E400 exposed

and unexposed (UE) 450 G B30 specimens tested at 121�C, 149�C and 204�C are presented in Figs. 18.19 and 18.20,

respectively.

Glass-Fiber Filled 450 G L30: Because of the effective reinforcement of the glass fibers in the 450 G L30 specimens, the

stiffness, strength and rigidity of the unexposed (UE) 450 G L30 specimens are enhanced significantly, especially when

tested at elevated temperatures. As shown in the charts in Figs. 18.19 and 18.20, the measured tensile modulus values of the
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unexposed (UE) 450 G L30 specimens at 121�C, 149�C and 204�C increased from 3.22, 1.11 and 0.35 GPa (measured from

the unfilled 450 G specimens) to 11.3, 6.41 and 3.01 GPa, respectively, and the measured tensile strengths of the unexposed

450 G L30 specimens at 121�C, 149�C and 204�C increased from 45.9, 12.2 and 6.4 MPa (measured from the unfilled 450 G

specimens) to 91.6, 56.2 and 34.0 MPa, respectively. These unexposed 450 G L30 specimens showed a brittle fracture

failure at 121�C since the test temperature is below the dry Tg of the PEEK matrix resin and the fiber reinforcement resisted

its plastic flow and deformation. When tested at 149�C and 204�C, the test specimens showed a slight ductile deformation

but fractured at a very small strain (<4.5%) as shown in Fig. 18.13, and we can see only very localized plastic deformation at

the fracture surfaces as shown in Fig. 18.18. In these tests, although the test temperature is near or much higher than the dry

Tg of the PEEK matrix resin, the effective reinforcement of the glass fibers in the 450 G L30 composite specimens in

unexposed condition enhanced significantly their rigidity.

Because the HP/HT hot-wet exposure introduced the glass-fiber/resin interface debonding and the glass-fiber mechanical

degradation in the hot-wet exposed 450 G L30 specimens, as identified in the early section and in the reference study [9],

tensile properties of the E250, E300 and E400 exposed 450 G L30 specimens tested at various elevated temperatures

degraded substantially. As presented in Figs. 18.19 and 18.20, the measured tensile modulus values of the E250, E300 and

E400 exposed 450 G L30 specimens at 121�C, 149�C and 204�C decreased from their original unexposed values 11.3, 6.41

and 3.01 GPa to 6.53, 2.66 and 1.56 GPa, respectively, and the measured tensile strengths of the E250, E300 and E400

exposed 450 G L30 specimens at 121�C, 149�C and 204�C decreased from their original unexposed values 91.6, 56.2 and

34.0 MPa to 33.2, 17.3 and 13.2 MPa, respectively. Comparing these elevated-temperature test data of the exposed glass-

fiber filled 450 G L30 specimens to the test data measured from the exposed unfilled 450 G specimens at the same

temperatures and with the same exposure conditions, respectively, we found that (1) tensile modulus values of the E250,

E300 and E400 exposed 450 G L30 specimens at 121�C, 149�C and 204�C are about 2.3–5 times of those measured from the

exposed 450 G specimens, but the measured values are only around 1.5–2.7 GPa at 204�C–149�C that is quite low; (2)

tensile strength of the E250 exposed 450 L30 specimens at 121�C is about the same as the one measured from the E250

exposed 450 G specimens (~32 MPa); tensile strengths of the E300 and E400 exposed 450 G L30 specimens at 149�C and

204�C are only about twice or less than twice of the ones measured from the exposed 450 G specimens, and the measured

values are only around 13–17 ksi at 204�C and 149�C, respectively, that is very weak. These test results from the HP/HT hot-

wet exposed 450 G L30 specimens can be further explained by their tensile failure modes. For the E250 exposed specimen

tested at 121�C, it showed certain plasticity but failed at a very small strain about 3% as shown in Fig. 18.13, and the failed

test specimen showed no major plastic deformation but some signs of local transverse rupture indicating a potential initiation

of cold-drawing deformation as shown in Fig. 18.18, where although the test temperature was below the wet Tg of the E250

exposed specimens, the glass-fiber/resin interface debonding released the restriction of the glass fibers to the plastic flow of

the PEEK matrix resin to some extent. When tested at 149�C and 204�C, as shown in Fig. 18.18 that the failure modes of the

E300 and E400 exposed specimens became cold-drawing with major plastic deformation and transverse ruptures; in these

cases, the glass-fiber/resin interface debonding in the exposed test specimens released the restriction of the glass fibers to the

plastic flow of the PEEK matrix resin in the 450 G L30 specimens and the test temperatures were above or far above the wet

Tg of the E300 and E400 exposed specimens that facilitated the cold-drawing deformation of the PEEK matrix resin in the

HP/HT hot-wet exposed 450 G L30 test specimens.

Based on above comparative analysis for the glass-fiber filled 450 G L30 PEEK composite, we can see that although the

glass-fiber reinforcement enhanced the mechanical properties of the PEEK composite at room temperature and elevated

temperatures very efficiently and significantly to a high level in unexposed (UE) condition (with basically brittle fracture

failure mode) compared with the mechanical properties of the unfilled PEEK 450 G tested at the same temperatures in

unexposed (UE) condition (with basically plastic failure modes). However, after exposure in 3% NaCl brine at 121�C, 149�C
or 204�C under 5,000 psi for 240 h, respectively, mechanical properties of the filled 450 G L30 composite specimens

degraded severely to a much lower level and became compatible to the mechanical properties of the unfilled virgin PEEK

450 G tested at the same temperatures and with the same exposure conditions, especially in mechanical strength (returned to

plastic failure modes). This indicates that after the HP/HT hot-wet exposure the glass-fibers in the 450 G L30 composite

specimens lost their reinforcement function partially or completely because of the fiber/resin interface debonding. Compar-

ing also the mechanical test results of the E250, E300 and E400 exposed 450 G L30 composite specimens tested at 121�C,
149�C or 204�C with the room-temperature test results and with the test results from the unexposed 450 G L30 specimens

tested at 121�C, 149�C or 204�C, respectively, we can see that hot-wet exposure or wet condition only (tested at room

temperature) or temperature only (tested in unexposed dry condition) can only partially degrade their mechanical properties,

as shown in Figs. 18.19 and 18.20; a combined temperature (tested at an elevated temperature) and hot-wet exposure

condition will give the exposed composite specimens a full range of degradations involving temperature degradation,

moisture-induced thermomechanical degradation and the HP/HT hot-wet-exposure induced material structural degradation.

In these cases, a HP/HT in-situ mechanical test method is desirable [13, 14].
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18.4 Conclusions

Based on the investigation and the experimental and analysis results in HP/HT hot-wet exposure, dynamic mechanical

thermal analysis and mechanical testing of the Victrex unfilled PEEK 450 G and the 30% glass-bead and the 30% glass-fiber

filled PEEK composites 450 G B30 and 450 G L30, the following conclusions may be reached:

1. Unfilled PEEK resin 450 G possesses good mechanical retention at 121�C and relatively large mechanical degradation at

149�C and 204�C, a temperature near or above its Tg, in unexposed conditions. It possesses excellent HP/HT hot-wet

resistance with a small water absorption rate, small wet Tg shift, excellent geometry stability, stable material structural

integrity and good mechanical retention up to 204�C and 5,000 psi.

2. 30% glass-fibers in the filled PEEK 450 G L30 composite enhanced its mechanical properties at room temperature and

elevated temperatures efficiently and significantly in unexposed dry conditions. However, after exposure in 3% NaCl

brine at 121�C, 149�C or 204�C under 5,000 psi for 240 h, mechanical properties of the 450 G L30 composite degraded

severely to a much lower level and became compatible to the mechanical performance of the unfilled PEEK resin 450 G

tested at the same temperatures with the same exposure conditions. This indicated the glass-fibers in the 450 G L30

composite lost their reinforcement function because of the fiber/resin interface debonding. Temperature only or wet

condition only can only partially degrade the composite mechanical properties; a combined temperature and hot-wet

exposure condition will give the composites a full range of degradations involving temperature degradation, moisture-

induced thermomechanical degradation and the HP/HT hot-wet-exposure induced material structural degradation.

3. Although the glass beads in filled PEEK 450 G B30 composite can help to reduce component geometry distortion in the

molding process, it is not an efficient reinforcement technique for mechanical strength of 450 G B30 composite at room

temperature and elevated temperatures in both unexposed dry and exposed wet conditions.
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Chapter 19

Reinforcement of Epoxy Resins with POSS for Enhancing

Fracture Toughness at Cryogenic Temperature

Kunal Mishra and Raman P. Singh

Abstract Although epoxy resins have been widely used for engineering applications, because of their good mechanical

properties, they are usually brittle and vulnerable to cracking.

This problem becomes more severe when thermosetting epoxy resins are employed in extremely low temperature

environments. Hence improvement in fracture toughness is desired. Therefore, fillers such as clay, carbon nanotube, etc.

have been used to enhance mechanical properties. Though these reinforcements showed promising results at room

temperature, at cryogenic temperature they deteriorate the mechanical properties of epoxy resins. This is due to free

space, free volume and thermal contraction effect. This study reports on the mechanical characterization of POSS–epoxy

nanocomposites at cryogenic temperature (77 K). POSS (Polyhedral oligomeric silsesquioxne) is a hybrid organic–inorganic

nanoadditive that directly interact with epoxy resin. These nanocomposites were prepared using DGEBF (diglycidyl ether of

bisphenol F) based epoxy resin and three different functionalities of POSS, namely, glycidyl, trisilanol phenyl, and

methacryl. POSS was added at various weight fractions of 0.5%, 1%, 3%, 5% and 8% and an amine-based hardener was

used to cure epoxy resin. The test results show that the addition of POSS leads to significant improvement in fracture

toughness at 77 K. There is no change in flexural modulus observed. Differential scanning calorimetry is used to measure the

glass transition temperature.

Keywords Polyhedral oligomeric silsesquioxane (POSS) • POSS–epoxy nanocomposites • Cryogenic temperature

• Fracture toughness • Flexural modulus and strength

19.1 Introduction

Epoxy resins are used in various engineering applications due to their superior mechanical properties that include high glass

transition temperature, high modulus, high creep resistance, and good resistance against chemicals. With the rapid

developments in spacecraft and superconducting cable technologies, etc., epoxy resins have been increasingly employed

in cryogenic engineering application as an adhesive, in coating or as matrix in fiber–matrix composited. The properties of

epoxy resins are a result of the high degree of chemical cross-linking introduced by diglycidyl ether of bisphenols.

Nonetheless this high cross-linked density also tends to make these resins brittle and vulnerable to fracture [1, 2].

At cryogenic temperature epoxy resins are more brittle, due to the thermal contraction, which make them unsuitable for

cryogenic applications [3, 4]. This demands the improvedmechanical properties of epoxy resins at cryogenic temperature so that

they can be readily used in cryogenic applications. In order to develop high performance epoxy resins for cryogenic applications

researchers have worked on strengthening and toughening of epoxy resin using hyperbranched polymer [5], flexible diamines

[6], exfoliated MMT [7], silica nanoparticles [8], organoclay [9], polyurethane etc. Some of these fillers showed promising

results in tensile properties and impact properties but the limited research have been done onmeasuring the fracture toughness of

filler–epoxy composites, some research showed decreasing of the fracture toughness with the inclusion of filler.
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Researcher reported that this decrease in the value of the fracture toughness of filler incorporated resin is due to the

interference in shrinkage of polymer chain by this filler. This leads to the low intermolecular force between the polymer chains.

In the past decade, due to the development of organic–inorganic hybrid nanoparticles, researchers have showed great

interest in the development of hybrid nanocomposites. Such hybrid nanocomposites combine the advantages of inorganic

materials (rigidity, high stability) and organic polymers (flexibility, reactivity and processability). Polyhedral oligomeric

silsesquioxane (POSS) is one such kind of hybrid material that possess both organic and inorganic properties and has a size

between 1 and 3 nm and it is made up of organic–inorganic monomer silsesquioxane (RSiO1.5), as shown in Fig. 19.1.

It possesses an inorganic rigid cage type structure containing silicon and oxygen, and selectable organic groups (R) attached

to the silicon atoms. Based on the selection of the organic group (R), POSS can be made to be either reactive or non reactive.

POSS can interact with epoxy resin in two ways: First, reactive organic groups of POSS react with the epoxy polymer chain

forming covalent bonds. Second, POSS can show compatibility either by similarities in chemical structure or by specific

polar interaction between non-reactive organic groups on the POSS molecule and the epoxy polymer chain.

Dispersion of POSS in epoxy resin is dependent on interaction of organic group (R) of POSS with the polymer. This

dispersion can be at a molecular level (reaction between POSS and epoxy resin) or at micro level (non-reactive compatibil-

ity). Usually, positive reinforcement is achieved when there is a good interaction between the polymer and POSS. This dual

nature of POSS along with the fact that it is nanosized filler motivates its selection as filler for epoxy resins [10, 11]. Various

researches have been done on the characterization of POSS reinforced materials. These have included the study of the

formation of nanoscale structure, the synthesis of novel POSS and enhancement of physical properties including thermal

degradation and glass transition temperature [12–19].

In previous research of our group we synthesize the POSS–epoxy nanocomposites and characterized these

nanocomposites at room temperature. The focus of this study is to synthesize POSS–epoxy nanocomposites to characterize

the mechanical properties of these nanocomposites at cryogenic temperature.

19.2 Materials and Methods

19.2.1 Materials

The polymer resin system used in this work consists of EPON 862 (Hexion Specialty Chemicals, Columbus, OH), a

diglycidyl ether of bisphenol-F based resin, that is cured with curing agent EPIKURE 3274 (Hexion Specialty Chemicals,

Columbus, OH), a low viscous aliphatic amine. Both the resin and the curing agent were purchased from Miller-Stephenson

Chemical Company, (Tulsa, OK). The reason behind selecting this is its superior mechanical properties, chemical resistance,

and ease of fabrication. Also this system has been very well studied in literature. Figure 19.2 shows the molecular structure

of diglycidyl ether of bisphenol-F.

Three different functionalities of POSS were used in this work, namely, trisilanol phenyl, methacryl, and glycidyl POSS.

These POSS were purchased from Hybrid Plastics (Hattiesburg, MS). The specific variant of these POSS were selected based

on their interaction with the epoxy resin. Trisilanol phenyl POSS is compatible with epoxy resin due to hydrogen bonding and

p � p interaction. Methacryl POSS reacts with epoxy resin forming covalent bonds. Glycidyl POSS can potentially exhibit

both compatibility and reactivity with the epoxy resin. Figure 19.3 shows molecular structures of these POSS.

Fig. 19.1 General structure

of POSS
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19.2.2 Sample Preparation

The liquid epoxy resin (EPON 862) was mechanically mixed with POSS overnight at 50 �C. The mixture was then cooled to

room temperature (25 �C) under ambient conditions. The curing agent (EPIKURE 3274) was then added to this mixture in

the ratio of 100 parts of epoxy resin to 40 parts by wt% of curing agent. Finally, everything mechanically mixed at room

temperature for 10 min at 400 rpm. The mixture was then placed in a vacuum chamber for 30 min to remove gas bubbles that

were introduced during mixing. The degassed mixture was poured into a pre-prepared mold, and cured at room temperature

for 24 h. The cast plate was then taken out from the mold and put into curing oven for post curing at 121 �C for 6 h. The same

procedure was used for preparing neat resin as the baseline material.

19.2.3 Characterization

Various techniqueswereused to characterize themechanical, andphysical properties of nanocomposites as discussed below [20].

19.2.3.1 Mechanical Properties

Fracture toughness was determined using single edge notch bend testing as per ASTM D–5045. Samples were machined

from the cast plate with nominal dimensions of 54.0 � 12.7 � 6.3 mm. A 4.5 mm deep notch was cut using a diamond

precision saw, and then the tip of the notch was tapped lightly with a fresh razor blade using a hammer, to initiate a natural

pre-crack. The length of notch was kept between 11.4 and 14 mm according to the requirement of the ASTM standard. The

pre-cracked single edge notch specimens were loaded under three-point bending using universal testing machine (Instron

5567, Norwood, MA). Tests were performed in a displacement-controlled mode at a fixed crosshead speed of 0.5 mm/min
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Fig. 19.3 Molecular structure of (a) trisilanol phenyl, (b) methacryl and (c) glycidyl POSS, these POSS selected according to the type of

interaction with DGEB–F

Fig. 19.2 Molecular structure of diglycidyl ether of bisphenol–F
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till the point of specimen failure. The load and crosshead displacement were recorded during testing. The fracture toughness

of nanocomposites was measured in terms of critical stress intensity factor (KIc) calculated from the peak load, as per ASTM

D–5045 [21].

Flexural modulus and strength was determined using three point bend testing according to ASTM D–790 [22]. Samples

were machined from cast plate with nominal dimensions of 110 � 25.4 � 6.3 mm. The flexural strength and modulus was

calculated as per ASTM standard.

The cryogenic temperature condition was achieved by samples in liquid nitrogen filled cryogenic setup designed in our

laboratory. The entire test was conducted while the specimen and its loading fixture were submerged in liquid nitrogen

(Fig. 19.4).

19.2.3.2 Differential Scanning Calorimetry

Differential scanning calorimetry for thermal analysis of samples was carried out using a Q 2000 DSC (TA instruments,

Inc.). After calibration with high purity Indium, samples weighed around 5–10 mg was placed on the DSC cell and then

heated at scan rate of 10 �C/min within the range �10 �C to 210 �C. Then, the specimen was instantaneously cooled to

�10 �C using liquid nitrogen after the first scan. The second scan was then performed in similar fashion. The obtained data is

extracted from second heating cycle.

19.3 Results and Discussions

19.3.1 Fracture Toughness

The load–displacement curve of neat resin and 5 wt% POSS–epoxy nanocomposites at both room temperature and cryogenic

temperature are shown in Figs. 19.5 and 19.6. It is clear from the figures that epoxy resin and POSS–epoxy nanocomposites

fail at the higher load at cryogenic temperature compared to failure at room temperature. At cryogenic temperature all

POSS–epoxy nanocomposites shows brittle failure but at room temperature glycidyl POSS–epoxy nanocomposites shows

that ductile failure. Figure 19.7 and 19.8 shows the fracture toughness of neat resin and POSS–epoxy nanocomposites at

room temperature as well as at cryogenic temperature. It has been apparent from figures that the fracture toughness of the

neat resin increases with the lowering of temperature, which may be due to the shrinkage of the bond causing high

Fig. 19.4 Schematic of single edge notch bend testing under cryogenic condition
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intermolecular force. At room temperature the fracture toughness of all POSS reinforced nanocomposites reaches maximum

at 5 wt% of POSS content. For glycidyl POSS–epoxy nanocomposites the fracture toughness increases up to 2.4 times

compared to neat resin.

At cryogenic temperature the fracture toughness of neat epoxy increased by 120% compare to the fracture toughness at

room temperature because of the shrinkage of polymer chain in network hence increasing the intermolecular force.

Similar to the room temperature the fracture toughness increases with the incorporation of POSS attaining the maximum

then decreases. Trisilanol phenyl POSS incorporated composite shows maximum fracture toughness at 3 wt% but after that it

starts decreasing while in case of methacryl and glycidyl POSS incorporated composite it shows maximum fracture

toughness at 5 wt%. Especially among all the three POSS used, glycidyl POSS incorporated composite shows maximum

value. In case of glycidyl POSS–epoxy composite the fracture toughness increases up to 1.5 times than that of neat resin.

Fig. 19.5 Load displacement

figure of neat resin and 5 wt%

POSS incorporated

nanocomposites, at room

temperature

Fig. 19.6 Load displacement

figure of neat resin and 5 wt%

POSS incorporated

nanocomposites, at cryogenic

condition
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This increase of fracture toughness at cryogenic temperature due to incorporation of POSS can be explained in terms of

free volume. Free volume is the unoccupied space between molecules. When POSS molecule incorporated in epoxy resin the

free volume in the polymer network increases because of the steric effects associated with POSS structure. In order to

understand the dependence of mechanical properties of epoxy resin on POSS content, schematic illustration of cured

network in the pure epoxy and hydrogen bonds, free volume in the POSS–epoxy modified systems is presented in Fig. 19.9.

These free volumes due to introduction of POSS still existed in the cryogenic condition contributing high intermolecular

force hence high fracture toughness. These free spaces and volumes also decrease the high internal stress generated in the

polymer network because of very low temperature.

As shown in Fig. 19.10 room temperature where flexural modulus decreases with the incorporation of glycidyl POSS

because of the introduction of plasticity in the nanocomposite with increasing glycidyl POSS content. This plasticization in

nanocomposite is also may be due to the free spaces and free volume in the polymer network.

Fig. 19.7 Fracture toughness

of neat resin and POSS

incorporated nanocomposites

of different wt%, at room

temperature condition

Fig. 19.8 Fracture toughness

of neat resin and POSS

incorporated nanocomposites

of different wt%, at cryogenic

condition
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While at cryogenic condition there is no variation in the value of flexural modulus with incorporation of either POSS.

This may be because at very low temperature there is shrinkage of bonds hence the flexibility of bonds gets restricted. Due to

the shrinkage of bonds and free space/volume the flexural modulus of neat resin and POSS–epoxy nanocomposites at

cryogenic condition is more than that at room temperature as shown in Figs. 19.10 and 19.11.

19.3.2 Differential Scanning Calorimetry

To support the increase in the free volume we have done some DSC test. The glass transition temperature (Tg) for 5 wt% of

POSS–epoxy nanocomposites has been investigated. Tg depends primarily on chain flexibility, crosslinking of composite,

intermolecular attraction, and so forth. Table 19.1 shows the variation of Tg with the incorporation of POSS.

Gycidyl POSS–epoxy and methacryl POSS–epoxy nanocomposite displayed lower Tg compared to neat resin. This is

because of increase in mobility of the polymer chain by addition of these POSS. Glycidyl and methacryl POSS reacts with

the epoxy resin and merge into polymer network, hence increased the free volume in nanocomposites. Tg for trisilanol

phenyl POSS–epoxy increased with the incorporation of POSS. This might be due to the restriction of the chain mobility

because of steric hindrance due of big phenyl group attached to trisilanol phenyl POSS.
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Fig. 19.9 Schematic of

illustration of (a) pure epoxy

and (b) free volume in POSS

modified epoxy chain
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Fig. 19.10 Flexural modulus

of neat resin and POSS

incorporated nanocomposites

for different wt%, at room

temperature condition

Fig. 19.11 Flexural modulus

of neat resin and POSS

incorporated nanocomposites

for different wt%, at cryogenic

condition

Table 19.1 Glass transition

temperature for neat resin and

5 wt% of POSS incorporated

nanocomposite

Glass transition temperature (�C)
Neat resin 41.1

Trisilanol phenyl POSS–epoxy 45.9

Methacryl POSS–epoxy 39.2

Glycidyl POSS–epoxy 33.5
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19.4 Conclusions

POSS–epoxy nanocomposites were synthesized using simple mechanical mixing. It was confirmed from the result that with

the increasing POSS content the fracture toughness increases in both room temperature and cryogenic condition. At room

temperature 5 wt% of POSS shows the maximum fracture toughness, especially in the case of glycidyl POSS–epoxy

nanocomposites it shows almost 2.4 times increase in the fracture toughness. At cryogenic temperature methacryl and

glycidyl POSS shows maximum at 5 wt% while trisilanol phenyl POSS shows maximum at 3 wt%. Similar to room

temperature in cryogenic condition also glycidyl POSS–epoxy nanocomposite shows maximum fracture toughness among

all three POSS, it shows almost 1.5 times increase in the fracture toughness compare to neat resin. At the cryogenic

temperature, the fracture toughness of the epoxy was 2.2 times higher than that at the room temperature. Flexural modulus

values at room temperature shows no variation in the value with the incorporation of POSS for trisilanol and phenyl POSS

but for glycidyl POSS it starts decreasing because plasticization starts to act. While at cryogenic temperature the value of

flexural modulus of POSS–epoxy nanocomposites was almost similar as of neat resin because of the shrinkage of bonds.

Change in the glass transition temperature with the incorporation of POSS supports the increase in the free volume with

POSS addition.
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Chapter 20

Ballistic Impact Behaviors of GLARE 5 Fiber-Metal Laminated Plates

A. Seyed Yaghoubi and B. Liaw

Abstract In this study, GLARE 5 fiber-metal laminated (FML) plates of dimensions: 152.4 � 101.6 mm (600 � 400) with
various stacking sequences and thicknesses were impacted by a 0.22 caliber bullet shaped projectile using a high-speed gas

gun. The effect of stacking sequence was considered for the GLARE 5 (3/2) panels with cross-ply [0�/90�]s, unidirectional
[04

�], angle-ply [�45�]s and quasi-isotropic [0�/�45�/90�] lay-up orientations; whereas, the thickness effect was studied for
the GLARE 5 cross-ply panels. The experimentally obtained incident projectile impact velocities versus the residual

velocities were plotted for each type of specimen. The data were then fitted numerically according to the classical

Lambert-Jonas equation for the determination of the ballistic limit velocity, V50. The 3D dynamic nonlinear finite element

(FE) code, LS-DYNA, was used to validate the experimental results. Good agreement between experimental and FE results

was obtained.

Keywords Ballistic impact • GLARE 5 • Fiber-metal laminates • LS-DYNA

20.1 Introduction

GLARE 5 is a fiber-metal laminate (FML) made of alternating layers of 2024-T3 aluminum alloy sheets and unidirectional

S2-glass/epoxy laminates. Seyed Yaghoubi et al. [1] studied velocity measuring approaches for the determination of ballistic

limits of GLARE 5 FMLs plates. It was experimentally shown that the projectile was further accelerated along the ballistic

trajectory after emerging from the gun barrel. They concluded that the ballistic limit velocity increased parabolically as the

panel thickness increased and also increased as the metal volume fraction decreased. Vaidya et al. [2] did research on

ballistic performance of graphite/epoxy and S2-glass/epoxy composites with polycarbonate facing. They concluded that

woven S2-glass/epoxy were more damage resistant as compared to the prepreg graphite/epoxy laminates. They also reported

that the ballistic limit and absorbed energy increased with increase in thickness of the laminate for a given polycarbonate

thickness. Naik et al. [3] considered ballistic impact behavior of typical woven fabric E-glass/epoxy thick composites. They

observed that for the same mass and diameter of the projectile, as the thickness of the target increased, ballistic limit velocity

increased. Gellert et al. [4] studied the effect of target thickness on the ballistic perforation of glass fiber reinforced plastic

composites. They concluded that thicker targets are more ballistically efficient, especially against blunt projectiles.

The main objective of this study was to investigate incident versus residual velocity of GLARE 5 FML plates with various

stacking sequences and thicknesses. Experimentally obtained velocity measurements were fitted numerically according to

the classical Lambert-Jonas equation for the determination of the ballistic limit velocity, V50. Finally, the 3D dynamic

nonlinear FE code, LS-DYNA, was used to validate the experimental results.
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20.2 Experimental Procedures

All GLARE panels considered in this study consisted of 2024-T3 aluminum alloy with a thickness of 0.305 mm (0.01200) per
layer and unidirectional S2-glass/epoxy laminated layers, each with a thickness of 0.508 mm (0.02000). Each S2-glass/epoxy
layer has a lay-up orientation according to Table 20.1. GLARE 5 panels with various stacking sequences and thicknesses

were cut into rectangular plate specimens with dimensions of 152.4 � 101.6 mm (600 � 400). The configuration of GLARE 5

panels with different stacking sequences, thicknesses, MVF and typical mechanical properties of constituents are described

in Tables 20.1 and 20.2, respectively [5–7]. In Table 20.1, the term MVF represents metal volume fraction and is defined as

the ratio of the sum of the thicknesses of all aluminum layers over the total thickness of the FML [8]:

MVF ¼
P

taluminum

tFML

(20.1)

The ballistic impact tests were performed using an in-house-designed gas gun. The gun consists of a pressurized tank, a gas

storage vessel, a solenoid valve and a stainless-steel barrel. The pictures of the gas gun setup and specimen container are shown

in Fig. 20.1. Compressed helium/air was used as the propellant. A 0.22 caliber copper bullet was chosen as the projectile.

Table 20.1 GLARE 5 panels tested in this study with different stacking sequences and thicknesses

Lay-up configuration

(m/n)

Prepreg plies

& orientation Total thickness MVF

2/1 [0�/90�]s 1.117 mm 0.546

Cross-ply (0.04400)

3/2 [0�4] 1.930 mm 0.474

Unidirectional (0.07600)

3/2 [0�/90�]s 1.930 mm 0.474

Cross-ply (0.07600)

3/2 [� 45�]s 1.930 mm 0.474

Angle-ply (0.07600)

3/2 [0�/ � 45�/90�] 1.930 mm 0.474

Quasi-isotropic (0.07600)

4/3 [0�/90�]s 2.743 mm 0.445

Cross-ply (0.10800)

5/4 [0�/90�]s 3.556 mm 0.429

Cross-ply (0.14000)

6/5 [0�/90�]s 4.368 mm 0.419

Cross-ply (0.17200)
The configuration notation m/n means the panel is composed of m aluminum-alloy layers interlaced with n
fiber-reinforced epoxy layers

Table 20.2 Typical values of mechanical properties [5–7]

Mechanical property Aluminum 2024-T3

UD S2 Glass/FM 94

Epoxy Prepreg

Tensile ultimate strength (MPa) L 455 1900

T 448 57

Tensile yield strength (MPa) L 359 –

T 324 –

Tensile modulus (GPa) L 72 54

T – 9.4

Ultimate strain (%) L 19 3.5

T – 0.6

Compressive yield strength (MPa) L 303 –

T 345 –

Compressive modulus (GPa) L 74 54.4

T – 11

Density (g/cm3) 2.79 2.00

The symbols, L and T, stand for longitudinal (the rolling direction for the metal) and transverse directions,

respectively
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The bullet mounted inside a pair of plastic sabots and then inserted into the gun barrel. Figure 20.2 illustrates the 0.22

caliber copper bullet and the sabot. For the same type of sabots, the projectile’s initial velocity can be controlled by changing

its position inside the barrel and/or by varying the input pressure of the gun. The plate specimen was clamped over a length of

25.4 mm (100) from each side (Fig. 20.3). The specimen fixture was extra supported by four C-clamps inside the specimen

container (Fig. 20.1b). The composite plate specimen was then impacted by the projectile at the center.

The speed of the projectile was measured in three distinct ways [1]. A pair of diode-lasers/amplified-photodiodes,

separated by 101.6 mm (400), was located near the exit of the gun barrel, forming two optical gates to measure the speed of the

projectile at the gun muzzle. For the second measurement, two pairs of chronographs were used to measure the projectile

speed before and after impact; one pair was located in front of the target, while the second was located behind the target.

Fig. 20.1 (a) The high-speed gas gun setup for ballistic impact tests and (b) specimen container.

Fig. 20.2 (a) 0.22 caliber copper bullet and (b) bullet mounted in a pair of plastic sabots
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Thirdly, a high-speed camera was used to monitor the bullet motion during the test. In this study, the high-speed camera was

set perpendicular to the projectile’s ballistic trajectory. Using the captured high-speed video, the bullet speed was then

determined before and after the impact. A schematic of the setup is shown in Fig. 20.4.

20.3 Results and Discussion

After determining the speeds of the bullet before and after impact, the incident projectile impact velocity was plotted versus

the residual velocity for each type of the specimens listed in Table 20.1. The experimental data was then fitted by least-

square regression according to the classical Lambert-Jonas equation [9] for the positive residual velocity values:

VP
R ¼ A VP

I � VP
50

� � ¼ A � VP
I � B (20.2)

where A and B are two regression coefficients and P is a power. VR and VI are the residual and incident velocities of the

projectile, respectively, while V50 is the ballistic limit velocity, which is defined as the velocity required for a projectle to

perforate the target 50% of the time.

Fig. 20.3 A composite plate specimen clamped at the two ends

Fig. 20.4 Schematic of the experimental setup
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Figures 20.5 and 20.6 illustrate experimental residual velocity versus incident velocity data fitted with the Lambert-Jonas

equation using different P values for the GLARE 5 FML plates with various stacking sequences and thicknesses,

respectively. For each specimen type, several P values were tried according to its VR versus VI experimental trend. In the

figures, the experimental data are specified by a solid diamond symbol and the Lambert-Jonas curves with different P values

are shown by dashed lines. The intersection of the Lambert-Jonas curve with the incident-velocity axis was considered as the

V50 velocity for a given P value.

As is apparent from Fig. 20.5, cross-ply, unidirectional and angle-ply specimens offered almost the same resistance to the

projectile perforation. In addition, the quasi-isotropic specimen showed relatively higher ballistic limit velocity compared

to other stacking sequences. It can be seen from Fig. 20.6 that as the panel became thicker, the ballistic limit also increased.

It should be mentioned that in the figures the symbols below the incident-velocity axes represent rebound velocities of the

projectiles. With current gas gun facility, achieving low velocity range, i.e. lower than 140 m/s, was very diffecult, if not

imposible. Therefore, the Lambert–Jonas equation becomes very useful for determining the V50.

Fig. 20.5 Experimental residual velocity vs. incident velocity fitted with the Lambert-Jonas equation using different P values for the GLARE

5 (3/2) FML plates with various stacking sequences
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Fig. 20.6 Experimental residual velocity vs. incident velocity fitted with the Lambert-Jonas equation using different P values for the cross-ply

GLARE 5 FML plates with various thicknesses
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20.4 Finite Element Simulation

In this study, ballistic impact on GLARE 5 FML plates with various stacking sequences and thicknesses were modeled and

analyzed using the commercially available finite element software, LS-DYNA. Figure 20.7 exhibits perspective views of the

composite plate. To simulate the experimental results, the aluminum layers as well as the 0.22 copper bullet were modeled

using the simplified Johnson-Cook material model. Table 20.3 represents the material parameters used for this model [10, 11].

In the simplified model, thermal effects and damage are ignored [12].

The composite model with Chang-Chang damage criteria was employed for the prepreg layers. This model is an

orthotropic material model with optional brittle failure for composites [12]. For this model three possible failure criteria

are possible, namely: matrix cracking, compressive and fiber breakage failures. The mechanical properties of the unidirec-

tional S2-glass/epoxy composite are described in Table 20.4 (some data were provided by the Structural Laminates

Company). Many of the constitutive models in LS-DYNA do not allow failure and erosion and hence

MAT_ADD_EROSION failure criteria were adapted to all the materials used here. In this study a strain-based failure

criterion was used for element erosion; that is, when e � eerosion, the element was eroded and removed from the calculation.

The interfaces between adjacent layers were modeled with tiebreak interface option to simulate the delamination

and debonding. The contact between layers in the FML was defined using the option, CONTACT_AUTOMATIC_

SURFACE_TO_SURFACE_TIEBREAK. ERODING_SURFACE_TO_SURFACE contact model was also used

between the projectile and FML. This model allows elements to be eroded when certain failure criteria are met.

Figures 20.8 compares FE predictions with experimental residual velocity versus incident velocity data for the GLARE 5

(3/2) FML plates with cross-ply [0�/90�]s, unidirectional [0�4], angle-ply [�45�]s, and quasi-isotropic [0�/ � 45�/90�]
stacking sequences, respectively. The FE results are shown by a circular symbol. As is apparent from the figure, FE

predictions are in excellent agreement with the experimental results. Moreover, excellent agreements between FE

predictions and experimental results could be seen for the GLARE 5 FML plates with (2/1), (3/2), (4/3), (5/4) and (6/5)

configurations (Fig. 20.9).

Fig. 20.7 Perspective views of the finite element simulation model: (a) far-off view, (b) close-up view
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Table 20.3 Material model parameters used for the 2024-T3 aluminum-alloy layers and 0.22 copper bullet [10, 11]

Material

Density

(kg/m3)

Young’s

modulus [GPa]

Static yield

limit [MPa]

Strain hardening

modulus [MPa]

Strain hardening

exponent

Strain rate

coefficient

Poisson’s

ratio

Aluminum r ¼ 2,770 E ¼ 73.084 A ¼ 369 B ¼ 684 n ¼ 0.73 C ¼ 0.0083 n ¼ 0.33

Bullet – E ¼ 117.21 A ¼ 4.36 B ¼ 457.81 n ¼ 0.37575 C ¼ 0 n ¼ 0.33

Table 20.4 Ply properties of the unidirectional S2-glass/epoxy prepreg

Density (kg/m3) Young’s modulus [GPa] Shear modulus [GPa] Poisson’s ratio Strength [MPa]

r ¼ 2,000 E1 ¼ 54 G12 ¼ G23 ¼ G31 ¼ 5.6 n20 ¼ n31 ¼ 0.0575 S1 ¼1,900

S2 ¼57

E2 ¼ E3 ¼ 9.4 n32 ¼ 0.33 S12 ¼76

C2 ¼ 285

Fig. 20.8 Comparison between FE predictions and experimental residual-incident velocity data for the GLARE 5 (3/2) FML plates with various

stacking sequences
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Fig. 20.9 Comparison between FE predictions and experimental residual-incident velocity data for the cross-ply GLARE 5 FML plates with

various thicknesses
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20.5 Conclusions

This study presents experimental and numerical investigations on the incident versus residual velocity behaviors of GLARE

5 FML plates with various stacking sequences and thicknesses. The following remarks can be concluded from this study.

• Cross-ply, unidirectional and angle-ply specimens offered almost the same resistance to the projectile perforation.

In addition, the quasi-isotropic specimen showed relatively higher ballistic limit velocity compared to other stacking

sequences.

• By changing the specimen configuration from (2/1) to (6/5), i.e. by increasing the specimen thickness, the ballistic limit

was also raised.

• The classical Lambert-Jonas equation was very useful in obtaining the ballistic limit velocities, especially for the cases

where obtaining lower incident velocities was experimentally difficult.

• FE obtained incident-residual velocity data were in excellent agreement with their experimental counterparts.
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Chapter 21

Impact of Aluminum, CFRP Laminates, Fibre-Metal

Laminates and Sandwich Panels

Shengqing Zhu and Gin Boay Chai

Abstract In the present paper, a thorough experimental investigation for the impact behavior has been conducted for panels

of four different materials, namely monolith aluminum alloy (AL), Carbon Fiber-Reinforced Laminates (CFRP), Fiber-

Metal Laminates (FML) and Composite Sandwich Panel of CFRP with nomex honeycomb core (CSP). The details of impact

response, energy-absorption, stiffness, and failure modes are discussed and presented. The results of the experimental

investigations, the finite element analysis and an analytical model are included in this paper. The ductility and impact

resistance of AL, CFRP, FML and CSP plates are discussed and compared. CSP and FML panels are found to have good

impact resistance and ductility. Failure mechanism of FML under impact loading is given in some details.

Keywords Impact dynamics • Composites • Failure mode • Fibre-metal laminates • Sandwich panel

21.1 Introduction

The components of the structures in aircraft and aerospace components are preferred to be made of light-weight materials

such as fiber-reinforced plastic (FRP), sandwich panel and lightweight metals due to their weight efficiency. Fiber-metal

laminate (FML) is a new structural material consisting of metal sheets with FRP layers. FML combines the advantage of

lightweight of FRP with the advantage of high impact resistance of aluminum alloy and thus is exploited in the aerospace

and aircraft industry [1].

During service, structures may be subjected to impact by foreign objects such as runaway debris and dropping of tools. In

the category of low-velocity impact, the dynamic response of the structure is of great importance. The key reason is that the

contact duration is sometimes too short for the entire structure to respond to the impact and thus more elastic strain energy

can be absorbed. Another reason is that the material, being ductile or brittle, gets stiffer when subjected to loading of high

strain rate [2, 3]. The impact damage of metals is easy to detect since the damage is initiated with yielding at the impacted

surface. In contrast, damage in composites often begins below the impacted surface and usually in the form of an internal

delamination [4, 5]. As a result, the impact response and damage in composites still need to be resolved.

21.2 Experimental Set-up

Four types of panels were fabricated as shown in Table 21.1 and used to conduct the impact tests on Instron Dynatup 8250.

All specimens have the same size (100 � 100mm) but of different thicknesses as shown in Table 21.1. GLARE is one type

of FML and GRP in the table means glass reinforced plastics.
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21.3 Experimental and FE Results

All the tests were simulated using a commercial finite element software ABAQUS/Explicit. The finite element results were

compared with experimental results in this section. For the four types of panels, the variation of contact force with

displacement of the impactor was divided into three stages (Fig. 21.1):

1. Elastic stage: the response in this stage is nearly linear elastic in which contact force is proportional to displacement with

transverse stiffness K1. This stage ends with initial threshold force P1 at u1.
2. Plasticity and/or facesheet damage and/or core buckling stage: the response the second stage is non-linear. For Al panels,

laminate panels and FML, this stage begins with localization around the contact area. For sandwich panel, indentation

happens in this stage due to core bucking. This stage ends with initial threshold force Pm at uf . In this paper, the slope of
the first stage and an approximate slope of the second stage K1 ,K2 is adopted

K1 ¼ P1

u1
;K2 ¼ Pm � P1

uf � u1
(21.1)

3. Unloading stage or fracture stage: the impactor is sprung back by panels and the contact force drop dramatically to zero

provided that there is no penetration over the target. If the impact energy is large enough to perforate the panels, the

impactor may not be rebounded and the contact force will decrease sharply at the point of maximum load.

The impact response and damage of the panels will be presented sequentially in the following sections for AL, CFRP,

CSP and FML panels.

21.3.1 AL Panels

The results of both the experiment and FEA were plotted in Fig. 21.2. The numerical results agree very well with the

experimental results. The curve of load-displacement is consistent with the three-stage diagram in Fig. 21.1 and the

stiffnesses in the first two stages are summed in Table 21.3. Aluminum is well-known for its super ductility during

deformation [6, 7]. In present tests, the AL panels undergo large deflection up to twice of its thickness without fracture.

As shown in Fig. 21.2b that most kinetic energy was absorbed during plastic deformation.

21.3.2 CFRP Panels

Laminates with three different lay-ups were tested and, the loading curve is approximated to linear. The experimental and

finite element results are plotted in Fig. 21.3. The numerical results agreed quite well with the experimental results and the

transverse stiffnesses were calculated as shown in Table 21.2.

Table 21.1 Configuration of

tested specimens and impact

velocity

Specimen Thickness (mm) Areal density (kg/m2) Lay-up Velocity (m/s)

Al 1100-H14 2.00 5.40 – 0.802,2.31

CFRP 1.75 1.93 [0/0/90/0/0/45/-45]s 2.31

CFRP 1.75 1.93 [45/0/0/90/0/0/-45]s 2.31

CFRP 1.75 1.93 [45/0/0/90/0/-45/0]s 2.31

CSP 17.5 3.88 [0/90/0/90/0]s 13:15* 1.14, 2.11, 2.20,

2.27, 2.31

CSP 22.5 4.05 [+45/-45/0/90/0]s 3:20 1.65

GLARE1 0.970 1.95 Al/G.E./Al* 3.08

GLARE2 0.973 1.95 Al/G.E./Al 3.14

GLARE3 0.964 1.95 Al/G.E./Al 3.14

Note: 13:15 means a honeycomb core with cell size 13 mm and core thickness 15 mm
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Fig. 21.2 Load history and force-displacement curve for Al panels subjected to impact loading (a) thickness of panel 2mm (b) thickness of

panel 3mm
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Fig. 21.3 Contact force history and force-displacement curve for layup [0/0/90/0/0/45/-45]s
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Fig. 21.1 Schematic diagram of the three stages for panels subjected to low velocity impact
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For laminates with different layup, the maximum forces and displacements are close to each other. Laminates with lay-up

[0/0/90/0/0/45/-45]s not only bear the maximum force but also provide the largest transverse stiffness. Thus they have the

best impact resistance compared with the other two laminates. The combination of +45/�45 plies in laminates has been

known to improve the impact resistance, which has been reported by experimental results [5].

21.3.3 CSP Panels

For composite sandwich panels of [0/90/0/90/0]s 13:15, five specimens were tested with different impact velocities. The

variation of initial threshold forceP1, maximum force, and slopes for stage I and II with impact velocities are plotted in

Fig. 21.4. The initial threshold force and transverse stiffness for stage I are predicted theoretically in [8]. The theoretical

prediction has been compared with experimental results in Fig. 21.4 and shows good agreement.

The curves in Fig. 21.4 shows the initial threshold force and transverse stiffness are accurately predicted by the formula in

Eq. 21.1. Larger impact velocity results in larger maximum force P2 which has been reported both by theoretical method [8]

and experimental result [9] while impact velocity has little effect on initial threshold force P1 and stiffnessK1 (Fig. 21.5).

Transverse stiffness K1 and K2 are illustrated in Table 21.3. The stiffness of sandwich panels in two stages were slightly

increased with increasing impact velocities except the one specimen, which was also reported [9, 10].

Table 21.2 Transverse stiffness of laminates impacted by velocity of 2.31m/s

Layup

Maximum force

(kN)

Displacement

(mm)

Transverse stiffness

(MN/m)

[0/0/90/0/0/45/-45]s 2.45 4.66 0.542

[45/0/0/90/0/0/-45]s 2.30 4.58 0.501

[45/0/0/90/0/-45/0]s 2.22 4.36 0.508

Fig. 21.4 Initial threshold

force, maximum force and

stiffness with impact velocity

for sandwich panel [0/90/0/90/

0]s 13:15
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21.3.4 FML Panels

In total, three GLARE specimens were tested and their response curves are very similar. The load-displacement history of

GLARE2 impacted with a velocity of 3.14 m/s is plotted in Fig. 21.6. There is a kink in the initial stage of the curve; after that,

the contact force increase almost linear with displacement until FML is perforated by the impactor. The response of FML

subjected to impact loading has been predicted [11] by introduction of a non-dimensional force p ¼ P=ð2pRh0syÞ, where P is

the contact force, R is the radius of contact and h0; syare the thickness of one layer and yield stress of aluminum alloy.

The prediction of the contact force with displacement is also plotted in Fig. 21.6 and was compared with the experimental

results. The failure modes of GLARE2 and GLARE3 are well-predicted and illustrated in Fig. 21.7. The deformation and

damage evolution of GLARE2 are plotted graphically in Fig. 21.8. With increasing deflection and contact pressure by

Table 21.3 Transverse stiffness of Al and CSP panels impacted with various velocities

Specimens Impact velocity (m/s) K1(MN/m) K2 (MN/m)

Al 0.802 1.44 0.374

1100-H14 2.31 1.44 0.508

CSP 1.14 1.11 0.386

2.11 1.26 0.565

2.20 1.11 0.536

2.27 1.12 0.586

2.31 1.35 0.653
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Fig. 21.6 Load history and load versus displacement for GLARE2 impacted by 3.14 m/s
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Fig. 21.5 Load history and load versus displacement for sandwich panel [+45/�45/0/90/0]s 3:20 impacted by 1.65 m/s
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Fig. 21.8 Deformation and damage evolution of GLARE2 subjected to impact of velocity 3.14 m/s. (a) Yielding initiated in Al layer at 0.13 ms

(cut view), (b) Cracking initiated in G.E. layer at 0.38 ms (cut view), (c) Cracking initiation in Al layer in back side at 1.7 ms(bottom view),
(d) Cracking initiation in Al layer in top side at 1.8 ms(top view), (e) Graph of FML after perforation at 5 ms with half shown

Fig. 21.7 Comparison of failure for specimens GLARE2 and GLARE3 FEA and experimental results: (a) FEA for B2; (b) Experiment for B2;

(c) FEA for B3; (d) Experiment for B3
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impactor, the top AL layer in contact yields at first. This is followed by fracture in GRP layer. Then, the yield region

increases and tensile fracture emerges in the bottom AL layer. In final stage, the impactor penetrates the aluminium layers

and FML panel fails as a structure. During impact, the FML panel undergoes deflection up to six times of its thickness, thus

having very good ductility [12].

21.4 Conclusion

A thorough experimental investigation of the impact properties of AL, CFRP, FML and CSP plates under transverse impact

loading was carried out and their results were presented and discussed. These four different panels are commonly found in

lightweight structures such as those found in the aircraft and aerospace application.

AL panel is very ductile and therefore also better at impact resistance. Most of the impact energy is absorbed by large

plastic deformation in and around contact region. However, aluminum panel gives maximal area density. CFRP panel is the

best in lightweight but inferior when impacted. The localized damage in and around contact region is critical and sometimes

resulted in perforation. FML panels combined the advantages of ductility in aluminum alloy and the lightweight nature of

fiber reinforced plastics. This combination dilutes the disadvantages of both materials. Damage in FRP is sometimes difficult

to detect but it is not the case for FML since the first layer is made of metal with ductility. The damage of FML under impact

is usually initiated by aluminum yielding at contact region followed by fracture in FRP layers due to large strain. Cracking in

aluminum layers means the final perforation of FML panels.

In the tests, the bending stiffness of FML plates are found to be far less than that of the CS since the thickness of FML is

far less than the height of CSP. The impacted area density and impact resistance of CSP are superior. CSP are lightweight

and they can absorb energy not only from overall bending but also from indentation after core buckling. Therefore, CSP is

the best choice to resist dynamic loading bearing in mind the constraint in height will be an issue.

FML and CSP responded with superior ductility as compare to CFRP panels and they have high strength to resist impact

loading condition. The use of FML as facesheets in sandwich construction seems to be a promising combination for future

research study.
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Chapter 22

Impact Monitoring in Aerospace Panels via Piezoelectric Rosettes

Francesco Lanza di Scalea, Hyonny Kim, Sara White, Zhi M. Chen, Salvatore Salamone, and Ivan Bartoli

Abstract This paper investigates the monitoring of impact damage in aircraft panels by the measurements of the resulting

Acoustic Emissions (AEs) by Piezoelectric Rosettes. It has been recently demonstrated that the Piezoelectric Rosettes are

essentially the dynamic equivalent of the Electrical Resistance Strain Gage Rosettes if certain conditions between the AE

wavelength and the gage dimensions apply. Therefore, the Piezoelectric Rosettes can extract the principal strain angle of the

AE wave, that is the wave propagation direction, without knowledge of the wave velocity. By intersecting two directions, the

location of the AE source can be determined by a minimum of two Rosettes. Since no wave velocity is required, the AE

source location is more accurate than conventional time-of-flight triangulation for complex structures where the wave

velocity changes along different propagation directions (anisotropic materials) or along each propagation direction (tapered

or layered geometries). The Piezoelectric Rosettes designed here are comprised of highly-flexible Macro-Fiber Composite

(MFC) Piezotransducer patches that are conformable to curved surfaces and more durable than monolithic PZT sensors

because they are less brittle. In this paper, the MFC Piezoelectric Rosettes are applied to monitoring the progression of

damage during “blunt” impact tests of two curved carbon/epoxy composite panels with co-cured stringers and mechanically

fastened shear-ties that are highly representative of aircraft fuselage structures. The damage progression was monitored

satisfactorily without knowledge of the wave velocity in the panels and outside of certain time windows where the Rosette

signals were saturated by the large impact loads. Additional impact tests are being planned to continue the development of

this innovative impact monitoring technique.

Keywords Piezoelectric rosette • Lamb waves • Acoustic emission location • Fiber-reinforced composite materials

22.1 Introduction

Impacts (either at high velocity such as from hail ice, birds or projectiles, or at low velocity such as from ground equipment)

are a realistic threat to exposed aircraft structures such as fuselage and wing panels [1]. The extensive use of laminated

polymer composites in the design of aerospace structures has caused an increased attention to damage due to impacts

because induced damage can often be barely visible in these materials.

Monitoring impact damage usually starts with locating the point of impact and/or the potential subsequent damage. In

traditional Acoustic Emission (AE) monitoring, the impact or damage location is calculated from time-of-flight triangulation

of elastic wave measurements taken at multiple receiving points. These waves are dispersive guided modes that are well

supported by the plate-like geometries of aerospace fuselage and wing panels. One problem with time-of-flight triangulation
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is the dispersive nature of the flexural guided wave mode (the dominant one from impacts) which makes it difficult to

identify an accurate arrival time. Another, more severe problem with time-of-flight triangulation is the required knowledge

of the wave velocity in the test material. The velocity is required to translate arrival time measurements into source location.

This requirement is a fundamental limitation when monitoring anisotropic or geometrically-complex structures (e.g.

aerospace panels), where the velocity is dependent upon propagation direction, v ¼ v(y). In addition, in the case of tapered

or multilayered structures, the wave velocity can also change along a given propagation direction because of dispersion.

Alternative AE source location approaches have therefore being proposed, including model-based approaches [2], artificial

neural networks [3, 4], optimization routines [5, 6], and Piezoelectric Rosettes [7, 8].

Besides impact location, another desired outcome of an impact monitoring system is the determination of the time history

of the impact force magnitude (impact force identification). Since impact force thresholds causing damage in composites are

well known to the aircraft designers, knowledge of the impact force magnitude and duration (particularly the peak

amplitude) can indicate whether an impact event is harmless or has caused damage to the structure [9]. The Piezoelectric

Rosette technique is also being applied to the impact force identification.

The present paper aims at contributing to the area of impact monitoring in aerospace structures on the front of impact

damage location. The first part of the paper quickly reviews the main concept of AE source location by Piezoelectric

Rosettes. The second part of the paper summarizes the results of the monitoring of damage progression during “blunt”

impact tests of two curved CFRP panels highly representative of aircraft fuselage structures.

22.2 Basics of Piezoelectric Rosettes for Acoustic Emission Source Location

It was previously demonstrated [7] that the voltage sensitivity of a rectangular (l � b) MFC sensor, modeled as an

orthotropic lamina in plane stress conditions, to a harmonic guided-wave strain field (such as an a0 Lamb wave in a

plate), can be written in a manner analogous to conventional Electrical Resistance Strain Gages (ERSGs). Accordingly, for

l � l(sensor length smaller than wavelength), the MFC sensor sensitivity can be decomposed into a longitudinal sensitivity

factor, S1, and a transverse sensitivity factor, S2, as:

S � S1cos
2yþ S2sin

2y (22.1)

where y is the wave propagation direction relative to the sensor’s lengthwise direction, l, and S1 and S2 are given in Ref. [7].
By using strain transformation relations, the sensor’s voltage response to strain becomes:

V � S1 �e11 þ S2 �e22 (22.2)

where the wave strain components along the longitudinal and the transverse sensor directions, 1 and 2 respectively, are

explicitly indicated. Equation 22.2 makes the MFC response formally equivalent to that of conventional ERSGs and hence

rosette configurations can be considered.

Therefore, given the measurement of three independent strains from the response of three MFC sensors in a rosette

configuration, it is possible to calculate the Cartesian strain components and the principal strain angle y using well-known

ERSG rosette reduction approaches. The principal strain angle of the wave, y, measured from the global axis x (Fig. 22.1b),
can be computed as:

tan 2f ¼ gxy
�exx � �eyy

(22.3)

Evaluation of the source location in a planar structure is readily achieved by the intersection of the principal directions

determined by two rosettes (Fig. 22.1a).

22.3 Matlab# Acoustic Emission Source Location Script

AMatlab# script was written for the automatic location of AE sources from the MFC Rosettes. The script first loads the data

collected by up to four Rosettes. It then applies time gates and passband filters the signals with a Butterworth filter of order 4.

The upper frequency of the passband filter (HF) is determined based on the wavelength tuning behavior of the individual
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MFC sensors comprising the rosettes (with the main requirement being to use a frequency such that the smallest wavelength

is equal to or larger than the largest dimension of the sensors). For the 14 mm � 7 mmMFC sensors used in the experiment

tests discussed in the following section, the HF value was 100 kHz. The choice of the low frequency value (LF) is more

flexible. The Matlab# program further features a rather sophisticated “event detection” scheme that uses two levels of

controls to detect true damage events and discard artifacts such as secondary wave reflections from the panel edges. The first

level of control imposes a minimum time delay (DTmin) between two successive AE events that prevents the detection of

possible edge reflections following the damage events. The second level of control ensures that at least two Rosettes detect

the same event, i.e. an AE hit with an amplitude exceeding a pre-determined threshold (THRSD) and arriving at the two

Rosettes within a maximum time interval (DTmax).

The following parameters are among those given in input to the Matlab# program:

1. Number, position and orientation of up to four Rosettes;

2. Time gates for signals;

3. Low – and high-frequency cutoff values for passband Butterworth filter (LF and HF);

4. Amplitude threshold for signals to retain (THRSD);

5. Minimum time interval between two successive damage events (DTmin);

6. Maximum time interval for same event detected by any two Rosettes (DTmax);

7. Damage visualization parameters (size of panel, positions of shear ties and stringers).

Upon running, the program provides the user with a menu of choice to select different combinations of Rosettes to be used

for the damage location. Once a selection is made, the program outputs graphs of the detected locations of damage,

superimposed to a geometrical representation of the test panel, at four different time windows. Currently, the program takes

approximately 45 s to run on a regular Personal Computer (Intel Core i5 CPU at 2.53 GHz) using 12 channels (four Rosettes

of three sensors each) and 750,000 points in each channel acquired at a 2.5 MHz simultaneous sampling rate.

22.4 Experimental Tests and Results of Impact Damage Location

An extensive experimental testing program is being conducted to validate the AE source location technique on composite

panels subjected to both projectile impacts and “blunt” impacts. This paper presents the results of the “blunt” impact tests

conducted on two curved (carbon fiber reinforce plastic) CFRP panels. Specifically, “Test Panel 1” was a 1 m � 1 m curved

panel with three hat-shaped co-cured stringers and L-shaped shear-ties (brackets) bolted using aerospace countersunk “shear

head” fasteners (Hi-Lok) – Fig. 22.2a. The panel was instrumented with four Piezoelectric Rosettes, each comprised of three,

d31 (type P2) MFC piezoelectric sensors (14 mm � 7 mm) arranged in a Delta configuration (relative angles of 120�)-
Fig. 22.2b. A minimum of two Rosettes are needed for the damage location – the additional rosettes were meant to provide

redundant data points.

The impactor (rubber bumper from ground equipment – Fig. 22.2c) contacted the specimen at the center of the panel,

above the central stringer. The load history plot (Fig. 22.3) suggests that the impactor indented elastically for the first 200 ms,

Fig. 22.1 (a) Concept of Piezoelectric Rosettes for wave source location in a plane, (b) reference system for the calculation of the Cartesian

strains of the wave from the sensor’s response
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followed by major damage (through-thickness cracking) with complicated rebounds. The large waves produced between

120 and 220 ms saturated the readings from the MFC sensors and made it impossible to detect damage progression in this

time window. Nevertheless, several damage locations were detected outside of the saturated window.

The Matlab# results are shown in Fig. 22.4, where the damage locations (“+” symbols) determined from six rosette pairs

(locations at triangle symbols) are plotted for four time windows (respectively: 150, 180, 280 and 300 ms from the beginning

of the test – 0 s in Fig. 22.3). The Matlab# figure also shows the position of the stringers and shear-ties. The frequency band

used for these results was 50–100 kHz. It can be seen that almost all of the damage occurred at the expected stress

concentration areas, i.e., at the stringer-to-skin and shear-tie-to-skin interfaces. Within the time windows monitored, damage

was seen to initiate at the central stringer, progressing to the top stringer, and then coalescing around the central area of the

panel around the impactor location. Owing to the rosette technique, this result did not use any information on the material

properties of the panel (e.g. wave speeds).

A second “blunt” impact test was conducted next. Shown in Fig. 22.5, “Test Panel 2” was the same material as Test Panel

1, but it had two, instead of three co-cured stringers. The other properties were the same as the previous panel (1 m � 1 m

curved panel, bolted shear-ties, etc.). The four MFC Delta Rosettes were bonded at different locations than the previous test,

as shown in the Fig. 22.5a.

The impact load and displacement time histories for this second test (Fig. 22.6) indicate that contact was maintained

between 100 and 1,100 ms, with a peak impact load at around 200 ms. Figure 22.7 shows the Matlab# results for this test,

obtained with the bandpass filter set to 40–100 kHz. The time windows considered in the plots are: 150, 180, 190, and 300 ms

from the beginning of the test (0 s in Fig. 22.6). Some signal saturation occurred again between 200 and 230 ms hence this

time window was not considered in the results by using appropriate time gates in the signals. Since one of the sensors in

Rosette 4 lost a connection during the test, the results are shown using all pair combinations from three Rosettes. It can be

seen that damage initiated at early times in the central region of the upper stringer. The damage then progressed horizontally

along the upper stringer and into the top left shear-tie, with some isolated events detected in the bottom stringer. Again, this

result did not use any information on the material properties of the panel.

Fig. 22.2 (a) The curved CFRP Test Panel 1 with co-cured stiffeners and bolted shear-ties instrumented with the MFC Piezoelectric Rosettes.

(b) Zoom of one of the Rosettes. (c) Setup of the “Blunt” Impact Test 1
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Fig. 22.3 Load and displacement time histories recorded from the impactor in Blunt Impact Test 1
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Fig. 22.4 Damage progression monitoring with MFC Rosettes in Test Panel 1 under “blunt” impact test. Output of Matlab# script for automatic

damage visualization. The “+” symbols are damage locations

Fig. 22.5 (a) The curved CFRP Test Panel 2 with co-cured stiffeners and bolted shear-ties instrumented with the MFC Piezoelectric Rosettes.

(b) Zoom in one of the rosettes. (c) Setup of the “Blunt” Impact Test 2
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22.5 Conclusions

This paper has demonstrated the location of AE sources generated during “blunt” impact tests of aircraft composite panels by

the Piezoelectric Rosette technique. The use of Piezoelectric Rosettes allows to determine the location of the AE source

without knowledge of the material properties or wave speeds. This is particularly beneficial in the case of anisotropic
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Fig. 22.6 Load and displacement time histories recorded from the impactor in Blunt Impact Test 2

Fig. 22.7 Damage progression monitoring with MFC Rosettes in Test Panel 2 under “blunt” impact test. Output of Matlab# script for automatic

damage visualization. The “+” symbols are damage locations
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structures, where the wave velocity changes with changing wave propagation direction, or tapered and multilayered

structures, where the wave velocity changes along a given propagation direction. The Piezoelectric Rosettes used are

comprised of highly-flexible Macro-Fiber Composite Piezotransducer patches that are conformable to curved surfaces and

more durable than monolithic PZT sensors because they are less brittle. The Piezoelectric Rosette technique was here

applied to monitoring the progression of damage in two, 1 m � 1 m curved CFRP panels with co-cured stringers and

fastened shear-ties subjected to “blunt” impacts simulating those from aircraft ground maintenance equipment. The results

indicated plausible progression of damage around the expected stress concentration areas, i.e., at the stringer-to-skin joints

and at the shear ties-to-skin joints. The tests also showed some signal saturation at the highest load levels for which damage

location was not possible. Additional tests are being planned on a larger curved panel where particular care will be taken to

avoid signal saturation by maximizing the dynamic range of the data acquisition system.

In addition to impact/damage location, the Piezoelectric Rosette technique is being developed for the identification of the

impact force, whose knowledge can lead to an informed decision-making following an impact event. The impact force

identification approach is based on a Semi-Analytical Finite Element model of wave propagation [10].
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Chapter 23

Using Experimental Data to Improve Crash Modeling

for Composite Materials

Morteza Kiani, Hirotaka Shiozaki, and Keiichi Motoyama

Abstract Accurate simulation of the composite material crash tubes subjected to axial impact is a challenging field of study

in automotive or aerospace industry; however, analytical prediction of the crashworthiness behavior in composite materials

is limited. In this paper, three different analytical approaches are presented which have been used to study the crashworthi-

ness of a pultruded glass-polyester tube. The first model is established based on the single shell elements. This approach is

very effective, when composite part is assembled in the full structure. However, this technique can be used when the

experimental result is available. In the second approach, the crash tube is modeled by using multi-layered shell element

(delamination model). Relying on coupon test information of the composite material, this modeling technique can provide

reasonable result for the energy absorption of the tube. The third modeling approach is looking for crashworthiness

prediction of the discussed tube by using the first model which its parameters are tuned based on the result of the second

model. Finally, the sensitivity of the result is studied by changing the major parameters in the first model. This paper is

looking for finding a method to reasonably estimate the crashworthiness behavior in the composite materials.

23.1 Introduction

Extensive research in the recent decades has shown that stable progressive crushing and high specific energy absorption can

be achieved by fiber reinforced composite tubular structures. Most of the composite materials absorb crash energy through a

combination of fracture and friction [1]. Indeed, the fracture due to compressive load extends in the composite material part

through extensive micro cracks in the matrix and fibers in a short time. Moreover, fiber-matrix debonding, delamination and

internal ply separation are resulted by compressive loading. These characteristics in composite materials increase energy

absorption compared to the metalic structure [2, 3]. In automotive industry, to design auto body not only the strength to

weight ratio but also high energy absorption should be considered. These two criteria motivate designers to replace metallic

crash rail boxes with the composite material counterparts [4]. However, there is little doubt that the analytical methods are

capable to predict the post-failure response of the composite material structures. Actually, as discussed before, composite

material structure subjected to impact loading fail in several complex modes, so the energy-absorption characteristics in the

composite material cannot be easily predicted [5]. In addition to failure mechanisms, the crash response of the most

composite material parts is highly influenced by other parameters such as: geometry, fiber and matrix type, volume fraction,

manufacturing process, lay-up, angle of impact, and the impact velocity. These factors have made a lot of limitations in the

capability of the current software to predict or simulate the crushing behaviors of the composite materials. Today, the major

commercial software that can be used in crash simulations include: LS-DYNA, ABAQUS Explicit, PAM-CRASH,

M. Kiani (*)

Center for Advanced Vehicular System, Computational Engineering Program, Mississippi State University, Starkville, MS 39762, USA

e-mail: mk532@msstate.edu

H. Shiozaki

Mitsubishi Motors Corporation, 1 Nakashinkiri, Hashime-cho, Okazaki Aichi Prefecture 444-8501, Japan

e-mail: hirotaka.shiozaki@mitsubishi-motors.com

K. Motoyama

Center for Advanced Vehicular System, Mississippi State University, Starkville, MS 39762, USA

e-mail: keiichi@cavs.msstate.edu

E. Patterson et al. (eds.), Composite Materials and Joining Technologies for Composites, Volume 7: Proceedings of the 2012 Annual
Conference on Experimental and Applied Mechanics, Conference Proceedings of the Society for Experimental Mechanics Series 44,

DOI 10.1007/978-1-4614-4553-1_23, # The Society for Experimental Mechanics, Inc. 2013

215

mailto:mk532@msstate.edu
mailto:hirotaka.shiozaki@mitsubishi-motors.com
mailto:keiichi@cavs.msstate.edu


DYTRAN, and RADIOSS. Many studies show that these series of commercial software can simulate the crash response in

the composite materials well [5–10] when the experimental data of crash response exist. To date, major studies have been

assigned to compare the result of the crash simulation with the experimental data [6, 11–13]. However, by using some

modeling techniques, a few researchers have started new studies to overcome the barriers of the crashworthiness prediction

in composites. For example, Mamalis et al. [14, 15] studied the crash behavior of square composite tubes subjected to static

and dynamic axial compression. In addition, Feraboli and his colleagues parametrically studied the crash simulation for a

corrugated specimen Carbon Fiber Reinforced Plastic (CFRP) under quasi-static loading [16, 17]. They used LS-DYNA to

simulate the crashworthiness of the composite materials for both quasi-static and dynamic impact. LS-DYNA developed by

Livermore Software Technology Corp. (LSTC) is a multi-purpose explicit and implicit finite element program used to

analyze the nonlinear response of both metallic and composite materials structures. This software by using fully automated

contact algorithms, wide range of material models, and different element formulations enables users to solve impact

problems especially in composite materials. Modeling the structure by using one single shell elements or multi-layered

shell element are the two major approaches that the user can apply in the crashworthiness analysis in the composite

materials. These two approaches and the capabilities which have been mentioned above give enough capacity to LS-DYNA

to predict a reasonable behavior of the crash response for the composite material.

By using the techniques mentioned above, this paper studies the crashworthiness of the pultruded glass-polyester tube

subjected to axial impact [7]. At the first step, the crash simulation has been performed based on the single shell elements.

This model can be implemented for any complex geometry when the crashworthiness of the part or full structure is needed.

However, using this method is limited because the crash results should exist to tune the parameters in the model. In the

second approach, the tube has been modeled by using multi-layered shell element. This model results a reasonable crash

response for the tube even the crash test data are not available. Finally, as the goal of this study, the paper presents a

modeling technique to predict the crashworthiness behaviors of the composite tube. Actually, the third model has been

constructed based on the mesh of the first model and applicable parameters of the second approach. In addition, as the first

modeling approach needs the crash test data, the results of the second approach has been exploited as the target to tune the

parameters in the third model. So, the third model can be used as the model that can predict the crashworthiness behavior of

the discussed tube. The results of all approaches are compared to the experiment discussed in the literature [7]. Finally, the

sensitivity of the major modeling parameters of the first approach is studied. This study realizes the effect of each parameter

in the model, and helps to take a step in standardization of the crash simulation for the composite materials.

23.2 Material and Definition of the Impact

A circular cross section tube made of pultruded glass-polyester is subjected to impact by a mass of 68.85 kg and initial

velocity of 9.3 m/s. The lay-up is [0]6T yielding an average laminate thickness of 3 mm, and the crash front of the tube has

been chamfered by 45�. The outer diameter and the length of this tube are 50 mm and 220 mm, respectively. All material

properties, taken from literature [18, 19], are listed in Table 23.1.

23.3 Finite Element Modeling Details

23.3.1 First Modeling Approach

In the first approach, the discussed tube is considered as a single shell, and the mesh is generated based on using element

formulation of the Belyscko-Tsay quadrilateral. In this step, checking the direction of the elements is recommended. Most of

the time, if the direction of the elements are aligned to the crushing direction, the accuracy of the simulation result will be

enhanced. As Fig. 23.1a shows, two rows of elements are considered to be the trigger in this model. The thickness of the front

Table 23.1 Material properties for the pultruded glass-polyester

vf r (kg/m3) Ex(GPa) Ey(GPa) nxy Gxy (GPa)

48.3 1,850 31.20 9.36 0.29 3.20

sTXX(MPa) sTYY (MPa) sCXX (MPa) sTYY(MPa) tuxy(MPa) Interlaminar Shear Stress (MPa)

483.0 34.9 409.0 92.2 73.3 55.0
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trigger is 0.5 mm, and the other trigger has the thickness of 2 mm. Usually, using two rows of elements as trigger portion

prevents catastrophic breakage of the model. The mesh size of the model is another important issue in impact simulation.

Many literatures show that the crash simulation result is highly influenced by the mesh size [20]. Improper mesh size not

only brings instability but also induces errors in results. In this paper, the size of the elements for the FE model was

considered equal to the thickness of the part, and this consideration yields 3,404 elements in the FE model. Usually, if the

element size is considered to be equal to the thickness of the part, this issue yields improvement in the accuracy of the crash

simulation for the composite materials.

Material model is another important parameter in the crash simulation. In LS-DYNA, there are several material models

that can be used in the simulation of the crash in composite materials [21]. MAT54 is one of the best material models in LS-

DYNA which is suitable for progressive failure analysis in the composite material [5, 22], of course, when the composite

part is modeled by shell element. This material model can be used in simulation of the progressive failure in the composite

materials. The parameters in this material model can be considered by two groups.

The first group includes the parameters which are related to the stiffness and strength of the composite materials.

Implementation of coupon test provides enough information for the first group material parameters. The second group is

related to the input parameters that cannot be acquired by implementing coupon test, but they can be found by trial and error

fashion. SOFT, FBRT, and YCFAC are the major parameters which can be obtained just by trial and error. To find the proper

value for these parameters, the user should have the crash test result and try to match the simulation result with the experiment

by changing these parameters. This issue makes hard to predict the crashworthiness behavior for the composite material by

using simulation techniques. Deleo et al. [23] investigated the effects of the major parameters inMAT54 on the crash response

for a sinusoidal specimen made of carbon fiber reinforced plastic (CFRP). This investigation shows the parameter of

compressive strength (sTXX), Compressive Fiber Failure Strain (DFAILC), and SOFT which are the major parameters in the

model that completely change the crashworthiness behavior of the composite. Whereas, other parameters in this material

model cause instability or they do not have a great influence on crashworthiness behavior. Regardless of the first group of the

parameters which can be found by test, this paper investigates the second group of the parameters.

Contact definition between the interacting parts is another important step which is necessary in the crash modeling. Two

different contact algorithms are used in the first model. The first contact definition is Automatic_Nodes_To_Surface and it

handles the interaction between the impactor and the composite tube. Also, to prevent the penetration of the deformed part

boundary by its nodes, the second contact algorithm, Automatic_Single_Surface, is defined just for the elements of the tube.

Usually, finding all data for each input deck can be followed by using default values that are provided by LS-DYNA;

however, the user can change most of the parameters until instability is observed in the simulation.

23.3.2 Second Modeling Approach

In the second modeling approach, the composite material tube is modeled using three layers of Belytschko-Tsay shell

elements. The thickness for each layer is considered to be 1 mm, equally. As the Fig. 23.1b shows, trigger mechanism can be

ignored, and the nodes in the first row of the inner and outer layer are bended toward inside and outside of the tube,

respectively. This technique helps the crash simulation being stable and prevents catastrophic behavior.

In this kind of modeling, usually the number of the layers depends on the number of delamination occurred in the

experimental crash test. However, the user can assume reasonable layers with considering the required calculation time.

Similar to the first modeling approach, MAT54 has been considered as the material model and all the parameters in this card

are filled out based on the coupon test; however, the SOFT parameter is the only parameter which its appropriate value can

Fig. 23.1 (a) Finite Element (FE) model of the crash tube in first approach, (b) FE Model of the crash tube in the second approach
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be obtained just by try and error and check the stability of the simulation. Also, Automatic_Nodes_To_Surface and

Automatic_Single_Surface are defined for same the purposes which had been discussed previously in the first model. In

addition to these two contact algorithms, two other contacts, Automatic_Surface_To_Surface_Tiebreak (option 8), were

applied to tie the middle layer to the inner and outer layers. In option 8, three parameters are needed: NFLS and SFLS

(normal and shear failure Stresses), and PARAM (critical distance at which the interface failure is complete). In this study,

NFLS and SFLS are considered to be equal to interlaminar shear strength. Also, the time step in the second simulation is

controlled to be less than 1E-6, similar to the first model.

By using the results of the coupon test and default options in LS-DYNA, most of the input cards have been filled out in the

second model. Thus, the second model is constructed without any try and error on tuning the parameters.

23.3.3 A Model to Predict Crashworthiness Behavior of the Glass-Polyester Crash Tube

This model is supposed to predict the crashworthiness behavior of the glass-polyester tube discussed in [7]; moreover, it

should be applicable in the full structure crash simulation. To construct this model, the parameters in the first model have

been replaced by the similar parameters of the second model. In addition, to tune the parameters in the third modeling

approach, the result of the second model has been considered as the reference. In this case, just the parameter of SOFT

should be tuned by try and error to obtain the stability for the simulation. As the second model was established by using the

coupon test results and the default values for the parameters in keywords, the third model can be considered as a model that

can predict the crash response for the tube.

23.4 Results

Usually, the crashworthiness behavior of structures is evaluated by means of plotting Force-Displacement which gives the

amount of energy absorbed by the structure. In Fig. 23.2a, Force-Displacement curves found by simulations are compared to

the experiment [7], and the amount of energy absorption in each case is shown by Fig. 23.2b.

These results had been found by try and error on SOFT and conducting many simulations. The value of SOFT for each

approach are 0.75, 0.905 and 0.72 corresponding to the first, second and third approach. Figure 23.3 shows the second

approach provides reasonable failure patterns similar to the experiment [13], and Fig. 23.4 shows the final deformation for

both experiment and second simulation.

Fig. 23.2 (a) Comparison of Force-Displacement curves for experiment and simulations; (b) Comparison of energy absorption capacity
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23.5 Discussion

Deleo et al. [23] completely discussed about the effects of the major parameters in MAT54 on the crashworthiness behavior

of the CFRP sinusoidal specimen under quasi-static impact loading. In this paper, the crashworthiness behavior of the glass-

polyester crash tube is studied to investigate the sensitivity of the simulation results to the major parameters in the model.

Here, the parameters that have more influence on the results of the first and second modeling approaches have been

discussed. First of all, the parameters of MAT54 will be discussed by the following descriptions:

According to literature [21, 24], failure can occur if one of the following strength criteria is met:

Tensile fiber mode (Fiber rupture):

s11 > 0 then ef
2 ¼ s11

sTXX

� �2

þ b
s12
tUXY

� �
� 1

� 0 Failed

< 0 Elastic

(
;

EXX ¼ EYY ¼ GXY ¼ uYX ¼ uXY ¼ 0 (23.1)

Compressive fiber mode (Fiber buckling and kinking):

s11 < 0 then ec
2 ¼ s11

sTXX

� �2

� 1
� 0 Failed

< 0 Elastic

(
;

EXX ¼ uYX ¼ uXY ¼ 0 (23.2)

Fig. 23.3 Debonding between layers obtained from the second simulation

Fig. 23.4 (a, b) Comparison between the pattern of the deformation obtained by the experiment [13]; (c) final deformation resulted by the second

modeling approach
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Tensile matrix mode (Matrix cracking under transverse tension and shearing):

s22 > 0 then em
2 ¼ s22

sTYY

� �2

þ b
s12
tUXY

� �2

� 1
� 0 Failed

<0 Elastic

(
;

EYY ¼ uYX ¼ 0�!yields GXY ¼ 0; (23.3)

Compressive matrix mode (Matrix cracking under transverse compression and shearing):

s22 < 0 then ed
2 ¼ s22

2tUXY

� �2

þ sCYY
2tUXY

� �2

� 1

" #
s22
sCYY

þ s12
tUXY

� �2

� 1
� 0 Failed

< 0 Elastic

(
;

EYY ¼ uYX ¼ uXY ¼ 0�!yields GXY ¼ 0

sCXX ¼ 2sCYY for 50% fiber volume: (23.4)

In addition to strength characteristics, the most important modeling parameters affecting the crashworthiness behavior of

the composite are related to the material model such as: TFAIL, ALPH, BETA, SOFT, FBRT, and YCFAC. These

parameters have been changed in the first modeling approach, and the results are shown in Figs. 23.5, 23.6, 23.7, 23.8,

23.9, and 23.10. In the second modeling approach, two strength parameters NFLS and SFLS in the TIEBREAK contact

algorithm are changed and their effect on the crashworthiness behavior of the crash tube is shown by the Fig. 23.11.

23.5.1 The Effect of TFAIL Parameter in MAT54

TFAIL is the time step size criterion for element deletion [21]. This parameter in a significant degree determines whether the

overall crushing response of the compressed composite tube will be brittle or ductile [6]. In this simulation, the time step

Fig. 23.5 Effect of TFAIL on crashworthiness
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calculated by LS-DYNA is 3.28E-6, and TFAIL for base line simulation is 3.28E-10. To find the effect of this parameter on

crashworthiness, different values of TFAIL are applied and the results are compared to the base line model in Fig. 23.5.

When TFAIL is larger than 3.28E-3, simulation will be stop due to violation of SOFT. Also, for TFAIL around 3.28E-4, the

crash tube shows the behavior such as ductile material. If TFAIL reduces from 3.28E-5 to 3.28E-10, the energy absorption

will grow and the stability of the simulation will enhance. This shows that MAT54 induces the behavior of ductility to the

composite material when TFAIL is chosen by greater value than the time step calculated by LS-DYNA. The result of

simulation does not change when TFAIL is less than 3.29E-10.

Fig. 23.7 Effect of BETA on energy absorption of the glass-polyester tube

Fig. 23.6 Effect of ALPH on energy absorption of the glass-polyester tube
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23.5.2 The Effect of ALPH Parameter in MAT54

ALPH is the coefficient for nonlinear shear stress term in material model. Based on theory manual of LS-DYNA, in plane

stress, the shear strain is given in terms of stress [21]:

2e12 ¼ 1

GXY
s12 þ a: s212 (23.5)

Fig. 23.8 The effect of SOFT on crashworthiness of the pultruded glass-polyester tube

Fig. 23.9 The effect of FBRT on crashworthiness of the pultruded glass-polyester tube
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Some simulations have been executed by different values of ALPH. The results show that higher ALPH increases the

strength of the tube and prevents the overall buckling in the tube. Figure 23.6 shows the effect of ALPH on energy

absorption.

23.5.3 The Effect of BETA Parameter in MAT54

BETA is weighting factor for shear term in tensile mode, this parameter takes value between 0.0 and 1.0. In fiber tensile

mode, the failure criterion will change to Hashin when BETA is 1.0. If BETA is considered to 0.0, the Eq. 23.1 induces the

Fig. 23.10 The effect of YCFAC on crashworthiness of the pultruded glass-polyester tube

Fig. 23.11 Change in energy absorption due to change in NFLS and SFLS on crashworthiness
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maximum stress criterion for the failure. Figure 23.7 shows the effect of BETA on the result. This figure shows Hashin

criterion (BETA ¼ 1.00) is not a good choice to simulate the pultruded glass-polyester crash tube in this paper. Also,

considering maximum stress criterion (BETA ¼ 0.00) cannot address a good result for the crash simulation.

23.5.4 The Effect of SOFT Parameter in MAT54

SOFT is the reduction factor for strength of the material in the crash front zone of the part. Among other parameters in

MAT54, SOFT has the significant effect which not only induces instability but also causes overall buckling to the composite

material part against impact loading. There is no mathematical way to find SOFT, yet the user performs a few simulations to

figure out the maximum value of SOFT without observation of overall buckling or instability. In this study, SOFT has been

found 0.750, 0.905, and 0.720 in the first, second and third modeling approaches, respectively. The effect of SOFT on the

result of simulations can be seen in Fig. 23.8.

23.5.5 The Effect of FBRT Parameter in MAT54

FBRT reduces the tensile strength of the fiber in the remaining plies once matrix failure takes place. Figure 23.9 investigates

the effect of FBRT on Force-Displacement result for the first approach. The study shows that the FBRT ¼ 1.00 and

FBRT ¼ 0.00 are same while the lower value for FBRT reduces the energy absorption and brings overall buckling to the

tube (FBRT 0.25).

23.5.6 The Effect of YCFAC Parameter in MAT54

YCFAC is the parameter to reduce the compressive strength of the fibers after matrix compressive failure occurs [21]. This

reduction can be explained by Eq. 23.6 [21].

sCXX ¼ YCFAC:sCYY (23.6)

Figure 23.10 shows that higher YCFAC increases not only the strength but also the capacity of the energy absorption of

the tube; moreover, this parameter brings stability for the simulation.

23.5.7 The Effect of NFLS and SFLS Parameter in Contact Algorithm Between the Layers

These two parameters define normal and shear failure stresses. In the second modeling approach, Automatic_Surface_To_

Surface_Tiebreak (option ¼ 8) is used to tie the layers. This contact algorithm allows the crack propagates over the interface

between the layers based on the cohesive zone model, implemented in LS-DYNA as a delamination contact developed by

Borg [25]. When damage is initiated, the energy released due to the failure of the interface is approximately defined by

Eqs. 23.7 and 23.8 [21]:

GIC ¼ 1

2
S:CCritical (23.7)

where

S ¼
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
max ðsn; 0Þ2 þ ssj j2

q
(23.8)

224 M. Kiani et al.



By considering sn ¼ NFLS and ss ¼ SFLS, failure as a crack propagation will occur in the interface. Figure 23.11

shows the effect of the different values NFLS and SFLS on the crashworthiness behavior in the second modeling approach.

Figure 23.11 has been obtained by using Eqs. 23.7 and 23.8 and increasing the value of SFLS from 25 MPa to 75 MPa.

These two equations give the value of NFLS and CCritical regarding to GIC and GIIC. The value of GIC and GIIC are

0.412 N/mm and 0.713 N/mm, respectively based on literature [26].

This investigation shows that by choosing SFLS higher than 55 MPa, overall buckling will occur for the tube. Moreover,

the value of NFLS has less effect on the instability of the simulation.

23.6 Conclusion

Pultruded glass-polyester crash tube under impact loading has been simulated by using LS-DYNA. Two different

approaches have been used to investigate the crashworthiness behavior of the crash tube. First approach, using single

layer element, can be matched with the experiment, but this approach cannot be used to predict the crashworthiness behavior

of the crash tube.

Second approach uses multi-layered shell element technique to simulate the composite tube under impact loading. In this

study, by using multi-layered shell element technique, energy absorption has been calculated by 20 % error, yet the

deformation pattern simulated by this method is similar to the experiment. Although the energy absorption calculated by

this method is not very close to the experiment, it can be used to establish a prediction model based on the first approach.

Actually, the result of the second approach can be assumed as the lowest bound of the energy absorption. Then, the result of

the prediction model can be tuned based on the lowest bound created by the second approach. By considering the discussion

section which is provided by this paper, the designer can tune the prediction model up to the point that the simulation reaches

to instability.
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Chapter 24

Design of New Elastomeric Matrix Composites: Comparison

of Mechanical Properties and Determining Viscoelastic

Parameters via Continuous Micro Indentation

D. Zaimova, E. Bayraktar, G. Berthout, and N. Dishovsky

Abstract The aim of this study is to compare the influence of vulcanizates strategy on the mechanical properties and

viscoelastic behaviour of the new elastomeric based composites based on NR/BR compound that we try actually to design

the new compositions in order to improve the new family of elastomeric composites used extensively in engineering

applications.

Essentially the basic mixture of NR/BR based elastomeric composites with different vulcanization temperatures and

curing systems containing different filler s and reinforcements were characterized (for example in two vulcanizates: 140�C
and 160�C) and to compare their tensile properties and viscoelastic behaviours were determined using of micro indentation

technique that is a more reliable and efficient tool for practical applications.

Essentially, in detail with the elastic indentation load-depth model at the maximum indentation load describes the

indentation depth versus time curves quite well for the four different compounds of elastomeric based composites. It is

hoped that these parameters may be used in the evaluation and development of more strong and long lasting elastomeric

composites. It was also observed that the model describes the indentation depth versus time curves very well for the mixture

of NR/BR elastomeric composite sheets.

Keywords Vulcanization • Elastomeric composites • Curing • Tensile strength • Micro indentation • Viscoelasticity

24.1 Introduction

During the last two decades, very intense studies carried out on the vulcanization of elastomeric based composites containing

different fillers-reinforcements have gained remarkable power with the introduction of a new class of compounds called new

elastomeric based composites with different accelerators (even two or more). Because of the reduced time necessary for

curing and production of improved conclusion stage utilize products, the study of new accelerator systems and

reinforcements is still a hot topic of research. Even though the mechanism of vulcanization is still open for discussion,

the use of different design of new elastomeric composites has gained consequence, depending on their performance.

As well known vulcanization temperature has a significant effect on crosslink structure. Optimum properties are when

curing is done at the lowest possible temperature. However, to increase productivity, higher temperatures are frequently

used. Additionally, increases in sulphur and accelerator concentrations give higher crosslink densities and, therefore, higher
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modulus, stiffness, hardness, etc. on the other hand, as the ratio of the concentration of accelerator to the concentration of

sulphur increases, the proportion of monosulfidic crosslinks increases in natural rubber stocks (also called rubber

compounds). Greater amounts of accelerator (with respect to sulphur) also give a plenty of groups of the type, which are

attached to and “dangle” from the rubber molecular chains. Higher ratios of sulphur concentration to accelerator concentra-

tion give both more polysulphide crosslinks and more sulphur combined with the rubber chains to form sulphur-containing

six-membered heterocyclic rings along the rubber molecular chains. The complexity of the vulcanization reactions, the types

and relative concentration of crosslinks formed, and the nature and extend of main chain modification can vary considerably

depending on the curing system itself and the conditions of vulcanization [1–13].

It is worth to give here a short information about two actual systems are discussed, conventional system and efficient

system, to understand well the importance of the vulcanization strategy for improving of mechanical properties.

Conventional system (CV): These systems contain high sulphur levels, e.g. 1.5–3.5 phr and low level accelerator, e.g.

0.5–1 phr (S/A ratio from 1.5 to 70). At optimum cure the vulcanizates contains mostly polysulphide crosslink with

relatively high level of chain modification. The higher the sulphur content creates the more polysulphide crosslink. The

kind of crosslinks gives little resistance to reversion and oxidative aging and proper long-term flex life [9–11, 14].

Otherwise, these vulcanizates show good tensile and tear strengths, resistance to fatigue and good low temperature

properties.

Efficient systems (EV): These systems contain low sulphur levels, e.g. 2.5–5 phr (S/A ratio from 0.05 to 0.3). They will

form mainly mono – and disulphide crosslink and much less chain modification. Monosulphide crosslink are more stable

than polysulphide crosslink. Short crosslink provides poor fatigue life and compression set [15, 16]; but improves resistance

to reversion and oxidative aging. However the drawbacks include lower tear strength, fatigue resistance and abrasion

resistance. These kinds of systems are appropriate for thick rubber items.

Addition of filler and/or reinforcements into elastomeric composites can lead an improvement in final mechanical

properties and viscoelastic behaviours. Some authors [8–20] have studied the tensile strength and other physical properties

of different conventional and efficient systems increasing the crosslink density in their papers. They concluded that physical

properties are superior for conventional cure system at similar crosslink values [10–16, 21].

They explained these results by difference in the vulcanization mechanism of the two cure systems. The conventional

cure system produces a homogeneous network while the efficient cure system produces a significant polymerization of

double bonds of adjacent chains. This leads to a network of unevenly distributed crosslinks and results in impediment to NR

crystallization and stress concentration that anticipates the compound failure. In other words, efficient system includes high

crosslink areas, overcrosslinked domains, which inhibit the correct stress distribution, accumulating higher stress areas

where micro-crack can be formed and crack propagation is increased.

The aim of this study is to compare the influence of vulcanizates strategy on the mechanical properties and viscoelastic

behaviour of the new elastomeric based composites based on NR/BR compound that we try actually to design the new

compositions in order to improve the new family of elastomeric composites used extensively in engineering applications.

Essentially the basic mixture of NR/BR based elastomeric composites with different vulcanization temperatures and

curing systems containing different filler s and reinforcements were characterized (for example in two vulcanizates: 140�C
and 160�C) and to compare their tensile properties and viscoelastic behaviours were determined using of micro indentation

technique that is a more reliable and efficient tool for practical applications.

24.2 Experimental Conditions

The four compounds were mixed in laboratory using two rolling mixer. The moulding conditions were determined from

torque data using moving die rheometer MDR 2000 (Alpha Technologies) for temperatures 140�C and 160�C. At the end,
four compounds (A, B, C, D) based on sulphur vulcanized Natural rubber/Polybutadiene rubber blends were prepared

containing certain fillers and/or reinforcements in order to investigate. The exact composition of the blends is kept in reserve

because of confidentiality matters. The results discussed in the present paper give partial results carried out in the frame of

the applied project supported by French – Bulgarian research cooperation

Cured sheets were prepared by compression moulding. The moulding took place at 140�C and 160�C and pressure

100 kg/cm2. The thickness of the sheets is 2 mm. The measurements of physic-mechanical properties were carried out in

accordance with ASTM D 412ae2 (2010). The samples were cut from the moulded sheets in dumbbell shape. The sample

length and thickness were measured. Tensile tests were performed on an Instron (model 4507). A minimum of three

specimens was tested for each compound. Testing was done at room temperature with a cross head speed of 500 mm/min�1.

Hardness was determined according to ASTM D 2240–05 (2010).
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Micro indentation tests have been carried out on the CSM Indentation Tester with a Vickers diamond indenter. Nine tests

were performed for each composition and then the average values were taken. The maximum indentation load (Fmax) was

250mN, the rate charging – discharging was 500 mN/min. The load was held at maximum for 1950s.

24.3 Results and Discussion

Formulations of elastomeric composites are developed to meet specific requirements. Thus, each one of the various

components taking part in a particular formulation has an important role as to give its contribution to the final properties

[1–6, 8]. However, even with the wide choice of ingredients available, the whole set of characteristics may still not be

reached and many times a combination of two or more rubbers has to be used in the preparation of compounds for special

properties.

Thus, generally speaking, elastomeric materials are blended for properties improvement, better processing or lower cost

[7]. Natural rubber (NR) is the adequate choice when good tensile and tear strengths are demanded, since these

characteristics can be developed due to the capability this rubber has to crystallize under stress [8–13].

Polybutadiene rubber (BR) is characterized by its superior abrasion resistance, so that blends of NR and BR that combine

the excellent processing and physical properties of the former with the superior abrasion resistance of the latter are largely

used in the industry in the production of tyre treads and conveyor belts [1–6, 14].

Tensile strength and elongation values at failure are shown in Fig. 24.1a, b respectively, before each tensile test, the

thickness of the specimens were measured with Mitutoyo device. Stress-stress curves were calculated as an average of three

test measurements for each compound. All the tests have been carried out on the four different compounds from elastomeric

composite sheets (thickness of the thin sheets, t ¼ 2 mm);

In the case of the comparison of these four compounds, compound “C” has shown exceptionally different behaviour,

higher tensile strength and elongation regarding the other compounds. This behaviour should be related to the low shear

produced during the mixing process and it means that this behaviour is due to the less breakdown of the main chain during

the mixing process;

In the frame of the present paper, more detail evaluation was given on the viscoelastic behaviour using micro indentation

technique that is a very practical tool to evaluate typical parameters for each compound prepared in the program of the

common research project going on. Thus, all of these results discussed here contain partial results of the general context of

the research project going on.

At the first stage, for the micro indentation test, the indentation hardness (HIT), indentation modulus (EIT) and Vickers

hardness (HV) were determined by using the Oliver and Pharr method transformed in the following relations:

Ap ¼ f ðhÞ (24.1)
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Fig. 24.1 (a) Tensile stress and (b) elongation values at failure obtained on the four different compounds from elastomeric composites sheets

(t ¼ 2 mm)
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where Ap is projected contact area

HIT ¼ Fmax

Ap hcð Þ (24.2)

EIT ¼ 1� n2s
1
Er
� 1�n2i

Ei

(24.3)

Er ¼
ffiffiffi
p

p
S

2b
ffiffiffiffiffiffiffiffiffiffiffiffiffi
Ap hcð Þp (24.4)

where

Ei – elastic modulus of the indenter (1,141 GPa)

ni – Poisson’s ratio of the indenter (0.07)

Er – reduced modulus of the indentation contact

ns – Poisson’s ratio of the sample (0.35)

HV ¼ Fmax

9:81Ap hcð Þ (24.5)

As mentioned just before, the micro indentation test has become a popular technique due to its simplicity and to the fact

that it provides valuable information about the morphology and mechanical properties of polymeric materials. Additionally,

the indentation method has been also successfully employed to investigate the glass transition temperature of polymers. [15]

Recently, micro indentation appears as a promising tool for micromechanical and microstructural investigation of

polymer blends [16, 21].

First of all, micro indentation differs from classical measurement of hardness, where the impressions are generated and

then imaged with a microscope. Load and associated penetration depths are recorded simultaneously during both loading

and unloading, producing a force-depth diagram as shown schematically in Fig. 24.2a and picture of the micro indenter

device presented in Fig. 24.2b.

The Oliver and Pharr Method (Power Law Method) [22] recognizes the fact that the first portion of unloading curve may

not be linear, and can be described by a simple power law relationship:

F ¼ kðh� hpÞm (24.6)

lo
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displacement
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unloading

dF
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hf hc hmax

d

Fmax

a b

Fig. 24.2 Schematic representation of the force-depth curve for micro indentation procedure (a) and measurement device (b)
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Where k is a constant and m is an exponent which depends on indenter geometry. A power low function is used to describe

the upper part of the unloading data.

F ¼ Fmax
h� hp
hm � hp

� �m

(24.7)

where the constants m and hp are determined by a least of square fitting procedure. The contact stiffness S ¼ (1/C) is given

by the derivative at peak load:

S ¼ dF

dh

� �
max

¼ mFmax

hm � hp
� �m�1

hm � hp
� �m

" #
¼ mFmax hm � hp

� ��1
(24.8)

And the tangent depth, hr, is thus given by:

hr ¼ hm � Fmax

S
(24.9)

The contact depth, hc, is then:

hc ¼ hm � e hm � hrð Þ (24.10)

where e now depends on the power law exponent m.

The tangent is found by differentiating the unloading curve and evaluating at maximum load (Fmax). The intercept of this

tangent with the displacement axis yields hr.

The viscoelastic properties of polymers are markedly dependent on the type of crosslinks and the degree of crosslinking.

Crosslinking raises the glass-transition temperature (Tg) of a polymer by introducing restrictions on the molecular motions

of the chain. Low degrees of crosslinking in normal vulcanized rubbers act in a similar way to entanglements and raise the

Tg only slightly above that of the crosslinked polymer.

The effect of crosslinking is the most important and best understood in elastomers. Sulphur crosslinking of NR produces a

variety of crosslinking types and crosslink lengths [10, 17–19, 23, 24].

It is well known that polysulfide linkages predominate with conventional sulphur vulcanization system whereas mono-

sulfide and di-sulfide crosslinks are formed with an efficient vulcanization system, which has a higher accelerator/sulphur

ratio. Sulphur also introduces main chain modifications either in the form of pendant groups or as cyclic sulfide linkages that

have a large influence on the viscoelastic properties [10, 18–20, 23–24].

Networks containing high proportions of polysulfide crosslinks display different mechanical properties from those

containing mono-sulfides crosslinks. It is shown in the literature that the increase in the accelerator level only results in

small changes of the Tg. Hagen et al. studied the effect of different types of crosslinks on the viscoelastic properties of NR.

They concluded that the rubbery tensile modulus was dependent on the crosslink density but almost independent of the

crosslink type [17–20, 23–24].

In the frame of the present paper, elastomeric based composite specimens (basically contain were tested extensively using

micro indentation device that a very useful tool to evaluate the viscoelastic behaviours of these composites).

Figures 24.3, 24.4, 24.5, and 24.6 describe evolution of the applied load depending on the indentation depth during the

loading – unloading stages, indentation depth versus time data at maximum indentation load and evolution of the applied

load and indentation depth depending on the time during the loading – unloading stages respectively. In comparison of the

viscoelastic behaviour of these four compounds, one may evaluate many different parameters of viscoelasticity of the

elastomeric composites.

It is revealed that samples with compound “C” have a higher viscoelastic deformation than the corresponding samples

with compounds A, B and D due to improved chain mobility (moderately due to subdivision and allow more relaxation after

loading). For mechanical properties, the values of the compound “C” give higher indentations after loading, as compared to

the other three compounds, “A, B and D” that is related directly vulcanization strategy and crosslink densities (Fig. 24.7).
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In the same way, a detail comparison of four compounds was given in Fig. 24.8 for the measurements of indentation

hardness, indentation modulus and also Vickers hardness presented as real – actual data. All of these values will be used

for modelling the viscoelastic behaviour of the elastomeric composites that we design actually, in the frame of the next

paper.
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Fig. 24.3 (a) Compound “A”: Evolution of the applied load depending on the indentation depth during the loading – unloading stages,

(b) Indentation depth versus time data at maximum indentation load and (c) Evolution of the applied load and indentation depth depending on

the time during the loading – unloading stages
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24.4 Conclusion Remarks

In the frame of the research project, the processing, mechanical and viscoelastic parameters of new elastomeric composites

containing basically the mixture of NR-BR vulcanizates with different addition-reinforcements have been evaluated.

Essentially, in detail with the elastic indentation load-depth model at the maximum indentation load describes the

indentation depth versus time curves quite well for the four different compounds of elastomeric based composites. It is

hoped that these parameters may be used in the evaluation and development of more strong and long lasting elastomeric

composites. It was also observed that the model describes the indentation depth versus time curves very well for the mixture

of NR/BR elastomeric composite sheets.

All of these measurements from tensile results for the observed mechanical properties, essentially by using micro

indentation method were compared and found to follow the same tendency among the two basic mixtures. Based on the

processing, mechanical characteristics and viscoelastic behaviours, optimum composition between four compounds studied

here, compound “C” gives optimistic choice that will be useful to make a detail suggestion after results of the research

project that is going on.
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Chapter 25

Polyurea-Based Composites: Ultrasonic Testing and Dynamic

Mechanical Properties Modeling

Wiroj Nantasetphong, Alireza V. Amirkhizi, Zhanzhan Jia, and Sia Nemat-Nasser

Abstract Many scientists and researchers study polyurea due to its excellent blast-mitigating properties. In this work, we

have studied two polyurea composite systems with filler materials intended to improve dynamic mechanical properties. The

two filler materials are milled glass and fly ash. The shape and quantity of filler significantly affect the dynamic mechanical

properties of the composite. Ultrasonic tests were conducted on samples with both fillers. The volume fraction of the

inclusions was varied to study the effect of filler quantity on mechanical properties. Moreover, computational models based

on the methods of dilute-randomly-distributed inclusions and periodically-distributed inclusions were created to improve

our understanding of polyurea-based composites and serve as tools for estimating the dynamic mechanical properties of

similar composite material systems. The experimental and computational results were compared and show good agreement.

The experiments and modeling have been conducted to facilitate the design of new elastomeric composites with desirable

impact- and blast-mitigating properties.

Keywords Polyurea • Fly ash • Milled glass • Dynamic mechanical properties • Dilute-randomly-distributed inclusions •

Periodically-distributed inclusions

25.1 Introduction

The failure of structures and materials in response to blast loadings is an active research area. Over the past 40 years,

polyurea has been investigated as a potential coating material to help absorb and dissipate blast energy. Polyurea is the

generic name for a block copolymer formed from a chemical reaction of diisocyanates with polyamines [1]. The reaction is

generally very fast and insensitive to humidity and low temperatures [2]. This viscoelastic material is stable and incredibly

tough, making it a popular material for coating applications. Additionally, researches have shown that polyurea also has an

excellent blast-mitigating capability. Structures selectively coated with polyurea could potentially absorb more impact

energy before failure and enhance the dynamic performance of structure [3–6].

Recent researches have focused on modifying polyurea with filler materials to create composites with enhanced

properties. Qiao et al. [7, 8] reduced the density but increased the strength of polyurea by mixing it with fly ash. As the

volume of fly ash increases, the density of the composite decreases, while the storage modulus as measured by dynamic

mechanical analysis (DMA) increases. Alternatively, glass fibers can be blended with a polymer to greatly improve the

strength of the polymer [9]. Tests on milled-glass-fiber-filled polyethylene terephthalate-co-isophthalate composites were

conducted by Velasco et al. [10]. Their results showed a trend of increasing modulus with increasing fiber volume fraction.

Increasing wear resistance is another advantage of polymer composites containing milled glass fibers [11].

In this work, two kinds of composites with different inclusion shapes were studied with two objectives in mind: (1) to

investigate the effect of inclusion content on dynamic mechanical properties and (2) to present the models which effectively
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estimate the mechanical properties of the composites. Polyurea filled with fly ash or milled glass composites were fabricated,

with 5%, 10%, and 20% volume fraction of inclusions. The morphology of composites was inspected under Scanning

Electron Microscopy (SEM). Their dynamic mechanical behavior was determined by ultrasonic measurements. The

experimental results were compared with the computational models.

25.2 Experimental Details

25.2.1 Material Characteristics

Polyurea serves as the matrix component in the composite material. It was synthesized from the reaction of Isonate 143 L a

polycarbodiimide-modified diphenylmethane diisocyanate [12], and Versalink P-1000, an oligomeric diamine [13]. Theo-

retically, Isonate 143 L and Versalink P-1000 should be mixed in a reaction ratio of 1:1, i.e., the total number of isocyanate

groups must equal the total number of hydroxyl groups in order to obtain complete chemical reaction. However, a slight

excess of Isonate 143 L was used to ensure that the reaction was completed and produced some cross-linking between the

hard domains formed from semi-crystallization of the diamine molecules. The amount of excess Isonate 143 L was estimated

through weight measurements of containers before and after the processing.

Fly ash particles originating from coal combustion were applied as the filler. Fly ash particle is hollow and spherical with

a porous shell. Our samples were sieved to an average outside diameter of 105 mm. The average inner diameter was

estimated to be around 91 mm. The density of fly ash particle is about 0.78 g/cm3.

Milled glass particles are in the short fiber form, approximately 200 mm in length and 16 mm in diameter. The particles

have very extreme aspect ratio (~12.5:1) and its density is about 2.2–2.7 g/cm3.

25.2.2 Preparation of Composites

25.2.2.1 Polyurea with Fly Ash Composite

Due to the short gel time of polyurea at room temperature, fly ash was added to the Versalink P-1000 prior to the

polymerization process in order to have time to achieve a homogenous distribution. The fly ash particles were first preheated

to 110�C for 1 h and cooled down under dry conditions before being added to the Versalink P-1000 in a predetermined

proportion and thoroughly mixed. Using a magnetic stirrer, the components were mixed for another 2 h while being degassed

to eliminate trapped air bubbles. The Isonate 143 L was degassed separately to remove trapped air bubbles. The Versalink-

fly-ash mixture and Isonate were then combined and mixed rapidly for 5 min while degassing. This prepolymer was

transferred to a teflon mold at room temperature and allowed to cure for 1 week before being tested. To control the ambient

humidity, the mold with curing material was placed in an environmental chamber that maintained a relative humidity (RH)

level of 10%. The fly ash volume fractions in the final composites were 5%, 10%, and 20%.

25.2.2.2 Polyurea with Milled Glass Composite

The polyurea matrix was produced by mixing Isonate 143 L and Versalink P-1000, which are diisocyanate and polyamine

components respectively. These two components of polyurea were prepared separately in two flasks, stirred by magnetic

stirrer, and degassed at 1 Torr for 2 h. The milled glass was added to the Versalink P-1000 and mixed by hands before

degassing. The degassed Isonate 143 L was then poured into the Versalink flask. The components were stirred under vacuum

for another 5 min. The mixture was transferred to teflon molds and cured overnight in the 10% RH environmental chamber.

The following day, the samples were taken out of the mold and allowed to fully cure in the chamber for 2 weeks before

testing. The milled glass volume fractions of the samples were 5%, 10% and 20%.
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25.2.3 Scanning Electron Microscopy (SEM)

The morphology of the composites was observed under SEM using a Philips XL30 ESEM scanning electron microscope.

During SEM sample preparation process, composite specimens were immersed in liquid nitrogen until thermal equilibrium

was achieved, at which point they were removed and immediately fractured with a hammer. The fragments were coated with

a thin layer of iridium (75 nm thick) in an automatic sputter coater and then the fracture surfaces were observed using an

acceleration potential of 15KV.

25.2.4 Ultrasonic Measurement

25.2.4.1 Experimental Setup for Longitudinal Waves

Direct contact measurement was used to measure the speed of longitudinal wave in the composites. The experimental setup

consisted of a desktop computer containing a Matec TB-1000 Toneburst Card, two Panametrics videoscan longitudinal

transducers (V103 Panametrics-NDT OLYMPUS), an attenuator box, and a digital Oscilloscope. As shown in Fig. 25.1,

toneburst signals of various frequencies were sent from the card to the attenuator box and were fed through BM-174-3 cables

to the generating transducer. The received signal was sent directly to the oscilloscope and displayed on the oscilloscope

where the amplitude and travel time were measured. To find wave speed and attenuation of longitudinal wave, two tests were

performed using two different sample thicknesses. Samples were sandwiched between a pair of longitudinal transducers.

The longitudinal wave couplant was applied to all contact surfaces. Tests were conducted at 1 MHz and�50�C to 30�C with

10�C increments. The speed of longitudinal wave was determined by measuring the difference between the times of travel

through two samples of different thicknesses. The attenuation was measured using the transmitted wave amplitudes of these

two tests. The results were used to calculate storage and loss longitudinal moduli for each material type.

25.2.4.2 Experimental Setup for Shear Waves

The previously described setup for wave measurement was used with shear transducers (V153 Panametrics-NDT OLYM-

PUS) instead of longitudinal transducers. Due to an unavoidable longitudinal wave signal generated by the shear

transducers, an aluminum rod was inserted between the generating transducer and the sample to delay the shear wave,

separating it from the longitudinal wave. Wave speed and attenuation of the shear wave were calculated after two tests (with

samples of different thicknesses) were conducted. Shear wave couplant was applied to all interfaces to get better surface

Fig. 25.1 Experimental setup
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contact. Similar to longitudinal wave testing, shear wave tests were conducted at 1 MHz and �50�C to +30�C with 10�C
increments. The speed of shear wave and its attenuation were used to calculate storage and loss shear moduli for each

material.

25.3 Modelling Details

Two models were developed to represent two structures of composites: spheroids and ellipsoids distributed in matrix.

25.3.1 Composite with Dilute and Randomly Distributed Hollow Spherical Inclusions

The moduli of the matrix and particles are known. Two assumptions were made: (1) The particles do not interact with each

other (Fig. 25.2) and (2) the actual particles are small and have a uniform dilute distribution, so that they can be considered as

spherical (Fig. 25.3). The effective moduli of the composite are calculated by considering the change in strain energy in a

loaded homogeneous body due to the insertion of inhomogeneities. With appropriate choice of admissible stress or strain

field, combined with the minimum complementary energy and minimum potential energy theorems, the bounds for the

moduli can be obtained [14, 15]. The structure of the model is shown in Fig. 25.4.

25.3.2 Composite with Periodically Distributed Cylindrical Inclusions

This model depicts a polymer with circular-cylindrical inclusions that can be long or short fibers. The approach was first

introduced by S. Nemat-Nasser et al. [16]. The unit cell of the model is shown in Fig. 25.5. To estimate the overall moduli of

the composite, the total elastic energy per unit cell, which depends on the properties of its constituents, is equated with the

corresponding elastic energy of a homogenized model with uniform properties throughout the entire volume. The model

represents the uniaxially-oriented cylindrical inclusions embedded in the matrix (Fig. 25.6). In general, the moduli are

anisotropic. However, the model can be modified to represent the moduli of composite with randomly oriented cylindrical

Fig. 25.2 Since the particles

do not interact with each

other, they can each be treated

as a particle embedded in an

infinitely large matrix

Fig. 25.3 A spherical shape

inclusion in an infinitely large

matrix may be modeled in a

fully spherically symmetric

geometry
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Fig. 25.4 The composite with

dilute and randomly

distributed hollow spherical

inclusions

Fig. 25.5 A unit cell of

composite with periodically

distributed cylindrical

inclusions model

Fig. 25.6 Composite with

periodically distributed

cylindrical inclusions model
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inclusion in a particular 2D plane (Fig. 25.7) or randomly oriented in 3D (Fig. 25.8). The modification can be made by

calculating various modulus tensors using periodically-distributed uniaxially-oriented cylindrical inclusions model

(Fig. 25.6) at many different fiber-angle orientations and averaging the modulus tensors of all orientations. In this work,

the 2D model (Fig. 25.7) was used to compare with experimental data due to the assumption that during the curing process

milled glass fibers tended to lie parallel to the mold surface because of their relative mass and being pressed into the mold.

This assumption was proved by SEM picture.

The actual composite, for example, polyurea with milled glass composite does not have periodic structures. In reality,

inclusions are essentially randomly distributed and may, in fact, form clusters and other anomalous structures. However,

when the density of the inclusions is large, the interaction effect between inclusions becomes dominant and must be

accounted for in a more direct manner than is contained in the dilute and randomly distributed model. In this sense, the

assumption of periodicity has been proved very powerful in representing the inclusion interaction effects.

Fig. 25.7 Composite with

randomly oriented cylindrical

inclusion in a particular plane

(xz-plane in this picture)

Fig. 25.8 Composite with

randomly oriented cylindrical

inclusion in three-dimensional

space
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25.4 Results and Discussion

25.4.1 Composite Morphology Under Scanning Electron Microscopy (SEM)

SEM was used to investigate the alignment of milled glass fibers in polyurea matrix. From the SEM pictures (Fig. 25.9,

25.10, and 25.11), it appears that most of milled glass fibers tended to lie parallel to the sample surfaces similar to the model

in Fig. 25.7. The milled glass fiber, which has extreme aspect ratio and large density compared to fly ash, can be used to

create anisotropy in the thin samples fabricated by pressing a small amount of the pre-composite mixture during curing.

Fig. 25.9 SEM picture of 5%

volume fraction polyurea with

milled glass composite. The

black dotted lines show the

surfaces of the sample

Fig. 25.10 SEM picture of

10 % volume fraction

polyurea with milled glass

composite. The black dotted
lines show the surfaces of the

sample
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25.4.2 Longitudinal Wave Ultrasonic Testing

Fly ash and milled glass particles polyurea composites have similar trend in longitudinal wave speed. As temperature

increases, both composites get softer and their longitudinal wave speed decreases. Similarly, the attenuation per wavelength

decreases continuously as temperature increases. Both composites get stiffer as the particle volume fraction increases. In

other words, the storage and loss longitudinal moduli increase when more inclusions are added to both composites.

Interestingly, from 10% to 20% volume fraction, polyurea with milled glass particles exhibits a steeper increase in storage

and loss longitudinal moduli, whereas the polyurea with fly ash shows a moderate increase. We believe this is due to the

extreme aspect ratio of the milled glass particles. At high volume fractions (e.g. 20%), the length of the milled glass is likely

to lead to more interactions between particles than in the spherical fly ash particle composites. The storage and loss

longitudinal moduli from experiment agree very well with the computational results using the models previously discussed.

25.4.3 Shear Wave Ultrasonic Testing

Polyurea composites containing fly ash or milled glass particles show changes in shear wave speed similar to those observed

in the longitudinal wave speed. As the temperature linearly increases, the shear wave speed nearly linearly decreases but not

as smoothly as in the longitudinal tests. This is due to the shear wave signal being quite dissipative compared to the

longitudinal wave signal. The amplitudes of shear waves are not uniform and also smaller than those of the longitudinal

waves, making the shear wave data more difficult to analyze. Unlike the longitudinal wave, the shear wave attenuation per

wavelength tends to increase as the temperature increases. Both composites get stiffer in shear as the particle volume fraction

increases. In other words, storage and loss shear moduli increase when more inclusions are added, in a similar manner to the

changes in the longitudinal storage and loss moduli. Like the longitudinal moduli, polyurea with milled glass exhibits a

steeper increase in storage and loss shear moduli at 20% volume fraction, whereas the polyurea with fly ash has a nearly

uniform increase. The reason for this difference was discussed in Sect. 25.4.2. The storage and loss shear moduli from

experiment correspond very well with the computational results of the models previously discussed.
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Fig. 25.11 SEM picture of

20% volume fraction polyurea

with milled glass composite.

The black dotted lines show
the surfaces of the sample
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