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Preface

Symposium on Time Dependent Constitutive Behavior and Failure/Fracture Processes
represents one of six tracks of technical papers presented at the Society for Experimental
Mechanics Annual Conference & Exposition on Experimental and Applied Mechanics, held at
Indianapolis, Indiana, June 7-10, 2010. The full proceedings also include volumes on: Dynamic
Behavior of Materials, Role of Experimental Mechanics on Emerging Energy Systems and
Materials, Application of Imaging Techniques to Mechanics of Materials and Structures,
Experimental and Applied Mechanics, along with the 11" International Symposium on MEMS
and Nanotechnology.

Each collection presents early findings from experimental and computational investigations on
an important area within Experimental Mechanics. The current volume on the Symposium on
Time Dependent Constitutive Behavior and Failure/Fracture Processes includes studies on:

Characterization and modeling of behavior at multiple scales; viscoelasticity, viscoplasticity;
transport, chemically and electronically active processes; multiphase and biomaterial
systems; thermodynamics; shape memory; mechanics of testing; dynamic rate-dependent
behaviors; large deformations; residual stresses; time (rate)-dependent damage and failure;
time (rate)-dependent polycrystalline, single crystal and nanocrystalline behaviors; multifunctional
materials; mechanics of processing; design methods; environmental interactions; experimental
methods and techniques; linear and non-linear time-dependent behavior; time (rate)-dependent
composite materials of all types; numerical analysis; physical aging; rheological properties;
temperature, pressure, and moisture effects on time dependence; damping.

The papers in the Symposium address constitutive, time (rate)-dependent constitutive and
fracture/failure behavior of a broad range of materials systems, including prominent
researchers in both applied and experimental mechanics. Solicited papers involve non-negligible
time-dependent mechanical response in cases incorporating non-mechanical fields. Papers
address modeling and experimental aspects of the subject areas.

The organizers thank the presenters, authors and session chairs for their participation in this
symposium.



vi

The Society would like to thank the organizers of the track, H. Jerry Qi, University of Colorado;
Richard B. Hall, Air Force Research Laboratory; Hongbing Lu, University of North Texas;
Gyaneshwar P. Tandon, University of Dayton Research Institute; Bonnie R. Antoun, Sandia
National Laboratories; Y. Charles Lu, University of Kentucky for their efforts.

Bethel, Connecticut Dr. Thomas Proulx
Society for Experimental Mechanics, Inc
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Thermal and Mechanical Characterization of a Healable Polymer

Christian Nielsen', Haim Weizman? and Sia Nemat-Nasser'"
! Center of Excellence for Advanced Materials, Dept of Mechanical and Aerospace Engr,
2 Dept of Chemistry and Biochemistry,
University of California at San Diego, 9500 Gilman Drive, La Jolla, CA 92093-0416, USA
* sia@ucsd.edu

ABSTRACT

A cross-linked polymer capable of reforming broken bonds is considered a healable polymer. One such polymer,
2MEPA4FS, has previously been shown to regain full toughness under ideal fracture and healing conditions. Here,
a more purified 2MEP4FS polymer is characterized using thermal and mechanical techniques and compared with
the previous 2MEP4FS polymer. Differential scanning calorimetry (DSC) confirms the presence of the thermally
reversible Diels-Alder bonds necessary for healing. Dynamic mechanical analysis (DMA) establishes mechanical
properties and the glass transition temperature. Fracture tests are conducted using the double cleavage drilled
compression (DCDC) geometry. Compression drives symmetric cracks up and down a rectangular column of
material with a central through-thickness hole. Correlating the applied stresses and crack lengths with a finite
element model, critical stress intensity factors are estimated. The cracks are healed with a thermal treatment and
light pressure, and the sample is retested. Over the course of multiple fracture and healing cycles, changes in the
critical stress intensity factor are used to establish healing efficiency.

Keywords: polymer, healing, fracture, crack, DSC, DMA, DCDC
EXTENDED ABSTRACT

A healable polymer, 2MEP4FS, is experimentally studied using thermal and mechanical techniques. The polymer
was designed by Wudl et al. as a modified version of a previously reported polymer, 2MEP4F [1]. The product of
a Diels-Alder reaction between monomers 2MEP and 4FS, 2MEP4FS contains thermally reversible cross-linking
bonds that can be reformed after fracture. This healing ability is not found in traditional cross-linked polymers like
epoxy.

Testing has previously shown 2MEP4FS capable of complete mechanical recovery after a fracture event [2].
Under ideal conditions, macrocracks were healed and regrown numerous times with no significant changes in the
critical stresses required for crack propagation. Some tests even indicated the material was tougher after healing.

Current work seeks to confirm these results for material made from a new batch of monomers synthesized and
purified using a different procedure than [2]. Typically, retesting the material would not be necessary, but the new
monomers are believed to be more chemically pure. Current batches of 2MEP are observed to be a brighter
white color [3]. Regarding 4FS, the previous purification process was determined to be incomplete and a new
process was developed. The purity of the new monomers was confirmed using NMR. Monomers from [2] are not
available for conclusive chemical characterization and comparison.

Differential scanning calorimetry (DSC) is used to verify the presence of reversible bonds in the current polymer.
Several milligrams of cured 2MEP4FS are heated in a sealed pan at a known temperature rate, and the amount
of heat energy required is recorded. At the end of the test, when the polymer is at the peak temperature, the
sample is removed and quenched in a bath of liquid nitrogen. By rapidly cooling the sample, separated reversible
bonds will not be able to reform. Retesting the sample yields an exothermic peak around 80°C, where the bonds
have gained sufficient mobility to reconnect.

T. Proulx (ed.), Time Dependent Constitutive Behavior and Fracture/Failure Processes, Volume 3, Conference Proceedings of the Society 1
for Experimental Mechanics Series 15, DOI 10.1007/978-1-4419-9794-4 1, © The Society for Experimental Mechanics, Inc. 2011
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Figure 1. Crack morphology during a typical DCDC test and healing cycle: (a) the sample is pre-cracked and
ready for testing; (b) the cracks start to grow; (c) the test is stopped; and (d) the sample is healed.

Dynamic mechanical analysis (DMA) gives the complex modulus of the material as a function of temperature,
from which the glass transition temperature can be extracted. A single cantilever clamp tests a rectangular block
of material using fixed-fixed bending. For a 1 Hz prescribed displacement oscillation, the storage modulus and
glass transition temperature are observed to be slightly higher than the results presented in [2].

The healing potential of the current 2MEP4FS polymer is evaluated using the double cleavage drilled
compression (DCDC) fracture test [2,4,5]. The test applies uniaxial compression to a column of material with
rectangular cross-section and central through-thickness hole. This loading and geometry creates regions of
tension at the apex and base of the hole, leading to symmetric mode | cracks. As the applied displacement is
increased, these cracks propagate in a stable manner up and down the specimen. Once the cracks have grown
to a sufficient length, the DCDC test is stopped and the healing process [2] is initiated. Light lateral pressure is
applied to bring the crack faces together and the sample is heated to 85°C. After a period of 30 minutes, the
pressure is released and the temperature is increased to 95°C for another 30 minutes. The sample is allowed to
slowly cool to room temperature overnight before DCDC fracture testing and healing are repeated (Figure 1).

By correlating the lengths of the cracks during each DCDC test with the measured forces, the fracture toughness
of the material is estimated [6]. The crack length and force data are correlated with a set of finite element models,
and internal energy, energy release rate and fracture toughness are calculated. After the sample is healed and
retested, the healing efficiency is defined by the ratio of the new fracture toughness to the virgin fracture
toughness.

The initial series of DCDC tests are conducted using the DMA sample repurposed for DCDC testing. The results
are not ideal, with healing efficiencies well below the 100% observed in [2]. The healing pressure, times and
temperatures are varied with some improvement. The virgin fracture toughness of the current 2MEP4FS polymer
is slightly larger than [2].

The DMA results and estimated DCDC fracture toughness indicate improved monomer purity may increase some
material properties. Higher purities should translate to more cross-linking bonds, which would have this effect.
More DCDC tests with a larger, dedicated sample are needed to give a better indication of healing potential.
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Fracture Behavior of Polymeric Foams Under Mixed-Mode Loading
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ABSTRACT

The present work deals with the crack growth behavior in polymeric foams under mixed-mode loading conditions.
Polymeric foams are anisotropic materials and cracks generally propagate under mixed-mode conditions. Due to
the anisotropy of the material crack kinking occurs even though the applied load is perpendicular to the crack
plane. The strain energy density criterion is used for the determination of the critical load of crack initiation and
crack growth path under mixed-mode loading. A stress analysis of the plate is performed by a commercial finite
element computer program. Results are obtained for the fracture trajectories for various polymeric foams. The
study takes place within the frame of linear elastic fracture mechanics of anisotropic media.

Introduction

Cellular materials have extensively been used in sandwich construction due to their excellent properties, such as
high specific modulus and strength, low weight, good thermal insulation and low cost. The mechanical behavior of
cellular materials has been studied in [1-4]. It was found that the compressive stress-strain behavior of PVC cellu-
lar foams consists of an initial relatively small and stiff elastic regime, an extended stress plateau regime and a
final regime in which densification of the material takes place. In the stress plateau regime the cells of the foam
collapse, while the average stress remains almost constant during the instability spread through the material. Axi-
al compression produces little lateral spreading resulting to almost zero Poisson’s ratio. When all of the cells col-
lapse the material is densified and its stiffness increases. As a consequence of such behavior foams change their
volume during plastic compression. This is contrary to dense solids which are incompressible during plastic de-
formation. On the contrary, the uniaxial stress-strain behavior in tension is nonlinear elastic without any identifia-
ble yield region.

The objective of this work is to study the mixed-mode crack growth behavior in a cross-liked polymeric foam under
the commercial name Divinycell H250 with a density of 250 Kg/m?’. The case of a plate with a crack perpendicular
to the applied uniaxial stress is analyzed by finite elements. The results of stress analysis are coupled with the
strain energy density theory to obtain crack growth trajectories for various values of the angle of orientation of the
axes of anisotropy of the material with respect to the loading direction.

Mechanical Characterization of Foam Materials

The study will include many types of fully cross-linked PVC closed-cell foams under the commercial name Diviny-
cell H80, H100, H160, H250 with densities of 80, 100, 160 and 250 kg/m®, respectively, and balsa wood. Figure 1
shows the stress-strain curves of Divinycell H250 in tension and compression. Note that the uniaxial stress-strain
behavior in tension is nonlinear elastic without any identifiable yield region. In uniaxial compression the material is
nearly elastic-perfectly plastic in the initial stage of yielding. Mechanical properties of materials studied are shown
in Table 1. All Divinycell H80, H100, H160 and H250 materials exhibit axisymmetric anisotropy with much higher
stiffness and strength in the cell (3-direction) than the in-plane direction. The ratio of the stiffness in the cell (e-

T. Proulx (ed.), Time Dependent Constitutive Behavior and Fracture/Failure Processes, Volume 3, Conference Proceedings of the Society 5
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direction) to the in-plane direction is of the order of 1.5. The anisotropy of balsa wood is more pronounced with the
above ratio equal to 42. All materials display different behavior in tension and compression with tensile strengths
much higher than corresponding compressive strengths.

15
10.0
Tension / Throughthe-thickness
75
Tension / In-plane 110
= =
[a ¥ =
b= =
@ 50 Compressn / Through-the-thickness é
Z Z
105
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0.0 . ! 0.0
0 5 10 15

Strain (%)

Fig. 1: Stress-strain curves of Divinycell H250 PVC foam, in tension and compression.

Strain Energy Density Criterion

The basic quantity in the strain energy density theory for crack problems is the strain energy density function
dW/dV, which can be put in the form [5-7]:

W S

N1 (1)

where S is the strain energy density factor and r is the distance measured from the crack tip.

For plane elastic problems under conditions of plane stress the strain energy density function is given by

dw 1
W = E(stx +o.8,+ rxyyxy) (2)

where oy, Oy, Ty are the stress and &,, €, Yy, are the strain components.

The strain energy density factor S is given by [5-7]:
S=A, k; +2A,kk, +A, k> (3)

where



A, = i [a; A% +0,,C7 + B + 20 ,AC + 201, AE + 2a’%CE] (4a)
A, = % [a; JAB+ 01,,CD + 0., EF + a1, (AD + BC )+ o1, s(AE + BE )+ 201, (CE + DE)] (4b)
Azzzi[a;IBzm’zzDzm'%Fz+2a;2BD+2a;6BF+2a'26DF] (4c)
with
2 2
A—re 8% (82 8| B:Re{ I [S__S_]J (50)
18175,\ 2, 7, )] $1—S,\2, 2
C=Re| L |3 _%2]| D:Re[ 1 LL_LJJ (5b)
|S1—8:\2, 7, )] S —S,\z, 1z
EoRel S5 [ L_1 , FzRe[ 1 [5_1_5_2J (5c)
[S1=5:\2Z 2, )] Sy —S,\2z, 2,

and

K K,

N

In the above equations a; are the compliance coefficients of the anisotropic material relating stress and strain, K,
and K; are the stress intensity factors which dictate the stress field in the neighborhood of the crack tip, z4 = x4 +
iy1, Z2 = X4 - iyy are complex numbers, and the other coefficients are related to the anisotropic behavior of the ma-
terial [4-6].

k, = k, = (6)

Consider a plate with a through-the-thickness crack of length 2a that is subjected to a uniaxial stress o perpendi-
cular to the crack plane. The axis x” of orthotropy of the material makes an angle ¢ with the crack axis, x (Fig. 1).
The compliance coefficients a;” referred to the system x'y' (Fig. 1) are related to the coefficients a; refereed to the
system xy by the following equations [5-7]

o, =0, cos’ @+ (2&12 + (166)Si1’12 @cos’ @+aL,,sin* @+ (oc16 oS’ @+ 0L, sin’ q))sin 20,

a,, =0, sin® @+ (2(112 + oc66)sin2 @cos’ @+a.,,cos’ @— (oc16 cos” @+ 0L, cOS (p)sin 20,
O, =0y, + (oc11 +0l,, =20, — oc66)sm pcos” o+ E(oczé - a16)sm 2@cos2¢,

. . 2 2 .
Olgg = Olgg + 4(ocl | F 0, =20, — oc66)sm pcos” o+ 2(0L26 — alé)sm 2(pcos2q,
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: . 1 . .
o, =[0,, sin* @—a, cos’ (p+5(2oc12 + 0l ) COS 2]sin 29 + ot cos (p(cos2 @—3sin’ (p)
+0L,, sin’ (p(3 cos’ @ —sin’ (p),
, . . 1 . . .
0Ly, =0, sin* @—a,, sin” @ — 5(2%2 + 0L ) €08 2]sin 29 + o1, sin’ (p(3 cos” @ —sin’ (p)

+ 0Ly, COS” (p(cos2 ¢@—3sin’ (p),

Fig.1 A cracked plate with a crack perpendicular to the applied load at an angle with the direction of the axis of
material orthotropy of the material

According to the strain energy density theory unstable crack growth takes place in the radial direction along which
S becomes minimum. This condition is mathematically put in the form:

S 0’S
B_y, 5.0, )
00 00
This equation is used for the determination of the critical angle 6, of initial crack growth.

Unstable crack growth occurs when S,n(6.) takes its critical value S; which is an intrinsic material parameter, that
is,

Smin (ec):Sc' (9)



Equations (8) and (9) will be used for the determination of the critical quantities at crack instability for the
case of Fig. 1.

Results

Results were obtained for an orthogonal plate with a crack perpendicular to the applied uniaxial stress. The axis of
material symmetry made an angle @ with respect to the crack axis (Fig. 1). The stress analysis of the plate was
performed by the ABACUS computer program. Figs 2 and 3 present the finite element idealization of the speci-
men in the vicinity of the crack tip. Fig. 4 presents the contours of strain energy density function near the crack tip.
Note that due to material orthotropy the contours are not symmetrical, but inclined with respect to the crack axis.
Fig. 5 presents the variation of strain energy density function dW/dV along the circumference of a circle centered
at the crack tip for ¢ = 0, 30° and 60°. The values of 8 at which dW/dV presents local minima are the critical val-
ues of the angle of initial crack growth. Fig. 6 presents the variation of 6. versus the angle ¢ of the orientation of
the axis of material orthotropic symmetry with respect to the crack axis. Note that the critical angle 6. increases
versus ¢ reaching a maximum value after which it decreases and becomes zero when the crack is along the axis
of material symmetry.

Fig. 2 Finite element mesh near the crack tip
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Fig. 3 Detailed mesh
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Fig. 4 Contours of strain energy density function near the crack tip for ¢ =45°
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Fig. 5 Variation of strain energy density function dW/dV versus polar angle 8 around the circumference of a
circle surrounding the crack tip for ¢ =0, 30° and 60°. Crack grows in the direction of local minimum of strain
energy density function
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Fig. 6 Critical angle of crack growth 6. versus angle ¢ of orientation of axes of material symmetry with respect to
the crack axis
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Conclusions

The crack growth in polymeric foams which present mechanical anisotropic behavior was studied. The case of a
cracked plate subjected to a uniaxial stress perpendicular to the crack plane with the axes of material anisotropy
at an angle with respect to the crack plane is analyzed. From the results of stress analysis in conjunction with the
strain energy density theory the mixed-mode crack growth behavior of the plate was obtained. Results for the an-
gle of initial crack growth for various orientations of the axes of anisotropy of the material with respect to the load-
ing direction were reported.
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Abstract

While developing experimental and computational tools for analyzing crack path selection and failure loci in
adhesively bonded joints, we have initially applied these tools for studying crack paths in pre-notched monolithic
blocks of polymethyl methacrylate (PMMA), a common material for conducting brittle fracture experiments.
Specimen configurations similar to the compact tension specimen but of varying length/width ratios were used to
explore the effect of the T-stress on destabilizing the crack from growing straight along its original direction.
Asymmetric versions of this geometry were also used to determine the effect of imposed mode mixity on crack
path selection. These test configurations provided useful data for checking the robustness of the computational
software based on a meshless local Petrov-Galerkin formulation of the boundary-value problem. The PMMA was
assumed to be linear elastic, homogeneous and isotropic. A crack was assumed to initiate when the maximum
principal tensile stress reached a critical value and propagate in the direction of the eigenvector of this stress.
Effects of the mode-mixity on the crack propagation have been studied.

Introduction

Crack trajectories in adhesive bonds and brittle materials under mixed-mode loading are of interest in applications
in biomedical implant, microelectronic, transportation, and energy devices and machinery. PMMA (polymethyl
methacrylate), a transparent polymer, is the material used in the current study on crack propagation. PMMA has
been employed in numerous studies to observe crack trajectories [1-5] in a range of specimen geometries
including semi-circular bend (SCB), four-point bend (FPB), Brazilian disc (BD), and diagonally loaded square
plate (DLSP). The current work covers a first series of tests to explore crack trajectories under mixed-mode
loading of monolithic PMMA specimens.

Using angled-cracked plate specimens, Smith et al. studied the mixed-mode fracture response of PMMA blocks
(and brittle materials, in general) and explained crack trajectories in terms of the sign of the T-stress [3]. The T-
stress, an important nonsingular term in Williams expansion[6] of stresses near a crack tip, is tangent to the
crack, depends on the specimen geometry and loading conditions, and governs the stability of the growing crack.
Aliha et al., using four specimen geometries, demonstrated the geometry dependence of the measured fracture
toughness, and explained the dependence using the sign of the T-stress [1]. The mode mixity was varied from
pure mode | to pure mode Il through changes in the angle of the initial crack for various specimens, and the
corresponding fracture toughness was computed. The crack trajectories for a series of SCB specimens were very
instructive, showing a straight crack for pure mode | (initial crack inclination angle = 0°) and ending with a crack
kink for mode Il (initial crack inclination angle = 50°) [1].

For the current study, experiments were conducted on notched PMMA blocks that were similar to compact
tension (CT) specimens, but had varying length/width ratios to explore effects of fracture mode mixity and the T-
stress. The findings of these tests can provide an understanding of crack propagation in monolithic and isotropic
materials and validate computational models being developed. For the numerical studies, the meshless local
Petrov-Garlekin formulation of the boundary-value problem using the symmetric smoothed particle hydrodynamics
(SSPH) basis functions for the trial solution was employed. Values of various parameters in the weight (or the
test) function were optimized by studying the mode-| fracture problem for which analytical solution is known.
Results of the computational studies were used to compute the stress concentration factor (SCF), the stress
intensity factor (SIF), and the T-stress for simple tensile deformations of a square plate with a hole at the center.

T. Proulx (ed.), Time Dependent Constitutive Behavior and Fracture/Failure Processes, Volume 3, Conference Proceedings of the Society 13
for Experimental Mechanics Series 15, DOI 10.1007/978-1-4419-9794-4 3, © The Society for Experimental Mechanics, Inc. 2011
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The same software was used to analyze test configurations, and computed results were compared with the
experimental findings. The software was also used to design experimental configurations that will give desired
mode-mixity.

Experimental Study Using PMMA

Fracture tests were conducted on CT and modified CT specimens of 12.7 mm thick PMMA sheets. All tests were
conducted on an Instron 5800R machine using a 5kN load cell. With one arm of the CT specimen fixed by the pin
and the clevis, the other arm of the specimen was displaced downwards by the loading clevis.

CT Specimen Tests

A standard CT specimen (recommended in ASTM D 5045), shown in Fig. 1, has the thickness B=12.7mm (1/2”),
w=25.4mm (1”) and a=12.7mm (0.5”) [7]. Tests on the CT specimens were conducted using a crosshead
displacement rate of 10 mm/min, as recommended in ASTM D5045. To ensure consistency in K. values for all
the specimens, sharp initial cracks were necessary. The sharp initial cracks were produced by driving a wedge
into the specimens. The initial cracks were made carefully with a razor blade and a wooden hammer after
machining the notches. The blade and two shims were inserted in the notch to center the blade and to keep it
parallel to the centroidal axis of the notch. Then, gentle hammer blows were applied to the back of the blade,
initiating a tiny crack, only a few millimeters in front of the blade, and avoiding a large initial crack, propagating too
far into the specimen. A picture of three specimens, prior to the tests, is shown in Fig. 2.

Relationships between the load and the crosshead displacement for three specimens are exhibited in Fig. 3.
From these results, the average value of K, was determined to be 1.056 + 0.029 MPayvm. As expected, the
crack trajectories remained straight.

6.4 a :
(N
7P
. __ e
A
\ $ 6.4

Fig. 1. PMMA CT Specimen with w=25.4mm (1”’) and a=12.7mm (0.5”); B, specimen thickness = 12.7mm
(0.5”). (All dimensions in mm).



Fig. 2. Notches and Initial Cracks before the Tests.
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Fig. 3. Load-Extension Curves for the three CT specimens.

Effect of Notch Asymmetry on Crack Path Trajectory
Unlike specimens described above that had a notch placed along the horizontal centroidal axis, specimens with
the notch and the starting crack not located along the horizontal centroidal axis(“modified” or “asymmetric” CT

15
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specimens) were also tested. The ratio of the specimen height above the notch to that below it is 2 (cf. Fig. 4.),
and an unloaded specimen is shown in Figs. 4 and 5. In the asymmetric specimen, the mode mixity initiated as
soon as the crack started propagating. Also, the diameter of the holes was reduced to 3.2mm (1/8”) to make room

w

6.4 a

 10.2

30.5

20.3
-e..
[W¥]
o

Fig. 4. PMMA asymmetric CT specimens with w=25.4mm (1’), a=12.7mm (0.5”), and the ratio of the
specimen height above the notch to that below is 2; B, specimen thickness = 12.7mm (0.5”). (All
dimensions in mm).

Fig. 5a. Asymmetric CT specimens with notch and initial crack

for the notch in the narrower arm of the asymmetric geometry. Because of the mode mixity, the crack path was
inclined in the direction of the smaller arm (on the top in Fig. 5b). However, the crack path changed direction and
became straight (almost perpendicular to the right edge in Fig. 5b) when the crack approached the edge.
Additional details on this observation will be discussed in the section on the numerical study and comparisons will
be made with the computed results.
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Fig. 5b. Asymmetric CT Specimen with Crack after Test.

Effect of Ratio of Specimen Length / Crack Length on Crack Path Trajectories

The ratio of the specimen length and the initial crack length (w/a) was expected to be important for crack stability.
Accordingly, PMMA specimens with different values of w/a were tested. The crack length (a) was varied from
12.7mm (0.5”), to 25.4mm (1”), and 38.1mm (1.5”) while the value of w=101.6 mm (4”) was kept constant; thus
w/a equaled 8, 4, and 2.67. The other dimensions were the same as those for the CT specimen. The crack paths

are shown in Fig. 6.

Fig. 6. Trajectories of the crack path of the specimens with different initial crack lengths
(From top to bottom: a=12.7mm, 25.4mm, and 38.1mm.)



18

As the ratio, w/a, was varied from 8, to 4, and 2.67, the crack path became curved and deviated towards one side.
The curvatures of the three crack trajectories were almost the same. For specimens with a=25.4mm and
38.1mm, (w/a < 4), the crack curved to one side quickly as soon as propagation started. However, when the
initial crack length, a, was 12.7mm (w/a=8), the crack propagated along a straight line for almost 20mm before the
deviation started. This suggests that, for small crack lengths, the T-stress is negative and the crack is stable
initially. When the crack length increased to some critical value, the T-stress turned positive, destabilizing the
crack, and the crack deviated to one side. Additional details will be shown and discussed when test results are
compared with those from numerical simulations.

Numerical Studies

Both the finite element (FE) and meshless methods were employed in the numerical studies; the former used the
commercial software, ABAQUS ™ and the latter our in-house developed computer code.

Finite Element Analysis

The X-FEM (extended finite element method) implemented in ABAQUS™ v.6.9 using 4-node plane strain
element, CPE4R, was employed to analyze deformations of the asymmetric CT specimen used in the
experimental studies [8, 9]. Assigned boundary conditions simulated as closely as possible those likely to occur
in the test configurations. With the loading points shown in Fig. 7a, the following boundary conditions were used
in the numerical work.

Load point 1: fixed in x and y directions: u,= 0, u,= 0;
Load point 2: fixed in the x-direction and y-displacement prescribed: u,= 0, u,=-1 mm.

From tensile tests on PMMA at a strain rate of 0.00014/s and room temperature, Elices and Guinea [10] obtained
the following average values: Young’s modulus E = 3000+ 30 MPa, yield limit stress g, = 43.9 + 0.7MPa,
rupture stress op = 74.9 + 0.2MPa, and Poisson’s ratio v = 0.4; these values were used in our simulations. The
maximum principal stress of the damage initiation was set equal to ¢,, = 44 MPa. Damage evolution was based
chz
(E/(1~v2))
(a=1) [10]. X-FEM results are show in Figure 7b and will be discussed after meshless methods are introduced.

on fracture energy (G, = Gy = = 312.2 J/m?), linear softening, and mixed mode behavior of power law

Analysis of the Problem by the SSPH Method

Meshless methods were introduced in 1970’s, and include the Smooth Particle Hydrodynamics (SPH) method
[11], Element-Free Galerkin method (EFGM) [12-14], Reproducing Kernel Particle Method (RKPM) [15], Meshless
Local Petrov-Galerkin (MLPG) [16], Modified Smoothed Particle Hydrodynamics (MSPH) [17, 18] and Symmetric
Smoothed Particle Hydrodynamics (SSPH) [19, 20]. Like the FE and the boundary element methods, meshless
methods are used to find an approximate solution of an initial-boundary-value problem with the difference that no
element connectivity is needed in a meshless method. Various meshless methods differ in the construction of
basis functions for the trial solution.

The EFGM [12-14] has been used to study linear elastic fracture mechanics (LEFM) problems and uses basis
functions found by the moving least squares (MLS) method. However, it employs a background mesh to
numerically evaluate various integrals appearing in the weak formulation of the problem and thus is not truly
meshless. The enriched basis functions [21] are used to capture the stress singularity near a crack-tip without
having a very fine distribution of particles (nodes) there. The computational efficiency can be improved by using
an appropriate weight or test function [22] and basis functions that better capture singularity of fields near the
crack tip [23]. Advantages of the SSPH method are that spatial derivatives of the trial solution are computed
without differentiating the basis functions, and the stiffness matrix is symmetric. Our implementation of the SSPH
method does not have the enriching terms to capture the stress singularity. We thus use a fine particle
distribution around the crack tip. Additional details of the numerical scheme are provided in [24] where results for
the CT specimen are also included.
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Fig. 7a. Boundary conditions for the asymmetric CT specimen used while analyzing deformations with the
commercial software ABAQUS™

1.0
0.8 1‘ - ‘r
0.6 L o
I l l
N 1 I
= | |
0.4 1 i SSPH Method
} ] O Experimental data
0.2 | | - X-FEM
0.0 . . I
0.0 0.2 0.4 0.6 0.8 1.0
xfW

Fig. 7b. Comparison of computed and experimental crack trajectories for an asymmetric CT specimen
[The curve denoted by “SSPH Method” will be dicussed in the next section.]

Analysis of deformations of the Double edge notched (DEN) specimen by the SSPH Method

Since the T-stress is expected to play a significant role in the analysis of the crack problem, we first describe
results for the mode-| problem obtained by the SSPH method. Deformations of the standard DEN specimen with
H=3mm, B=1mm, the crack length ratio (a/B) = 0.2, E = 70GPa and v =0.3 have been analyzed. The specimen
is subjected to a uniform axial traction S as shown in Fig. 8. Because the specimen geometry and the boundary
conditions are symmetric about the x,-axis, deformations of only the right-half of the specimen are studied. The
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analytical expressions for the stress field near the crack-tip are [25]:

O _ K,
Oy | ~N2mr

cos(—)

2

|

1- sin(g) sin(?) sin(g) sin(?)

sin(g) sin(%) 1+ sin(g) sin(?)

! 0}0@7)

0 0

(1)

where (r, 9) are the cylindrical coordinates of a point with the origin located at the crack tip. From Eq. (1), the T-

stress along the crack tip, obtained by setting@ =0, is given by

I'=0,-0y

2H

— 2H

T

Fig. 8. Double edge notched (DEN) specimen and particles distribution of half model

The computed value, -0.501S, of the T-stress agrees well with of the -0.508S obtained by Kfouri [26].

(2)

Analysis of deformations of the Double Cantilever Beam (DCB) specimen by the SSPH Method
The crack trajectories computed by the SSPH method for the DCB specimen shown in Fig. 9 were compared with

those found experimentally. Dimensions and material properties for the DCB specimen are: length,
W =254mm, 2H =30.5mm, a=12.Tmm, E =3.10 GPaand v =0.35.

was assumed to prevail in the DCB.

A plane strain state of deformation

We employed the crack initiation criterion used by Erdogan [27], i.e., a crack initiates when the maximum principal

tensile stress reaches a critical value and it propagates in the direction of the eigenvector of this stress. In
cylindrical coordinates with the origin at the crack-tip, the stress fields near the crack-tip are [27]
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Fig. 9 Double cantilever beam specimen
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where o, ,0, and o,, are, respectively, the radial, the circumferential and the shear stresses, K, and K, are

the Mode | and the Mode Il stress intensity factors, respectively, and T is the non-singular axial stress. The crack

propagation angle 6, is found from aa—“"" =0
or equivalently from

16727,
[K, sin6, + K, (3cos 6, —1)]—%sin%cosé’o =0 (6)

Once the crack initiation criterion has been met, the crack is propagated through the distance 0.02a. Thus the
crack propagation analysis may be summarized as follows:

Step1. The displacement, strain and stress fields are determined by using the SSPH method.

Step2. The SIFs are evaluated using the interaction integral based on the results of step1.

Step3. The crack propagation angle 6, is determined from Eq. (6).
Step4. The crack is advanced by 0.02a in the direction that makes the angle 90 with the horizontal axis.

Step5. Repeat steps1 through 4 until the desired load has been applied on the end faces of the specimen.

In Fig. 7b, we have compared the computed crack path with that found experimentally; and it is clear that the two
crack trajectories agree well with each other.
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Conclusions

The compact tension PMMA specimens were tested in mode | with a displacement rate of 10 mm/min, and the
value of K|, was found to be 1.056 + 0.029 MPaym. A set of asymmetric DCB (modified CT) specimens, with the
notch and the initial crack not located along the specimen center line, were tested with the goal of investigating
crack trajectory deviations due to the mode mixity introduced at the beginning of the crack propagation. Referring
to Figs. 4 and 6, the crack first propagated in the lengthwise direction of the specimen, then, briefly, in a
transverse direction, followed by the lengthwise direction, and finally nearly perpendicular to the long edge of the
specimen. Direction changes in the crack trajectory may be attributed sign switches in the T-stress.

The effect of the specimen length to the initial crack length ratio, w/a, was also studied by testing the modified CT
specimens with w/a = 8, 4 and 2.67. For the modified CT specimen with w/a < 4, the crack deviated quickly when
propagation started. However, for the specimen with w/a = 8, the crack propagated in a straight line for almost
20 mm before it deviated. These results are in qualitative agreement with those of Aliha and Ayatollahi
determined from mixed-mode tests on semi-circular beam specimens of PMMA [1].

Deformations of pre-notched specimens were also analyzed by the X-FEM implemented in the commercial
software, ABAQUS™, and the meshless SSPH method implemented in the in-house developed computer
software. As should be clear from the results plotted in Fig. 7, the crack path predicted by the SSPH method is in
better agreement with that found experimentally than the crack path computed using the X-FEM. However, this
needs to be checked for several test configurations before the superiority of the SSPH method over the X-FEM
can be ascertained.
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ABSTRACT

Most of the common methods for conducting fracture tests on adhesively bonded specimens refer to pure mode
measures and to traditional load frames, where only one actuator is present. The critical strain energy release
rates that characterize mode |, mode Il and mixed-mode I/l fracture of bonded adherends can be measured also
using a dual actuator load frame in which there are two degrees of freedom. The geometry that is tested is the
double cantilever beam (DCB) type. DCB specimens are commonly used in traditional load frames for pure mode |
tests but the independent actuators permit testing at different levels of mode-mixity. The focus of this paper is to
develop and present evaluations of experimental and analytical aspects for mixed-mode fracture tests performed
with the dual actuator load frame. In fact, tests performed with the dual actuator instead of other techniques give
new possibilities and simplify the experimental effort, but also introduces different possible issues. New testing
procedures have to be implemented; goals of these procedures are to enhance the capabilities of the dual
actuator frame maintaining some of the advantages of other techniques already in use with traditional testing and
analysis. Moreover, nonlinear geometrical effects during the tests can play a role and are evaluated in this paper.

BACKGROUND

Methods based on fracture mechanics have proved to be useful for design practice and are commonly applied in
the characterization of bonded joints. Fracture mechanics is generally used to analyze the correlation among
crack growth, material properties, and input test parameters, which include the imposed displacements or loads [1,
2]. The stress intensity factor (K) is commonly applied in fracture study of monolithic materials, while the strain
energy release rate (SERR or §) is usually preferred for fracture analysis of bonded joints [3].

The applied SERR can have components associated with each of the three fracture modes. In particular, with
mode |, the opening mode, the crack propagates with the opening of its faces normal to the crack plane due to
tensile stresses. In mode Il, the in-plane shear mode, the crack propagation results from in-plane shear stresses.
Finally, in mode lll, the out-of-plane shear mode, the crack propagation results from out-of-plane shear stress.
The applied strain energy release rate G is a scalar quantity and it should be noticed that its applied value can be
obtained as sum of the components applied in the pure modes.

G=Gr+Gu+ G 1

Techniques for partitioning the strain energy release rate in the pure modes components of Equation 1 have been
developed by Williams [4], Schapery and Davidson [5] and Hutchinson and Suo [6]. These techniques apply to
geometries such as beams and plates subjected to different loading conditions resulting in mixed mode. The
techniques describe how to compute the pure mode components of the applied strain energy release rates. Tay
[7]1 and Hashemi [8] addressed mixed mode delamination in fiber composites, developing approaches and
physical interpretations that are completely relevant to the fracture in bonded joints and orthotropic materials.

The critical values of SERR, ¢, are typically experimentally measured. These values are also generally
depending on the fracture mode that is present at the crack tip, where mode I, mode I, mode lll, or combinations
of these can cause the crack to propagate. The aspects of fracture in adhesive joints have been investigated by a
number of researchers [9-11] who have addressed pure mode and mixed mode fracture using various
experimental implementations.
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INTRODUCTION

The fracture studies performed with the dual actuator consider the superposition of fracture modes | (opening) and
Il (in-plane shear), with tests run in pure modes or in mixed-mode conditions. Specimens geometrically identical
to the double cantilever beam (DCB) can provide fracture data for mixed-mode fracture conditions when tested by
imposing asymmetric loads or displacements to the two beams. The specimen is clamped at the lower end and
loads are applied to the debonded (upper) ends of the beams, as illustrated in Figure 1.
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Figure 1: DCB type specimen used in dual actuator load frame

The dual actuator load frame is an instrument that simplifies the experimental effort that is required for collecting
data associated with different values of mode-mixity, thus enhancing the possibilities of running tests with different
material systems. The dual actuator testing machine illustrated in Figure 2 was built to our specifications before
the beginning of the present research by McGaw Technologies Inc. (Fairview Park, OH), with support from the
National Science Foundation.
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Figure 2: Dual actuator load frame

The dual actuator load frame utilizes two actuators that can impose loads or displacements independently to the
ends of the two beams of the bonded specimen. Each actuator has a load cell and a displacement sensor (LVDT)
that provides information for quantitative evaluation of specimen behavior. Unless the test is performed in pure
mode |, the specimen must be clamped in a vise at the lower end. The loads are applied to the debonded ends of
the beams by pins attached to clevises connected to the individual load cells and actuators. A controller drives the
two actuators; displacements and forces of the two actuators, as well as time as the test progresses, are collected
by a computer equipped with a data acquisition card (DAQ PCI 6229, National Instruments Inc., Austin TX). The
crack length values of the specimen are read periodically by the operator running the test. The reading is

performed using a magnification lens and facilitated by the white correction fluid and a paper ruler applied on a

side of the specimen. The control design allows for imposing different combinations of displacement rates at the

two actuators and this results in different levels of in-plane mode mixity with a standard DCB specimen.

The advantages of this testing frame can be summarized in the following points:

o mode mixity is not obtained by a variation of the geometry of the adherends or by the use of other fixtures, but
by the imposition of asymmetric loads or displacements; thus, data can be collected from a single specimen
type;

o the mode-mixity is infinitely variable between pure mode | and pure mode II;

o the mode mixity can be varied throughout the test without the need of repositioning the specimen.
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Papers on experimental results coming from tests performed with the dual actuator load frame have already been
presented by Singh et al. [12] and by Nicoli [13]. This paper does not focus on experimental results, but presents
some of the specific aspects that are involved in the experimental and analysis procedures when fracture testing is
performed with a dual actuator load frame. Parts of this paper include a description of a testing procedure that
optimizes the use of the dual actuator and is currently applied and an analytical evaluation of the geometrical
nonlinear effects that arise during the test

TESTING PROCEDURE WITH DUAL ACTUATOR LOAD FRAME

The tests performed with the dual actuator are conducted in displacement control to avoid unstable or catastrophic
failures of the DCB specimens, but allowing multiple readings of crack length as the debonded part propagates in
a controlled fashion. Tests involve imposing different displacement ramps on the two beams and measuring the
forces on the left and right actuator. These forces, Fr and F, in Figure 1, are then combined for evaluating the
force F, that gives the mode | loading and F, that gives the mode Il with Equation 2.

1

F =5 (Fy+ )
1

Fy, :E(FR_FL)

F,and F; are used for evaluating the mode | and mode Il components of ¢, which can be calculated as functions
of the crack length, the elastic stiffness of the adherends, and the respective forces applied to the two beams of
the specimen. These components can be easily computed with the simple beam theory and are equal to Equation
3. l'and E are the second moment of area and the elastic modulus of the adherends, respectively, a is the crack
length, and b the specimen bond width

F?a*
G, = !
EIb
2 .2 3
G _3Fa
" 4EID

The angle of mode mixity, 'V, is defined from the ratio between the two components of g. Equation 4 shows this
relation.

VY = ArcTan gi 4

G,

For the analysis of DCB and other standard test configurations, several improved approaches can be used for
analyzing the data. These approaches are more refined than the simple beam theory and include the corrected
beam theory (CBT) and the experimental compliance method (ECM) described by Blackman and Kinloch [14, 15].
These techniques address some issues of the tests on DCB specimens adapting the simple beam theory for the
geometry of DCB, where the two beams are connected through an adhesive layer. These issues are, for example,
the root rotation at the crack tip, shear deformation at the beams, the effects of beam thickness, and inaccuracies
in the crack length reading. The CBT evaluates the real elastic stiffness of the beams of the tested DCBs and
corrects the crack length reading using a linear fit of the cube root of the compliance vs. crack length plot. The
ECM similarly evaluates characteristics of the tested specimens with a differently arranged linear fit of the
logarithm of the compliance vs. the logatitm of the crack length. ECM and CBT for DCB specimens are both
traditionally based on mode | tests and require experimental data from pure mode | tests, although adaptations of
the techniques to pure mode Il have also been developed in [16, 17]. One goal of the fracture studies with the
dual actuator is usually to test mixed mode conditions, but it is opportune to have each of the specimens partially
tested at the same level of mode-mixity. In particular, it is useful to perform a part of pure mode | test in all of the
specimens. So, the test procedure was arranged in three separate phases, the first and the latter are run in pure
mode | in order to get data points for the CBT and ECM analysis procedures and in the second potion of the test
the mixed-mode condition is obtained by imposing different displacement rates on the two beams. Performing the
test portions at pure mode | at the beginning and the end of the test gives two advantages. First, the crack growth
for short crack length is unstable for fracture modes close to mode Il [18], but the first portion of the specimen can
give stable data for mode |. Second, for large crack lengths, the presence of the clamping vise at the base of the
specimen prevents full debonding of the specimen. Thus, only data from mode |, where clamping is not present,
can be collected. The application of the procedure of Figure 3 can be considered beneficial since it tends to



28

maximize the outcome of information that one can gain from the test of each specimen, consequently increasing
the overall efficiency of the testing effort.
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Figure 3: Typical test procedure

The use of CBT is particularly important when natural materials with considerable material properties variation
from specimen to specimen are tested. In the calculation of the G, components during the mixed mode part of the
test, one has not to rely on the elastic modulus listed in tables, but can use the modulus of the specimen obtained
in the first and third parts of the test.

NONLINEAR GEOMETRICAL EFFECTS

As previously described, the DCB specimens tested in the dual actuator load frame are clamped at the base and
the debonded ends of the two beams are connected to the actuators. The two actuators can rotate around two
pinpoints, thus allowing for beam foreshortening and avoiding stresses due to an over-constrained configuration.
The geometrical changes that the specimen and load frame encounter during a test are shown in Figure 4.

< D

Figure 4: Schematic view of geometry changes during a test on the dual actuator

The DCB specimen consists in two beams bonded together, with a crack that grows during the test and modifies
the geometry of the specimen during the test. The evaluations focused on the beam foreshortening (3), cylinders
rotation (0), illustrated in Figure 4, and the actual moments imposed on the adherends at the crack tip. These
three parameters were described as functions of the actuator positions and crack length. The evaluations were
carried out for pure mode | and pure mode Il and took into account the geometric nonlinear effects in the system.
The analysis particularly focused on our dual actuator, where, with reference to Figure 4, D is equal to 1400 mm
and L is 220 mm. Also, the maximum displacement of the two actuators, A_ and Ag, is +/- 50 mm. Figure 5
illustrates that the applied moment decreases not only because of beam foreshortening, but, due to actuator
rotation, also because the applied force F has two components F, and F which are generating opposite moments
at the crack tip.
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Figure 5: Representation of beam foreshortening and force rotation on a beam tested on a dual actuator load frame.

The beams in the dual actuator are bent with the application of the forces given by the two actuators. The
deformed shape can be calculated in each case with the equation
d’y _M(x)

dx*  EI

For an imposed force the moment is linearly variable along the beam length, thus the function y(x) is not a simple
arc, as it would be for an applied moment, but can be obtained via integration of Equation 5. The evaluation of the
beam foreshortening can be performed with the following analytical geometry equation

[N+ (o)) e — L%
5: 0

1+ (' (L))

where L~ is the length of the portion of the DCB specimen that bends during the test. In particular L* is equal to
the crack length in mode | configuration and total beam length above the clamp in mode Il. y(x) is the equation of
the deformed shape of the beams. The equation y(x) depends on the imposed displacements at the beam ends
and on the crack length. From a geometrical point of view, the beam foreshortening of Equation 6 is a function of
the imposed displacement A, that influences y(x) and thus y’(x), and the length of the crack. Graphs of the beam
foreshortening as function of the two parameters are shown in Figure 6.
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Figure 6: Beam foreshortening as function of imposed displacement and crack length for pure mode I (left) and pure
mode II (right)

The graphs show with colored dots also the simulation of data points for two representative geometries: The points
indicating lower foreshortening illustrate behavior of aluminum bonded samples (section 25x20 mm, elastic
modulus 70 GPa, ¢ = 5000 J/m? and Giic = 8000 J/m2), while the points indicating larger foreshortening describe
the behavior of carbon composite bonded samples (section 25x4 mm, elastic modulus 50 GPa, g, = 1000 Jim?
and @G, = 3000 J/m2). In the two simulations of aluminum and carbon fiber bonded specimens, the crack length
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and the imposed displacement are not independent variables, but the first is function of the second and depends
on geometry of the specimen and elastic and fracture properties of the adherends.

Another finding of the analysis was the variation of the moment at the crack tip in the two cases of mode | and
mode Il. This variation results from both beam foreshortening and actuator rotation. The moment variation is
important; in fact the real moment present at the crack tip is the element that causes the crack growth. The
comparison that was carried out and is shown in Figure 7 is the ratio between the real moment at the crack tip and
the nominal one that is simply the product of the force F measured at the load cell and the crack length, without
effect of beam foreshortening.
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Figure 7: Variation of moment at the crack tip from the nominal value (left pure mode I, right pure mode IT)
The different curves represent different crack lengths; the arrow indicates increasing crack length.

Moment ratio

Moment ratio

Also in the case of Figure 7, the graphs illustrate curves coming from geometrical analysis and data points the
data from the simulations; in particular dots indicate points from aluminum DCBs and Xs indicate points from
carbon composite DCBs. The outcome of the analysis is that for the stiffer aluminum specimens the moment
variation is less than 1% in both mode | and mode II, while for the more compliant carbon composite specimens
the moment is reduced of 7% in mode | tests and around 40% in mode Il tests, for the maximum possible
displacement of 50 mm. For metallic specimens the issue is likely to be insignificant, while some care has to be
taken in analyzing specimens where the imposed displacement gets large. Having this aspect been evaluated
with this analysis, when analyzing the fracture data one could consider a correction factor, returning the real
applied moment and thus the real forces F, and F; as function of imposed displacement and crack length. The
forces F,and Fj are in fact important when evaluating the components of G;,as illustrated in Equations 3.

CONCLUSIONS

The dual actuator test frame simplifies the experimental effort required for mixed-mode characterization of
adhesively bonded and laminated beam specimens, since a single geometry type of specimen can be used for
spanning from pure mode | to pure mode Il loading conditions. The dual actuator introduces the possibility of
easily applying different levels of mode mixity on a single specimen, thus allowing to applying some of the positive
outcomes of traditional data analysis techniques such as the corrected beam theory (CBT) and the experimental
compliance method (ECM) also in mixed mode tests. Especially the results of CBT can be useful also in mixed
mode testing and a procedure for increasing the efficiency of each test has been proposed.

The construction characteristics of the testing frame introduce some nonlinear effects such as adherend
foreshortening and the force rotation during the test. These variations were analytically evaluated. In particular two
representative cases were shown. It has to be pointed out that a problems such as the beam foreshortening is
common to most of the techniques that measures fracture properties with DCB type specimens. For the dual
actuator load frame it was shown that the nonlinear geometrical effects can be accounted for a 1% variability of
the results when testing relatively stiff materials, such as bonded metals, while can have higher influence in
relatively compliant specimens, such as DCBs obtained from thin layers of carbon fiber composites. Graphs
obtained in this paper can be used in testing practice with the dual actuator as correction factors for the mentioned
nonlinear effects.

ACKNOWLEDGMENTS

The authors would like to acknowledge the support of the National Science Foundation under contract DMR-
0415840 for constructing the dual actuator load frame. The financial support of the Wood Based Composites
Center at Virginia Tech is gratefully acknowledged for funding EN.



31

REFERENCES

1.
2.
3.

4.

10.

11.

12.

13.

14.

15.

16.

17.

18.

Kundu, T., Fundamentals of fracture mechanics. 2008, Boca Raton, FL: CRC Press. 286.

Miannay, D.P., Fracture mechanics. Vol. xviii, 337 p. 1998, New York: Springer.

Adhesion science and engineering. 1st ed, ed. A.\V. Pocius, D.A. Dillard, and M.K. Chaudhury. 2002,
Amsterdam ; Boston: Elsevier.

Williams, J.G., On the calculation of energy release rates for cracked laminates. International Journal of
Fracture, 1988. 36(2): p. 101-119.

Schapery, R.A. and B.D. Davidson, Prediction of Energy Release Rate for Mixed-Mode Delamination
Using Classical Plate Theory. Applied Mechanics Reviews, 1990. 43(5S): p. S281-S287.

Hutchinson, J.W., Z. Suo, and Y.W. Theodore, Mixed Mode Cracking in Layered Materials, in Advances in
Applied Mechanics. 1991, Elsevier. p. 63-191.

Tay, T.E., J.F. Wiliams, and R. Jones, Characterization of pure and mixed-mode fracture in composite
laminates. Theoretical and Applied Fracture Mechanics, 1987. 7(2): p. 115-123.

Hashemi, S., A.J. Kinloch, and J.G. Williams, The Analysis of Interlaminar Fracture in Uniaxial Fibre-
Polymer Composites. Proceedings of the Royal Society of London. Series A, Mathematical and Physical
Sciences, 1990. 427(1872): p. 173-199.

Choupani, N., Interfacial mixed-mode fracture characterization of adhesively bonded joints. International
Journal of Adhesion and Adhesives, 2008. 28(6): p. 267-282.

Fernlund, G. and J.K. Spelt, Mixed-mode fracture characterization of adhesive joints. Composites Science
and Technology, 1994. 50(4): p. 441-449.

Crews, J.H. and J.R. Reeder, A Mixed-Mode Bending Apparatus for Delamination Testing. 1998, NASA
Langley Technical Report Server.

Singh, H.K., et al., Mixed mode fracture testing of adhesively bonded wood specimens using a dual
actuator load frame. Holzforschung. [in press]

Nicoli, E., et al., Mixed mode fracture testing of adhesively bonded specimens using a dual-actuator load
frame, in International Conference on Fracture. 2009: Ottawa, Canada.

Blackman, B., et al., The calculation of adhesive fracture energies from double-cantilever beam test
specimens. Journal of Materials Science Letters, 1991. 10(5): p. 253-256.

Brunner, A.J., B.R.K. Blackman, and P. Davies, Mode | delamination, in European Structural Integrity
Society, D.R. Moore, A. Pavan, and J.G. Williams, Editors. 2001, Elsevier. p. 277-305.

Blackman, B.R.K., A.J. Brunner, and J.G. Williams, Mode Il fracture testing of composites: a new look at
an old problem. Engineering Fracture Mechanics, 2006. 73(16): p. 2443-2455.

Blackman, B.R.K., A.J. Kinloch, and M. Paraschi, The determination of the mode Il adhesive fracture
resistance, GIIC, of structural adhesive joints: an effective crack length approach. Engineering Fracture
Mechanics, 2005. 72(6): p. 877-897.

Carlsson, L.A., J.W. Gillespie, and R.B. Pipes, On the analysis and design of the end notched flexure
(ENF) specimen for mode Il testing. Journal of Composite Materials, 1986. 20(6): p. 594-604.



Proceedings of the SEM Annual Conference
June 7-10, 2010 Indianapolis, Indiana USA
©2010 Society for Experimental Mechanics Inc.

LINEAR VISCOELASTIC BEHAVIOR OF POLY(ETHYLENE
THEREPHTALATE) ABOVE T,

AMORPHOUS VISCO-ELASTIC PROPERTY Vg CRYSTALLINITY:
EXPERIMENTAL AND MICROMECHANICAL MODELING

Fahmi Bédoui

Université de Technologie de Compiegne, Laboratoire Roberval UMR-CNRS 6253,
Compiegne, France.
E-mail : Fahmi.bedoui@utc.fr; Tel : +33 344 23 45 28 ; Fax : +33 3 44 23 49 84

Abstract

Linear viscoelastic behavior of amorphous and semi-crystalline Poly(ethylene teraphtalate), PET, was
experimentally investigated. Micromechanics models were used to predict the elastic and plastic
behavior of semi-crystalline polymers successfully, however the viscoelastic behavior still difficult to be
predicted with such models. Difficulties lie on the used numerical methods and also on the
understanding of the properties of the amorphous phase. In this paper we tried to first simplify the
Laplace Carson-based method by using a pseudo-elastic method that ovoid the numerical difficulties
encountered before. The time-dependant problem is so replaced by a frequency-dependant set of
elastic equations. To validate the new approach, Poly(ethylene threphtalate) (PET) with different
crystallinity fraction (X;) were prepared and characterized. Based on our experimental results
(properties of the amorphous PET and semi-crystalline polymers) micromechanical model were used
to first predict the viscoelastic properties of the semi-crystalline polymers and also to predict the
changes on the viscoelastic properties of the amorphous phase when the crystallinity fraction
increases. Good agreement between the predicted and experimental results of the low crystallinty
fraction sample (X.=17%). However for high crystallinity (Xc=24% and Xc=35%) prediction based on
the identified amorphous phase as an input for the micromechanical properties failed to fit the
viscoelastic behavior of the semi-crystalline polymer. Based on the dynamic mechanical analysis
(DMA) experimental data, changes on the glass transition temperature of the amorphous phase were
observed, which could confirm the change of the viscoelastic properties of the amorphous phase upon
crystallization. This result confirms the effect of confinement due to the presence of the crystalline
phase on the prediction of the viscolelastic behavior of semi-crystalline polymer using
micromechanical models.

Mechanical

Keywords: Semi-crystalline polymer, Amoprhous phase, Confinement, Viscoelasticity,
Micromechanical modeling.

Introduction

Micromechanics models were used for composite materials and recently for semi-crystalline polymers.
Micromechanics models were thoroughly used to predict the plastic behavior of semi-crystalline
polymers [1-6]. Recently the prediction of the elastic behavior was subject to an intense interest either
to estimate macroscopic properties[7-10] or try to shed light on some paradoxes behavior of polyolefin
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polymers [11]. However difficulties on applying micromechanics to predict viscoelastic behavior of
semi-crystalline polymer still not overcome. Unlike elasticity, viscoelastic behavior assumes an
evolution of the mechanical properties (Young’s modulus e. g.) Vs. time. This dependence could not
be taken on account using standard micromechanical model. Numerical techniques were introduced to
solve this issue. For composite materials Schapery [12] proposes to use the collocation method
coupled with Laplace-Carson inversion transformation technique. In a recent study Brener et al. [13]
used the collocation method constraints conditions to predict composite material behavior. The same
concept on constraints coupled with the collocation method were used for semi-crystalline polymer
shows the limit of the micromechanics model to fit the viscoelastic behavior of semi-crystalline
polymer[14]. The confinement of the amorphous phase that was not taken on account was suspected
to be the origin of the differences between the experimental data and the model prediction.

In this paper based on different approach to represent the viscoelastic properties the effect of the
confinement on the mechanical properties of the amorphous phase was studied. Based on the
hypothesis of the modeling the results will be correlated with the literature results.

Materials and methods

2 mm thickness PET Extruded plate from ISOSUD was used in this study. Samples were cut and
annealed at T=110 T for different period of time. Three crystallinty fractions were prepared (17, 24
and 35%) DSC run were carried out to determine the glass transition temperature and the crystallinity
of each sample. DMA tests using a METRAVIB DMA 150 machine were carried out at 90C. above
the glass transition temperature of the amorphous PET is about 80C. DMA experiments were carried
out over four decades; from 0.01 to 100 Hz (Figure 1)
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Figure 1: Dynamic modulus for amorphous and semi-crystalline polymers.

Modeling

In a previous papers [8, 11, 14] we used micromechanics models to predict elastic AND viscoelastic
properties of semi-crystalline polymers (PP, PE and PET). For elasticity the differential scheme
appears the well adapted to predict the elastic properties of such material. However the viscoelsatic
properties prediction presents some numerical difficulties due to the collocation method. In order to
overcome those difficulties caused by the use using the Laplace-Carson and the collocation method to
replace the time dependant problem to pseudo-elastic one, we propose to consider as the viscoelastic
properties the complex modulus E* instead of the loss and elastic ones (E’ and E” respectively).
Coupled with the bulk modulus derived from the PVT diagram, that we suppose constant at a chosen
temperature, we replace the time dependant problem by a frequency-dependant elastic one. The new
problem consists on a set of elastic equation for each considered frequency (in this study we covered
four decades (0.01 to 100 Hz). As we have an elastic problem, the differential scheme will be used to



predict the mechanical properties of PET for different crystallinty fractions. The crystalline phase will
be considered as the filler with a shape ratio of 2-2-1. These values are the results of previous work [8,
14].

Discussions

The amorphous phase will be considered as isotropic viscoelastic (figure 1) and the crystalline phase
as elastic anisotropic[8]. Applying the described procedure for the semi-crystalline polymer, an
acceptable agreement between prediction and experimental data was found for the low crystalline
fraction (Xc=17%) as presented in figure 2. and based on the experimental data of the amorphous
phase (figure 1) and the crystalline phase
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Figure 2: Viscoelastic modulus prediction for Xc=17% using differential model.

Fair predictions however were found for the higher crystalline fraction (Xc=24% and 35%). The same
limitations of the modeling were encountered for PET below Tg[14] and also in the case of amorphous
PET filled with glass beads. In both cases, even though the length scale is not the same, the
confinement of the amorphous phase due to the presence of crystalline lamellae in the case of semi-
crystalline polymers and the glass beads in the composite materials, is suspected to be at the origin of
the differences between the experimental data and the model prediction. The confinement effect
concept and its effect on the mechanical properties of the amorphous phase were introduced to fit the
elastic properties of PET using bi-layered representation[10].

A representation of Tan(delta), representative of the glass transition of the amorphous phase, shows
clearly that for high crystallinity ( 24% and 35 % in our case) two peaks could be considered Moreover
a shift of the main peak is seen (figure 3).
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Figure 3: Tan(delta) for amorphous and semi-crystalline polymers.

This two aspects could lead to the conclusion that the glass transition temperature rate increased with
increasing cristallinity which is confirmed by lllers and Breuer [15]. Using the Differential scheme, an
estimation of what should be the amorphous phase modulus was conducted (Figure 4)
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Figure 4: Confined amourphous-phase's moudulus for semi-crystalline polymers compared to the original
amorphous polymer.

Conclusion

This study shed some light on the confinement effect which the amorphous phase is subject to due to
the increase of the crystallinty fraction. This effect is limited for low crystallinity (Xc=17%) and
increased for higher crystallinty (Xc=24 and 35%). This effect was not taken on account in
micromechanics models which could be the reason for the fair capability of such models to predict the
macroscopic mechanical properties of semi-crystalline polymers such PET. The new approach based
on a frequency dependant problem helped overcoming the difficulties encountred in previous work
using the Laplace-carson method coupled with collocation method.
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The ductile failure in metals has long been associated with void nucleation, growth and coalescence.
Many micromechanics-based damage models were developed to study the effects of the voids sizes, shape and
orientation to the nucleation, growth and coalescence of voids [1-2]. However, the experimental methods to
quantitatively validate these models were lacking. In this work, the ductility and the microstructural characteristics
of the voids in high strength aluminum is investigated. The particular material interested in this work is high
strength rolled Aluminum 7075-T7351.

Both smooth tension and notched tension specimens were designed to study the mechanical properties
along different orientations. The smooth tension specimens are designed along the longitudinal (LA) and short
transverse (ST) directions to study the mechanical properties in different orientations. The specimens are
cylindrical with gage length of 1.0 inch and diameter of 0.25 inch. The stress versus strain curves for the tension
specimens are shown in Figure 1. It clearly shows the anisotropy in the mechanical properties, especially ductility.
This material has much higher ductility in longitudinal (rolling) direction than the short transverse direction.
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Figure1. Stress versus strain curves along longitudinal and short transverse directions

Notched tension specimens with four different radii of R1 = 0.039 inch, R2 =0.078 inch, R3=0.195 inch,
R4 =0.390 inch were designed to introduce different levels of stress concentration. It has been known that the
geometry of the notch affects the stress triaxiality which promotes the voids growth [3]. The load versus
displacement curves of the notched tension specimens with R2, R4 are shown in Figure 2 (a) and (b). The data
also clearly shows the anisotropy of ductility in these two orientations.
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Figure2. Load versus displacement curves along longitudinal and short transverse directions for notch
radii (a) R2 and (b) R4

The smooth tension specimen was loaded till failure. The fractured specimen was then sectioned
perpendicular to the loading direction to microscopically study the voids size, shape. These cross sections were
cut as close as possible to the failure surface. The cross section surface was then mechanically polished till 1
micron finish. Figure 3 (a) shows the optical image of an area on the cross section and (b) shows the AFM

scanned image of the voids. Both images clearly showed the voids and the size of the voids ranges about 5 to 10
micrometers.
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Figure 3. (a) Optical image of the cross section with voids; (b) AFM scanned image of the voids
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ABSTRACT

To exploit new hybrid nickel-based superalloys, physics-based computational models are needed to
predict material properties and describe material behavior during exposure to complex life cycles. Such models
will allow an iterative assessment of microstructural morphology as related to mechanical properties prior to
production of large-scale test specimens or components, thereby reducing development time and cost.
Development of these models is currently hindered by a gap in the understanding of local deformation behavior at
the intra- and intergranular level. A new in-situ experimental methodology is being developed to characterize local
strain heterogeneities in nickel-based superalloys that have a relatively fine grain size (dae<50um). Initial work
has been performed on Rene 104 that was heat treated to produce two sets of samples with a similar grain size
but different y’ distributions and grain boundary morphologies. One sample set had planar boundaries and a
bimodal y’ distribution, the other set had serrated boundaries and a trimodal y’ distribution. Progress has been
made towards implementation of a suitable speckle pattern for digital image correlation (DIC). Quasi-isostatic
room temperature tensile tests were performed in a scanning electron microscope, with images acquired at
regular strain intervals. This preliminary data was qualitatively analyzed using Correlated Solutions VIC-2D
software. The data for the serrated boundaries indicates that there are indeed interesting strain heterogeneities
being developed that are related to grain orientations, boundary relationships to the tensile axis and other
boundaries.

INTRODUCTION

With existing nickel-based superalloys it will be difficult to achieve the performance requirements of future
turbine disc designs. This is due to conflicting property requirements at the bore (center) and rim of the disc. At
the bore, strength and fatigue resistance are optimized with a fine-grained microstructure, while at the rim
damage-tolerance and creep resistance are optimized with a coarse-grained microstructure [1]. For existing alloys
and processing methods, these competing design requirements are extremely difficult to achieve using a single
alloy composition and microstructure.
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One method to address this problem is to develop hybrid superalloys that are both compositionally and
microstructurally adaptable, that can tailored to meet the different temperature and stress demands required in
different regions of the component [2, 3]. To exploit these new hybrid systems, physics-based computational
methods are needed to predict material properties in the gradient regions, and describe material behavior during
exposure to complex life cycles.

Currently, development of physics-based deformation models for high-temperature alloys systems is
hindered by the type of validation data that can be provided via traditional testing techniques. Traditional tensile
and creep tests determine averaged bulk properties, but provide limited insight into local deformation behavior.
Even with post-testing microstructural evaluation, only a limited understanding can be gleaned relative to how
local strain accommodation is controlled by variations in the microstructure. This makes it difficult to apply the
experimental data collected to computational models of both traditional and hybrid alloys. Therefore, novel
experimental techniques are required to characterize the local deformation fields produced during creep of these
materials.

This paper highlights progress made towards the development and utilization of an in-situ, elevated-
temperature tensile frame that operates inside of a scanning electron microscope to characterize the local
deformation behavior in Ni-based superalloys. This work includes characterizing the microstructure of samples
prior to testing, development of a speckle patterning technique for digital image correlation analysis of
deformation fields, set-up of the test frame and preliminary results.

EXPERIMENTAL PROCEDURES
1.1 Materials

Prior to testing any hybrid alloys, in-situ testing procedures are being developed using a traditional Ni-
based superalloy. The alloy selected was the y’ strengthened alloy Rene 104 (15wt% Cr,18.2% Co, 3.8%Mo,
1.9%W, 1.4%Nb, 3.5%Al, 3.5%Ti, 2.7%Ta, 0.03%C, 0.03%B, 0.05%Zr, bal Ni) [4]. Samples of Rene 104 were
heat treated to produce samples with two different microstructures. The first heat treatment produced a “standard”
microstructure consisting of relatively planar grain boundaries, while the second heat treatment produced a
microstructure consisting of a serrated grain boundary structure, as shown in Figure 1 [5, 6]. Previous work has
indicated that serrated boundaries have beneficial effects on fatigue crack growth resistance [6].

¢ = pm; ‘ — um. _
Figure 1. SEM backscatter electron images of the (a) standard heat treatment produces planar grain
boundaries, (b) while the second heat treatment produces a serrated boundary structure.

1.2  Sample preparation

Following heat treatment, samples were electrical discharge machined to have a gage length of 1.78 cm,
and nominal rectangular cross-section of 0.31 cm by 0.081 cm. Tensile samples were prepared for scanning
electron microscopy (SEM) analysis using conventional polishing techniques, culminating with a final vibratory
polish using 0.02 um colloidal silica. Once polished, four microhardness indents were placed at the corners of a
0.01 cm? square centered in the middle of the gage section. These hardness indents indicate the location of the
speckle pattern needed for in-situ testing, and assist in post-experiment registration of microstructural data with
the local displacement maps. Other samples were prepared for y’ particle morphology and distribution analysis.
These samples were cut parallel and perpendicular to the tensile loading direction and were mounted and
polished similar to tensile samples. For these metallographic samples, after final polishing step the vy’ particles
were revealed using a selective etchant (2ml HF, 30ml HNO3, and 50ml lactic acid).
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1.2.1  Characterization techniques

Electron backscatter diffraction (EBSD) mapping was used to characterize grain size and grain orientation
with respect to the tensile axis. EBSD was conducted on an FEI ESEM XL-30 SEM using EDAX TSL orientation
image mapping system. Grains were defined as containing at least 5 data points, with less than 5° misorientation
between adjacent data points. Twin boundaries of ¥£3 orientation were not included in grain area calculations.
Grain size distributions were determined using techniques developed by Payton for converting 2-dimensional
grain information into 3-dimensional grain information [7]. Analysis of grain size distributions were conducted for
each processing type using at least 2000 grains, ASTM standard E112 recommends at least 250 grains be
counted to determine mean and standard deviation [8].

SEM images for particle analysis were conducted in an FEI Sirion XL-30 FEG-SEM nominally set at
15keV using ultra-high resolution, backscatter imaging mode. Particle size distributions were determined using
image analysis techniques following procedures developed by Payton et al. [7, 9]. An average particle area was
determined and linear particle size was calculated by converting area to cube length.

1.2.2  Speckle patterning

Correlated Solutions Inc. VIC-2D digital image correlation (DIC) software was used to analyze local
deformation fields. In order to characterize intragranular deformation of the Rene 104 microstructure, digital
images needed to be acquired at 1500x magnification, which necessitated the use of an SEM. Therefore, the
speckle pattern needed for DIC had to be applicable for electron imaging. The DIC software produces optimum
accuracy when the minimum speckle size is at least three pixels, and a greater number of speckles per grain
produces a more detailed characterization of the strain distribution within each grain [10, 11]. Based on the typical
pixel size of SEM images taken at the required magnification and limiting the image acquisition time to less than a
minute in time, a random pattern was generated using square speckles with a size range between 0.25 and 0.6
pm.

Electron beam lithography was used to fabricate the desired pattern. This technique uses a focused
scanning electron beam to locally expose photo-resist on the sample surface, which results in the point-by-point
construction of the desired pattern [12]. Once exposed, the resist is developed and metal or dielectric can be
deposited onto the sample surface. After deposition the developed resist is lifted off to reveal the pattern.
Following standard clean-room procedures, 4 A PMMA resist was spin coated onto the sample surface. Once
coated, the sample was exposed at 50 keV with a dose of 800 uCl/cm? using a Vistec EBPG 5000 electron beam
lithography machine. The resist was then developed in a 9:1 mixture of methyl isobutyl ketone and isopropyl
alcohol. The location of the speckle pattern on the sample surface was determined by the microhardness indents
placed on the surface before EBSD analysis, as shown in Figure 2. A Denton 502A evaporator was utilized to
deposit 10nm of titanium followed by 140nm of gold onto the surface. Once coated the developed resist was lifted
off the sample using an acetone bath, leaving a pattern of gold speckles on the sample surface, Figure 3.

» (2 , 2 e S 001 101
Figure 2. EBSD map of the standard heat treated microstructure showing the location of the
microhardness indents used for applying the speckle pattern. In this image each color represents a
particular crystal orientation as indicated by the inserted inverse pole figure.
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Figure 3. SEM secondary electron image of the Au speckle pattern created by e-beam lithography

1.3  Experimental test set-up

An Ernest Fullam® in-situ tensile stage was employed for this study. The stage is able to apply loads up
to 4448 N, heat the specimen to temperatures up to 1200°C, provide measurements of load and crosshead
displacement, and allows for EBSD acquisition while the sample is mounted in the test frame. The data
acquisition system provided with the test frame was used to acquire load and displacement data every 30
seconds. Initial tensile testing was conducted at room temperature, and the total strain accumulated during each
test was approximately 5% at a strain rate of 5x10° s, Secondary electron images were collected at
approximately 0.2% strain intervals. SEM operating parameters were as follows: 20kV accelerating voltage, dwell
time of 10usec, and an image size of 2048x1768 pixels, which corresponds to an image acquisition time of 37sec.
Images were taken at 1000 and 1500x magnification at resolution of 6.7 or 10 pixels/um.

Elevated temperature image acquisition capabilities of the SEM were tested by imaging a specimen
which was incrementally heated to 600°C. At 100°C intervals the sample was held at temperature for 3 to 5
minutes before backscatter and secondary images were acquired using the same SEM operating parameters as
discussed previously.

Correlated Solutions VIC-2D software was selected for conducting digital image correlation techniques for
determining local strain distributions. Analysis was conducted using 35x35 pixel subset size and spacing between
subset centers of 5 pixels. No distortion corrections were conducted for strain analysis, thus, the data presented
in this paper is qualitative in nature.

RESULTS

1.4  Microstructural characterization

1.4.1  Grain size

The standard heat treatment produced an average 3-D grain size of 415 pmz, while the serrated heat
treatment produced and average 3-D grain size of 371 umz. The distribution of grain sizes is presented in Figure
4. The grain size distributions of these two processing types are very similar, indicating that the major difference
between processing types are their boundary morphologies, as seen in Figure 1. The boundary serrations still
need to be characterized in accordance with work by Mourer et al. [6].

1.4.2 y’morphology and distribution

The standard heat treatment produced a bimodal y' distribution consisting of spherical tertiary vy’
precipitates that are typically less than 20 nm (true distribution undetermined), and cuboidal secondary y’
precipitates that are 160 + 30 nm in width, Figure 5. The serrated heat treatment produced a trimodal y’
distribution with small spherical secondary y’ 86 +18nm, large dendritic shaped y’ in the grain interiors, and
globual y’ along the grain boundaries Figure 5.
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Figure 4. Grain size distributions for both the standard and serrated Rene 104 microstructures

Figure 5. SEM backscatter images of the (a) bimodal y’ distribution of the standard microstructure as
compared to the (b) trimodal y’ distribution of the serrated microstructure.

1.5  High temperature imaging

SEM imaging at incremental temperatures indicates that backscatter imaging in this microscope is only
possible to about 300°C, above which thermal radiation causes excessive signal noise ratios — an effect which is
consistent with other studies [13, 14]. Secondary images showed minimal visible degradation in quality up to
600°C, though specimen cleanliness is important consideration. Organic deposits on the sample surface (dirt,
acetone, etc.) charge more readily at elevate temperature and obscure the true sample features. This experiment
indicates that for elevated temperature testing above 300°C the speckle pattern for DIC must produce good

secondary imaging contrast.

1.6  In-situ strain mapping

Bulk measurements of load and displacement were used to calculate the engineering stress and strain
curve, which is shown in Figure 6. Here, sample displacement was obtained by measuring the cross-head
displacement, and system compliance (i.e. elastic deflection of the load train) was not accounted for, thus, the
stress-strain curves in Figure 6 are not accurate in the elastic regime. Nonetheless, the raw data shows that the
serrated samples have higher yield strength then the standard samples by 10%.

Local strain data of the serrated sample, as calculated with the VIC-2D software, is presented for different
bulk strain levels in Figure 7. The figure also shows the initial EBSD microstructure overlaid with the speckle
pattern in the initial image, and the initial EBSD microstructural boundaries overlaid with the strain fields. None of
the local strain levels at the end of the test are at or above the bulk strain levels calculated from crosshead
displacement, indicating three possible problems: (a) the load cell is compliant and contributing to the cross-head
displacement readings, (b) the sample slipped in the grips during testing, and or (b) spatial and drift distortions in
the SEM images are high enough to cause inaccuracy in the quantitative assessment of local strain
measurements [15, 16].
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Qualitatively, the local strain field maps indicates that some of the grain triple points act as strain
localization sites, while other triple points show no appreciable strain build-up. The calculated Schmid factors for
the grains oriented for {111}<110> slip under tensile loading along the horizontal axis indicates that due to the
high symmetry of the face centered cubic system very few grains are oriented for hard slip, with low Schmid
factors. This is indicated by grains that are blue or green in color in Figure 8 (b). With this limited data set, it is
seen that most regions of no deformation occur at triple points, or boundaries between favorably and unfavorably
oriented grains. There does not appear to be as definitive relationship between areas of maximum strain, but
grain boundaries appear to play a dominant role. A more detailed analysis of grain orientations is needed to
determine correlations between strain field characteristics and local microstructure.
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Figure 6. Bulk stress-strain data for standard and serrated heat treated samples
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Figure 7. Local strain maps overlaid with the initial EBSD grain information (e,,) at selected points along
the stress-strain curve shown in Figure 6. bulk strain levels (as indicated in Figure 6). The loading
direction is along the x-axis
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Figure 8 (a) Final strain distribution as compared with the (b) Schmid factor for {111}<110> slip. Blue and
green grains are those that have low Schmid factors for octahedral slip

CONCLUSIONS

The ambient temperature data shows there are strain heterogeneities observed in this alloy at the grain
size level that cannot be directly linked to Schmid factors. There appears to be a relationship between the
extreme strain values and proximity to grain boundaries and grain boundary triple points, this is consistent with
another ambient temperature study on a similar nickel based superalloy [17]. Future work includes set-up of the
resistance heating equipment for conducting high temperature experiments, 600-800°C. For these high
temperature conditions slip by {111} <112> partial dislocations should be predominate.

This study also indicates that the lithography pattern created was too dense to facilitate imaging at low
enough magnifications to have a statistically significant representation of grain orientations and grain boundary
triple points. At lower magnifications the discreet pattern was not longer recognizable and interference fringes are
produced. The lithography pattern needs to be optimized to allow for SEM images at desired magnifications and
testing temperatures. In addition, we would like to develop procedures for depositing hafnia speckle patterns, in
order to have a pattern that is compatible with high-temperature testing between 600 and 800°C, as other studies
have shown that gold and platinum speckles exhibit transient behavior on the surface of Ni-based superalloys at
temperatures above 500°C [18]. Another needed modification is the placement of special markers (numbers,
different shapes, etc) to help the researcher manually overlay the strain images with EBSD grain images taken
after testing. Also, a series of lines parallel and/or perpendicular to the tensile axis needs to be added if grain
boundary sliding contributions are to be examined [19].

Following calibration of the equipment for high temperature testing using conventional nickel based
superalloys, the system will be utilized to probe heterogeneities in hybrid nickel based superalloys. Testing will be
conducted on two different hybrid alloys, a dual heat treatment turbine disc and a bonded turbine disc [3, 4]. The
dual heat treatment disc has a very shallow microstructural gradient, while the bonded disc has a very sharp
microstructural gradient. This full field in-situ technique should help facilitate better understanding and in turn
modeling of deformation behavior in these gradients in microstructures.
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High fidelity finite element modeling of coupled thermal-mechanical failure processes in complex systems
requires, as a precursor, high quality experimentation on several levels. The materials must be characterized
such that the entire range of loading parameters is encompassed. Meaningful validation experiments must be
developed that allow for the steady, incremental ascension of validation towards system level complexity and,
eventually, predictability. This paper describes a combined experimental/modeling effort towards validating failure
in pressurized, high temperature systems.

Instrumented, fully coupled thermal-mechanical experiments were conducted to provide validation data
for finite element simulations of failure in pressurized, high temperature systems. The design and implementation
of the experimental methodology is described in another paper of this conference [1]. Experimental coupling was
accomplished on tubular 304L stainless steel specimens by imparting mechanical loading by internal
pressurization and thermal loading by side radiant heating. Additionally, mechanical characterization experiments
of the 304L stainless steel tube material was completed for development of a thermal elastic-plastic material
constitutive model used in the finite element simulations of the validation experiments.

The tubular 304L stainless steel material was characterized in tension at a strain rate of 0.001/s from
room temperature to 800°C. The tensile behavior was found to differ substantially from 304L bar stock material
characterized in a prior study, with the plasticity characteristics and strain to failure differing at every test
temperature. This data, shown in Figure 1, emphasizes the importance of characterizing material of the exact
form that will be used in the validation experiment.
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Fig. 1. Comparison of 304L stainless steel tensile behavior with material form
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The first generation validation specimen, shown in Figure 2, was machined from the 89 mm (3.5 in.)
diameter tube with a wall thickness of 6.35 mm (0.25 in.). Specimens had an overall length of 355 mm (14 in.) and
a reduced gage section with a wall thickness of 1.27 mm (0.05 in.). Specimens were instrumented with an array
of thermocouples and validation experiments were conducted with various ramp rates of the thermal and
mechanical (pressurization and axial load) loads. Figure 3 shows the thermal response of a specimen during the
experiment. Pressure was ramped at a rate of 72 psi/min. from 40psi, and temperature at 32 degrees/minute
from room temperature. A compressive axial load was ramped to compensate for the pressurization loading the
fixtures. Specimen failure occurred after 1188 seconds, at a pressure of 1498 psi. A photograph of the failed
specimen is shown in Figure 4. The loading inputs and measured thermal response were used in coupled finite
element analyses to predict failure; the predictions were extremely close at 1213 seconds and 1533 psi. The next
generation of validation experiments uses a similar geometry with additional complexity of a secondary reduced
section.
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ABSTRACT

Recrystallization is the process by which a strained microstructure is replaced by a strain-free set of grains
through nucleation and growth. A constitutive model for recrystallization has been developed within the
framework of an existing dislocation-based rate and temperature-dependent plasticity model. The theory includes
an isotropic hardening variable to represent the statistically stored dislocation density, a scalar misorientation
variable related to the spacing between geometrically necessary boundaries, and a variable that tracks the
recrystallized volume fraction. The theory has been implemented and tested in a finite element code. Material
parameters were fit to data from monotonic compression tests on 304L steel for a wide range of temperatures and
strain rates. The model is then validated by using the same parameter set in predictive simulations of
experiments in which wedge forgings were produced at elevated temperatures. From the forgings, tensile
specimens were machined and tested. Model predictions of the final yield strengths compare well to the
experimental results.

1. Introduction

During high temperature manufacturing processes, metals undergo microstructural changes that can greatly
affect material properties and residual stresses. Some of the physical mechanisms that influence the strength of
a material are strain hardening, recovery, recrystallization, and grain growth [1,2]. If the deformation conditions
such as temperature and strain rate are not controlled properly during forging, welding, rolling, or other processes,
the final part may have inadequate strength or residual stresses that could be detrimental to the life of the part [3].
In order to be able to optimize manufacturing processes using computational capabilities, it is necessary to have a
physically-based constitutive model that captures the dominant strengthening and softening mechanisms. Such a
model with predictive capabilities can be used in an optimization scheme to reduce the number of design
iterations required to produce a part that meets all strength and microstructural requirements.

Recrystallization is a complex, inhomogeneous process in which nucleation and growth of new strain-free grains
replace the worked microstructure of a strained material [4,5]. Recrystallization is due to the motion of grain and
subgrain boundaries. As the boundaries move, they sweep away the dislocation structure, leaving a strain-free

material with a very low dislocation density. The nucleation of a new recrystallized grain is believed to be due to

* This work was performed at Sandia National Laboratories. Sandia is a multiprogram laboratory operated by Sandia
Corporation, a Lockheed Martin Company, for the United States Department of Energy under contract DEAC04-
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the growth of an existing deformation-induced subgrain [6]. At elevated temperatures, a subgrain with a lower
level of stored energy will preferentially expand at the expense of neighboring subgrains. The driving force for
recrystallization is the difference in energy between the deformed and recrystallized state [7]. If the expanding
subgrain reaches a critical size, it becomes a stable recrystallized grain.

In the current work, no critical criterion was utilized to initiate recrystallization. Rather, the kinetics of
recrystallization are modeled based on the mobility of grain and subgrain boundaries under the driving force
provided by the stored energy in the dislocation structure. The internal state variable theory is capable of
modeling both static as well as dynamic recrystallization [8], although a simplified version is presented here since
we are primarily concerned with static recrystallization for high-rate forgings. The paper is organized as follows:
first, the constitutive model will be described. Next, results from parameter optimization will be presented.
Finally, a comparison between model predictions and experimental results will be provided.

2. Constitutive Model

A treatment of the kinematics and thermodynamics of the model used here will be published in a future work.
Here, for simplicity,we will give a condensed treatment in which we provide the set of equations for the
constitutive model for the simplified case of uniaxial stress.

For uniaxial stress, let o represent the only non-vanishing component of the Cauchy stress tensor and ¢
represent the axial component of the Eulerian strain tensor. After making approximations for small elastic strains,
it can be shown that the model reduces to the following set of equations, written here in the current configuration:
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n(0)

2 = £(6)| sinh| (—Z——1 2
e’ = f( ){sm {<K+Y(l9) >D ()
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¥ 1 - -Bg" =2 =2 a
X=ge 0 (l—e g"*)[c§K17X+cE§17XJX (1-x) 4)
Ky =[H(0)=R,(0)r;_]|&"| (5)
4;1—)( = hgé,ll—_zl\fr ép‘ (6)

Equations (1) and (2) provide the elasticity relation and the flow rule for the plastic strain rate. Equation (3)
averages the isotropic hardening variable, x, between the unrecrystallized and recrystallized volume fractions,
where the isotropic hardening variable in the recrystallized volume fraction is assumed to be zero. Equation (4)
describes the kinetics of recrystallization through a variable, X, that represents the volume fraction of
recrystallized material. Equation (5) is the evolution equation for the isotropic hardening variable in the
unrecrystallized volume fraction, which has a hardening minus recovery format based on [9]. The last equation,

based on [10], tracks a misorientation variable, £, , , in the unrecrystallized volume fraction. ¢, , is inversely
related to the average spacing between geometrically necessary boundaries. The stored energy due to the
dislocation structure, represented by «, , and ¢, _, , drives the recrystallization kinetics. The mobility of

subgrain boundary motion increases with misorientation angle, which increases as the spacing between
geometrically necessary boundaries decreases.

The model in this form is only valid for static recrystallization, where the isotropic hardening variable in the
recrystallized volume fraction is assumed to be zero. For dynamic recrystallization, the recrystallized material will
continue to harden with increased strain. For a treatment of the model form capable of both static and dynamic
recrystallization, see [8].
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3. Model Performance

Material parameters were fit to data from monotonic compression tests on 304L steel for a wide range of
temperatures and strain rates. Three types of test data were included in the set used for parameter optimization.
Stress-strain data from single-stage compression at constant strain rate and temperature is shown in Figure 1. It
should be noted that although the nominal temperature is held constant, the specimen will heat somewhat due to
plastic dissipation. This effect is neglected in the work presented here, but will be included in future work. Figure
2 shows stress-strain data from two-stage compression tests in which the first stage was performed at elevated
temperature, followed by a quench after approximately five seconds, and then the second stage was done at
room temperature. Figure 3 contains recrystallized volume fraction data from single-stage compressions tests
followed by various hold times before quenching. The data was determined from microstructure from etched
samples of the compression specimens.

Sixteen parameters were optimized. The results from the parameter optimization for the three types of data are
shown in Figures 1 through 3. The model captures the material response quite well over the full range of
temperatures and strain rates.
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Figure 1. Stress-strain data from single-stage compression tests.
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Figure 2. Stress-strain data from two-stage compression tests.
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Figure 3. Recrystallized volume fraction data from compress-and-hold tests.

4. Validation

The theory has been implemented and tested in Adagio, Sandia’s implicit mechanics code [11]. The model is
then validated by using the same parameter set in predictive simulations of experiments in which 304L stainless
steel wedges were forged with a HERF machine at Precision Metal Products, Inc. The wedge was held at 1600F,
compressed to a final height of one inch by a platen traveling at a rate of approximately 20 ft/s, and then
quenched to room temperature. From the flattened forgings, tensile specimens were machined and tested.
Figure 4 shows the wedge specimen dimensions.

In the simulation, we assumed a coefficient of friction of 0.1 between the wedge and the platens. Figures 5 and 6
show the evolution of plastic strain and recrystallized volume fraction as the wedge is compressed between the
two platens and then held at temperature for 20 seconds. Figure 7 compares the model predictions of the final
yield strengths to the initial yield strengths found experimentally. Due to uncertainty in how long the wedge was
held at temperature before it was quenched, results are shown for three different hold times.

The model does a fairly good job of predicting the final strength, although it slightly underpredicts the peak
strength. This may be due to the fact that the model parameters were determined using compression data,
whereas the validation data is from tension tests; stainless steel 304L has a lower yield strength in compression
[12]. There is uncertainty in the simulation predictions due to the fact that we do not know for sure how long the
wedge was held at temperature before it was quenched. For this reason, we show the results for hold times of
10, 15, and 20 seconds. The most accurate predictions are seen at a hold time of 10 seconds, but the most



accurate profile shape is at 15 seconds. At 15 and 20 seconds, the right side of the wedge has started
recrystallizing, which decreases the final yield strength.

Future work includes performing uncertainty quantification on the most important simulation parameters, doing
mesh and time step convergence studies, and including the effects of conduction and heat generation due to
plastic dissipation in coupled thermal-mechanical simulations.

Figure 4. Wedge specimen dimension and machined tensile specimens.

Time = 0.00000 Time = 0.00225 Time = 0.00412

Figure 5. Evolution of plastic strain as the wedge is compressed between the two platens.

Figure 6. Recrystallized volume fraction at 10, 15, and 20 seconds hold time.
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Figure 7. Comparisons between predictions and experimental results.




56

References

[1] Kocks,U. F., Argon, A. S., Ashby, M. F. The Thermodynamics and Kinetics of Slip. Prog. Mater. Sci. 19, 1-
291, 1975.
[2] Doherty, R.D., Hughes, D.A., Humphreys, F.J., Jonas, J.J., Jensen, D.J., Kassner, M.E., King, W.E., McNelley,
T.R., McQueen, H.J., Rollett, A.D. Current issues in recrystallization: a review. Mater. Sci. Eng. A238, 219—
274, 1997.
[3] Chiesa, M. L., Brown, A. A., Antoun, B. R., Ostien, J. T., Regueiro, R. A., Bammann, D. J., Yang, N. Y.
Prediction of final material state in multi-stage forging processes. AIP Conference Proceedings, no.712, pt.1,
510-515, 2004.
[4] Haessner, F. (Ed.), Recrystallization of Metallic Materials, 2" ed., Rieder-Verlag, Stuttgart, 1978.
[5] Humphreys, F. J., Hatherly, M. Recrystallization and Related Annealing Phenomena, Pergamon Press,
Oxford, 1995.
[6] Holm, E. A., Miodownik, M. A., Rollett, A. D. On abnormal subgrain growth and the origin of recrystallization
nuclei. Acta Mater. 51, 2701-2716, 2003.
[7] Doherty, R. D. Primary recrystallization. In: Cahn, R.W. et al., (Eds.), Encyclopedia of Materials: Science and
Technology. Elsevier, pp. 7847-7850, 2005.
[8] Brown, A.A., Bammann, D. J., Chiesa, M. L., Winters, W.S., Ortega, A.R., Antoun, B. R,, Yang, N.Y. Modeling
static and dynamic recrystallization in FCC metals. In Anisotropy, Texture, Dislocations and Multiscale
Modeling in Finite Plasticity & Viscoplasticity, and Metal Forming - Proceedings of PLASTICITY '06: The
Twelfth International Symposium on Plasticity and its Current Applications, 2006.
[9] Kocks, U. F., Mecking, H. A Mechanism for static and dynamic recovery. In: Haasen, P., Gerold, V., Kostorz,
G. (Eds.), Strength of Metals and Alloys. Pergamon Press, Oxford, pp. 345-350, 1979.
[10] Kok, S., Beaudoin, A. J., Tortorelli, D. A. On the development of stage IV hardening using a model based on
the mechanical threshold. Acta Mater. 50 (7), 1653-1667, 2001.

[11] SIERRA Solid Mechanics Team. Adagio 4.14 User’s Guide. Sandia Report 2009-7410, 2009.

[12] Qu, S., Huang, C.X., Gao, Y.L., Yang, G., Wu, S.D., Zang, Q.S., Zhang, Z.F. Tensile and compressive
properties of AlSI 204L stainless steel subjected to equal channel angular pressing. Matls. Sci. and Eng. A.
475, 207-216, 2008.



Proceedings of the SEM Annual Conference
June 7-10, 2010 Indianapolis, Indiana USA
©2010 Society for Experimental Mechanics Inc.

Characterization of Liquefied Natural Gas Tanker Steel from Cryogenic to
Fire Temperatures

Bonnie R. Antoun’, Kevin Connelly’, Gerald W. Wellman?, J. Franklin Dempsey?, Robert J. Kalan?
'Sandia National Laboratories, Livermore, CA 94551-0969, USA
2Sandia National Laboratories, Albuquerque, NM 87185, USA

The increased demand for Liquefied Natural Gas (LNG) as a fuel
source in the U.S. has prompted a study to improve our capability to predict
cascading damage to LNG tankers from cryogenic spills and subsequent fire.
To support this large modeling and simulation effort, a suite of experiments
were conducted on two tanker steels, ABS Grade A steel and ABS Grade EH
steel. A thorough and complete understanding of the mechanical behavior of
the tanker steels was developed that was heretofore unavailable for the span
of temperatures of interest encompassing cryogenic to fire temperatures.
This was accomplished by conducting several types of experiments, including
tension, notched tension and Charpy impact tests at fourteen temperatures
over the range of -191 °C to 800 °C.

The large range of test temperatures required the use of different
specimen geometries, test frames and experimental techniques. For
instance, tensile characterization for cold temperatures, room temperature to
-191 °C, were conducted on an MTS 880 20 Kip test frame using a 3.18 mm
(0.125 in.) diameter tensile specimen inside an environmental chamber.
Gaseous liquid nitrogen (LN) was used to cool the chamber and specimens
and strain was measured with a 12.7 mm (0.5 in.) extensometer for
temperatures as low as -140 °C. LN in its liquid state was used to cool
submerged specimens and strain gages were used to measure strain
below -140 °C. A photograph during cold temperature testing is shown in Fig. 1. Cold temperature test setup
Figure 1.

Tensile characterization at elevated temperatures to
800 °C were conducted on an MTS A/T 50 Kip test frame
using 8.9 mm (0.35 in.) diameter specimens heated within a
three zone high temperature split tube furnace. Strain was
measured with a 23 mm (0.9 in.) extensometer fitted with long
alumina rods that directly contacted the specimens but
allowed the extensometer to remain outside the furnace. A
photograph during elevated temperature tensile testing is
shown in Figure 2.

The Charpy impact test results are shown in Figure 3;
the ductile-brittle transition temperature was measured at
about -50 °C for both steels. A comparison between the room  Fig. 2. Elevated temperature test setup
temperature tensile behaviors of the two ABS steels is shown
in Figure 4. Also shown is the measured variation in the Grade A steel from two locations in the same large plate
of material, locations are denoted as plate A and plate B. Upper and lower yield points were observed in both
steels, this phenomenon occurred at every temperature from the coldest temperature through 300 °C, except 100
°C. The tensile behavior of the ABS Grade A material as a function of temperature is shown in Figures 5 and 6.
Serrated flow was observed at room temperature through 400 °C, except again at 100 °C. These serrations are
attributed to dynamic strain aging. Also noteworthy is the increase in flow stress that occurs from room
temperature through to between 300 °C and 400 °C. This increase is typical in materials that exhibit dynamic
strain aging.
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ABSTRACT

During highly dynamic and ballistic loading processes, large inelastic deformation associated with high strain
rates leads, for a broad class of heterogeneous materials, to degradation and failure by localized damage and
fracture. However, as soon as material failure dominates a deformation process, the material increasingly
displays strain softening and the finite element predictions of ballistic response are considerably affected by the
mesh size. This gives rise to non-physical description of the ballistic behavior and mesh-dependent ballistic limit
velocities that may mislead the design of ballistic-resistant materials. This study is concerned with the
development and numerical implementation of a novel coupled thermo-hypoelasto-viscoplastic and thermo-
viscodamage constitutive model within the laws of thermodynamics in which an intrinsic material length scale
parameter is incorporated through the nonlocal gradient-dependent damage approach. It is shown through
simulating plugging failure in ballistic penetration of high-strength steel targets by blunt projectiles that the length
scale parameter plays the role of a localization limiter allowing one to obtain meaningful values for the ballistic
limit velocity independent of the finite element mesh density. Therefore, the proposed nonlocal damage model
leads to an improvement in the modeling and numerical simulation of high velocity impact related problems.

INTRODUCTION

In light of the increasing requirements for lightweight vehicular and personal protection systems in many
industries (e.g. military, defense, and space), low-density advanced composite materials are highly desirable.
Examples of those materials are metallic alloys, ceramics, and polymers with heterogeneous microstructures
reinforced with hard, stiff, and/or soft particles (inclusions) at decreasing microstructural length scales that range
in size from few nanometers (e.g. carbon nanotubes) to few microns (e.g. ceramic or metallic oxide particles). The
focus of this study is on the use of those materials to increase the ballistic performance of structural systems
under high impact damage loading conditions. Therefore, it is imperative to develop very effective constitutive and
computational models that can be used in guiding the design processes of those advanced materials under
ballistic loading conditions. The development of such models is also motivated by the large time and money cost
of conducting ballistic experiments on such advanced materials such that physically-based and effective
theoretical and computational models, as an adjunct to experimental work, can save a lot of this cost and also
provide important insights about their ballistic behaviors that are not accessible by experimental routs. Moreover,
the accuracy and computational effectiveness of these models are crucial for designing better materials.
Therefore, the focus of this paper is on the development of these modeling techniques that specifically address
one main important issue: the finite element mesh-dependent ballistic limit velocity predictions. Mesh sensitivity is
one of the most critical problems of numerical codes, especially for the analysis of damage localization and
failure. As the perforation analysis of a steel plate by a projectile is the most typical impact problem, it is very
important to understand the variation of fracture mechanism of projectiles and target plates according to the
change of mesh density. This issue cannot be addressed sufficiently when using the classical (local) plasticity or
viscoplasticity (rate-dependent plasticity) and damage or viscodamage (rate-dependent damage) theories due to
the absence of explicit intrinsic material length scale measures in their constitutive equations. Recently, Abu Al-
Rub and co-authors [1-4] successfully used the nonlocal damage theory to solve the mesh-sensitivity problem.
Explicit (via the nonlocal gradient-dependent theory) and implicit (via the viscosity) intrinsic length scales of
material are introduced as a remedy of the mesh sensitivity problem where those length scales act as localization
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limiters. This framework is also used here to solve the high energy impact of steel targets by blunt deformable
projectiles. The enhanced nonlocal gradient-dependent theory formulates a constitutive framework on the
continuum level that is used to bridge the gap between the micromechanical theories and the classical (local)
continuum theories. They are successful in explaining the size effects encountered at the micron scale and in
preserving the well-posedeness of the initial boundary value problem governing the solution of material instability
triggering strain localization. Moreover, viscosity (rate dependency) allows the spatial difference operator in the
governing equations to retain its hyperbolicity and the initial boundary value problem is well-posed. Model
capabilities are preliminarily illustrated for the dynamic localization of inelastic flow in adiabatic shear bands and
the perforation of Weldox 460E steel plates with by a deformable blunt projectile at various high impact speeds.

NONLOCAL MICRODAMAGE CONSTITUTIVE MODEL

The micro-damage model used to predict material behavior under dynamic loading conditions was earlier
presented in [1]. Thus, only the main equations will be given in the following. The model is based on the nonlocal
gradient-dependent theory. It includes the von Mises yield criterion, the non-associated flow rules, isotropic and
anisotropic strain hardening, strain rate hardening, softening due to adiabatic heating and anisotropic damage
evolution, and finally a path dependent equation of state. The stress-strain rate relationship in the spatial and
damaged configuration is given by

bCa-ara)appr, coir®ar, w-fgeasig)] o

v
where  indicates co-rotational objective derivative, T is the corotational rate of Kirchhoff stress tensor, d is the

total rate of deformation, C and C are the forth-order undamaged and damaged elasticity tensors, respectively,
T is the rate of absolute temperature, [ is the damaged thermal expansion coefficient, and 1 is the second-

order identity tensor. C and A are given by the following relations:
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where K¢ is the bulk modulus and G° is the shear modulus. The viscoplastic rate of deformation, d'”, the

. . d .
viscodamage rate of deformation, d™ , and the nonlocal second-order damage tensor, ¢ , are give as follows:

Y
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The potentials f and g are the nonlocal viscoplastic and viscodamage conditions given, respectively, by
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where 77 is the effective deviatoric stress tensor, )7y » is the initial yield strength (at zero absolute temperature,

zero plastic strain, and static strain rate ), 7 is the melting temperature, R is the nonlocal isotropic hardening

m

stress, X is the nonlocal anisotropic hardening stress, 7 = ,/%cz;p cz;p is the rate of the effective accumulative

viscoplastic strain, m and n are material constants, 77" is the relaxation time, the non-local damage forces ¥
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and K are, respectively, characterizing the viscodamage evolution and the viscodamage isotropic hardening
forces, [ is the initial damage threshold, and 7 is the nonlocal damage accumulation.

The nonlocal evolution equation for the isotropic and kinematic hardening in the undamaged configuration, are
given as:

R=R+.V'R with R= (1 kR) (6)
(l—r)
Loy of
X=X+1¢ V2X with X =a,A"M:M : (a kX) @)
T

The evolution equations for the nonlocal viscodamage isotropic and kinematic hardening functions are given by
~ . 1 2 2 . . s vd —~
K=K+102VK with K=a/ (I—h,K) 8)

v \% \% \Y . 5g
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The nonlocal strain energy release rate is given by
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where /. (i=1-4) are material length scale parameters which should be obtained from gradient-dominant
experiments (e.g. indentation tests, bending tests, or torsion tests) [5]. kl,, hi, and a, are material constants that

can be identified from conventional tests (e.g. uniaxial tension test). In this study, the material length scales /.

(i=1-4) are assumed equal and physically interpreted as the average free-path for dislocations, such that the
following expression has been derived in [6] based on dislocation mechanics arguments:

k:fvoexp{ (U/kT{ (7 /r)}} (11)

where v, is the fundamental vibration frequency of the dislocation, p =1 and g =2 are material constants
defining the shape of the short-range obstacle, k, is the Boltzmann’s constant, U, is the referential activation

energy at zero absolute temperature, 7" is the undamaged thermal stress from Eq. (4), which is a function of
strain p , strain rate ﬁ and temperature 7',

7 =[Y, +R][1+ (7" p)" 1 -(T/T,)"] (12)
and ?0* is the referential thermal stress for the intact material at which dislocations can overcome the obstacles

without the assistance of thermal activation. Furthermore, ¢ has the following expression [7]:

) dD
D+d[1-exp(—a,p)]

(13)
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where d is the mean grain size or mean particle (inclusion) size, D is the mean inter-particle spacing in particle
reinforced composites or other characteristic size, p is the effective plastic strain, and «, is the strain-hardening
rate (see Eq.(6),). This equation shows that / decreases with the effective plastic strain, increases with the grain
size or inclusion size, decreases with the ratio of D/d, and decreases with the strain-hardening rate. It also

shows that / decreases from an initial value ¢/ =d at yielding to a final value / — 0 which corresponds to the
classical local plasticity or damage limit at very large values of D, d ,or p .

The thermodynamic pressure stress P for a shock compressed solid is given as follows:

P=(1-y)e,T%, T* =T exp[(n-n,)/c, [[1+&]” " exp| (r=1)(1/(1+£)-1)] (14)

which gives the equation of state necessary for high-impact loading. The equation of state accounts for
compressibility effects (changes in density) and irreversible thermodynamic processes. y = cp/cv is the ratio of

the specific heats, where c, and c¢, are the specific heats at constant pressure and constant volume,

respectively. & is the nominal volumetric strain, and T* is chosen to have the form of ideal gas temperature with
1 is the room temperature, 77 is the entropy, and 77, is the reference entropy. The increase in temperature is
calculated using the following heat equation:

p,c,T=Yz":(d" +d" )~ J P :1)-TB:d (15)
where p, is the reference density and Y is the heat fraction.

In this development we base the failure criterion on the nonlocal evolution of the accumulated micro-damage
internal state variable, ¢, and the equation of state for the thermodynamic pressure. It implies that for

M:W >|¢|. andior P>P,,, (16)

the material loses its carrying capacity, where ||¢||. is the critical damage when catastrophic failure in the

material takes place and Pw,oﬁ-

is the pressure cutoff value when tensile failure or compressive failure occurs.
The proposed model is implemented in the well-known commercial finite element program ABAQUS/Explicit [9]
via the user material subroutine VUMAT. Now we conduct a numerical simulation of the experimental tests
presented in [8] for a blunt projectile made of hardened Arne tool steel impacting a 12mm thick circular plate
made of Weldox 460 E steel. The circular target plate of 500 mm diameter is examined here for different projectile
velocities. For simplicity, the projectile is modeled as a bilinear elastic-plastic strain rate-independent von Mises
material with isotropic hardening. The nominal length and diameter of the hardened projectile are 80 mm and 20
mm, respectively. The target plate is fully clamped at the edge boundary, while the projectile is given an initial
velocity for all simulations. The experimental results in [8] indicated the problem involving shear localization and
plugging for blunt projectiles. The numerical solution using the present model is mesh size independent and
converges monotonically towards a limit solution when the number of elements over the target thickness becomes
sufficiently large. The proposed model can predict the shear localization behavior with no finite element mesh
dependency.

The plot of the initial configuration of one of the FE analysis is shown in Fig. 1. Due to symmetry and in order to
reduce the simulation time, an axisymmetric problem is solved, where a four-node 2D axisymmetric element with
one integration point and a stiffness based on hourglass control is used, and the mesh is somewhat coarsened
towards the boundary.
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Projectile

Target plate

e

Fig. 1. Finite element mesh plot of the axisymmetric initial configuration just before impact.

Two- and three-dimensional simulations are presented in Figs. 2 and 3. This is done in order to make sure that
both types of simulations yield the same results and no dependence on the type of analysis is encountered.
Numerical plots showing perforation of the target plate by a blunt projectile at impact velocity close to the ballistic
limit of 200m/s are shown in Figs. 2 and 3. The contours of accumulated viscoinelastic strain are plotted on the
deformed mesh. It can be seen that limited inelastic deformation occurs outside the localized shear zone. These
plots clearly demonstrate that the numerical model qualitatively captures the overall physical behavior of the
target during penetration and perforation as compared to the experimental results in Fig. 1. Moreover, the 2-D and
3-D simulations agree very well. Notice also that in these plots, only a part of the complete target plate is shown.
High-speed camera images showing perforation of the target plate at impact velocities close to the ballistic limit
are shown in Fig. 4, where the numerical simulations are in very well agreement with the simulations.

11111

t=15ps t =45ps t =60us t=75us t =105us

Fig. 2. Two-dimensional numerical simulation of perforation of the target plate by a blunt projectile of initial
impact velocity of 200 m/s plotted as contours of accumulated viscoinelastic strain at different times.
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Fig. 3. Three-dimensional numerical simulation of perforation of the target plate by a blunt projectile of initial
impact velocity of 200 m/s plotted as contours of accumulated viscoinelastic strain at different times.

|| us Ilnp I\‘ us

Fig. 4. High-speed camera images showing perforation of the target
plate at impact velocities close to the ballistic limits with a blunt projectile;
after [8].

=663 us

Figs. 5(a) and 5(b) shows the impact versus the predicted residual velocity curves for various number of elements
through the plate thickness when compared to the experimental data in [8]. Fig. 5(a) shows the current model
predictions when assuming a zero length scale £ =0 (i.e. local damage), while Fig. 5(b) shows the predictions
with the nonlocal damage model. It is very clear that mesh sensitivity is most distinct close to the ballistic limit
such that the predicted ballistic limit velocity (i.e. at zero residual velocity) when assuming ¢ =0 is mesh
sensitive. At higher impact velocities, the results are far less affected by the mesh size. However, this mesh
sensitivity is alleviated to a great extent when using ¢ # 0 (i.e. nonlocal damage). Also, it is seen from Fig. 5(a)
that the ballistic limit velocity decreases as the number of elements through the thickness increases. Therefore,
when conducting the ballistic failure simulations using a local damage model, one does not know which mesh
density will yield meaningful values for the ballistic limit velocity, which may mislead the design of ballistic
protective systems. The proposed nonlocal damage model successfully predicts meaningful values for the ballistic
limit; of course, when mesh of sufficient density is used. Also, the nonlocal theory can be used in reducing the
computational time by using coarser meshes.
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Figure 5. Mesh sensitivity study of the blunt residual velocity versus its initial impact velocity impacting a 12mm
thick target when using (a) local damage (/ =0) and (b) nonlocal damage (¢ = 7.3um ). Experimental data are
after [8].

CONCLUSIONS

A coupled thermo-hypoelasto-viscoplastic and nonlocal gradient-dependent thermo-viscodamage continuum
model is utilized in this paper for simulating the ballistic behavior of heterogeneous materials with length scale
effects. It is concluded in this paper that an explicit material length scale parameter should be incorporated into
the local theories of viscoplasticity and viscodamage in order to predict meaningful values for the ballistic limit
velocities independent of the finite element mesh density. Although the presented constitutive equations
incorporate length scale parameters implicitly through the viscosity, they are insufficient in predicting mesh
objective results of the ballistic behavior of high-strength steel targets impacted by blunt projectiles in which shear
plugging due to plastic and damage localization is the dominant mode of failure. This mesh sensitivity is more
significant at impact velocities close to the ballistic limit velocity and increases as the target thickness increases.
This is attributed to the larger plastic and damage localization as the target thickness increases. Hence, in case of
absence of experimental data to check the ballistic results from a specific mesh density, one cannot know if the
local model underestimates (conservative) or overestimates (unconservative) the value of the ballistic limit
velocity. However, an explicit length scale parameter through the nonlocal damage theory sufficiently alleviates
the mesh sensitivity of the ballistic limit velocity allowing one to precisely determine the ballistic limit velocities and
describe the overall physical ballistic behavior of targets using numerical simulations. Moreover, it can be
concluded that the ballistic limit prediction from the nonlocal theory is a slightly conservative one since it takes into
consideration the current damage at a specific point as well as the effect of the surrounding damaged region at
that point. Therefore, this desirable feature provided by the nonlocal theory does lead to an improvement in the
modeling and numerical simulation of high velocity impact related problems such that numerical simulations could
be used in the design process of protective systems against high speed impacts and in providing physical
understanding of the ballistic and penetration problem.
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ABSTRACT

This paper gives an overview of different testing facilities and the mechanical material behavior including
monoaxial and multi axial testing under high rate loading . Special emphasis is laid on difficult loading conditions
and loading states such high temperature and high strain loading (8>1200°C, ¢>1) and multiaxial impact tests.
The impact behavior of selected materials is shown and compared under different loading conditions.
Furthermore, a distinction is made between virgin and manufactured material behavior (e.g. welding) or pre-
damaged materials. Specifically, if the influence of the manufacturing history is investigated, under certain loading
states the impact material properties show a dramatic difference compared to the virgin state of the material.
Some examples of different material behavior under the conditions previously described are given.

INTRODUCTION

It is well known, that the material behavior of construction materials is dependent on strain, strain rate and
temperature. Moreover, the knowledge of the dynamic behavior of materials is of interest, if processes like cutting
or forming operations are investigated. For many engineering applications, the mechanical impact behavior of
materials and components also plays an essential role.

500

400 7
'g ./l f
F /
§ 300 /. ~

.o/‘
— Roe —
200
1501 " - . 2 -1 0
10°6 0% 10 1073 10 10 10

strainrate £ [s7]

Figure 1: Dynamic loading of a canon shot on a Navy ship structure .

For example, consider a deployed naval ship operating in rough sea conditions, the loading of this ship’s structure
by a canon fire can be described as a time dependent strain loading (Figure 1). In reality, the loading is measured
by strain gages. If the amplitude of the strain-time signal is multiplied with Young's modulus (Hooke’s law), one
may find a stress value significantly exceeding the material flow stress as known from quasistatic and
standardized experiments. Hence, if the assumption is valid the ship must be deformed plastically. However, , an
examination of the strain-time signal shows a complete return to its initial state, which clarifies, that the whole
event was purely elastic. Investigations under dynamic tensile loading using a universal hydraulic testing machine
show that the large strain rate sensitivity of the flow stress of the ship building steel , during the impact by canon
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firing, is enhancing the flow stress above that (elastic) value, what was measured on the stringer at the high strain
rate. Thus, the ship is not being deformed plastically during maneuver operations or its deployment.

However, the knowledge of the material behavior under loading conditions matching the intended use is of
special importance in design and construction. Thereby, the material behavior must be known over a wide range
of strains, strain rates and temperatures. A variety of different experimental techniques exist to determine the
dynamic behavior of materials under defined loading conditions and loading states.

IMPACT TESTING CAPABILITIES

Of the experimental work on impact material behavior described in the literature, mostly Hopkinson bar testing is
mentioned. However, a variety of different experimental techniques exist to determine the dynamic behavior of
materials under defined loading conditions and loading states.

For the characterization of the mechanical behavior of materials investigations over a wide range of strains, strain
rates and temperatures are required. Additionally, different loading types may lead to different material behavior
even if only monoaxial loading is mentioned and must be considered in material investigations and constitutive
modeling. In Figure 2 a summary of different loading types under monoaxial and multiaxial loading is given.

loading type / strain rate [s*] 105 | temperature [°C]

-190 ... 1250

tension

compression -190 ... 1250

uniaxial

stress / strain -190 ... 1100

torsion

-190 ... RT
RT

bending

shear

servohydraulic
(tension, compression + torsion, TU
Chemnitz)

-190 ... 400

drop weight (compression + shear) -190 ... 1200

gas gun (compression + shear) RT

biaxial drop weight — blast simulator RT

stress / strain

RT

hopkinson (tension + torsion)

charpy Impact test

biaxial drop weight
(tension + tension by)

fracture toughness K [Nmm2/3 5]

gas gun — penetration simulator

flyer plate (IPCP Moskau)
compression and hydrostatic compression
triaxial (TU Chemnitz)

servohydraulic (tension,
compr. + torsion + hydrost. compr.)

tension + tension + tension

Figure 2: Testing capabilities needed for impact dynamic material characterization. Testing facilities in blue are
available at Nordmetall GmbH.

For dynamic impact testing of materials only a small amount of universal testing machines in comparison to
quasistatic loading are available. Especially, accurate force-time measurements are a great challenge for such
type of machines. Due to the large mass which have to be accelerated during testing, the force-time signals often
show large ringing and lead to increased uncertainties in the determination of the real material behavior.
However, different special designed devices for certain applications of dynamic testing of materials exist, e.g.
Hopkinson bars for compression and tensile testing, rotating wheels for tensile loading or drop weight towers for
compression or flexure loading.
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For modeling of the constitutive behavior of materials uniaxial data are mostly sufficient for the application of
simple phenomenological equations and for the description of flow stress and strain hardening behavior (e.g.
Johnson-Cook [1], Zerilli-Armstrong [2]). If failure is going to be considered uniaxial experiments are not sufficient
for the characterization of the material behavior. Both flow stress and failure are significantly influenced by strain,
strain rate and temperature. Therefore, the material must be investigated using a broad range of loading
conditions. In addition, compared to flow stress behavior, failure is largely influenced by stress state (especially
stress triaxiality). Hence, multiaxial testing by using stress concentrators like notches (Charpy impact test) or
cracks (fracture toughness) are necessary. Additionally, complex and defined stress states e.g. observed during
forming processes have to be considered using combined loading states, e.g. multiaxial tensile testing
superimposed by hydrostatic pressure, whereby all the tests have to be performed at high loading rates (Figure
2).

Additionally, most of the materials studied under impact dynamic loading are not loaded monoaxially in later use.
Most applications are characterized by a complex geometry which normally leads to a complex loading state
showing stress concentrations and high stress triaxialities. To investigate the impact component behavior , high
quality dynamic measurement data (especially for force and deformation measurements) is required. Additionally,
a large amount of impact energy is needed for the dynamic deformation of components. This has lead to the
design and development of new testing facilities which are capable of meeting the new demands of dynamic
component testing.

The following chapters demonstrate how special emphasis is put on high strain, high strain rate and high
temperature testing using high speed torsion loading and multiaxial material and component testing using high
energy mechanical testing devices for tensile and compression/flexure loading.

HIGH SPEED TORSION TESTING

The parameter identification of constitutive equations nowadays used in finite element analysis of forming or
cutting processes are mostly based on monoaxial experimental data from high rate and in some cases high
temperature compression or tensile tests. Thereby, the strain reached in tensile or compressive deformation of
materials is limited and does not match real forming or cutting process, where plastic strains larger than ¢ =2 or 3
can be observed (e.g. [3], [4]). Especially the stress softening behavior due to recrystallization processes during
deformation cannot be measured by compression or tensile tests.

Using torsion loading this mismatch can be overcome, because no geometrical instability or friction effects lead to
limited plastic deformation of the material , only the deformation capability of the material itself. Performing torsion
tests to reach high plastic strains is familiar in material testing and characterization. To ensure a good
predictability of material behavior in real engineering processes like rolling or turning the material behavior has to
be known at high strain rates and high temperatures. To solve this challenge a new universal torsion testing
machine was designed in cooperation between Nordmetall GmbH and Chemnitz University of Technology (Figure
3). The machine can be used for quasistatic tests by using an electrical drive for loading the specimens as well as
for impact dynamic tests using an integrated flywheel construction.

For quasistatic tests the specimens are fixed at both ends. Using a high power electrical drive, the specimen is
loaded until failure of the material occurs. The torque during deformation is measured using a calibrated and
adjusted load cell. The deformation is measured either by strain gages applied directly on the specimen and/or by
an incremental gage of the machine. Dynamically, the force measurement is based on the principles of one
dimensional wave propagation effect and the Hopkinson principle. Thereby, the specimen is fixed directly on the
Hopkinson bar instrumented with strain gages. The lower end of the specimen stands free. To ensure an impact
loading of the specimen a rotating wheel is accelerated by an electrical drive until a desired velocity is reached.
Using a specially designed clutch device, the rotation is launched to the lower end of the specimen and the
material is loaded by an impact torsion load. Due to the high mass of the flywheel and its rotation the stored
energy is sufficient to deform the specimen until fracture. Thereby, shear rates of approximately 300 s” can be
reached, whereby a high signal quality of the load measurement can be assured. For both experimental setups,
an inductive heating system can be integrated into the process and high temperature investigations up to 1300°C
can be performed. Hence, high strain, high strain rate, and high temperature material behavior matching real
cutting or forming processes can be obtained.
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Figure 3: Combined static and impact dynamic universal testing machine.
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Figure 4: Flow stress evolution of a low alloyed steel at high strains, high shear rate and high temperatures:
Comparison of experimental data and modeled data using Hensel-Spittel approach [3].
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In Figure 4 an example for the behavior of a low alloyed steel at high strain rate and high temperature torsion
loading is shown. It can be seen that the plastic deformability of the material is increased significantly from ¢=2 at
800°C to =10 at 1200°C. From the experimental data the transition from elastic to elastic-plastic behavior as well
as strain hardening behavior can be evaluated. One of the great advantages of the torsion test is shown in Figure
4. After reaching a stress maximum, the onset of recrystallization in conjunction with decreasing measured flow
stresses can be found. Thus showing that the onset of softening is strongly dependent on strain, strain rate and
temperature.

Additionally, from Figure 4 a comparison between experimental measured and modeled data using Hensel-Spittel
(eq. 1, [5]) approach can be evaluated as described in their publication.

ke =A- el . T.gm2.ema/¢ . (1 4 @)msT . em7¢ . gm3gpmsT (1)

It can be seen, that experimental and modeled data show a good agreement over the whole range of plastic
strains and temperatures. Even the flow stress decrease due to recrystallisation processes can be predicted using
Hensel-Spittel approach. Based on these data, a good prediction of the process behavior e.g. in rolling processes
using finite element analysis can be expected. It should be emphasised, that most of the common constitutive
equations used in finite element simulations like Johnson-Cook or Zerilli-Armstrong cannot predict dynamic
recrystallisation phenomena. Hence, not only experimental data are required that matches real process behavior
but also equations used for the constitutive description of the material behavior under such conditions must fulfill
these requirements.

HIGH SPEED MULTIAXIAL TESTING

Until now only monoaxial material behavior of a virgin material was investigated and discussed. In real
engineering applications mostly multiaxial loading occurs. Additionally, materials used in technical products and
components normally pass through a variety of different manufacturing steps including forming, as well as cutting
and joining technologies. Furthermore, the material or component behavior might be changed during its life cycle
use. This may be caused by alteration or fatigue processes, especially in automotive and automobile industry,
processes like welding or glueing play a key role in manufacturing today's innovative products. Howeverless is
known about the dynamic behavior of components under a multiaxial dynamic loading.

A new experimental test setup was designed and built at Nordmetall GmbH (www.nordmetall.net) to investigate
the material behavior under a multiaxial dynamic loading condition and to include the influence of manufacturing
history (welding etc.) and pre-damaging due to fatigue in life cycle use compared to virgin material properties.
Special focus is laid on a critical biaxial tensile-tensile stress state, which might occur for example under blast
loading of structures and vehicles or even under crash conditions. Normally, component testing under such
conditions for automotive applications is performed at high impact velocities (10-20 m/s) that are obtained by a
drop weight device having large drop heights. Thereby, high quality force-time measurements during deformation
can not be obtained. This is because the large ringing of the signals that are superimposed on the output signal
cannot be filtered out. Therefore we enhanced the weight and reduced the drop height and the impact velocity
and get undisturbed signals. The falling weight of 4t provides sufficient energy during the test to deform most of
the materials to fracture.

The test setup used for dynamic biaxial tensile-tensile loading of steel plates is shown in Figure 5. The plate is
fixed on the top of a steel tube and impacted by a semi-spherical punch on the top site. During deformation the
deflection is measured by an incremental gage. The force-time characteristic is measured directly on the punch.
A high speed deformation field measuring system technique was applied in order to measure the real deformation
behavior of the steel plate during impact loading. Thereby, the three dimensional local deformation field at the
bottom of the steel plate is measured during the entire process, from onset of plastic flow to fracture.


http://www.nordmetall.net

72

(1) incremental ‘ (2) force measurementat
displacment e blastindenter
measurement

specimen

(3) ARAMIS
deformation
field
measurement

* high speed
image camera

mirror

high speed image camera

Figure 5: Experimental test setup for high speed biaxial tensile-tensile-tests of steel plates including high speed
deformation field measuring system.

For the tests, three different states of the steel plates (plain, pre-notched and cracked, welded stringer ) of the

same thicknesses and two different materials were used. The results of the dynamic biaxial tensile-tensile tests
are summarized in Figure 6 and Figure 7.

plain notched, crack stringer

material |

material Il

Figure 6: Failure characteristics for two different materials at different pre-treatment states after biaxial testing.
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Shown in Figure 6 are the recovered biaxially loaded specimens. For both materials no failure was observed for
the plain steel plate. All the energy provided by the falling weight was absorbed by the material as plastic
deformation. If the material is pre-damaged, either by a mechanical or a metallurgical notch (1mm deep fatigue
crack or welded stringer), both materials fail during biaxial tensile-tensile loading. For material 1l a straight crack
propagated through the whole specimen, whereas for material | branching occured during crack propagation. If
the measured force-time signals are compared (Figure 7), one finds the highest strength for material |, if the
material is tested in this virgin state (plain condition). If pre-damaging of material | occurs, the measured
maximum forces are decreased dramatically. Only a sixth to a seventh of the initial maximum load can be
sustained until the material fails. For material Il a similar decrease of the maximum load was observed. However,
although material 1l is weaker in plain condition, it can be observed that the smaller influence of mechanical or
metallurgical notches of material Il leads to a better performance compared to material .
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Figure 7: Force-time behavior of two different materials with different stress-states at dynamic biaxial loading.

Until now, material behavior is mostly considered in its virgin and un-damaged condition. To ensure a high level of
reliability and safety of engineering products and systems the influence of manufacturing processes and their
influence on the final mechanical properties of engineering materials have to be considered as well.

HIGH SPEED TENSILE TESTING USING A FLYWHEEL WITH A HIGH STORED ENERGY

Based on the experience obtained from drop weight tests with high stored energy, the principle was transferred to
a new flywheel device. This rotating wheel with a comparably low velocity but a high stored energy due to a 10 t
mass flywheel can impact specimen with a maximum velocity of 12 m/s. This new innovative testing machine at
Nordmetall GmbH enables dynamic investigations of large engineering components ensuring that a high quality
measurement of the force-time signal is obtained. A schematic picture of the machine is shown in Figure 8. The
functionality follows the principles of commonly known rotating wheel devices (e.g. [6]), but provides a high
amount of energy for the dynamic deformation of high strength and/or high deformable and/or large parts and
specimens. Hence, a new quality of material and component input data for finite element analysis as well as for
the experimental verification of numerical results can be expected.
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Figure 8: Rotating wheel device of Nordmetall GmbH with a high amount of stored energy of 110KJ by a 10t
flywheel (@2 m) for dynamic component testing of engineering materials.

CONCLUSIONS

This paper a short contains a short overview about different testing facilities and the material behavior including
monoaxial and multiaxial testing under high rate loading. Specifically the overview concerns discussions of
difficult loading conditions and loading states such as high temperature and high strain loading (3>1200°C, ¢>1)
and multiaxial impact tests. Special emphasis was laid on the influence of the manufacturing history of a material
on the dynamic properties under biaxial tensile-tensile loading. A dramatically decrease of the deformability and
loading capacity was observed, if the material being tested contains a pre-damaged state by a metallurgical or
mechanical notch.
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ABSTRACT

The use of lighter and impact resistant materials, such as polymers, in vehicular systems is an important
motivation for the automotive industry as these materials would make vehicles more fuel-efficient without
compromising safety standards. In general, polymers exhibit a rich variety of material behavior originating from
their particular microstructural (long molecular chains) behavior that is strongly temperature, pressure, and time
dependent. To capture such intricate behavior, a number of polymer constitutive models have been proposed and
implemented into finite element codes in an effort to solve complex engineering problems (see [1] for a review of
these models). However, developing improved constitutive models for polymers that are physically-based is
always a challenging area that has important implications for the design of polymeric structural components.

The work describes the development of a material model for amorphous polymers based on a
thermodynamic approach with internal state variables. The modeling approach follows current methodologies
used for metals [2], and departs from spring-dashpot based models generally used to predict the mechanical
behavior of polymers. To select the internal state variables, we used a hierarchical multiscale approach for
bridging mechanisms from the molecular scale to the continuum scale. At this point of the work, we emphasize
that molecular dynamics simulations results are mainly used as qualitative information for the continuum model.
The continuum constitutive model applied a formalism using a three-dimensional large deformation kinematics
and thermodynamics framework. The model predictions are then compared to compression, tensile and impact
test data for a thermoplastic polycarbonate deformed at RT and at different strain rates.

Figure 1 presents the comparison between the model prediction and the experimental data for uniaxial
compression at RT and different strain rates. All the curves show the expected features of the mechanical
response for PC at temperatures below the glass transition: an initial linear elastic response followed by a non-
linear transition curve to global yield, then strain softening and subsequent strain hardening. The model predicts
well the mechanical behavior for both loading and unloading.
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Figure 1: Comparison between model prediction and experimental data of PC in uniaxial compression at RT for
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different strain rates: (a) 0.0005/s, and (b) 0.001/s.

Figure 2 displays the model predictions on tensile tests at 0.0005/s and 0.01/s. We can notice that the numerical
simulations predict qualitatively the test results for the different regimes. However, the model seems to
underestimate the yield peak and the softening/hardening response.
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Figure 2: Comparison between model prediction and experimental data of PC in uniaxial tension at RT for
different strain rates: (a) 0.0005/s, and (b) 0.01/s.

Figure 3(a) displays a comparison of the force-displacement curve between the model prediction and the impact
test for a velocity of 3 mm/s. Figure 3(b) displays the stress contour at the maximum of deflection. As depicted in
the figure, the numerical simulation result is in good agreement with the test data.
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Figure 3: (a) Comparison between model prediction and experimental data for impact at 3 mm /s; (b) Stress
contour at the maximum of deflection
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ABSTRACT: The examination of the accuracy for a split Hopkinson pressure bar method with viscoelastic input
and output bars (viscoelastic SHPB method), which is one of the methods of evaluating the dynamic properties for
viscoelstic materials, is executed. The key-point for accurately determining the dynamic properties of low
impedance materials lies in how to measure the moderate size of reflected and transmitted waves. Moreover, the
loading at both ends of the specimen should be equal each other in this method. Polymethyl methacrylate (PMMA)
bars are used as the input and output bars. The viscoelastic properties of PMMA are approximated to a 3-element
solid model in advance through preliminary wave propagation experiments. The same model is used as the
mechanical properties of specimens, and the value of the instantaneous modulus is changed. The shape of waves
at the boundary and the gage position of the input and output bars as well as the specimen are analyzed using the
Elementary theory. The stress distribution in the specimen is also examined. It is found that the dynamic properties
of viscoelastic materials can be evaluated with good precision by viscoelastic SHPB method when the ratio of the
input / output bars and the specimen of mechanical impedance is about 10-20%. Then, the viscoelastic SHPB tests
are actually performed. The complex compliance of the specimens which represent the characteristics of materials
is obtained. The dynamic properties of the specimen satisfied the condition obtained by the previously mentioned
analysis can be evaluated with high accuracy.

1. INTRODUCTION

The history of split Hopkinson pressure bar method (SHPB method) is very old. It was developed to examine the
impact plasticity of metallic materials by Kolsky in 1949 [1]. The SHPB method consists of holding a thin cylindrical
specimen of a test material between input and output bars made of elastic metal. The applications to polymers or
composite materials have been extended, and the SHPB method with viscoelastic input and output bars is widely
used as a technique of evaluation of the dynamic properties of their low impedance materials. When polymeric
materials are used for input and output bars, it becomes necessary to correct measured waveforms to take into

account the attenuation and dispersion generated by the wave propagation. Wang et al. [2] first researched a
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viscoelastic SHPB technique. Much research has been reported [3]-[5] about viscoelastic SHPB technique with low
impedance materials at high strain rate. However, it is not clear that the accuracy of the viscoelastic SHPB method
depends on the materials used. Therefore, the applicable condition of the specimens which can be evaluated by
the viscoelastic SHPB method is clarified by both the experiments and the numerical results in this work.
2. WAVE PROPAGATION IN VISCOELASTIC BARS
Based on the Elementary theory, a longitudinal strain pulse &£(x,w) propagating in a thin viscoelastic bar can be
written as following expression in the frequency domain: [6]
g(x,w)=¢£(0,w) exp{—(a +ik)}x , (1)
where x, @ and i are the coordinate along the rod axis, angular frequency and imaginary unit, respectively.
The strain waves of arbitrary points can be calculated by Eq.(1). The attenuation coefficient « and the wave
number £k are the functions of @, and are related to the complex compliance as
k* —a’ = po’J (o
20k :pwziZ(w; “ } 7 @)

where p is the material density. The complex compliance J*(w) is defined by the ratio of strain to stress as

E(x,0)

(@) =J (o) ~iJ ; (o) = 3)

o(x,0)
When a 3-element solid model shown in Fig.1 is used especially, the real part J, (») and the imaginary part
J , (w) of the complex compliance are expressed as follows:
. 1 E
Jl (a)):—+2—22
E E, +(on,)

1},
2 2
E,” +(wn,)

(4)
Jz*(a’) =

3. VISCOELASTIC SPLIT HOPKINSON PRESSURE BAR METHOD

3-1 Correction of Waveform

Figure 2 shows a viscoelastic SHPB setup. A specimen is sandwiched between viscoelastic input and output bars.
Strain gages ) and @ are situated on the input and output bars, respectively. A compressive wave generated by
an impact of a striker bar propagates along the input bar toward the specimen, and is measured as an incident
pulse 5,@ (t) by the strain gage . Some part of the incident pulse is reflected at the bar / specimen interfaces,
and is measured as a reflected pulse g,@)(t). also by the strain gage (. The remaining wave penetrates the
specimen and is measured as a transmitted pulse s,®(t) by the strain gage @. Let gi®(a)), g,@(a)) and

g,®(a)) be the Fourier transforms of the measured on the strain gages gi@(t), g,@(t) and 8t@ (¢) , respectively.
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Fig.1 3-element viscoelastic model Fig.2 Schematic drawing of SHPB set-up
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Based on Eq.(1), the following equations can be derived for correcting the individual strain pulses to be the

waveforms at the interface A or B (bar / specimen interfaces):

g MNw)=5" (w)exp{~(a+ik)l,}, (5)
£ M0)=2" (@) expila+ik),}, (6)
2 (@)= ()expi(a +ik)l,}, (7)

where [, indicates the distance between the interface A and the strain gage D, while I, denotes the distance
between the interface B and the strain gage 2. The signs in exponential terms of Egs.(6) and (7) must be pluses
because reflected and transmitted pulses should be corrected in the opposite directions of their wave propagation.
Making use of Eq.(5) to (7), the incident and reflected pulses can be corrected to be those at the interface A, while
the transmitted wave can be corrected to be the value at the interface B. By applying the Fourier inverse
transformation to Eqgs.(5) to (7), corrected waveforms of incident, reflected and transmitted pulses in the time
domain can be obtained as £"(r), £.%(r) and z"(r), respectively.

3-2 Stress and Strain of Specimen

In a conventional SHPB method using elastic bars, stress o, and strain rate &, of a specimen are given by

Ele!(D+e! () +¢(1)}4
24 ’

)= F gl 0-s' 08" ©)
P /

(8)

os(1) =

where E, p and 4 denote Young’'s modulus, density and cross-sectional area of the input and output bars,
respectively. / and 4, show length and cross-sectional area of the specimen. Applying the Fourier
transformation, and replacing the Young's modulus E by reciprocal of the complex compliance J(w) of the input

and output bars [7], we find the following equations for obtaining stress and strain of the specimen in the frequency

domain:
5 ()= B @)+ 8 @)+ & (@)}4 (10)
2J(w)A,
A QR ACRAC) (11

(a+ik)!
When the stress in the specimen is uniform, the loads at the interface A and B are equal.
M 0)+2" (0)=5" (o). (12)
Then, the stress and strain of the specimen are given from substituting Eq.(12) into Eq.(10) and (11).

A4z," (w)

ES(W)ZASJ*(CU) (13)
_ 28w
£ @)= oL (14)

It is found that the stress and strain of the specimen can be calculated by the transmitted and reflected waves,
respectively. When the Fourier inverse transformation is applied to Eq.(13) and (14), the stress and strain of the

specimen in the time domain o (1) and & () can be obtained.
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3-3 Evaluation of Viscoelastic Properties

The complex compliance of a test material can be calculated as the ratio of strain to stress of the specimen:

&, (@)

J (@)= (@) =i, (@) " @

(15)

4. ANALYSIS OF WAVEFORMS USING ELEMENTARY THEORY

4-1 Reflection and Transmission at Interface

Consider uniform elastic bars 1 and II which contact at the interface as shown in Fig.3 [8]. When the incident
wave ¢, (¢) reaches the interface, some part of wave is reflected to the medium 1 as ¢,(f) and the rest is
transmitted to the medium II as ¢, (). Assuming the force equilibrium and continuity of particle velocity at the
interface, ¢,(1) and ¢,(¢) are obtained in terms of &,(r). Then, by applying the Fourier transform to their

equations, the following equations for a viscoelastic medium in the frequency domain are obtained.

A - A

5 = AnPuCn — AP z, (16)
Ay picy + Ay pycy

_ 24 _

g =— PG Gz (17)

A pie; + Aypucn cq

where 4, and p, represent the cross section of the bar and the material density correspondent to the medium
I, respectively. ¢, is the functions of @, and denotes the propagation velocity of medium I . Similarly, 4,, py
and ¢, correspond to the medium 1I. Fractions in right sides of Eq.(16) and (17) are defined as the coefficients of
reflection R=¢, /& and the coefficients of transmission T =&, /¢, respectively.

4-2 Calculation of Wave Propagation in Viscoelastic SHPB Method

Figure 4 shows the calculated values of the strain wave propagation in input / output bars and a specimen in the
frequency domain. Let the reflectivity and transmittance when a strain wave propagates from the input / output bars
to the specimen be R and T, and let them when a strain wave propagates from the specimen to the input /
output bars be R'" and T', respectively. When the same material is used for input / output bars, R’ is equal to
R by Eq.(19). Based on Eq.(1), the terms of waveform change after propagating in the distance /,, /, and [
are expressed by follows, respectively:

B, =exp{—(a+ik)l}

B, =exp{—~(a+ik),} ¢, (18)

B, =exp{—(a, +ik,)l}

_ Gage® Gage®

‘ I I Iy )
—=4 —
0] 1 Input bar Specimen Output bar 1
(1) - |
II i
I Ab P € A[[’ p[[a C]] ‘
£.(1) ’TBILBIIB 3
D — |
Fig.3 Propagation of strain waves at interface Fig.4 Propagation of predicted wave on viscoelastic SHPB method

using Elementary theory



81

where o and ¢, indicate the attenuation coefficient of input / output bars and a specimen, £ and k,Z denote

the wave number of input / output bars and a specimen, respectively.

=0

A compressive wave at the strain gage (D in the frequency domain assumed to be &~ (w) as shown in Fig.4.

The wave reaches the interface A as BI(EI.@(a)), and part of it is reflected as —RBIE,@(a)) and the rest is

transmitted as —TBI(Ei@(a)). Thus, the wave propagates repeating the reflection and transmission. Consequently,

after propagating enough, the superposed wave signal z.“(w) and z“(w) measured by the strain gage O and

r

@ can be calculated as follows:

£ (0)=-RB’g" (). (1+ TTR*™B™"). (19)

m=1

z,”()=TT'B,B,B,z," (@)Y {l+(RB,)"}. (20)
m=1

Moreover, the stress " (w) and &°(w) atthe interface A and B can be calculated as following forms:

—A B]g‘i®(a)) > 1 2(m-1) 1 2m

G (a;):T 1-RY (1+TT'R*™ B "), (21)
' @ o

7" () =2t S B, (22)

where J* is the complex compliance of the stress bars. Applying the Fourier inverse transformation to Eq.(19),
(20) and Eq.(21), (22), the strain and the stress in the time domain can be obtained, respectively.

4-3 Reflected Wave and Stress at Both Ends of Specimen

The input and output bars in the present SHPB method assumed to be made of PMMA. The viscoelastic behavior
of PMMA was examined by preliminary experiments, and was identified by 3-element solid model E, =4.17 GPa,
E, =4.40x10" GPaand 7, =2.25 MPa * s shown in Fig.1. The mass density of PMMA is 1180 kg/m®. The length
and the diameter of the input / output bars are 1800mm and 20mm. The length and the diameter of the specimen
are 7.5mm and 15mm, respectively. That is, the slenderness ratio of specimen [ /d_ =0.5 which is widely used in
SHB method. The distance /, and /, are 700mm and 50mm. Figure 5 indicates the strain wave at the gage
position (D as the initial condition. This is the waveform measured in the actual experiment by using the striker

with the diameter of 15mm and the length of 100mm. The velocity of the striker bar is about 10m/s. Based on the
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previously mentioned calculation method, reflected wave and stress at both ends of specimen are examined by
changing the length and the characteristic value of the specimen. The specimen is also approximated to a
3-element solid model, and the parameter of E, is only changed.

Figure 6 shows the reflectivity at the interface A (solid line) and the stress distribution in the specimen (dotted line).

The horizontal axis denotes the ratio of the characteristic values of the input / output bars to that of the specimen,

a @

the left vertical axis indicates the ratio of the peak value of &~ to that of ¢~ and the right vertical axis is the
ratio of the peak value of o® to that of o*. The smaller the characteristic value of the specimen, the bigger the
reflected wave is measured. The specimen of which the characteristic value is small has to be used in order to
measure the bigger reflected wave. On the other hand, the smaller the characteristic value of the specimen, the
bigger the difference of the load at both interfaces of the specimen is. The specimen of which the characteristic
value is big has to be used in order to displace the specimen uniformly.

It is necessary for the Viscoelastic SHPB Method to use the experimental condition in which the specimen is
deformed uniformity and the reflected wave of suitable size are measured. When the ratio of the characteristic
values of the stress bar to that of the specimen is about 10%, ¢®/c* =0.99 and the error is about 1%. If the ratio
of the characteristic values is lower than 10%, the error suddenly grows and the difference of the load at both
interfaces of the specimen generates. In addition, when the ratio of the characteristic values is about 20%,
e,@ /5,.@ = 0.03. If the ratio becomes lower than 20%, the value of e,® /g,.® gradually grows and bigger reflected
wave comes to be obtained. Consequently, the appropriate experimental conditions of the Viscoelastic SHPB

Method is 10~20% in the ratio of the characteristic values of the stress bar to that of the specimen.
5. VISCOELASTIC SPLIT HOPKINSON PRESSURE BAR TEST

The same sizes as the input / output bars and specimen in the analysis are used in the viscoelastic test. A
polypropylene is tested as the specimen of one example. Figure 7 shows the experimental strain histories. Using
Egs.(5) to (7), the measured incident, reflected and transmitted strain pulses are corrected to be those at the
interface A or B in the frequency domain. The stress and strain of the specimen is calculated by Eqs.(10) and (11).
Then, the complex compliance of the specimen is obtained by Eq.(15) as shown in Fig.8. The white and black plots
in the figure show J_," and J_,". The vertical bar indicates the standard deviation. Frequency dependence of the
complex compliance can be approximated as the solid lines depicted in the figure by use of the 3-element

viscoelastic model. Viscoelastic parameters of the model determined by a graphical method are also given in the
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figure. It is found that the 3-element viscoelastic model provides reasonable estimation of the dynamic behavior of
the material. E, of the input / output bars and the specimen are 4.17 GPa and 4.51 X 10"'GPa, respectively. The
ratio of each E, is about 11%, and its value meets the requirement obtained by the analysis. Consequently, the
dynamic properties of the specimen in the condition determined by the analysis can be evaluated at high accuracy

in the viscoelastic SHPB method.
6. CONCLUSIONS

The conclusions obtained from the present study are summarized as follows:

The technique for calculating the waveforms in the viscoelastic SHPB method was proposed using the wave
propagation analysis based on the Elementary theory.
- It was clarified that we have to use the experimental condition in which the ratio of the characteristic values of the
input / output bars to that of the specimen is about 10~20% in the viscoelastic SHPB method.

It was found that the viscoelastic properties of the specimen in the condition determined by the analysis can be
evaluated at high accuracy in the actual viscoelastic SHPB tests.
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ABSTRACT

The general idea of this paper is to produce TiB, (ceramic particles) reinforced steel matrix composites.
These ceramic particles are the best reinforcements for steel matrix composites because of their high
thermal stability at higher temperature, high modulus of elasticity, good wetability, low density and their
relative stability with steel matrix. This type of new composite family has received much attention as
potential structural materials for their high specific strength and stiffness. Therefore, there is a significant
interest in developing iron and steel matrix composites and evaluating dynamic behaviours due to their
potential usage in automotive industry in future. Final purpose of this paper is to use of the steel sheet for
the manufacturing of the lighted structure and manufacturing processes of this sheet.

Titanium carbide and titanium diboride TiB, reinforced steel matrix composites was therefore
characterised by optical and scanning electron microscopy. Dynamic behaviours of the base metal and
welded specimens have been tested to simulate under the impact-crash test conditions.

Keywords: Steel matrix composites; Ceramic particles-TiB,; Dynamic crash test; Welding

1. Introduction

Recently, Metal Matrix Composites (MMCs) have received much attention in manufacturing engineering
as potential structural materials for their high specific strength and stiffness [1-2, 3-6, 7-12]. Even if most
of the work on MMCs is directed towards novel and light-weight engineering materials, there is also
considerable interest in developing iron and steel matrix composites. Essentially, iron and steel matrix
composites reinforced with TiB./TiC ceramic particulates have been the focus of intensive investigation,
due to their ease of fabrication, low costs and isotropic properties. Potentially, they have good wear
resistance with an excellent combination of low density and high toughness values [1, 4, 5]. For this
reason, by making of fresh, ultrafine and stable ceramic reinforcements, the MMCs can demonstrate
outstanding mechanical properties [6]. Among various ceramic particulates, titanium carbide (TiC) and
titanium diboride (TiB,) are possible materials because of their excellent properties, such as high
hardness, low density, high melting temperature, high modulus, good wear and corrosion resistance [5, 7,
10-12]. Effectively, this material is a very attractive application in automotive industry (for environmental
car due to light and high toughness properties). However, several limitations associated with the use of
pure TiC and TiB, were found in literature [5-7, 9-12]. The high thermal expansion coefficient of TiC could
lead to significant stresses across the preforms in the local reinforcing region, while the very high reaction
heat released during the formation of pure TiB, could cause different types of pores in the matrix. In a first
mode of realization, the weight contents expressed in percentage, titanium and boron of steel are such

as:

25%<Ti<7.2% (1)
and also

(0.45 x Ti)-0.35% < B < (0.45 x Ti) + 0.70% (2)
The second relation is written in an equivalent way

-0.35<B <(0.45xTi)<0.70 (3)
When

B-(0.45xTi)<0.35 (4)

The precipitation of Fe,B is much reduced, which increases ductility

T. Proulx (ed.), Time Dependent Constitutive Behavior and Fracture/Failure Processes, Volume 3, Conference Proceedings of the Society
for Experimental Mechanics Series 15, DOI 10.1007/978-1-4419-9794-4 15, © The Society for Experimental Mechanics, Inc. 2011
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This type of new composite steel is different from ultra high strength steels since here the specific
stiffness is increased by at least %20. This is an important factor where stiffness is the design criterion
mainly in car industry. These steels are prepared by continuous casting using actual industrial practices.
This study entails two major themes. The first theme concerns microstructural evolution of the composites
sheets as base and welded structures due to their potential usage in automotive industry in future. The
second theme aims well understanding of the relation between microstructure and mechanical properties,
notably weldability and ductile brittle transition temperature of these steel matrix composite (TiB,-RSMCs)
sheets that recently invented and developed by ARCELOR Research Group — France [1].

Introducing these new composite steels in cars will reduce of the total weight. This is a major interest in
general context of reduced fuel consumption and CO, emissions for the new design of future car. In fact,
for minimum mass design, it should be changed either Young's modulus, E and or Density, p for specific
stiffness (according to the Ashby’s Diagram, performance index, Ip = E/p). As shown in Figure 1, it seems

that the best solution for design of stiffness of parts (Buckling for example); Young's modulus, E, can be
improved by using the ceramic reinforced composites, MMC [2]. In this Figure, among other ceramic
particulates, TiB2 appears to be the best reinforcement for weight reduction. This conclusion is based on

mechanical and thermodynamic considerations as found both of the values for TiBy (E = 565 GPa, p=

4,52 g/cm3). Typical microstructure (base metal) and stress-strain curve were indicated in the former
report as given in the Figure 2 with work hardening evolution depending on the true strain [3].
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Figure 1a) Comparison of the potential weight reduction of different systems: steel/ceramics and b)
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Figure 2 Typical microstructure (base metal) and stress-strain curve with work hardening evolution
depending on the true strain [2]

2 Experimental conditions

Initially, the plate materials with a thickness of 2 and 3mm were made of special continuous casting by
ARCELOR Research Group-France. After that only one fusion line welded by Gas Tungsten Arc (GTAW)
process has been applied on the sheets. Two different compositions given with a code of 95A and 105 A,
were examined. The values of carbon and manganese are 0.04% and 0.40% respectively.



Basically TiB, ceramic particulates were used as reinforced materials in the iron matrix. All other details
can be found easily in the documents [1, 3].

First of all a detail metallographic analysis has been carried out. Evolution of TiB, ceramic particulates
were observed in the weld bead-metal (WM) and Heat Affected Zone (HAZ) and Base Metal BM with
surface percentage porosity, etc. Secondly, micro hardness and micro indentation tests have been done
on the polished metallographic specimens. Micro hardness test were measured on the Schimadzu
machine across the welds under 200g of load (HV) for both of the compositions. Micro indention study
has been carried out on the standard instrument: MHTX S/N: 50-0121 with system and measurement
parameters given here;

Contact F,: 10 mN, Approach speed of indenter: 25 %/min, Acquisition rate: 10 Hz, Linear Loading
for maximal load: 1000 mN and also Loading & Unloading speed: 2000 mN/min finally dwell time:
5s. Micro indentation results were compared with that of the numerical analysis carried by using
ABAQUS Code.

Finally, for toughness evaluation of the TiB,-RSMCs, impact —crash- tensile tests (ITT) have been carried
out at different temperatures on the test specimens with a special geometry containing a smooth part
(BM) and notched part (WM) with a special device mounted on an impact pendulum [7, 8]. Fracture
surfaces of the broken specimen with ITT were analysed by means of Scanning Electron Microscope
(SEM) to understand the damage behaviour of the TiB,-RSMCs specimens under crash.

3 Results and Discussion
3.1 Microstructural evaluation

The microstructural evaluation of the results showed that different mechanisms of evolution of
reinforcements in steel matrix were effective. First of all, this evaluation gave us information on the size
effect and distribution of the ceramic particulates in the matrix. The morphology of the ceramic
particulates and the matrix has been evaluated in metallurgical point of view. This information has allowed
understanding the cohesion and wetability of the ceramic particulates with matrix.

Generally, TiB, ceramic particulates grew in hexagonal prismatic or rectangular shape. The micrographs
given in Figures 3 and 4 show the morphology and distribution of TiB, reinforcements produced in steel
matrix given in three different zones (Weld Metal, WM, Heat Affected Zone, HAZ and also Base Metal,
BM) for the codes 95A and 105A respectively.

¢ e - A
WM-Fusion Line
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Figure 3 Evolution of the microstructure of TiB,-RSMCs specimens for the composition of Code: 95A In
three different zones: WM, BM and also HAZ with liaison zone
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Figure 4 Evolution of the microstructure of TiB,-RSMCs specimens for the composition of Code: 105A In
three different zones: WM, BM and also HAZ

In fact, solubility of iron in the TiB2 remains less than 4 % it means that system Fe/TiB2 keeps intact the
mechanical properties of TiBz-
In the system Fe-B-Ti, TiB2 precipitates in steel by eutectic solidification (this avoids the primary

precipitation of borides in the liquid metal). (Volume fraction is variable between 13 % and 15 %, eutectic
composition). These values were found with the surface percentages of the TiB, ceramic particulates
calculated by image analysis found for two compositions of the codes 95A and 105A. Weld Bead, after
solidification, gives regularly a dendritic structure for both of the compositions. This type of structure is
always developed around the ferrite nuclei. This solidification type gives a eutectic nature that is adapted
to high volume continuous casting process.

3.2 Evaluation of micro hardness and micro indentation and impact tensile behaviour

Micro hardness measurements are shown in the Figures 5a and 5b. as the mean values for three
different zones (BM, HAZ, and WM). Each zone contains the mean values of 5 measurements taken from
the each zone for two compositions. It seems that the steel composition — code 105A gives the higher
values than that of the steel composition — code 95A. Probably, this case is related to the population of
TiB, particles distributed in the matrix that is a little bit higher than that of the composition — code 95A.
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Figure 5 Micro hardness values measured on the three different zones, BM, HAZ and also WM, a) for the
code-95A and b) for the code-105A

Additionally, the measurements values of micro indentation have been summarised in the Table 1 for
each zone (BM, HAZ and WM) of two compositions and micro indentation values were taken only on the
ceramic plates. This test gave useful information about the Young modulus and critical hardness values in
each local zone. Evolution of micro indentation test during the penetration has been also established
depending on the applied load. In this case, useful information can be obtained by means of the evolution
of applied force with time that can be obtained more detail information about the mechanical properties of



the each zone of the steel matrix composite. Typical micro indentation prints taken on the matrix and also
on the TiB, ceramic particulates have been shown in the Figures 6a and 6b.

Evolutions of micro indentation during the penetration have been indicated depending on the applied
load. Naturally, indentation curves (loading/unloading curve) for both of these compositions can be drawn
from these evaluations. These curves give an easily analysis for the elasto-plastic zones separately
during the micro indentation.

The next idea after the micro indentation test is to see the levels of the stress distribution just under the
indenter as a function of the applied load. By this way, the plastic zone in the local zone where the
contact with indenter occurred. A numerical study has been carried out by using ABAQUS code.
Numerical application was given here only for the steel code 105A.

Figure 7 indicates the stress field distributions for “S11” and “S22” just under the micro indenter in the
contact zone during the last increment loading step respectively. Here, the site of the plastic zone on the
contact axis but well under the contact area (typical observation of “Hertz” point). Thus it is easy to obtain
the curve for the evolution of the plastic energy depending on the time during the loading and unloading
step as indicated in the Figure 6.

Table 2 Micro indentation results given for three different zones (BM, HAZ and WM)

Base Metal Code 95A | Code 105A | Heat Affected Zone | Code 95A | Code 105A
Depth (um) 4.75 4 Depth (um) 3.8 3.7
Indentation HV 222 307 Indentation HV 298 315
Young Modulus (GPa) 160 278 Young Modulus (GPa 180 218
Weld Metal Code 95A | Code 105A | Only ceramic TiB, | Code 95A | Code 105A
Depth (um) 3.4 3.4 Depth (um) 1.5 1.2
Indentation HV 345 334 Indentation HV 3188 2998
Young Modulus (GPa) 202 232 Young Modulus (GPa 360 369
n.c»rw:_; :‘T_'_,L_'_J-_'_r‘:-_'_-13_'_«[=_'_3|(‘_'_3_‘_5_\—_¢':_'_A'5_'_5|: ')E'"h:::”_ L P P O POt P A

a) 95A, loading-unloading d) 105A, loading-unloading
Figure 6 Evolution of micro indentation during the penetration depending on the applied load showing by
indentation (loading-unloading) curves for the steel codes 95A, and 105A

Finally, true displacement levels have been indicated as a function of true distance just at the contact
zone in the Figures 8a and 8b for different increments during the loading - unloading steps respectively. It
is very useful tool for evaluation of the critical value for the passage to the plastic zone for each local area
of the tested materials.

Finally, in order to study the mechanical damage and evaluate the toughness evaluation of the TiB,
reinforced steel matrix composites (TiB,-RSMCs), impact — crash - tensile tests (ITT) have been carried
out at different temperatures on the test specimens with a special geometry. As indicated in the
experimental section, the specimens including a smooth part (BM) and notched part (WM) with a special
device mounted on an impact pendulum [8]. All other details for this type of test technique can be found in
the references 8 and 9. According to the testing conditions and material toughness, fracture occurs in one
of these two zones with a very sharp transition [8, 9].
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The Figures 9a and 9b show the evolution of the Ductile — Brittle Transition Temperature (DBTT) of the
different grades of TiB, reinforced steel matrix composites. Thus, for the steel code 105A, the DBTT are
found to be around -13°C and -30°C for the thicknesses of 3 mm and 2 mm respectively. Energy levels at
the fracture cases vary between 20J and 60 Joules respectively for this series. These results are related
basically the surface percentage of the TiB, reinforced plates in the steel matrix. It means that the higher
surface percentage and heterogeneous distribution of the TiB, reinforced plates in the steel matrix gives
the lower resistance to the impact conditions and naturally gives a weak ductile-brittle transition
temperature. Meanwhile, these values are determined to be -5°C and -39°C for the steel code 95A, for
the thicknesses of 3 mm and 2 mm respectively. The higher resistance to impact conditions with the steel
code 95A is observed for the reasons discussed just above in this text. Energy levels at the fracture
cases vary between 20J and 60 Joules respectively for this series.
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Figure 9 Ductile Brittle Transition diagram, DBTT of TiB;, reinforced steel matrix composites for the
specimens taken from the steel code of 95A and 105A in case of two thicknesses (welded joints, GTAW)



Only for information about the dynamic damage behaviour after the impact tensile test, the fracture
surfaces of the broken specimens for the codes 95A and 105A were analysed by Scanning Electron
Microscopy, SEM (Figures 10a and 10b). SEM pictures show typical cleavage surface in case of brittle
fracture of the specimens. There is quasi no porosity and there is any debonding of the TiB, particles
from steel matrix on the studied specimens (Figures 11a and 11b). However, very small secondary cracks
just under the fracture surfaces in some of the specimens (only for the code of 105A).

Figure 10a Fracture surfaces of the steel code 95A obtained after impact-tensile-crash test: Ductile
fracture (left) and Brittle fracture showing a cleavage surface (right)

Figure 10b Fracture surfaces of the steel code 105A obtained after impact-tensile-crash test: Ductile
fracture (left) and Brittle fracture showing a cleavage surface (right)

4 Conclusions

-TiBo particulate reinforced MMCg sheets were successfully manufactured as proposed in the in the

reference 1 Patent (ARCELOR MITTAL-RESEARCH).
-In the system Fe-B-Ti, TiB2 precipitates in steel by eutectic solidification, this avoids the primary

precipitation of borides in the liquid metal.

-Weldability of this new steel family has a big potential success in manufacturing engineering

-Weld bead shows finer eutectic structure.

-There is no abnormal evolution in HAZ (e.g. grain growth)

-Preliminary works suggest that this product (originally developed for the car industry) should find other
applications for all of the structures designed by stiffness (ex: energy domain, road transport and
railway...).
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Echelle = 16 cps Curseur: 9.7275 keV

Figure 11a) Composite steel sheet Code 105A EDS Analysis on the fracture surface (Brittle cleavage)
and b) secondary crack observed under the notch (left) and in the weld part (right)
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ABSTRACT

A nonlinear viscoelastic nanoindentation analysis was conducted for polyvinyl acetate (PVAc) with a glass
transition temperature of 29 °C. Nanoindentation using an MTS Berkovich nanoindenter was made on PVAc at
different depths. The load-displacement curves were determined using nanoindentation. A nonlinear viscoelastic
model was implemented in ABAQUS/Standard Code to analyze the nonlinear visceoasltic behavior of PVAc
under nanoindentation. The effects of nonlinearity on the load-displacement curves, as well as on the indent
impression were investigated.

1. Introduction

Nanoindentation is an effective technique to measure mechanical properties of small amounts of
materials which would be a challenge for conventional tests. It is also an effective measurement technique to
characterize material behavior at micron/submicron scale and can be applied to heterogeneous materials with
mechanical properties varying spatially. Nanoindentation measurement involves 3D stress state and nonlinearity.
Despite the fact that nanoindentation technique for measurements of some properties of elastic-plastic materials
has been well established [1], nanoindentation on viscoelastic materials is not fully understood especially in
nonlinear viscoelastic region. Polymers with low glass transition temperature, i.e. Polyvinyl acetate (PVAc) which
has Tg=29°C, often shows negative unloading slope, giving nagative contact stiffness under nanoindentation. In
this case, elastic solution is not applicable.

In this investigation, nonlinear viscoelastic properties of PVAc were determined by nanoindentation tests.
Load-displacement curves were recorded using nanoindentation at different indentation depths.
ABAQUS/Standard code with user defined subroutine was used to analyze the nonlinear viscoelastic behavior of
PVAc under nanoindentation.

2. Nonlinear Viscoelastic Model

Three dimensional, nonlinear viscoelastic Burger's model for variable stress is expressed as:

. l+v L
&= % _Eo-kké‘ii (1)
g; =C,J)" (t)si,' (1) (2)
£+ tig; = %Jz’”' (1)s; (1) 3)

The components of the total strain tensor are the summation of elastic, steady creep, and transient creep
components,

n
_ e s t _ e s 14
EU-—EU-+SU«+8U—8U+51«]-+ E gij (4)
i=1
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where n is the number of Voigt units as shown in Figure. 1.

Egs. (2) and (3) can also be written in integral form:

t
& =C, j JI(t)s, (¢t
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¢ Ct 0 m; (r ' 4 !
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Nonlinear Burgers Model
l o
E, v
Maxwell Solid
P C,, m,
Vaigt Unit
C,m,t

Figure. 1 Nonlinear Burger’s model

A simple, stable integration operator for these equations is the central difference operator:

jo=Y ey

1 1
t+—At t+—At
aw A Tl 2

where f is some function, f, is its value at the beginning of the increment, Af is the change in the
function over the increment, and At is the time increment.

Jacobian matrix A of the constitutive model, with Ao being the stress increments and A& being the
&

strain increments, can be derived by applying this to the above rate-dependent constitutive Eqgs. (1)-(3).
Applying the central difference method to the elastic strain component as depicted in Eq. (1), yields

. 1 ., 1+v 1 v 1
&+ EAgij = T(O'ij + EAO'U.) —E(O'kk + EAakk)@j
The stress and strain vectors for 3-D problem as defined in ABAQUS are

o= (Gxx, O-yy, Gzz, O-yz, O-zx, O-xy)

&= (gxx, gyy, gzz, gyz, gzx, gxy)
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Therefore the elastic compliance matrix ( Y ) can be written as
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Similar procedure is applied to Eq. (2) for steady creep component, gives
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Assuming J,(¢) = J,(t + %At) , gives

‘ m 1 -
m;:NQQ%Q%@+EMQQ%ﬂmy (6)

ey _Lncam
As _2 522

i

then

1
For s, =0, —Eakké'[j,

2008 1\
S s N > - = _AtCSJZ ! (t)’ (l = .])
OAe;  OAs; OAs; |3 0As, 3 -
oAc, OAs, OAoc, | dAs) 1
v v v L =—AtC I (), (#]

N

A

The compliance matrix of steady creep ( v ) can be written as
Oy
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1 0O 0 0 0 O
3
1
-0 0 0 O
3
1 0 0 O
ALC.J™ (1) 3 .
— 0 0
2
L
2
1
L 2 |symmetric

Finally for the transient creep component as defined in Eq. (3),

Agl 1 1 C At 1
—L 4. +—Ag, |=—LTV(t+—) s.(t)+—As.,
At t[” 2 ”) t 2 ( 2)(”() 2 ”)

& &

1
Ag' =—2AtC JM (t)s, (t) = 2Ate" + AtC I (1) As
3 ar CACT (05,0 Jr s,
OAE",
v 00
OAs; 21, +At

t
i

The compliance matrix of transient creep ( ) can be written as

Ou
2 0O 0 0 0O
3
2 0 0 0 O
At 3
— = CJl(t 2
2t5+Att2() 3OOO
I 00
0
L l_symmetric

From Eq. (4), total compliance is

OAg., OAeS  OAg’l  OAg!

J g g y

i _ + i
OAo,, O0Ao, 0OAoc, OAoy,

By inversing the total compliance matrix, system stiffness matrix (Jacobian matrix)

obtained from Eq. (11).

(8)

9)

(10)

(11)

OAo

OAg,,

i

can be

It should be noted that above Jacobian matrix takes into account of only the elastic deformation and
creep deformation induced by stress increment. It can be seen from Egs. (6) and (9), aforementioned creep strain
is just a small part of the total steady and transient creep strain. The rest of the creep strain is developed over the
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time period of the time increment and controlled by stress status. An artificial stress increment is introduced to
include this creep strain into the system equation. This part of creep strain can be extracted from Egs. (6) and (9)
as

’ m 1 m, t
A&’ = MC,JT ()3, (1) +m(2AzC,J2 (1)s,, (£) - 2Ats") (12)

&

A stress increment Ao’ = CAg' is then added into the system equation to account for the creep strain in
Eq. (12), with C being the Jacobian stiffness matrix calculated from Eq. (11).

3. Nanoindentaion Measurements on PVAc

An MTS Nano Indenter XP system was used for the nanoindentation measurements. This indenter can
reach a maximum indentation depth of 500 um and a maximum load of 500 mN. The displacement and load
resolutions are 0.2 nm and 50 nN, respectively. Berkovich indenter tip, made of single crystal diamond, was used
in this investigation. The nanoindentation tests were conducted in the air at room temperature (23°C) under a
relative humidity about 50%. Figure 2 shows the load-displacement curves from nanoindentaion with 0.05 mN/s
loading/unloading rate of different loading time.

7
6 b ;1255|oadihgfunloéding
= = 100s loading/unloading py
S o = 75sloading/unloading
S b 50s Ioadlnigjlunlﬂafilng
E .
o
. 3
9
2 a f
1 T =
4*/’ | /
o L : : ;

0 200 400 600 800 1000 1200 1400 1600 1800
Displacement (nm)

Figure 2. Load-displacement curves from nanoindentation (0.05mN/s)

4. Simulation of Nanoindentation on PVAc:

In this simulation work, a 3D rigid Berkovich indenter tip model using shell elements was created.
Because of symmetric geometry structure of indenter tip, only 1/6 of entire PVAc sample is needed the simulation
which takes shorter time to run than the entire model case. The symmetric boundary conditions were applied on
the PVAc sample to obtain the identical boundary condition as entire model was used. The Berkovich indenter tip
and PVAc part are shown in the Figure 3. A user defined subroutine code for ABAQUS/Standard [2] was
developed based on the algorithm introduced in the section 2. To explore the nonlinear viscoelastic material
properties of PVAc, an inverse problem has been solved to obtain the parameters for the nonlinear viscoelastic
model as mentioned previously. Different parameters were used as input for the material model to run the
simulation, and output load-displacement curves were compared with the experimental results. By adjusting the
input parameters of material model, the simulation output curves are able to agree with the experimental results
for some certain parameter values.[3] These values were determined as the parameters for the nonlinear
viscoelastic model. After a reasonable agreement was reached, the same parameters were used in different
loading /unloading time cases were simulated as well to indicate the viscoelastic response of the material model.
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Figure 4 illustrates the load-displacement curve comparison between simulation results and experiment
data at 50s, 75s, 100s and 125s loading/unloading times. All the simulation curves agree well with the
experimental results which show the capability of this nonlinear viscoelastic model to describe the properties of
PVAc. The input parameters obtained from simulation which output the agreeable curves with experimental
results were listed in Table 1. while steady creep parameters ms=0.75. The stress and displacement distribution
along the loading direction from simulation are shown in Figure 5. It is worthy to note that the residual stress and
displacement still exist after unloading of the indenter tip. This is associated with the viscoelastic response of
material.

QDB Job-S.odb  Abaqus/Standard Version £.7-1  Mon Apr 07 18:51:150 Central Daylight Tirne 2002

Step: Step-1
Increment 366 Step Time = 36,90

Figure. 3 FEA simulation model: Berkovich indenter using rigid shell element and 1/6 symmetric PVAc
sample
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Figure 4. Simulation result (a) 50s loading/unloading time.(b) 75s loading/unloading time.(c) 100s
loading/unloading time. (d) 125s loading/unloading time.

Table 1. Transient creep parameters

N=1 N=2 N=3 N=4 N=5 N=6 N=7 N=8

Ct 0.23 0.1 0.1 0.05 0.05 0.05 0.05 0.05
mt 0.1 0.15 0.15 0.25 0.3 0.3 0.3 0.3
Te (s) 0.25 3 50 100 125 150 250 300
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5,833 5, 533

(Avg: 75%) (Avg: 75%)
+3.885-02 +2.007e-02
+3.253-03 +1.508e-02
-3.234e-02 +1.010&-02
-6.793e-02 +5.113e-03
-1.03Se-01 +1.279&-04
-1.391e-01 -4,857e-03
-1.747¢-01 - -9.842e-03
-2.103e-01 - -1.483e-02
=2.459¢-01 -1.981e-02
-2.815e-01 -2.480e-02
=3.171¢-01 -2.978e-02
-3.527¢-01 -3.477e-02
-3.883¢-01 -3.975e-02

U, Uz
u, U3 +1.255e+00
+1.2686e+00 +1.150e+00
+1.178e+00 +1.044e+00
+1.070e+00 +9.38%e-01
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+§.g§ée-gé +9.556e-02
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15 8756.03 9.84%e-03
(c) (d)

Figure 5. Simulation results. (a). Stress o, (GPa) distribution after loading. (b). Stress oz (GPa)
distribution after unloading. (c). Displacement (um) along z axis after unloading. (d). Displacement (um)
along z axis after unloading.

5. Conclusion

Nonlinear viscoelastic Burgers model can be implemented in ABAQUS/Standard simulation with a user
define subroutine to analyze nanoindentation experimental results. Simulation results were compared to
nanoindentation experiments with reasonable agreement at different indentation depth. Results show that the
model could possibly simulate the indentation depths from 800 nm to 1500 nm.
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1. Introduction

Many natural biological m aterials, ranging from articular cartilage, vasculars to
cells, are viscoelastic composites from the viewpoint of material science. Determining
the m echanical prop erties of these viscoe lastic biological m aterials is of great
importance for the tissue engineering as  well as for understanding the responses of
cells or tissues to the m echanical stimuli (Levental et al., 2007; Lee et al., 2010). In
addition, man-m ade biocom posites have rece ived m uch attenti on during the past
decades, w hich m ay be for med by am atrix and fillers (e.g. particles or fibers).
Biocomposites find wide applications such as in drug delivery, tissue engineering and
cosmetic industry (Thom as et al., 2007; Ra makrishna et al., 2004) . In m any cases,
mechanical characterization of the com posites as well as ea ch constituent is ¢ rucial
not only for their practical use, but also for understanding the connection between the
microstructures and properties of the materials, and further optimizing the processing
procedures.

In recent years, instrumented indentation has been proved to be a powerful tool for
mechanical characterization of tim e-dependent m aterials (e.g. Shim izu et al.,1999;
Fischer-Cripps, 2004; Lu et al., 2003; Cheng and Cheng, 2004; Cheng et al., 2006;
Ngan et al., 2005; Ebenstein et al., 2006; Huang and Lu, 2006; Cheng and Yang, 2009;
Oyen et al., 2003, 2007; Herbert et al., 2009; Cao et al., 2007, 2009), appears to be an
efficient to ol for evaluating the m  echanical properties of viscoelastic com  posite
materials, especially at a local area and/or at small scales.

In this study, we consider th e indentation of a typical co mposite system consists of
two constituents, i.e., the matrix and the filler, which are linear viscoelastic and linear
elastic material, respectively. The objective is to investigate th e connection between
the indentation responses and the relaxa tion behaviour of both com posites and the
matrix. For such a purpose, a com bination of theoretical and com putational analysis
has been carried out. Th e results tog ether with a number of conclusions m ade in this
study m ay im prove the current understandin g of the indentation of viscoelastic

composite materials.



2. Theoretical analysis

Fig. 1 illustrates the indentation of a tw o-phase composite system by using a rigid
indenter. In this study, it  is assum ed that the m atrix and the fillers are perfectly
bonded. Effects of the interface phase are omitted although they m ay play important

roles in many cases.

. Indented solid

Matrix

Fig. 1 Schematic drawing of a rigid indenter indenting into a composite solid.

We first consider the indentation of a rigid indenter with arbitrary profile
indenting into a com posite with a rbitrary shape (Fig. 1), for which both phases are

homogeneous, isotropic and linear elastic materials and the constitutive relations read

E E v

o. =2G . +A0.¢&, =—>"—g. + — 0.E, la
ij,m m<ij,m m~ i< kk ,m 1 + Vm ij,m (1 + Vm)(l _ 2Vm) i< kk ,m ( )
=2G,&, , + 1,0, =—L & .+ Jadi ) 1b

Uijaf - fgij,f f ijgkk,f - 1+Vf gl'j,f (1 +V/-)(1 _2Vf) ijgkk,f’ ( )

where o, and ¢, are the components of the stress and strain tensors, respectively,

g, 1sthed ilatational str ain, G and A are Lam ¢ constants, £ is Young’s
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modulus, and v is Poisson’s ratio. &, represents Kronecker delta. The s ubscripts

‘m’ and ‘f” represent the m atrix and the filler, respec tively. Under given boundary
conditions, the indentation load P may be a function of the following independent

parameters:
P=g(h,Em,Ef,vm,vf,cO,cl,cz,...,cM,do,dl,dz,...,dN,eO,el,ez,...,eK), (2)
where £ is indenter dis placement. c,c,,c,,...,c,, (Misaf inite in teger) are the

geometric parameters used to describe the profile of the indenter in the contact region,

and d,.d,,d,,...,d, (L 1isa finite integer) are the parameters describing the shape of

the indented solid that aff ect the indentation responses. ¢,,¢,e,,...,e, (K1is a finite

integer) are the param eters repre senting th e position s and geom etric shapes of the

fillers. The geom etric param eters ¢, (0<&<M ), d, (0<p<N )and e

S

(0 £¢ £K) should have the following dimensions

[c.]=[h]", (3a)
[d,]=[r]", (3b)
[e. ]=[]". (3¢)

where R,, r, and b_ are real numbers. Among the governing parameters in Eq. (2),

h and E  have the independent dim ensions. Applying Pi-theorem in dim ensional

analysis (Barenblatt, 1996) to Eq. (2) leads to

v"v ’&’i7c_2""7C_M’ do’dl’d2 ""7dL’
P N S R @
" € & & €k Ef ’

T R,

where Il is a dimensionless function.
In this study, we are interested in two cases: 1). hard fillers are embedded in a very

soft matrix; and 2). th e matrix is m uch harder than the fil lers. For both cases, the
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dimensionless parameter E, /E, may drop out of equation (4), and the indentation

load-depth relation may be given by

v')v ’&)i9 cz 2 CM )do,dl’dz )"',dL’
pog e R RS TR RS T T e )
" eO el eZ eK ’

R RR R
We further consider the i ndentation problem as addres sed above, but we assume
that the m atrix m aterial is line ar viscoe lastic instead of linear e lastic, and the

stress-strain relation given by

Ty (t)=I0t 2G, (t—r)M+/’tm (t—z')é'iiag’d"—”’(r) dr, (6)

or o or
G, and 1, inthe time domain which are re lated to the relaxation m odulus E, (¢)

and Poisson’s ratio v, () by

G, (1) = _E.(1) (7a)

2(1+v, (1))’

E, (t)v,(1)

T (1) = (1+v, (1)) (1-2v, (1))

Assuming a tim e-independent Poisson’s ra  tio, invoking the elastic-viscoelastic

(7b)

correspondence principle (Lee and Ra dok, 1960; Graram , 1965; Ting, 1966;
Giannakopoulos, 2006), the indentation load-depth relation obtained from Equation (5)

can be given by
t
W (h(1))=] D,(1-7)dP, (8)
where D (?)is the creep compliance function of the matrix material and

G 4 S cy dy 4, d, d,
vmoh_Roaﬁath "“’hRM ’h_ro’ﬁﬁhrz "“’hrL

€ & & €k

hbo ’hbl ’hbz ""’th

Vi ;
¥ (h(r))=n11 ©)

Equation (8) may be further written as

¥(n(r)=[ D, (t—r)%dr. (10)
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We consider a relax  ation test, where the d  isplacement is describ ed via a

Heaviside step function,
11
0) (11)

Inserting Eq. (11) into (10) gives
t d¥
P(z):joEm(z—r)d—hhoa(r)dr, (12)
where ¢ is the Dirac delta function. According to the integral property of the Dirac
delta function, Eq. (12) becomes

P(1)=E, (1), OX.

dh (13)

h=h,

It is noted that the parameter h,(d¥/ dh)‘ in Eq. (13) is independent of time for a

h=h,
time-independent Poisson’s ratio. The re  laxation m odulus of the m atrix m ay be

written in the following form (Fung, 1993)

E, (t)=E, E,(t) (14)

m,0 " m

where E, , is the instantaneous m odulus, representing the stiffness of a viscoelastic

material a t the in stantaneous tim e when the external load acts, and E, () is the

reduced relaxation m odulus (norm alized relaxation m odulus) which indicates the
relaxation property of a viscoelastic material.

Inserting equation (14) into (13) leads to

Em(z)=it). (15)

(0)

where P(O) is the indentation load at the star ting point of relaxation. Equation (15)

v

contains interesting and insightf'ul information. Firstly, it indicates that when a direct
problem is considered, the indentation loads depend on the material properties of both
the m atrix and the f illers the geo metric pa rameters of t he system as well asth e
indentation depth. However, the relaxati  on feature of the indentation loads onl 'y
depends on the reduced relaxation modulus of the matrix material and is independent

of other param eters. Secondly, from the vi ewpoint of inverse analysis, the reduced



relaxation modulus of the m  atrix m aterial can be m  easured sim ply from t he
indentation relaxation loads. It isnot ~ necessary to invoke the knowledge of the
geometric param eters of the system (incl uding the profiles of the indenter and the

indented solids as well as the positions a nd shapes of the fillers ) and the m aterial

properties o fthe f illers. For the indentation of  porous substra tes ( £,=0), which
represents a lim it of the case of £, , >> E, as investigated in this p aper, we have

demonstrated the applicability of e quation (15) (Cao et al., 2010). Here, E, , is the

long-term modulus of the matrix material. However, it remains unclear to what extent
the above theoretical result works when £, is not zero. Bearing this point in m ind,

in next section, we will exam ine the ¢ onclusion drawn from the above theoretical

analysis by using finite element computations.

3. Finite element computations

Finite element com putations are perf ormed by using the commercial software

ABAQUS (2008). Detail information involved in the simulations is given as follows.

3.1 Details of the computational modelling.
In the s imulations, the m atrix material of the ¢ omposite is assumed to be line ar

viscoelastic for which the relaxation m odulus and Poisson’s ratio  are tak en as

E(t)= 900[1 —0.4(1-¢" IOOS)] MPa and v,=0.4, respectively (the material properties

taken here are used for illustration, but the conclusions may apply to realistic systems).

In this case, the m  atrix m aterial has an instantaneous modulus £, ; =900MPa,
long-term modulus £, , =540MPa and the ¢ haracteristic relaxa tion tim e of

t, =100s . The modulus of the fillers va ries from 540Pa to 100GPa and vris taken as

0.3. The loading protocol adopted in the sim ulations is shown in Fig. 2, which is an

approximation of the step function as gi ven by equation (11). A good approxim ation
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requires that ¢ at which the indentation d isplacement reach es its m aximum value
should be much smaller than ¢z, . Here we take f,=0.05¢7 =5s. The relaxation time ¢,

is taken as 1000s, which is m uch larger than the character istic relaxation tim e of the

material.

QS
S~
S~
B
N
~

Fig. 2 Protocol used in the simulation of the indentation relaxation tests.

The following representative examples of practical interest are investigated.

Example A. Indentation of a cylindrical indenter with irregular shape into a
composite substrate.

In this example, a cylindrical indenter with irregular profile is assumed to indent
into a lin ear visco elastic subs trate conta ining elastic fibres.  Fig 3(a) gives our
two-dimensional com putational m odel containing 27165 four-node bilinear plane
strain quadrilateral elements with reduced integration and hourglass control, CPE4R.
The bottom of the inde nted solid is fixe d with other boundaries traction free. The
deformed indented solid is shown as Fig. 3(b). The relaxation lo ads are recorded and

used to verify theoretical result as given by equation (15).
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(b)

Fig. 3 A cylindrical i ndenter with irregular profile inde nting into a linear viscoelastic

substrate containing elastic fibres, (a). Computational model; (b). Deformation of the

indented solid at the maximum indentation depth.
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Example B. Indentation of a cylindrical indenter into a substrate containing one
particle.

Indentation tests can be performed at various length scales. This example examines
the validity of the theoretic al result by inve stigating a critical case, i. e., the contact
area is sm aller or com parable to th e fiber size. Fig 4(a) gives the two -dimensional
FEM m esh which consisting of 12961 four-node biline ar plane stra in quadrilate ral

elements with reduced integration and hourgl ass control. T he deformed mesh for the

case of E, ,<<E, isdepicted in Fig. 4(b).

(b)

Fig.4 A cylindrical indenter indenting a linear viscoelastic substrate containing

one elastic fibre, (a). £, =5.4MPa; (b). E, =100GPa.



Fig. 4 shows that the defor mation or stresses developed in the fiber are significant.
In this example, the relaxation loads-time relation is also recorded, which will be used

to examine the applicability of equation (15).

3.2 Results and discussions

For the examples ( A and B) above, we focus on the displacem  ent-controlled
indentation. Through simulation, th e mesh qualities are all checked to avoid ex treme
distortions and the convergences are ensure d. The reduced relaxation moduli oft he
matrix materials are determined from the computed relaxation load-time relation and

Equation (15). Fig. 5 shows a comparison of the identified results with the real

solution for example A. The results show thatw hen £, ,/E or E, /E, ,is larger

than 10, Equation (15) as given by the theoretical analysis works well.

1.05

- - 'E=5.4MPa ' _

© 1.00 « E=54MPa -

£ 0.5 + E=90MPa '

£ | + E=300MPa |

S 0.90 < E=600MPa i

ER » E=900MPa

= -

g 08 . E=1800MPa _

£ 0.80 * E=4500MPa i

15 : +  E=9000MPa

g 0.75 . E=100GPa T

© :

© 0.70 = = Real solution i

o

2 065 A A I R

E s ¢ 3 i3 : ;ioiiit |

2 060t ~efa FE_ k2 E o 2iR
0.55 [ n 1 i 1 i 1 i 1 i 1 ]

0 200 400 600 800 1000

Relaxation time (s)

Fig. 5 A comparison of the identified m atrix reduced relaxation m odulus with real

solutions (example A).
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Fig. 6 dem onstrates th e com parison of the identif ied m atrix redu ced relax ation

modulus by using Equation (15) to the real solution for example B. In this case, the

applicability of Equation (15) requires that the ratio of  E,/E, ; is larger than 100
and E,,/E, greater than 1000. This example together with example A may indicate

that the critical values of E,/E, ,and E, ,/E, beyond which Equation (15) works
depend on the inte rplay between the indenter and the fillers. For insta nce, when the
contact region is confined to one particleand the deform ation or stresses developed in
the particle are significant (example B), the critical valuesof E,/E  and E,  /E,
are very large. A m ore critical ex ample is that indentation is perform ed on a single

particle as show nindetail inthe  seque I; in this ca se, the theo retical ana lysis

performed in section 2 is likely to be invalid.

I ! I . I ! I

.5 & ' ry & & A A
©
E "
@
£ ’ A
gS)
% . " o l l " .
2 .
©
o
= - E=540Pa
c
% sl + E=54MPa B
x + E=900MPa
2 + E=9000MPa
=}
8 02 « E=100GPa .
3
D Real solution
o

0.0 i | 1 1 i | i 1 i |

0 200 400 600 800 1000

Relaxation time (s)
Fig. 6 A comparison of the id entified matrix reduced relaxation modulus with the real

solution (example B).



The representative examples presented  above dem onstrate the validity of our
theoretical analysis to th e indentation problems of practical interest, even when the
indented solids undergo finite deform  ations. Nevertheless, the lim itations in the
theoretical analysis should be emphasized.

First, the constitutive law of the matrix invo lved in this s tudy is limited to the
linear viscoelastic model.

Second, the present study is  lim ited to the case wher e the Poisson’s ratio is
time-independent and the instantaneous modulus and characteristic relaxation time do
not change with loading. It is noted that these assumptions have been adopted in quite
a few previous publications (e.g. Shimizu et al., 1999; Cheng et al., 2006; Oyen, 2005)
and are indeed reasonable for various viscoelastic materials in engineering.

Third, it is pointed out that the exam ples exam ined in this study focus on the
circumstances w here th e fillers are em bedded into the m atrix. [ tis im portant to
mention a very critic al situation, i.e., indentation is performed on a single particle. In
this case, the m odulus of th e fillers m ay play a dom inant role, and th e theoretical
analysis appears to be invalid. Thus it is unlikely to determine the relaxation property
of the m atrix from the indentation respons es under such circum stances. In order to
illustrate this point, w e inves tigate an ax isymmetric rig id cone inde nting into a
particle surrounded by the m atrix, Fig. 7(a). Fig. 7(b) gives the deform ation of the
indented solid at the m aximum indentation depth. The relaxation loads together wit h
equation (15) are adopted to determine the reduced relaxati on modulus of the m atrix
and the results given in Fig. 8. It is seen th at the identified results are far from the real

solution.
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(b)

Fig. 7 A conical indenter indenting into  a single particle em bedded in a linear

viscoelastic matrix. (a). Computational model; (b). Deformation of the indented solid

for the case of E = 54MPa .
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Fig. 8 A comparison of the identif ied reduced relaxation modulus of the m atrix to

the real solution (the indent is on the filler, £, =54MPa )

At last, it is emphasized that the theoretical analysis performed here is restricted to
the two phase com posite system . W hen th e interface phase plays akey rolein  a
system, caution should be taken when usi  ng the results and also the conclusions

achieved in this study.

4. Conclusions

Instrumented indentation is an efficien t app roach for evaluating the mechanical
properties of viscoelastic m aterials at sm all scales. In this  study, we address the
indentation of a two-phase com posite system w here the m atrix m aterial is linea r
viscoelastic and the fillers are linear el  astic m aterials. In sum mary, the f ollowing
contributions have been made.

Our theoretical analys is perform ed ona rigid indenter with arb itrary profile

indenting into a com posite with arbitrary shape reveals a simpl e correlation between

the indentation relaxation loads and the re  duced relaxation m odulus of the m atrix.
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Such a simple relation holds true provided the conditions of E, >>E, (or

E,, << E,) and the elastic-viscoelastic correspondence principle works.

Numerical experiments based on finite element analysis have been carried out to
identify the extent to which the theoretical result is effective.

The results reported in this study together with the di scussions provide insightful
information and may facilitate the use of instrumented indentation to characterize the
mechanical properties o f viscoelastic composites which may include some biological

soft tissues and man-made biocomposites.
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ABSTRACT

Instrumented indentation is a powerful tool for probing small-scale mechanical behaviors of “soft” materials, such
as polymers, composites, and biomaterials [1-3]. Since many soft materials deform viscoelastically, it is important
to develop robust analysis methods for obtaining viscoelastic properties from indentation measurements.
Extending the early work by such pioneers as Lee [4], Radok [5], Lee and Radok [6], Hunter [7], Gramham [8],
and Ting [9], a number of authors have recently proposed methods for determining viscoelastic properties from
indentation measurements [10-33]. In this presentation, we will discuss our recent results on modeling
instrumented indentation in linear viscoelastic solids [34-40]. We will first examine the relationships between initial
unloading slope, contact depth, and viscoelastic properties for various loading conditions, including load- or
displacement-control [35-37]. We will then discuss several commonly used methods, such as the "hold-at-peak-
load" and "hold-at-the-maximum-depth" techniques [38]. We will also evaluate methods for obtaining storage and
loss modulus using dynamic indentation using either spherical or pyramidal indenters [39]. Furthermore, we will
discuss a set of newly proposed methods for measuring shear relaxation modulus and creep compliance using
axisymmetric indenters of power-law profiles [40]. Results on indentation in viscoplastic solids will also be
presented. These investigations may help improve instrumented indentation techniques for measuring mechanical
properties of soft materials.
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ABSTRACT

Nanoindentation was conducted on sand grains to measure the Young’s modulus, hardness, and fracture
toughness of individual sand grains. An inverse problem solving approach was used to determine the stress-strain
relationship of sand by allowing finite element simulated load-displacement relationship to agree with
measurement data. A cube-corner indenter tip was used to induce cracks emanating from the corners of the
indenter tip to measure the fracture toughness. X-Ray Diffraction (XRD) technique was used to determine the
crystal structure of sand grains.

1. Introduction

As a granular material, sand is conglomerate of discrete particles held together (but not bonded) with
significant void space (50-64%) in between. Mechanical properties of sand grains, such as the Young’'s modulus,
hardness, fracture toughness, and stress-strain relationships are of particular importance since their individual
behavior dictates the overall behavior of the sand at macro scale. Moreover, the mechanical properties of the
grains can vary with the mineral composition of sand, size, defect structure, and crystal orientation. The effect of
grain size is due to the fact that larger grains would contain higher number of defects in the form of voids and
ridges as well as cracks which may yield mechanical properties different than the smaller grain sizes. Furthermore,
since the smaller sand grains usually stay at top layers and may affect more by wind while larger sand grains
usually settles at bottom that may affect more by pressure which may cause different crystal structures and
mechanical properties of sand grains with different sizes.

Nanoindentation technique is widely used to extract mechanical properties of small volume of materials.
In this investigation, we have carried out nanoindentation tests using a Berkovich indenter on six different size
groups of sand grains and recorded the load-displacement data. Young’s modulus and hardness were obtained
directly from the MTS Testworks software output based on the analysis of unloading segment using the method
developed by Oliver and Pharr [1]. The representative stress-strain curves for different size samples were
obtained, corresponding to the representative modulus and hardness obtained, for solving an inverse problem to
determine the stress-strain relationship using FEM. Cubecorner nanoindenter tip was also used to generate
cracks for measurement of fracture toughness. In all the cases the indent impressions were obtained using (MTS)
NanoVision module. The lengths of the cracks developed were used to determine the range of fracture toughness
values for the sand grains. Statistical analysis was conducted to determine the variability in the mechanical
properties of sand grains.

2. Sand sample characterization

A sample of Eglin sand was washed and subsequently dried in an oven. The sample sand used for
nanoindentation has widely distributed sizes. Multidirectional shaker was used to determine the size of the sand
grains. The sieves use metal wire cloth with A.S.T.M. E-11 standard sieve series. To separate different sizes of
the sand, the sand agglomerate is vibrated through a series of progressively smaller sieves that are stacked on

T. Proulx (ed.), Time Dependent Constitutive Behavior and Fracture/Failure Processes, Volume 3, Conference Proceedings of the Society 121
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top of one another. After 10 minutes shaking time, the sand that falls through a mesh is given the designation of
passed weight and the sand that remains on top of that mesh is designated as remaining weight. The passed
weight versus grain size curve was plotted to obtain the sand size distribution curve as shown in Figure 1.

Passed Weight Percent (% )
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Sand Grain Size (mm)
Figure 1. Size distribution curve of sand grains

In order to detect the crystal structure of sand grains, x-ray diffraction (XRD) tests were conducted on
sand grains with different sizes. The XRD results were shown in Figure 1. The diffraction patterns of six sizes of
sand grain samples are demonstrated in Figure 2 (a). Since the sand grains samples are randomly selected, the
intensity values may vary for different batches thus are not given in the figure. Although most of the diffraction
peak angles are same, there are some differences between these six patters which indicate sand grains with
different sizes may have different crystal structures caused by different material constituents, defect structure etc.
Comparing sand diffraction data against the database maintained by the International Centre for Diffraction Data,
it is found the 0.212 mm size sand grain pattern can almost fully match the quartz diffraction pattern (Figure 2 (b)).

(1) 0.6 mm sand
(2) 0.5 mm sand
(3) 0.425 mm sand
(4) 0.3 mm sand
(5) 0.212 mm sand
[ (6) 0.15 mm sand
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Figure 2 (a) X-ray Diffraction pattern of Eglin sand grains.(b) X-ray Diffraction pattern comparison of quartz and
0.212 mm Eglin sand grains

The sand grains were embedded in an epoxy matrix and mounted in a sample holder. The samples were
wet polished using an alumina abrasive powder (from Buehler Inc.) in water slurry. To obtain a smooth surface
suitable for nanoindentation, the maximum abrasive size used in the final polishing was 50 nm. Figure 3 shows a
polished sand surface with different grains oriented in different directions.
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Figure 3. Magnified image of polished sand grains in an epoxy matrix

3. Nanoindentation tests in sand grains

An MTS Nano Indenter XP system was used for the nanoindentation measurements. This indenter can
reach a maximum indentation depth of 500 ym and a maximum load of 500 mN. The displacement and load
resolutions are 0.2 nm and 50 nN, respectively. Both Berkovich and cube-corner indenter tips, made of single
crystal diamond, were used in this investigation. Nanoindentations were made on flat, polished sand grain
surfaces under constant rate of loading.

Nanoindentations were carried out on 6 different sizes of sand grains with one test per grain. Young’s
modulus and hardness were obtained using the slope of the unloading curve and the values of load and contact
area at maximum indentation depth. These were a direct output from the nanoindentation software. The
distributions of modulus and hardness values are plotted in Figures 4 and 5, respectively. Six sizes of sand grains
were embedded into the epoxy and polished separately. Nanoindentation measurements were conducted on
these six samples. Table1 listed the Young’s Modulus and Hardness of sand grains with different sizes from
nanoindentation.

Using Weibull distribution function, we determined the median value (corresponding to Pso value) for
Young’'s modulus of the six sizes of sand grains to be 97.44 GPa, 102.08 GPa, 108.9 GPa, 80.82 GPa, 77.48
GPa and 71.48 GPa respectively and hardness to be 13.21 GPa, 14.62 GPa, 15.55 GPa, 11.83 GPa, 10.92 GPa
and 10.91 GPa respectively. Scattering in the data is attributed to different types of sand grains due primarily to
variations in the material constituents, defect structure, and crystal orientations.
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Figure 4(a): Weibull plot of Young’s modulus from nanoindentations on 0.6 mm sand grains. (b): Weibull plot of
Young’s modulus of 0.5mm sand grains. (c): Weibull plot of Young’s modulus of 0.425 mm sand grains. (d):
Weibull plot of Young’s modulus of 0.3mm sand grains. (e): Weibull plot of Young’s modulus of 0.212 mm sand
grains. (f): Weibull plot of Young’s modulus of 0.15 mm sand grains.
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Figure 5(a): Weibull plot of hardness from nanoindentations on 0.6 mm sand grains. (b): Weibull plot of hardness
of 0.5 mm sand grains. (c): Weibull plot of hardness of 0.425 mm sand grains. (d): Weibull plot of hardness of 0.3
mm sand grains. (e): Weibull plot of hardness of 0.212 mm sand grains. (f): Weibull plot of hardness of 0.15 mm

sand grains.

It is well known that sand grains would generally behave in a brittle material under load. In order to estimate
the fracture toughness, a formula derived by Pharr et al. [2] was used,

E
KC = (X(E

J &

(1)
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where a is an empirical constant which takes into account, the geometry of the indenter tip (for a cube-corner tip a
= 0.032). Before proceeding with the nanoindentation on sand grains, a sample test was run on a standard fused
silica sample (results not included here). The average value for fracture toughness obtained was 0.6 MPa-m°®
which is in reasonable agreement with the value reported for fused silica by Harding (1995) [3].

For sand, the values of the elastic modulus (E) and hardness (H) were obtained using the Berkovich
nanoindenter tip prior to indenting with a cube-corner tip. Since we are interested in the ratio of E/H from the
nanoindentation tests, we obtained an average value for the ratio as 8.5. In Eqn. (7), ¢ is the crack length and can
be determined from the surface scans obtained (two of the scans along with inverse images) are shown in Figure
6. Both 3D inverse images and 2D nanoindentation residual images are shown for details on the crack formation
and fracture. It may be noted that due to slight errors in the alignment and inhomogeniety of the sand grain, it is
rather difficult to induce three cracks with equal length. When there are differences between the crack lengths
from the same indent, we have taken the average crack length for a particular indent. The histogram of the
fracture toughness values obtained is shown in Figure 7(a) and the Weibull distribution in Figure 7(b). From the
W(gagbull distribution, median value for the fracture toughness observed was 2.32 MPa-m®*® (range 1.3 to 4.0 MPa-
m~>).
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Figure 6: 2D residual surface profile and 3D inverse image showing cracks generated after nanoindentation using
a cube corner tip at maximum load of 60 mN
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Figure 7(a): Distribution of fracture toughness for nanoindentations on different sand grains
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Figure 7(b): Weibull plot for fracture toughness from nanoindentations on different sand grains
4. Stress-strain response of Eglin sand grains

To determine the material properties parameters for granular sand material, nanoindentation experiment
was modeled using FEM. To predict the elastic-plastic properties, von Mises yield criteria was used along with
isotropic hardening to simulate the deformation characteristics of a sand grain. The plastic behavior under
compression was assumed to satisfy the power law (Ramberg-Osgood) relationship between true stress and
strain as
of =K-¢&" foror >0, (2)
where n is the work hardening exponent, K is the reference stress value, and ¢ is the equivalent strain,

€= ,/sijsij = (sy + sp), where ¢, is the yield strain and ¢, is the plastic strain. The von Mises equivalent stress

is given as, 0 = Eaijaij .

Within the linear elastic limit,
o=FEe, foro<o, (3)

where E is the Young’s modulus. In this work, ABAQUS V6.8-4 standard [4] was used to perform the calculations,
assuming finite deformation characteristics. However, it is time consuming if the calculation only depends on
fitting the simulation output with the experimental results since there are only a few parameters can be measured
using nanoindentation, e.g. Young’'s modulus and parameter coupling effect might also increase the difficulty to
obtain the reasonable values of material parameters, e.g. exponent of power law equation and yield stress.
Therefore, a more efficient method should be concerned to overcome these problems. [5] reported a method to
extract the stress-strain curve of single crystal materials by FEM simulation based the nanoindentation data. Their
work is based on a relationship between hardness and flow stress first provided by Tabor [6] which is shown as
the equation (4)

H = Ce . O'f (4)

where Cy is the “constraint factor” depending on the angle, 6, of indenter and flow stress is a characteristic value
of plastic strain. The characteristic strain (€..,) is able to be obtained for a given indenter angle. There have been
several efforts to obtain the stress-strain curve by relating the hardness to stress and the indenter angle to
characteristic strain. The power law equation of stress-strain relationship can be written as K = o,,(0,,/E)™" with
the assumption linear elastic up to the yield strength. By combing equations (2), (4) and taking the logarithm, the
hardness can be expressed as a function of E, g,, Cg and &.ns,, Which is shown as equation (5),

logH =n -log (giy . schar) + log(Cg . ay) (5)

where the unknown values are only exponent n and yield stress o, for a given indenter angle. In this work, finite
element simulation is used to solve the inverse problem to obtain the values of n and g, for the different size Eglin
sand grains. Young’'s modulus, E, and hardness, H can be measured from nanoindenation experiments. We used
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Co and &q44r values reported in [5] to calculate the input parameters n and o, for the FEM simulation. As mentioned
previously, nanoindentation simulation results may be affected by parameters coupling, but based on equation (5)
the two unknown parameters are dependable to each other, therefore, we just need to estimate one parameter
and another value can be obtained using the equation automatically. In this case, only one parameter is estimated
for the model’s input and parameter coupling effect between yield stress and exponent has been considered.

The configuration for the FEM simulation of nanoindentation is shown in Figure 8. The Berkovich indenter
was simulated based on its three sided pyramidal geometry. Because of the Berkovich indenter's axisymmetric
geometry, only one sixth of the entire model was used in this simulation to concern the computational time. The
displacement history from the experiment was given as input for the FE analysis. Poisson’s ratio which was taken
as 0.18 was used in this simulation and the values of Young’s Modulus which is close to P50 value has been
selected for different sizes. Also, the corresponding hardness values are substituted into equation (5) to calculate
the unknown parameters. The different yield stress values were used to calculate the exponent value for the
power law equation which is the input for the plastic behavior of sand. The output of the FE analysis was the
resulting reaction force or load. This numerical load was plotted versus the displacement into the surface, to give
load-displacement curve from the simulation. The mesh size selected was tested for convergence of the load-
displacement curve. By changing the yield stress values for different size samples and compare the simulation
output with experimental results until the reasonable agreement was reached, we can adjust the two unknown

material parameters. The best-fit parameters were then used to determine the effective stress-strain relationship
for the Eglin sand grain sample.
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Figure 8 Side view and top view of axisymmetric Finite Element Analysis model for nanoindentation on 1/6
spherical sand grain using berkovich tip

It should be noted that the maximum strain up to which the stress-strain curve is valid, using this
approach, is limited by the strain produced by the nanoindentation test [7]. No cracks were observed by
examining the indent impressions (for the Berkovich indenter tip) obtained from Nanovision. Thus, the continuum
plasticity material model was justified. As stated earlier, we used an inverse problem solving approach to
determine the stress-strain relationship of sand at granular level by correlating the FEM simulated
nanoindentation load-displacement data with the measured results. From the Figure 9, we can see the simulation
results agree with the experimental results reasonably well. For all these six different sizes samples, and based
on the representative experimental data P50, the values for yield stress and exponent of power law equation are
about 2 ~ 3GPa and 0.99 ~ 1.15 respectively. These values with the measured Young’'s Modulus values can be
used as the material parameters for the elastic-plastic constitutive model for Elgin sand grains.
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Figure 9 Comparison of experimental and simulation results for different size samples. (a): 0.6 mm sand grains.
(b): 0.5mm sand grains. (c): 0.425 mm sand grains. (d): 0.3mm sand grains. (e): 0.212 mm sand grains. (f): 0.15

mm sand grains.

5. Conclusion
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In order to assess the granular level mechanical behavior of sand, nanoindentation tests were conducted
on individual sand grains to characterize their mechanical properties, namely, Young’s elastic modulus, hardness,
fracture toughness, and stress-strain relationship. Properties of six sizes of sand grains were concluded to obtain
the size effect. As can be expected, a wide variation in the granular properties of sand was observed. Larger sand
grains were found to have larger Young’s modulus and hardness. The overall Young’s modulus for the Eglin sand
grains was found to be 90.38 GPa (range 33.4 to 119.8 GPa), hardness to be 12.84 GPa (range 4.2 to 20.3 GPa
and fracture toughness to be 2.32 MPa-m®° (range 1.3 to 4.0 MPa—mO's). Power-law was used to represent the
homogenized and isotropic stress-strain behavior for sand at the granular level. However, the variation in the
property value indicates that sand at granular level is very inhomogeneous and not isotropic due to different
material constituents, defect structure, and crystal orientations. Need exists to establish the linkage between
nanoindentation measured properties of sand grains with the observed macro properties for correct prediction of
bulk behavior of sand. The data reported here can be used for mesoscale (granular) simulations of sand in which
the individual sand grains would have different properties with the distributions obtained in this study.
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The importance of developing the capability to accurately and predictively model failure under combined
thermal and mechanical loadings can not be overstated. Development of the necessary constitutive and failure
models relies heavily on laboratory experiments that provide detailed information at several levels, from material
characterization to laboratory scale validation experiments of increasing complexity, eventually leading up to full
scale validation. This work is part of an interdisciplinary program that seeks to develop solutions to a large class
of coupled thermomechanical failure problems. Coupled thermal-mechanical experiments with well-defined,
controlled boundary conditions were designed and implemented through an iterative process involving a team of
experimentalists, material modelers, computational developers and analysts.

First the basic experimental premise was selected: an axisymmetric tubular — tome k)

specimen mechanically loaded by internal pressurization and thermally loaded 1000
asymmetrically by side radiant heating, shown schematically in Figure 1. Then cﬁgH
several integrated experimental-analytical steps were taken to determine the psl

experimental details, with the caveat that the resultant thermal and mechanical
loading profiles realistically represent actual component type of loadings. The
boundary conditions were mostly thermally driven and were chosen so they could
be modeled accurately; the experimental fixtures were designed to ensure that the
boundary conditions were met. Every experimental design choice required input
from and collaboration with the modeling and computation team members.

Designing the experimental thermal application system occurred as an
evolutionary process, starting with simple heating methods and incrementally :
advancing to the final system that utilized fully programmable, integrated radiant L‘
heating system developed in our laboratory that can impart any type of desired ;
heating profile. The system enables constant heat flux as the thermal input by
radiantly heating an Inconel shroud that secondarily applies heat to the specimen.
Figure 2 shows the thermal application system in use.

Fig. 1. Axisymmetric
tubular specimen with
side radiant heating

The mechanical system is incorporated into a large four-post 220 Kip MTS
servohydraulic test frame (see Figure 2) that allows axial displacement and load control of the tubular specimen
during heating and mechanical pressurization. Electronic pressurization control was programmed through an
external channel of the MTS system and applied using a series of regulators via a Nitrogen gas bottle.
Preliminary, uncoupled analyses were used to size the specimen diameter, height and thickness with
experimental consideration of maximum pressure loads and fixture design. lterations of analyses and experiments
were used to efficiently determine heating parameters including lamp and heating shroud design, set off distance
between the lamps and shroud and between the shroud and specimen, obtainable ramp rates, and the number
and spatial placement of thermocouples. Coupled thermal-mechanical analyses were then completed to finalize
the specimen design. Cooled, pressurizing specimen fixtures were developed that allowed mechanical and
thermal function while maintaining the desired boundary conditions. A schematic of the fixtures is shown in
Figure 3. Specimens were made of from 89 mm (3.5 in.) diameter 304L stainless steel tube, with an overall
length of 355 mm (14 in.) and a long reduced section to achieve desired wall thickness. Specimens were painted
with Pyromark™ paint to maintain a known surface emissivity and were instrumented with at least sixteen 24
gage Type K intrinsic thermocouples, locations were provided by the thermal modeling team. Specimen
deformation and dimensional changes were measured in-situ with optical photography methods. Figure 4 shows
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a side view of an instrumented specimen
during testing. Note the shroud on the left,
the cooling and pressurization tubes top
and bottom and the thermocouples
attached to the front, back and sides of
the specimen.

A fully automated, coupled
thermomechanical failure test bed has
been developed and successfully tested
and used for complex experimental
investigations of failure. Examples of
results obtained with this capability are
described in [1].

Nitrogen gas

water cooling

Fig. 3. Schematic of cooled,
pressurizing fixtures
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ABSTRACT

Nanoscale control over the structures is critical in designing nanocomposites with advanced properties. Structural
parameters such as interface and volume fraction of reinforcement have tremendous effects on the mechanical
properties of the nanocomposites, yet have proven difficult to control uniformly and consistently. Here we
investigate the effect of reinforcement and interface on the finite deformation response of polyurethane (PU-)
montmorillonite (MTM) nanocomposites at low and high strain rates. The multilayered PU-MTM nanocomposites,
with alternate layers of PU and MTM, were manufactured using an exponential layer-by-layer (e-LBL)
manufacturing technique. The systematic variation in MTM nanoparticle was obtained by either replacing several
layers of MTM by polyacrylic acid (PAA) or by varying the thickness of PU layer. The interface was altered by
replacing MTM layers by PAA. The deposition of PAA resulted in the formation of a complex polymer layer due to
its diffusion through PU layer. The nanocomposites demonstrated an increasing yield strength and stiffness with
increased strain rate and MTM volume fraction. The weaker interface interaction between the polymer and MTM
nanoparticles resulted in a decreased yield strength and stiffness. The design parameters that will result in
structures with optimum mechanical properties will be demonstrated.

INTRODUCTION

To make an optimum use of the stiffening effect of reinforcement in the composite system, the most efficient load
transfer from the polymer matrix to the reinforcement is required. It is very well known that effective load transfer
between the matrix and the reinforcement is vital in increasing the strength of the composite system. The effective
load transfer takes place through the interface between the two constituents and depends crucially on the
interfacial strength between the matrix and the filler. In this work, we investigate the role of the interfacial strength
in controlling the finite deformation response of PU-MTM nanocomposites. Here, we change the interface by
incorporating another polymer polyacrylic acid (PAA) that is negatively charged and diffuses into PU matrix to
alter the interface between the positively charged PU and negatively charged MTM nanoparticles[”. The
deposition of PAA along with PU results in a so-called "exponential" growth in the film thickness which is detailed
in the following section™. This process not only allowed us to alter the volume fraction of nanoparticles and the
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interface but also allowed us to alter the structure of the multilayered nanocomposites without changing the
volume fraction of MTM nanoparticles.

EXPERIMENTAL TECHNIQUES

Scanning Electron Microscope (SEM) was used to characterize the thickness of the nanocomposites.
Thermogravimetric analyzer (TGA) was used to determine the loading of MTM nanoparticles in the
nanocomposites. An in-house built tensile tester was used to perform low-rate mechanical tests in tension®®. The
material strain in the nanocomposites was measured using digital image correlation.

SYNTHESIS OF NANOCOMPOSITES

A series of PU-MTM nanocomposites with wide range of volume fractions of MTM nanoparticles was prepared
using the e-LBL manufacturing process. While PU used was a positively charged polyelectrolyte, the PAA and
MTM nanoparticles were negatively charged. The manufactured multi-layered PU/PAA/MTM nanocomposites
were characterized as uniform-layered and hierarchical-layered nanocomposites. The uniform-layered
nanocomposites had the (PU/PAA/PU/MTM), deposition sequence and the hierarchical-layered nanocomposites
had the (PU/PAA/(PUMTM),), deposition sequence!’. The design variable in the uniform-layered
nanocomposites was the thickness of PU layer. The design variables in the hierarchical-layered nanocomposites
were the thickness of PU layer and the parameter p.

RESULTS AND DISCUSSION

The film thickness in the e-Ibl manufactured nanocomposites grew linearly with the number of bilayers as shown
in Figure 1. This growth in thickness is much larger as compared to the I-LBL nanocomposites”. The
incorporation of MTM nanoparticles, however, reduced the rate of thickness growth. Figure 1 shows the thickness
growth of PU/PAA and uniform and hierarchical PU/PAA/PU/MTM nanocomposites with 6 v.% MTM
nanoparticles. The presence of MTM nanoparticles reduced the diffusion of polyelectrolytes through the
thickness owing to their highly dense layer.
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Figure 1: Film thickness as a function of bilayers
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The layered PU/PAA/MTM nanocomposites demonstrated an increase in the stiffness, yield strength and ultimate
tensile strength when compared with pure PU (Figure 2 and Table 1)". With only PAA incorporated at the
nanoscale, the yield strength increased ~7 times and stiffness increased more than an order of magnitude when
compared with PU. With 3 v.% MTM nanoparticles, the yield strength increased to ~20 MPa and the stiffness also
increased to 0.75 GPa. The stiffness and yield strength continued to increase with an increase in the volume
fraction of MTM nanoparticles. This enhancement in mechanical properties, viz., stiffness, yield strength and
ultimate strength is attributed to the strong MTM nanoparticles alignment parallel to the direction of applied load
that allowed a substantial fraction of the load to be transferred to the stiffer, stronger MTM nanoparticles. The
ultimate strain-to failure, however, decreased with increased volume fraction of MTM nanoparticles. This is
attributed to the reduced thickness of PU with an increase in the MTM volume fraction. Hence, the thickness of
PU controlled the ultimate strain-to-failure of the nanocomposites.
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Figure 2: Representative nominal stress-strain curves for the layered PU/PAA/MTM nanocomposites. Numbers
represent the volume fraction of MTM nanoparticles.

In order to investigate the role of interface in these nanocomposites, a nanocomposite with 6 v.% MTM
nanoparticles was prepared with uniform and hierarchical layering. The schematic of these nanocomposites,
compared along with a uniform-layered nanocomposite with 3 v.% MTM nanoparticle is shown in Figure 3. The
hierarchical nanocomposite consisted of the same PU thickness as the uniform nanocomposite with 3 v.% MTM
nanoparticles. The thickness of PU layer in 6 v.% MTM uniform nanocomposite was smaller than that in 3 v.%
MTM nanocomposite or hierarchical nanocomposite with 6 v.% MTM nanoparticle.

The presence of several layers of MTM in the hierarchical layered nanocomposites resulted in a reduced diffusion
of PAA through the film thickness. This suggested that in these nanocomposites lesser amount of negatively
charged PAA interacted with the negatively charged MTM nanoparticles. This implied that the hierarchical
nanocomposites inherited increased interfacial strength between the matrix and reinforcement.

Figure 4 shows the constitutive stress-strain responses of the above uniform and hierarchical nanocomposites.
The hierarchical nanocomposite demonstrated higher stiffness, yield strength and ultimate strain-to-failure in
comparison with the uniform nanocomposite with the same volume fraction of MTM nanoparticles. This increased
stiffress and strength is attributed to the larger interfacial strength in the hierarchical PU/PAA/MTM
nanocomposites which resulted in the effective load transfer between the matrix and the nanoparticles. The larger
failure strain is because of the presence of larger PU thickness.
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Hence, in this work we have investigated the role of volume fraction of MTM nanoparticles and the interfacial
strength in controlling the finite deformation response of nanocomposites of PU, PAA and MTM. The
nanocomposites were manufactured using the e-LBL manufacturing technique. Here we demonstrate that it is
possible to prepare nanocomposites that can inherit increased stiffness strength and ductility simultaneously.

(PU/PAA/PU/MTM), (PU/PAA/PU/MTM),

Vol.% of MTM Nanoparticles: 4 Vol.% of MTM Nanoparticles: 8 Vol.% of MTM Nanoparticles: 8

Figure 3: A schematic showing the structure of uniform layered PU/PAA/MTM nanocomposite with 3 v.% (left)
and 6 v.% MTM (middle) nanoparticles and a hierarchical nanocomposite with 6 v.% (right) MTM nanoparticles.
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Figure 4: Representative stress-strain constitutive responses of uniform and hierarchical PU/PAA/MTM
nanocomposites. Here numbers represent the MTM volume fraction and h represents the hierarchical
nanocomposite.
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1 Abstract

The high strain rate response of ultra high molecular weight polyethylene (UHMWPE) laminae and laminates is
of interest to support computational modeling of applications where impact damage may occur. In this study, the
efficacy of utilizing time-temperature superposition principles (tTSP) to determine the high strain rate response
of UHMWPE composites is investigated. Constituent and composite tensile properties are measured at various
temperatures and strain rates. Testing was completed at thermo-rheologically equivalent temperature-strain rate
combinations to evaluate the effectiveness and limitations of the shifting approach. Analysis of modulus and failure
data indicated that at the composite level, tTSP may not be applicable, while at the lamina level tTSP may be
applicable, therefore high strain rate properties are estimated.

2 Introduction

UHMWPE composites are used in applications requiring lightweight materials that are very strong and have favorable
properties at high strain rates. However, measuring strain rate dependent properties at the strain rates is not possible
using standard servo-hydraulic test equipment.

One of the original developers of the Spectra fiber, Prevorsek, first determined the properties of Spectra 1000 fibers
to be strain rate dependent by conducting testing at rates from 1072 and 10? s~ and demonstrating that elastic
modulus increases with strain rate [7]. Tan, et al. (2006) used a Split Hopkinson bar to develop constitutive properties
of Aramid fibers (also used in high-strain rate applications) at high strain rates and traditional tensile test methods
at quasi-static strain rates. They found that Twaron aramid fibers are strain-rate sensitive, both in constitutive
properties and failure mechanism [9].

More recently, Koh et al. (2007) performed high strain rate testing of SpectraShield laminates using a tensile split
Hopkinson bar. Samples consisted of 7mm wide, 25mm gage length [0,90] SpectraShield product. They found that
up to strain rates of 400 s™!, there is an increase in stress and stiffness at failure and a decrease in strain with an
increase in strain rate. At strain rates greater than 400 s—!, this trend reverses, reducing failure stresses and stiffness,
and seeing an increase in failure strain. The study cites SEM images of broken filaments that undergo ductile and
shear failure, as opposed to the brittle failures seen below 400 s~! (and above quasi-static strain rates )[4].

Time-temperature superposition (tTSP) is based on the principle that the properties of certain materials at various
strain rates may be estimated by performing tests at corresponding (but differing) rates and temperatures. It is used
on time-dependent materials to estimate their properties on time scales much longer or shorter than is convenient or
possible to test at. Stiffness or compliance data taken at different temperatures may be shifted left or right along a
time scale to create a master curve. This master curve can then be used to predict the behavior of the material at
time scales or strain rates that are not physically achievable on test equipment [3]. While it is only directly applicable
to amorphous polymers, t TSP has also been applied to failure mechanisms by Miyano et al., who successfully shifted
composite strength data over time to predict long-term durability in graphite fiber/vinyl ester (GFRP) laminates
[5].

In 2007, Alcock et.al. investigated the effects of temperature and strain rate on the mechanical properties of highly
oriented polypropylene (PP) tapes and all-PP composites. The authors analyzed strain rate and temperature effects
on tensile modulus and strength and developed master curves for each. In this case, it was found that different shift
factors were used to shift modulus and strength, indicating that different mechanisms contribute to these failures.
These master curves were used to predict the constitutive behavior of the tapes and composites at various strain
rates, including those that are difficult to achieve with physical testing. The author notes that the PP composite is
a complex system, and is difficult to model as a thermo-rheologically simple material [1].
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Alcock used the Arrhenius equation to determine ar, the factor relating time and temperature. The Arrhenius
equation is generally accepted as applicable to amorphous polymers [2], though Alcock has applied it to a more
complex polypropylene composite. To apply the Arrhenius equation, a constant thermal activation energy, E,, is
defined. The shift factor between two temperatures is therefore defined as

In(ar) = 22 <; - Tjef) (1)

where R is the universal gas constant, T..¢ is the absolute reference temperature, and 7" is the absolute temperature
at which the shift factor is to be computed [1].

In this paper, temperature and rate dependence is investigated for UHMWPE fiber, lamina, and laminates, and
time-temperature superposition is applied to estimate high strain rate properties.

3 Sample Preparation

For this paper, Spectra S3000 fibers, S3000 unidirectional material (not commercially available), and SpectraShield
3124 laminates were used. The unidirectional samples are referred to as lamina, and the SpectraShield 3124 samples
are referred to as laminates.

3.1 Fiber Processing

Single S3000 UHMWPE fibers were laterally separated from tows using forceps, taking care to minimize twisting,
bending, or kinking of the fibers. Attempts at bonding fibers to cardboard tabs were unsuccessful due to the low
surface friction and high strength of the fibers. Instead, fibers were wrapped and bonded to 2 mm cylindrical
cardboard mandrels, leaving a 10 mm gauge length.

3.2 Lamina Processing

Sheets of Honeywell pre-preg, the precursor to the commercial SpectraShield product, were created in a unit process-
ing testing lab, with all Spectra fibers oriented in one direction and evenly distributed on a sheet of silicone paper,
then sprayed with the proprietary Kraton matrix. To create lamina panels, multiples of these sheets were placed
with the fibers facing each other, then pressed at approximately 116 °C and 18 MPa, and held for 10 minutes.

3.3 Laminate Processing

Sheets of the Honeywell commercial SpectraShield 3124 product (which has a lay-up of [0,90]) were cut to the desired
dimensions and stacked in the desired configuration. Panels were pressed at 4.79 MPa (with the sides unconstrained)
and heated from room temperature to 125 °C. Once the temperature stabilized, the pressure was increased to 19.15
MPa and the temperature brought to 128.9 °C. The panels were held at this temperature for approximately 15
minutes, and then were allowed to cool under pressure.

4 Testing Procedure

4.1 Creep Compliance Testing

A TA Q800 DMA was used to conduct creep compliance tests of fiber, lamina, and laminates. Fiber specimens were
wrapped around adhesive-coated cardboard mandrels and gripped in the thin-film fixture on the DMA with a gauge
length of approximately 10mm. Laminate specimens were cut from larger panels using a razor blade to dimensions
of approximately 20 mm by 6 mm and gripped with a gauge length of approximately 8mm. A creep compliance
temperature sweep program was set up for which the temperature of the sample was varied from -80 °C to 40 °C at
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10 °C increments. A tensile load of 0.14 N for fiber samples and 15 N for lamina/laminate samples was applied and
the elongation of the sample was measured for 10 minutes.

4.2 Fiber Testing

Fiber tensile testing was conducted in the same TA Q800 DMA with attached furnace and liquid nitrogen cooling
chamber. The mandrel-wrapped fiber specimens were gripped in the thin-film fixture and the fibers were loaded at
constant strain rate to failure. Tensile tests were carried out at temperatures between -100 °C and 25 °C at strain
rates of 5x10™% s~! to 5x1072 s 1.

4.3 Lamina/Laminate Testing

Lamina and laminate tensile tests were conducted using an MTS hydraulic load frame equipped with a liquid-nitrogen
cooled temperature chamber , shown in Figure 1. For room temperature testing, the temperature chamber was not
activated, and the temperature for all tests was between 24.5 °C and 25.5 °C.

Figure 1: MTS load frame with temperature chamber and lamina sample with extensometer attached.

5 Results

The initial test plan was to develop a master curve and shift factors from tensile testing alone. To complete this, a
matrix of fiber and lamina tests at a wide range of sub-ambient temperatures and various strain rates was developed.
As Figure 2 shows, though overall trends may be evident, there was too much scatter in each data set to accurately
construct a master curve. Similar scatter exists in the tensile modulus and strain at failure data for all sample

types.

The next iteration of the tTSP plan was to perform a creep compliance temperature sweep to construct a master
curve and shift factors, and then apply those shift factors to tensile data. The assumption here is that the same
mechanisms governing the behavior of the material in creep are governing the tensile properties, specifically elastic
modulus, tensile strength, and strain at failure.

A shifted plot of laminate creep compliance data is shown in Figure 3 below. The accompanying shift factors are
shown in Figure 4. This same method was used for all other fiber, lamina, and laminate samples. Some resulting
shift factors are shown in Figure 5.

To verify that these creep compliance shift factors can be applied to tensile data, such as tensile strength, tensile stress
at failure, and tensile modulus, samples were tested at room temperature and at a lower temperatures corresponding
to a one- and two-decade shift, and at strain rates 10 and 100 times slower. The two resulting data sets should be
comparable if the assumption of creep compliance equivalence is valid. From Figure 6, we can see that the fiber
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Figure 2: Lamina stress at failure vs. strain rate at various temperatures.
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Figure 3: Shifted creep compliance of a laminate sample.

tensile strength at equivalent rate/temperature combinations is comparable. Additionally, the Weibull distribution
of the strength for these ”equivalent” sets are comparable, as shown in Figure 7.

Figures 8 and 9 contain strength and elongation at failure data from many different lamina and laminate tests.
All data not from room temperature has been shifted using the creep compliance shift factors determined for that
material. Laminate strength has been estimated from lamina strength based on the strength of the number of fibers
in the direction of loading.

Note that the solid line is a linear regression of log(shifted strain rate) and strength of 53 specimens tested at a
variety of strain rate-temperature combinations. The dashed lines represent a 68% prediction interval on future
values of strength. The error bars on each data point represent one standard deviation of uncertainty [6].
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Figure 5: Shift factors for lamina taken from creep compliance data.

6 Discussion

It should be noted that we give data for strain at failure for lamina and laminate samples, but not single fibers. This
is due to both our gripping and strain measurement methods. For fiber testing, we rely on crosshead measurement
to determine strain. Despite the fact that our fibers are wrapped, bonded, and gripped, some fiber slipping does
occur at high loads. As a result, we have little confidence in our measurements of strain at failure.

One of the largest sources of uncertainty for the lamina and the laminate tensile testing was in the use of the
temperature chamber to bring the sample to the desired temperature. The material has been demonstrated to have
anisotropic thermal conductivity [8]. While the chamber is cooled, the grips are heated by the hydraulic oil in the
load frame. The result is uncertainty in the true temperature of the sample. This uncertainty is accounted for in the
error bars on the shifted strain rate measurements. In contrast, the DMA chamber used for creep compliance and
fiber tensile testing is very small and the grips reach the same temperature as the sample, with a degree of control
better than 0.1 °C

Another source of uncertainty in the laminate tests was that some of the specimens appeared to have failed in shear
rather than in the normal direction. It is well documented in composites that there is a critical off-angle at which
a unidirectional specimen is dominated by shear failure instead of normal failure. Because of the extremely large
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Figure 6: Fiber stress at failure vs. strain rate at various temperatures.
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ratio of fiber stiffness to matrix stiffness in our composite, the off-angle is very small, and it is impossible to align
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the specimen in the grips such that every test results in a normal failure.

A third source of uncertainty is the process of shifting the creep compliance data to create master curves. When
Alcock et al. (2007) shifted their failure data, they cautioned that using an Arrhenius activation energy constant to
describe the t TSP behavior of his poly-propylene composite was a simplification of a more complex material system.
They further cautioned that only amorphous polymers can be directly shifted using an activation energy approach to
tTSP, and that although their shifted data appears valid, it is possible that large deviations are present in strain-rate

ranges far from those tested [1].
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7 Conclusions

There is potential in using time-temperature superposition values from creep compliance testing to shift tensile
properties. Assumptions about how to measure the shift factors made prior to the tensile testing were later challenged,
which resulted in changing the shifted strain rates. These shifted strain rates did not align as well with the room
temperature rates, so a direct comparison of the data sets is not possible. In the future, it is recommended that a
more exhaustive test of this method be undertaken, involving several different rate and temperature combinations. To
be statistically significant, a large number of tests must be performed at each rate-temperature combination.

It was also observed that as levels of complexity are added to the material system, the rate-dependent behavior of
the material becomes more complex. A lamina system containing only fibers in one direction is much simpler than
a cross-ply system. The up-turn in creep compliance over time for each temperature is much less pronounced for
lamina than for laminate, resulting in a smoother master curve that the researcher may have more confidence in.
The data presented in this study should be further investigated and validated by using the various composite system
models to utilize fiber data to predict lamina and laminate properties.
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ABSTRACT: Moisture plays a significant role in influencing the mechanical behavior and long-term durability of
polymer matrix composites (PMC’s). The common methods used to determine the moisture diffusion coefficients
of PMCs are based on the solution of Fickian diffusion in the one-dimensional domain. Fick’s law assumes that
equilibrium between the material surface and the external vapor is established instantaneously rather than over
an extended period of time. A time dependent boundary condition has been shown to improve correlation with
bulk diffusion measurements, but has not been verified experimentally. Surface moisture content in a toughened
quasi-isotropic laminate system, [0/£60]s, was analyzed using Nuclear Reaction Analysis (NRA). It was found that
the moisture content increased nearly linearly with time.

MOISTURE ABSORPTION MODELS: Numerous diffusion models have been proposed over the years to model
hygrothermal effects in polymers beginning with Fick [1] in 1855, who found that the flux of the solvent is
proportional to the negative concentration gradient. The one dimensional form of Fick’s law is

2
a_(jz—D8 ¢ (1)
ot 022
C(z,0)=C;(2),-L,<z<L,t<0 (2)
C(xL,t)=Cy(¢),t>0 (3)

where D is the mass diffusion coefficient, z is the through thickness direction, and C is the volumetric moisture
concentration. The subscripts j and L refer to the initial saturation concentrations, respectively.

The value of the diffusion coefficient, D, is found from weight-gain data. The weight gain for the sorption and
desorption of fluids in composites do not always concur with Fickian diffusion. Long and Richman [2], have used a
time-dependent boundary condition to explain the non-Fickian behavior where the moisture content at the
boundary (L) was

L =|c, +C (- @) (4)
Weitsman expanded the time-dependent boundary condition with [3]
N
CL=| Cy+Y.C,(1-e ) |H () (5)
n=l1
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Models incorporating a time-dependent boundary condition have obtained improved correlation with experiment.
Unfortunately, the authors of these approaches did not have experimental techniques to measure the surface
moisture content directly.

RESULTS: Surface moisture content in a toughened quasi-isotropic laminate system, [0/£60]s, was analyzed
using Nuclear Reaction Analysis (NRA) [4]. The control environment consisted of D,O vapor at 80% RH and
60°C. The exposure temperature (60°C) was below the glass transition temperature of the composite (T, =
195°C). Samples were soaked for different intervals of time (1 day, 2days, 4 days, etc.) and traditional gravimetric
analysis was performed in addition to the surface moisture concentration measurement using NRA. Figure 1
shows the NRA measured surface moisture content as a function of time. The moisture content is linearly
increasing with time indicating a time dependent boundary condition. Some samples at longer times show a lower
surface moisture concentration. A similar discrepancy was also observed in gravimetric analysis indicating a
specimen preparation issue. Further studies are being conducted to correlate the measured moisture content with
the proposed boundary conditions (4) and (5). This correlation will provide an enhanced description of the
boundary, which in turn will improve the diffusion predictions involving complex geometries.
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Figure 1. A plot of surface moisture concentration as a function of time
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ABSTRACT

A new strain rate dependent material and failure model referred to as the M°C Model was generated suitable for
modeling the static and dynamic material behavior of fiber reinforced composites. The M’C consists of an
orthotropic viscoelastic constitutive model in combination with an enhancement of the Failure Mode Concept
(FMC) of Cuntze for dynamic loading conditions and was implemented into the finite element Code LS-DYNA3D
as user defined material model. A [0°|90°] glass fiber reinforced composite was investigated under different types
of loading and loading directions within seven orders of magnitude of strain rate. The finite element results are
compared with experimental results. In the principal loading directions and under arbitrary loading conditions an
impressing agreement was achieved.

1 INTRODUCTION

Due to their excellent mechanical properties Fiber Reinforced Composites (FRC) are applied in a wide and
growing field of applications, e.g. avionic industry, sports industry, ballistic protection etc. In the last decades the
dimensioning and design processes of composite structures are increasingly based on numerical methods. It is
generally known that the material behavior of FRC is dependent on the loading direction and on the rate of strain
[1-3]. For isotropic materials the strain rate dependent material behavior is often investigated and known and high
quality databases can be found in the literature. Compared to isotropic metallic materials constitutive modeling of
FRC is more complex. For anisotropic materials complete and high quality investigations of the strain rate
dependent material behavior are rare. Due to the different components of fibers and matrices and the different
laminate layups a direct comparison to the material behavior of fiber reinforced composites is difficult. For
isotropic materials many constitutive models are implemented in finite element analysis codes whereas only
simple constitutive material and failure models are available fo